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AECL Research
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INTRODUCTION

The Doppler coefficient of reactivity is an important parameter
in the evaluation of reactor transients. The Doppler feedback,
associated with changes in fuel temperature when a reactor goes
from hot zero power to hot full power, is a relatively small
effect which is difficult to measure directly. It is usually
derived from other measured parameters. In two recent papers*1 f2),
Mosteller et al. calculated the Doppler coefficients for an
infinite lattice of slightly idealized pressurized-water reactor
pin cells using the MCNP-3A*3' Monte Carlo code with data{4)

generated from the ENDF/B-V nuclear data library. The results
were used as a set of numerical benchmarks to evaluate the
accuracy of the CELL-2(5) code, a module within the EPRI-PRESS
package for PWR lattice analysis.

At AECL, the WIMS-AECL<6) lattice code is often used in reactor
physics calculations. It is of interest to compare the Doppler
coefficients predicted by WIMS-AECL to those calculated by
MCNP-3A. This study also serves as a numerical benchmark
validation of WIMS-AECL.

LATTICE DESCRIPTION

The MCNP-3A calculations were performed for an infinite array of
infinitely long pin cells. A three-region pin cell was used in
the study. It consists of a circular fuel pellet region of
0.39306 cm radius surrounded by a cladding with an outer radius
of 0.45802 cm. The pin cell pitch is 1.26209 cm square. The gap
between the fuel pellet and the cladding was homogenized with the
natural zirconium cladding.

The fuel temperatures at hot zero power and at hot full power
were assumed to be 600 K and 900 K, respectively. The same pin
cell dimensions were used in the MCNP-3A calculations for the
fuel at 600 K and at 900 K. This was confirmed in a private
communication with R.D. Mosteller. The changes in dimensions
were supposed to be accounted for by the changes in density of
the fuel and the cladding.
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The cladding and moderator were assumed to be at a temperature of
600 K. The number density of the natural zirconium cladding was
0.03832 ? atom/b.cm when the fuel was at 600 K and 0.0389087
atom/b.^m when the fuel was at 900 K. The isotopes in the light-
water moderator were H1, B10 and 016 and their concentrations were
0.0442326, 0.0000102133 and 0.0221163 atom/b.cm, respectively.

Uranium oxide fuel of various enrichments and mixed-oxide fuel
with 1 and 2 atom percent (a/o) of plutonium were used in the
studies. The uranium oxide fuel represents fresh fuel, while the
mixed-oxide fuel represents fuel at high exposures. The uranium
in the uranium oxide fuel pellet was assumed to contain only U235

and U238. The isotopic concentrations of the fuel are shown in
Table 1.

Table 1
Isotopic Concentrations of the Fuel

Uranium Oxide Fuel

Enrich.
fwt%>
0.711
1.6
2.4
3.1
3.9

0.711
1.6
2.4
3.1
3.9

Temperature
m

600
600
600
600
600

900
900
900
900
900

Number
016

0.0461309
0.0461355
0.0461397
0.0461433
0.0461475

0.0457561
0.0457607
0.0457648
0.0457684
0.0457725

Density (atom/b.cm)

0.000166078
0.000373729
0.000560588
0.000724086
0.000910933

0.000164729
0.000370693
0.000556033
0.000718202
0.000903532

u 2 3 8
0.0228994
0.0226940
0.0225093
0.0223476
0.0221163

0.0227133
0.0225096
0.0223264
0.0221660
0.0219827

Mixed Oxide Fuel

Number Density (atom/b.cm)

Pu a/o

U
U
Pu
Pu
Pu
Pu

235

238

239

240

241

2*2

At 600 K

0.0461309
0.000164417
0.0226704
0.000103795
0.0000691965
0.0000345983
0.0000230655

At 900 k

0.0461309
0.000162756
0.0224414
0.000207590
0.000138393
0.0000691966
0.0000461310

0.0457561
0.000163082
0.0224862
0.000102951
0.0000686430
0.0000343170
0.0000228780

0.0457561
0.000161435
0.0222591
0.000205902
0.000137286
0.0000686340
0.0000457560
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CALCULATIONS WITH WIMS-AECL

The pin cell geometry was modelled in WIMS-AECL Version 90-04-18
(Frozen), and the infinite lattice array was simulated by
applying reflective boundary conditions. The WIMS ENDF/B-V Data
Library^' Version 89-03-29 (Frozen) was used.

In WIMS-AECL, the spatial mesh for the neutron transport
calculation may be specified explicitly in the input, or the
"MESH # n" option may be chosen. If the "MESH # n" option is
chosen, WIMS-AECL will calculate and assign a mesh with n mesh
points per mean free path length in each region. If n is not
specified, the default value of 2.5 mesh points per mean free
path length is used. Using PERSEUS, the collision probability
neutron transport method in WIMS-AECL, a mesh study was performed
to see if the meshes assigned by this default option were
adequate. Two infinite lattice cases, one with 0.711% enriched
fuel at 600 K and the other with 3.9% enriched fuel at 900 K,
were used. The number of mesh points selected by WIMS-AECL was
doubled for each case and the k-infinities were calculated. The
results, shown in Table 2, indicate that the meshes chosen by the
default "MESH #" option were adequate for these cases. This
option was used in till subsequent calculations.

Tabl« 2
Mesh Study

Fuel Number of mesh points in k-infinity
Enr.(wt%) Temp.(K) Fuel Clad Moderator
0.711 600 2 1 4 0.66502
0.711 600 4 2 8 0.66500
3.9 900 3 1 4 1.22757
3.9 900 6 2 8 1.22753

Calculations were performed using the DSN and PERSEUS neutron
transport methods in WIMS-AECL with the full 89-group neutron
energy structure in the WIMS ENDF/B-V Data Library. Another set
of PERSEUS calculations using a condensed 32-group energy
structure, frequently used in light-water reactor studies at
Chalk River, was also performed. The group structures are given
in Table Al of the Appendix. The convergence criterion on the
eigenvalue was set to l.OxlO"6*

WIMS-AECL RESULTS

Uranium Oxide Fuel

The k-infinities computed for the cases with uranium oxide fuel
are compared with those from MCNP-3A calculations in Table 3.
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CELL-2 results from (1) and (2) are also included, for
comparison.

Table 3
Comparison of k-infinities for Uranium Oxide Fuel

Fuel
Enr.
fwt%)

0.711

1.6

2.4

3.1

3.9

Fuel
Temp.

m
600
900

600
900

600
900

600
900

600
900

MCNP-3A

0.6638 ± 0.0006
0.6567 + 0.0008

0.9581 + 0.0006
0.9484 + 0.0006

1.0961 + 0.0007
1.0864 + 0.0007

1.1747 + 0.0007
1.1641 + 0.0006

1.2379 + 0.0006
1.2271 + 0.0006

CELL-2

0.6652
0.6578

0.9605
0.9507

1.0989
1.0883

1.1773
1.1663

1.2404
1.2291

WIMS-AECL
DSN

89 GROUPS

0.6644
0.6568

0.9589
0.9490

1.0967
1.0862

1.1747
1.1638

1.2379
1.2264

WIMS-AECL
PERSEUS
89 GROUPS

0.6650
0.6573

0.9597
0.9498

1.0977
1.0871

1.1757
1.1649

1.2390
1.2276

WIMS-AECL
PERSEUS
32 GROUPS

0.6649
0.6572

0.9596
0.9497

1.0975
1.0870

1.1755
1.1647

1.2388
1.2273

The change in reactivity due to the Ooppler effect for each fuel
enrichment was calculated by:

Reactivity change = (1/1K.
.600

1000 mk

where k ^ and k ^ are the k-infinities when the fuel temperatures
are 600 K and 900 K, respectively. The changes in reactivity are
compared in Table 4 and the Doppler reactivity coefficients are
shown in Table 5.

Table 4
Comparison of Reactivity Change (mk) from 600 K to 900 K

Fuel
Enrichment

(wt%)
MCNP-3A

0.711
1.6
2.4
3.1
3.9

-16.3 ± 2.3
-10.8 + 0.9
- 8.1 ± 0.8
- 7.8 ± 0.7
- 7.1 ± 0.6

WIMS-AECL WIMS-AECL WIMS-AECL
CELL-2 DSN PERSEUS PERSEUS

89 GROUPS 89 GROUPS 32 GROUPS

-16.8
-10.7
- 8.9
- 8.0
- 7.1

-17.4
-10.9
- 8.8
- 8.0
- 7.6

17.6
10.9
8.9
7.9
7.5

-17.6
-10.9
- 8.8
- 7.9
- 7.6
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Table 5
Comparison of Doppler Coefficient of Reactivity (mk/K)

Fuel
Enrichment

fwt%)
0.711
1.6
2.4
3.1
3.9

Mixed Oxide

MCNP-3A

-0.054 H
-0.036 H
-0.027 H
-0.026 H
-0.024 H

Fuel

t 0.008
i 0.003
t 0.003
h 0.002
i 0.002

CELL-2

-0.056
-0.036
-0.030
-0.027
-0.024

WIMS-AECL
DSN

89 GROUPS
-0.058
-0.036
-0.029
-0.027
-0.025

WIMS-AECL
PERSEUS
89 GROUPS
-0.059
-0.036
-0.030
-0.026
-0.025

WIMS-AECL
PERSEUS
32 GROUPS
-0.059
-0.036
-0.029
-0.026
-0.025

The corresponding results for the mixed oxide fuel are shown in
Tables 6, 7 and 8, respectively.

Table 6
Comparison of k-infinities for Mixed-Oxide Fuel

Pu Fuel
MCNP-3ACone. Temp.

(a/o) (K)
1.0 600 0.9445 + 0.0007 0.9478

900 0.9347 + 0.0007 0.9366
0.9383*

WIMS-AECL WIMS-AECL WIMS-AECL
CELL-2 DSN PERSEUS PERSEUS

89 GROUPS 89 GROUPS 32 GROUPS
0.9409
0.9314

0.9417
0.9322

0.9413
0.9318

2.0 600 1.0182 + 0.0007 1.0231 1.0123 1.0133 1.0129
900 1.0077 ± 0.0007 1.0112 1.0024 1.0034 1.0029

1.0135*

(* Values using improved CELL-2 calculations, in which the
scattering temperature for O16 in the fuel region was at 900 K
instead of 600 K as in the standard CELL-2 calculations.)

Table 7
Comparison of Reactivity Change (mk) from 600 K to 900 K

Pu
Cone.
ra/o)

MCNP-3A CELL-2

1.0 -11.1 + 1.1 -12.6
-10.7*

2.0 -10.2 + 1.0 -11.5
- 9.3*

WIMS-AECL WIMS-AECL WIMS-AECL
DSN PERSEUS PERSEUS

89 GROUPS 89 GROUPS 32 GROUPS

-10.8

- 9.8

-10.8

- 9.7

-10.8

- 9.8

(* Values using improved CELL-2 calculations.)
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Tabl* 8
Comparison of Doppler Coefficient of Reactivity (mk/K)

Pu WIMS-AECL WIMS-AECL WIMS-AECL
Cone. MCNP-3A CELL-2 DSN PERSEUS PERSEUS
(a/o) 89 GROUPS 89 GROUPS 32 GROUPS

1.0 -0.037 + 0.004 -0.042 -0.036 -0.036 -0.036
-0.036*

2.0 -0.034 ± 0.003 -0.038 -0.033 -0.032 -0.033
-0.031*

(* Values using improved CELL-2 calculations.)

OBSERVATIONS

MCNP-3A calculations with a million neutron histories were run by
Mosteller et al. for each of the fourteen cases, resulting in
standard deviations of no more than 0.0007 in the k-infinities.
This produced standard deviations of the order of 10 percent in
the Doppler coefficient of reactivity. The MCNP-3A calculations
for each case took about 10 days on a Micro VAX-II (about 8 hours
on a Cray-l).

DSN Calculations

The k-infinities predicted by the DSN calculations in WIMS-AECL
for the cases with uranium oxide fuel are within the single
standard deviation of the MCNP-3A predictions. The Doppler
coefficients are therefore in excellent agreement with the
MCNP-3A results. The calculations for each case took about 11
seconds on the CDC 990 mainframe computer at Chalk River
Laboratories.

For the mixed-oxide fuel, the DSN calculations produced
k-infinities that are less than those computed by MCNP-3A: 4 mk
less for the 1 a/o Pu fuel and about 6 mk less for the 2 a/o Pu
fuel. The cancellation of these biases in calculating the
reactivity differences produce Doppler coefficients that are in
excellent agreement with the MCNP-3A results. The calculations
took about 14 seconds for the 1 a/o Pu cases and about 16 seconds
for the 2 a/o Pu cases.
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PER8EU8 Calculations

The PERSEUS 32-group reactivity for each case is within 0.2 ink of
the corresponding reactivity calculated using 89 groups. This
shows that using 32 groups would be sufficient for these cases.
The 89-group PERSEUS calculations took about 2, 3 and 5 seconds
for the uranium oxide, the 1 a/o Pu and the 2 a/o Pu cases,
respectively, on the CDC 990, and the 32-group PERSEUS
calculations took about 1, 1 and 2 seconds for the corresponding
cases.

Compared to MCNP-3A, the PERSEUS calculations overpredict the
k-infinities of the uranium oxide cases by about 1 ink. PERSEUS
underpredicts the k-infinities by 3 ink for the 1 a/o Pu fuel, and
by about 5 ink for the 2 a/o Pu fuel when compared to those
predicted by MCNP-3A. Again, the cancellation of these biases in
calculating the reactivity differences produces Doppler
coefficients that are in excellent agreement with the MCNP-3A
results.

CONCLUSIONS

WIMS-AECL calculations of the Doppler coefficient of reactivity
are in excellent agreement with those predicted by MCNP-3A, and
are within the single standard deviation associated with the MCNP
calculations.

The k-infinities calculated by the DSN calculations for the
uranium oxide cases are the same as those given by MCNP-3A. For
the mixed-oxide fuel, DSN calculations give k-infinities that are
4 to 6 mk less than those computed by MCNP-3A. The PERSEUS
calculations overpredict the k-infinities of the uranium oxide
cases by about 1 mk, and underpredict the k-infinities of the
mixed-oxide cases by 3 to 5 mk when compared to MCNP-3A results.

It was also shown that using the PERSEUS calculation method with
the ENDF/B-V library, the 32-group neutron energy structure with
the "MESH #" option is adequate for reactivity calculations of
pin cells with fresh slightly enriched uranium oxide and light-
water moderator.

This study shows that the WIMS-AECL lattice code, together with
the WIMS ENDF/B-V data library, can predict the Doppler
coefficient of light-water reactor fuel with good accuracy. The
results could be used in SLOWPOKE or MAPLE reactor calculations,
and in the validation of similar calculations for other reactors
using WIMS-AECL.
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Appendix

Table Al
89- and 32-Group Structures

(WIMS-AECL ENDF/B-V Data Library)

1.
7.
6.
4.
3.
2.
2.
1.
1.
1.
8.
6.
4.
3.
3.
2.
1.
1.
1.
8.
6.
4.
2.
1.
9.
5.
3.
2.
1.
7.
4.
2.
1.
1.
1.
7.
6.
4.
3.
2.
2.
1.
1.
1.
8.

EneravfeVl
.0000E+07
. 7880E+06
.0653E+06
•7237E+06
. 6788E+06
8650E+06
•2313E+06
7377E+06
3534E+06
0540E+06
2085E+05
3928E+05
9787E+05
8774E+05
0197E+05
3518E+05
8316E+05
4264E+05
1109E+05
6517E+04
7379E+04
0868E+04
4788E+04
5034E+04
1188E+03
5308E+03
3546E+03
0347E+03
2341E+03
4852E+02
5400E+02
7536E+02
6702E+02
3007E+02
0130E+02
8893E+01
1442E+01
7851E+01
7267E+01
9023E+01
2603E+01
7603E+01
3710E+01
0677E+01
3153E+00

- 7
- 6
- 4
- 3
- 2
- 2
- 1
- 1
- 1
- 8
- 6
- 4
- 3
- 3
— 2
- 1.
- 1,
- 1,
- 8,
- 6,
- 4,
- 2,
- 1,
- 9.
- 5.
- 3.
- 2.
- 1.
- 7.
- 4.
- 2.
- 1.
- 1.
"* l a

- 7.
- 6.
- 4.
- 3.
- 2.
- 2.
- 1.
- 1.
- 1.
- 8.
- 6.

•7880E+06
.0653E+06
.7237E+06
.6788E+06
.8650E+06
.2313E+06
.7377E+06
.3534E+06
.0540E+06
.20S5E+05
.3928E+05
.9787E+05
.8774E+05
.0197E+05
.3518E+05
.8316E+05
.4264E+05
.1109E+05
.6517E+04
.7379E+04
.0868E+04
.4788E+04
.5034E+04
.1188E+03
.5308E+03
.3546E+03
.0347E+03
2341E+03
4852E+02
5400E+02
7536E+02
6702E+02
3007E+02
0130E+02
8893E+01
1442E+01
7851E+01
7267E+01
9023E+01
2603E+01
7603E+01
3710E+01
0677E+01
3153E+00
4760E+00

89
1
2
3
4
5
6
7
8
9

10
11
12
13
14
15
16
17
18
19
20
21
22
23
24
25
26
27
28
29
30
31
32
33
34
35
36
37
38
39
40
41
42
43
44
45

32

1

2

3

4

5

6

7

8

~~9

6
5
4
3
2
2
1
1
1
1
1
1
1
1
9
9.
9,
9.
8.
7,
6.
5,
4.
3.
3.
3.
2.
2.
2.
1.
1.
1.
8.
6.
5.
5.
4.
3.
3.
2.
2.
1.
1.
5.

EneravfeV)
.4760E+00
.0435E+00
.0000E+00
.3000E+00
.6000E+00
. 1000E+00
•5000E+00
.3000E+00
.1500E+00
•1230E+00
.0970E+00
. 0710E+00
.0450E+00
.0200E+00
.9600E-01
.7200E-01
.5000E-01
.1000E-01
.5000E-01
.8000E-01
.2500E-01
.0000E-01
.0000E-01
.5000E-01
.2000E-01
.0000E-01
.8000E-01
5000E-01
2000E-01
8000E-01
4000E-01
0000E-01
0000E-02
7000E-02
8000E-02
0000E-02
2000E-02
5000E-02
OOOOE-02
5000E-02
0000E-02
5000E-02
0000E-02
OO00E-O3

- 5
- 4
- 3
- 2
- 2
- 1
- 1
- 1
- 1
- 1
- 1
- 1
- 1
- 9
- 9
- 9
- 9
- 8
- 7.
- 6
- 5,
- 4,
- 3.
- 3.
- 3.
- 2.
- 2.
- 2.
- 1.
- 1.
- 1.
- 8.
- 6.
- 5.
- 5.
- 4.
- 3.
- 3.
- 2.
- 2.
- 1.
- 1.
- 5.
- 2.

•0435E+00
.0000E+00
.3000E+00
.6000E+00
.1000E+00
.5000E+00
.3000E+00
.1500E+00
.1230E+00
.0970E+00
.0710E+00
.0450E+00
.0200E+00
•9600E-01
.7200E-01
.5000E-01
.1000E-01
.5000E-01
.8000E-01
.2500E-01
.0000E-01
.0000E-01
.5000E-01
.2000E-01
.0000E-01
.8000E-01
.5000E-01
2000E-01
8000E-01
4000E-01
0000E-01
0000E-02
7000E-02
8000E-02
0000E-02
2000E-02
5000E-02
0000E-02
5000E-02
0000E-02
5000E-02
0000E-02
OOOOE-03
0000E-04

89
46
47
48
49
50
51
52
53
54
55
56
57
58
59
60
61
62
63
64
65
66
67
68
69
70
71
72
73
74
75
76
77
78
79
80
81
82
83
84
85
86
87
88
89

32
10

11
12

14

~Ti
16

17

~18

19
20

21

~Z2

23

24

25

26
27
28

29

30

31

32
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In-core small loss of coolant accidents(LOCAs) have been analyzed over a ide
range of possible initial core states including that of a high moderator
poison cOiicentration. The in-core rupture of a pressure tube and its
calandria tube represents a unique class of small breaks due to the
possibility of damage to in-core reactivity devices such as the shutoff rod
(SOR) and mechanical control absorber (MCA) guide tubes. In addition, the
potential displacement of moderator poison by the unpoisoned coolant discharge
would provide an additional positive reactivity source. The upper limit of
moderator poison considered was that which would occur if the reactor is
restarted after being shutdown, just after being overfueled by the maximum
permissible amount, for a long enough period that all saturating fission
products have decayed. In the case of a pre-equilibrium core analysis, the
reactor is assumed to have shut down at or near the plutonium peak core state
(with no overfueling prior to the shutdown).

ACCIDENT SCENARIO

The postulated break is a spontaneous rupture of a pressure tube and
simultaneous failure of it calandria tube. This is unlikely1.

Consequential Damage

The discharge of high pressure, high temperature coolant from the ruptured
PT/CT into the moderator causes a complex hydrodynamic transient in the
calandria, as well as other phenomena which could result in damage to the
calandria or other in-core structures. Possible mechanisms for consequential
damage are2:

1 Pressure Pulse. The initial, short duration, pressurization of a localized
volume in the vicinity of the break could cause deflection and possible
interference between guide tubes, fuel channels and other in-core structures.
2 Jet Force. The long-term, two phase jet force could exert a force on
neighbouring channels or guide tubes.
3 Pipe whip. The thrust of the exhausting steam/water mixture could deflect
the failed channel and cause it to impact upon other in-core structures.
4 Fuel Bundles. Ejected fuel bundles could potentially impact upon in-core
structures or calandria walls.

The location of the PT/CT break is chosen to maximize the consequences of
damage to in-core structures. In the assessment of reactor regulating system
(RRS) and core response, the maximum damage to MCA guide tube;; is assumed to
challenge the ability of the RRS to maintain reactor power constant ptior to a

Thanks to N. Roy and A.L. Wight for early development of the
methodology.



credited reactor trip, as shown in Figure ]. For determining the long term
subcriticality margin, up until credited operator action, the maximum damage
to SOR guide tubes is assumed (Figure 2) .

Moderator Poison

A unique feature of this accident is that if soluble poison is present in the
moderator for reactivity hold down, the displacement or dilution of the poison
by unpoisoned heat transport system coolant will increase the reactivity of
the system. A large amount of poison is present when the reactor has been
fuelled ahead and has just been brought to power after a long shutdown The
reactivity change depends also on the difference in isotopic purity between
the coolant and the moderator. The situation which maximizes the increase in
reactivity is when the maximum allowable amount of poison is present in the
moderator and when the coolant isotopic purity is high. System response
following a PT/CT rupture is analysed for limiting conditions of maximum
poison load in the moderator in combination with several representative values
of differential isotopic purity between the moderator and the heat transport
system coolant.

METHODOLOGY

The analysis of I-'T/CT breaks involve interaction with several nuclear
disciplines. Thermal hydraulic and physics analysis must agree upon the core
bulk power transient and void/fuel reactivity transients. This iterative
process is minimal in PT/CT breaks as the void reactivity effect is small
compared with the several neutronic and process reactivity transients due to
changes in moderator conditions. Safety system initiation involves tracking
reactor trip parameters to determine when the reactor is credited as tripped,
also assessing parametric coverage of possible operating states". Potential
fuel or fuel channel failure and containment analysis complete the assessment.
This is "illustrated in Figure 3.

The physics analysis of in-core breaks consists of two distinct objectives.
The first of these is to assess the reactor regulating system response (RRS)
to a range of possible reactivity transients and determine the core bulk and
spatial power transients. Through interaction with the thermal hydraulics and
safety system groups, these power transients are further analyzed to assess
channel dryout times and trip parameter effectiveness. The second objective
is to calculate an overall reactivity balance to assess the subcriticality
margin up until operator action is credited (fifteen minutes after unambiguous
indication of the accident).

RRS and Core Response

For trip parameter effectiveness, the study considered a range of possible
break sizes, a range of moderator to coolant isotopic purity differences, two
characteristic initial zone controller levels (70 and 40 percent full), as
well as various initial power levels. Reactor trip is credited only after
both shutdown systems*" have registered two credible trips. As the
transients are quite slow with respect to shutdown system response, activation

cf. "Assessment of Shutdown System Trip Parameter Effectiveness or
CANDU Reactors Following In-core I,OKS of Coolant Accident:;" by A.F. Oli"-a =>nH
L.J. Watt elsewhere in these proceedings.

"'One in Pickering NGS A



of the shutdown systems is not simulated. The location of the in-core damage
zone is chosen to maximize the consequential damage to the reactor regulating
system. For this range of parameters, the moderator poison load was assumed
to be at its maximum level corresponding to a restart following a long
shutdown. A reactivity equivalence between the moderator poison displacement
and moderator purity degradation was established allowing assessment of lower
moderator poison concentrations.

The SMOKIN3 code was used to model the reactor regulating system response,
the resulting power excursion, and the neutron overpower trip times. Spatial
coolant voiding and fuel temperature transients were calculated based on
thermal hydraulic data provided by the SOPHT4 code. Moderator temperature
changes were calculated by the SOMASS5 code. The discharged coolant was
assumed to mix rapidly (relative to the 900 second timeframe of the analysis)
with the moderator, resulting in gloDal reactivity transients due to moderator
poison displacement, moderator purity degradation by the coolant, and changes
in moderator temperature due to the higher temperature of the discharging
coolant. These global reactivity contributions were calculated using a
spreadsheet point reactivity model6 based on reactivity variations calculated
by the POWDERPUFS module of the OHRFSP7 code.

The moderator poison displacement and moderator purity degradation reactivity
transients are calculated based on the initial moderator poison load and
relative moderator to coolant isotopic purities, the relative displacement of
the moderator, and moderator poison and moderator purity reactivity
coefficients. The moderator temperature reactivity equation consists of a
third order polynomial in the primary variable (moderator temperature) with
first order multivariable terms proportional to the product of the primary
variable and the secondary variables moderator poison concentration and
moderator isotopic purity. That is:

Rho(MT, MB, MP)= ml*MT+m2*MT2+m3*MT3+mbl*MT*MB+mpl*MT*MP •

where:
Rho is the change in reactivity
MT is the change in moderator temperature
MB is the change in moderator poison concentration
MP is the change in moderator isotopic purity
ml, m2, m3, mbl, mpl are reactivity coefficients as described below

The reactivity coefficients used in the spreadsheet reactivity model are
calculated from a least-square fit of POWDERPUTS-generated data for a variety
of moderator temperature, poison concentrations and purities. Figure 4
illustrates the interaction of these codes as used in the analysis of core and
regulating system response for small LOCAs.

Subcriticality Margin Assessment

For assessing the subcriticality margin up until operator action is credited,
the spreadsheet reactivity model is used. The location of the in-core damage
zone is chosen to maximize the consequential damage to the shutoff rod guide
tubes, reducing shutdown system one's reactivity depth. The reactivity worths
of the shutoff rods and regulating system devices are calculated using the
TIME-AVER or SIMULATE modules of OHRFSP for the equilibrium or pre-equilibrium
core respectively. In addition to the three moderator reactivity equations
described above (poison displacement, purity degradation, and temperature),
the spreadsheet model includes polynomial equations for fuel temperature and
coolant voiding *R described in Reference 6. The coolant is assumed to be at
its maximum value, with respect to the moderator, as opposed to the range of
values considered in RRS and core response. Note that while the spreadsheet
model includes contributions from the RRS prior to reactor trip, the
implementation is quite simple compared with that of SMOKIN.



This model is used to calculate an overall reactivity balance as a function of
time in order to assess the subcriticality margin after the reactor is shut
down. The subcriticality margin is a function of the time of assumed reactor
trip since the RRS is assumed to freeze when the reactor trips. The
subcriticality margin is assessed both for an immediate trip following the
break and at the latest possible trip time. This trip time is that which
would occur if the RRS does maintain reactor power constant and NOP trips are
not registered/credited. The subcriticality margin is also calculated both
with and without boiler crash cooldown available. The emergency coolant
injection system is assumed unavailable. The development and implementation
of the spreadsheet reactivity model is illustrated in Figure 5.

RESULTS

RRS and Core Response

Although the results depend on the specific reactor being considered,
generally the reactor regulating system could not completely compensate for
reactivity transient for the limiting cases considered. Figure 6 illustrates
the reactivity transients for a 225 kg/s rupture of a Bruce NGS B pressure
tube and calandria tube with a moderator isotopic purity one percent higher
than the coolant isotopic purity. Figure 7 illustrates the resulting core
bulk power transient, a candidate hot channel power transient (selection of
candidate hot channels is described in Reference 6), and the neutron overpower
detector signals of the third safety channel of the shutdown system one and
shutdown system two detectors. Figure 8 illustrates the wide range of
possible core response depending on the differential isotopic purity between
the moderator and the HTS coolant.

The spatial changes in the core power distribution resulting from such an
asymmetrical MCA insertion are not .easy to visualize. Figures 9 through 12
illustrate snapshots of a simulated core channel power distribution during the
225 kg/s transient described above. These figures are contour surface plots
of channel power and capture only two of the three spatial dimensions
involved. That is, they do not illustrate the axial power variations along
the bundles in each channel. Figure 9 shows the initial (time-averaged)
channel power distribution. Figure H), just after NOP trips have been
registered (but not credited) at 8U s, shows a little shift in the power shape
towards the bottom left of thr; core. Figure 11 shows this combination
top/bottom and side/side tilt more clearly as the two MCA are partially
inserted. At 200 s in Figure 12, just before the second trip on SDS2, the
tilt is predominantly side/side as the MCA are almost fully inserted. The
reactor is shut down a few seconds later.

Subcriticality Margin Assessment

Table 1 illustrates the subcritied 1ity margin calculation for the same breuk
with the minimum operating limit of 0.2 weight percent isotopic difference.
The case shown resulted in the smallest margin to criticality of fe.3 mk and
assumed the latest possible trip time, loci; of emergency coolant injection and
no boiler crash cooldown following reactor trip.

CONCLUSION

The in-core rupture of a pressure tube and calandria tube hdK been analysed
river a wide range of initial cc: c utateii. The positive reactivity Liau^ient.
associated with such a break occurring when the moderator is heavily poisoned
has been shown to require special consideration during these short operating
periods.



PT/CT

TABLE 1 HEACTITin BALAKE H-COKE BKEAK - 103* pxcr
Isotopic Difference = 1 wt If
Shutdown by : SDS1 Device Worths from: BB Poisona 44 mlt
Core Model: BB-Equil Transients File: BB_L0ECI_225JTT

Time (seconds)
Parameter
Hod. poison dillution
Coolant void
Fuel temperature
Moderator temp.
Degrading moderator

0 100 200 235 300 400 500 600 700 800 925

0.0 2.9 5.5 6.4 7.6 9.1 10.5 11.9 12.8 13.7 14.6
0.0
0.0
0.0
0.0

0.1
0 0
1.7
-2.2

0.9
0.0
2.9
-4.2

1.2
0.0
3.2
-4.9

1.3
3.8
2.8
-5.8

1.1
3.8
1.7
-6.9

2.5
3.8
0.7
-8.0

3.0
3.8
0.0
-9.1

3.5
3.8
-0.3
-9.8

3.8 4.1
3.8 3.8
-0.4 -0.5
-10.5 -11.2

Xenon reactivity
Excess reactivity
Reoulatina system
Total reactivity
Shut oii rods

0.0
0.0
0.0
0.0
0.0

-0.1
2.4
-2.4
0 0
9 0

-0.2
4.9
-4.9
0.0
0.0

-0.2
5.7
-5.7
0.0
0.0

-0.2
9.4
-5.7
3.7
-23.0

-0.2
8.5
-5.7
2.8
-23.0

-0.2
9.3
-5.7
3.5
-23.0

-0.2
9.4
-5.7
3.7
-23.0

-0.2
9.8
-5.7
4.1
-23.0

-p.2
10.1
-5.7
4.4
-23.0

-0.3
10.6
-5.7
4.9
-23.0

Ret reactivity 0.0 0.0 0.0 0.0 -19.3 -20.2 -19.4 -19.3 -18.9 -18.6 -18.1

Trip time
Moderator Purity *
Coolant Purity «
Poison Reactivity =
Max. RRS reactivity
SOR(T=0) forth
SOR & RRS forth
RRS react, at trips

236
99 75
98.75
44
9.9
25.2
28.7
5.75

seconds
«rt.fc
wt.*
milli-k
milli-k
milli-Jc
ndlli-k
milli-k

Toid reactivity =
Fuel temperature coefficient
Toid reactivity uncertainty •

13.62 milli-k
-0.006 milli-k/C
1.4 milli-k
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Bruce B 225 kg/s PT/CT Break, 1.0 % I.D.
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Figure 8
Bruce B 225 kg/s PT/CT Break:

44 ink Moderator Poison, Two MCA Disabled
Bulk Power Transients
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Figure 9
Time= Os
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Bruce B 225 kg/s PT/CT, Long Shutdown. !.O wtX 1.0.
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Figure 10
Time= 80 s

•Top Power &TZL HCA2 HCA4
1.2

MOP 77.5 s (CPPF=l.il)
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Bruce B 225 kg/s PT/CT, Long Shutdown, 1.0 wt% 1.0.



Figure 11
Time= 140 s
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1.2

SDS 1 ' ^

MOP 77 .5 s (CPPF=1.11)

SDS 2

HOP 82.0 s (CPPF=1.11)

Bruce B 225 kg/s PT/CT, Long Shutdown, 1.0 wtS !.D.
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Figure 12
Time= 200 s

.Top P o w e r ATZL MCA2 MCA4
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PLL 201 s

Bruce B 225 kg/3 PT/CT. Lac? Sbutdenro, 1.0 vtX I.D.



17

REFERENCES

1. . STAFF OF THE NUCLEAR SAFETY DEPARTMENT, "Bruce NGS B Safety Report Section
3.6, Small Break Loss of Coolant Accident in the Heat Transport System,
Chapter 5, Pressure Tube/Calandria Tube Failure", Ontario Hydro, June
1991. Various sections.

2.. Kundurpi, P.S. et al, "Consequences of Pressure/Calandria Tube Failure in
a CANDU Reactor Core During Full-Power Operation", Nuclear Safety
Depar' nent Report Number 84301, Oct 1984.

3.. Gold, M.B. and F.B. Tran, "SMOKIN - A Family of Codes for Reactor Space-
Time Neutronics Calculations Based on Modal Kinetics - User's Manual",
Nuclear Safety Department Report Number 87092, December 1987,

4.. Chang, Y.F., "A Thermal Hydraulic System Simulation Model for the Reactor
Boiler and Heat Transport System (SOPHT)', Ontario Hydro Report Number
CNS-37-2, Sept 1977.

5.. Riffert, K. and K.K. Fung, "SOMASS 2.0 Simulation of Moderator and Shield
Systems Computer Code Description and Verification", Nuclear Safety
Department Report Number 89401, Sept 1989.

6.. Carruthers, E.V. "Generic Methodology for Reactor Physics Analysis of
Small Loss of Coolant Accidents", Nuclear Safety Department Report Number
90129 Rev 1, Oct 1991.

7.. Wight, A.L., "Ontario Hydro Reactor Fuelling Simulation Program - OHFcFSP",
Nuclear Safety Department Report Number 86000, January 1987.



ORIGEN-S Cross-Section Libraries for CANDU
Used-Fuel Characterization
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ABSTRACT

A code system for producing burnup-dependent cross-
section l i b r a r i e s for CANDU u s e d - f u e l
characterization for use with the ORIGEN-S isotope
generation and depletion code system is described.
Benchmark results against experimental isotopic data
for three CANDU-PHW reactor stations are presented.
The code system couples the WIMS-AECL reactor
physics analysis code with an ORIGEN-S depletion
analysis to produce application-specific libraries
that can be used in subsequent used-fuel analyses.

This work was funded by the CANDU Owners Group,
Radiation and Reactor Physics Working Party 25.

1. INTRODUCTION

The ORIGEN series of codes are widely used within Canada and
internationally for predicting the characteristics of used
reactor fuel. The results from these codes are routinely applied
in nuclear reactor design, radiation safety and shielding
analyses, environmental safety assessments, and post-accident
analyses. The accuracy of the results depends largely on the
application of accurate nuclear decay data and neutron cross
sections that incorporate the effects of assembly design, fuel
composition, and reactor operating conditions.

The ORIGEN codes use a point-depletion model to calculate used-
fuel isotopic concentrations resulting from fission and other
neutron-induced transitions, decay, and fuel processing. The
spatial independence of the codes requires that these effects,
which affect the value of the averaged cross sections and
ultimately the prediction of isotopic concentrations, be
incorporated into the cross-section library prior to performing a
depletion calculation. In addition, variations in the cross
sections with time, caused by the changing neutron energy
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spectrum and fuel isotopic concentrations, must also be taken
into account. The methods used in obtaining the appropriate
cross-section data, and the rigorousness of the methods,
represent the primary difference between the ORIGEN series of
codes.

The ORIGEN-S code [1] was recently released as part of the SCALE
modular code system [2] for .Standardized Computer Analyses for
Licensing Evaluation. The code was designed as a depletion
module of SCALE with a capability to apply multi-energy-group
neutron cross sections, processed and weighted using a one-
dimensional neutronic analysis of the lattice to reflect both the
reactor design and time dependence of the cross sections caused
by changes in the fuel isotopic concentrations. The depletion
system in SCALE is designed to generate application-specific
ORIGEN-S cross-section libraries from the multi-energy-group
cross-section libraries in SCALE, using an automated sequence
that prepares all data input and controls data interfacing
between modules. Other versions of the ORIGEN code require the
use of either very generic cross-section libraries, or libraries
that have been pre-processed for specific reactor designs and
specified fueling cycles.

The used-fuel characterization sequence in SCALE has been
modified at AECL to allow a two-dimensional neutronics analysis
of the reactor lattice using the WIMS-AECL [3,4] transport code.
WIMS-AECL is a lattice cell code used within AECL for CANDU1

reactor physics analyses and reactor design and development. The
use of a WIMS-AECL two-dimensional analysis in place of the one-
dimensional analysis of SCALE provides some significant
advantages and improvements for CANDU used-fuel analyses:

• The WIMS-AECL code is the primary reactor physics code
used within AECL Research for CANDU lattice calculations,
and has been extensively validated for heavy-water reactor
systems. ,

• WIMS-AECL allows a more accurate two-dimensional
representation of tne CANDU fuel assembly.

• The method provides access to more recent cross-section
evaluations that are used with the WIMS-AECL code. This
reduces the dependence on the SCALE cross-section library, "
which has been weighted for light-water reactor (LWR)
systems, and has been shown to significantly overpredict
high-energy threshold reactions when applied to CANDU
analyses, and is known to exhibit biases in the prediction
of uranium and plutonium reaction rates [2].

1. CANada Deuterium Uranium, registered trademark of AECL.
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• Cross-section data used in ORIGEN-S safety analyses become
consistent with that used in WIMS-AECL reactor physics
analyses.

This paper provides a brief description of the modified code
system that couples the WIMS-AECL and ORIGEN-S codes, a summary
of the benchmark comparisons carried out to date for CANDU used-
fuel characterization, and planned future directions for
upgrading the code system and nuclear databases.

2. DESCRIPTION OF THE ORIGEN-S CODE AND DATABASES

The ORIGEN-S code was developed as a module of the SCALE code
system to calculate used-fuel isotopics and source terms for
subsequent analyses. The code calculates point isotope
generation and depletion resulting from neutronic transmutation,
fission, radioactive decay, and fuel processing. The ORIGEN-S
code is used internationally in nuclear reactor and processing
plant design studies, radiation safety and shielding analyses,
environmental safety assessments, and post-accident analyses, and
is the reference code for CANDU used-fuel inventory
characterization for the Waste Management Program within AECL.
The code retains or expands the edit and processing features
provided by other ORIGEN codes.

The ORIGEN-S nuclear data libraries delivered with the code
contain cross-section and nuclear decay data for over 1600
isotopes. The libraries contain generic pre-weighted cross-
section data based primarily on data from the original ORIGEN
code [5], and fission product decay and yield data from
ENDF/B-IV. Cross-section data for the isotopes 1 3 3Cs, 242»Am,
212Am, 2*2Cm, 2*3Cm and 245Cm, have been updated using ENDF/B-V
data weighted for LWR analyses. Values of the (n,er) cross
sections for many of the light elements were also corrected using
ENDF/B-IV-based data. The Master Photon Libraries used to
generate photon sources are-based principally on data from the
Evaluated Nuclear Structure Data File (ENSDF).

The primary improvement incorporated into the ORIGEN-S code is
the ability to use application-specific multi-energy-group cross
sections generated from a reactor physics analysis of the fuel
assembly during a depletion analysis. In the coupled WIMS-AECL '
and ORIGEN-S code system, multigroup cross sections, weighted
using the neutron energy spectrum in the fuel as calculated by
WIMS-AECL, are used to create an updated nuclear database that
can be input to ORIGEN-S. Multiple time-dependent libraries are
used to adjust cross sections in the depletion analysis to
reflect the changing fuel composition and reactor conditions.
The ORIGEN-S code can also be executed as a stand-alone module
independent of the coupled system using the standard nuclear
database, or using updated burnup-dependent cross-section
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libraries created previously with the coupled code system.
Executing ORIGEN-S as a stand-alone module allows selection of
fuel processing options and more detailed output descriptions
than those allowed through the depletion analysis sequence.

Other improvements in the code include expanded data storage
interfaces for use in subsequent calculations, use of calculated
time-dependent values of recoverable energy per fission, neutron
and photon source terms for any given energy group structure, and
an improved neutron source calculation that includes the addition
of neutrons from spontaneous fission (a,n) reactions in both U02
and borosilicate glass.

3. DESCRIPTION OF THE WIMS-AECL LATTICE CODE

WIMS-AECL is a deterministic multigroup transport code used for
lattice cell and burnup calculations within AECL for production
analyses in reactor physics design. The code is based on a
version of WIMS originally obtained from the United Kingdom
Atomic Energy Authority, Winfrith, and has been extensively
modified. It is the primary production lattice code used for
CANDU reactor physics calculations within AECL Research.
Mutlidimensional reactor physics codes like WIMS-AECL generally
allow full consideration of spatial effects within a lattice in a
neutronics analysis.

WIMS-AECL has been validated for pin-cell lattices using cross-
section data from EMDF/B-V [6]. The resonance treatment has been
validated through comparisons with experiment and the results of
more rigorous calculations for pin-cell and cluster fuel
geometries [7]. The code has also been benchmarked for CANDU
burnup calculations, with predicted inventories of the uranium
and plutonium isotopes generally showing agreement of better than
1% with experimentally measured values.

The cross-section library used with WIMS-AECL is limited to
isotopes of primary importance to the calculation of reactor
neutronic parameters. Complete isotopic characterization, which
is required for many safety-related applications, is beyond the
aim and capability of specialized reactor physics like WIMS-AECL.
All WIMS-AECL calculations performed in this work were run using
a two-dimensional collision probability method to solve the •
transport equation, and an ENDF/B-V-based cross-section library.

4. MULTIGROUP CROSS-SECTION LIBRARIES

Multigroup cross sections are used in the code system to update
the ORIGEN-S database with application-specific and burnup-
dependent data for the depletion analysis. The code system
combines two multigroup cross-section libraries: the extended
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version of the SCALE 27-energy-group ENDF/B-IV-based library, and
the WIMS-AECL 89-energy-group ENDF/B-V library.

The reactor physics analyses are performed using WIMS-AECL and
the 89-group ENDF/B-V cross-section library developed within
AECL. This library currently contains cross sections for over
150 isotopes that are generally of importance to reactor physics
neutronics analyses. A total of 61 isotopes were suitable for
updating the ORIGEN-S database.

The SCALE extended 27-group library is a collapsed version of the
SCALE 218-group Criticality Safety Reference Library, based
primarily on ENDF/B-IV, with ENDF/B-V-based data used to extend
the fission product list. The library contains nuclear data for
220 individual isotopes, and was used to supplement the smaller
database of the WIMS-AECL ENDF/B-V library. The 27-group library
contains 13 thermal groups below 3 eV, and 5 groups above 1 MeV.

For the depletion analyses performed in this study, all isotopes
available in the SCALE 2 7-group and WIMS-AECL 8 9-group library
were used in updating the cross-section data in the ORIGEN-S
library. Where duplicate cross-section data exist between the
libraries, the code system selects the WIMS-AECL data over that
from SCALE.

5. OVERVIEW OF THE CODE SYSTEM

The code system is based largely on modules from the SCALE code
system, complimented with the WIMS-AECL reactor physics code for
two-dimensional analysis of the reactor lattice. The interaction
of the major modules in the WIMS-AECL and ORIGEN-S code system is
shown in Figure 1 . Each pass through the system requires new
fuel compositions, and results in the creation of a single
burnup-dependent library representative of the reactor assembly,
along with the fuel compositions at each point in the burnup
analysis.

Calculations start with the two multigroup cross-section
libraries as shown at the top of Figure 1 . Resonance
calculations are performed on all isotopes in the SCALE library
using the Nordheim Integral Treatment of NITAWL-II and initial
fuel compositions. A WIMS-AECL lattice calculation is then
performed to determine the neutron flux distribution in the fuel
regions, and generate assembly-averaged isotopic cross sections.
The WIMS-AECL resonance treatment is based on equivalence
relations that relate mixtures of isotopes and heterogeneous
geometries to an equivalent dilution of each isotope [7].

The two cross-section libraries are processed through the COUPLE
code, which updates the standard ORIGEN-S cross-section library
with the application-specific cross sections from the WIMS-AECL
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and SCALE libraries. The COUPLE code collapses the multi-energy-
group cross sections, using the neutron flux spectrum from
WIMS-AECL, into a three-group structure used by ORIGEN-S. The
27-group cross sections are collapsed using a 27-group flux
spectrum synthesized from the 89-group flux calculated by
WIMS-AECL. Updating from the two data sets is performed by
sequentially processing all isotopes and reaction data from the
SCALE 27-group library, and substituting the 89-group data from
WIMS-AECL, if it exists. If the equivalent data do not exist
from WIMS-AECL, the SCALE data are retained. Since the SCALE 27-
group library contains more extensive reaction data than the
WIMS-AECL 89-group library, this procedure results in many
isotopes containing a mix of ENDF/B-IV and -V data. Three-group
flux weighting factors, THERM, RES, and FAST, are calculated in
COUPLE using the WIMS-AECL flux spectrum and are applied to all
remaining ORIGEN-S isotopes that are not updated with multigroup
cross sections.

The updated nuclear database used by ORIGEN-S is then used to
generate new fuel compositions following a short irradiation time
step. A system control module subsequently reads and processes
the fuel compositions after the irradiation step, writes new
input interfaces for the SCALE-based codes, and writes a new
material composition file for use by WIMS-AECL for the next pass
through the system. The sequence proceeds until the desired
irradiation is achieved. Each pass results in the creation of a
time-dependent cross-section library, which can be saved for
subsequent applications.

6. FUEL INVENTORY BENCHMARK STUDIES

The results of coupled WIMS-AECL and ORIGEN-S depletion analyses
were benchmarked against experimental isotopic inventory data
from three CANDU reactor stations: NPD, Bruce, and Pickering.
The results of 0RIGEN2 [8] and WIMS-AECL, run as a stand-alone
code, are also included in the comparison.

0RIGEN2 is one of the codes currently used in the COG community
to predict CANDU used-fuel properties. The cross-section library
used with 0RIGEN2 was developed at Oak Ridge National Laboratory
[9] and is based on the Gentilly-2 CANDU reactor design. The
cross-section data is derived from an ENDF/B-IV-based 27-group
library. Adjustments were made to the 2 3 8U resonance data in the
0RIGEN2 library to obtain better agreement with experimental
results. The 0RIGEN2 code adjusts cross sections for several of
the neutronically important actinides through the depletion
analysis using pre-calculated data, leaving all other data
constant through the analysis.

The stand-alone WIMS-AECL calculations were performed using a
multi-zone representation of the fuel region, allowing burnup in
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the individual regions of the assembly (fuel element rings) to
proceed independently.

6.1 NPD Fuel Inventory Study

Isotopic comparisons are presented in Table 1 for uranium and
Plutonium inventories measured in NPD fuel [10]. The measured
results for each ring of fuel elements in the 19-element bundle
were weighted to produce bundle-averaged fuel compositions, the
quantity compared in this study- The 2 3 5U/ 2 3 8U ratio was used to
normalize burnup since the true burnup was not accurately known.
The differences between calculation and experiment are shown for
each code, and the calculated burnup is listed.

The plutonium ratios predicted by the coupled WIMS-AECL and
ORIGEN-S code system are in excellent agreement with measured
values. The total plutonium inventory was within 1.3% of
experiment, while the 239Pu/Pu atom ratio agreed to within 0.5%.
The total plutonium inventory calculated by ORIGEN2 is
overpredicted by 14%. The 239Pu/Pu atom ratio predicted by all
codes showed good agreement with experiment, while other
plutonium isotopes generally showed larger differences of up to
±7%.

6.2 Bruce Fuel Inventory Study

The second set of fuel inventory measurements used in the
benchmark was obtained from unpublished data from the Thorium
Fuel Reprocessing Experimental program at the AECL Research
Whiteshell Laboratories. Assays were available for fuel elements
taken from the second, third and fourth (outer) rings of a Bruce
37-element fuel bundle (F21037C), providing characterization of
36 of the 37 elements. The experimental data were limited to
uranium and plutonium inventory measurements. A detailed fuel
irradiation history was available for the bundle, and was applied
in all code calculations. As with the NPD fuel study, the
2 3 5u/23»u ratio was used as the burnup indicator.

The bundle-averaged results are presented in Table 2. The
coupled WIMS-AECL and ORIGEN-S results show excellent agreement
with experiment, all quantities being within experimental error
with the exception of 2 3 9Pu, which showed a difference slightly
larger than the measured uncertainty. The total Pu/U ratio was
not available from the assay. The ORIGEN2 results for 239Pu
differ from experiment by 4%, while other plutonium isotopes
exhibited differences from experiment of up to 20%.

6.3 Pickering Fuel Inventory Study

Actinide and fission product assays were recently performed on a
single outer fuel element of Pickering-A fuel bundle 19558C in
support of the AECL Waste Management Program at Whiteshell
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Laboratories. The calculations assumed an outer element burnup
of 222 MWh/kg initial uranium, a value derived from destructive
radiochemical analyses [11]. A detailed irradiation history of
the bundle was incorporated into all calculations.

While the Pickering-A fuel data are the most extensive identified
to date, their use for point depletion code validation is limited
since the experimental data exist for only an outer fuel element.
The ORIGEN class of codes are generally designed to calculate
bundle-averaged compositions. Differences between the outer
element and bundle-averaged neutron flux spectrum will therefore
result in errors in the averaged cross-section data. The impact
was estimated, using WIMS-AECL, to be in the order of several
percent for the uranium and plutonium isotopes, while the impact
on the fission products is smaller. The error caused by using
bundle-averaged cross sections is generally smaller than the
uncertainties associated with the majority of the experimental
data, with the exception of the uranium and plutonium
measurements. The data presented in the benchmark comparison
were therefore limited to the fission product and tranuranic
isotope inventories. The WIMS-AECL results presented were
calculated explicitly for the outer pin.

The results for the fission products and transuranic isotopes
presented in Table 3 are generally in good agreement with
experiment. The most serious discrepancy is observed in the
prediction of 15«Eu by all codes. The difference between the
WIMS-AECL result and the coupled WIMS-AECL and ORIGEN-S analysis
for 1 5 <Eu is due primarily to a difference in the ENDF/B-V and
-IV fission product yields used in the two calculations
respectively. These results suggest that errors likely exist in
the ENDF/B-IV and -V fission product yields, or cross-section
data for this isotope or its precursors.

The results for 9 9Tc are presented, although problems were
experienced in measuring the activity. The results for all three
codes are seen to be in very good agreement. The large
discrepancy between the WIMS-AECL result and the coupled
WIMS-AECL and ORIGEN-S result for 2 3 7 N p , although within
experimental uncertainty, is caused by the the spectrum
difference between the calculations (outer pin and bundle-
averaged, respectively). This approximation will have the
greatest impact on isotopes produced principally via high-energy
threshold reactions (e.g. 2 3 7 N p , 2 3«Pu that are produced
indirectly via (n,2n) reactions).

The 0RIGEN2 results for 2* * Cm are in significantly better
agreement with experiment than those of the coupled WIMS-AECL and
ORIGEN-S calculations. A review of the cross-section library
used in the 0RIGEN2 calculations suggests the better accuracy is
a result of updated 27-group cross-section data for the
precursors 2 4 2Cm and 2 4 3Cm used in the 0RIGEN2 calculations. The
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ORIGEN-S libraries are currently only updated with multigroup
cross sections for 244Cm, a limitation in the current multigroup
library. This result suggests that the current LWR weighted
cross sections in ORIGEN-S are inadequate, and accurate
prediction of 2 4 4 Cm requires updating the precursor cross
sections with multigroup data processed for CANDU reactor
systems. Because of the importance of 2*4Cm as a neutron source
in used fuel, the light-water spectrum-weighted cross sections
for the Cm isotopes carried with the ORIGEN-S nuclear database
are likely a deficiency in the present code system for
application to CANDU reactor calculations.

In general, the agreement of the code predictions with experiment
is good, with differences generally being of the order of the
experimental uncertainty. The 0RIGEN2 results showed the
greatest differences from experiment, with 1 2 5Sb, 1 3 4Cs, 154Eu
and 155Eu showing particularly large discrepancies.

7. CONCLUSIONS AND PLANS FOR FUTURE DEVELOPMENT

The depletion code system coupling the WIMS-AECL reactor physics
code and the ORIGEN-S isotope generation and depletion code has
been benchmarked against experimental measurements on CANDU
reactor used-fuel isotopics, and compared with the results of
0RIGEN2 and the more rigorous stand-alone calculations of
WIMS-AECL. The coupled system has been shown to be in excellent
agreement with experiment and with the results of WIMS-AECL
calculations. The coupled code system is capable of accurately
predicting used-fuel isotopics for a wide class of CANDU reactor
and fuel designs.

Perhaps more importantly, the code system described is capable of
generating ORIGEN-S cross-section libraries for more complex
advanced-CANDU fuel designs, fuel materials, and alternate
fueling cycles. The code system also provides utility modules
that allow complete control over the nuclear data. The current
development plans for 1992 include the following:

• The inclusion of more extensive multi-energy-group cross-
section updating to correct recognized deficiencies such
as the prediction of 24*Cm.

• Evaluation of the revised ORIGEN-S libraries containing
ENDF/B-V fission product yields using the existing
benchmark data, and an evaluation of recently released
ENDF/B-VI yield data.

• An evaluation of revised ENDF/B-VI cross-section data for
use in ORIGEN-S library updating.
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• Possible expansion of the ORIGEN-S nuclear database to
include ENDF/B-VI decay data that has been extensively
upgraded for accurate decay heat predictions at very short
and long cooling times (potential application to post-
accident analysis).
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2 3 5 U / 2 3 « U

Pu/U
239Pu/Pu
240pu/pu
241Pu/Pu
2«2Pu/pu

Calculated

Table 1. NPD

Experiment (x102)

0.2849 ±0.3%
0.313 ±0.7%

73.34 ±0.1%
22.04 ±0.3%
3.815 ±0.2%
0.812 ±0.3%

Burnup (MWd/MgU)

fuel inventory benchmark

Percentage
WIMS-AECL

+ 1
+0
-2
+3
+0

5905

.88

.29

.00

.75

.78

Difference from Experiment
WIMS-ORIGEN

+ 1 .25
+0.41
-1 .77
+ 1 .49
-6.56

5811

0RIGEN2

+ 13
-0
+ 1
+6
-4

6042

.48

.95

.86

.55

.56

Table 1. Isotopic Data for Uranium and Plutonium Isotopes in NPD Fuel
Bundle 1016. Burnup established using 23 5u/23su ratio.

23

2 3

2 3

2 4

24

2 4

su/23«u
«u/u
spu/Pu
°Pu/Pu
iPu/Pu
2pU/Pu

Calculated

Table 2. Bruce fuel inventory benchmark

Percentage
Experiment (xiO2) WIMS-AECL

0
0

65
27
4
1

Burnup

.2136 ±4.

.080 ±6.

.82 ±0.

.44 ±2.

.96 ±5.

.75 ±9.
(MWd/MgU)

2%
3%
6%
0%
6%
7%

-2.
-0.
-0.
+4.
+8.

8090

13
53
44
78
10

Difference froni
WIMS-ORIGEN

-2.00
-0.92
+ 1 .29
+3.00
+0.23

7834

Experiment
ORIGEN2

-3
+2.
-4.
-7.

-19.
7781

.50

.91
71
12
57

Table 2. Isotopic Data for Uranium and Plutonium Isotopes in Bruce
reactor Bundle F21037C. Burnup established using 235U/23IU
ratio.

Isotope

'<>Sr
9 9 T cl

us Sb
i3« C s
13 7 C s

1 5 4 E u

1 5 5 E u

2 3'Np
2«iAm
2<«Cm

Table 3. Pickering activity benchmark

Measured
Activity (Bq/kgU)
(outer

4.97+1
9.35+7
2.35+9
4.23+9
8.42+1
8.80+9
3.71+9
1.02+6
1.85+1
7.34+8

pin)

1 ±4%
±10%
±30%
±5%

1 ±5%
±5%
±11%
±20%

0 ±5%
±15%

Percentage Difference from Experiment
WIMS-AECL
(outer pin)

+57.2

-4.30

+45.1
+6.33

-13.8
+2.05
—

WIMS-ORIGEN
(bundle ave)

-1.81
+60.6
+20.5
-2.91
-8.60

+88.4
+21.7
-4.24
+1.03

+27.0

0RIGEN2
(bundle ave)

-0.46
+55.2
+60.0
+48.2
-6.76

+140
+49.3
-4.17
+6.70
+0.91

1 Measurement errors suspected

Table 3. Fuel inventory data for fission products and transuranics in
outer element 7 of Pickering-A fuel bundle P19558C.
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SCALE
ENDF/B-IV

NITAWL-II

WIMS
ENDF/B-V

LATTICE DESCRIPTION

WIMS-AECL

MATERIALS FILE

CUPDATED^N
LIBRARY/1

ORIGEN-S

FUEL
COMPOSITION,

Figure 1. Overview of the coupled WIMS-AECL and ORIGEN-S
code system for used-fuel characterization as
used for the present calculations. Only the
major code modules and data interfaces are shown.
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ABSTRACT

The conceptually correct way of handling the readings of failed detectors in
flux mapping is to exclude them from the numerical procedure.

An automated way to exclude such irrational readings is implemented in the
off-line version of the flux-mapping program. Its performance is illustrated
by means of tests with various numbers of irrational readings.

Results demonstrate that the proposed method can credibly replace the existing
approximate procedure in the on-line program version as well, if a modern—day
computer is used.

INTRODUCTION

Background

Flux mapping is a well-known procedure for synthesizing a three-dimensional
flux distribution inside the reactor core by expansion in a set of
predetermined flux shapes ("modes"), using the readings of in-core vanadium
detectors as data. The amplitudes of the various modes used in the expansion
are determined by a least-squares fit of the synthesized flux to the detector
readings.

Present Work

The present work extends the capability of the off-line flux-mapping program
to correctly exclude the readings of failed detectors from the numerical
procedure, and compares results obtained with the exclusion method from those
obtained with the existing approximate substitution method.

NUMERICAL BASIS OF FLUX MAPPING

Modal Expansion

Assume that the thermal flux at any point f in the core, <|>(r) , can be

expressed as a linear combination of pre-calculated flux modes ^Sf) •

X
n-l

•1045«wp51
Rauben
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where N is the total number of modes used and An is the amplitude of the nth
mode.

The flux-mapping procedure determines the mode amplitudes from the readings of
in—core detectors, and then uses Equation (1) to calculate the three-
dimensional flux distribution in the core. The algorithm is described below.

Suppose there are D in-core detectors at positions labelled Fj , d=l, ..., D.

Writing Equation (1) for the special case of these detectors,

N

d=l, ..., D 12)
IX'l

The values <()(/vJ) , calculated from Equation (2) once the mode amplitudes are

known, are called the mapped detector fluxes.

Equation (2) can be rewritten in the form:

(3)

where (4)

a n d

In turn, Equation (3) can be written in matrix form:

(5)

(6)

where A=

is the Nxl vector of amplitudes,

K

(7)

(8)

Roobcn
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is the Dxl vector of mapped detector fluxes, and

M=

Ma ... M1N

M
m

(9)

is the DxN matrix of mode values at the detector positions.

Solving for the Mode Amplitudes

The detector fluxes at some particular time are assumed known from site
measurements. The measurements (readings) are essentially electric currents
generated by the in-core detectors, and depend on the flux at the detectors
and on the detector sensitivity.* The readings are converted to fluxes by
dividing by the detector sensitivity factors:

d=l, ..., D (10)

where Ed is the reading for detector d

Kd = — is the inverse sensitivity of detector d

and is the derived "measured flux" (also sometimes called the
"calibrated flux") for detector d.

The measured fluxes are denoted collectively by the Dxl vector:

F=

The aim of flux mapping is to determine the amplitudes An to obtain the best

fit of the mapped fluxes $a to the measured fluxes Fd.

Generally, there are many more detectors than modes, i.e., D > N. For
example, in the CANDU 6 there are 102 in-core detectors, i.e., D«102, and the

In fact, the detector lead cable also contributes to the current, and must
be taken into account. This does not change the procedure described here
in a material way.

92/DVJ1
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number of modes used in the flux-mapping expansion, N, ranges between 15 and
28.

Since it is impossible (in general) to obtain a perfect fit to D detector
fluxes using a smaller number N of unknowns An, the flux—mapping method

obtains a least-squares fit of the mapped fluxes <|>j to the measured fluxes

Define a weighted sum of squares of differences between the mapped and
measured fluxes:

d'l

where the Wd are selected weight values.

Using Equation (3) for the mapped fluxes, the sum of squares is written as a
function of the mode amplitudes:

D (N

E"-JE
d'l [n'1

(13)

The sum of squares is minimized, i.e., a least-squares fit is achieved, by
imposing the condition for an extremum, i.e.,

Be=0 n=l, ..., N (14)

Using Equation (13), this condition can be written:

d'l [t-1 J

which can again be rewritten

D

E
l*-l J d'l

Using the Dxl vector of weights

E
d

*}"* - E
J

n=l , . . . , N

n - 1 , . . . , N

(15)

(16)

•1045«vpSI
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W =

\

(17)

and its lxD transpose

ff = ( Wlf ... WD) (18)

as well as the transpose if of M, Equation (16) can be cast in matrix form:

if • (W-ff) • M • A = if • (W-Vf) • F (19)

Inverting this equation, the amplitude vector is obtained as

A = H-F (20)

where the NxD "pseudo-inverse" matrix H is given by:

H = {If • (W-ff) • M}-1 • if - (W-ff) (21)

Once the modes-at-detectors matrix M has been computed and the weight vector
W has been chosen, the matrix H can be calculated by inversion (i.e.,
Equation (21)), and the amplitudes An can be determined by a simple matrix
multiplication, Equation (20) .

Equation (1) can then be used to calculate the full three-dimensional flux
distribution in the core, and Equation (2) or (3) provides the mapped detector
fluxes.

An important by-product of the calculation is the zone-flux distribution. The
reactor core is subdivided into a number of control zones (14 in the CANDU 6).
The average values of mapped flux in the 14 zones are used by the regulating
system to control the light-water fills in the zone—control compartments. It
is therefore particularly important that the flux mapping reproduce zone
fluxes accurately, i.e., to better than 0.5 to 1.0%, or about 1 MW (in round
numbers) in equivalent power units.

FLUX MAPPING WITH FAILED DETECTORS

Occasionally, the in-core flux-mapping detectors fail or "go irrational".
Detectors are deemed to have failed according to two distinct criteria:

• the measured readings are a priori identified as irrational - that is,
they fall outside a reasonable range of values, or

after the flux map has been calculated, the difference between the
mapped and measured fluxes is found to be too large (typically, greater
than 15% of the fundamental mode amplitude).

When irrational detectors have been identified, the conceptually correct way
of treating them is to consider them as unreliable data, and exclude them from
the numerical procedure to calculate the amplitudes.

Rmbco
nowii
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Existing (Substitution) Procedure for Handling Failed Detectors

The present version of the flux-mapping program instead handles irrational
detectors by substituting for the corresponding fluxes best-estimate values.
This substitution method allows irrational detectors to be kept in the least-
squares sum of Equation (15) without invalidating the procedure. The best-
estimate detector fluxes can, for instance, be computed at first from the
fundamental mode used in the mapping. Subsequently, once the first flux map
has been obtained, the best-estimate fluxes can be taken as the mapped
detector fluxes.

In the framework of this substitution method, the flux mapping is repeated
iteratively. At each pass, irrational detector readings are replaced as
explained above, until no new irrationalities are identified. A weakness that
remains, however, is that there is no check on the convergence of the mapped
fluxes before the iterations are stopped. Thus, the process can end with non-
converged mapped values of flux.

New (Exclusion) Procedure for Handling Failed Detectors

While it is practical, the substitution method described above is clearly an
approximation, substituting calculated values for measured values.

As stated earlier, once a detector has been established as irrational, it
should, as a matter of principle, simply be dropped from the flux-mapping
process. That is, this detector should be taken out of the least-squares sum.
In this way, no "best-estimate" value can skew the results.

Excluding failed detectors from the least-square sum, however, has so far been
impossible in the on—line version of the flux—mapping program. The reason for
this is that the on-line program uses a precalculated "pseudo-inverse"
matrix H to produce the least-squares fit. The dimensions of this matrix are
preset and cannot be changed to accommodate varying numbers of detectors.

The restrictions indicated in the previous paragraph do not, however, apply to
the off-line version of the flux-mapping program. In the present work, this
has been used to advantage to re-program the process. In the version
developed here, failed detectors are excluded from the mapping, and the
matrices are reduced to a dimension equal to the number of "good" (non-
irrational) detectors.

The special handling of failed detectors is completely automated so that the
program user need not intervene by "manually" removing readings of the failed
detectors from the data set. Detectors are re-ordered internally so that the
valid detector readings form a contiguous set, permitting an efficient way of
calculating the new "pseudo-inverse" matrix H for the reduced set. The
detector re-ordering is then "unfolded". The mapped fluxes at the irrational
detectors are still generated for information purposes, although they do not
enter into the least-squares process.

Wit.i this exclusion method, iterative passes are again performed whenever the
flux mapping uncovers new irrational detectors (through large differences
between mapped and measured fluxes). However, when new irrationalities are no
longer present, the mapped fluxes are automatically converged, in contrast to
the substitution method.

RESULTS

A typical CANDU-6 flux-mapping calculation is investigated. As mentioned

«10456<«pS]
Rental
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earlier, in the CANDU 6 reactor there are 102 flux-mapping detectors. In
normal operation, with reactivity devices in their nominal position (i.e.,
adjusters in core, mechanical control absorbers out of core) , a set of 15
flux-mapping modes, listed in Table 1, is used.

The study began with a typical set of detector readings, with no irrational
detectors. The flux mapping in this situation provided a good fit to the
detector fluxes (standard deviation of differences between mapped and measured
fluxes = 2.81%).

To investigate the effect of failed detectors, a progressively greater number
of detector readings were replaced at random by irrational (too high or too
low) values.

Results obtained with the existing substitution method and the exclusion
method are compared in Table 2. Results shown include the standard deviation
of percent differences between mapped and measured (calibrated) fluxes, the
largest value of these individual differences, the largest difference in the
zone-averaged fluxes (in equivalent MW units) and the number of zones for
which the difference is greater than 1 MW.

It is clear from the results in Table 2 that the existing substitution method
is, in practice, adequate when only a few (<10) detectors are failed. As the
number of irrational readings increases beyond 10, the quality of fit
deteriorates signlx. <.,antly: the standard deviation of the differences between
mapped and calibraL^d fluxes increases beyond 3%, and the largest individual
difference can exceed 10%. Of even greater significance, the zone-flux error
(as reckoned from the difference with the "correct" exclusion method zone
flux) is greater than 1 MW for several (typically 5 to 10) zones.

Furthermore, when 10 or more irrational detectors are present, the existing
substitution method often leaves a relatively large number of mapped detector
fluxes (20 or more) with a convergence level poorer than 0.5%. This can
detract significantly from the quality of the three-dimensional mapped flux
distribution in the core.

From the perspective of both individual detector fluxes and the three-
dimensional flux distribution (including the zone fluxes), the existing
substitution method is thus seen to be potentially unreliable when more than a
few detectors are irrational.

As is evident from Table 2, the quality of fit with the exclusion method
remains excellent (0=2.6-2.9%), regardless of the number of failed detectors.
The exclusion method, in addition, does not suffer from convergence
difficulties, as earlier explained. The method is therefore generally more
stable than the substitution method.

The CPU time per flux-map execution including recalculation of the pseudo-
inverse matrix, is only about 0.4 s on an Apollo DN10000 computer, and is not
very dependent on the number of failed detectors. The proposed exclusion
method can therefore credibly be implemented in the on-line version of the
flux-mapping code if a modern computer with sufficient central memory and
execution speed is used.

SUMMARY

An automated method for excluding irrational detector readings from the flux-
mapping procedure was successfully implemented in the off-line version of the
flux-mapping program.

Rotten
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This method has the advantage that it is conceptually the correct one to use
whenever a detector is failed: quite simply, failed detectors should not be
retained within the flux-mapping scheme.

Numerical advantages of the new algorithm become more evident as the number of
failed detectors increases, especially as the number of failures increases
beyond 10.

Although the new procedure requires a recalculation of a new pseudo-inverse
matrix whenever an additional detector failure is encountered, the extra
computing is not significant for present-day computers, and is recommended for
any off—line version of the flux—mapping code. The execution time on
modern-day computers is short enough (<0.5 s) to allow implementation even on
the on-line program version.

Roaben
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Table 1
15-Mode Set Used in Flux Mapping

Mode
Number

1

2

3

4

5

6

7

8

9

10

11

12

13

14

15

Description of Flux Shape

Time-average flux distribution

First azimuthal (A)

First azimuthal (B)

First axial

Second azimuthal (A)

Second azimuthal (B)

First azimuthal x first axial (A)

First azimuthal x first axial (B)

First radial x second axial (A)

First radial x second axial (B)

First azimuthal x second axial (A)

First azimuthal x second axial (B)

Third azimuthal (A)

Third azimuthal (B)

Second radial Bessel function

Rxmben
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Table 2
Comparison of Substitution (S) and Exclusion (E) Methods

Number of
Initial

Irrational
Detectors

0

1

5

7

10

15

18

20

22

25

30

Standard Deviation of
Differences between
Mapped and Measured

Fluxes *"
(%)

(S)

2.81

2.81

2.83

2.92

2.96

3.51

3.09

3.08

3.52

3.15

3.16

(E)

2.81

2.81

2.82

2.88

2.92

2.81

2.70

2.66

2.73

2.67

2.50

Largest Single
Difference between
Mapped and Measured

Fluxes*
(%)

(S)

7.3

7.4

7.2

8.6

8.6

10.2

6.9

7.5

10.4

7.7

11.1

(E)

7.3

7.4

7.4

7.6

7.6

6.5

5.9

5.9

6.1

5.9

5.7

Largest Difference in
Zone Flux between (S)

and (E)
(MW)

0.00

0.00

0.02

0.81

1.43

3.33

2.42

2.36

4.14

2.92

6.84

Number of Zone-
Flux Differences
Greater than 1 MW

0

0

0

0

1

10

5

7

10

8

9

* Computed over "good" (non-irrational) detectors
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ABSTRACT

Coolant void reactivity in CANDU reactors can be reduced or even eliminated by
adding an appropriate amount of burnable poison in the inner elements of CANDU
fuel bundles. Tl.e additional amount of U-235 that is required to compensate
for the burnable poison can be reduced by using depleted uranium in the inner
fuel elements.

1. 0 INTRODUCTION

Inherent in all CANDU designs beginning with the NPD plant, designers and
physicists sought to contain positive reactivity excursions following design
basis loss—of—coolant accidents (LOCA) and mitigate its consequences through
sophisticated design concepts involving early detection, rapid response and
defense-in-depth approaches.

Because of these design concepts, present CANDU reactors keep the LOCA
conseqences within acceptable limits. However, the desire to improve the
economics of the CANDU plants has resulted in simpler designs that exploit the
economy of scale, i.e., larger reactor cores and reactors with more flux and
power flattening. These requirements tend to increase void reactivity
insertion rate on LOCA because of the higher neutronic decoupling of the two
Primary Heat Transport (PHT) loops. To achieve such design simplification and
superior economics and yet keep the LOCA consequences within acceptable
limits, an alternative approach is required. This involves a reduction in the
void reactivity holdup and consequently a reduction in the reactivity
insertion rate for a fixed voiding rate.

1.1 Void Reactivity as a Design Parameter

Reduction in the void reactivity that is potentially held up in the coolant
will limit the reactivity excursion during a LOCA. If low void reactivity is
included as an optimization parameter in future CANDU plant design, many of
the concepts which are required in the present plant design in order to
minimize LOCA consequence can be simplified. The overall simplification in
plant design can result in large economic improvements by reducing the capital
cost significantly. Some of the design areas that can be simplified are:

• single PHT loop with unidirectional coolant flow in all channels;

no interlacing of feeders;

• gravity-driven instead of spring-assisted shutoff rods.

922236/up51
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The cost reduction associated with these simplifications will amount to
several tens of millions of dollars. The cost of reducing void reactivity is
due mainly to the extra U-235 enrichment required to compensate for the
burnable poison that is used in the Low Void Reactivity Fuel (LVRF) designs.
This increase in fuelling cost should be compared against the reduction in
capital cost in order to arrive at an optimum level of void reactivity from
the cost viewpoint.

2.0 METHODOLOGY OF COOLANT VOID REDUCTION

2.1 Simulation Method

The simulation of the lattice neutronics was carried out with the WIMS-AECL
code {version 90-04-18). The Winfrith (version 90-06-09) library was used for
the neutron cross section database. The neutron spectrum was calculated in
thirty-three energy groups. The group structure was chosen according to the
energy bounds of major reaction rates that are expected in the CANDU lattice.
The PIJ option was used to model the fuel elements discretely in the WIMS
calculations.

The effect of neutron leakage on the neutron spectrum was calculated on the
basis of reactor leakage. This procedure was used in order to interpret the
WIMS results as being valid for the reactor. The reactivity of the lattice
that would produce a critical reactor was obtained from previous analysis for
the CANDU 6 reactor. The k-infinity of the critical lattice was 1.045. The
excess reactivity of 45 mk accounted for the reactor leakage as well as all
the absorptions, other than those occurring in the fuel channels, in the
reactor.

2.2 Methods of Void Reactivity Reduction

Most of the neutronic processes in CANDU that are responsible for producing
positive reactivity on voiding are brought about by a change in neutron
spectrum. The role of neutron absorption in the coolant is negligible,
however, coolant void causes a significant redistribution of flux in the fuel
channel. This flux redistribution can have a major impact on the thermal
reaction ratio depending upon the location of the fissile material in the fuel
bundle. The second component of the spectrum change is in the epithermal
range, i.e., those that increase fast fission in U-238 and decrease resonance
absorption in U-238. A reduction in these positive reactivity components
would therefore require either,

a. a reduction in the size or a reversal of the spectrum change upon
voiding, or

b. reduction in the reactivity effect of the spectrum change if the
spectral effects are left unchanged, or

c. creation of negative reactivity to counteract the positive components.

Approach (a) required a change in the neutron scattering properties of the
coolant which is equivalent to replacing the heavy water coolant with another
material of lower scattering cross section. To produce a reversal in the
spectrum change on voiding would require a significant reduction in moderator
volume. This approach requires a change of the basic CANDU lattice.

Approach (b) requires a significant change in the fuel bundle geometry, in
particular, in the surface-to-volume ratio of the fuel pins. This approach
will require significant fuel development effort.
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Because both approach (a) and approach (b) require significant development
effort beyond present-day CANDU technology, approach (c) is the only credible
method available to CANDU reactors in the near terra. In approach (c), rather
than attempting to reduce the magnitude of the positive void reactivity
components described above, the focus is placed on the production of new
negative reactivity components due to voiding. This is achieved by making use
of the redistribution of *"he thermal neutron flux that occurs across the fuel
bundle upon voiding. The negative reactivity component is created by placing
neutron absorbing material in the central region of the fuel bundle, where the
thermal neutron flux increases on voiding. The production of negative
reactivity due to the increased neutron absorption in these materials on
voiding, caused by an increase in the thermal neutron flux, can be made
sufficiently high to completely offset the positive reactivity component that
is produced on voiding.

2.3 Choice of Absorber Material

The following criteria were used in considering the suitability of a burnable
poison for void reduction:

a. The burnout rate of the absorber should be such as to maintain the
required void reactivity reduction through the life of the fuel.

b. The burnout rate should match the reduction in lattice reactivity such
as to minimize the parasitic load of the absorber integrated over the
life of the fuel.

c. The burnout rate should also minimize the power of a fuel channel, over
the fuel life, relative to neighbouring fuel channels. This is
necessary in order to offset the increase in the peak element power
density by restricting the absorber to the inner fuel elements of the
bundle.

d. Absorbers that are known to be chemically, physically and neutronically
compatible with the fuel should be given preference. In particular,
naturally occurring isotopes of fission products were used as the first
choice for evaluation.

Several absorbers were evaluated as candidates for use in void reactivity
reduction. It was found that relatively low cross section absorbers - such as
natural cobalt, halfnium and indium - did not burn out fast enough to minimize
the parasitic load at high fuel burnups. On the other hand, the familiar
burnable poisons such as gadolinium and boron had unacceptably high burnout
rates. The closest match to the optimum burnout rate was obtained with
natural dysprosium, which is also physically and chemically compatible with
the uranium fuel.

2.4 Using Depleted Uranium to Reduce Cost of Void Reactivity Reduction

Because coolant void reactivity in CANDU reactors, using low void reactivity
fuel, can be reduced to any desired value, even below zero, it becomes
possible to consider coolant void reactivity as a design parameter which can
be used for the overall optimization of the CANDU power plant. The fuelling
cost in CANDU reactors using LVRF depends on the design discharge fuel burnup
as well as the targeted void reactivity. It is convenient to express the cost
of void reduction as the increase in U-235 enrichment required to achieve the
targeted void reactivity while maintaining the design discharge fuel burnup.

The increase in U-235 enrichment requirement can be viewed as a reduction in
the resource utilization advantage that CANDU reactors have over the Light
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Water Reactors (LWRs). Therefore, there is considerable incentive to improve
the LVRF designs by reducing the cost of void reduction. The improvement can
be achieved by:

a. decreasing the dysprosium requirement for a given void reactivity
reduction,

b. decreasing the incremental U-235 enrichment required for a given amount
of dysprosium.

The dysprosium requirement can be decreased by replacing some of it by another
absorber, U-238, in the form of depleted uranium from the tailings, i.e.,
waste product, of fuel enrichment plants for LWRs. Another advantage of using
depleted uranium is the expected high conversion ratio because of the
relatively hard neutron spectrum in the inner fuel pins. Fissile plutonium
formation in the depleted uranium would offset the lack of U-235 in the inner
fuel pins and contribute significantly to the overall energy produced by the
fuel bundle.

The use of depleted uranium can therefore reduce the dysprosium requirement
for a required void reduction. It also reduces the U-235 requirement for a
given fuel discharge burnup since the energy produced in the depleted uranium
is essentially free.

The efficacy of the dysprosium to reduce void reactivity should also be
increased in the presence of depleted uranium because of the lack of fissile
material in the inner pins. The flux rise in the inner pins on voiding will
not result in a significant increase in fission rate. This should reduce the
dysprosium requirement for a given void reactivity reduction.

2.5 Low Void Reactivity Fuel Bundle Designs

The following fuel bundle designs were used in the WIMS simulations to
evaluate the U-235 requirements for specific targets of discharge fuel burnup
and coolant void reactivity:

a. standard 37-element fuel bundle design,

b. standard CANFLEX 43-element fuel bundle design, and

c. 43-element fuel bundle design with a large central pin.

Depleted uranium and dysprosium were used in the inner two rings, i.e.,
innermost seven fuel pins of the standard 37-element design. The amount of
dysprosium in the inner seven pins and the U-235 enrichment in the outer 30
pins were adjusted to give the desired void reactivity and discharge fuel
burnup.

The same procedure was used for the standard CANFLEX design, where depleted
uranium and dysprosium were used in the inner eight fuel pins. The CANFLEX
design is expected to perform better than the standard 37-element design
because it can accommodate more depleted uranium in the inner eight fuel pins,
which are larger than the remaining fuel pins in the outer two fuel rings.
Also, the larger number of fuel pins in the outer fuel rings, i.e., 35 in the
CANFLEX design vs 30 in the standard 37-element design, reduces the Maximum
Linear Heat Generation Rate (MLHGR) in the fuel elements for a given bundle
power output.

Figure 1 shows a 43-element fuel design, which is similar to the standard
CANFLEX design except for the large central fuel pin. Depleted uranium is
used in the inner eight fuel pins. However, the size of the central pin
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allows the dysprosium to be located only in the central pin, where the void
reduction effect is maximum and the parasitic load under nominal conditions is
minimum. This fuel design is therefore expected to be the most cost-effective
low void reactivity fuel design.

The above fuel designs were chosen because they require only minimum
development effort based on present-day CANDU technology. More advanced LVRF
designs, which have more than 43 fuel pins in order to improve void reactivity
reduction and reduce MLHGR, are being considered.

3.0 WIMS SIMULATIONS OF LOW VOID REACTIVITY FUEL DESIGNS

3 .1 Effects of Depleted Uranium

The effects of using depleted uranium in the LVRF designs were investigated
using the 43-elements fuel design with a large central pin. Table 3.1 gives
the U-235 contents in the four fuel rings for two cases:

a. depleted bundle, where depleted uranium (0.25 wt% U-235) is used in the
inner two fuel rings and Slightly Enriched Uranium (SEU) is used in the
outer two fuel rings, and

b. regular bundle, where SEU is used in all fuel rings.

Both fuel bundles give the same discharge fuel burnup of 21,000 MWd/teU.
However, the bundle-averaged fuel enrichment for the depleted bundle is 1.12
wt% U-235, which is lower than the 1.20 wt% U-235 required for the regular
bundle. Also, the void reactivity for the depleted bundle is 13.3 mk, which
is significantly lower than the corresponding value of 15.7 mk for the regular
bundle.

Figure 2 shows the thermal neutron flux distribution within the two fuel
bundles. The low flux level in the central pin, i.e., fuel_l, suggests that
placing an absorber in the central pin will give the least U-235 enrichment
penalty under nominal operating conditions.

Figure 3 shows the change in thermal neutron flux distribution within the fuel
bundles due to coolant voiding. It is clear that the thermal flux increases
in a. I the fuel rings upon voiding. However, the increase is smallest, i.e.,
less than 1%, in the outermost ring. The largest increase, about 12%, occurs
in the central pin for both bundles. This suggests that the maximum void
reactivity reduction effect will be achieved by putting the absorber in the
central pin.

Table 3.1
U-235 (Kt%) in Depleted and in Regular Fuel Bundle Designs

Giving 21,000 MWd/te Burnup

Depleted

Regular

Ring 1

0.25

1.20

Ring 2

0.25

1.20

Ring 3

1.57

1.20

Ring 4

1.57

1.20

Bundle
Average

1.12

1.20

3.2 Detailed WIMS Reaction Rates

Optimization of the LVRF designs requires an understanding of the neutronic
behaviour of the CANDU lattice under nominal and voided conditions. The
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information can be obtained from the reaction rates calculated by WIMS for the
depleted and for the regular bundles.

Table 3.2 shows the nu*fission rates by fuel ring in the depleted uranium fuel
bundle. Table 3.3 shows the nu*fission rates in the regular fuel bundle. In
the regular fuel bundle, as compared with the depleted uranium bundle, both
the group 1 and group 2 reaction rates are higher in fuel rings 1 and 2. The
nu*fission rates are concentrated in the outer fuel pins in the depleted
uranium bundle.

Table 3.2
Nu*Fission Rates in

a Depleted Uranium Fuel Bundle at Equilibrium Fuel Burnup

Group #

1
2

Nu*Fission Rates (mk)

Fuel 1
~3TZ

6.7 ~
41.6

Fuel 2

15.7
107.7

Fuel 3

27.7
289.8

Fuel 4

37.1
517.1

Table 3.3
Nu*Fisaion Rates in

a Regular Fuel Bundle at Equilibrium Fuel Burnup

Group #

1
2

Ku*Fission Rates {mk)

Fuel 1

8.7
61.0

Fuel 2

19.6
159.6

Fuel 3

26.3
159.4

Fuel 4

34.7
474.5

Table 3.4 shows the absorption rates by fuel ring in the depleted uranium fuel
bundle. Table 3.5 shows the absorption rates in the regular fuel bundle. The
fast group reaction rates are quite similar in the two bundle designs. As was
the case with the nu*fission rates, the thermal group absorption rates are
more concentrated toward the outer fuel rings in the depleted uranium fuel
bundle.

Table 3.4
Absorption Rates in

a Depleted Uranium Fuel Bundle at Equilibrium Fuel Burnup

Group #

1
2

Absorption Rates (mk)

Fuel 1

12.4
36.9

Fuel 2

30.2
96.0

Fuel 3

50.0
221.7

Fuel 4

88.5
417.1
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Table 3.5
Absorption Rates in

a Regular Fuel Bundle at Equilibrium Fuel Burnup

Group #

1
2

Absorption Rates (mk)

Fuel 1

13.6
46.0

Fuel 2

32.9
122.2

Fuel 3

48.9
206.1

Fuel 4

86.7
396.1

The ratio of production/absorption, i.e., eta, in the fuel rings in the two
bundles is shown in Table 3.6. The variation of eta between fuel rings in the
regular fuel bundle reflects the differences in the fuel burnup between fuel
rings. In the depleted uranium fuel bundle, eta is less than 1.0 in the inner
two rings. In the third and fourth fuel rings, eta is greater than 1.0
because of the relatively high enrichment level.

Table 3.6
ETA for the Regular and Depleted Uranium Bundles

at Equilibrium Burnup

Bundle

Type

Regular
Depleted

ETA

Fuel 1

1.1707
0.9785

Fuel 2

1.1523
0.9778

Fuel 3

1.1203
1.1685

Fuel 4

1.0545
1.0962

Bundle-Averaged

1.0951
1.0950

Table 3.7 shows the change in the nu*fission rates in the depleted uranium
fuel bundle due to voiding. Table 3.8 shows the change in the nu*fission
rates in the regular bundle due to voiding. In both b-ndle designs, the fast
group production rates increase on voiding in all fuel pins. The increases
are similar in the two designs. The changes in the thermal group nu*fission
rates show the effect of the distribution of enrichment on void reactivity.
In both bundle designs, the nu*fission rate drops in ring 4, with the largest
decrease occurring in the regular bundle design. In ring 3, the nu*fission
rate increases, with the largest increase occurring in depleted uranium
bundle. In the inner two fuel rings the trend is reversed. The nu*fJ.ssion
rates increase more in the regular bundle design. The net effect of the
changes in the nu*fission rates, in the two designs, is to increase the
nu*fission rate in the regular bundle slightly more than in the depleted
uranium bundle.

Table 3.7
Change in Nu*Fission Rates in a Depleted Uranium Fuel Bundle

due to Voiding at Equilibrium Fuel Burnup

Group #

1
2

Nu*Fission Rates (mk)

Fuel 1

+ 0.5
+ 3.4

Fuel 2

+ 1.4
+ 4.6

Fuel 3

+ 2.0
+ 8.9

Fuel 4

+ 2.5
- 8.7
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Table 3.8
Change in Nu*Fission Rates in a Regular Fuel Bundle

due to Voiding at Equilibrium Fuel Burnup

Group #

1
2

Nu*Fission Rates (mJc)

Fuel 1

+ 0.6
+ 6.3

Fuel 2

+ 1.5
+ 8.6

Fuel 3

+ 1.9
+ 6.3

Fuel 4

+ 2.5
- 10.9

Table 3.9 shows the change in the absorption rates in the fuel rings of the
depleted uranium bundle due to voiding. Table 3.10 shows the change in the
absorption rates in the fuel rings of the regular bundle due to voiding. In
both bundle designs, the fast group absorption rates drop, by similar amounts
in all fuel rings. The thermal group absorption rates increase in the inner
three rings and drop in the outer ring in both designs. With the exception of
ring 3, the changes in the absorption rates are largest in the regular bundle
design. The net result of the changes in the absorption rates in the depleted
uranium bundle is a slight increase in the absorption rate in the fuel on
voiding. In the regular bundle design, the net change in the absorption rates
in each fuel pin produces a drop in the absorption rate in the fuel.

Table 3.9
Change in Absorption Rates in a Depleted Uranium Fuel Bundle

due to Voiding at Equilibrium Fuel Burnup

Group #

1
2

Absorption Rates (mk)

Fuel 1

- 0.7
+ 3.4

Fuel 2

- 2.0
+ 5.2

Fuel 3

- 3.0
+ 7.4

Fuel 4

- 2.6
- 5.9

Table 3.10
Change in Absorption Rates in a Regular Fuel Bundle

due to Voiding at Equilibrium Fuel Burnup

Group #

1
2

Absorption Rates (mk)

Fuel 1

- 0.7
+ 4.8

Fuel 2

- 2.0
+ 7.5

Fuel 3

- 3.1
+ 2.8

Fuel 4

- 2.7
- 7.7

The net changes in the absorption and nu*fission rates in the two designs lead
to a change in eta for each fuel ring. These changes are shown in Table 3.11
for the two designs. The changes in each fuel ring are similar in the two
designs; however, the bundle-averaged change in eta is lower in the depleted
uranium bundle. The difference between changes in the bundle-averaged eta's
for the two designs reflects the differences in the importance of the inner
fuel rings. The lower eta values of the inner fuel rings in the depleted
uranium bundle lead to a smaller increase in the bundle averaged eta.
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Table 3.11
Relative Change in ETA for the Regular and Depleted
Uranium Bundles due to Voiding at Equilibrium Burnup

Bundle

Type

Regular
Depleted

ETA

Fuel 1

+ 2.7%
+ 2.5%

Fuel 2

+ 2.3%
+ 2.3%

Fuel 3

+ 1.8%
+ 1.8%

Fuel 4

+ 0.5%
+ 0.6%

Bundle-Averaged

+ 1.5%
+ 1.2%

3.3 Summary of Results

Tables 3.12 and 3.13 give the void reactivity and MLHGR of the depleted and
regular bundles for the 43-element fuel design with large central pin for
different amounts of dysprosium in the central pin. The U-235 enrichment was
adjusted to give a constant discharge fuel burnup of 21,000 MWd/teU. The
superior performance of the bundle design using depleted uranium is clearly
shown in Figure 4. Void reactivity can simply be considered as a design
parameter which can be achieved by using an adequate amount of U-235 to
compensate for the required amount of dysprosium. For the LVRF design using
depleted uranium, zero void reactivity can be achieved for a bundle averaged
U-235 enrichment of 1.75 wt%. Without depleted uranium, it is impossible to
achieve zero void reactivity by adding dysprosium to the central pin alone.
The addition of dysprosium to the second fuel rings will reduce the void
reactivity to zero but will result in a much larger U-235 enrichment
requirement.

The Effect of
Enrichment Requirements

Dy Content
in

Central Pin

0
2.5%
5.0%
7.5%

10.0%

Table 3.12
Dysprosium on Void
and Maximum Linear

in the Depleted Cranium Fuel

Bundle-
Averaged
Enrichment

1.12%
1.36%
1.50%
1.63%
1.76%

Enrichment
in

Rings 3 & 4

1.57%
1.90%
2.10%
2.28%
2.47%

Reactivity,
Heat Generation
Bundle

Lattice
Void
(mk)

13.3
8.1
4.3
1.9

- 0.4

Rate

MLHGR*
(kW/m)

62.0
64.5
65.5
66.2
66.9

based on a bundle power of 1000 kw.
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The Effect of
Enrichment Requirements

Dy Content
in

Central Pin

0
2.5%
5.0%
7.5%

10.0%

Table 3.13
Dysprosium on Void
and Maximum Linear

Reactivity,
Heat Generation

in the Regular Fuel Bundle

Bundle-
Averaged
Enrichment

1.20%
1.45%
1.65%
1.78%
1.92%

Enrichment
in

Rings 3 & 4

1.20%
1.45%
1.65%
1.78%
1.92%

Lattice
Void
<mk)

15.7
11.6
8.4
6.3
3.8

Rate

MLHGR*
(kW/m)

51.9
55.1
56.6
57.5
58.5

based on a bundle power of 1000 kW.

Figure 5 shows the relationships between void reactivity and U-235 requirement
for different discharge fuel burnups for the standard CANFLEX fuel design.
Depleted uranium and dysprosium were used in the inner eight fuel pins. The
U-235 enrichments required to achieve zero void reactivity are 1.12 wt%, 1.44
wt%, and 1.82 wt% for fuel discharge burnups of 7,000 MWd/teU, 14,000 MWd/teU
and 21,000 MWd/teU respectively.

Similar results are shown in Figure 6 for the standard 37-element fuel design.
The U-235 enrichment required to achieve zero void reactivity are 1.18 wt%,
1.52 wt% and 1.92 wt% for discharge burnups of 7,000 MWd/teU, 14,000 MWd/teU
and 21,000 MWd/teU respectively.

4. CONCLUSIONS

The use of depleted uranium in the inner pins of CANDU fuel bundles
significantly reduces the U-235 enrichment penalty due to coolant void
reactivity reduction and improves uranium utilization. The successful
development of low void reactivity fuel bundles enables the CANDU reactor
designers to design a CANDU with any targeted void reactivity, even negative
void reactivity.
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FIGURE 4

Void Reactivity vs Enrichment
43-Element Design with Large Cer tral Pin
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FIGURE 5

Lattice Void Reactivity vs Enrichment
43-elements CANFLEX Design for

different exit fuel burnups
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FIGURE 6

Lattice Void Reactivity vs Enrichment
37-elements Design for
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ABSTRACT

The transient safety analysis of the MAPLE-X10 Reactor has been
performed using the thermalhydraulics code CATHENA together with
either a point reactor kinetics model within CATHENA or a
separate two-dimensional kinetics and thermalhydraulics
calculation within the code TANK. This paper summarizes all the
sources of reactor physics data supplied to CATHENA for the
transient simulations. The physics methods used to obtain them
and the underlying assumptions are discussed.

1 . 0 INTRODUCTION

The CATHENA [i] computer code uses a one-dimensional two-fluid
thermalhydraulics model to describe the steam-
water/noncondensable gas flow in a pipe. CATHENA is a coupled
thermalhydraulics-point kinetics code and has been used to
simulate the transient behaviour of the MAPLE-X10 Reactor [2].
The WAPLE-X10 Reactor is a small (10 MWth ) pool-type reactor
intended for isotope production. It is light-water-cooled and
moderated and the core is surrounded by a heavy-water reflector.
CATHENA requires a great deal of reactor physics data in order to
perform transient simulations. An extensive reactor physics
program has been undertaken to generate these data. Th<=. physics
data generated for the initial core and the equilibrium isotope
production core include axial and channel powers, pin powers,
reactivity feedback effects, neutron kinetics parameters, power
deposition, decay heat power and external reactivity devices.

This physics contribution is important for several reasons. The
safety review and licensing of the MAPLE-X10 Reactor could not be
accomplished without verifiable transient analyses of postulated
loss-of-regulation and loss-of-core-cooling accident scenarios.
As well, the study of such transients is essential for confirming
that reactor components and design will meet requirements. The
physics contribution to the modelling of these scenarios is
crucial, especially in regard to the effects of reactivity
feedback in transient simulations.

This paper describes the calculation methods used to generate the
required physics input to CATHENA. These methods include using
the neutron transport lattice code WIMS-AECL [3] and the neutron
diffusion code 3DDT [4] in modelling the MAPLE-X10 Reactor. Most
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of the physics data are derived directly by these codes. The
Monte Carlo code, MCNP [5], has been used for some benchmark
comparisons of 3DDT results and for the calculation of details,
such as short-range axial power peaks not calculable with other
methods.

The paper also describes the channel powers, the axial power
distribution obtained from 3DDT results, and the radial fuel-pin-
power distribution obtained using MCNP. These are needed to
determine the peak power ratings of the fuel and the margin of
safety to critical heat flux (CHF).

A detailed discussion of the reactivity feedback mechanisms
modelled in CATHENA is presented. This includes reactivity
coefficients and the statistical weighting scheme used with them
to predict reactivity feedback for distributed changes in fuel
temperature, water temperature and water density/void.
We also describe the neutron kinetics parameters, 1 3 5Xe effects,
power deposition, decay heat power curves, and external
reactivity devices. Each has an important role in correctly
modelling the physics aspects of the transient analysis of the
MAPLE-X10 Reactor with CATHENA. An example is given of a CATHENA
simulation showing the impact of reactivity feedback on a slow
loss-of-regulation transient.

2.0 PHYSICS CALCULATION METHODS

2.1 The WIMS-AECL/3DDT Code Combination

The neutron transport code WIMS-AECL and the three-dimensional
neutron diffusion code 3DDT are required to generate physics
input data for the transient analysis simulations using CATHENA.
WIMS-AECL provides a variety of geometric specifications for
representing local regions of the reactor model in one or two
dimensions. The WIMS-AECL models for the MAPLE-X10 Reactor
regions are designed to reflect up-to-date specifications of the
reactor design. They include a supercell region, external to the
cell-of-interest, that provides a typical albedo* and neutron
spectrum appropriate to the environment of the cell. The cross-
section library used by WIMS-AECL is an 89-group library prepared
from ENDF-B/V** data. Cross sections for the cell being
modelled are produced with WIMS-AECL and may be selected for the
cell-of-interest either within WIMS-AECL or external to
WIMS-AECL. Utility codes collapse the neutron energy group
structure to an appropriate number of groups for 3DDT
calculations, perform fuel management simulations, and provide or
plot data from the results of the 3DDT simulations.

The albedo is the ratio between neutron currents leaving and
entering the cell at its boundary.

• Evaluated Nuclear Data File - Brookhaven, Version V.
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These codes are used in obtaining axial power and flux profiles,
reactivity coefficients and feedbacks, along with control rod
worths for the CATHENA input.

2.2 The MCNP Code

MCNP performs a Monte Carlo calculation of neutron and photon
transport by statistical analysis. The continuous energy cross
sections for most materials are based on ENDF-B/V data.

The repeating geometry option is available in MCNP Version 3B and
later versions. With this feature, the detailed modelling with
MCNP of the entire MAPLE-X10 core and reflector has become
practical. The full model has proved valuable in benchmarking
WIMS-AECL/3DDT calculations [6] as well as providing a means to
obtain detailed fuel element or pin powers.

2.3 The TANK Code

A multidimensional kinetics analysis is provided through the
physics contained within the code TANK [7]. The kinetics model
within CATHENA is a point kinetics model. This means that the
fraction of reactor power in any spatial node is independent of
time. TANK may now be linked with CATHENA in ordar to replace
the point kinetics model contained within CATHENA or to assess
the accuracy of using point kinetics. For the results discussed
in this paper, only the point kinetics model within CATHENA is
used.

TANK is also used to calculate certain reator physics data used
as input to CATHENA. This includes kinetics parameters, decay
heat power contributions and shutdown reactivity.

3.0 POWER DISTRIBUTION DATA

3.1 Channel Power Maps

A fuel management utility is used to process the output of 3DDT
to provide data on the total channel powers in each fuel bundle
of the MAPLE-X10 core. This information may also be obtained by
MCNP. The agreement between the two codes depends on the choice
of the 3DDT model [6]. The two codes generally agree to better
than 4.5% in 36-element driver channel powers, and within 1.5% in
k.ff, the neutron multiplication factor. Differences in channel
powers are larger, -12% for the other fuel channels using a
coarse-mesh in the core region, but these decrease back to the 5%
range when the mesh is made finer. For the purpose of CATHENA
input, the MCNP model was used to provide pin and channel powers.
The results of the channel power maps are given here for two
MAPLE-X10 core models: the initial core, using MCNP, and the
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equilibrium core, using 3DDT. The results of channel powers in
the 19-site hexagonal core are shown in Figures 1 and 2.

Figure 1 shows the power map for the initial MAPLE-X10 core.
This core contains ten 36-element driver bundles (DA1 to DA6,
D1-D4), six 18-element control (C1-C3) and shutoff (SI-S3)
bundles and three 12-element dual-section dummy assemblies
(B1-B3). All channels contain fuel except for the ones
containing dummy assemblies.

Figure 1
MCNP Calculated Channel Power Map for the Initial MAPLE-X10

Reactor Core Showing Channel Names and Power (kW)

The channel powers in Figure 1 total 10 MW, the full operating
reactor power level. Powers have been averaged in groups of
three channels for the middle and outer driver fuel channels,
the channels with names beginning with 'D'. The three control
rod channels and three shutoff channels are also averaged. These
may be identified by the channel names beginning with •C and 'S'
respectively. The averaging allows for the almost 120°
rotational symmetry of the initial core. The three sites without
power correspond to dummy aluminum and steel assemblies designed
to limit the reactivity in the case of fresh fuel in the initial
core.
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Figure 2
3DDT Calculated Channel Power Map for the Equilibrium

MAPLE-X10 Reactor Core Showing Channel Names and Power (kW)

Figure 2 shows the channel power map for the equilibrium core of
the MAPLE-X10 Reactor. This core contains ten 36-element driver
bundles and nine 18-element driver bundles. The inner 18-element
bundles in channels B1, B2 and B3 replace the dummy assemblies in
the initial core. Isotope production assemblies may be used to
selectively replace some 18-element driver bundles.

The range of fuel burnups in Figure 2 result in different channel
powers at all sites, and this is a consequence of the fuel
shuffling scheme. MCNP may be used as well as 3DDT for MAPLE-X10
equilibrium core calculations. This was done for the equilibrium
isotope production core calculation. The MCNP calculation
required some additional modelling adjustments, using 3DDT, to
properly account for the detailed burnup distribution. A limited
number of burnup intervals were incorporated into the MCNP model.
The predicted channel powers were scaled by the channel power
ratios between two 3DDT model runs representing the approximated
and detailed burnup distributions. The channel powers are used
in CATHENA to determine the fuel heating in the thermalhydraulic
model.
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3.2 Axial Power Profiles

Axial power and neutron flux profiles were determined from 3DDT
calculations. The axial power profiles are required to determine
power peaking in the hottest pins. The axial flux profiles are
used to determine weight factors in the reactivity feedback
analysis. Weight factors are determined from the neutron flux,
4>, using perturbation theory. The flux profiles will be
discussed further in Section 4.2.2.

Once the powers in each channel have been determined, the
normalized axial profile of the power determines the power in
each axial node. The 60-cm length of fuel region is divided into
eight axial nodes of equal length. The powers within these nodes
are currently determined for channel equivalence classes, rather
than individual channels. Generally the driver fuels are
classified as central, middle, and outer drivers, and the
remaining fuel as either control or shutoff channels or inner
fuel channels B1, B2 and B3. Figure 3 shows an example of power
profiles for the MAPLE-X10 Reactor in eight axial nodes for a
typical equilibrium core. In this figure, the bottom of node 1
is at the bottom of the core.
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Figure 3
MAPLE-X10 Typical Equilibrium Core Power Profiles
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The axial profile is required to predict the peak ratings in the
hottest pins in conjunction with the pin-power distributions
discussed in the next section. This information is used by
CATHENA to determine the CHF margin in power peaks during
analysis of postulated accident scenarios.

3.3 Pin Power Distributions

Detailed powers were obtained from MCNP for all pins in each
bundle of the core. This data can be best summarized in a graph
showing the distribution of powers in all 36-element fuel pins in
the core and all 18-element fuel pins in the core for the case of
the initial core. Figure 4 shows such a distribution of pin
powers for 36-element pins and Figure 5 displays the distribution
of pin powers for 18-element pins.

13.0 18.0 23.0

Power in Pin (kw)
28.0

Figure 4
36-Element Driver Pin Power Distribution

in MAPLE-X10 Initial Core
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There are a total of 360 driver pins in ten 36-element bundles
and 108 pins in six 18-element bundles, corresponding to the
areas under the graphs in Figures 4 and 5. This pin power
distribution information permits the determination of the
fraction of the pins in the core within a specified range of the
CHF margin. If the operating core power level (10 MW) is scaled
to the transient power during simulation of a postulated accident
scenario using CATHENA, the pin powers may be appropriately
scaled, assuming the point kinetics model is adequate. However,
the axial power profiles need to be considered in the analyses to
determine the actual peak, since the values shown in Figures 4
and 5 are the total powers in each pin in kW.
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Figure 5
18-Element Fuel Pin Power Distribution

in MAPLE-X10 Initial Core
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4.0 REACTIVITY FEEDBACK ANALYSIS

One of the most important physics contributions to the transient
analysis is the reactivity feedback effect modelling. There are
two factors involved in the reactivity feedback calculations: the
reactivity coefficients and the statistical weighting scheme.

The change in reactivity, 6ktot, is determined from changes in
parameters affecting reactivity in various regions of the core.
This total reactivity change is obtained in CATHENA as the sum of
individual contributions. These include fuel temperature, water
temperature, water density (including void), 1 3 SXe concentration
and external reactivity devices.

4.1 Reactivity Coefficients

To calculate the reactivity worth associated with a change in
fuel and coolant temperatures and coolant density/voids in
different regions of the core, it is necessary to evaluate
reactivity coefficients.

The procedure used for evaluating these data is as follows. The
WIMS-AECL input is produced by a batch editing process for all
material models that change with the specified parameter. The
parameter is set at a specified value, e.g., coolant temperature
of 60°C or fuel temperature of 250°C, for all materials within
the WIMS-AECL models subject to this change. WIMS-AECL is run
for these models and the cross sections are combined to make a
cross-section data file with the parameter change incorporated.
These cross sections are converted into a form usable by MAPDDT,
the utility code used to generate the formatted 3DDT input.
Reactivity differences for the parameter change are determined
using 3DDT as described in Section 2.1.

4.2 Statistical Weighting Scheme

Reactivity variations with parameter are not calculated for every
possible distribution of fuel temperature, coolant temperature
and coolant density. To predict reactivity feedback for a
general configuration of parameters throughout the core nodes,
statistical weights are used.

The reactivity coefficients are input to CATHENA in the form of
tabulated data of quadratic curve-fits to the reactivity
difference data. The reactivity coefficients are evaluated
using 3DDT for uniform parameter changes throughout one fuel type
at a time. The fuel types in MAPLE-X10 include 36-element driver
fuel, and 18-element driver fuel. The latter is used in control,
shutoff and sometimes in inner target sites. In the initial
MAPLE-X10 core, dummy assemblies are used in place of 18-element
bundles to limit reactivity. The target channels B1, B2, B3 may
later contain 18-element drivers or isotope production targets.
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4.2.1 Channel Class Weights. Reactivity change with parameter
variation in the equivalent channel class is accomplished by the
use of channel class weights. Channel class weights have been
calculated on the basis of the square of total flux averaged over
the axial nodes of the channel equivalence class. Comparison of
total flux with thermal flux has shown that the total flux
produces better channel class weights. Typical weights used in
the CATHENA simulation of the MAPLE-X10 Reactor are summarized in
Table 1. See Figures 1 and 2 for channel names and locations.

Table 1
Typical Channel Class Weight Factors

Equivalence
Class

Central

Inner

Outer

Control

Shutoff

Inner

Fuel
Type

Driver

Driver

Driver

Target

Target

Target

Channel
Names

D4

D1-D3

DA 1-6

C1-C3

S1-S3

B1-B3

Initial
Core

.1535

.3898

.4566

.4268

.5732

.0000

Equilibrium
Core

.1530

.3898

.4572

.2755

.2967

.4278

The inner target site for the initial core contains a dummy
aluminum assembly and has zero weight factor in Table 1. This is
because Table 1 displays weight factors for fuel channel
contributions only. In fact, the coolant and moderator
temperature reactivity effects for the dummy assemblies are
important in the CATHENA kinetics analysis.

4.2.2 Axial Weights. Axial flux profiles are generated for
equivalent channel classes in a manner similar to the power
profiles shown in Figure 3. The normalized axial flux squared
profiles are used to determine the weighting of the various axial
nodes in the reactivity feedback analysis. Analysis of nonlocal
void feedback effects has shown that thermal flux squared axial
profiles produced the best results when compared with explicit
calculations with the nonlocal void.
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5.0 ADDITIONAL PHYSICS DATA

5.1 Neutron Kinetics Parameters

Certain parameters are needed to solve the point kinetics
equations. These are provided from the physics input, and are
discussed in this section.

The point kinetics model incorporated in CATHENA solves the point
kinetics equations [8]. These equations are the full set of
point kinetics equations for cases not including 1 3 5Xe and are
implemented in CATHENA as follows:

N
} " fi n(t) +

-<lt) fi± n(t)

where
n(t) = relative fission power at time t,

N = total number of delayed-neutron groups,
= 6 without photoneutron groups,
= 15 with photoneutron precursor groups,

CA(t) = ith group delayed-neutron or photoneutron
precursor concentration at time t,

fil = ith group delayed-neutron or photoneutron
fraction,

Xt = ith group delayed-neutron or photoneutron decay
constant,

p = 20L for i =1,...,N,

fik(t) = *ktot =(k#ff - i)/k.ff, excess reactivity, and

A = l*/k#f( = prompt neutron generation time, where

1* = prompt neutron lifetime.

The kinetics parameters currently used in MAPLE-X10 are
summarized in Table 2. These have been generated for the initial
core, and are used in TANK and CATHENA. In addition, the prompt
neutron generation time was calculated using TANK to be

A = 7.0 x 10-5 s.
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Table 2
Delayed Neutron Fractions

And Decay Constants

Delayed Neutron
Groups i

1
2
3
4
5
6

2
1
1
2
1
6

Fraction

fit

.76 x

.40 x

.20 x

.54 x

.30 x

.57 x

10"4

io-3

io-3

10-3

10"3

10-*

Decay

*i

1 .33
3.25
1 .22
3.17
9.85
2.96

Constant
(s-i )

x 10- 2

x 10- 2

x 10-i
x 10-i
x 10"1

5.2 1 3 SXe Effects

The x 3 5 Xe reactivity feedback effect is incorporated into the
point kinetics equations by the addition of two additional
equations. These two equations govern the concentrations of
1 3 5Xe and 1 3 5I in the reactor core. The calculated 1 3 5Xe
concentration is used to determine an additional reactivity
feedback term.

dt

dCx (t)
dt

where

7 x.C on(t)

-ox.con(t)Cx.(t)

-AxCx(t) + Trxcon(t)

the concentration of 1 3 5Xe at time t,

the concentration of 1 3 5I at time t,

the decay constant of 1 3 5Xe,

the decay constant of 1 3 5 I ,

the fission yield of i35Xe,

the fission yield of 1 3 5 I ,
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arx# = a constant to account for the x 3 5 Xe depletion
rate due to neutron absorption. It is
proportional to the microscopic capture cross
section of *•35Xe divided by the macroscopic total
fission cross section, and

c0 = a normalization factor determined by the units in
which the concentrations CXe and Cx are
specified. The product of con(t) is proportional
to the number of fissions per second.

The decay constants and fission yield values used in MAPLE-X10
analysis are given below:

Decay Constant Fission Yield

Xx, = 2.H82 x 10-
5 s-1 yxm = 2.40 x 1 0-3

Xt = 2.9129 x 10-5 s-1 Yi = 6.30 x 10" 2

These fission yields are based upon the initial MAPLE-X10 core
where there are 99.31% fissions in 2 3 5U and 0.69% of fissions in
2 3 8U. The initial core concentration ratio, xm , is 4.52 and the
1 3 5Xe reactivity worth, 5kx.pC is 35.1 mk.

The constant co is related to the initial starting power Po in
watts at time zero in the simulation by

10-7r.P
o

5 . 3 Power Deposition

To determine the heat deposition in different parts of the core,
MCNP was used with a full-core model of MAPLE-X10. Both initial
core and equilibrium isotope production cores were analyzed.
Gamma transport as well as neutron transport was considered.

A summary of the heat deposition results is g±ven in Table 3.



- 14 -

Table 3
Power Depositions

10 MW = Total Thermal Power in the Core

All Fuel
Flow tubes
Coolant
Interstitial

Water

TOTAL
in core

D2 0 Tank
Pool Water
Escaping

Energy

TOTAL
cumulative

Initial Core
Fresh Fuel

9.5944 .
0.1268
0.1769
0.1019

10.000

0.3204
0.0166
0.0237

10.361

Equilibrium
Isotope Production
Core

9.5388
0.1254
0.2012
0.1345

10.000

0.3646
0.0199
0.0261

10.411

5.4 Decay Heat Curves

Decay heat power is released in the fuel according to a complex
function of the previous fission power history. CATHENA does not
calculate decay heat power time-dependence explicitly during
simulations, but instead uses precalculated curves based on
shutdown from assumed power histories.

The decay heat power time-dependence curves used in CATHENA for
MAPLE-X10 were calculated from TANK analyses using the ANS 1978
Standard [9] for decay heat power from fission products. The
values currently used in MAPLE-X10 analyses are directly stored
as tables in CATHENA. CATHENA also allows for a user to specify
the decay curve through data in the input file.
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The decay heat power curves are summarized in Figure 6- The
MAPLE-X10 Reactor initial core is assumed to operate at 10 MW
power for durations of 1.0 x 1 04 s, 1.0 x 105 s and 1.0 x 107 s
prior to shutdown, and the decay heat power for each of the three
cases is plotted in Figure 6. Only 2 3 Su and 2 3 8U fissions were
considered for these curves. The neglect of 2 3 9Pu fissions in
the long fuel irradiation case slightly overestimates the decay
heat power.

£ io-5

CO
O

10 - 6 i-

101" 10 1 0 - 10 1 0 -
Time after Shutdown (s)

Figure 6
MAPLE-X10 Decay Heat Curves After Various Operational Periods
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5.5 External Reactivity Devices

The reactivity feedback equation includes a term for an external
reactivity contribution, 6k6X. The major contributors to this
are the control absorbers and shutdown absorbers. The
contributions of the three control absorbers moving together have
been predicted using WIMS-AECL/3DDT, and are plotted in Figure 7.
This provides the reactivity difference as a function of the
control rod position. If a transient scenario involves control
rod motion, these curves are used to predict the effect upon
5k _. The control rods can move a total distance of 700 mm.

1 0 0

5 0

'>
O
CO

o
o
o

- 5 0

- 1 0 0

- 1 5 0

Initial Core
Equilibrium Isotope
Production Core

100 200 300 400 500 600

Absorber Position ( m m )
700

Figure 7
Reactivity Calibration Curves for MAPLE-X10 Control Rods
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The other major contributor to external reactivity is the
shutdown absorber worth and the time required for this reactivity
change to take effect. A shutdown reactivity curve, as a
function of time (see Figure 8), was calculated using TANK. The
tabulated values of time in s and reactivity in mk for the
simultaneous dropping of three hafnium shrouds over the shutdown
assemblies for the initial MAPLE-X10 core is plotted in Figure 8.
The shutdown reactivity data were supplied in a table to CATHENA
for MAPLE-X10 simulations. The shutdown absorbers (hafnium
shrouds) drop at an arbitrary 0.002 s, and are completely
inserted in 0.9 s. There is no control rod movement assumed
during this shutdown.

In simulations where shutdown is initiated by a trip, thi ,
shutdown reactivity curve can show the effectiveness of the
shutdown system in preventing further power rise during a
transient.

-190
.0 .2 .4 .6 .8

Time (s) Since Shutdown Initiated
i. o

Figure 8
Reactivity Drop in MAPLE-X10 From Insertion

of Three Shutdown Absorbers
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6,0 SAMPLE CATHENA SIMULATION

The CATHENA code employs a detailed thermalhydraulic model of the
core, including tvo-phase flow. This code provides a means to
predict fuel centre and cladding temperatures, overall reactivity
and reactivity feedback from temperature and void, core powers,
and flow and pump performance during the simulated transients as
functions of time. Various postulated accident scenarios have
been analyzed for MAPLE-X10 with CATHENA, including loss-of-
regulation and loss-of-core-cooling. The correct modelling of
the reactivity feedback effects is a very important physics
contribution to the transient analysis. To see the effects of
reactivity feedback on the results of a transient analysis, we
present the results of a simulation of a postulated accident
scenario for the MAFLE-X10 Reactor performed using CATHENA. The
best estimate reactivity coefficients are used. This means that
no error bounds have been applied to the coefficients in order to
increase predicted reactor power during a transient as has been
done [10] with the worst-case reactivity coefficients.

In this scenario, the reactor was assumed to be operating in the
cold startup state at a low power of 2 kW, with the entire core
at room temperature conditions and 290 kg/s primary flow. The
control rods were assumed to move at time zero and insert 2 mk as
a step reactivity insertion in a zero time interval. It was
assumed they froze in this position and did not drop into the
core. As well, no shutoff rods were assumed to drop into place.
The equilibrium isotope production core was analyzed.

The initial coolant inlet temperature was 20°C» The heat
exchanger was modelled with actual surface area and wall mass,
and primary and secondary side flows were modelled to calculate
the heat removal rate realistically. The system control model
was also used to control the primary coolant temperature at 20°C
by controlling the secondary side flow.



- 19 -

The results of the simulation are shown in Figures 9 through 12.
The reactivity contributions of the control rod movements are
shown in Figure 9 along with the negative reactivity feedback
from increases in fuel temperature and coolant temperature.
These effects each approach -1 mk and serve to cancel the 2 mk
added by the control rods, bringing the total reactivity to zero.

4.0

2.0
control rod withdrawal

0.0"

-2 .0-

«..»,_^lolal reactivity

\
coolant feedback

fuel temperature feedback

100 200 300 400 500

Time (s)

600 700 800 900

Figure 9
Reactivity Feedback for Loss of Regulation at 2 kW

Using Best Estimate Reactivity Coefficients
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Figure 10 shows the total core power. At about 100 seconds after
the start of the transient, the power rises to a level that
becomes visible on the megawatt scale. At about 300 seconds, the
negative reactivity feedback effects of coolant and fuel
temperature increases stabilize the power at about 17 MW. The
power remains stable at this level during the 900 seconds covered
in the simulation. The power stays at this level because the
total reactivity in Figure 9 has stabilized to zero.

30.0

25.0 ~

s 20.0 -

15.0 -

10.0 -

5.0 -

0 100 2 0 0 3 0 0 4 0 0 5 0 0 6 0 0 7 0 0 6 0 0 9 0 0

Time (s)

Figure 10
Core Power for Loss of Regulation at 2 kW

Using Best Estimate Reactivity Coefficients
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The predicted fuel centreline temperatures are shown in
Figures 11 and 12. Here the centreline fuel temperatures of the
hottest pins in the core are shown at eight axial positions along
the 60-cm fuel length. The first four are plotted in Figure 11
and the last four in Figure 12. The distance from the fuel
bottom to the fuel region whose temperature is plotted is
indicated on each graph. The melting point for the U3SiAl fuel
is over 640°C.

The graphs show that the highest fuel temperature occurs in axial
node position 4, as would be anticipated from Figure 3. This
temperature stabilizes well within the safety margin for this
scenario.
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Figure 11
Centreline Fuel Temperature for Loss of
Regulation at 2 kW in Lower Half of Core

Using Best Estimate Reactivity Coefficients
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Centreline Fuel Temperature for Loss of
Regulation at 2 kw in Upper Half of Core
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7.0 ACCURACY AND FURTHER ANALYSES

We have examined the various sources of physics input data
required for transient analyses of MAPLE-X10 using CATHENA. A
wide variety of physics analyses are required to perform these
simulations. The safety analyses depend heavily upon transient
analyses, and the accuracy of the results of transient analyses
depends heavily upon the physics input provided. Consequently,
this review provides a means for assessing the factors
contributing to the analyses, and a means to determine which
factors should be examined further for the accuracy and
sensitivity of the results.

Additional analyses have been performed [6,10] as a result of
consideration of the factors in this study. These include

1. reactivity coefficient accuracy and sensitivity
analysis,

2. comparison of WIMS-AECL and 3DDT modelling methods
with alternate methods,
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3- further code benchmark comparisons with MCNP,
4. analysis of factors determining channel and axial

weights, and
5. analysis of local axial void effects on reactivity

feedback as predicted by statistical weighting
schemes.

8.0 SUMMARY

We have described the various diverse areas of reactor physics
contributions required for transient analysis simulations. These
include axial and channel powers, pin powers, reactivity feedback
effects, neutron kinetics parameters, power deposition, decay
heat power and external reactivity devices.

With this physics data provided, we have illustrated a typical
example of a transient analysis simulation using CATHENA for a
loss-of-regulation accident. The CATHENA code provides predicted
reactivity, core power and fuel centreline temperatures in the
hottest pins, along with other thermalhydraulics predictions as a
function of time during the simulation. These results permit
safety assessments of the MAPLE-X10 Reactor design to be made.
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ABSTRACT

An ECCS-free passive water-cooled tube reactor concept is being
studied to assess the feasibility and to determine basic conceptual
design features. It is a loop-type heavy water moderated (and heavy
or light water cooled) reactor with matrix-type fuel and passive
moderator cooling system. Among several options for fuel channel
design, special attention is given to two types: the fuel channel
with metallic fuel matrix and the fuel channel with Zircaloy
matrix. Preliminary analysis shows that the fuel channel
temperature can be maintained within the permissible range for both
normal operation and complete LOCA conditions.

1. INTRODUCTION

There is a world-wide effort to develop passive or inherently safe
nuclear reactors which are expected to improve the safety, economy,
and public acceptance of the nuclear power plant [1-3], Among
various reactor types including light water reactors (LWRs) [4-7],
heavy water reactors[8], liquid metal reactors [9], and high
temperature gas-cooled reactors [10], the LWR design concept is the
most actively studied primarily due to its much greater operating
experience compared with the other types.

Severe accident can be prevented in water-cooled reactors as long
as the reactor is properly tripped and sufficient cooling water is
provided to the reactor core. Therefore most revolutionary water
cooled reactors are designed with a primary safety objective to
minimize the possibility of core uncovery adopting the passive
emergency core cooling system (ECCS) instead of the current active
ECCS. But the passive ECCS in most LWRs still requires an active
depressurization system, the reliability of which is a matter of
great concern now. Nevertheless the loop-type passive safety
water-cooled reactor is considered as the most promising candidate
for the next generation reactors before commercialization of liquid
metal fast breeder reactors.

It is natural to consider the concept of water cooled reactors not
requiring the ECCS. Several pool-type LWR concepts seem to achieve
this objective by eliminating the possibility of the loss-of-
coolant accident(LOCA). However problems related to operation and
maintenance make it difficult to adopt the pool-type concept.. In
this regard, a loop-type water-cooled reactor not requiring the



ECCS would be the most attractive solution to overcome problems
related to safety, licensibility and public acceptance.

The pressure tube concept used in most heavy water reactor designs
has been considered good in the viewpoint of decay heat removal in
case of LOCA. This fact was theoretically confirmed by Hejzlar et
al.[ll]. They investigated various alternatives of passive decay
heat removal from the core to the ultimate heat sink and suggested
the system of solid matrix pressure tubes dispersed in a low
pressure calandria as the most promising one, especially focusing
on the use of graphite matrix. The thermal switch concept - switch
of the cooling mode between coolant cooling in normal operation and
moderator cooling in accident condition - was shown to be
practically applicable. Their efforts are presently concentrated
to design a pressure tube light water reactor[12]. Spinks et al.
at Chalk River Laboratories ara also investigating an advanced
CANDU concept with passive moderator cooling system[8].

Based on the above considerations, conceptual design work are being
performed by a small group at Center for Advanced Reactor Research
(CARR) in Korea Advanced Institute of Science and Technology
(KAIST) to remove the ECCS by adopting the tube reactor concept
with innovative fuel channel design[13, 14]. This paper describes
and discusses the concept of the ECCS-free Inherently Safe and
Simple Tube Reactor (ISSTER) under study at CARR.

2. CONCEPTUAL DESIGN FEATURES

The primary design objective of the ISSTER is to achieve passive
decay heat removal through moderator cooling at loss-of-cooling
accident including LOCA by introducing the thermal switch concept.

The concept of the ISSTER is shown in Figs. 1 and 2. The major
differences with the present CANDU are matrix-type fuel and passive
moderator cooling system. There are several design options for the
fuel matrix in the aspects of material and geometry, but two types
are considered in this work as illustrated in Figure 1: (a) the
metallic fuel matrix with dispersed coolant holes (Type-A) and (b)
the Zircaloy matrix with dispersed fuel elements and coolant hol«s
(Type-B). Attention on the metallic fuel matrix of Type-A is due
to its advantages over Type-B in thermal, nuclear and manufacturing
aspects. The selection of Zircaloy matrix for Type-B is due to its
good nuclear and mechanical properties and much available
information.

Figure 2 illustrates the typical configuration of the nuclear steam
supply system (NSSS), respectively, admitting that there are many
other possible options. Note that special moderator system is
designed to passively transfer the decay heat to the containment
atmosphere at loss of normal moderator cooling.

In normal operation, the fission heat generated in fuel elements
is transferred to coolant and used to generate steam in steam
generators as in the present PWRs or PHWRs. The moderator is



cooled through forced circulation. In Type-A, the metallic fuel
matrix temperature is rather uniform and strongly dependent on the
gap characteristics between the fuel and coolant hole tubes. In
Type-B, the Zircaloy matrix temperature has considerable variation
according to location, and the maximum occurs near the fuel element
where distance from coolant holes is long.

At loss of coolant cooling including the complete LOCA, however,
the decay heat is transferred to the moderator through the gap
between fuel channel tube and fuel matrix. The fuel matrix
temperature is strongly dependent on the heat transfer
characteristics of the gap for both types. The heat transferred
to moderator can be transferred to the containment atmosphere
through natural circulation of moderator and opening of safety
valves, and finally cooled by the passive containment cooling
system. In case of the loss of normal moderator cooling, safety
valves of the moderator tank will open due to the pressure build-up
in the moderator system by boiling.

Many options are also possible for the design parameters of the
reactor coolant system including the moderator/coolant material,
orientation of reactor, etc. For moderator/coolant materials, D20
/ D20 or D2O / H2O options are considered to be the most promising
in consideration of reactor physics characteristics. Reactor
orientation, refueling strategy, arrangement of NSSS equipments are
under discussion. Passive containment concepts proposed in AP600
et al. can be directly applied to the ISSTER.

3. DISCUSSION

In the proposed concept, the decay heat removal capability at
complete LOCA depends on the following heat transfer rates: (a)
heat transfer from fuel to moderator, and (b) heat transfer from
moderator to ultimate heat sink. Passive moderator cooling can be
achieved in several ways including the approach of Fig. 2 and
Spinks et al.[8]. So the main problem is how to achieve passive
heat transfer from fuel to moderator.

A preliminary calculation of the temperature distribution in fuel
matrix has been performed assuming the peak linear heat generation
rate of a fuel channel is 400 kW/m (approximately equivalent to 8
fuel rods in CANDU) . The estimated temperature rise in fuel matrix
is given in Table 1.

Table 1
Temperature Rise in Fuel Matrix in Decay Heat Removal Condition

Decay Power Level
6% 4% 2%

Metallic Fuel (Type A) 102 68 34
Zircaloy Matrix (Type B) 320 215 107



Table 1 shows that the temperature rise in the fuel matrix is not
large especially in case of metallic fuel. So the real problem is
the gap heat transfer. Though only one gap is represented in Fig.
1, two gaps(fuel matrix - pressure tube and pressure tube -
calcndria tube) are more desirable in the aspect of refueling
procedure. In that case two gaps in series give much temperature
rise between moderator and fuel matrix outside surface. Therefore
an engineered but passive thermal switch should be provided to
increase the heat transfer in one gap. Now the effort is
concentrated to figure out appropriate thermal switch concept.

The specific design details would be quite different between power
reactors and district heating reactors. But it has been confirmed
by calculation that inherently safe decay heat removal can be
achieved by the moderator system without the ECCS. The ISSTER
presented in this paper are expected to have several advantages
over existing LWRs or suggested passive LWRs as follows:

a) The safety of reactor can be remarkably improved since no active
system is required to cool the core after LOCA. Core damage could
occur only at the simultaneous loss of coolant and moderator which
constitute separate loops.

b) Selection of the loop-type NSSS maximizes the use of proven
technology and existing design of NSSS components.

c) Elimination of the ECCS would make the plant be rather simple,
economical, and easy to design, analyze and operate. Adverse
effect due to human error can also be minimized.

d) Design verification test is expected to be remarkably simple.
Two important subjects to be tested are the heat removal from a
separate fuel channel and passive cooling of the moderator system.

e) Change of reactor power is easily achievable by changing the
number of fuel channels and re-sizing of the coolant loop and the
moderator cooling loop.

Besides the thermal switch, the proposed ISSTER concept requires
extensive optimization studies in the aspects of fuel channel,
reactor, moderator system, etc., among which the most important
subject is the optimization of fuel channel design. The fuel
channel of Type-A is preferred if high gap conductance between the
metallic fuel and coolant hole tubes comparable to that in PWR fuel
rods is achievable. Use of metallic fuel would give us several
advantages over the Type-B including:

a) Metallic fuel gives larger negative reactivity feedback against
power excursion.

b) Larger fuel-to-moderator ratio lowers required fuel enrichment
and improves moderator reactivity feedback.



c) The temperature in normal operation is much lower than the fuel
temperature in Type-B so that redistribution of temperature due to
the stored energy brings little problem at initial stage of LOCA.

d) Fabrication of Type-A is relatively simpler than Type-B.

The available information is very limited for the metallic fuel
compared with ceramic fuel or Zircaloy. Especially the behavior
of the large irradiated metallic fuel is complex and difficult to
predict. Therfore much more experimental investigation is required
to finalize the design details of the Type-A fuel channel.

The concept of ISSTER suggests us several research topics in
thermal hydraulics (T/H), reactor physics, and material
engineering. In the T/H area, the most important problem would be
the gap design. Another important problem is the heat transfer to
the ultimate heat sink, which includes the design of the passive
moderator cooling system and the containment system. Low pressure
boiling, natural circulation (or convection), and condensation are
the typical phenomena.

It is also necessary to assess the various options (for materials
of coolant and fuel matrix, configuration of fuel channels,
arrangement of fuel channels in the moderator pool) in the
viewpoint of reactor physics. Especially achievement of the
negative reactivity feedback and effective fuel reloading would be
of important consideration.

The practical applicability of the ISSTER concept strongly depends
on the material problem. Investigation should be performed for
selection of the fuel channel material, determination of the
properties and manufacturing process of the selected materials,
etc.

Now efforts are concentrated on optimization of fuel channel and
the design of the engineered (but passive) thermal switch.
District heating reactors and power reactors are being studied in
parallel.

4. CONCLUSION

The concept of the Inherently Safe and Simple Tube Reactor (ISSTER)
is briefly introduced in this paper. It is shown that an ECCS-free
and economical loop-type water reactor is feasible with maximizing
the use of existing technology. Easy verification test, simple
accident analysis, easy operation and accident management would be
additional advantages. However it should be clearly stated that
the ISSTER concept is just an infant and is open to many creative
thinkings. The passive thermal switch concept would be the most
important one.
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ABSTRACT

A study has started at AECL to assess the safety and capital cost
implications of a more extensive use of passive safety design
features in CANDU reactors. The passive designs avoid reliance
on electrical power and on operator action for three days
following an accident. A further goal is to minimize periodic
testing by designing systems that function during normal
operation, and therefore continually demonstrate their
availability.

At this stage, a number of concepts have been identified for
passive heat removal and some preliminary sizing has been
completed based on a CANDU 6 reactor design. The paper describes
the more attractive concepts and the results of preliminary
performance assessments.

The next step in the study is to prepare cost and safety
assessments. The latter will include an estimate of the
improvement in core melt frequency. A positive assessment would
lead to a more detailed design study.

1.0 INTRODUCTION

Passive designs offer the potential for plant simplification
leading to improvements in capital cost and safety. Safety would
be expected to improve through a lower probability of failure of
safety systems. Capital cost might be reduced through the
elimination of systems such as standby power and pumped cooling
water. For these reasons, a study has started at AECL to assess
the safety and capital cost implications of a more extensive use
of passive design features in CANDU reactors. A positive
assessment would lead to a more detailed design study.

CANDU reactors incorporate a mixture of passive and active design
features in protecting against a wide variety of accident
scenarios. The containment building is, of course, passive.
Reactor shutdown is achieved by two independent passive systems.
One shutdown system uses rods which drop under spring assistance,
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while the second uses pressurized helium to inject a gadolinium
nitrate solution into the moderator.

Heat rejection also has several passive features including the
ability of the reactor coolant to thermosyphon on loss of forced
circulation, a pressurized gas driven option for emergency
coolant injection and, for low probability accidents involving
loss of emergency coolant injection, the ability of the low
pressure moderator to maintain fuel channel integrity. Some
CANDU reactor designs incorporate a dousing tank. The water in
the dousing tank can also be used to provide a gravity feed of
water for emergency feedwater following depressurization of the
steam generators.

The intent of the study is to identify and evaluate passive
design concepts that would replace active systems or reduce the
reliance on operator action and electrical power. The CANDU 6
was used as the baseline design for this assessment.

2.0 "PASSIVE"

The term "passive" has been taken to mean the exclusion of
operator action and any reliance on electrical power supplies
(except batteries) during an accident. Consistent with the EPRI
requirements (l) for passive design, the use of signals and the
repositioning of valves is allowed. After 72 hours, limited
(straightforward) operator actions and easily installed
electrical supplies are allowed. To ensure protection against
systems being impaired or unavailable when called upon,
preference is given to designs that function during normal
operation, continuously demonstrating their availability. This
goes beyond the EPRI requirements.

3.0 COOLING CONCEPTS

For CANDU, as for light water reactors, the loss of coolant and
the loss of heat sink accidents dominate the cooling
requirements. Considering these accidents, cooling can be done
at three levels of increasing severity.

The first level protects the primary heat transport system from
loss of the normal steam generator heat sink.

The second level provides emergency coolant injection and heat
rejection when the primary heat transport system has failed.

The third level provides emergency core cooling if the emergency
coolant injection system has also failed.

Some CANDU designs have two isolable primary coolant loops. Only
the failed loop for a two loop plant is cooled at level 2 or 3.
The unbroken loop is cooled at level 1.
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Containment cooling is needed at all levels.

4.0 PASSIVE COOLING CONCEPTS

For the passive design, the containment vessel is a steel shell
supporting a water storage tank on the roof and having a water
annulus in the walls as shown in Figure 1. The reactor building
has the same dimensions as the CANDU 6 containment, with 50 nun
walls to withstand the internal pressure of a steam main failure
and fins on the outer surface to enhance heat transfer from the
water jacket.

Water from the overhead tank flows by gravity to provide make up
to the secondary side of the steam generators. The water jacket
provides heat storage and rejection for cooling at levels 2
and 3. Water from the jacket flows in natural circulation loops
to these heat loads.

The concrete shroud around the reactor building provides a flow
path to enhance the natural convection of air for heat rejection
from the water jacket. The concrete structure also serves to
shield the environment from radiation and to shield the
containment vessel from external events. The inner walls of the
water jacket and water storage tank are also available to remove
heat from the containment atmosphere following an accident.

4.1 Level 1: Emergency Feedwater Supply

The first level protects the primary heat transport system from
loss of the normal heat sink via the steam generators.

Operating CANDU reactors have several alternative systems at this
level. An auxiliary feedwater system, a low pressure steam
generator cooling system and a shutdown cooling system are active
systems providing this protection. Current stations also take
advantage of the demonstrated ability of the primary coolant to
thermosyphon on loss of forced circulationC). In addition to
level 1 cooling, the steam generators are used for
depressurization and cooling of the primary system to support
cooling at levels 2 and 3 following a LOCA.

For the passive plant, the low pressure steam generator water
supply is designed to be fully passive. Depressurization of the
steam generators is initiated automatically and there is
sufficient water in the tank to remove decay heat for three days.
The active systems (auxiliary feedwater and shutdown cooling) are
retained for ease of operation and investment protection.

As shown in Figure 1, each steam generator has an independent
connection to the overhead water storage tank, with a check valve
and two parallel isolation valves. The storage tank is divided
to provide a separate compartment for each steam generator, with
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sufficient capacity to ensure adequate cooling assuming one steam
generator is unavailable. The CANDU 6 has two independent loops
in the primary system. As a result each of the four steam
generators must have the capacity to remove heat from half the
core (approximately 600 m3 of water in each compartment) . The
overhead tank is about the same size as the current dousing tank.
Work is currently underway to verify that natural circulation
cooling of the primary coolant is effective using one of the two
steam generators per loop.

4.2 Level 2: Emergency Coolant Injection (ECI)

The second level provides protection if the primary heat
transport system fails. Fuel cooling is provided by the
emergency coolant injection system.

The CANDU 6 ECI design has a passive high pressure phase and an
active low pressure recovery phase. The initial high pressure
phase is activated by opening valves which connect a vessel of
high pressure gas to a vessel of light water which is thereby
injected into the headers of the primary heat transport system.
A mixture of light and heavy water collects in a sump in the
reactor building basement from which it is pumped through a heat
exchanger back to the reactor.

Further simplifications of the CANDU 6 ECI system, as shown in
Figure 1, were considered in this study. The elimination of the
dousing tank required that a new source of water be found for
pumped injection. Providing 600 m3 of water in the ECI sumps in
the basement of the reactor building has several advantages.

• the high energy discharge from the break mixes directly with
the sump water

• immediate initiation of the recirculation phase at the end
of high pressure injection eliminates the need for medin
pressure injection (operator action)

• it may be possible to have the isolation valves in the pump
suction line normally open.

The system retains the recovery pumps. The pumps have the same
flow as the CANDU 6 pumps but have a 30% higher head to
compensate for the static head of the dousing tank. Heat
rejection is made passive via a natural circulation loop to the
water jacket.

The performance evaluation of the modified ECI system showed that
the proposed configuration was capable of cooling the core while
maintaining sump temperatures below 75°C for both small and large
breaks.
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4.3 Level 3: Moderator Cooling

The third level provides protection if the primary and the
emergency coolant injection systems fail. It has been shown that
the moderator system can be utilized to protect the fuel channels
from failure (3) for these scenarios. The distributed geometry of
the CANDU core submerged in a large volume of cool liquid
(moderator) lends itself well to passive design concepts.

During normal operation, the heat transfer to the moderator is
minimized by a gas filled annulus. Following an accident with
loss of ECI, the pressure tubes sag and make contact with the
calandria tubes. A path for heat conduction from the fuel to the
moderator is established, however fuel failures occur.

In current CANDU designs, a forced convection system for
moderator heat rejection maintains a moderator subcooling of 30°C
which is sufficient to prevent fuel channel failures during a
loss of coolant accident with loss of emergency coolant. It is
expected that R&D, which is currently underway to improve the
fuel channel design, will reduce the required subcooling to less
than 5°C.

The limiting accident for moderator heat rejection is the in-core
LOCA with loss of emergency coolant injection. It is an unlikely
occurrence, not only because of the presumed coincident failure
of emergency injection but also because the failure of a pressure
tube is not expected to lead to failure of the associated
calandria tube. It is a limiting case for moderator heat
rejection because of the heat load from the break discharge.
This is imposed in addition to the direct heat load due to gamma
radiation from the fuel plus the heat load transferred from the
fuel by conduction through pressure tubes and calandria tubes.

In the passive design, the moderator heat is rejected through a
heat exchanger to the water jacket (see Figure 1). Natural
circulation drives the flow on both sides of the heat exchanger.
D20 is used as the moderator in CANDU reactors. The high cost of
D20 severely penalizes the obvious passive design options such as
increased moderator inventory and oversized heat exchangers.
Even the requirement to locate the heat exchanger above the
calandria to allow natural circulation incurs a significant cost.

Figure 2 shows the total heat load and predicted D20 and H20
temperatures for an in-core LOCA as a function of time.
Thermosyphoning in the moderator is enhanced by boiling at the
heat exchanger inlet. The 5°C subcooling at the upper row of
fuel channels is achieved by the static head of D20 in the piping
above the calandria. After about an hour, the heat load
decreases and the moderator outlet temperature reduces from a
maximum of about 125°C. The temperature of jacket water,
initially at 55°C, reaches a maximum of about 82°C in about a
day. At this time the heat from the moderator equals the heat
transferred to the air (approximately 8 MW).

bcaion
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4.4 Water Jacket

The water jacket is a water filled annulus forming the vertical
cylindrical walls of the steel containment vessel. The water
jacket absorbs, stores and rejects heat at levels 2 and 3.

The jacket is divided into two independent compartments for long
term reliability. Each compartment would serve both levels 2
and 3. Although both compartments may be required for the
initial heat load after a loss of coolant accident, one
compartment would have sufficient capacity after one to two days
in the event of the other compartment being disabled.

The passive cooling loop is functional during normal operation.
The jacket rejects approximately 3 MW with an outside air
temperature of 4 0°C and a steady state jacket temperature of
about 55°C. This continual removal of heat from the moderator
demonstrates that the cooling loop is available at all times. No
special performance testing is required for this loop, achieving
increased reliability at reduced cost.

Sensitivity analysis showed that the transients were not
significantly affected by changes in the water jacket volume (1 m
or 0.5 m thickness). Therefore, an annulus thickness of 0.5 m
(about 3 000 m3 of water) was selected to reduce the seismic
stresses on the building. Furthermore the analysis demonstrated
that the water jacket is effective in maintaining a maximum
temperature differential across the heat exchanger, and that the
limiting factor in the system performance is the ability to
transport heat to the water jacket.

5.0 DISCUSSION

Current CANDU designs have many passive safety features and the
present study has indicated that several passive design concepts
can be introduced to enhance heat rejection as well. The
modifications discussed provide safety related heat removal that
is less reliant on electrical power, is not dependent on operator
action and has improved reliability through additional
redundancy, simplification or continuously demonstrated
availability. It is estimated that these changes could produce a
5 to 10 fold improvement is the core melt frequency of the plant.

While cost reductions are achieved through the deletion or
downsizing of some systems, the cost of heavy water, and the high
cost of a containment building with both a steel vessel and a
concrete shroud are likely to have a significant impact on the
overall cost of the plant.

The initial approach to this study was to incorporate a large
volumes of light water to store heat. Since heat transport rates
are poor in passive loops with small temperature changes, the
more effective heat reservoirs are those in close contact with

bciitoii
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the heat source. The ECI sump and the moderator inventory are
examples of this principle. Although the proposed passive
concepts provide adequate heat removal capacity, more cost
effective options should be investigated (e.g. an intermediate
loop with a low boiling point fluid).

6. CONCLUSIONS

The key to passive design is the ability to absorb large
quantities of heat for rejection at a lower rate over an extended
period of time. The counteracting goals of increased thermal
inertia and reduced heavy water holdup add an extra challenge to
the design of passive systems for CANDU.

The passive design concepts presented can provide significant
improvements in reliability. An equally important benefit is the
improved public perception of plant safety through the
elimination of operator action for 72 hours and reduced reliance
on electrical power supplies.

The next phase of the study must investigate options to reduce
the capital cost. It is also noted that with further research
and development of advanced fuel and fuel channel designs it may
be possible to make the moderator as effective as the ECI system
for fuel cooling.
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1. ABSTRACT

A feasibility study was undertaken to determine if Pickering B
reactors could be uprated to provide extra power without any
major equipment modifications or replacements. The power
uprating for the study phase has been defined as 103% of the
normal full power output achieved by changing the operating flux
in the reactor. The power distribution towards the core
periphery is both flattened and increased which mainly affects
the thermal conditions in the reactor.

The paper provides an overview of the key systems and components
reviewed for the uprating parameters. Although the main focus of
this study was to qualify the existing design and equipment for
the uprated power conditions (103% of full power), the program
did make in-depth assessment of the important safety
considerations for jurisdictional approval.

The results of the study phase indicate that the power uprating
of the Pickering B reactors to 103% power is feasible without any
major design changes to the key systems and components. It is
also shown that there are no safety related impediments to
uprating, and that this uprating can be accomplished with the
present safety system equipment. The study does indicate the
need for some additional assessment for a few highly stressed
components before this program is implemented.



2. INTRODUCTION

This feasibility study for the uprating of Pickering B reactors
was started in mid 1987. The objective was to determine if
Pickering B reactors could be uprated to provide extra power
without any major equipment modifications or replacements. A
brief economic assessment concluded that uprating is cost
effective if it can be achieved without any major design changes
to the equipment and systems.

To minimize the need for changes to the current systems, several
constraints to the uprated operating parameters were adopted at
the start of this study such as:

- no increase in the nominal reactor outlet header pressure;

no changes to the channel and bundle power license limits;

- no bulk boiling in any of the channels, outlet feeders and
outlet headers.

After an initial assessment the limit for power uprating was
defined as 103% of the normal full power (FP) output. The main
factors limiting uprating to 103% FP are generator temperature
limits, turbine blade stress levels and reactor channel outlet
temperature limits. This 3% power increase can be achieved by
changing the operating flux in the reactor such that the power
distribution towards the reactor core periphery can be flattened
and increased. For the revised flux, the reactor physics and
thermohydraulic calculations were performed to determine the heat
disposition rates and total heating in the reflector, the
calandria, the vault water, the vault liner and concrete, end
shields and calandria tubes.

Based on the reactor physics and thermohydraulic calculations,
various key systems and components were assessed to determine
their ability to handle the additional heat loads due to 103%
reactor power. The major systems considered in this study
include various process systems such as the heat transport
system, pressure and inventory control system, moderator and
shield cooling system, etc., and the special safety systems.
These systems were analyzed for the steady state and enveloping
transient conditions. The results of these analyses in terms of
bulk and peak water temperatures were used to check the
structural integrity of the calandria and its components.

Although the slightly higher flux associated with 103% uprated
conditions does not have any significant effect on the fuel
channel creep, a reassessment of the channel creep was done based
on the latest creep predictions. Since the channel creep
predictions based on latest equations were about 30-50% higher
for some of the critical channel locations, this required an



assessment of the feeders and fuel channels.

This paper provides an overview of the feasibility study related
to the nuclear stream supply system (NSSS) of the Pickering >B'
reactor.

3. OVERVIEW OF MAJOR SCOPE ITEMS

The following provides a brief assessment of the major systems
and equipment (Figure 1) covered by the feasibility study.

3.1 Reactor Physics

Reactor physics calculations were carried out to determine the
heat disposition rate distributions and the total heating in the
calandria assembly components, D20 moderator reflector and vault
water of the shield coolant system at 103% of full power
operation.

3.2 Process Systems

3.2.1 Heat Transport System (HTS). Heat transport operating
conditions at 103% power were simulated using SOPHT computer
program. The results of simulations show very minor changes in
the HTS operating conditions for a 3% increase in reactor power.
The reactor outlet header temperature increases by 1°C; the
reactor inlet header temperature decreases by 0.5°C and the HTS
pressure remains unchanged.

An assessment of the HTS service limits concluded that there is
sufficient conservatism in the existing service limits to
envelope the 103% uprated conditions.

3.2.2 Pressure and Inventory Control System. Although the
Heat Transport System (HTS) swell depends on HTS temperature, the
average change in temperature due to uprating is negligible and
hence has no effect on the swell rate and total swell of the HTS.

Uprating therefore has no appreciable effect on the pressure and
inventory control system.

3.2.3 Moderator and Shield Cooling Systems. Based on the
heat disposition rates obtained from reactor physics
calculations, the moderator and shield cooling systems were
analyzed for the following conditions:

Steady state full power operation at 103%.
Complete loss of shield cooling pumps.

- Loss of Class IV power.
Partial loss of service water flow to the moderator heat
exchangers.

- Partial loss of moderator pumping.



Based on the understanding of the original (100% FP) design, and
an engineering judgement on the expected structural behaviour
under the uprated power conditions, it was decided to limit the
analyses for these systems to the following two enveloping
conditions:

a) 103% Full Power Steady State (FPSS)
b) Complete Loss of Shield Cooling Pumps (LSCP)

The analysis results in terms of the average and transient bulk
water temperatures were used for the calandria thermal and
structural analysis.

3.3 Safety Analysis

Instead of analyzing all the design basis events for the uprated
conditions, a review of all accident scenarios considered in the
Safety Report was first carried out to identify accidents whose
trip coverage and consequences may be affected by changes in the
initial operating conditions.

A preliminary safety analysis was then performed for these
accidents to determine whether the existing safety analysis is
capable of mitigating the consequences of postulated accident
scenarios during operation under the uprated conditions. The
following cases were identified for further analyses:

a) loss of flow

Only the total loss of Class IV power case was analyzed as
it represents the limiting case for heat transport system
overpressure.

b) loss of regulation

These accidents were assessed as the flux shapes and reactor
header conditions are somewhat different at the uprated
power level.

c) small break, loss of coolant accident (LOCA)

Even though the accident scenarios considered in the safety
report are not expected to be affected by the slight
increase in the reactor power, these accidents were analyzed
to confirm the effectiveness of the special safety systems
for the entire range of small break LOCAs at the uprated
conditions.

d) large break, loss of coolant

The large break LOCA was analyzed because operation at an
increased power level tends to:



(i) increase the core voiding rate;
(ii) increase the fission product source term as a result of

a larger number of channels in the high channel power
groups;

(iii) increase the steady state and transient heat loads to
the moderator;

(iv) increase the peak overpressure and the duration of
containment overpressure due to the higher stored
energy in the heat transport system.

As a result, a detailed assessment was performed to evaluate
the required moderator outlet temperature in order to ensure
channel integrity, and to demonstrate that the radiological
consequences meet the appropriate Siting Guide dose limits.

e) steam and feedwater supply system failure.

Steam and feedwater supply system failures were analyzed to
demonstrate that trip effectiveness is maintained and that
containment peak overpressure following a large steam main
break is within acceptable limits.

Except for the large break LOCA, the analysis was performed at
106.2 percent full power (1764 MW th) which is about 3% above the
desired uprated power of 103% FP. This 3% additional power is
included, as in all recent safety analysis, to allow for control
variations and heat balance uncertainties. For the large break
LOCA, the initial reactor power was assumed to be at 110% FP
(including control and heat balance uncertainties). This
limiting accident analysis was performed at 110% FP to show that,
even at a power level above the targeted uprating power level,
large safety margins are available in terms of meeting Siting
Guide dose limits and maintaining fuel channel integrity.

The preliminary safety analysis demonstrates that there are no
safety related impediments to uprating Pickering NGS B, and that
this uprating can be accomplished with the present safety system
equipment. Existing safety system operating setpoints can remain
unchanged, except for the neutron overpower trip setpoint, which
is decreased by an acceptable 2% FP from the setpoint for
100% FP. Trip coverage at the uprated power level (103% FP) is
similar to that at 100% FP, and has been shown to be acceptable
at the uprated power level for all classes of accident considered
in the Safety Report.

Accidents expected to be strongly influenced by the increase in
power level have been considered in detail and shown to have
consequences within allowable limits. Overpressures following
loss of flow and turbine trip events are within the limits
defined by the ASME code, and sufficient heat sink exists
following secondary side accidents at the uprated full power to
allow ample time for provision of an alternative heat sink.



The maximum dose values that may result from the limiting
accidents of a large break LOCA are also demonstrated to be well
below the Siting Guide Limits.

3.4 Structural Analysis

3.4.1 Calandria Assembly Analysis. The loads for the uprated
conditions in terms of moderator/shield coolant and metal
temperatures, piping and nozzle loads, accident analysis loads
etc., were compared with the original loads and it was concluded
that some of the uprated loads for the calandria assembly (Figure
2) are more severe than that at 100% full power (FP).

The analysis for the calandria assembly was therefore performed
for the following conditions (Figure 3).

a) Full Power Steady State at 103% power (FPSS)
b) Complete Loss of Shield Cooling Pumps (LSCP)
c) Pressure Tube Burst (in-core LOCA)
d) Pressure Tube Burst with a SDE at 24 hours
e) Header Failure (large LOCA)

Finite element analysis technique (Figure 4) were employed using
STARDYNE (Ref. 1) and MARC (Ref. 2) computer codes and stresses
at critical locations were calculated. Based on the provisions
of the ASME code, the stresses for the uprated conditions were
categorized and compared against the service limits for Normal,
Upset and Emergency Conditions (levels A, B and C as per the
current ASME code). The results of the uprated analysis are
summarized in the Calandria Vessel and End Shields Design Reports
and it is shown that stresses are acceptable.

3.4.2 Fuel Channels Assessment. As the HTS service limits
are not affected by the uprated conditions, there is no direct
effect on the fuel channel design. However, for the uprated
conditions, it was recommended to reassess the predicted creep
for the fuel channels based on the latest creep equations. Fuel
channel creep analysis was performed and channel loads affected
by uprating such as garter spring loads, feeder loads, fuelling
machine loads, end fitting bearings and positioning assembly
loads were recalculated (Figure 5).

The stresses at the critical locations of the fuel channel
assembly were calculated and compared against the ASME code
allowables. The Design Report, as per the requirements of the
ASME codes and CSA standards, was prepared and it is concluded
that the fuel channel pressure boundary, except for the feeder
coupling, is not affected by these loads (Ref. 6).

For the feeder coupling, a leak test is recommended to obtain a
high level of confidence that the Pickering B joints meet the
design criteria as per the original design specifications.



3.4.3 Feeders/Headers Assessment. An assessment of the
feeder pipes for the uprated loads including the higher creep
predictions for the fuel channels was made (Figure 6). Although
there are negligible changes in the pressure and temperature of
the HTS, the predicted movements of the feeders at the feeder
couplings increase significantly due to higher creep associated
with the latest creep equations.

Thirty (30) representative feeders on the west face of the
reactor were analyzed for the 103% uprated conditions to cover
all significant design parameters and variations. The assessment
indicates that nine (9) representative feeders exceed the ASME
code allowable limit of 3 Sm. This assessment is conservative
and it is felt that a detailed finite element analysis can
provide a more accurate stress distribution in the critical
areas. Based on the work done on other projects/ it seems that a
more realistic finite element analysis will be able to qualify
these feeders without any design changes.

The feeders assessment also examined the feeder clearances and
concluded that the changes due to uprating will require only
minor adjustments to ensure that feeder-to-feeder fretting is
avoided toward the end of reactor life.

The stresses in the headers are within the allowable limits.

3.4.4 Boiler Safety and Atmospheric Steam Reject Valves. For
the uprated conditions, the total steam flow rate from the
boilers will increase. This assessment was done to check if the
boiler safety and atmospheric steam reject valves have sufficient
capacity to handle the increased steam flow rate. It is shown
that both boiler safety valves (16) and atmospheric steam reject
valves (10) have adequate capacity for the 103% uprated
conditions.

4. CONCLUSIONS

The feasibility study reported in this paper is limited to the
nuclear steam supply system (NSSS) of the Pickering B reactors.
The results show that power uprating of the Pickering B reactors
to 103% power is feasible without any major design changes to the
key systems and components. The preliminary safety assessment
covered by this study indicates that uprating can be accomplished
with the present safety system equipment. It is expected that
uprating will reduce the present neutron overpower (NOP) trip
margins. To operate the reactor at the present 100% FP
reliability level, it will be necessary to provide the operators
with an effective means of monitoring the status of SDS#1 and
SDS#2 NOP trip channels.

The study also indicates the need for some additional assessment
of a few components prior to the start of an implementation



program for the uprating of Pickering B reactors.

The current station activities are concentrated on improvements
in reactor safety and reliability at the 100% power level rather
than uprating. Nevertheless, some important prerequisite work is
proceeding and the actual timing for uprating is dependent on the
availability of station resources and the major work priorities.
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INTRODUCTION

There is an emerging interest in small standardized nuclear
power plants for worldwide commercial application (ref. 1) and
these are of a size for which well proven, compact steam
turbines are ideally suited.

Considerable experience has, over the past 30 years, been gained
in the power plant industry with the supply and operation of
large turbines for wet-steam nuclear applications. The first
such GEC ALSTHOM machines entered service in the early 1960's
and the total now deployed is over 80 with a number having
achieved over 100,000 hours service. The experience embraces
machines associated with different types of water cooled
reactors, with some machines designed for half rotational speed
using 4 pole generators and others designed as full speed
machines with 2 pole generators.

In the past decade or so, the main thrust has been towards large
machines rated at more than 1000 MW(e) for which half-speed
turbine-generators are generally found appropriate. The
progress is typified by the steps in output rating applied in
the extensive French programme where machine sizes have
increased from 1000 MW(e) to 1350 MW(e) and now on to the 1500
MW(e) machines supplied by the author's company at Chooz 'B'
Power Station (ref. 2).

Other recent applications at lower ratings have involved full-
speed 3000 RPM machines for both the 985 MW(e) plant at Daya Bay
Nuclear Power Station in the People's Republic of China and the
twin 630 MW(e) machines for the first commercial PWR in the
United Kingdom at Sizewell 'B' Power Station.

With such experience GEC ALSTHOM is well placed to provide
turbines for small standardized nuclear systems of up to the 600
MW(e) rating currently envisaged. At this low power level full
speed turbines are the appropriate choice and the following
sections describe the relevant experience with these machines
and the corresponding thermodynamic cycles.
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THERMODYNAMIC CYCLE PARAMETERS

General Thermodynamic Requirements

Thermodynamic considerations dictate the basic design of the
turbine and associated plant for water-cooled reactor systems
and this has evolved to the modern plant arrangement shown in
simplified form in fig. la. The expansion of the steam through
the various components of the turbine cycle is illustrated in
fig. lb. The live steam conditions are moderate compared with
modern fossil-fuelled plant but the mass and volumetric flow
rates are correspondingly increased for the same electrical
output•

Live steam, initially at dry-saturated or slightly-wet
condition, is expanded in the high pressure (HP) cylinder and an
increase in wetness occurs during expansion. An external water
separator is applied after the HP cylinder outlet to remove
moisture from the wet steam flow and to restore the steam to
virtually dry-saturated condition. This is followed by steaii-
to-steam reheating using either live steam or both live and bled
steam in order to reduce the wetness level in the subsequent low
pressure (LP) expansion. Expansion of this superheated steam
follows in the low pressure cylinder and the lower wetness level
achieved as a result of reheating reduces blading losses and
improves overall thermodynamic efficiency. Suitable provision
is made in the turbine feedheating system for utilization of the
high temperature water drained from the water separator and
from live and bled steam reheaters to maximise efficiency.

Turbine Terminal Conditions

Turbine stop valve pressures in water-cooled plant range from 45
bar in CANDU installations up to 70 bar with light water plant,
both with initial steam quality at a small fraction of one
percent wet. Final feedwater temperatures required for return
to the steam generator are typically 187°C for CANDU reactors
and about 225°C for other types, requiring extraction pressures
of about 13 and 25 bar respectively for steam tapped to the top
heater.

Moisture Separator Reheater (MSR)

Modern large turbines for use with wet steam cycles employ
moisture separation. This is followed by live steam reheating
which results in performance improvement and gives a low
pressure expansion line which, at the thermodynamically optimum
levels of pressure chosen for water separation, is close to that
used in a typical high temperature reheat cycle (fig. lb)- This
enables standard LP cylinder designs, service-proven on fcssil-
fuelled plant, to be used subsequently under almost identical
conditions on wet nuclear plant.

The addition of bled steam to share the reheating duty improves
the cycle efficiency by reducing the amount of live steam
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required. Nowadays it is generally found that a bled steam
reheating section in the MSR is economically attractive.

Cycle Arrangement

A typical cycle arrangement applicable to wet steam plant
incorporates three or four LP feedwater heaters, a deaerator and
the HP feedtrain. For CANDU plant the HP train will consist of
one or two feedheaters whereas two or three feedheaters are used
to achieve the higher final feed temperature on light water
reactors. The water quantity removed in the separator depends
primarily on the reheat pressure and is typically 10% of the
total flow to the turbine stop valve. It is essential to
utilise fully the heat available in the drain water and this is
normally achieved by pumping it to the deaerator. Similarly the
heat in the drains from the live and bled steam reheaters is
utilised in the HP feedheater train.

Reheat Pressure Optimisation

The design reheat-pressure level, selected between HP and LP
cylinders, affects both the mean length of the blades and the
mean wetness level in the HP and LP expansions and, in
consequence, controls the balance of efficiency between the two
cylinders. The optimum reheat pressure for best cycle
efficiency, taking account of such changes in blading
efficiency, is in the region 5 to 8 bar. The variation of cycle
efficiency with reheat pressure is not great over this region,
so that small departures from the optimum do not involve much
penalty. The pressure can, therefore, be chosen such that the
same standard LP cylinders may be used in either fossil or
nuclear applications. The steam conditions and last blade
erosion levels are the same as those at which service experience
has already been gained.

Other Factors Affecting Cycle Efficiency

In addition to the factors discussed above, many other internal
parameters associated with the plant have an effect on the cycle
efficiency. They include the total number of feedheating
stages, terminal temperature differences for bled steam and live
steam reheaters and pressure drop of the heated steam in passing
through the MSR.

Each of these parameters can be modified so as to increase
efficiency, but in each instance only at additional cost.
Whether such improvements are worthwhile can only be determined
by an economic assessment.

SELECTION OF LP EXHAUST CONFIGURATION

Mass Flow. Condenser Pressure and Exhaust Area

The matching of exhaust volumetric flow by suitable selection of
the LP last stage exhaust area is of paramount importance in
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configuring the turbine for a particular application. The
choice may be between either a larger LP frame or the use of an
extra LP cylinder of smaller size to give the required area.

The steam mass flow rate in nuclear plant is between Ik to 2
times greater than that for equivalent output fossil plant,
leading to high LP volumetric flows at the turbine exhaust. The
volumetric flow is also dependent on condenser pressure, which
in turn is related to the cooling water temperature available at
the site. These temperatures vary considerably at differing
sites around the world and, in general, have a profound effect
on the configuration of the turbine. However, for the smaller
standardized reactor the choice would usually be an HP cylinder
with two or three double flow LP cylinders.

Exhaust Velocity and Leaving Loss

The optimum LP exhaust condition, resulting from the choice of
exhaust area to match the volumetric flow, is characterised by
the steam exhaust velocity and corresponding kinetic energy.
Because the overall turbine enthalpy-drop available in nuclear
plant is less than fossil plant, 1 kJ/kg extra kinetic energy
loss in the exhaust is worth up to twice the corresponding
proportion of power loss on fossil plant.

Last Stage Blade Design and Rotational Speed

Modern blades are designed and selected to operate with steam
velocities of about 250 m/s for optimum exhaust loading, being
neither too high to give excessive loss of kinetic energy nor
too low to lead to choice of oversize and costly turbine
configurations.

Blades are limited in their design length and exhaust area by
the centrifugal loading which can be tolerated, but continuing
advances based on experience, refined design techniques and use
of better materials have produced long blades (ref. 3) suitable
at full speed for nuclear applications. At half-speed longer
blades are possible due to less onerous centrifugal loading, but
these are not necessary for the smaller standardized reactors.

Two families of standard exhaust blades and LP cylinders are
available in the author's company: one set for 3000 RPM
applications and the other for 3600 RPM. The top-end of the
range of exhaust area, when used in a 6 flow arrangement, is
adequate to deal with the turbine exhaust volumetric flow of
small reactor plant at the coldest envisaged cooling water
conditions. At less demanding volumetric flows, either smaller
standard LP's may be selected or 2, rather than 3, LP cylinders
could be employed.

It is possible that suitable LP cylinders, of similar exhaust
area and last blade length, could be selected from the standard
families at both 3000 and 3600 RPM. This would permit turbines
to be configured with similar overall dimensions for application
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with the same reactor and cooling water conditions, but in
countries with different electrical system frequencies.

EXPERIENCE

Wet Steam Erosion

As described earlier, steam conditions in the LP cylinders of
wet steam turbines using moisture separation and live steam
reheating are very similar to those on high temperature
turbines. It is evident, therefore, that there are no special
erosion problems.

However, in the HP cylinder conditions are quite different. The
progressive increase in wetness through the cylinder at
relatively high pressures has a powerful potential for causing
erosion damage. With the velocities of the moisture droplets
and main steam not differing widely at the relatively high steam
densities applying, coupled with the use of stainless steel for
the whole steam path, blading erosion is not a significant
problem. Potential for erosion damage is highest in the casings
and associated pipework and valves, either where there are
changes in flow direction or across joint surfaces of pressure
seals.

Operating Experience with Nuclear Wet Steam Turbines

It follows from the above that experience with nuclear wet steam
turbines has greatest relevance to the design of the HP
cylinder, valves and pipework, with particular reference to
erosion problems due to steam wetness. In considering these
problems for high speed wet turbines experience at both full
speed and half speed and operation with different types of
reactor is fully relevant. Service experience with many
turbines with ratings up to 1300 HW(e), including CANDU, PWR,
BWR and SGHWR applications, amounts to several hundred machine
years, with individual machine operating times beyond 150,000
hours.

Earliest experience included a small machine of 22 MW(e) rating
running at 3600 RPM with a CANDU reactor. This was followed by
two larger machines, a 100 MW(e) machine running at 3000 RPM
using SGHWR steam and a 220 MW(e) machine running at 1800 RPH
with a CANDU reactor. A number of erosion problems were
initially encountered on these units, for which design solutions
were evolved and changes made in materials used, and these were
proved by subsequent service. Later machines incorporating
these features have now achieved considerable success, with
service experience in excess of 100,000 hours, for both full
speed and half speed construction.

Material Selection

The above experience allows confident selection of materials for
components in a wet steam environment (ref. 4). The selection
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depends on the steam pressure and wetness and the nature of the
steam flow associated with the particular design features of the
components involved.

For the HP casings and diaphragm carriers, where the wetness
levels are significant, a low chromium alloy steel is used. For
welded diaphragms a fully stainless steel blade path is
employed, including nozzle blades and spacer bands forming the
nozzle annulus boundaries at inner and outer diameters. On the
faces of joints sustaining pressure differences either stainless
materials or a deposit of stainless steel cladding is applied to
prevent any significant wire drawing erosion.

No special protection is applied to the body of the low alloy
steel HP rotor, nor to the interstage gland regions. However,
because of the high degree of exhaust wetness, the rotor end
glands are packed with dry steam obtained by throttling live
steam.

The overall HP experience has, therefore, been with only minor
problems of material selection and detail design on the first
generation turbines, followed by successful experience on all
subsequent generations of machines. The success with LP
applications results from prior service on fossil plant before
application to nuclear plant. The vast experience on the more
demanding large units sets good store for the reliability of
future small standardized units.

HIGH SPEED TURBINES

Of the recent applications to wet nuclear plant, the 985 HW(e)
machines at Daya Bay represent the top end of the construction
range for high speed turbines. The general design features are
described as follows:

High Pressure Cylinder

The cylinder consists of two flows, each with five stages of
blading as shown in fig. 2. Because the inlet pressure and
temperature are only moderate the casing can be essentially of
single shell construction, with bled belts arranged between
groups of diaphragms to permit ease of extraction of steam to
feedheaters. The four steam inlet pipes are attached directly
to the casing. To ease the arrangement of external pipework on
this cylinder supplying steam to two HP heaters, steam tappings
from two different stages are bled asymmetrically, one from each
flow. Steam exhausts through eight exhaust pipes, located
symmetrically in the top and bottom halves, with four outlets at
each end of the casing.

As on high temperature cylinders, disc and diaphragm
construction is employed. The moving blades are shrouded and
are attached to the monobloc rotor using pinned roots. The
diaphragms are kinematically supported so as to remain
concentric whilst permitting relative thermal expansion. The
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diaphragms carry the rotor interstage spring-backed glands and
also, on an extension ring, the tip seals, which co-operate with
circumferential ribs on the moving blade shrouding. This type
of construction ensures that small effective radial clearances
are maintained over long periods of operation. Arrangements are
made at the blade tips for moisture separation and drainage at
each stage where this is not automatically effected at bled-
steam tapping points.

Low Pressure Cylinders

Three low pressure cylinders are applied to accommodate the
large exhaust volumetric flow at Daya Bay and these are of a
standard modular construction employing 945mm last row blades as
shown in fig. 3. This module is identical to that used on a
large number of high temperature machines over a wide range of
outputs. The five stages of blading in each flow are carried on
a monobloc rotor. The diaphragms are mounted in a single shell
inner casing supported in a fabricated outer casing. Steam is
admitted through two inlets in the top half casing and steam
exhausts downwards to an underslung condenser.

Overall Arrangement

The HP cylinder is shown in tandem arrangement with the three
standard LP modules on site assembly in fig. 4. Each rotor is
supported on two journal bearings and the rotor-line thrust
bearing is mounted in the bearing pedestal between the HP and
the first LP cylinder.

The moisture separator/reheater vessels are normally mounted
horizontally at turbine floor level on each side of the turbine
alongside the low pressure cylinder. These can be seen during
site erection in fig. 4 and the overall plan view "footprint" of
the installation, including the electrical generator, is shown
in fig. 5.

DESIGN CONSIDERATIONS FOR SMALLER OUTPUT

Single-flow Principle

Smaller output ratings substantially reduce the mass flow level
throughout the turbine and this leads to worsened aspect-ratio
blading and reduced cylinder efficiencies. This trend may be
offset by configuration with single-flow rather than double-flow
sections wherever possible. The principle, as applied to an HP
expansion, is shown in fig. 6. The doubling of volumetric flow
per end substantially increases the blade heights and so leads
to reduced end-wall (secondary) losses and reduced leakage-
proportion losses; particularly for short height stages. The
gain is offset to some extent by the introduced thrust balance-
piston leakage, but generally for small flows the overall effect
is a significant improvement in cylinder efficiency.

Similar consideration can be applied for low volumetric flow to
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double flow LP cylinders. For applications where two or three
double flow LP's are applied, the flow at inlet is divided four
or six ways respectively and the resulting early-stage blade
heights can become very short. Introduction of a single flow
section into the centre of each LP cylinder, as shown in fig. 7,
to form an 'optiflow' arrangement, doubles the blade heights on
the early stages and so, again, improves the overall expansion
efficiency.

Application to HP Cylinders

For small output sizes of wet nuclear plant, the HP cylinder
construction can be executed as a conventional single-flow
cylinder as shown in fig. 8. The doubled aspect ratio blading
plus the available rotor length to apply more stages at a
smaller base diameter, gives a worthwhile gain in cylinder
efficiency. Arrangements of this single flow type are
widespread on conventional fossil-fuelled plant and have given
good service on high speed nuclear machines in the range up to
400 MW(e).

Application of Optiflow LP cylinders

The low volumetric flow to the LP cylinders of small output
machines can benefit from an initial single flow section. In
the application of optiflow LP cylinders the last three long
blades remain in double-flow configuration, but an inner
cylinder with single-flow configuration is introduced to
increase the length and hence efficiency, of the early stage
blades. An arrangement of this type is illustrated in fig. 9
and fig. 10 shows an optiflow rotor for a 500 MW(e) PWR unit.

TURBINE GENERATOR RANGE FOR STANDARD SMALL NUCLEAR PLANT

General Requirement

By way of example, a scheme of turbine-generator frame designs
for standardized small nuclear plant is outlined based on the
CANDU 3 (450MWe) system. The scheme described highlights the
benefits of organising the turbine frame design to cover the
range reguired by the use of a number of standard cylinder
modules.

The CANDU 3 system provides a versatile and compact installation
at the lower end of the nuclear plant range and offers the
adaptability to match individual requirements of different
utilities at varied sites. As a compact, modern plant, the
CANDU 3 system aims at quick installation times, competitive
costs and lower investment risks which should be attractive to
smaller utilities and developing countries. Standardization and
pre-engineering of modular arrangements aims at providing
suitable plant for diverse worldwide sites without the need for
significant change to design or documentation.

Other water-cooled reactor technologies may also see the
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opportunity for ratings at or below 600 MW(e). From the
turbine-generator viewpoint these are likely to have similar
volumetric flows to the CANDU 3 system and the advantage of the
same standard turbine range would apply.

The standardization of the nuclear steam supply system itself is
largely independent of the station site whereas the turbine-
generator considerations, although not affected by the
pressurised components external to the cylinders (e.g. pipework,
valves, MSR, feedheaters, etc), do have to account for the
alternative 50 and 60 Hz operating speeds and are more
fundamentally affected by differing cooling water conditions for
turbine exhaust and condenser selection.

Selection of LP Frames

The full-load LP turbine exhaust steam flow for the CANDU 3
system will be virtually independent of site conditions with a
value of about 400 kg/s. However, different site cooling water
conditions will have a profound effect on the exhaust selection.
Taking 10°C and 20°C as typical design cooling water (CW)
temperatures for cold and warm sites, the corresponding
condenser pressures should be of the order 33 mbar and 55 mbar
respectively. Combining the exhaust mass flow and the specific
volume of the condensing steam gives the exhaust volumetric flow
at the design point. To deal with this efficiently, the exhaust
velocities should be near the optimum value and in this case,
the total exhaust areas required are 60m2 and 40m2 respectively.
Standard LP modules of modern high speed design are available
for both 50 and 60 Hz systems with exhaust areas up to about
10m2 per flow, so that the appropriate machine configurations
are with 3 double flow LP cylinders for cold sites and 2 double
flow LP cylinders for warm sites. For sites with still warmer
cooling water a suitable configuration would be with 2 cylinders
of a smaller LP module.

This selection has given, by fixing the LP cylinder
configurations, the basis for the practical layout of the range
of turbine frames to cover possible sites at 50Hz and 60Hz for
cold and warm cooling water conditions.

Overall Turbine Layout

For the relatively low capacity involved at 450MW(e) a single
flow HP cylinder is appropriate to be used in conjunction with
the selected LP's. The resulting overall general configuration
is shown in fig. 11 and the alternative applications in a
rational range are illustrated in fig. 12. The arrangement for
cold CW sites, with an HP cylinder in tandem with three double
flow LP cylinders, follows established practice. The overall
installation of a 985 MW(e) at Daya Bay, at the top-end of the
range for this configuration, is shown in fig. 13. The smaller
units envisaged for CANDU 3 applications lie well within this
experience.
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The reheat design pressure level is maintained at about the same
near-optimum level for the differing applications so that the
MSR capacity and cold reheat pipework can also be replicated.
Two different arrangements of hot reheat pipework are required
for distribution of steam to the alternative 2 or 3 LP cylinder
configurations. Similarly provision is required to accommodate
the options for 2 or 3 condensers corresponding to the relevant
turbine option.

The 'footprint1 of the turbine-generator frames of fig. 12 and
associated equipment is thus available for general layout of the
turbine h^ll. The plan-form similarity of the different
application frames provides the opportunity for commonality of
architecture.

CONCLUDING REMARKS

A set of turbine-generator frames, based on extensive
satisfactory experience, is available for application with
standardized nuclear steam supply systems at the lower end of
the power range. Pre-engineered modules incorporating fully
developed and established components allows the Plant Architect-
Engineer to pre-plan arrangements of turbine halls in standard
form to give benefits in installation time and costs. Similar
overall turbine arrangements for different sites are envisaged
which accommodate the effect of alternative grid frequencies and
encompass diverse cooling water temperatures found at sites
worldwide.

REFERENCES

1. "Future markets and technologies". Nuclear Engineering
International Journal. October 1990.

2. MOINAUD, C.H. and BRUNAR, H.R.B. "Recent development in the
field of steam turbines and their application to PWR and
fast breeder units rated 1000 to 1500 MWe". I.Mech.E.
Conference 1983 on "Steam plant for pressurised water
reactors".

3. FRANCONVILLE, G. and HESKETH, J.A. "Development of longer
last row blades for GEC ALSTHOM steam turbines" EPRI
Conference 1992 on "Steam and combustion turbine blading".

4. THORNTON, D.V. "Materials for turbine plant operating with
wet steam". British Nuclear Engineering Society Conference
1988 "Technology of turbine plant operating with wet steam".



12

A

• *^"7
B

2

minim

1

I
To 9

From 1

f
- 1

V
/ 1
1

A

11 10

1 HP turbine cylinder
2 Moisture separator
3 Bled steam reheater
4 Live steam reheater

5 LP turbine cylinder(s)
6 Steam condenser
7 Condensate pump
8 LP heater:

9 Deaerator
10 Feed pump
11 HP heaters
12 Steam generator

l(a) Cycle Components

Expansion in
typical high

I*' temperature
reheat cycle

expansions \\\
(closely similar)\.^

l(b) Expansion lines for typical water-cooled
reactor plant (CANDU and PWR) compared
with high temperature reheat turbines.

Fig.l Simplified steam cycle.



Fig.2 hP cylinder module

Fig.3 Standard LP cylinders



Fig.4 Assembly of HP and LP cylinders at site

Fig.5 General arrangement of turbine-generator and MSR vessels
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Fig.8 Single flow HP cylinder module

Fig.9 Optiflow LP cylinder module



Fig.10 Optiflow LP rotor



Fig.11 Overall turbine configuration for warm CW site
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Fig.13 Overall installation at site
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ABSTRACT

Tritium is produced in operating CANDU reactors by neutron
capture in the deuterium atom. Workers at CANDU installations
are occasionally exposed to radiation dose from tritiated heavy
water (TDO) from the moderator and the coolant (heat transport)
systems. The production and buildup of tritium in these heavy
water systems and the escape of tritium via tritiated heavy water
influence occupational dose and environmental emissions. An
effective tritium management program to reduce occupational dose
and environmental emissions due to tritium is an essential
component of management practice at Ontario Hydro nuclear
stations.

Ontario Hydro has corporate programs to meet these objectives.
Some approaches used at Ontario Hydro are,

1. Maintaining system integrity

2. recovery of escaped tritiated heavy water

3. displacement of tritium from the heavy water systems, and

4. removal of tritium from the moderator and the heat transport
systems (HTS).

A program to manage tritium concentrations in the heavy water
(HW) systems and details associated with tritium removal are
described.
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INTRODUCTION

In the CANDU type nuclear stations, tritium is present in the
form of tritiated heavy water, TDO, in the heat transport and
moderator systems. On exposure, tritium enters the body in the
liquid or the vapour form through absorption, ingestion, or
inhalation. Once inside the body, tritium being a weak beta
emitter, can damage internal organs. If it escapes to the
environment outside the CANDU Station, tritium could contaminate
water and the food chain.

A tritium management program, consisting of control methods to
minimize the undesirable effects of tritium, has been used for
several years at Ontario Hydro. The approaches used were and
continue to be, to minimize the escape of tritiated heavy water
at source, to recover the escaped water and vapour for worker
safety and environmental protection, and to minimize worker
- qposure while working in the tritiated heavy water environment.
Viie methods corresponding to the approaches include improved
surveillance, detection and correction of HW escape paths from
the heavy water systems, improved vapour recovery systems, the
use of protective equipment and clothing and strict adherence to
radiation protection procedures while in the vicinity of
tritiated heavy water or vapour.

The displacement of heavy water with heavy water of lower tritium
content has also been used to augment the above approach. The
displacement program has delayed the approach to tritium
equilibrium, which is estimated to be 60 to 80 Ci/kg for the
moderator, but has not lowered the tritium concentration
significantly. Some reactors have >30 Ci/kg in the moderator and
>2.0 Ci/kg in the HTS. The tritium displacement program only
postpones the need for actual removal. The dose records since
1980 show that the collective annual internal dose due to tritium
is rising (Figure 1). The fraction of the collective annual
internal dose due to tritium in the total dose is also increasing
(Figure 2). However, all environmental emissions are within the
design and operating target of 1% Derived Emission Limit. Since
the tritium buildup will continue to rise to the equilibrium
value if left unchecked, a more aggressive tritium reduction
program is needed to boost the effectiveness of the control
methods.

HISTORICAL TRITIUM BUILDUP

Historical buildup of tritium in Ontario Hydro CANDU reactors is
shown in Figures 3 through 6. The data suggest that the tritium
levels will continue to rise despite the displacement program.
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Collective Internal Dose Nuclear Operations Branch
Figure 1

Collective Internal Dose Nuclear Operations Branch
Figure 2
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TRITIUM DISPLACEMENT PROGRAM

The tritium displacement program that was carried out can be
briefly summarized as follows: (Figure 7)

1. Tritiated heavy water recovered from HTS was upgraded and
was used to displace an equivalent quantity of water from
its own moderator and the displaced water stored for future
use in a new reactor.

2. "Virgin" or unirradiated heavy water was used for recovery
or loss makeup in the HTS.

For its continued implementation, this program required two
elements, namely, an expanding nuclear program, and a continuous
supply of virgin heavy water. Due to economic considerations,
the two elements could not be sustained. Therefore a more
permanent method of reducing rather than displacing the tritium
in the HW systems had to be found.
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TRITIUM REDUCTION PRINCIPLE

A simple mass balance on tritium in the heavy water systems could
be written as

ACCUMULATION = PRODUCTION - DECAY - LOSSES

As we try to operate the reactors at higher and higher capacity
factors, the tritium "production" term in the above equation will
increase. The "decay" term is negligible and will hardly offset
the production term during the productive life of the reactor.
That leaves the "losses" term to help lower the accumulation or
the buildup of tritium in the moderator and the HTS. However,
the design of these systems and the operating and maintenance
procedures strive to minimize the tritium (TDO) that escapes. It
appears then, that if we do a good job of designing leak tight
systems and of operating the reactors at high capacity factors,
we only make the situation worse with respect to tritium
accumulation. But what if we caused planned and controlled
tritium "losses" out of the systems while maintaining heavy water
mass balance? This is the principle behind the Ontario Hydro
tritium management program for the moderator and the heat
transport systems. (Figure 8)
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TRITIUM MANAGEMENT

In increasing order of effectiveness in reducing worker dose, the
tritium management strategy hns been directed to achieve the
following goals:

1. Minimize the escape of TDO.

2. Improve the recovery efficiency of TDO escape (release).

3. Lower the concentration of tritium in the source heavy water
systems and finally,

4. Remove the tritium from the source heavy water systems to an
acceptable level.

Programs to achieve the first three goals have been in place for
several years. A program to meet the last one was put in place
in 1990. The upward trend of tritium buildup has been
effectively reversed (Figures 3, 4, and 5) in PNGS-A, PNGS-B, and
BNGS-A, where the tritium removal program has been applied.
Tritium removal is achieved through detritiation of heavy water
in the Tritium Removal Facility (TRF) at Darlington.

Tritium Management Program Objectives

The program to manage tritium concentrations in the heavy water
systems has the following long-term objectives:

1. To reduce occupational dose due to tritium.

2. To reduce environmental emissions due to tritium.

Tritium Management Strategy

1. Provide detritiated heavy water to commission DNGS.

2. Detritiate all in-service reactors to an intermediate
tritium concentration. The initial target was to get the
moderators to less than 15 Ci/kg and the HTS to less than
1 Ci/kg by the end of 1993.

3. Thereafter, maintain each Station at an appropriate
equilibrium tritium concentration to sustain acceptable
worker dose and environmental emissions. The general target
area is 10 Ci/kg and 0.8 Ci/kg respectively for the
moderator and HTS.
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Assignment of Detritiation Priorities

For the one TRF, we have sixteen operating reactors with three
reactors at various stages of commissioning, and one requiring
detritiated heavy water for the initial fill. Therefore, a
process has been put in place to assign priorities to service
these reactors to meet the short and long term objectives. The
following criteria are used:

1. Meeting commissioning deadlines.

2. Evidence of high internal dose due to tritium.

3. High tritium concentrations in the heavy water systems.

In 1990, when the TRF resumed operation after a lengthy
maintenance outage, BNGS-A had the highest average tritium
concentrations in the moderator (33 Ci/kg), and heat transport
systems (2.35 Ci/kg) in the Nuclear Operations Branch. However,
PNGS recorded the highest internal dose due to tritium the
previous year. Also Darlington needed low tritium heavy water for
initial fill of Unit 1. It was decided to detritiate PNGS and
also provide enough water to fill the Darlington Unit.

Operating Strategy

The operating strategy is based on the scheme shown in Fig.9.
The procedures can be carried out on-power (feed and bleed) as
well as on shutdown reactors.

The optimum on-power "feed and bleed" method reduces the tritium
in the HTS and the moderator in the same pass. Low tritium HW is
used to displace water from the HTS, which in turn after suitable
chemical and isotopic modification, displaces the moderator
water. The displaced moderator water is detritiated in the TRF
and the detritiated water (product) returned to the Station to
repeat the cycle. This method not only has the advantage of
detritiating the two heavy water systems simultaneously but also
provides the highest concentration feed to the TRF.

When a reactor is shut down bulk detritiation may be carried out.
It is not unusual to detritiate the entire contents of the
moderator, as was done with Pickering Unit 3 in 1990 during the
retube outage. This method is most efficient in removing tritium
but is carried out only if it does not prolong the outage and if
it does not violate the usual Operating Policies and Principles
applicable to a shutdown reactor.
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Results

At the end of 1991 2500 Mg of heavy water had been detritiated.
In 1990, 1400 Mg were detritiated. This brought the average
tritium levels in the Pickering moderator systems down by
approximately 50% and also supplied over 400 Mg of detritiated
heavy water to fill Darlington Unit 1 HTS in 1990.

SUMMARY OF OPERATING DETAILS

Equipment

We have provided licensed (Type B) containers for shipping
tritiated heavy water between the Stations and TRF. Two
containers of 5 Mg capacity each, attached to a flat bed is
called a TDO assembly. Each station is eguipped with transfer
systems to allow interfacing with the containers.

The Management Process

It requires the active and coordinated participation of at least
three field departments for every shipment of heavy water between
the Station and the TRF. The TRF is separated by a distance of
about 300 km from the Bruce site. Each field department has its
own priorities - often in conflict with that of the detritiation
program. Therefore a central group located at the Head Office is
required to coordinate the implementation of the tritium
management program. A managed process is put in place to do the
strategic planning and the field implementation.

Tritium Removal Principle

Tritium is extracted from the heavy water in the TRF by the
catalytic exchange of tritium from liquid to gas. This process
is: (Figure 10)

DTO + D2 > D20 + DT

The design feed rate is 360 kg/h of tritiated HW. Per design the
product concentration is reduced to 1/35.7 of the initial tritium
concentration. The detritiated heavy water is returned to the
Station and the D2 is purified and returned to the process. The
tritium is removed, immobilized and stored.
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DTO + D2 > D2O + DT
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Implementation

Using BNGS-A as a typical example (Figure 11), the on-power
detritiation cycle begins with the displacement of heavy water
from the HTS with low tritium content water. The water used for
displacement is either virgin heavy water or TRF product which is
in the range of 0.5 to 0.8 Ci/kg. The tritium content of the
displaced water is typically around 2 Ci/kg. The displaced heat
transport water in turn displaces an equal amount of moderator
water at around 30 Ci/kg as feed to the TRF. However, the heat
transport water at BNGS-A is maintained at less than 99% isotopic
and has to be upgraded to 99.92% isotopic before it can be put in
the moderator. A daily shipment of one TDO assembly is required
to maintain a design feed rate of 360 kg/h. Therefore, the
Station has to have the capability to provide 10 Mg/d of feed.

Three TDO assemblies are required to meet the continuous TRF feed
requirements and to return the detritiated heavy water (TRF
product) to the Stations. The product is used to repeat the
displacement/detritiation cycle. The number of cycles required to
lower the tritium concentration is predetermined using computer
models.

Although the implementation appears simple on paper, the reality
is quite different. Internal Station priorities, lack of human
resources, transportation equipment problems and TRF incapability
sometime prevent the Stations from meeting the detritiation
targets. The TRF performance in 1991 was plagued by problems
associated with this new (to Ontario Hydro) process and with
equipment failures. We have a coordinated program in place to
improve TRF performance in the long term and current results are
encouraging.
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INTRODUCTION

All of the Canadian (and most of the world's) production of heavy
water is done by the Girdler Sulphide (GS) H2S/H2O exchange
process (1). This process requires both a large energy
investment (36 GJ/kg D2O) and the handling of large quantities of
H2S. The heavy water production of existing GS plants is
expected to be insufficient to meet the demand created by new
CANDU reactors, around the turn of the century. This could
provide an opportunity to introduce a new heavy water process
technology. The competing stand-alone heavy water processes
include: a new GS plant; a yet to be developed bi-thermal H2O/H2
exchange process; and a laser-induced process - based on
selective multiphoton decomposition (MPD). In addition, there
are several parasitic methods (i.e. processes coupled to other
industrial processes) of limited production capacity, such as the
well-defined ammonia/H2 process, the Combined Industrial Reformed
hydrogen Catalytic Exchange (CIRCE) process, and the Combined
Electrolysis Catalytic Exchange (CECE) process. The latter two
are nearing the pilot plant stage.

As an alternative to the more conventional processes, lasers can
be used to separate isotopes. The atomic vapour laser isotope
separation (AVLIS) uranium process (2) is the most highly
developed of these laser-based schemes and appears to be
competitive with gaseous diffusion and the newer advanced gas
centrifuge methods for 23SU enrichment. Its proponents claim that
it will eventually produce enriched uranium for reactor fuel more
cheaply than either of the non-laser based methods, but these
claims have not yet been realized.
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Next to uranium, the largest market for isotope enrichment is the
production of reactor-grade heavy water, however, the problems
associated with laser isotope separation of hydrogen isotopes are
quite different from those associated with uranium enrichment.
For instance, deuterium is enriched from one in 7000 in the feed
to 99.8% in the product compared to only a 4-fold enrichment of
the relatively abundant (one in 140) 235U isotope. Furthermore,
the value of enriched uranium is much higher than that of D20.
A laser-based deuterium enrichment process is subject to much
more stringent economic constraints than a uranium process.
These constraints make the AVLIS process too expensive for
deuterium production for many reasons; but primarily because of
the cost of producing a vapour of hydrogen atoms and the cost of
ultraviolet photons.

In 1971 it was discovered that molecules could be dissociated by
the successive absorption of infrared photons (3) and since
then multiphoton decomposition (MPD) has been the subject of much
scientific study. Isotope separation was soon recognized as a
potential application of this phenomenon (4), and a new
acronym, MLIS, was coined for the new process of molecular laser
isotope separation. However, almost 20 years after the
phenomenon was first reported, no production scale laser-based
separation plant exists, although MLIS pilot plants do exist in
Russia (5) and Germany (6) for the separation of carbon
isotopes and in South Africa for the separation of uranium
isotopes (7).

The MPD process is shown schematically in Fig. 1. An infrared
laser is tuned to the transition frequency between the quantized
vibrational energy levels of a gaseous molecule. The molecule
absorbs a photon (Molecule A) and is raised to its first excited
vibrational state, where, if the photon density is large enough,
it can absorb successive photons as it rises up the * ladder1 of
quantized vibrational energy levels until it has sufficient
vibrational energy to dissociate. However, if the photon energy
does not match the vibrational level spacing (Molecules B) in the
molecule, no excitation takes place. This is thge esseence of
the isotope selectivity. For a polyatomic molecule, where there
are many vibrational modes, it is found that the photon energy
does not generally stay in the mode that is initially pumped.
Instead the energy is quickly randomized over all the modes of
the molecule. At this point the reaction proceeds as in a
standard thermal reaction. The main difference being that in a
thermal reaction the molecules are promoted into excited
vibrational states by a transfer of translational energy into
vibrational energy during molecular collisions. With all the
modes vibrating, it is generally found that the weakest bond is
the first to break. For the MPD process, the molecules can be
translationally cold (i.e. low kinetic temperature) and still
undergo reactions that would only happen at a much higher thermal
temperature, because the pumped mode acts like a conduit through
which energy can be transferred into the molecule. Gone are the
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days of xbunsen burner1 chemistry; judiciously tuned lasers have
allowed new chemistry through the selective heating of specific
molecules in a reaction mixture (8)-

The MLIS process takes advantage of the mass dependence of the
molecular vibration frequency, which for a classical vibrator
varies as the inverse of the square-root of the reduced-mass.
For molecules containing hydrogen and deuterium, the effect on
the shift of the vibration frequencies is the largest possible
and is many orders of magnitude larger than the frequency
bandwidths of the lasers used to excite, and selectively
decompose, molecules containing deuterium.

The largest deuterium sources are water and methane, however,
these molecules are not suitable for a MLIS process because they
are difficult to decompose by MPD and the decomposition products
are reactive free radicals. These radicals will tend to react
with the surrounding non-absorbing hydrogen-containing molecular
species and initiate chain reactions that will nullify the
isotopic selectivity created, with the laser, in the initial
decomposition.

Since bulk chemical sources of deuterium (i.e. water or methane)
are not suitable for MPD directly, a working molecule (WM) is
used on which the selective MPD step is performed. The laser-
based heavy water process is shown schematically in Fig. 2. Non-
decomposed WM's are redeuterated in a front end exchange step and
fed back into the stream for selective MPD. A suitable laser
source (dependent on the choice of the WM) is tuned in frequency
to be absorbed only by those WM's containing a deuterium atom.
Under certain conditions, only the deuterated species will absorb
the many laser photons required for decomposition. As a
consequence, the MPD products will be highly enriched in
deuterium.

In studies of MLIS the emphasis is on understanding and
optimizing the parameters which control an efficient and highly
selective MPD process. The criteria for selection of a suitable
WM have been defined (9) and include requiring the WM to have
selective absorption at reasonable intensities in the region of a
high efficiency infrared laser, (such as a CO or a C02 laser), in
order to maximize photon efficiency and minimize WM make-up
costs. Further, the WM must be relatively non-toxic and non-
explosive and have a vapour pressure of at least 13 kPa at, or
near, room temperature. The bulk cost of the WM should be less
than $2/Kg and the deuterated decomposition products must
preserve the initial laser-induced selectivity and be easily
separated from the parent molecule. The chemical exchange with a
bulk source of deuterium must be rapid and non-destructive of the
WM.

A parametric model of the MPD process has been developed (10)
and this is providing essential insight into the design of a
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heavy water process. The model recognizes the importance of
collisional energy transfer in moderating the efficiency and
selectivity of the MPD process. The decomposition probability is
written as:

, a,b) M

where * is the photon fluence (intensity x pulse duration), 'a1

is the partial pressure of the WM and 'b' is the partial pressure
of a buffer gas. For isotope separation a separate 'b1, and
corresponding sum and subscript on the h parameter, would be
required for the protiated WM as well as any gaseous
decomposition products.

The hjj parameters have been successfully associated with various
collision mechanisms. As an example, in Fig. 3 is shown the
processes associated with the first few terms in the expansion of
equation 1. In general, the hti reflect the relative
contribution, to the amount of reagent decomposed, by collisions
between 'i' WM's and 'j 1 buffer molecules. For efficient
isotope separation it is important to monitor the competition
between the h,0 process and the hu processes. The h u parameter
will often be negative, which reflects deactivation of the
selectively-excited deuterated molecules by the protiated, and
the decomposition product, molecules. Detailed studies, using
this new method, of a number of candidate working molecules have
been carried out. These include chloroform (10)(11), l-bromo
2-fluoroethane (12), 1,1,1-trichloroethane (13), t-butyl
methyl ether (14), t-butyl bromide (15) and t-butyl
chloride (16), among others.

For an efficient D-MLIS process it is necessary but not
sufficient (13) that the h,0 parameter yield the dominant
contribution to the decomposition probability of the deuterated
molecules. Collisional processes tend to channel energy into the
protiated molecules which degrades photon efficiency as well as
isotopic selectivity. This requirement of an essentially
pressure-independent decomposition probability lead many
researchers to assume that in order to have high isotopically
selective MPD it was necessary that there were no molecular
collisions during the laser pulse. For standard collision
frequencies of 10 MHz/Torr this translated into lasers capable of
nanosecond pulses in order to accommodate the required high
pressures ( > 13 kPa), determined by pumping costs. Although
laser development has progressed to a state where high power
short pulse lasers can be expected to produce reasonably priced
photons, recent understanding gained from studies at Chalk River
(13) allows us to relax the constraint that the pulse be of
nanosecond duration.

This has a major impact on a LIS process. If we can use a longer
pulse length then it should be possible to use Q-switched CO2
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lasers running with continuous wave (CW) discharges. Such lasers
currently produce photons at over fifty times less cost than
conventional TEA CO2 lasers (17). This should translate
into significant reductions in capital costs, which is
particularly important when comparisons are made between this and
other deuterium separation processes as it is generally agreed
that the major cost component of D-MLIS is the initial capital
outlay (see the next section on engineering costs).

In a continuing effort to understand the underlying principles
that govern the LIS process, new insights emerged that enabled us
to relax numerous process related constraints. Recently, we have
shown that we can eliminate high energy radical channels by a
judicious choice of LIS variables (14,15). In the past,
molecules were eliminated from the list of potential WM's if they
showed signs of radical products upon decomposition. This is
because subsequent radical reactions are not isotopically
selective and decrease the selectivity produced in the initial
decomposition. From studies using the (hy) model, we have shown
that the radical channel can be pumped by collisional energy
transfer between two excited target molecules: a so-called h20
process. The importance of this for LIS is that for natural
abundance samples the contribution to the decomposition from the
h20 process is vanishingly small so that, by a judicious choice of
fluence and pressure, the concern of free-radical chemistry can
be essentially eliminated. Molecules that were taken off the
list of potential WM's because studies with neat samples showed
radical products can now be re-evaluated. Some of these
molecules exhibited very promising properties. This means that a
re-examination of WM's, previously discarded because of radical
products, is now justified.

Recently, it has been demonstrated that very high selectivities
can be obtained at the high gas pressures required for an
economical LIS process and, that the selectivity increases with
increasing dilution (13) (18). Selectivities as high as 10*
have been measured and were found to vary as the dilution of D in
H over three orders of magnitude. This dilution dependence is
understood and modeled. Experiments to elucidate the selectivity
at natural abundance have not yet been finished, however,
extrapolation of the dilution dependence predicts a selectivity
of 10* should be obtained for natural abundance samples. This is
an extraordinarily large selectivity that was unexpected by many
people. Furthermore, we believe this result to be quite general
so that, as long as the optical selectivity is there, large
selectivities should be obtainable.

This recent result has important ramifications for the deuterium
MLIS process. For selectivities of 104, or greater, the cost
associated with make-up of the destroyed WM is negligible and a
further increase in selectivity does not significantly lower
make-up costs (see next section). In the late 1980's a
selectivity of only 103 had been demonstrated and selectivities



as high as 104 were considered optimistic. At that time,
economic production of heavy water by MPD was in doubt because of
the exorbitant costs associated with the make-up of the WM if the
selectivities were as low as 103. Given the measured, and
predicted, selectivities we now believe are obtainable with any
WM, the concern about high make-up costs has been eliminated.

This is a continuation of a trend; a few years ago, goals that
were considered optimistic have now been reached and, in some
circumstances, surpassed. The experiments in our laboratory,
which were aimed at testing our improved (hSj) model and in
assessing potential working molecules, have shed light on the
nature of the MPD process; allowed us to achieve a number of the
target parameter values for an economic process, and to relax a
number of the criteria for the selection of a working molecule.
Furthermore, this advancing trend is also evident in parallel
work in the development of IR lasers. Fuelled by the
possibilities of Uranium-MLIS on UF6, high-power C02 lasers with
high repetition rates have been developed in South Africa (7) end
Japan. All these advances have had a significant impact on both
the viability of a future laser-based heavy water process and on
its expected cost.

ENGINEERING COST ESTIMATES

In 1988 a cost estimate was carried out to obtain an approximate
cost for heavy water resulting from a potential laser-based
isotope separation process (19). This was a difficult
endeavour since a working molecule had not yet been identified
and the "process", strictly speaking, did not exist. As a
result, the approach used in that study was to use a better
established heavy water processes as a "yardstick" by which to
determine the cost of heavy water from a potential LIS process.
The more established, though not yet installed process, was the
Combined Industrial Reformed hydrogen Catalytic Exchange (CIRCE)
process, developed at Chalk River. A detailed economic
evaluation of the CIRCE process had been carried out at CRL in
the Chemical Engineering Branch in 1986 (20) and a useful
algorithm developed.

In the 1988 costing study of the MLIS process the algorithm from
the CIRCE study was used as a guide from which to develop a new
one for LIS. The methodology in this approach was to use the
state-of-the-art photochemistry parameters to determine the laser
power required and the process flow rates. These, in turn,
define a number of other costs both capital and operating, such
as gas compression, laser costs, electrical, refrigeration, gas
make-up for the laser, working molecule make-up, overheads and
contingency and complexity cost estimates. The plant size was
chosen to be 400 Mg/annum, the same as a GS plant. The economics
of scale, for MLIS are not known, however. It could be that some
other plant size would make more sense for MLIS, but this has not
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been studied thus far.

Using what were believed to be the appropriate parameters in 1988
it was estimated that, optimistically, a heavy water plant based
on the MLIS process, might be about as economical as a GS plant.
This was seen as economically unattractive at the time but there
was considerable hope that the eventual costs could be made much
lower, rather than higher, by future scientific and technical
advances.

We recently re-investigated the costs to take into account
scientific advances within our underlying research program and
technological advances in the outside world. The first step was
to look at the relevant photochemical parameters and adjust them
so that they were state-of-the-art, for 1992. The relevant
photochemistry parameters for the costing study are; e, (Wall
Plug Efficiency of the laser); eD (Molecule Dissociation
Efficiency); ex (Product Extraction Efficiency); ec (Absorption
Cell Efficiency); n (Number of IR photons absorbed); v (IR laser
frequency); S(*) (Optical Selectivity); eP (Photon Efficiency); /3
(Heads Separation Factor); Gas Pressure and Laser Cost in $/W.
The values of these parameters are given in Appendix 1. The
costs, as a function of the number of symmetry-equivalent-
hydrogen atoms in the working molecule, are given in Table 1.

The plant capacity was modified in the new study. The
calculations were performed for a 400 Mg/annum plant running at
80 percent capacity; effectively 320 Mg/annum. In addition, the
costs of using a Pressure Swing Absorption unit for drying the
gas after redeuteration, but prior to irradiation, was included;
although the need for drying has not yet been established.

Table 1
MLIS Process Costs*

#SEH atoms =

With drying
stage

Without
drying stage

1

.90

.54

2

.56

.37+

3

.45

.31

4

.39

.29

6

.35

.27

9

.32

.27

*CostB are given relative to the cost of heavy water from a new GS Plant;
i.e. 1.0 = cost of heavy water from a new GS Plant.

fThe conditions for this calculation are essentially the same as those for
the "base case" of the 1988 study, which showed that the cost of heavy water
from MLIS was equal to that from GS. The reason for the lower cost in 1992 is
because some of the parameters are updated.

In the calculation of the costs in Table 1, all other charges



- 8 -

applied to the process are consistent with those applied to the
CIRCE process (21). In particular, utility financing is
used, with a 20 year write-off period for capital equipment. A
36.5% contingency charge is applied to the LIS process, also
consistent with the CIRCE study1.

Table 3 illustrates four important aspects of the new costing
study:
1) Because a decision on the optimum WM, has not yet been made,

it is unknown whether the feed gas requires drying prior to
laser irradiation. If the products of MPD react with H2O, in
a way that scrambles isotopic selectivity, or if the products
of reaction with H20 make it more difficult to separate out
the dsuterium after the irradiation step, then drying may be
necessary.

2) The predicted costs are significantly lower than for a new GS
process, especially if the working molecule has more than one
symmetry-equivalent-hydrogen (SEH) atom.

3) For molecules with 3 or more SEH atoms, the costs do not
change very much, as a function of the number of SEH atoms.

4) The new cost calculation for the "base-case" of heavy water
(Column 2, row 2 of Table 1) is only 0.37, whereas it was 1.0
in 1988. There are many reasons for this considerable drop
in the predicted cost. In the 1988 study, Chemical Industry
Financing was used; i.e. the capital cost component was
written off over 4 years instead of 20 years (Utility
Financing). The MLIS process is much more heavily "front-
loaded*1 with capital than the GS process, or indeed any of
the others. Hence, using utility financing brings the cost
of heavy water from an MLIS process down more than any of the
others. In addition, the largest capital cost component of
an MLIS process would be the cost of lasers, and these are
relatively inflation-proof. In fact, the cost of high-power
C02 lasers has almost been halved in the last four years.
Finally, advances in our underlying research program have
justified the upgrading of several photochemical parameters.

5) One point not shown in Table 1 is that the cost is actually
lower for a molecule with 7 or 8 SEH atoms. The costs go up
again as the number of SEH atoms is greater than 7 in some
cases because of DW finishing costs. This is because the
deuterium enrichment in the product cannot be as high with
multiple SEH atoms. Hence, the DW finishing costs, by
conventional distillation methods, go up with the # of SEH
atoms. Extpnsive calculations were not carried out for
molecules with 7 or 8 SEH atoms, however, because so few of
these exist in nature.

The next step in the costing study was to vary several of the
relevant parameters to assess the impact on costs. This was

1 In diwuMiont with Chemical Engineering Branch at CRL, they have niggeMed thu • higher, S1 * , contingency factor u more
appropriate for a leu developed proceu nich at LIS. The effect of the higher contingency charge ii to raiae the COM by between 5 and 7
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done, primarily, to help direct our research in areas which have
the greatest impact on process costs. This sampling of parameter
space gives a number of insights into those factors which are
most important.

The most important message given in Table 2 is that, without a
drying stage, the process costs are relatively insensitive to
significant parameter changes, provided the molecule has 3 or
more SEH atoms; the costs ranging from 0.23 to 0.45.
Significantly, the cost of IR laser photons, which was believed
to be the biggest obstacle to a viable MLIS process in 1988, does
not effect process costs very much if the working molecule has 3
or more SEH atoms.

Table 2
MLIS Process Costs as a Function of Various Parameter Changes,

Without a Drying Stage

Row
#

1

2

3

4

5

6

7

8

# SEH atoms =

Process costs
without dryer

eD = 0.5

eD = 0.9

S(*) = 104

Selectivity = 5 x
102

Laser Cost =
$10/W

Laser Cost =
$30/W

WM Cost = $10/kg

1

.54

.72

.51

.32

.80

.47

.61

.73

2

.37

.47

.35

.26

.50

.33

.41

.52

3

.31

.39

.30

.24

.40

.29

.34

.45

4

.29

.35

.28

.23

.35

.27

.31

.42

6

-27

.32

.26

.23

.31

.25

.29

.40

9

.27

.31

.26

.25

.30

.26

.29

.39

If the potential working molecule has 1 or 2 SEH atoms, some of
the process costs are extremely sensitive to parameter
variations. The costs are the roost sensitive to S(»). However,
this is a parameter that one can exercise very little control
over. The optical selectivity is the ratio of one-photon
absorption cross-sections for the deuterated/protonated molecule.
The only way to improve this factor is to lower the temperature
of the process. For most molecules under study, the process
temperature cannot be significantly lowered without lowering the
gas pressure well below 13 kPa (100 Terr), where a process is not
viable. It is possible, though, to screen potential working
molecules with 1 or 2 SEH atoms to see if they have high enough
S(t)*s. If S(t) is significantly less than 1000, then a molecule
with 1 or 2 SEH's can likely be ruled out for a viable process.
However, if S(#) is on the order of 104, a process based on only
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1 SEH atom may be viable.

If the process requires a (PSA) drying stage, following
redeuteration, and before irradiation, the costs are slightly
higher but the sensitivity of costs to parameter changes is not
much different, provided that the potential WM has 3 or more SEH
atoms. If the working molecule has 2 SEH atoms, the costs can be
reasonable if the photochemical parameters are favourable.
However, if the process requires a PSA drying stage, a WM with
only 1 SEH atom can all but be ruled out, because of the high
costs.

Table 3
MLIS Process Costs as a Function of Various Parameter Changes,

With a Drying Stage Included

Row
#
1

2

3

4

5

6

7

8

# SEH atoms =

Process costs
with dryer

eD = 0.5

eD = 0.9

Selectivity = 104

Selectivity = 5 x
102

Laser Cost =
$10/W

Laser Cost =
$30/W

WM Cost = $10/kg

1

.90

1.07

.87

.67

1.15

.83

.97

1.09

2

.56

.66

.54

.44

.68

.52

.60

.71

3

.45

.52

.43

.37

.53

.42

.475

.58

4

.39

.45

.38

.33

.45

.37

-41

.52

6

.35

.39

.34

.31

.39

• 33

.37

.47

9

• 32

.36

.31

.30

.35

.31

.34

.44

The reason for the relative insensitivity of costs to parameter
changes, for WM's that have 3 or more SEH atoms is quite
straightforward. If the WM has more SEH atoms, then the
effective concentration of deuterated WM's in the feed goes up.
Hence, the power required for the laser goes down, and the
capital and operating costs of the process also decrease. In
addition, if the concentration of deuterated WM's is higher, the
process flows do not have to be as large. Hence, the pumps and
compressors required are not as large, and the capital and
operating costs for these components goes down as well. If the
process requires a PSA unit, for instance, then for a process
based on a WM with 1 or 2 SEH atoms, the costs of the compressors
required is comparable to that of the lasers.

CONCLUSIONS
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Advances in our underlying research program have had a
significant impact on the expected costs, as have technological
advances in the development of lasers in industry. We believe
that a laser-based isotope separation process for deuterium seems
much more viable now than in 1988.

The LIS process is still not as well defined as its "yardsticks"
and this is both a good thing and a bad thing. On the positive
side, it means that there is the potential of future advances
that may drive the expected costs down even further.
Unfortunately, its relative stage of immaturity makes it much
less likely that it could deliver heavy water, on as short a time
scale, as more conventional competing processes. Because of
financial constraints, and limitations on time imposed by the
expected demand for heavy water, at the turn of the century, work
on this program has been suspended.

However, the technological base that AECL has built up may be
useful for other isotope separation processes and our experience
in this area has given us a big lead over other countries in the
area of MLIS of light isotopes.



- 12 -

APPENDIX 1

The following are the relevant ( photochemistry parameters used
in the costing study as well as a few other key parameters:

1) Annual Production
2) Hours of operation per annum
3) Electrical Power Costs
4) Helium Cost
5) Steam
6) Feed Concentration
7) Extraction Fraction
8) Number of Symmetry-Equivalent H Atoms
9) Cost of Working Molecule

10) Molecular Weight of the Working
Molecule

11) Pressure at Redeuteration

12) Laser Cost/Watt

13) Optical Selectivity-S(«)

14) Electrical to Photon Conversion =
Efficiency el

15) Extraction Efficiency ex ••
16) Dissociation Efficiency eD =
17) Absorption Efficiency ec =
18) Heads Separation Factor ee
19) Number of Photons for Dissociation =
20) Laser Wavenumber =
21) Recovery Efficiency =
22) Temperature of Irradiation =
23) Pressure of Irradiation =
24) Cost Indices: (IND1)

(IND2)
25) Canadian/US Currency Exchange Rate =
26) Interest During Construction =
27) Front End Exchange Capital =
28) Driving Temp. Difference for Cooling =
29) Return on Capital

The value of 0.1175 assumes depreciation
years.

= 320 Mg/annum
= 7000
= 0.030 $/kWh
= 4.0$/m3

= 1.70$/GJ
= 148 ppm
= 0.5
= 1 to 9.
= 2$/kg except where
noted.

= 100

= 101.1 kPa without
a PSA drying unit
or 2500 kPa with a
drying unit.

= 20$(US-1990)/W
except where
noted.

= 1000 except where
noted.

= 0.1

= 0.9
= 0.8
= 0.8
= 104

= 30
= 1000 cm1

= 1.0
= 25°C
= 26 kPa
= 392.2
= 502.9
= 1.17
= 23.7%
= 43.38 M$
= 10°C
= 0.1175
of capital over 20
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FIGURE 1
Selective Multiphoton Dissociation

The photon energy is matched to molecule A which undergoes
subsequent absorption of photons, to dissociation. However, the
energy mismatch between the photon and molecule B prevents its
excitation.
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FIGURE 2
Schematic Representation of HLIS Process
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FIGURE 3
Collision Sequences Associated with Parameters

•A1 is a target molecule while 'B' is a buffer. The asterisks
represent the 'qualitative1 level of excitation. Eg: A" is a
molecule that is energetic enough to decompose whereas A* is not.
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ABSTRACT

Increasing radiation fields due to a release of fission products
in the reactor container of several SLOWPOKE-2 reactors fuelled
with a highly-enriched uranium (HEU) alloy core have been
observed. To investigate this phenomenon, samples of reactor
water, and gas from the headspace above the water, have been
obtained and examined by gamma spectroscopy methods for several
reactors of various burnups. An underwater visual examination of
a high-burnup HEU fuelled core has also provided information on
the condition of the core.

INTRODUCTION

Following fabrication of the highly enriched uranium (HEU) fuel
elements for the SLOWPOKE-2 research reactor, an external uranium
contamination of the weld area was observed. This contamination
occurred during the welding of end caps to the fuel pin meat,
where some of the uranium aluminum alloy fuel was locally heated
above its melting temperature and flowed out of the weld
location. Although the weld area was machined later to remove
such material, external contamination still remained (Figure 1)
[l].

In subsequent operation of several HEU-fuelled SLOWPOKE-2
reactors, radionuclides have been observed in the reactor
container water that surrounds the fuel, but not in the pool
water which, in turn, surrounds the reactor container. The gamma
radiation fields around the reactor can generally be attributed
to this buildup of radionuclides, although no radiological hazard
has resulted. At present, the radiation fields at the higher-
burnup facilities reach levels sufficient to activate the medium-
level radiation alarms positioned above the reactor container
after only a few hours of operation at high power. Although
these alarms were initially installed to detect a maloperation of
the control rod or a loss of pool water shielding, they are now
being triggered during normal operation at which point the
reactors must be shut down.



Figure 1

Photograph of the SL0WP0KE-2 uranium aluminide fuel pin
as welded (bottom) and with the final machined end caps
(top). (Courtesy of Atomic Energy of Canada Limited.)

By measuring the fission product release from the fuel to the
reactor container water, it is possible to distinguish between
release mechanisms and therefore to determine if the increase in
radiation fields around the reactor is due to a loss of integrity
of the fuel sheath.

This paper summarizes the results of studies conducted at the
SLOWPOKE-2 facilities of the Royal Military College (RMC), the
University of Toronto (U of T), Ecole Polytechnique (EP), and the
Kanata Isotope Production Facility (KIPF). Although the reactor
at RMC is the only one to be fuelled with a low-enriched uranium
(LEU) core of uranium dioxide, it has provided a convenient
location to commission the experimental equipment for fission
product analysis. A visual examination of the uranium alloy core
at EP with an underwater television camera has also been
performed to provide additional information on the condition of
the core.

SLOWPOKE-2 REACTOR DESIGN

The name SLOWPOKE is an acronym for Safe LOW POwer (K) critical
Experiment, a research reactor developed by Atomic Energy of
Canada Limited. This reactor is inherently safe since increasing
temperatures would produce a negative effect on excess reactivity
[1]. The reactor produces a flux of 1.0 x io12 n>2utrons/cm2/s and
20 kW of thermal energy at full power. Seven of these reactors
are now operating across Canada and one is located at the
University of the West Indies, in Kingston, Jamaica.

The SLOWPOKE-2 reactor is a tank-in-pool type of design with a
light-water moderated core within e reactor container structure
(see Figure 2) [2]. The surrounding pool of light-water serves
as radiation shielding for research personnel and also as a
secondary heat sink. Water purity is maintained by circulating



Figure 2

Reactor general assembly. (Taken from Reference [2].)

the container water through a series of deionizer columns on a
weekly basis. Control of the reactor is maintained with a single
control rod. The radiation monitors are located just above the
reactor container (the medium-level alarm), above the reactor on
the ceiling of the room (the area alarm), and beside the
deionizer columns (low-level alarm). Generally, only the
medium-level alarm prohibits continuous full-power operation.

Fuel Design

Of the eight operating SLOWPOKE-2 reactors, seven were fuelled
with 93% U-235 enriched uranium aluminum alloy fuel pins
coextruded with a 1050-aluminum cladding. The most recently
commissioned SLOWPOKE-2 reactor (which is operating at RMC) is
fuelled with low enriched uranium oxide fuel (20 % U-235), clad
in Zircaloy-4. A comparison of the two types of cores is given
in Table 1. Radiation fields associated with fission product
release have been observed only at those reactors fuelled with
the HEU core.



Table 1

A Comparison of the HEU and LEU SLOWPOKE-2 Cores"0

Fuel:
Material

Enrichment (wt% Z35U in U)
Radius (mm)
Fuel Stack Length (cm)
Density (Mg/m3)
Specific Heat (J kg"1 K"1)
Thermal Conductivity (W m"1 K"1)

Sheath:
Material
Outside Radius (mm)
Thickness (mm)
Density (Mg/m3)
Specific Heat (J kg"1 K"1)
Thermal Conductivity (W m"1 K"1)

Core Description:
Total Mass of 235U (kg)
Number of Pins

HEU Core
(U of T, EP, KIPF)

28 wt% U, 72 wt% Al
UAI4 in Al

93
2.11
22.0
3.40
683
171

Al-1050
2.62
0.51
2.7
903
238

0.87
317 (KIPF)
296 (EP)

298 (U of T)

LEU Core
(RMC)

U02

19.89
2.083
22.7
10.6
236
4.67

Zircaloy-4
2.63
0.51
6.55
290
12.6

1.12
198

(a) Taken from References 1 to 4.

EXPERIMENTAL DETAILS

Equipment

An analysis of fission products in the reactor container water
and gas headspace at four SLOWPOKE-2 reactors has been performed
by gamma ray spectroscopy methods using a GMX high purity
germanium detector with a thin beryllium window (EG&G Ortec).
Radiation shielding of the detector was provided by a
transportable ensemble consisting of a lead brick castle
supported by an aluminum frame.

Sampling Procedure

Due to the very low activity levels at the RMC reactor, it was
necessary to count water samples for a minimum of four hours, and
gas samples for eight hours. At the other reactors, gas and
water samples were taken once per hour, and counted for 25
minutes to provide good counting statistics.



Gas Sampling. Each SLOWPOKE-2 reactor is equipped with a closed
sampling line and pump (5 L/min) for the measurement of any
hydrogen in the gas headspace above the reactor water. In order
to obtain a uniform, well-mixed fission gas sample before
counting, the pump was operated for ten minutes after which it
was switched off and the sample counted. At RMC, a gas sample
was obtained with a 50 mL syringe which was inserted into the
hydrogen sampling port. For the other reactors, a 40 mL gas
chamber was connected in line with the pump, and the sampling
lines were then inserted into the gas headspace to form a closed
system. The transport time from the headspace to the sample
chamber was typically less than 30 s.

Water Sampling. The SLOWPOKE-2 reactor water purification system
has a bypass loop through which one can obtain samples of reactor
container water. The pump (with a flow rate of -10 L/min), was
run for two minutes in order to clear the dead space in the
sampling line. At RMC, the water sample was obtained in an open
graduated cylinder and then decanted into a Marinelli beaker.
During this transfer, some degassing occurred. As such, the
sampling procedure was modified for the U of T, EP and KIPF
experiments with the use of a sealed, pressurized sample chamber
(40 mL) connected in line with the sampling port.

Experiment Description

A brief summary of the operating parameters for each experiment
is given in Table 2. The reactor in each experiment was run
continuously at one-quarter power, producing a flux of 2.5 x 1011

neutrons/cm2/s for approximately 100 h to allow most of the
long-lived fission products to reach equilibrium in the reactor.
The reactor was operated at this low power to maintain an excess
reactivity. The radiation alarm monitor levels were recorded
throughout the week so that these levels could be correlated with
the fission product inventory in the reactor water.

EXPERIMENTAL RESULTS AND ANALYSIS

Concentration Calculation

The concentration in the reactor medium (water or gas) of a given
isotope as a function of time can be calculated from the gamma
spectra. In this calculation, the area of the peak of interest
is evaluated with the MicroSAMPO analysis program [5] with the
use of an energy calibration file, the detector efficiency and a
shape calibration of the expected photo-peaks. The peak-search
algorithm in MicroSAMPO will search for all peaks of a height
which is greater than or equal to a specified number of standard
deviations (sigma) of the Compton background. Typical peaks
observed in the fission-product spectra were greater than 10
sigma as required for quantitative determination [6]. The count
rate for the peak (gamma/s) was incorporated into a Microsoft
Excel spreadsheet where the activity concentration of the isotope



Table 2: Summary of SL0WP0KE-2 Fission Product Experiments

Reactor

RMC

U of T

EP

KIPF

Date of
Experiment

5-9 Nov 90

26-30 Nov 90

20-21 Hay 91

25 Feb - 1 Mar 91

9 - 11 Apr 91

13-17 Hay 91

Test Description

Constant operation
at 1/4 power

Constant operation
at 1/4 power

Transport time
calculation at 1/4
power;
Transport time and
operation at full
power.

Transport time
calculation;
steady operation at
1/4 power;
Power ramp at end
of test.

Transport time
calculation;
Power ramp at 1/4,
1/2, 3/4, and full
power.

Constant operation
at 1/4 power;
Water sanpling at
various heights in
container (1-4 m)
at end of test.

Reactor
Power
(kW)

5

5

5

20

5

5

5
10
20

5

5
10
15
20

5

5

Radiation Monitor Levels (mfi/h)

Reactor

N/A

8 - 10

N/A

40-100
(level

recalibrated
in Mar 91)

N/A

2 - 3

2 - 3
6

8 - 20

0.4 • 0.6

0.6 - 1.0
2 - 4
N/A
2 -6

0.8 - 1.5

0.8 - 1.5

Deionizer
(prestart-up)

N/A

N/A

N/A

N/A

4 - 6

2 - 4

4 - 6

Area

N/A

0.08

N/A

0.08 - 0.1

N/A

0.05 - 0.1

0.05 - 0.1
0.06 - 0.1
0.1 - 0.2

0.4

0.2 - 0.4
0.4 - 0.6

N/A
1 - 2

0.4 • 0.6

0.4 - 0.6

Coolant
Outlet

Temp (°C)

N/A

28 - 33

N/A

40 • 45

27

27 - 34

27 - 34
35 - 42
51 - 54

24 • 28

29 - 32
36 - 41
45 - 47
40 - 46

28 - 39

39

Coolant
pH

N/A

N/A

N/A

N/A

N/A

N/A

N/A
N/A
N/A
N/A

5.5 - 6

N/A: Not Available



was calculated given the absolute gamma ray abundance, the time lag
between the collection and measurement of the sample, and the
counting time.

A l i s t of activation and fission products observed in the reactor
container water and gas headspace at the U of T reactor are given
in Table 3. These isotopes are typical of those observed at the
other HEU reactors.

Table 3

Observed Radionuclides at the U of T Reactor

A. Reactor Container Water

Fission Products
Noble Gases:

Halogens:
Alkali Metals:
Alkaline Earth:
Noble Metals:
Rare Earths:

Kr-85m, -87, -88, -89
Xe-133, -133m, -135, -135m, -137, 138
1-131, -132, -133, -134, -135
Rb-88, -89, Cs-138
Sr-91, Ba-140
Mo-99, Tc-99m
Y-91m, La-140, -142,
Ce-141, -143, Nb-95, Zr-95

Activation Products
Noble Gases: Ar-41
Alkali Metals: Na-24
Actinides: Np-239, U-239

B. Gas Headspace(a>

Fission Products
Noble Gases: Kr-85m, -87, -88, -89, -90

Xe-133, -133m, -135, -135m, -137, 138
Alkali Metals: Rb-88, -89, Cs-138

Activation Products
Noble Gases: Ar-41

C. Deionizer Column(b>

Halogens: 1-131
Alkali Metals: Cs-137
Alkaline Earth: Ba-140
Rare Earths: La-140, Nb-95, Zr-95

(a) The alkali metals are present in the sample vial as a result of the
radioactive decay of the noble gas species.

(b) From a previous gamma spectroscopy analysis [7].



The most significant difference between the various reactors is
the absolute activity concentrations of the reactor water and gas
as shown in Table 4. This table gives the absolute activity

Table 4

133Xe Concentration in the Reactor Container Water
and Gas Headspace (5 kW)

Reactor

RMC

KIPF

EP

U of T

Xe-133 Concentration1"'
(MBq/L)

Water

1.9 x 10"5

0.08

0.68

1.4

Gas

1.4 x 10"5

0.06

0.34

2.5

Time After
Start-up (h)

92

72

72

72

(a) The typical error is less than 10%.

concentration of 133Xe after continuous reactor operation at
one-quarter power. The activity at the LEU reactor (RMC), is at
least three orders of magnitude less than that observed at the
other HEU reactors. The fission products observed at RMC are
most likely due to surface contamination from the original
uranium traces deposited on the fuel pin external surfaces during
fuel fabrication [8,9].

Transport Time Estimate

There is a delay between the creation of fission products in the
core and their uptake at the sampling port. During this time,
the activity of the short-lived fission products will have
decayed. The transport time was therefore estimated by rapidly
sampling the coolant at the start of a given experiment (i.e.
every three minutes) and noting the time lag between the point at
which the reactor had reached power and the first occurrence of
the short-lived isotope, I38Xe. (The reactor would generally
reach the flux set point in one to two minutes.) Typical values
obtained with this method for the various reactors ranged from
about three to fourteen minutes, e.g. for the following analysis
the transport time is taken to be six minutes at U of T and KIPF,
and fourteen minutes at EP.

Release Rate Calculation

In order to determine the mechanism of release from the core, the
release rate can be determined for the noble gas fission
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products. Based on mass balance considerations in the closed
reactor container, the release rates of fission gases from the
fuel into the water (Rfw) , and from the water into the gas
headspace (R^) , can be calculated from the activity
concentration data [7]. The net rate of change of the number of
atoms with respect to time of a given radioactive isotope in the
water (Nw) is

dNw/dt = R£w - XNW - Rwg (1)

where A. is the radioactive decay constant (s"1) . Similarly, the
mass balance for the inventory in the gas headspace (Ng) is

dNg/dt = Rwg - ANg . (2)

These inventories are related to the measured activity
concentrations (C) as:

C = XN/V , (3)

where V is the given volume of water above the core (1380 L) or
the volume of the gas headspace (108 L) [2]. Hence, using the
above relation, Eqs. (1) and (2) can be rewritten as

Rfw - Rw8 = Vw {(l/A)dCw/dt + C) (4)

K6 = Vg {(l/A)dCg/dt + Cg} . (5)

In general, for the noble gas isotopes, the release rates from
the fuel to the water (Rfw) are much greater than those from the
water to the gas headspace (R^), i . e . R£w » Rwg [10] • In th is
case, Eqs. (4) and (5) can be decoupled such that

Rfw = Vw {(l/X)dCv/dt + Cw> ,

which can be equivalently written as:

dCB/dt = ARfw/Vw -AC,. (6)

If Rfw i s relatively constant over the course of the experiment,
the solution of Eq. (6) i s given by

C(t) = (Rfw/VJ (1 - exp{-Xt}) + Co exp{-At}, (7)

where Co is the initial (measured) concentration in the water at
the start of the experiment.

Equation (7) was fit to the measured concentration data, using a
Marquardt-Levenberg algorithm [11] where Rfw was the single
fitting parameter (see Figure 3). For isotopes with relatively
long-lived precursors (e.g. 133Xe and 135Xe), Equation (7) was
generalized to account for precursor effects in the container
water.
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Concentration of Kr-88 in U of T Reactor
Container Water - November 1990 (196 IceV)
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Figure 3

The concentration of Kr-88 at the U of T reactor.

MODEL DEVELOPMENT

When a fission fragment is created from the splitting of a 235U
nucleus, it is highly energetic (average kinetic energy of about
80 MeV) and can therefore travel a finite range before coming to
rest in the uranium aluminide fuel meat where it would normally
be contained. If, however, the fission product is created near
the surface of some exposed portion of the fuel (such as at the
uranium-bearing end weld line), it can be ejected directly into
the surrounding coolant. Such a release can therefore occur by
direct fission recoil. Alternatively, a fission fragment created
deep inside the fuel will lose its kinetic energy, following
which it may slowly migrate or diffuse through the fuel matrix
and escape once it reaches the exposed surface.

Since recoil release is an instantaneous process, the release
rate (RfK) (in atoms/s) from the fuel pin into the coolant is
independent of the half-life of the fission product so that [8]:

(8)

where As/V - ratio of the exposed fuel surface to the total
fuel pin volume (m"1)
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fi = average fission-rfragment range in the fuel (m)
Y = fission yield for a given radionuclide

(atoms/fission)
F = fission rate per rod (fissions/s).

On the other hand, for a diffusion process, the release rate
(Rfw) will depend on the half-life of the isotope [12]

(Rf«/Y)dif = (AS/S) 3(Df'/A)
1/2F , (9)

where AS/S = fractional surface area of fuel exposed to the
coolant per rod

Df' = effective diffusion coefficient for fission
products in the fuel (s"1)

X = radioactive decay constant (s'1) .

For example, a diffusion model has been employed in the STARS fuel
performance code for the prediction of fission gas release in metal
fuels [13]. At lower fuel temperatures, re-solution back into the
fuel matrix will dominate so that if any gas bubbles are formed
they will remain small, and gas release will therefore depend more
on the behaviour of single gas atoms rather than on bubbles
[13,14].

If both diffusion and recoil are important, Eqs. (8) and (9)
yield

Rfw/Y = n{(Rfw/Y)dif + (Rfw/Y)rec> = ar
1'2 + c , (10)

where n is equal to the number of defective fuel pins, c =
^M(AS/V)(nF) and a = 3 (AS/S) • (D£

f )1/2 (nF) . The model in Eq. (10)
has been fit to the measured release rate data in Figure 4. The
meaured values of the short-lived isotopes have been corrected
for radioactive decay during transport from the reactor core to
the sampling port [10]. The fitting parameters (a and c) are
listed in Table 5 for the HEU reactors. A relatively flat line
in Figure 4 indicates that recoil is a dominant release mechanism
for the short-lived isotopes.

Dependence of Release on Reactor Power

An alternate method for determining the mechanism of release is
to investigate the dependence of the release rate (Rfw) as a
function of the fission rate (F) (i.e. reactor power). As seen
in Eq. (8) for a recoil process, the release rate varies linearly
with the fission rate. On the other hand, fission products can
also migrate by solid state diffusion at low fuel temperatures.
Radiation-enhanced diffusion rates have been observed at these
low temperatures due to the creation of defects in the solid
lattice by fission fragments [15]. In this particular case, the
diffusion coefficient (D£*) is proportional to the fission rate.
Hence, inspection of Eq. (9) reveals that the release rate should
vary as F3/ . At higher fuel temperatures, the diffusion
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Table 5

Fitting Parameters of Fission Product Release Model(a)

(a)
(b)

Reactor

U of T

EP

KIPF

a

6

4

7

Fitting Parameters(b)

(fissions/s1'2)

3

5

2

x 107 ± 25%

x 107 ± 22%

x 106 ± 44%

c (fission/s)

2.0 x 1010 ±

7.7 x 109 ±

3.3 x 109 ±

17%

23%

22%

Errors are quoted to one standard deviation.
See Equation 10.
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Figure 4

versus X plot for three HEU fuelled reactors.
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coefficient will vary as an Arrhenius function of temperature,
implying a stronger dependence on the reactor power [16].

For this investigation, the isotope, 138Xe, was selected for
monitoring since its half-life is sufficiently short to allow it
to reach equilibrium conditions quickly at each power level. A
linear variation of the release rate of 138Xe (corrected for decay
during transport) with reactor power is shown in Figure 5.
Similar results were also observed for the other reactors. This
dependence is indicative of a recoil release process.

5 10 15

Reactor Power (kW)

Figure 5

Release Rate of 138Xe (fuel-to-water) at KIPF reactor as a
function of reactor power.

In summary, recoil is an important release process from the fuel
as evidenced by:

i) the (RfW/Y) versus A plots show a dominant recoil
release component for the shorter-lived isotopes;

ii) the release rate of 138Xe is linear with rsactor power;

iii) the concentration model in Figure 4 assumes a constant
rate of release that is consistent with a recoil
process.
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FUEL-SURFACE EXPOSURE

The average fuel exposure per pin can be determined by employing
the recoil model in Eq. (8), where for a cylindrical pin of
radius r and length £:

Rfw/Y = Fc/(7rrz€) = c . (11)

Assuming that all pins are contributing to the release, Fc (=nF)
can be estimated from the average fission rate for the core. If
the reactor is operating at 5 JcW, and each fission event
liberates 200 MeV of energy, then Fc = 1.56 x 10" fissions/s.
The range (/i) of the noble gas precursors [17] in the uranium
aluminide fuel is calculated to be -13 /xm using the individual
ion ranges and the Bragg combining law for the compound [18,19].
Using the fuel pin dimensions in Table 1, and the values of c in
Table 5, the fuel exposure AS (per pin) can be determined from
Eq. (11). As seen in Figure 6, the exposed area has been
increasing with the accumulated flux-hours. The increase in the
fission-product release is associated with the core burnup rather
than the physical age of the reactor; the higher burnup U of T
reactor has radiation levels approximately one order of magnitude
greater than those at the University of Alberta (U of A) reactor
even though both cores were commissioned at about the same time.

100

10

[

UofT

o REACTOR WOfnTO* U V E t .

nmncc Aim
0 FISSION PMOUCT REUASE

D iirrAuociuriiic BUM •

100

8.0 12.0

ACCUMULATED FLUX-HOURS (HO n e u t r o n t / c m • - h )

Figure 6

Increasing exposed fuel and alarm levels with burnup for U of T,
EP and KIPF reactors.
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The curve in Figure 6 also correlates well with the reactor alarm
monitor levels given in Table 2 for the various reactors. Hence,
the monitor levels serve as an indication of the "normal"
progression of the fission product release and exposed fuel surface
area.

The curve can be extrapolated back to zero burnup to determine the
amount of fuel exposure for the unirradiated fuel pins. This
implies that an average pin in Figure 1 would have -10 mm2 of fuel
exposure. This value can be compared to a meta11ographic
examination of archive fuel elements [20]. A band is seen at the
end weld line of the fuel pin (Figure 7) after excess uranium-
bearing material had been removed by machining. Based on the
metallographic examination, the average exposed surface of each
unirradiated fuel pin is estimated to be 4.0 mm2 [20]. This
value is in good agreement with that determined from the fission
product release study (10 mm2) , i.e. the metallographic examination
provides a lower-bound value since one must consider the total
surface area rather than the geometrical area due to surface
irregularities.

Line

Figure 7

Metallographic examination of an archive HEU SLOWPOKE-2
fuel pin. (Courtesy of Atomic Energy of Canada Limited)

Since the activity of the short-lived fission products have been
increasing with core burn-up, it is apparent that a larger
surface area of uranium-bearing material is being exposed to the
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coolant. For instance, corrosion at the contaminated end welds
of the fuel pins may account for the increased release. The
uniform corrosion rate of the aluminum cladding is sufficiently
small (0.76 - 1.53 nm/yr at operating temperatures) that the
cladding should remain intact throughout the core lifetime [20],
However, corrosion at the end-weld line could increase any
surface irregularity thereby exposing more uranium-bearing
material to the coolant. Unfortunately, limited data are
available on the corrosion behaviour of uranium-aluminum alloys
under conditions similar to those in the SLOWPOKE-2 reactor
[14,21], Aqueous corrosion of uranium-aluminum alloy fuel was
observed in the Advanced Test Reactor (ATR) after the formation
of a pit defect in the plate-type fuel; however, the coolant flow
and temperature of the cladding of the ATR fuel were higher than
those associated with the SLOWPOKE-2 reactor [21]. The corrosion
rate of the uranium-aluminum alloy is expected to be about two to
three times that of the aluminum cladding [20]. ,

VISUAL EXAMINATION OF THE EP CORE

A visual examination of the high burnup SLOWPOKE-2 core at EP was
performed on 24 September 1991. The core was lifted out of its
resting position so that its entire length was exposed. A remote
underwater television camera Westinghouse Model ETV 1250 with
built-in light source and right-angle viewing attachment provided
by Chalk River Laboratories (CRL), was lowered down beside the
core. Direct observation of the entire outer ring of fuel pins
and portions of some inner pins was possible.

This examination indicated that the core was in good condition
with no evidence of gross failure, or any loss of structural
integrity. The end welds of the fuel pins were visible with no
significant evidence of corrosion (although the lighting and the
resolution capability of the camera were limited). Some minor
swelling was observed at the bottom section of ten to twelve
peripheral fuel pins.

CONCLUSIONS

1. Highly enriched uranium (HEU) fuel elements for the
SLOWPOKE-2 reactors have a band of uranium-bearing material
(at the end-weld line) exposed to the coolant as a
consequence of the fuel fabrication process. This band of
exposed fuel is the initial source of fission products in
the reactor container water.

2. Fission-product activity levels have been quantitatively
measured by gamma spectroscopy methods in the reactor
container water and gas headspace of SLOWPOKE-2 reactors
fuelled with uranium alloy cores at the University of
Toronto (U of T), Ecole Polytechnique (EP) and Kanata
Isotope Production Facility (KIPF). Activity levels in the



SLOWPOKE-2 reactor at the Royal Military College (RMC)
(containing a uranium dioxide core) have also been measured.

3. The predominant radionuclides observed in the reactor
container water after approximately 100 hours of operation
at 5 kW include: the noble gases; and the alkali metals,
cesium and rubidium. These metals are produced principally
from the decay of the noble gases. Iodine and molybdenum
were also observed. Only noble gases are present in the gas
headspace of the reactor container.

4. The release of the shorter-lived noble gases from the HEU
alloy cores to the reactor container water is due
predominantly to a recoil process. Increased activity
levels with time may be attributed to corrosion of the end
weld area. The exposed surface area predicted from the
fission-product release study is consistent .with the results
of a metallographic examination of several unirradiated fuel
pins.

5. The extremely low levels of fission products measured at the
low enriched uranium (LEU) fuelled reactor at RMC are due to
tramp uranium contamination on the surface of the Zircaloy
cladding. In comparison, the 133Xe levels were five orders
of magnitude less than those measured at U of T.

6. The measured alarm monitor levels and fission-product
activities correlate with the burnup of the various HEU
reactors. The exposed fuel surface area has increased by an
order of magnitude with burnup in the U of T core.

7. An underwater visual examination of the outer fuel elements
of the EP core was performed. The core appeared to be in
good condition with no evidence of gross deterioration, or
any loss of structural integrity. No evidence of corrosion
of the cladding was observed.

8. No fission products were detected in the pool water. In
addition, the release of fission products into the reactor
container water and gas headspace pose no immediate
health or safety hazard.
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ABSTRACT

The first barrier to the release of fission products from reactor fuel
elements is the UO5 matrix. An assessment of the fraction of a particular
fission product being released from the fuel grains is necessary to assess
subsequent release mechanisms and pathways. Although the movement of fission
products within the fuel lattice is assumed to be by a concentration gradient
driven diffusion process, the modelling of this process by diffusion theory
requires some approximations to be made when applied to short-lived fission
products. This paper applies the more rigorous conditions of transport theory
to evaluate the probability of fission product release from a fuel grain as a
function of the fission product mean free path and the size of the fuel grain.

1.0 INTRODUCTION

At low temperatures, the UO3 pellets in CANDU fuel are an effective primary
containment for the fission products produced during irradiation. At elevated
temperatures (i.e., >1000°C), various physical processes cause the movement of
these fission products out of the ceramic fuel. The more important processes
include diffusion of volatile fission products either as single gas atoms or
as bubbles, growth of the fuel grains in which the moving grain boundary
accumulates fission products from the fuel matrix through which it is growing,
and direct release by recoil/knockout of fission products produced close to
exposed UO2 surfaces.

In diffusion and in grain growth, the time required to transport the fission
product from the fuel matrix to a fuel grain surface is important as it delays
the release of fission products from the fuel pellets. This is particularly
significant in assessing the release of radioactive fission products, as a
number of them will decay during the transport process and never reach the
fuel pellet surface.

The most probable distance a fission product can travel in UO2 between birth
and decay is termed the fission product's diffusion length, L. Numerically L
is equal to the square root of the ratio of the fission product's diffusion
coefficient, D, to its decay constant, X:

L = <D/X)*... (1)

The average distance a fission product travels in UO2 between birth and decay,
T, is equal to twice its diffusion length, i.e., x = 2L (see Appendix A ) .

The average distance a fission product can travel before undergoing an event
which can change its direction of travel is termed its transport mean free
path (or jump distance), [i. The diffusion coefficient, D, is related to the
transport mean free path by the classical Einstein equation,

D = (HJ/3)k... (2)

where k is the jump frequency (Reference 1).

This paper examines the modelling of the release of grain bound fission
product inventory by diffusion during steady state operation. For radio-



active fission products, it can be shown that current modelling techniques
provide an accurate approximation of fission product release by comparison to
the more exact transport theory. However, the comparison also shows that
release kinetics are independent of fission product concentration or
concentration profile and depend only on the random migration of the fission
products through the U02 lattice.

Section 2.0 defines the terms, cumulative and instantaneous fractional
release. Section 3.0 describes the current diffusional release model proposed
by Booth (Reference 1) and generalized by Kidson (Reference 2). Section 4.0
describes the transport theory approximation to the diffusion process.
Section 5.0 presents a solution to the transport equation in terms of
probabilities. Section 6.0 illustrates how the transport theory approximation
can be applied in modelling grain bound release by diffusion.

2.0 RELEASE FRACTION

2.1 V o l a t i l e , Stable Fission Products

Stable fission products do not decay during their migration from the fission
site where they are born to their escape at a fuel grain surface. In steady
state, the number of stable fission products reaching the grain surface per
unit time is exactly equal to the number of stable fission products born
within the grain volume during the same time period. The probability that a
volatile, stable fission product will be released from the fuel grain in which
it was born is unity.

The instantaneous rate of release of a volatile, stable fission product is
governed by the random migration of fission products within the fuel grain.
In steady state, the release rate, R, exactly equals the birth rate, B, of the
fission product in question (i.e., the ratio, R/B, is unity).

If the fission rate is changing with time, the birth rate and the release rate
will both change. Once another steady state is reached, R and B again become
equal.

For stable fission products, it is customary to define the release fraction,
tR, as:

f, = J R d t / J Bdt... (3)

where the integration is from time zero. Note, fR defined this way is the
cumulative release fraction.

2.2 Volatile, Radioactive Fission Products

Unlike a mobile, stable fission product which must eventually leave the fuel
grain in which it is produced, a short-lived fission product can decay before
it escapes. The shorter the fission product half-life, the more likely it is
to decay before escape.

The average concentration, N, of a radioactive fission product within a fuel
grain can be described by the simple differential equation:

dN/dt = B - kH - R... (4)

At steady state, dN/dt = 0, the equilibrium average concen-tration is given
by:

N^ = (B - R)A... (5)



Due to radioactive decay, the ratio, R/B, must be less than unity under steady
state conditions. The R/B ratio is the probability that a radioactive fission
product, born within a fuel grain, will be released from the fuel grain before
the fission product decays. The ratio, R/B, is termed the instantaneous
release fraction.

Following reactor startup to steady power, the average fission product «
concentration in the fuel grain can be found by integrating equation (4) to
yield:

N = N«, (1 - e"u) ... (6)
or
N = N«, (1 - e"-«" ''™)

where TJ4 is the half life of the fission product in question. Steady
operation for 3 to 4 half lives is sufficient to produce near equilibrium
values of both N^ and R/B.

3.0 DIFFUSION APPROXIMATION

In 1957, A.H. Booth proposed a model for the release of volatile fission
products from fuel grains (Reference 2). Booth made three important
assumptions:

Dfuel grains can be treated as spheres,
2} the fission product concentration at the surface of the fuel grain and the
concentration gradient at the grain center are zero, and
3) the differential equation for radioactive fission product concentration, C,

D v*C + B - kC = dC/dt... (7)

can be applied throughout the fuel grain volume.

The steady state solution of equation (7), for operation at constant birth
rate, can be found analytically or evaluated using standard finite difference
modelling approaches (see Appendix B). Algebraic solution of equation (7)
yields the following expression for the instantaneous release fraction during
steady operation:

R/B = 3(L/a){coth(a/L)-(L/a)}... (8)

in terms of the dimensionless quantity, diffusion length to grain radius,
(L/a).

4.0 TRANSPORT APPROXIMATION

It is common practice in neutronics calculations to augment physical
dimensions by an extrapolation distance derived from transport theory analysis
(Reference 4). This dimen-sion adjustment is required as the diffusion theory
approx-imation (i.e., equation (7)) is not accurate within three mean free
paths of a physical boundary. The extrapolation distance is defined as .
0.7lXcr, where X̂ . is the transport mean free path for neutrons.

Although neutron flux and fission product concentration are expressed in
different units, and thus, so are the cor-responding diffusion coefficients,
the transport mean free paths for both have the same significance. The
transport mean free path for neutrons, A.tr> and the transport mean free path
for fission products, u, both represent the average distance travelled before
the neutron or fission product undergoes an event which could change their
direction of travel.



By replacing the grain radius, a, in equation (8) with the augmented radius,
a' = a + 0.71^, the diffusion approx-imation in Section 3.0 can be applied to
a fuel grain greater than six mean free paths in diameter.

If the transport mean free path for fission products is small compared to
typical fuel grain diameters, then the diffusion approximation and the
transport approximation would yield essentially identical results for R/B.

5.0 MODELLING

5.1 Transport Approximation

The transport approximation is easily demonstrated using the finite difference
solution shown in Appendix B. In the diffusion approximation the
concentration is assumed zero at the physical grain surface. In the transport
approximation, the fission product concentration is extrapolated to zero at a
distance 0.71|x outside the physical boundary.

Figure 1 compares the diffusion approximation and the transport approximation
for the instantaneous release fraction, R/B, as a function of the ratio of
diffusion length to grain radius, L/a, for short-lived fission products. The
analysis assumes a typical fuel grain radius of 5 microns and a transport mean
free path of 1 micron. As can be seen, the diffusion approximation over-
predicts the release fraction by an insignificant amount even for a transport
mean free path of 1 micron.

5.2 Probability Solution to the Transport Model

An analytical expression for the instantaneous release fraction, R/B, is
derived in Appendix C based on proba-bilities. The resulting expression is:

R/B = 3e(l+e-1/e) ... (9)
+ 12eJ(e-1/e(l + 1/9) - 1)

where © is the ratio of the diffusion length to the fuel grain radius, L/a.

As shown in Figure 2, the results of equation (9) are indistinguishable from
the diffusion approximation given by equation (8). This agreement indicates
that:

Dthe transport mean free path for fission products is very small (i.e.,
negligible extrapolation distance). (The value for {t derived in Reference 1
is less than 6 A),

2)whereas the diffusion approximation uses concen-tration gradients and
diffusion coefficients, the transport solution (equation (9)) uses only the
diffusion coefficient. Therefore, the release of fission products is
adequately described by a random walk analysis (Appendix C) of a fission
product gas, and

3)the release fraction of a fission product (ignoring chemical effects) is not
influenced by the presence of other fission product gases in the diffusing
media.

At low temperature or for fission products with very short half-lives, the
diffusion length is very small. Under such condition where © is much less
than unity, equation (9) reduces to:

R/B = 3©. . . (10)



which is identical to the fractional release by recoil derived by Wise
(Reference 5) and by Lewis (Reference 6).

6.0 MODEL APPLICATION

Figure 3 illustrates the steady state release fraction for 1-131 (half-life
equals 8 days) and Kr-87 (half-life equals 1.27 hours) from a 10 micron
diameter spherical fuel grain using a typical diffusion coefficient for
thermally activated diffusion given by the expression:

D = 7.6x10-'° e-3"50/T.. . (11)

where D is in m2/s and the temperature, T, is in Kelvin.

Although equations (8) and (9) were derived from steady state considerations,
release during transients can be approximated by coupling the results of
equation (4) with equation (9). For example, during an initial rise to power,
the average fission product concentration is given by equation (6). The
instantaneous release fraction, R/B, during the transient can be represented
by the expression:

R/B = p(O) N ^ U - e"u) / N«,... (12)
or
R/B = p(0) (1 - e"u)

as p(©) is the release probability under isothermal conditions for the fission
product average concentration based only on uniform birth rate throughout the
fuel grain volume.
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APPENDIX A

Calculation of T

Following Reference 1, considering an isotropic point source emitting S short-
lived fission products per second in an infinite medium. Except at the
origin, the steady-statu diffusion equation is

^C - C/L2 = 0 ... A.I

where spherical symmetry has been assumed. At any radius, r,

4nr!(-D dC/dr) = S e"r/L ... A.2

where the term e"r/L allows for the attenuation of the source fission products
by decay. Imposing equation (A.2), with C remaining finite as r becomes
infinite, yields the solution

C = (S/4reD) (e"r'L)/r ... A.3

The number of atoms, dc, which decay per second in a spherical shell of volume
dV = 4Jtr2 dr located between r and r+dr is therefore

dC = X.CdV = (S/L2) re"r'L dr ... A.4

The probability, p(r)dr, that a fission product emitted by the source decays
in dr is just dC/S or

p(r)dr = (r/Ls) e"r/L dr ... A.5

and the probability distribution function, p{r), is

p(r) = (r/L2) e"r/L ... A.6

Using equation A. 6 as the weighting function and integrating from 0 to
infinity, the average value of r is calculated as

T = i rp(r)pr / jp(r)dr = 2L ... A.7

APPENDIX B

A Finite Difference Approximation for Concentration Driven Diffusion

If the spherical fuel grain is represented by a series of concentric, equal
thickness shells, then the steady state diffusion equation:

D v'C + B - kC = 0 ... B.I

can be written as

D(C. - C)S./&r + D(C. - C)S./Ar ... B.2
+ (B-XC)V = 0

where D is the diffusion coefficient,
C is the fission product concentration on the current shell surface,
C_,C4 are the fission product concentrations on the surface of the

previous and next shell respectively,
S.,S. are the surface areas of spheres passing midway between C. and C,

and C and C. respectively,
&r is the shell thickness,
B is the fission product birth rate,
X is the fission product decay constant, and
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V is the volume between S. and S,.

By rearranging and collecting like terms, equation B.2 can be re-written as:

aC. + bC. - e C + f = 0 ...B.3

where a = DS./Ar
b = DS./Ar
e = a. + b + X.V, and
f = BV

Assuming the recursive relation:

C = uC. + p . . . B. 4

and substituting it in equation A.4 for C_, the further recursive
relationships:

u = b/(e - au.) ... B.5
p = (f + p.)/(e - au.)

for the coupling coefficients can be developed (u = 0 and p = (f/e) at the
fuel grain center).

For the diffusion approximation, the concentration on the surface of the last
shell is set to zero. The concentration on the surface of the other shells is
found by applying equation B.4 recursively from the outer to inner shell.

For the transport approximation, the same procedure is used except that an
additional shell of thickness 0.71fi, the extrapolation distance, and having
zero birth rate, is added to the model of the fuel grain.

APPENDIX C

Escape Probability of Radioactive Fission Products from a Spherical Fuel Grain

A radioactive fission product has a diffusion length given by the expression:

L = (DA)" ... C.I

where D is the diffusion coefficient of the fission product, and
k is the fission product's decay constant.

The average distance of travel is designated t where X = 2L.

If the fuel grain (sphere A in Figure C.I) has an equivalent sphere radius R,
then the probability density that it will arrive on the surface of a sphere B
with radius b, with origin at radius r, before it decays, is given by the
expressions:

P(r,b) = 0, sphere B inside sphere A ... C.2
= <l+r/(2b)+b/(2r)-R2/(2br))/2,

sphere B intersecting sphere A
= 1, otherwise

The value of r is random within the fuel grain volume. Integrating over the
grain volume yields the probability function:

P(b) = 3(b/R-(b/R)3/12)/4 for b<2R ... C.3
= 1 for b22R



The value of b obeys the probability density function given by:

P(b,x) = (b/x2) e"b/t ... C.4

Setting (T/(2R)) to 6 and integrating b over the range 0 to infinity yields
the escape probability as:

P = 36(1 + e"1/e) . . . B.5
+ 12eJ(e"1/e(l + 1/6} - 1)

The escape probability is a unique function of the mean free path and the
equivalent sphere diameter.
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Figure 1
The probability of a short-lived fission product escaping from a spherical

fuel grain. The solid line represents the diffusion theory evaluation of the
escape probability. The dashed line represents the transport approximation.
A grain radius of 5 microns and a transport mean free path of 1 micron are

assumed.
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Figure 2
The probability of a short-lived fission product escaping from a spherical
fuel grain. The solid line represents the diffusion theory model and the

symbols are derived from probability analysis.
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Figure 3
The release fraction (or escape probability) of 1-131 and Kr-87 from a

spherical fuel grain as a function of temperature calculated for thermally
activated diffusion.

Figure C.1
Geometry for probability analysis.
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ABSTRACT

CANDU fuel elements can fail by stress corrosion
cracking (SCC) of the Zircaloy-4 cladding during power
ramps. Such failures result from the combined actions
of stress concentrations and corrosive fission products.
To combat the problem the CANLUB graphite coating
was developed to reduce the operating stresses in the
cladding below the critical level for SCC. However, it
became evident that the observed beneficial effects of
CANLUB coatings on fuel performance stemmed
primarily from the interaction of the coating with
fission products, rather than from lubrication of the
fuel-claddinginterface. Therefore the coating must interact
with corrosive species, either physically (as a barrier) or
chemically. It was concluded, however, that the graphite
coating is porous and ineffective as a barrier. Hence its
effectivenessin preventing SCC must result from chemical
interaction with the corrosive species.

Because of the interest in enhancing the reliability of
CANDU reactors and in using enriched UO2 fuel, it is
important to understand the chemistry of the interaction
of the graphite in the CANLUB coating with fission
products. It was first suggested by the authors that carbon
could form compounds such as Zrglj^C at reactor
temperatures, and it was suggested that these compounds
could immobilize corrosive iodine species (4). Unlike iodine
and iodides, ZrJJD-type compounds art relatively stable.
Detecting ZrJjjC compounds in spent fuel bundles proved
to be very difficult, but X-ray photoelectron spectroscopy
(XPS) has shown that minute quantities of stable metal
iodide(s) (probably CsZrJjO-type compounds)were present
on inter-pellet graphite discs from an irradiated fuel
element. This was the first indication that fission-
product iodine can be immobilized through its chemical
interaction with CANLUB graphite. This paper gives an
overview of the latest results on CANLUB development

1.0 INTRODUCTION

The CANLUB coating was originally developed to
lubricate the fuel-cladding interface, reduce the
operating stresses in the cladding, and so reduce the
potential for stress corrosion cracking (SCC). It is
now known that the lubricating effect is insufficient
to account for the observed improvement in

performance (1). Therefore, it is evident that
CANLUB must also reduce the aggressiveness of
potential corrodents. This reduction in corrosivity
would be possible as a result of either the coating
acting as a diffusional barrier, or by some chemical
interaction between the coating and the corrodents.

The diffusional barrier scenario is now considered
unlikely since post-irradiation examinations have shown
that coatings are often not uniformly adherent
following irradiation. Furthermore, diffusion
coefficients for the relevant species are too large for
the diffusion barrier concept to be a viable protection
mechanism - even after irradiation, which appears to
reduce the diffusion coefficient of I and Cs in graphite
(2,3).

Earlier studies at CRL suggested that the formation of
carbon-iodine complexes was possible, but the structure
of the compounds was unknown.

The possible roles of CANLUB graphite coatings on
Zircaloy-4 in preventing fission-product-induced SCC at
-325 *C have been reviewed recently (4). This review
indicated possible mechanisms to explain the chemical
attack of both the c'aA*ing and the protective oxkis
layer, and identified several mechanisms by which
carbon could trap iodine. The most abundant iodine
species in the fuel-cladding gap (as suggested by the
review) is CsL rather than I2. Csl can react with
Z1O2 to yield ZrL, through the reaction:

4CsI + 3ZrO2 •* 2CS2ZTO3 + ZrL; (1)

Zirconium iodides are known to produce rapid
stress-corrosion cracking of Zircaloy (5, 6). In order
for a thin layer of graphite to fninimiw. SCC, the
graphite must interact chemically with the species
causing the cracking, in this case ZrL;. Several new
zirconium-iodine compounds have recently been
synthesized at 850*C (7). All of these compounds are
structurally related to Zrgl^ clusters. These cluster
compounds are stabilized by common impurities such as
B, AL C, Si, Ge and P, because of the additional
electrons contributed by the impurity atom. The
following chemical equations summarize the formation
of (Cs)ZrxIyC from Zr, ZrL;, Csl and CANLUB:



3Zr + 3Zrl4 + C ••

5Zr + 7Zrt4 + 2C - 2Zx£uC

llZr + 13ZrL; + 4C + 4CsI -»

Experiments to identify the Zs£xC compound in
irradiated fuel elements are critical for the
determination of the fuel-sheath protection mechanism
afforded by CANLUB. In the work reported here,
selected samples of inter-pellet graphite discs from
irradiated fuel elements (EXP-NPD-44) have been
characterized by X-ray photoelectron spectroscopy
(XPS). The chemical nature of iodine deposited on
the irradiated graphite disc surface has been determined
by correlating the Zr3d, I3d and Cls photoelectron
binding energies (BEs) with those obtained from a
well-characterized Zrgl^C standard.

2.0

2.1

EXPERIMENTAL

Synthesis of Zi>J17C

Reactor-grade Zircaloy-4, DAG-154 (from Acheson
Colliods of Brentford, Ontario) and reagent-grade ZrL,
powder (from Alfa) were used. Both the Zircaloy-4
and ZrL; were used in the as-received condition, while
the DAG-154 was passed through Zircaloy-4 tubing and
then cured at 320*C for two hours in vacuum (10'3

torr) and cooled overnight in vacuum. These
procedures were used to minimize the amount of
moisture, organic solvents and entrapped gases in the
graphite coating.

Because Zrl4 is air- and moisture-sensitive, these
compounds were handled in a dry box. Purified
low-oxygen nitrogen served as an adequate working
atmosphere. The nitrogen was passed over activated
Linde Molecular Sieves to maintain an acceptably low
moisture level.

All reactions were carried out in Zircaloy-4 tubes
sealed by TIG (Tungsten Inert Gas) welding in helium
or argon, or by R/MF (Resistance/Magnetic-Force)
welding in high vacuum or carbon dioxide. Finally, the
welded containers had to be placed in sealed quartz
tubes under vacuum to protect them from attack by
the ambient atmosphere at high temperatures, unless
vacuum furnaces at noble-gas-filled furnaces were used.

The Z r ^ C crystals were synthesized using 400 mg
ZrL; and excess Zr (-10 g cladding) in an Ar-fOIed
Zr-4 tube heated to 800*C over 14 days. Also,
samples were reacted at 320*C for -30 days with or
without ir-irradiation in different environments. The
test conditions are summarized in Table 1.
Temperature was measured with thermocouples strapped
to the outside of the quartz tubing.

(2) TABLE 1: EXPERIMENTAL CONDITIONS FO
THE SYNTHESIS OF

(3)

(4)

7"
7—
T— ym/ao

COj

» .

•00
320
120
320
120
320
320

tutioo
nun
14
30
30
30
30
30
10

For the 7-irradiation, the tubes were irradiated in
Ar-purged type 316L stainless steel autoclave. Th
autoclave was heated to 320 ± 2*C before bein
lowered into the Co-60 gammacelL The cumulauv
dose was calculated to be -400 Mrad.

2.2 Surface Analysis of Inter-Dellet Graohi
Discs from Irradiated Fuel Elements

Samole Preparation

Due to difficulties previously encountered of trying
analyze the small amounts of powder scraped from the
inside surface of the irradiated sheaths (DME-209 (8))
the inter-pellet graphite discs from an irradiate*
element, EXP-NPD-44 (9), were examined fo
crystallites of compounds. Inter-pellet graphite disc
were the key to a separate program to reduce fue
operating temperatures. This element contained
Aquadag ES242 sheath coating and 30 flat-ende<
pellets separated by 29 graphite docs. The elemen
had been operated at 41 kW/m in the NPD reactor
a burnup of 98 MW.h/kgU and was thei
power-ramped in NRU to 74 kW/m with a fina
buriup of 107 MW.h/kgU.

All cutting operations were performed under argoi
cooling to avoid the decomposition of the compoum
by cooling water. The discs were removed by vibratinj
a piece of sectioned element Those from the centre
region of the element were analyzed.

22.2 Analytical Techniaues

XPS: Surface composition and the chemical state
the samples were analyzed using • VG (Vacuum
Generators) ESCALAB-IL Survey and high-resolution
XPS spectra were recorded using a Mg X-ray source
(1253.60 eV) operated at 12 kV and 20 mA emission
current The hemispherical analyzer was set to a past
energy of 20 eV in constant analyzer energy mode.
The XPS spectra reported here were referenced to the
graphite Cls peak at 284.6 eV.

SEM-EDX: Morphological observations were carried
out using the JEOL JSM-840A scanning electron
microscope. An accelerating voltage of 15 or 25 kV



and a probe current of about 1010 A were used.
Chemical composition data were obtained using a
Tracor Northern (TN-5502) Energy Dispersive X-ray
Spectrometer. A high-sensitivity semiconductor electron
detector also enabled backscattered electron images to
be obtained, which were useful for topographical and
compositional observations.

XRD: The samples were examined in either a
Debye-Scherrer powder camera or a Siemens horizontal
diffractometer. The powder camera used filtered Co
K<, radiation with a wavelength of 1.79 A. The
diffractometer used monochromated Cu Kg radiation
with a wavelength of 1.54 A. Both X-ray tubes were
run at a power of about 1 kW. The powder camera
specimens were mounted inside a quartz capillary
(-0.1 mm ID) whereas the diffractometer specimens
were fixed to a glass disc with an adhesive.

3.0

3.1

RESULTS AND DISCUSSION

Synthesis of

The review (4) indicated that a possible mechanism for
protection of the cladding is the formation of crystals
of the stable compound (such as Zr6I12C). Reaction of
Zrl4 with CANLUB graphite-coated Zircaloy-4 cladding
at 800 CC produced well-facetted crystals up to -50 am
in diameter on the CANLUB surface, as shown in the
SEM micrographs, Figure la. These crystals were
positively identified as Zr^^C by X-ray diffraction.
Table 2 compares the stronger lines in the diffraction
pattern with those obtained by Guthrie and Corbett

e.aee s- s VPS • LOG 1 2 8 . .

FIGURE 1: a) SEM MICROGRAPH, AND b) EDX
SPECTRUM OF, Zr^jjC PREPARED
AT800»C

TABLE 2: STRONGER LINES IN THE X-RAY
DIFFRACTION PATTERN ANALYSIS OF
ZRgltfCFROM THE LITERATURE AND
F R O M THE 8 0 0 ° C R E A C T I O N .
INTENSITIES ARE GIVEN RELATIVE
TO THE STRONGEST LINE AT 100%.
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1
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1
5
Z
7
2

k

1
3
2
3
2
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(

•

1

1
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31.25
44.54
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52.67
53.09
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1.717
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45
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44.«0
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16

The XPS survey spectra of the crystals indicated the
presence of Zr, I, C, O, Sn, Fe and Cr, as shown in
Figure 2. The binding energies (BE) of 619.8 eV for
Ud5/2> 182.7 eV for Zr3d5y2 and 289.0 eV for Cls
indicated the I-Zr-C bonds in the crystal (Figures 5a
to 7a). An EDX analysis of the crystal (Figure lb)
also indicated the presence of Zr and L Carbon
X-rays cannot be detected because of their low energy:
they are completely absorbed by the detector window
(7.6 urn thick Be).

IW I «wrr

FIGURE 2: XPS SURVEY SPECTRUM OF
PREPARED AT 800*C "•" INDICATES
AUGER PEAKS.

For the 320 *C experiment, the Ar-filled and
7-irradiated sample exhibited a few isolated crystals,
-10 nm in diameter, having similar facets to those
formed at 800'C, as shown in Figure 3a. XRD did
not show the distinctive pattern of the cluster.
However, EDX analysis of a crystallite showed
approximately the same relative intensity of Zr and I
(Figure 3b) as found with the Z r ^ C crystals prepared
at 800*C Furthermore, 7-irradiated cladding samples
without CANLUB but containing CO2 showed a
deposit giving Zr and I peaks in EDX analysis, again
in the correct ratio for Z r ^ C These deposits- gave



an XRD pattern showing a-Zr and smaller peaks
where the two most prominent Zr^-^C cluster peaks
are expected, even though the deposit appearance was
not like that of the 800 °C crystals. In fact, crystals of
some form could always be observed in all the
experiments carried out at 320 "C with the exception of
experiment #6 (Ar filling gas, no CANLUB).

J ^ V—

FIGURE 3: a) SEM MICROGRAPH AND b) EDX
SPECTRUM OF, Z ^ n C PREPARED
AT 320*C WITH Ar As FILLING GAS
AND 7-IRRADIATED.

Although the crystals did not give the distinctive XRD
pattern and morphology of Zi^I^C formed at 800 *C,
the correct relative EDX intensity ratio for Zr/I was
observed. This ratio is important because it implies
that the crystals have more or less the same
composition as the clusters. The 800*C 2x&y£
crystals were generally unreactive toward air at room
temperature, but the 320*C crystals gradually
decomposed to a greenish-black oily deposit on
exposure to air. The above difference is probably
associated with different degrees of perfection of the
crystals, dependent at feast in part on the rate of their
growth.

In order to confirm the results and to provide
confidence in the data, a calibration standard of Zrgl^C
was obtained from the AMES Laboratory, and this was
used as a reference for XRD (Table 2), SEM
(Figure 4a) and EDX (Figure 4b). From comparison
of these spectra and micrographs with those obtained
from the tests, it can be deduced that the crystals
prepared at 320 "C (at least those with COj) and
800 *C had the correct properties.

FIGURE 4: a) SEM MICROGRAPH, AND b) ED!
SPECTRUM OF, Z r ^ C OBTAINEI
FROM THE AMES LABORATORY.

3.2 Analysis of Irradiated Discs

In the present work the chemical nature of iodin
trapped on the surface of inter-pellet discs froo
irradiated fuel has been determined by XPS to
metal iodide, probably a CsZrJyC-type compo
Figures 5a, 6a and 7a show the XPS peaks for Zr,
and C respectively, from a Zrgl^C standard. The
measured were: Zr3d5y2-182.7 eV, I3d5/r619.8 e
Cls-289.0 eV. Figures 5b and 6b show the s:
peaks obtained from the graphite discs at the Zr3d5

and I3d5^ energies, respectively. Despite the
signal-to-noise ratio, there is evidence for peaks at
expected Zr3dS/2 and I3d5y2 BEs for 1x$.\£ (afte
expanding the intensity scale considerably).

HGURE 5: XPS Tj^n SPECTRA OF: a)
COMPOUND (MAX=2364 COUNTS)
AND b) IRRADIATED GRAPHITE DISC
(MAX=84 COUNTS).



FIGURE 6: XPS B d ^ SPECTRA OF: a)
COMPOUND (MAX=2489 COUNTS),
AND b) IRRADIATED GRAPHITE
DISC (MAX = 154 COUNTS).

FIGURE 7: XPS Cls SPECTRA OF: a)
COMPOUND, AND b) IRRADIATED
GRAPHITE DISC

For the Cls peak the situation is not so clear. The
expected peak energy is 289.0 eV, but in the spectrum
from the disc one observes a low intensity shoulder at
this energy (Figure 7b). However, when the Cls
spectra of the DAG-154 graphite and the disc are
compared, as shown in Figure 8, a much longer tafl or
broader shoulder, on the high BE side of the disc, is
seen. In fact, the C-O peak in the DAG-154 graphite
is much stronger than in the disc, so the DAG-154
graphite should have a much stronger high energy
shoulder, but this is not the case. Therefore, there
must be one or more components present in the high
BE tail Possible candidates for such a high BE
(289 eV and up) for carbon could be -CO* -C-F (10)
or Z r ^ C From the survey spectrum, shown in
Figure 9, fluorine was not observed. Moreover, the

presence of -CO3 is unlikely because zirconium is a
better getter of oxygen than C within a fuel
element,and the fact that the CO peak in the
irradiated disc is smaller than the DAG-154 graphite
before irradiation suggests that graphite remains
reduced under reactor conditions.

•Uvtsn I C It
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FIGURES &XPS Cls SPECTRA OF: a) DAG-154
GRAPHITE, AND b) IRRADIATED
GRAPHITE DISC

w** 1 mmmr

FIGURES 9:XPS SURVEY SPECTRUM OF THE
IRRADIATED GRAPHITE DISC "*"
INDICATES AUGER PEAKS.

By using a peak-synthesis routine, the compound
carbon peak at 289.0 eV can be deconvoluted.
Fjgure 10 superimposes the original Cls specirum on a
synthesis of the three expected carbon peaks. The
compound carbon peak is expected to have a tow
intensity because the total iodine inventory in a
standard fuel element is only -2.6 z 1019 atoms
(ie. 4 x 10"5 moles, or -10 nag) and the photoeleciron
cross-section is much smaller for C than for Zr or L
Therefore, if the peaks for Zr and I in the disc are
already of low intensity, the carbon peak must have a
lower intensity stSL



FIGURE 10:XPS C l s SPECTRUM OF THE
IRRADIATED GRAPHITE DISC WITH
PEAK-SYNTHESIZE ROUTINE.

XRD, SEM and EDX were also used to identify the
Zrgl^C compound on the irradiated discs. However,
because of difficulties in crushing the discs finely
enough to go into the capillary tube, only a small
amount of material could be sampled before the tube
was blocked. Therefore, XRD was able to indicate
only the presence of graphite. The surface of the
irradiated discs was dean except for small UOX pieces
sticking on the surface, and there was no evidence of
ZrgljjC crystals on the surface. Contamination of the
surface by ZrO2 as a result of cutting was not a
problem, because particles of ZrOj were not observed
on the SEM micrographs, and EDX microanalysis did
not find any Zr signal The EDX survey indicated
only the presence of Si, d U, Ba, Fe, Ni and Cu; no
evidence of Cs, I or Zr was noted.

XPS is surface-sensitive and can analyze the top 2-10
atom layers of a surface (-30 A). XRD and EDX
provide more of a bulk analysis, having a sampling
depth of -2-3 *tm and - 1 /xm, respectively. Therefore
the observed difference in results from each of these
techniques indicates that both the I and Zr are mostly
trapped within the top few atom layers of the discs.
This observation seems to be contradicted by the
previous result that a thicker CANLUB coating offered
better protection from SCC (11). However, the
standard CANLUB coating certainly has different
physical properties and porosity from those of the
graphite discs. In order to, clarify this issue, much
higher bum-up elements (with graphite coating) have
been aaanmrA, and the result will be reported in the
"Third International Conference on CANDU Fuel".

The irradiated discs were examined by XPS without
cooling by liquid nitrogen. Since many iodine
compounds are either hygroscopic or deliquescent, and

have high vapour pressures, the observed success
recording the XPS iodine spectrum without s]
sample transport or storage and cooling suggests
the iodide that was found in the graphite discs
stable. After leaving the discs exposed to ultra-h-,̂
vacuum for five days at room temperature, the Zr3d5
Hdg/2 and Cls spectra remained unchanged, a furtha
indication that the iodine deposits are not volatile o
unstable under those conditions. Zrls compounds an
not stable in air and no polymeric (Zrl2)n surface
structure was observed by SEM. The oxidation stab
of Zr on these surfaces is +4, and the observed
are definitely not due to ZrOj formed during e „
There is some evidence that a carbon peak a
289.0 eV is present, and the BE of Zr and I in tbx
discs is equal to those in the Z r ^ C standard. Finally
iodine is stable or trapped on the surface along witl
Zr and C Therefore, the compound that has beei
observed on the surface of the irradiated disc is i
metal iodide; most probably a Cs(ZrxIyC)-typ<
compound.

4.

(i)

(ii)

(iii)

(iv)

CONCLUSIONS

Formation of the cluster compoum
ZrgljjC has been achieved at 800*C
positively identified by X-ray diffractioaj
Also the cluster compound is believed
be formed at 320»C

Some evidence has been found that CO2
and Y-irradiation increase Zr«I12C
formation.

The observation that well-facetted crystals
of Zr6I12Cwcre evenly distributed on the
Zircaloy-4 tube surfaces suggests that
Zr^gC cluster formation is a gas-phase
reaction.

The chemical state of iodine deposited on]
the surface of inter-pellet graphite discs in I
an irradiated fuel element has been)
suggested by X-ray photoelectronl
spectroscopy to be a stable metal iodide,
probably Cs(ZrxIyC)-type compound.
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EXTENDED-BURNUP CANDU FUEL: DESCRIPTION OF DATABASE
AND COMPARISONS KITH CODE PREDICTIONS
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ABSTRACT

Interest in the modelling of extended-burnup CANDU fuel has been
prompted by the examination of such fuel from CANDU reactors and
the development of extended-burnup CANDU fuel for the future. A
study was done at AECL Research to compile a database on
experimental irradiations whose outer-element burnups exceed 300
MW.h/kgU. This paper describes the elements that comprise the
database and discusses analysis of fission-gas-release
measurements against experimental parameters. Fission-gas-
release measurements are also compared against predicted results
from the MOD10 and MOD11 versions of the code ELESIM.

1. INTRODUCTION

The outer elements in CANDU power reactor fuel bundles are
typically irradiated to burnups of approximately 250 MW.h/kgU
(10.4 GW.d/tU). Because of operational requirements, a few fuel
bundles have been irradiated for longer periods, resulting in
outer-element burnups up to 780 MW.h/kgU. At the NPD reactor, a
few bundles were intentionally irradiated to outer-element
burnups up to 850 MW.h/kgU. Experimental fuel bundles have been
irradiated in the NRU reactor to outer-element burnups as high as
640 MW.h/kgU.

Interest in the modelling of extended-burnup fuel, where the
burnup exceeds 300 MW.h/kgU, has been prompted by the examination
of extended-burnup fuel from CANDU reactors and the development
of higher burnup fuels for the future.

A study was recently done at AECL Research to assess and qualify
data from extended-burnup irradiations from experimental and
power reactors. As a first step in the comparison of measured
and predicted results, measured gas-release results from £ost
Irradiation Examinations (PIE) were compared to predicted gas
releases from ELESIM(1), a FORTRAN computer program that models
the behaviour of CANDU fuel under normal operating conditions.
This paper describes the extended-burnup database and discusses
the results of the comparison of code-calculated and measured
fission-product release.

'IAEA Fellow on attachment to AECL from Romania.



- 2 -

2. ELEMENT SELECTION FOR THE DATABASE

Fuel elements from 19 CANDU-type fuel bundles with outer-element
burnups greater than 300 MW.h/kgU, known power histories,
measured Fission-Gas-Release (FGR), and fabrication information
were included in the database. Outer elements were selected for
the comparison, since these generally undergo more detailed PIE
than the inner elements. Intermediate and inner elements will be
included at a later stage of the development of the database.

Because of neutron flux variations within a reactor, most bundles
experience circumferential, as well as longitudinal, flux
variations. This variation in flux causes a corresponding
variation in element burnup. Hence, to make use of measured
element burnups, it was decided to use individual elements in the
database, rather than bundles.

2.1 Bundle and Element Descriptions

Element powers, burnups, and FGR's are summarized in Table 1.
Element powers are based on the predicted element powers from
reactor-physics information.

Table 1

Summary of

DESCRIPTION

BDL-400 PY
BDL-403 PZ
BDL-411 GB

NPD-40/BDL-412 KE
NPD-40/BDL-412 KF

BDL-416 AAW
BRUCE F04857
BRUCE J24518
BRUCE J24533
BRUCE J24546
BRUCE J64703

DME-191 ELEMENT 9111
DME-195 ELEMENT 9507
DME-195 ELEMENT 9530
DME-195 ELEMENT 9549

NPD-56 DG035
NPD-56 DG063
NPD-56 DG111
NRU-229 JC

Bundle

MAXIMUM
ELEMENT
POWER
(kW/m)

63.7
61.0
72.0
70.0
68.7
70.2
49.4
23.8
50.2
50.3
40.8
53.1
56.8
60.4
60.4
36.3
32.7
34.4
60.2

and Element

AVERAGE
ELEMENT
POWER
(kW/m)

48.8
52.5
63.0
33.6
35.8
42.2
35.1
20.7
37.0
35.7
26.0
33.3
40.2
39.4
39.4
16.7
18.2
17.9
39.9

Information

FISSION-
GAS-

RELEASE
(mL @STP)

49-58
57-67
43-57
130-143
146-151
100-177
10-30
0.3-0.8
111-120

104
33-40
73
36
44
52

57-84
1-2
1-2

45-57

AVERAGE
ELEMENT
BURNUP

(MW.h/kgU)

403
366
299
366
398
640
547
462
778
761
442
702
417
532
532
806
832
848
643



BDL-400 Bundle PY & BDL-403 Bundle PZ. These two bundles were
36-element, prototype BLW-PB (Boiling Light Water Plutonium
Burner) bundles irradiated in NRU. Both were graded U02 enriched
bundles with an enrichment of 1.8 wt% U-235 for the 18 outer
elements, and 3.0 wt% U-235 for the twelve intermediate and six
inner elements. Pellet density was 10.60 Mg/m3. The pellets
were clad in Zr-2.5 wt% Nb sheaths, containing a CANLUB DAG-154
coating on the inside surface. The bundles were irradiated under
conditions typical of present CANDU reactor designs. Boiling
light-water coolant was not used.

BDL-411 Bundle GB. This bundle was a Gentilly-II prototype. It
consisted of Zircaloy-4 sheathed pellets enriched to 1.7 wt% U-
235 with a UO2 pellet density of approximately 10.64 Mg/m

3. The
sheaths were coated with a thick, 6-13 urn, AQUADAG ES-242 CANLUB
coating. Alternate outer elements contained graphite plenums to
limit the internal pressure to within 10% of the coolant
pressure. The other outer elements contained no plenums and
reached an estimated internal pressure of about 1.6 times the
coolant pressure.

The chemical burnup for this bundle's outer elements averaged 299
MW.h/kgU, which is at the borderline between normal and extended-
burnup fuel. However, it was decided to include this bundle in
the database because of the amount of available information, and
the chemical burnups of some elements exceeded 300 MW.h/kgU.

NPD-40/BDL-412 Bundles KE and KF. These bundles were part of an
experiment that started in the NPD reactor and ended in the NRU
reactor. The bundles consisted of 19 elements fueled with
(U,Pu)O2 or MOX (Mixed oxide) pellets with an enrichment of 3.0
wt% Pu and a density of 10.19 Mg/m3. The pellets were clad in a
0.65 mm thick Zircaloy-4 sheath, containing a CANLUB graphite
layer on the inner surface. All elements contained Zircaloy-4
plenum inserts.

BDL-416 Bundle AAW. The bundle contained 1.7 wt% U-235 enriched
U02 fuel with various combinations of double- and single-dished
pellets sheathed in Zircaloy-4, containing a DAG-154 graphite
CANLUB coating on the inner surface. Pellet density was 10.55
Mg/m3.

Bruce Bundle F04857. This bundle had a predicted outer element
burnup of approximately 507 MW.h/kgU, and was discharged from
Bruce NGS Unit 1. Density of the natural U02 pellets was 10.60
Mg/m3. Twelve chemical burnup samples were taken from four outer
elements at the top, mid-plane, and bottom pellet locations.
There is considerable axial variation in the burnup of the fuel
pellets for each of these elements, as well as variations between
elements.

Bruce Bundle J24518. Bundle J24518 was irradiated in Bruce NGS-A
Unit and discharged with a predicted outer-element burnup of 415
MW.h/kgU in 1983 April. Density of the natural U02 pellets was
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10.59 Mg/m3. Because of the low bundle power (predicted outer
element linear powers of approximately 20 kW/m), FGR's from the
elements were very low (less than 2 mL).

Bruce Bundle J24 533. Bundle J24533 was irradiated in Bruce NGS-A
and discharged with a predicted outer-element burnup of
approximately 700 MW.h/kgU in 1983 April. Density of the natural
U02 pellets was 10.59 Mg/m

3.

Bruce Bundle J24546. Bundle J24546 was irradiated in Bruce NGS-A
and discharged with a predicted outer-element burnup of 690
MW.h/kgU in 1983 April. Density of the natural U02 pellets was
10.59 Mg/m3.

Bruce Bundle J64703. This bundle was discharged from Bruce NGS-
A, Unit 3 in 1986 November. It had a predicted outer-element
burnup of 430 MW.h/kgU. Density of the natural UO2 pellets was
10.74 Mg/m3.

DME-191 Element 9111. DME stands for Demountable Element. The
elements consisted of U02 pellets enriched to 1.38 wt% U-225 with
a density of 10.67 Mg/m3. The inside surfaces of the sheaths
used were coated with siloxane CANLUB coatings with various
thicknesses, and had different Zircaloy substrate treatments.

DME-195 Elements 9507. 9530. & 9549. Elements consisted of U02
pellets enriched to 1.38 wt% U-235 with a density of 10.52 Mg/m3.
The inside surfaces of the sheaths used were coated with standard
siloxane CANLUB coatings. Element 9507 had a different
irradiation history than elements 9530 and 9549, which had the
same irradiation history.

NPD-56. The NPD-56 experiment consisted of 10 production
bundles, fueled with UO2 with an enrichment of 1.4 wt% U-235.
Pellet density was 10.57 Mg/m3. These bundles were used as
driver fuel in the NPD reactor to compensate for the loss of
reactivity caused by cobalt bundles. The elements had an outside
diameter of 15.22 mm and were clad in Zircaloy 4. Spacing and
pressure tube clearance were maintained by wire wraps of 1.25 mm
and 1.68 mm diameter, respectively. Specific information on
three bundles from this experiment is given below.

Bundle DG035. This bundle was power-ramped in the NRU
reactor after irradiation in NPD. Its estimated outer
element burnup is 829 MW.h/kgU.

Bundles DG063 and DG111. These bundles are similar to Bundle
DG035, except they were not power-ramped after irradiation in
NPD. Their estimated outer element burnups are 827 and 840
MW.h/kgU, respectively.

NRU-229 Bundle JC. Elements consisted of U02 pellets enriched
to 1.55 wt% U-235. Element sheaths were not coated with CANLUB.
Nominal pellet density was 10.6 Mg/m3. Its estimated outer
element burnup is 668 MW.h/kgU.
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3. FISSION-GAS-RELEASE OBSERVATIONS

FGR from UO2 fuel is affected by many parameters, two of which
are burnup and linear power, which define the power history of
the fuel. Power histories are generally categorized as steady
or quasi-constant, declining, and ramped. Typical examples of
different power histories are shown in Figures 1 to 3.

Figure 4 shows a graph of measured FGR (expressed as the
percentage of that produced) as a function of the outer-element
burnup. Percentage FGR has been used for comparison, since it
normalizes the differences between elements that have been
irradiated for differing time periods. In Figure 4, no burnup
threshold for enhanced FGR, or burnup enhancement of FGR, can be
seen for burnups up to 850 MW.h/kgU. This observation is
supported in the literature (2,3). The scatter in the results
of Figure 4 is due to the variation of power levels between the
elements. The tendency for FGR to decrease is due to some of
the very long burnup bundles having low powers.

Figure 5 shows a graph of the percentage of FGR as a function of
the average element linear power. The correlation between FGR
and average element power (Regression coefficient, r=0.7) is
better than the correlation between FGR and burnup (r=0.3), when
bundles that underwent large power ramps at the end of their
irradiation are excluded (KE, KF, and DG035). The reasoning for
this is discussed below. The relationship between higher FGR
and higher element powers is supported in the literature (2,3)
as a power or temperature threshold.

Power ramps early in life have a minimal effect on the total FGR
at the end-of-life, since only a limited gas inventory has been
built up until the power changes. Power ramps late in life,
however, result in large FGR's, because of the large inventory
of fission-gas and higher temperatures at higher powers, which
accelerate FGR. This is seen in Table 1, which shows bundle KE
having a high FGR compared to bundle PZ. These bundles have
similar element burnups, but despite a lower average outer-
element power over the irradiation, KE has a higher FGR. A
similar comparison can be made between KF and PY. As well, a
comparison between DG035, and DG063 and DGlll, shows that,
despite similar power histories up until the end of the
irradiation, the power-ramped DG035 outer elements have more
than an order of magnitude greater release of fission gas.

4. COMPARISONS WITH ELESIM

4.1 Comparison With MOD10 Version of ELESIM

Figure 6 compares the predicted gas release using the ELESIM code
with the measured gas release for the elements in the present
database. There is significant scatter in the results, as well
as a strong tendency to underpredict the FGR. This is indicated
by the number of points lying under the diagonal or exact
agreement line.
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Steep power ramps near the end of irradiation cause an enhanced
release of fission-gas contained within the U02 fuel. Agreement
is poor for those reactor bundles and elements where this
occurred. This is, in part, the result of applying a steady-
state code such as ELESIM to a high power level for a short time
period.

4.2 Sensitivity Study of ELESIM To Power and Burnup Variations

A sensitivity study of the current version of the ELESIH (MOD10)
to burnup and linear power was carried out. Using the extended-
burnup database cases, power and burnup variations of ±5% and
±10% were applied to the power histories to determine the
sensitivity of ELESIM to small changes in the power/burnup
history. A ±5% variation in power and burnup in the database
cases caused an average variation in gas release of +26% and -
22%. A ±10% variation in power and burnup in the database cases
caused an average variation of gas release of +56% and -41%. The
range of values varied considerably, depending on the power
history. The differences between the results are summarized in
Table 2.

Table 2

Variation in Predicted Fission-Gas-Release
For Variations of Power and Burnup Using ELESIM

Category

Range of
Differences

Average
Difference

Standard
Deviation

Base
vs. 5%

Increase

10.6% to
65.5%

25.8%

15.2%

Base
vs. 5%
Decrease

-10.1% to
-56.3%

-22.1%

11.3%

Base
vs. 10%
Increase

21.7% to
154.1%

55.9%

32.0%

Base
vs. 10%
Decrease

-19.6% to
-84.9%

-41.1%

19.0%

The study confirms that FGR is very sensitive to element power
and burnup, and the accuracy of FGR modelling predictions using
ELESIM is heavily dependent on the accuracy of the power history
used.

4.3 Comparison With MOD11 Version of ELESIM

Recent development work on ELESIM at AECL Research has resulted
in significant improvements to the code(4).** Changes to the
code include the following:

"Revised code version referred to as M0D11.
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1) Improved calculation of the diffusion of fission-gas,
present in the grain at the beginning of the time step, to
the grain boundary.

2) A correction for the calculated grain-boundary area.

3) change to a lenticular grain-bubble shape from a spherical
shape and a modified venting criteria.

4) Gaseous swelling is translated into strain throughout the
irradiation, rather than when it only exceeds the remaining
pcosity after densif ication.

5) Change to the calculation of hydrostatic stress in the U02
pellet and the use of a lower temperature of plasticity in
extended-burnup fuel.

Figure 7 compares the predicted gas release using the revised
version of ELESIM (MODll) with the measured FGR in the database.
Agreement between measured and predicted gas releases is
significantly improved from Figure 6. The points are more
grouped and tend to lie near the diagonal line. Also, there are
no longer any points that lie directly along the x-axis. Table 3
compares the linear regression results for predicted FGR as a
function of measured FGR (a slope of 1 and an intercept of 0.0
would indicate exact agreement). Outliers that exist far from
the diagonal line are due principally to bundles KE and KF, which
underwent large power ramps late in life. Some outliers are also
from bundle AAW, which has a significant circumferential
variation in measured burnup and FGR between elements. The
scatter from bundle AAW is also due to the use of an average
burnup for twelve elements of the bundle without measured
burnups, and with significant variation in FGR. Table 3 shows
that there is significant improvement in slope and y-intercept
for MODll when these three bundles are not considered.

Table 3

Linear Regression Comparison of
Current and Revised Versions of ELESIM

Compared With The Extended-Burnup Database

r

m

b

where

r = regression

All Elements
Included

MOD10 MODll

0.56 0.76

0.277 0.519

10.18 20.54

coefficient, m = slope,

Without
KE,KF,

MOD10

0.20

0.158

13.84

Bundles
& AAW

MODll

0.71

0.792

9.89

b = y-intercept.
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5. SUMMARY OF RESULTS

This paper described an extended-burnup CANDU fuel database and
has presented information on FGR. It also described a comparison
between the current version, and a revised version, of ELESIM
with measured FGR's.

The extended-burnup database presently consists of 112 outer
elements from bundles having known power histories, fabrication
data, and FGR. In addition, measured chemical burnups have been
incorporated into the database.

Based on the extended-burnup database, there appears to be no
burnup enhancement of, or burnup threshold for, FGR. However,
there is, as expected, a correlation between the increasing
percentage FGR with increasing average linear power.

FGR release is very sensitive to variations in power and burnup.
Variations of 5% and 10% in power and burnup of the database
cases caused ELESIM-predicted variations in FGR of approximately
25% and 50%, respectively. Accurate modelling of FGR requires an
accurate estimate or measurement of element powers and burnups.

The current version of ELESIM (MOD10) tends to underpredict
fission-gas release for extended-burnup CANDU fuel, with some
database cases being significantly under-predicted. A revised
version of ELESIM (MOD11) provides significantly better
predictions of the FGR of extended-burnup fuel.
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ABSTRACT

Both unirradiated and irradiated UO2 fuels were isothermally
oxidized in air at temperatures between 300 and 900°C. During
oxidation, the UO2 samples fragmented and formed U3O8 particles.
Sieving and sedimentation techniques were used to measure the
size distribution of the particles. The median particle sizes of
the unirradiated samples oxidized at 900, 700, 500 and 300°C were
600, 80, 16 and 7.5 urn, respectively. The relative humidity of
the environment during sieving did not affect the size
distributions of particles from 900, 700 or 500°C oxidation. For
the 300°C sample, increasing the humidity from 11% to 50% did not
influence its size distribution, but when the humidity was
increased to 98%, its median size increased from 7.5 /an to about
100 /xm. The size distributions of the irradiated fuel (burnup
457 MW«h/kgU) were similar to those of the unirradiated fuel.

1.0 INTRODUCTION

During an accident scenario, when fuel is exposed to steam or air
at high temperatures, U02 may be oxidized and fission products
released [1, 2]. When U02 is oxidized in air at temperatures
below 1550°C, the equilibrium product is U,Og. The
transformation of UO2 to U3O8 is accompanied by a 32% volume
increase. The volume expansion results in fragmentation of the
UO2 at low temperatures, where U3Oo is brittle [3]. The resulting
particle size may be very fine and such particles might become
airborne during some accident scenarios. Particle size
distribution after oxidation is therefore a key factor for
predicting the possibility of release of active airborne
particles from fuel [4].

As part of the Reactor Safety Research programs at AECL, studies
on the oxidation behaviour of UO2 in air and steam have been
conducted to determine the influence of fuel oxidation on
fission-product release during postulated accident conditions.
These studies have shown that the oxidation of fuel has the
potential to increase the activity released to containment [5,
6]. Four processes have been identified that contribute to
increased fission-product release as a consequence of UO,
oxidation: enhanced fission-product diffusion in the oxidized
fuel, increased volatility of some fission products,
volatilization of the UO2 with associated fission-product



release, and release of fine oxide particles containing all of
the retained fission products [7], The principal objective of
the experiments reported here was to investigate some of the
parameters that increase the latter process- In these tests, the
effect of the oxidation temperature on particle size distribution
was measured. Also, since postulated accident atmospheres are
unlikely to be dry, and humidity is known to influence the
agglomeration of fine particles, the effect of humidity on the
oxidized particle size distribution was investigated.

2. 0 EXPERIMENTAL

2.1 Samples

Both unirradiated and irradiated fuels were used in the
experiments, to compare the influence of irradiation. The
enrichment of 235U of the unirradiated fuel was natural (0.72%),
and the irradiated fuel was 1.38% enriched. The unirradiated UO2
cylinders, 12.15 mm diameter and about 10 mm long, weighed about
10 g, and were cut from sintered pellets with a density of 10.7
Mg/m . The average grain size was 9 fim. The irradiated samples
were U02 fragments, about 3 0 g for each sample, obtained by
cutting a CANDU fuel element irradiated in the NRU reactor
(element AC-19 from bundle XM). The fuel density before
irradiation was 10.6 Mg/m3. The burnup of AC-19 was 457 MW-h/kgU
and the end-of-life power was 32 kW/m. After irradiation, the
grain size ranged from about 8 to 25 pm, between the periphery
and the centre of the fuel element.

2.2 Oxidation

The oxidation conditions are listed in Table 1. Tube furnaces
with environmental control were used to oxidize the U02 samples.
The samples were put into a quartz boat and pushed into the
furnace. When the samples reached the test temperature, air was
introduced. The unirradiated samples were isothermally oxidized

Table 1
Oxidation Conditions

Sample

Unirradiated
Unirradiated
Unirradiated
Unirradiated
Irradiated
Irradiated
Irradiated

Temperature (°C)

900
700
500
300
900
700
500

Time (h)

21
21
5

94
61
40
3



at 300, 500, 700 and 900°C in the laboratory. The irradiated
samples were isothermally oxidized at 500, 700 and 900°C in a
hot-cell. The air flow rates were 50 STP mL/min in the
laboratory tests and 100 STP mL/min for the hot-cell tests.

The weight gains of the samples were measured using a top-loading
digital balance with a resolution of 10'5 g. After oxidation,
sieving and sedimentation techniques were used to determine the
size distribution of the particles.

2.3 Sieving

Sieving was used to determine the size distribution of particles
larger than 53 urn. The mesh sizes of the sieves were 2000, 1000,
500, 250, 125, 75 and 53 pm. The sieving was carried out in a
sealed box in which the humidity was controlled and monitored.
The samples were stored in the box at a given humidity for at
least 12 hours before they were sieved for 1 hour in the box.
The sieves were grounded to avoid the possible influence of
static electricity.

The unirradiated samples were sieved at 11%, 50% and 98% relative
humidity. After each sieving, the samples were recombined and
sieved again at a higher humidity. Finally, the samples were
recombined and sieved at 22% humidity, and the particles smaller
than 53 /xm were measured with a sedimentation technique.

The irradiated samples were sieved in 11% and 78% relative
humidity. The sedimentation technique was not applied to the
irradiated samples.

2.4 Sedimentation

The size distribution of the unirradiated particles that passed
through the 53 /am sieve was measured by sedimentation, using a
SediGraph™ machine. The samples were mixed with a Sedisperse™
solution with 8.512 mPa«s viscosity and 0.827 g/mL density. A
magnetic stirrer, instead of the usual blender, was used to mix
the samples with the solution, in order to avoid further
mechanical breakup of the particles.

2.5 Morphology

The samples were photographed before and after oxidation. The
unirradiated particles that passed through the 53 pm sieve were
examined using a JEOL™ JSM-T330 Scanning electron microscope
(SEM).



3.0 RESULTS AND DISCUSSION

The photographs in Figure 1 show the unirradiated UO2 samples
before and after oxidation. After oxidation at 900 or 700°C, the
UjO8 particles were much coarser than those at 500 or 300°C. Due
to the much smaller particle sizes, the apparent volumes of the
samples that were oxidized at 500 or 300°C appeared to be larger
than those oxidized at 900 or 700°C.

The weight gains of the samples were used to calculate the
percentages of the U02 oxidized (see Table 2), assuming the
initial samples were pure U02 and the oxidation product was U3O8.
At 900, 700 and 500°C, the samples were fully oxidized. After 94
hours at 300°C, the sample was 70% oxidized. The un-oxidized 30%
of the 300°C sample likely comprised the largest pieces. If the
particles larger than 250 urn were assumed to be still U02, and
considering only the particles smaller than 250 /xm, recalculation
from the same weight gain suggested that 99% of this fraction of
the UO2 was oxidized. In the rest of this paper the particles
larger than 250 nm from the 300°C sample will be assumed to be
UO2 and therefore will not be included in the analysis.

Table 2
Percent of UO2 Oxidized

Sample

Unirradiated
Unirradiatsd
Unirradiated
Unirradiated

Temperature (°C)

900
700
500
300

% UO2 Oxidized

98
100
96

70(99*)

* Calculated assuming particles larger
than 250 nn were unoxidized.

Figure 2 shows the percent of the unirradiated particles smaller
than a given size, determined by sieving at room temperature at
11%, 50% or 98% relative humidity. These plots indicate that the
higher the oxidation temperature, the coarser the particle sizes.
This is due to an increase in the U3O8 plasticity with increasing
temperature, which allows oxidation-induced stresses to be
relaxed. The relative humidity did not affect the particle size
distributions for samples oxidized at 900, 700 or 500°C. For the
finer particles produced at 300°C, increasing the humidity from
11% to 50% did not affect their size distribution. But when the
humidity was increased to 98%, the particle size was increased
(see Figure 2(c)). This is probably due to the agglomeration of
the fine particles in the humid condition, or the adhesion of the
fine particles to the sieves.



Figure 3 shows the results of the unirradiated sample determined
by sieving and sedimentation. The percentage of particles larger
than 53 nm was measured by sieving at 22% relative humidity, and
the remainder was measured by sedimentation. The figure shows
that the higher the temperature of oxidation, the coarser the
U30_ particles. For the oxidation temperatures of 900, 700, 500
and 300°C, the median particle sizes were about 600, 80, 16 and
7.5 jum, respectively. These median sizes were much larger than
the results reported by Iwasaki et al [8]. Of their samples,
with an original grain size of 9 urn, oxidized at 700 and 500°C,
the median sizes were 30 and 7 urn, respectively. The difference
between their results and our work is not understood. They
sieved the samples by a 44 /zm sieve and used sedimentation to
measure the size distribution of the particles smaller than 44
/im. They did not identify their method of mixing the particles
with the sedimentation solution. In preliminary trials for our
tests, we observed a breakup of the particles when a blender was
used to mix the powder and Sedisperse solution. Mixing by a
blender shifted the median size of a sample from 7.6 /xm to 3.6
Mm. This effect may explain the differences between our results
and those of Iwasaki.

A comparison of Figure 3 with Figure 2(c) shows that for the
300°C sample, when the humidity was increased to 98%, the median
particle size increased from 7.5 pm to 100 /xm.

The size distributions of the irradiated samples are shown in
Figure 4. The size distribution of the unirradiated samples
shown in Figure 2 are re-plotted for comparison. The particles
produced at 500°C, for both irradiated and unirradiated fuels,
were very fine, mostly smaller than 53 ftm. For the 700°C
samples, the particle size distributions of the irradiated and
unirradiated fuels were very similar, except that the irradiated
sample did not have particles larger than 1 mm. This was likely
due to a difference in the size of the initial UO, pieces. The
irradiated U02 fragments were typically a few millimetres across,
while the unirradiated U02 was a cylinder (012x10 mm). At 900°C,
the irradiated sample had more particles larger than 1 mm;
otherwise, its size distribution would be very similar to that of
the unirradiated sample. This difference may be caused by the
sintering of fine particles for a long time (61 hours) at 900°C.

The SEM photographs in Figure 5 show the morphology of the
unirradiated particles that passed through the 53 fim sieve. At
300°C, the size of the particles was close to the original U02
grain size. The particle size increased with increasing
oxidation temperature, as shown in Figure 5(b) through (d). At
900°C, some columnar U3O8 grains were observed. In all the
samples, considerable secondary cracking was observed.

The test results indicate that the oxidation temperature is the
most important factor determining the particle size distribution.
In the 300 to 500°C range, UO2 is oxidized to very fine powders



and a significant amount would be capable of becoming airborne.
This is consistent with the analysis of the Chernobyl accident by
Hunt et al [9]. After the initial fission-product release on the
first day of the Chernobyl accident, the effective temperature of
the fuel was estimated to be reduced to about 500°C, and it
remained at that temperature for about 5 days. Oxidation of U02
in air at this period was very rapid and resulted in very fine
particles. These particles probably became airborne later in the
accident and contributed to the fission-product releases, which
reached about 30 times that of the initial release.

4.0 CONCLUSIONS

When oxidized in air at temperatures between 300 and 900°C, U02
samples were fractured and U30g powders were obtained. At 900 or
700°C, the particles formed were much coarser than those at 500
or 300°C. The median particle sizes were 600, 80, 16 and 7.5 /an,
respectively. The oxidation rate at 300°c was much slower than
that at 500°C and above.

Humidity did not affect the measured size distributions of the
particles from oxidation at 900, 700 or 500°C. For the sample
oxidized at 300°C, increasing the relative humidity from 11% to
50% did not influence the size distribution. However, when the
humidity was increased to 98%, the sample's median size increased
from 7.5 /xm to about 100 /xm, likely due to agglomeration or
adhesion.

The size distributions of the irradiated samples were similar to
those of the unirradiated fuel. Some small differences, possibly
caused by parameters other than the oxidation temperature or
humidity, were observed. A greater fraction of particles larger
than 1 mm were measured for the irradiated fuel oxidized at
900°C, possibly due to re-sintering. Also, no particles greater
than 1 mm were measured for the irradiated fuel oxidized at
700°C, possibly due to the small size of the initial U02
fragments.

The results of this study could be used to assess the potential
consequences of fuel oxidation with U3O8 formation for various
accident scenarios, if a limiting size could be defined below
which the fine powders were assumed to become airborne. Since
high relative humidity affects the results for the fine powders
produced at 300°C, it may be necessary to quantify the humidity
threshold in future experiments. Also, the effect of re-
sintering at high temperatures may warrant further investigation.
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Figure 1 The UO2 samples before and after oxidation: (a) before
oxidation; (b) 300°C for 94 hours; (c) 500°C for 5
hours; (d) 700°C for 21 hours and (e) 900°C for 21
hours.
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Figure 2 The weight percent of particles smaller than a given
size. The unirradiated samples were sieved at
different relative humidity: (a) lit, (b) 50%, and (c)
98%.
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Figur* 3 The percent of particles smaller than a given size for
unirradiated UO2, sieved at 22% R.H. The particles
smaller than 53 MID were measured by sedimentation.
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(a)
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Figure 5 The morphology of the particles which passed through
the 53 jum sieve. The oxidation temperatures were: (a)
300°C for 94 hours; (b) 500°C for 5 hours.
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(c)
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Figure 5 (continued) The oxidation temperatures were: (c) 700°C
for 21 hours; (d) 900°C for 21 hours.
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DISSOLUTION OF UO2 FUEL BY MOLTEN ZIRCALOY-4

P.J. Hayvard, I.H. George and H.C. Arneson
Containment Analysis Branch

AECL Research, Vhiteshell Laboratories
Pinava, Manitoba ROE 1L0

INTRODUCTION

Under certain hypothetical CANDU (CANada Deuterium Uranium) accident
scenarios involving impaired cooling, rapid core heating to temperatures
above the cladding melting point can occur. The molten Zircaloy-4 (Zry)
cladding then has the potential of dissolving a significant fraction of the
U02 fuel, thereby releasing fission products. Before fuel dissolution in
molten Zry can proceed, however, initial oxygen diffusion from the fuel
and/or from steam into the cladding must occur to allow the molten Zry to wet
the fuel [1]. Once fuel dissolution has commenced, the dissolution rate is
greatly accelerated by stirring of the melt, e.g., by convection or by
gravity-induced movement of the molten cladding over the fuel surfaces [2,3].

Influence of UOj/Molten-Zrv Mass and Surface Area/Volume Ratios

The UOj/Zry mass ratio in the fuel bundle is an important parameter that
indirectly influences the level of fuel solubility in molten cladding.
Previous work [3,4] has shown that fuel solubility depends both on
temperature and on the 0 concentration in the melt. The latter originates
from the U02 by solid-state 0 diffusion and by subsequent fuel dissolution in
the melt if no other 0 sources (e.g., steam) are available.

Assuming good cladding/fuel contact during the temperature transient, 0 will
diffuse from fuel to cladding, dissolving in the Zry and reducing the fuel to
U02.x. The solubility of 0 in Zr increases from -29 at.Z at room temperature
to -35 at.Z at the melting point of O-saturated Zr [5]. Thus, the cladding
can gain up to -35 at.Z 0 before melting, and the extent of fuel reduction
(i.e., the value of x in U02.x) is determined by the UO2/Zry mass ratio.
Subsequent U02.x dissolution gives further 0 enrichment of the melt. Hence,
the final melt 0 content and, thus, the fuel solubility, depends in part on
the initial UO2/Zry mass ratio.

The rate of fuel dissolution in molten Zry is directly controlled by the fuel
surface area/molten Zry volume (SA/V) ratio. The dissolution reaction may be
approximated as:

(1) U02 + Zr — (U,Zr)O,.x
(solid) (liquid) (liquid)

If first- order reaction kinetics are assumed, the rate of change of the U03
concentration in solution (Ct) at time t will be directly proportional to the
degree of undersaturation, i.e.,

(2) dCt/dt « k'(C, - Ct)
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where C, is the concentration at saturation and k' is given by It' « k.(SA/V),
where k is the rate constant. Hence, k' and dCt/dt increase proportionately
with SA/V. From Equation (2), it is easily shown that

(3) Ct . C,(l - e-*'t).

To place the above remarks in context, consider the mass and SA/V ratios in
clad Pickering A and Bruce A fuel (ignoring all Zry in the bundle except for
the fuel sheathing). The mass ratios are 13.0 and 10.9 respectively. The
initial SA/V ratio for clad Pickering A fuel is -2300 nr1, falling to an
estimated -1400 m*1 after relocation of the molten cladding into the bundle
subchannels [6]. Cladding relocation in Bruce A fuel would also cause a
similar SA/V reduction from the initial value of -2290 nr1.

Thus, it is important to use realistic values for the mass and SA/V ratios in
designing CANDU-relevant dissolution experiments. Because of geometric
constraints, however, it is impossible to match both the mass and SA/V ratios
of clad CANDU fuel with one crucible/Zry-charge configuration. Consequently,
the experiments described below and reported earlier [4] involve different
crucible sizes and/or Zry masses to simulate either the SA/V ratio after
cladding relocation or the U02/Zry mass ratio.

Previous Investigations

Laboratory studies of U02/molten-Zry dissolution have previously been
reported by Hofmann and co-workers [1,7], Kim and Olander [3] and Hayvard et
al.[4]. In all cases, the experiments involved rapid heating of Zry samples
in U02 crucibles under argon atmospheres to selected temperatures, holding
each sample at the chosen temperature for a known time interval before
cooling and chemical analysis of the central melt region. Rim and Olander
and Hayvard et al., using direct analysis methods on samples from tests in
the temperature range 1950-2400*C, observed rapid melt saturation with
respect to U02. However, Hofmann et al., using an indirect analytical
method, found no evidence of U0a melt saturation during tests in the
temperature range 1950-22S0*C. Possible reasons for this disagreement are
discussed later in this paper.

Scope of Present Experiments

This paper describes and discusses the results of U02 dissolution experiments
in nominally 0-free Zry at 2000 and 2200*C. In each test, & U02/Zry Bass
ratio of -10.9 has been used to siaulate the relative masses in Bruce fuel
bundles [8]. U02 solubilities as functions of temperature at this mass ratio
have been determined from analyses of the melt regions. The solubilities
have been compared with earlier results obtained using different mass and
SA/V ratios at temperatures up to 2400*C, with either initially 0-free Zry or
Zry containing -25 at.Z 0 as the reactant [4]. The Zry/25 at.Z 0 vas used to
represent the 0-saturated Zry component of steam-oxidized cladding.
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EXPERIMENTAL

U02 crucibles were formed by machining Bruce-type U02 pellets ( -16.6 mm
long, -12.1 mm-diameter) to remove an axial core of -6.7 mm-diameter and
-13 mm long. Before use, each ~14.8-g crucible was cleaned ultrasonically to
remove loose U02 particles. Cylindrical Zry samples were machined from
Teled>T>e Uah Chang bar stock to fit the crucibles, with a UO2/Zry mass ratio
of -10.9. The 0-content of the Zry bar stock was quoted by the suppliers as
-0.1 wt.Z.

In each test, the crucible plus Zry charge was contained within a ThO2
crucible (to catch any melt spillage) and placed in the hot zone of a Centorr
tungsten resistance furnace. The furnace was coupled to a programmable
controller via a type C thermocouple. After thorough purging of the furnace
with high-purity argon, the sample was heated to ~1550°C and allowed to
equilibrate at this temperature for -3 min. The sample was then heated to
the test temperature (2000 or 2200°C) at -7°C/s, with the heating rate
falling close to the set point. The sample was held for the desired time
(0-15 min) at this temperature and then cooled rapidly (-4°C/s) to 1450aC,
with final slow cooling to room temperature. The sample temperature was
continuously recorded during each test using a dual-wavelength pyrometer
focussed on the Zry charge through a fused quartz window in the furnace roof.
A second pyrometer, focussed on the ThO2 crucible through a furnace side-wall
window, was used as a check on the sample temperature.

After each test, the sample was sectioned along the cylindrical axial plane
to expose the solidified melt region. One half of each sample was used for
scanning electron microscope - energy dispersive X-ray (SEM/EDX) analyses,
employing backscattered electron images to give maximum phase contrast. The
other half was used for inductively coupled plasma (ICF) emission
spectrometry analysis of the melt. Reference 4 gives full details of the
experimental and analytical methods and of analytical error computations.

RESULTS

ICP Spectrometrv Analyses

Because of uncertainty in melt 0 concentrations (obtained from ICP analyses
by difference), U02 concentrations for each melt are reported and discussed
below in terms of the \i/{M + Zr) wt.Z ratio, i.e., on an 0-free basis. The
mean results from ICP analyses of duplicate melt samples from each of the
2000*C and 2200*C test specimens are plotted against t0-5 in Figure 1. Also
shown are curves representing the best-fit lines from Equation (3) to the
data at these temperatures. Melt saturation is seen to occur rapidly at both
temperatures, with C, values of -37Z at 2000#C and -70Z at 2200*C.

Since U02 dissolution in molten Zry is so rapid, the quantity dissolved
during the ramp between the Zry melting point and each isotherm temperature
is not negligible. Hence, the start of each test has been taken as the time
at which the Zry charge melted; this time was clearly evident as a
discontinuity in each pyrometer time/temperature trace. Errors in estimation
of t by this procedure are relatively small at longer times, but may be



important in modeling the early stages of dissolution. Thus, the rate
constant (k) values shown in Figure 1 should be regarded as approximate since
the shape of the fitted curve from Equation (3) is disproportionately
influenced by k at short times.

SEM/EDX Analyses of 20Q0aC Samples

Figure 2(a) shows the post-test crucible microstructure of a -15-min test
sample in a region -1 mm from the melt/crucible interface. All specimens had
similar crucible microstructures, as did those from earlier experiments [4].
The bright spots in the image are U metal precipitates, formed at U02 grain
boundaries and generally distributed uniformly throughout the undissolved
crucible material. Hovever, except for a thin band at the melt/crucible
interface, the precipitates were invariably absent from the -30-/*m-vide
crucible zone adjacent to the melt.

The melt regions in all 2000°C samples where U02 saturation had been reached
(i.e., from tests of over -100-s duration) showed very similar dendritic
microstructures and phase compositions. The melt/crucible interface was
usually marked by a transition zone of average thickness -100 pm. This zone,
which occupied a negligible fraction of the total melt volume, consisted of
ceramic phase(s) of mean composition [U0,39*Zr0>61]0la5t0.2*

The melt microstructures were basically two-phase, consisting of uniformly
distributed U-rich and Zr-rich regions (the light- and dark-coloured phases
respectively in Figure 2(b)). Fine-scale exsolution of U-rich precipitates
in the Zr-rich regions and of Zr-rich precipitates in the U-rich regions had
also occurred.

The mean compositions of the U-rich and Zr-rich major phases were derived
from duplicate EDX analyses for U, Zr and Sn made at five widely separate
sites within each specimen, with approximate values for 0 being obtained by
difference. In selecting regions for analysis, care was taken to avoid
including any exsolved precipitates. Although a few of the U-rich
precipitates were of sufficient size (-1 /urn) for EDX analysis, the Zr-rich
precipitates were invariably too small.

The analyses for each of the two major phases in all samples showing U03
saturation were very similar, with mean compositions being (i) a
Iuo.•«*<>.05#Zro.i2±o.051 Ox.ioto.i3 ceramic phase, and (ii) a metallic phase,
corresponding closely to O-saturated Zr containing traces of U and Sn. The
exsolved U-rich precipitates within the O-saturated Zr phase were almost pure
U metal.

SEM/EDX Analyses of 2200*C Samples

The melt regions of the 9 samples from 2200*C tests of ^2-min duration (i.e.,
samples close to, or at, U02 saturation) exhibited almost identical
microstructures and an overall dendritic mode of crystallization. The
microstructures were also very similar to those of the 2000*C U02-saturated
samples, except for a greater abundance of the U-rich ceramic phase (see
Figure 2(c)), as would be expected from the higher U contents of the 2200*C
melts. As before, fine-scale U-rich precipitates in the Zr-rich major phase
and Zr-rich precipitates in the U-rich major phase were seen.
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The melt/crucible interfaces in the 2200°C specimens were much sharper than
in the 2000°C specimens (see Figure 2(d)). Uranium metal precipitates were
again found throughout the undissolved crucible material and in a thin band
at the melt/crucible interface, but were absent from the -30-^m-vide crucible
zone adjacent to the melt.

Duplicate EDX analyses were made for each phase at five widely separate sites
within the melt regions of the samples showing U02 saturation (i.e., produced
in 23-min tests). Each phase type gave similar analyses except for somewhat
variable values for oxygen. Overall mean compositions were (i)
Iuo.as±o.o3'Zro.i4to.o3]°i.56to.44 for t n e ceramic phase, and (ii) 0-
saturated Zr containing traces of U and Sn for the metallic phase. The minor
U-rich precipitates within the 0-saturated Zr phase were almost pure U metal.

DISCUSSION

Origin of U Metal Droplets in Undissolved Crucible Material

The origin of the U metal precipitates in the undissolved crucible after each
test is indicated by the U-0 phase diagram [9]. Rapid diffusion of 0 from
U02 to Zry above -1100°C will reduce the crucible either to substoichlometric
U02_x, or, with further O-diffusion, to [Uli$t + U02.x]. In the former case,
molten U will be continuously precipitated when the crucible composition
during cooling reaches the [Uliq + U02.x] phase boundary. Thus, at room
temperature, the final crucible composition will be stoichiometric U02
containing exsolved U. However, if high-temperature O-diffusion moves the
crucible composition to within the [Uliq + V02.x] phase field, U liquid will
form within the U02.x structure during the test isotherm, with further
disproportionation of U02.x into U + U02 during cooling. In either case, the
final crucible composition will be U02 with U metal precipitates exsolved at
the U02 grain boundaries (Figure 2(a)).

As noted above, the U precipitates were always absent from the -30-Aun-wide
crucible zone adjacent to the melt, except for a thin layer occurring at the
crucible/melt interface. This phenomenon has been seen previously [3,4,7,10]
and is attributed by Hofmann [10] to local migration of molten U into the
melt via interconnected pores and grain boundaries. An alternative
explanation [3] involves melt penetration into the crucible along grain-
boundaries, causing assimilation of the U metal precipitates plus further
U02.x to form a single (U,Zr)O2.x phase containing enough Zr*

+ to stabilize
it during cooling to room temperature. However, neither explanation accounts
for the thin layer of U metal at the crucible/melt interface, and further
work is required for a more complete understanding.

Fuel Solubility and Crystallization Sequence In 2000*C Melts

The occurrence of U02 melt saturation at 2000*C and subsequent formation of
basically two-phase microstructures during cooling are best understood iron
the 2000*C U-Zr-0 phase diagram section [11] and the quasi-binary U02-Zr(0)
phase diagram [12], shown in Figures '3 and 4 respectively. Neither diagram
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represents the true experimental conditions exactly since the minor Zry alloy
components, which may alter phase-boundary locations, are not included.
Also, the 2r00 43 component in Figure 4 only represents O-saturated Zr below
-1500°C; at higher temperatures, oxygen solubility increases to -35 at.Z at
the Zr(O) melting point of 2065°C [5]. Figure 3, however, allows for varying
0 concentrations, e.g., by 0 diffusion from U02 to the melt, to be
considered.

If solid-state 0 diffusion from fuel to cladding did not occur during heating
(e.g., from poor fuel/cladding contact and/or very rapid heating), the
reaction path during fuel dissolution would follow the dashed line AB joining
Zr and U02 in Figure 3. Thus, U02 would dissolve until the intersection of
AB with the two-phase [(U,Zr)02.x + L] boundary was reached at Y, when
dissolution would cease. Point Y has a U/(U + Zr) wt.Z ratio of -51, the
saturation solubility under these conditions. Conversely, with good
fuel/cladding contact and slow heating to allow full 0 saturation of the Zry
before melting, the reaction path would follow the dashed line CD joining
Zr(0) to U02.x, where x is determined by the U02/Zry mass ratio. Saturation
would occur at the intersection of CD with the two-phase boundary at X.
Point X has a U/(U + Zr) wt.Z ratio of -30 when the mass ratio is 10.9.

Thus, the compositions at X and Y represent the range limits at this mass
ratio for U02 solubility in molten Zry at 2000°C. The measured solublity in
the present experiments, calculated from the ICP analyses, plots between X
and Y on the phase boundary at point Z. The location of Z suggests a curved
reaction path (shown schematically in Figure 3) as a result of varying and
unequal rates of 0 and U assimilation by Zry during dissolution.

The [U0.85>Zr0 1 5]0 1 > t 5 primary crystallization phase formed on cooling the
U02-saturated 2000*C melts is shown in Figure 3 as point V. Thus, the tie
line across the two-phase region is VZ and the residual melt composition vill
move initially towards V during cooling, changing direction at lower
temperatures in accord with phase-boundary movements.

The origin of the room-temperature microstrueture for each melt is evident
from Figure 4. Here, point D represents the saturation composition at
2000*C. During cooling to the eutectic temperature, E, the (U,Zr)02.Jt phase
precipitates until, at E, complete solidification occurs with formation of
further (U,Zr)02.x and cr-Zr(O) in proportions given by the lever rule. The
diagram also predicts exsolution during further cooling of (U,Zr)02.s in the
a-Zr(0) phase (cooling path F •* G) and of a-Zr(0) in the (U,Zr)O2.x phase
(cooling path H -» I). While these phases may have been present, they vere
too small for EDX analysis. The observed precipitation of U metal droplets
in the ar-Zr(O) phase is presumably a lower temperature phenomenon.

Fuel Solubility and Crystallization Sequence in 2200*C Melts

Detailed U-Zr-0 phase relations above 2000*C have not been determined,
although the two-phase [(U,Zr)02.x + LJ field width is thought [4,13] to
shrink at higher temperatures. It is reasonable to suppose that U02 melt
saturation at higher temperatures occurs by the same mechanism as at 2000*C,
viz., by intersection of the reaction path with the two-phase boundary.
Thus, the increased U02 saturation solubility value of -70Z at 2200*C,
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compared with -37Z at 2000°C, is caused by contraction of the two-phase field
at the higher temperature.

The crystallization path of U02-saturated 2200°C melts during cooling is
sin.xlar to that of corresponding melts at 2000°C. Thus, cooling to E in
Figure 4 causes precipitation of (U,Zr)02_x until, at K, complete
solidification occurs with formation of a-Zr(O) and additional (U,Zr)02_x.
The greater abundance of the (U,Zr)02.x phase in the 2200°C sample
micrographs, compared with those of 2000°C samples, is the result of higher
U02 contents in the 22C0°C saturated melts. Further cooling below E causes
exsolution of (U,Zr)02_x in the a-Zr(O) phase and of a-Zr(O) in the
(U,Zr)02.x phase. As noted above, the observed formation of U-metal droplets
in the a-Zr(O) phase is probably a lower temperature phenomenon.

Comparison with Previous Results

From the above discussion, it is evident that U02 solubility in molten Zry
should vary inversely with the melt 0 content at a given temperature.
Because a low U02/Zry mass ratio produces a relatively high degree of U02
reduction from initial 0 diffusion to the Zry (i.e., a high value of x in
U0 2. x), subsequent U02_x dissolution will form a melt of relatively low 0
content. Hence, U02 solubilities should be increased at low U02/Zry mass
ratios. This prediction is supported by comparison of the present 2000°C
saturation value of -37Z, obtained using a UO2/Zry mass ratio of -10.9, with
that of -43Z obtained earlier [4] using a mass ratio of ~7.1. Further
support comes from comparison of the previously measured [4] U02 solubilities
at ~2350°C of -782 in initially 0-free Zry and of -66Z in Zry/25 at.Z 0.

U02 solubilities in molten Zry are known to increase with rising temperature
[3,4,7]. This is illustrated by comparing the present measured values in
initially 0-free Zry of -37Z at 2000cC and ~70Z at 2200°C with the earlier
measured value of -78Z at 2350°C [4]. The increase is attributed to
progressive contraction of the [(U,Zr)02.x + L] phase field at higher
temperatures, as discussed above.

The saturation values of -37Z at 2000°C and -70Z at 2200°C are in almost
exact agreement with Kim and dander's data at these temperatures [3]. The
2000°C value corresponds to 6.1 vol.Z dissolution of Bruce fuel, close to the
value of ~6 vol.Z measured by Rosinger et al. at 2000°C using internally
heated fuel element simulators [14]. The 2200°C value corresponds to
24.3 vol.Z dissolution of Bruce fuel.

As noted previously, Hofmann et al. [7] did not observe melt saturation in
1950-2250°C dissolution experiments using unspecified U02/Zry mass ratios and
SA/V ratios of -385 or1. Since their SA/V ratios were approximately one-half
that of the present tests, slower dissolution rates would be expected in
their experiments, so that saturation may not have been reached in the time
allowed. A further reason for the disagreement may lie in their use of an
indirect analysis method, which involved correlation of the microstructures
of their dissolution test samples with those of standards produced by arc-
melting mixtures of U02 and Zry under argon. This method fails to account
for O-diffusion from undissolved U02 crucible material into the melt. As
noted above, however, variable melt 0-contents can significantly influence
U02 solubilities and melt microstructures.
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CONCLUSIONS

Based on our present results and those of previous experiments [4], ve
conclude that the saturation solubility of U02 in molten Zry varies directly
with temperature and inversely with the melt 0 concentration. The latter is
determined by the fuel/cladding mass ratio when external sources of oxygen
(e.g., steam) are absent.

The following U02 solubilities (U/(U + Zr) vt.Z ratio) at saturation have
been measured:
(i) -37Z in initially O-free Zry at 2000°C, mass ratio -10.9;
(ii) -43Z in initially 0-free Zry at 2000°C, mass ratio -7.1;
(iii) -70Z in initially 0-free Zry at 2200°C, mass ratio -10.9;
(iv) -78Z in initially 0-free Zry at -2350°C, mass ratio -45; and
(v) -66Z in 0-rich Zry (Zry/25 at.Z 0) at -2350*C, mass ratio -75.
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Figure 1: U02 Solubilities at 2000*C and 2200*C, Shoving Best-Fit Curves from
Equation (3)
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Figure 2. SEM Micrographs of Dissolution Test Specimens: (a) residual crucible
microstrueture, shoving U metal droplets (U); (b) 2000°C specimen
melt zone shoving U-rich (U) and Zr-rich (Z) major phases and
exsolved minor phases; (c) 2200°C specimen melt zone shoving U-rich
(U) and Zr-rich (Z) phases and exsolved minor phases; and (d) 2200°C
transition from melt (M) to crucible(C) shoving unequal U droplet
distribution close to the interface.
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Pigure 3. U-Zr-0 Phase Diagram at
2000'C. See text for
labelling.

MoJ%UO2

Figure 4. Zr(0)-U02 Quasi-Binary Phase
Diagram. See text for
labelling.
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ABSTRACT

The piping stress analysis of the feeder and feeder supports used in a CANDU
reactor is carried out using the finite element method for the combined effect
of the fuel channel thermal and axial creep movement.

With the large fuel channel pressure tube creep elongation (approximately
150 mm (6 inches) over its design life), the behaviour of the feeder and
feeder supports falls into the class of geometric and material non-
linearities . The design adequacy of the linked welded eye-rod mechanism of
the lower feeder support becomes a concern. The ordinary small deflection
linear elastic analysis would not give realistic and acceptable results.
Proper analysis of the system must consider large deflection and material
strain hardening.

The "large deflection" capability of the finite element program ANSYS is used
to determine the displacements and forces in the feeder supports. This is an
iterative process in which changes in geometry are taken into consideration by
continuously updating the structural stiffness as the channel axial movement
is increased.

The large deflection elastic analysis is performed for the channel creep
movement from 13 mm (0.5 inch) to 63 mm (2.5 inches). In addition, the large
deflection elastic-plastic analysis is performed for the channel axial
movement larger than 67 mm (2.75 inches) as the lower eye-rod begins to yield
at about 75 mm (3.0 inches) of channel axial movement. By this analysis, the
adequacy of the lower feeder support design is demonstrated.

The nonlinear elastic-plastic finite element analysis indicates that the axial
stress of the eye-rod is significantly higher than that obtained from
conventional linear elastic analysis. The behaviour of the swing mechanism of
the eye-rod predicted by the nonlinear analysis is also more appropriate than
that predicted by the linear analysis.

1. INTRODUCTION

CANDU reactor fuel channels are known to creep but the rates at which the
creep occurs in fuel channels is anticipated to be much higher than earlier
predictions of approximately 38 mm (1.5 inch). Feeders are vital part of the
heat transport system and because of their configuration with several bends
and longer length, they need to be supported at proper locations to be
structurally acceptable. A typical lower cantilever support on a given feeder
consists of a 9 mm (3/8-inch) diameter and up to 425 mm (17-inch) long
slender rod. This type of support employs a linked welded eye rod mechanism
which allow the feeders to swing by pivoting the lower eye rod at the eye of
the upper eye rod (Figure 1) . The pivoting mechanism of the linked welded eye
rod will allow smaller fuel channel creep. However, with a large fuel channel
creep elongation of approximately 150 mm (6 inches), the adequacy of the
feeder support design which was not designed to accommodate larger pressure
tube creep elongation, needs to be demonstrated.
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With the large creep movement, the behaviour of the feeder and supports falls
into the class of geometric and material non-linearities which include large
deflection and strain hardening. The "large deflection " capability of the
finite element program ANSYS111 is used to determine the displacements and the
forces in the feeder support.

In the conventional finite element analysis, the structural stiffness matrix
is formed only once based upon the initial geometry of the structure. However,
ANSYS program's large deflection capability allows it to modify the initial
stiffness matrix based upon the displaced configuration of the structure. This
is an iterative process and the solution becomes complete when the
displacement result at any given node converge to a user defined tolerance
criteria between two successive iterations.

2. METHOD OF ANALYSIS

The piping stress analysis of a typical feeder along with its supports is
carried out using the finite element method.

2.1 Assumptions

The following assumptions are used in the analysis:

The origin of coordinate system (Figure 2) represents the end fitting Grayloc
position. The fuel channel is allowed to move in the axial direction to
simulate channel creep and thermal elongations.

The material stress-strain curve is assumed to be bi-linear121.

The interference between the adjacent feeders, particularly for the vertical
motion of the eye rod/pipe joint, is not considered.

The thermal stresses produced in the feeder due to coolant temperature are
also ignored for this evaluation, however, the thermal elongation of the fuel
channel is included in the analysis.

2.2 Finite Element Models

The finite element model of a typical feeder configuration is shown in
Figure 2. The linear elastic analysis model consists of hollow pipe and spring
elements. The feeder pipe is modelled as a 3D pipe element. The lower feeder
support eye rod is modelled with 3D elastic beam elements. The channel annulus
bellows is modelled as a torsional spring and the additional upper feeder
support is modelled as a translational spring.

For the large deflection elastic-plastic analysis, a 3D plastic pipe element
is used to model the feeder pipes and the lower eye rod. The eye rod is
modelled as an equivalent pipe since this is the only appropriate element for
plastic analysis. Bends in the feeder pipes are modelled with 3D plastic elbow
elements.

The material properties for the feeder pipe and the lower eye rod material are
gathered from References [2] and [3] . The ultimate tensile strength for the
eye rod material (hot rolled carbon steel bar) is assumed to be 345 MPa
(50,000 psi) at room temperature and the yield strength is taken as 128 MPa
(18,500 psi) at 316°C (600°F).
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2.3 Boundary Conditions

The following boundary conditions are applied at various locations of the
model to simulate the behaviour of the fuel channel, reactor header, upper
feeder supports and the pivoting mechanism used at the top end of the lower
eye rod.

The feeder at the reactor header is assumed fixed in all directions.

The linkage between the lower eye rod and the feeder pipe (Figure 2) is
modelled by tying the Y and Z translations and rotations of both parts.

The top end of the lower eye rod has its translations fixed and is allowed to
only rotate.

The X and Y translations at the second upper feeder support are also fixed.

2 . 4 Loads and Load Cases

The loads considered for the finite element analysis are the feeder dead
weight, the fuel channel thermal movement, fuel channel creep movement and the
internal pressure of the heat transport coolant in the feeder.

Fuel channel creep together with thermal elongation is applied in small
incremental load steps in terms of axial displacement from 0 to 95 mm
(3.75 inches).

The large deflection elastic analysis is performed for the creep movement from
13 mm (0.5 inch) to 64 mm (2.5 inches). In addition, the large deflection
elastic—plastic analysis is performed for the creep movement larger than 67 mm
(2.75 inches) as the lower eye rod begins to yield at about 75 mm (3.0 inches)
of creep movement.

The following four load cases were analyzed:

Load Case 1 Linear elastic analysis of the feeder along with lower Eye rod and
the channel bellows modelled as a torsional spring.

Load Case 2 Large rotation/Elastic-Plastic analysis of the feeder along with
lower Eye rod and channel bellows modelled as a torsional spring.

Load Case 3 Large rotation/Elastic-Plastic analysis of the feeder along with
lower Eye rod but the channel bellows not modelled as a torsional
spring.

Load Case 4 Large rotation/Elastic-Plastic analysis of the feeder without the
lower Eye rod but the channel bellows modelled as a torsional
spring.

3. DISCUSSION OF RESULTS

Figures 3, 4, 5 and 6 show the comparison of all four load cases analyzed. The
results are presented in terms of displacements of the eye rod/pipe joint, the
direct stress in the eye rod, the resultant moment and the torque on the
Grayloc hub against the fuel channel creep.

For the load case 1 (linear elastic analysis), the direct stress produced in
the eye rod is not a linear function of the imposed fuel channel creep
displacement. The stress level drops as the imposed displacement is applied
and it rises again, ever so slowly and reaches to a maximum of 35 MPa
(5000 psi) at the maximum fuel channel creep displacement of 95 mm
(3.75 inch). As can be seen from the results presented in Figure 3, the direct
stress produced in the eye rod does not match up to the stretch produced in it
by the large rotation of the upper eye rod and the negative displacement of
lower eye rod and feeder pipe junction point (Figure 6). The reason for this
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discrepancy is that the linear analysis does not update the stiffness matrix
if the structure under goes excessive rotational displacement as is the case
here.

For the load case 2, the direct stress produced in the eye rod increases with
the increase of fuel channel creep. At about 63 mm (2.5 inches) of fuel
channel creep, the lower eye rod yields and an elastic—plastic analysis is
performed as the imposed displacement is increased further (Figure 3). The
direct stress in the eye rod matches up to the stretch produced in it by the
rotation of the upper eye rod and the positive displacement of the lower eye
rod/feeder pipe junction point (Figure 6). This is a non-linear analysis which
takes into consideration both the geometric and material non-linearity. For
the geometric non-linearity, the stiffness matrix is continuously updated
during each iteration and the displacements are checked for convergence. If
the imposed load is such that yield stress limit is exceeded then both the
elastic-plastic and large deflection analysis is carried out side by side.

Results from load case 3 show the importance of using the channel bellows as a
torsional spring. Without the bellows, the torque calculated on the Grayloc
hub due to fuel channel creep is in the order of 5659 N-M (50,000 Lbf-inch)
(Figure 4). By modelling the bellows as a torsional spring (load case 2), one
can see that its magnitude drops to a more realistic value of around 4527 N-M
(40,000 Lbf-inch) (Figure 4).

Analysis results from the load case 4 show that by removing the lower support
all together, the torque exerted on the Grayloc hub due to fuel channel creep
is greatly reduced to about 1019 N-M (9000 Lbf-inch) (Figure 4). The resultant
moment is also small (Figure 5). This is due the fact that by removal of lower
support, the lower portion of the feeder is allowed to sag and not rotate as
much, thereby shifting some of the forces and moments to other supports.

4. CONCLUSIONS

Based on the results of the four load case analyzed, the stresses in the lower
feeder eye rod are found to be below the ultimate tensile strength. This
demonstrates the adequacy of the feeder support design and that it will
accommodate the anticipated fuel channel creep. The following are the main
conclusions:

1. The lower eye rod direct stresses, produced by just linear elastic
analysis are unrealistically conservative.

2. For the feeder configuration analyzed, which under goes significant
rotational displacement, it is necessary to perform an iterative
geometric non-linear analysis to obtain correct and meaningful results.

3. The lower eye rod stresses are beyond the yield strength of 128 MPa
(18500 psi) at about 75 mm (3.0 inches) of fuel channel creep
elongation. At 95 mm (3.75 inches) axial elongation, the maximum
tension force reaches 11,100 N (2,490 lbf), corresponding to a plastic
stress of 156 MPa (22,560 psi). This is however, below the eye rod
minimum ultimate tensile strength of 345 MPa (50,000 psi).
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4. By modelling the channel beliows as a torsional spring, the torque
exerted on the Grayloc hub decreases by about 20%.

5. Results for the feeder without the eye rod support show that the
stresses in the feeder are within the elastic limit and the loads on the
Grayloc hub are approximately 30% smaller than those with the eye rod
present.

6. The stresses in all the feeder pipes are below the yield strength.

6. REFERENCES

(1) "ANSYS", a general purpose finite element analysis program, Swanson
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ABSTRACT

The CANDU 3 is the latest generation and the smallest version (450 MWe) of the
high performance line of CANDU Pressurized Heavy Water Reactor (PHWR) systems
developed in CANADA. To meet project objectives of reduced construction
schedule and cost, particular attention towards constructibility has been made
in the CANDU 3 design. Modular construction techniques, developed by the
shipbuilding and off-shore oil platform construction industries are utilized
so that a construction schedule of just over three years can be achieved. A
typical reactor building internal module consists of a structural steel frame
containing one or more systems and floor levels that can weigh up to
500 tonnes. The CANDU 3 modules are easy to build and can be manufactured by
various Canadian and international shops. Each module is completed and
inspected before installation at the site. The modules are installed by use
of a very heavy lift (VHL) construction crane through the open reactor top.
Once in place, the modules are fastened to ;he adjacent concrete internal
structure and base slab (if necesr3ry) at preselected points.

The seismic design of the steel modules is based on an envelope encompassing
ground accelerations up to .3 g to permit siting at most potential sites
without re-design. Conceptual analysis results of the steel modules indicated
large seismic response. The objective of this study is to focus in on a
typical CANDU 3 steel module ( RM40 ) and develop a process to optimize the
design and reduce the seismic response of the module to an acceptable level.
The process developed was then repeated for the design of Steel Modules RM10
and RM21 to obtain acceptable seismic designs.

1.0 INTRODUCTION

The CANDU 3 (450 MWe) is the latest and the smallest version of the high
performance line of CANDU Pressurized Heavy Water Reactor (PHWR) systems
developed in Canada. Figures 1, 2 and 3 show the configuration of CANDU 3
nuclear power plant. At present, the detail design of the CANDU 3 is 70%
complete.

Significant advances have been made in the development of new concepts for the
design, analysis and construction of next generation CANDU nuclear stations
for both the CANDU 3 Reactor and large sizes. These advances have led to
construction methods which result in a reduced schedule and construction cost
and improved quality of construction. The methodologies used consider the
site location and access as well as the availability or lack thereof, of the
necessary skills and infrastructure at the site location.

Main CANDU 3 objectives of reduced construction schedule, cost and risk are
achieved by paying particular attention towards constructibility. Modular
construction techniques are utilised so that a construction schedule of just
over three years can be achieved.

A typical reactor building internal module consists of a structural steel
frame containing one or more systems and floor levels that can weigh up to
500 tonnes. Early seismic analysis results conducted during the conceptual
design phase have indicated high seismic response levels of the steel modules.
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The aim of this study was to develop a process that would optimize the
design/analysis cycle and obtain steel modules that satisfy the seismic design
criteria set for the CANDU 3.

2.0 CANDU 3 MODULARIZATION

The availability of mobile very heavy lift (VHL) cranes has made the reactor
building open top a more economical method of construction. VHL equipment
reliability has been demonstrated by a number of successful nuclear
construction applications in the past 10 years and allows use of large scale
modularization of the nuclear power plants.

Utilizing open top construction method for the reactor building, e..tensive
modularization of the systems and structures has been incorporated in the
design and construction of CANDU 3. Modularization of construction is a
requirement which has to be considered at the conceptual phase of layout
development. The new generation of CANDU stations have their concrete, steel,
and system layout developed such as to make effective use of modularization.

In terms of the integration and size of the modules, 3 categories of modules
are utilized in the construction plan of CANDU 3. These are a) skid mounted
equipment assemblies; b)combined equipment and support steel structure; and c)
combined equipment, support steel structure and concrete walls and floors.
The larger modules are defined as a structural component which can be either a
building or a part of a building and is, to the maximum extent possible,
complete with all of the systems which form part of the volume.

2.1 Module Size

The reactor building internals can be modularized in different sizes and
complexity.

The basic level of modularization is the skid mounting of adjacent equipment
on the same level and installing them as a unit. In this case, the
construction plan must provide appropriate interface between the Civil and
equipment works capable of providing access for the installation of skid
mounted modules. This does not permit the module boundaries to cross walls or
floors and limits the extent of constructability improvement. Using skid
mounted equipment modules leads to moderate gains in schedule.

In the second level of modularization, the equipment and the supporting
structural steel are combined in a module. This permits the module boundary
to include more than one floor in elevation and a large area in plan. The
modules are then installed inside the reactor building and fastened to the in
situ internal concrete structure if needed. This method is ideal for areas
where concrete walls and floors are not required for shielding purposes. The
use of steel support structures for equipment requires a more rigourous
evaluation of the seismic response of the module when in interaction with the
rest of the reactor building internal structure. This level of modularization
results in significant gains in the construction schedule since large portions
of the plant can be assembled together and in parallel with the construction
of internal concrete structures. It suffers, however, from the need to use
valuable space for the structural steel supports which are not required when
the module is fastened to the rest of the internal structure. Elimination of
this deficiency leads to the third level of modularization.

The third level of modularization is applied to areas where, for space economy
and effective system integration in the module shop, the module boundary
includes concrete walls and floors for shielding or structural purposes. To
maintain a reasonable crane capacity and largest possible module, the concrete
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cannot be placed in such modules prior to their installation. This eliminates
the application of normal reinforced concrete design for such modules. To
provide the same level of shielding and structural strength, concrete filled
cellular steel components known as Concrete Steel Composite (CSC) are used in
these modules. The cellular steel plate walls are prefabricated in equipment
modules in the fabrication shop and are filled with concrete after
installation at the site. The module equipment is supported by the cellular
steel walls and floors during fabrication and installation. The operational
requirements including shielding and earthquake resistance are met by the
combined action of steel cellular structures and the concrete inside them.
This method allows very large modules containing entire systems to be
fabricated and tested in the factory. The modules can then be lifted or
skidded into position.

Figure 4 shows the outline of CANDU 3 modules RM10 and RM20. For the purpose
of clarity not all equipment is shown in these figures.

2.2 Description of Typical CANDU 3 Modules

The CANDU 3 modules are compact and can be easily manufactured by various
Canadian and international shops. Each module is completed and inspected
before installation at the site. The modules are installed by use of a very
heavy lift (VHL) construction crane through the open reactor top. Once in
place, the modules are fastened to the concrete internal structure and base
slab (if necessary) at preselected points.

Module RM10 shown in Figure 4 is one of the largest self-supporting structural
steel module and is approximately 18m high, 28m long and 8m wide. The module
has one side mounted against a plain vertical concrete wall. On two other
sides the module is connected to the adjacent modules. At the centre of the
lowest level, the module contains the hollow steel shell of purification
filter shielding cells. These shells will be filled with concrete after the
installation of the module. This module includes ECC valve stations, HVAC
ducting, cable trays, piping, IfiC panels, tanks, filters, etc.

3.0 CANDU 3 DESIGN EARTHQUAKE GROUND RESPONSE SPECTRA

Seismic design criteria have a significant effect on the structural design of
the CANDU 3 modules. The CANDU 3 NPP is designed with a capability to be
sited on a wide range of soil/site conditions. Therefore the approach used in
specifying the seismic design basis is that of using an envelope for a wide
range of potential site conditions.

Per CSA-CAN3-N289 series of standards [1-2] the CANDU 3 seismic design
requirements are specified by two level of earthquakes : the Design Basis
Earthquake (DBE) and the Site Design Earthquake (SDE).

The DBE is the more severe seismic level. It is defined by means of an
engineering representation of the potentially severe effects of earthquakes
applicable to the site that have sufficiently low probability (10"J to 10"')
events/year. The DBE is defined by a Ground Response Spectra (GRS) with the
following ground motion parameters:

a. Peak Horizontal Acceleration 0.3 g

b. Peak Horizontal Velocity 365.8 iron/sec

c. Peak Horizontal Displacement 274.3 mm
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The GRS implemented in the CANDU 3 design are developed in accordance with the
methods described in CSA-N289.3 (1).

For the vertical ground motion parameters, 2/3 of the above values are used.

The foundation soil parameters of the CANDU 3 standard design cover sites
ranging from rock to alluvium or soft soils.

4.0 SEISMIC OPTIMIZATION PROCESS

The seismic optimization process has two distinct phases. In Phase I, an
independent steel module was examined assuming fixed boundary conditions where
the module is connected to the concrete Internal Structure (I/S). A modal
analysis was performed and flexible modes and mechanisms were eliminated from
the module in the first pass. The significant vibration modes of the module
were determined and a response spectrum analysis was performed to determine
acceleration levels. The input spectra used was taken to be an FRS curve for
a concrete node generated during the earlier concrete I/S seismic analysis
phase. This node was positioned approximately at the mean elevation of the
steel modules.

From the Phase I analysis it was determined that the high accelerations were
dependent on both the frequency of the module global sway modes and local
vertical vibration modes. Any modifications made to increase the frequency of
the sway modes and eliminate local vibration modes would have the beneficial
effect of lowering the module accelerations levels. The sway frequency was
increased through greater module stiffness achieved by using additional
crossbracing, larger section sizes and increased module connections to the
concrete I/S. The effects of the local vertical modes were reduced by adding
more columns, using larger beam sections and increasing the use of moment
connections. The modifications made to module RM40 is shown in Figure 5. In
general,the seismic response improved as the module stiffness increased.

In Phase II of the seismic optimization process, a much larger analysis model
was employed. In this model the steel modules were integrated with the 3D
model of the concrete I/S. This model was designated the "Integrated Model"
(Figure 6) and a seismic analysis of the complete structure was performed for
Hard Rock, Medium and Soft Soil site conditions. The Phase II model has the
capability to accurately account for the complex concrete/module structural
interaction, in contrast to the Phase I model where this effect is neglected.
In addition the I/S torsional characteristics were accounted for, which is
important due to the asymmetric structural configuration of the I/S about the
B/D plane.

4.1 Analysis Methods and Software

The response spectrum analysis method is used in the module optimization
process and the modal contributions in each direction are combined by the
Complete Quadratic Combination (CQC) rule. Complete details of this analysis
method are found in Reference (1].

ANSYS [3,4] and STARDYNE [5] computer programs were used in Phases I and II
respectively. The analytical models were obtained from the 3D CADDS database
utilizing existing translator programs.

The steel module Floor Response Spectra (FRS) generated to assess the seismic
behaviour of each module was generated with the AECL in-house code FRS2-MICRO.
FRS2-MICRO uses the natural frequencies, mode shapes and modal participation
factors contained in the STARDYNE generated TAPE4 as input for the FRS
generation.
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5.0 ANALYSIS MODELS

The analysis models used in the Seismic Optimization process are described
below. A simple Reactor Building module, RM40, is used as an example to
demonstrate the process.

5.1 Independent Model: Fixed Base Module RM40

The original steel module designs for RM40 is illustrated in Figures 5. RM40
is located above the Fuelling Machine Maintenance Lock 115 M Floor on the
D side of the Reactor Building and contains F/M auxiliaries, D20 valve
station, Floors at elevation 117 and 122.5 m and HVAC equipment.

For Phase I of the optimization process, fixed base conditions were assumed
where modules columns and beams are to be connected to the concrete internal
structure. Lumped masses were applied and starting with the original steel
module, an iterative analysis process was performed in which a response
spectrum analysis was performed. The input was taken as the FRS at elevation
117.3 m, which is approximately the average elevation of RM40 steel module.
After each analysis iteration, designer input was obtained and changes were
made to improve the seismic response. These changes included using additional
cross bracing to stiffen the structure to resist excessive sway, increasing
beam and column cross section sizes to eliminate local flexible vibration
modes, adding more restraints points from the steel modules to the concrete
internal structure and increasing the use of full moment connections.

Optimized module RM40 is shown in Figure 5. A similar procedure was repeated
for modules RM21 and RM10. The optimized modules were then used in the
Integrated Model.

5.2 Integrated Model: Concrete I/S with Steel Modules

The optimized steel modules were integrated with the complete 3D model of the
concrete internal structure and the stick model containment structure. This
model has been designated the "Integrated Model" and is shown in Figure 6.
The entire model was placed on soil springs used to model the soft, medium and
hard rock design basis soil conditions. This model is capable of accounting
for the concrete I/S / steel module interaction. An important structural
characteristic of this model is its capability to model the concrete internal
structure torsional natural frequency to a greater accuracy than the stick
model internal structure used in the earlier conceptual analysis stage.
It was observed that the equipment placement on the steel modules via lumped
masses can have a significant impact on the module dynamic response.
Therefore to achieve realistic and accurate seismic analysis results, a
detailed model of the concrete/steel structure as provided by the Integrated
model is required.

6.0 SEISMIC ANALYSIS RESULTS

Attached in Tables 1 and 2 are sample acceleration levels in steel modules
RM10, RM21 and RM40 (Figure 6) in addition to the concrete I/S and
Containment Structure (C/S) based on CQC modal combination rule. Figure 7
shows representative FRS curves generated at selected module and concrete
nodes for the hard rock soil case.

The following observations are noted from the seismic analysis results of the
steel modules:
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• The fundamental vibration mode of the system has a frequency of 3.7 Hz
and 7.5 Hz for the Soft Soil and Hard Rock site conditions respectively,
which is the C/S rocking mode.

• The Hard Rock FRS response is generally greater then the Soft Soil
response.

It is noted that the CQC acceleration levels predicted for modules in
the integrated model were comparable with the Phase I independent model
results.

• The addition of steel modules does not significantly effect the concrete
I/S seismic response.

• The seismic response for steel modules have been reduced significantly
from the early conceptual results. In some areas the reduction is as
high as 60%.

The peak accelerations for the modules in the A/C and B/D directions are
not the same due to the non-symmetric nature of the module to concrete
connections.

• The peak steel module FRS accelerations are comparable with the concrete
acceleration values predicted at the the top of the steam generator box.

• The steel module response is sensitive to the location of equipment
lumped masses on the steel floors.

7.0 CONCLUSIONS

Modular reactor construction advantages result in greater productivity and a
reduced construction schedule. Achieving an acceptable seismic design for the
CANDU 3 modules requires an iterative optimization process to be conducted in
which the module Designer and Analyst work closely together to improve the
module seismic performance. The main conclusions of this study are:

• It was determined that high module seismic response occurs due to the
steel module flexibility, which may be local or significant lateral
sway. Excessive module flexibility is dependent on lack of connection
points to the concrete internal structure, insufficient use of cross
bracing, use of inadequate structural sections, and the lack of floor
supporting columns and moment connections in the steel module. As a
result, the seismic response of a flexible steel module can vary
significantly from its adjoining concrete structure when the
concrete/steel interaction effects are accounted for.

• A seismically designed modularized CANDU 3 reactor building can be
attained if particular attention is made to eliminate excessive module
flexibility.

• A two phase seismic optimization process is proposed that will quickly
ferret out module deficiencies in the first phase, followed by the
second phase where integrated model developed is capable of accounting
for module/concrete structural interaction accurately.

• In general the steel module Floor Response Spectra (FRS) generated from
the integrated model, after performing the module optimization, are
within acceptable levels.
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• Benefits of the integrated steel/concrete model include greater accuracy
in the base slab overturning forces and inclusion of the internal
concrete structure torsional mode effects on the steel module seismic
response.

• The Hard Rock site conditions produce greater prak accelerations levels
in the steel modules.

• Increased connection of the modules to the concrete reduces the seismic
response at the expense of higher thermal loads. However, the thermal
loads appear to be with allowable limits.

Future analysis studies and development work include:

• Further studies to optimize and confirm the module/concrete connection
with the aim of reducing the thermal loads without compromising the
seismic response.

Study the addition of miscellaneous steel into the integrated model.
The seismic response may be improved permitting the use of smaller steel
sections. The thermal loads would also need to be investigated.
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TABLE 1 : CANDU 3 MODULE STRUCTURAL ACCELERATIONS

Module

RM10

Node

223

Elev.

122.5

Acceleration ( g)
Soil

Soft

XI
.57

X2

.71

X3
.41

Medium

XI
.53

X2
.93

X3
.42

Hard

XI
.42

X2

.84

X3
.50

RM21 1711

1692

122.5

122.5

.67

.71

1.13

1.05

.45

.69

.76

.92

.94

.88

.39

1.45

.88

1.35

.86

.85

.35

1.52

RM40 1362

1437

122.5

122.5

.92

.81

2.04

1.22

.52

.48

1.22

.96

2.29

1.32

.82

.99

1.50

1.06

2.62

1.63

.67

1.12

Table 2 : CANDU 3 CONCRETE STRUCTURAL ACCELERATIONS

CONCRETE I/S

Node

883
1233

Elev.

123.5

131.3

CONCRETE C/S

6

9

122.5

143.5

Acceleration ( g )

Soil

Soft

XI

.63

.84

X2

.79

.92

X3
.40
.34

Medium

XI
.65

.89

X2

.86

.99

X3

.33

.33

Hard

XI

.58

.86

X2
1.01

1.09

X3
.27

.23

.60

.97

.61

.98

.31

.33

.68

1.15

.68

1.15

.28

.31

.77

1.36

.72

1.27

.26

.35



FIGURE 1 CANDU 3 STATION LAYOUT

RGURE 2 CANDU 3 STATION
LAYOUT PLAN

HGURE3 CANDU 3 REACTOR
BUILDING SECTION



FIGURE 4 CANDU 3 REACTOR BUILDING MODULES RM10 & RM20



ORIGNAL RM40 STEEL MODULE

FIGURE 5 : MODULE RM40 BEFORE AND AFTER OPTIMIZATION
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FIGURE 7 : CANDU 3 INTEGRATED MODEL - HARD ROCK FRS
RM40 EL. 122.5, NODE 1362, A/C (x2) DIRECTION
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SLARette MARK 2 SYSTEM
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ABSTRACT

The SLAR (Spacer Location and Repositioning) Program has
developed the Technology and Tooling necessary to Locate and
Reposition the Fuel Channel Spacers that separate the Pressure
Tube from the Calandria Tube. The In-Channel SLAR Tool contains
all the Inspection Probes and is capable of moving Spacers under
remote control. The SLAR Inspection Computer System translates
all Eddy Current and Ultrasonic signals from the In-Channel Tool
into various graphic displays. The In-Channel SLAR Tool can be
delivered and manipulated in a fuel Channel by either a SLAR
Delivery Machine or a SLARette Delivery Machine. The SLAR
Delivery Machine consists of a modified Fuelling Machine and is
capable, of operating under totally remote control in automatic or
semi-automatic mode. The SLARette Delivery Machine is a smaller
less automated version which was designed to be quickly
installed, operated and removed from a limited number of Fuel
Channels during regular Annual Maintenance Outages. This paper
describes the Design and Operation of the SLARette Mark 2 System.

1. INTRODUCTION

The SLAR (Spacer Location and Repositioning) Program developed
the Technology to Locate and Reposition the Fuel Channel Spacers
that separate the Pressure Tube from the Calandria Tube. The
SLAR system must operate on channels with up to 100,000 EFPH
(effective full power hours) and to be used on a continuous basis
in an automated mode. The SLAR system was developed based on
existing fuelling machine technology. The CANDU 6 SLAR Delivery
Machine is shown in Fig. 1, it is slightly larger than a CANDU 6
Fuelling Machine. The SLAR Delivery Machine contains a
Mechanical Ram which removes the Channel Closure and Shield Plugs
and a telescopic Hydraulic Ram which deploys the SLAR Tool into
the fuel channel, these two rams are indexed by means of a Turret
which is attached to a conventional Fuelling Machine magazine and
snout assembly. A large drum is located beneath the magazine to
take up the umbilical cable which supplies the SLAR Tool.



UNMODIFIED FUELLING MACHINE SLAB

(PICKERING 'B1 WITH LOWHR GIMBAL)| DELIVERY SYSTEM

TWO POSITION TURRET AND HYDRAULIC
RAM WITH SLAR TOOL

MODIFIED MECHANICAL RAM

UMBILICAL CABLE STORAGE SYSTEM

FIGURE 1 SLAR DELIVERY MACHINE

SLAR requires the removal of a Fuelling Machine which is replaced
by the SLAR Delivery Machine. The SLAR Delivery Machine works in
conjunction with the other fuelling machine to defuel the channel
and in effect becomes part of the Fuel Handling system with the
operation run from the Fuel Handling Control Console. The SLAR
operating system is shown in Fig.2. It is expected that the
SLARing of a complete reactor in this manner will take 3-8 months
(depending on the amount of spacer movement needed).
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The SLARette system evolved from SLAR in response to a need by
some utilities to avoid the long outage associated with SLAR and
achieve the same results over several annual outages. The basic
requirements for SLARette were therefore still to be operable on
channels with up to 100,000 EFPH, to make maximum use of
developed SLAR technology and to be quick and easy to install and
remove.

The SLARette system as described below meets these requirements.
SLARette utilizes essentially the same in channel tool and
inspection system as SLAR, the SLARette delivery system is
however quite different.

2. SLARette Tool

The In-Channel tools for the SLARette system are basically
identical to the SLAR Tools with the exception that the Umbilical
Cable is considerably longer and has no armour between the cable
bundle and the urethane jacket. (Fig.3)

LOAD REACTION
BEARINGS

DELIVERY MACHINE
HYDRAULIC RAU

LINEAR INDUCTION MOTOR (UU)
TOR SPACER REPOSITIONING

FLEXIBLE
COUPLINGS

ULTRASONIC WALL
THICKNESS PROBES

(FOR COMPENSATING
GAP READING)

SLAR
'UMBILICAL'

FIGURE 3 : SLAB TOOL

The Tool is approximately 185 cm long, 8 to 10 cm in diameter,
and weighs 80 kg. The Tool consists of the following components:

. A central Bending Tool for unpinching the Spacers.

. Two LIMs (Linear Induction Motors), one located on each end
of the bending tool, for moving unpinched spacers.



Two Eddy Current Spacer Location Probes, mounted
concentrically under the bearings of the Bending Tool.

A Spacer tilt Eddy Current coil mounted inboard of the free
end location probe.

Four pressure tube to calandria tube Gap Eddy Current
detection Probes, one mounted at each of the 6 and 9 o'clock
positions, adjacent to the Location Probes.

Four ultrasonic pressure tube Wall Thickness Probes, one
mounted immediately inboard of each of the gap eddy current
probes, for compensation of the gap readings.

A cluster of six line focused Ultrasonic Blister Detection
Probes, mounted on the free end of the Tool, which scan the
bottom 60° of the pressure tube, between 5 and 7 o'clock,
for indications of cracked blisters.

Articulated Joints at the Ram end of the Tool, and between
each of the LIMs and the Bending Tool to allow the tool to
be sufficiently flexible to pass through a sagged pressure
tube.

The Umbilical Cable, a hybrid cable containing the power
conductors for the LIMs, the signal cables for the
inspection probes, and a hydraulic hose to supply
pressurized D20 for the operation of the pistons of the
bending tool.

The coupling which attaches the tool to the delivery machine
push tubes.



3. SLARette Inspection System

Schematic of the SLARette system is shown in Fig.4. Signals from
the probes in the Tool are transmitted through the Umbilical
Cable and processed through three Inspection System Computers and
displayed to the Inspection System Operators. The SLARette
Inspection System is basically identical to the SLAR Inspection
System.

SLAR-ette SYSTEM DIAGRAM
SLAR-ETTE

TURRET
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SLAR-ETTE
DRIVE

TOOL
BENDER LIM

F/M
OPERATOR

SLAR-ETTE
OPERATOR

INSPECTION
SYSTEM OPERATOR

SLASette- SYSTEM DIAGRAM

Inspection System 1 basically consists of an Eddy Current sub
system and Ultrasonic sub system and a DEC Inspection Computer
sub system.

The Eddy Current sub-system consists of transmit and receive
channels and is used for spacer location, spacer tilt and gap
measurements.

The Ultrasonic sub-system consists of two Novascope 3000 UT
instruments for the wall thickness probes. Wall thickness data
is collected from either the two Ram end probes or two Free end
probes and transmitted directly in digital form to Inspection
Computer 1.



The analog Eddy Current and digital Ultrasonic outputs are sent
to Inspection Computer 1 which is a DEC LSI-ll computer board and
module. This Inspection Computer System 1 performs all
calculations and outputs a wide variety of graphic displays for
the Spacer Location, Spacer Tilt and pressure tube to calandria
tube Gap capabilities. A video printer is also connected to
provide hard copy of all graphic displays.

Inspection System 2 consists of an Ultrasonic sub-system and a
DEC Inspection computer system. The KB 6000 ultrasonic
instrument operates six ultrasonic probes and is used to detect
flaws in the pressure tube. Inspection computer 2 also contains
hardware based on DEC LSI-11 computer boards and modules. The
graphics monitor and video printer are shared with System 1.

A third Inspection Computer has been added to process eddy
current distortion data due to pressure tube wall thickness
variations and also archive all blister data to optical disk.

A Position Reference Computer (PRC) is used within the SLARette
system to determine the axial and rotational positions of the
SLARette Tool and communicates this information to the Inspection
System and SLARette Operators.

The Inspection Computers use the position information from the
PRC to trigger the data acquisition necessary for SLARette
inspections and to correlate the collected Data to Fuel Channel
position.

The complete SLARette system is set up within containment at a
CANDU 6 station with the SLARette Inspection Control System
located in Room 005 of the Reactor Building.

4. SLARette MARK 1 DELIVERY SYSTEM

The initial development of SLARette required feeder freezing to
isolate the Fuel Channels. The Fuelling Machine defuels the
channel and removes the Shield Plug and replaces the Channel
Closure. Freeze plugs are then installed in the inlet and outlet
feeders, a process that can take up to 15 hours. Once the
adequacy of the plugs are confirmed by a hydrostatic test the
Channel is drained by the downstream Fuelling Machine. At the
SLARette end the Channel Closure is removed manually and the
SLARette Delivery Machine is aligned and clamped onto the End
Fitting. The Channel is then back flooded from the downstream
Fuelling Machine and is then ready to receive the SLARette Tool.

The SLARette Mark 2 Delivery system was developed to eliminate
the need for feeder freezing thereby improving the productivity
of SLARette. Many of the features of the Mark 1 system have been
retained or improved on in the Mark 2 version. A detailed
description of the full SLARette Mark 2 system is given below.



5. SLARette MARK 2 DELIVERY SYSTEM

The Delivery System is shown in Fig.5 & 6. It consists of a
Carriage/Platform assembly to support the Delivery Machine from
the Fuelling Machine Bridge, an Elevating Platform to position
the Delivery Machine, a Turret to provide access to non isolated
fuel channels, Axial and Rotary Drives to control the position of
the Tool in the channel, a Calibration Tube to calibrate the
functions of the Tool and a D20 Supply System to fill and drain
the Delivery Machine. The functions of each component are
described below.

FIGURE 5: SLARETTE DELIVERY SYSTEM MK II



5.1 Carriage and Platform

The SLARette Platform is approximately 1.5 m wide and 6.6 m long
and is constructed of structural steel and aluminum. The
Platform is hung from a SLARette carriage which is supported by
the rails of the fuelling machine bridge. The platform/carriage
provides for a stable surface for the Delivery Machine and the
Operators. The Carriage and Platform is supplied with its own
electric motor and drive to provide X motion along the bridge.
It can travel between 0.9 and 1.8 m/min.

5.2 Elevating Platform

The Elevating Platform is an electromechanically operated scissor
lift and is the base of the Delivery Machine. It provides the
Delivery Machine with sideways or X motion (manual), up and down
(fine Y) motion adjustment within +/- 75mm and for and aft tilt
adjustment to +/-50mm from horizontal. On top of the platform
are two linear bearing tracks which provide for the Z-motion.
These various motions allow alignment and homing onto any Fuel
Channel.

5.3 Turret and Transition Tube

The Primary and Secondary Turrets and Transition Tube are the
main components of the SLARette Mark 2 Delivery System which
allows the system to access a non-isolated fuel channel. The
Primary Turret has a housing which attaches to the End Fitting
and is securely clamped by four mechanical jaws which draw the
Turret housing against the End Fitting "E" face. An 0-ring
provides the seal between the End Fitting and the Delivery
Machine.

The Rotor of the Primary Turret contains the Channel Closure
Removal Tool and also allows the Transition Tube to slide axially
through it into the End Fitting. The Rotor of the Primary Turret
rotates to allow either the Channel Closure Removal Tool or the
Transition Tube to be aligned with the fuel channel.

The Channel Closure Removal Tool is capable of removing, storing
and installing a channel closure. The Tool is capable of
removing a Channel Closure which has been installed by a Fuelling
Machine at a standard Force 4.

The calibration tube is attached to the Secondary Turret housing
and the Transition Tube to the secondary turret rotor. The
transition tube is the link between the Primary and Secondary
Turret Rotors.



When the Channel Closure is removed and stored in the Primary
Turret, the Turret Rotors and Transition Tube are rotated to
align the Transition Tube with the fuel channel. The Transition
Tube, Secondary Turret, Calibration Tube and Drive Unit Assembly
are all advanced forward approximately 300 mm to allow the
Transition Tube to enter the End Fitting. A manually driven ball
screw arrangement is provided to accomplish this axial movement.
The Transition Tube has the same internal diameter as the
Calibration Tube, End Fitting Liner and Fuel Channel Pressure
Tube. Clear access to the fuel channel is now available for the
SLARette Tool.

The pressure boundary of the Primary and Secondary Turrets,
Transition Tube, Calibration Tube and main Seal Assembly are
Nuclear Class 1 components.

5.4 Axial and Rotary Drive

The SliARette Drive produces and transmits both Rotary and Axial
motions to the SLARette Tool while producing position indication
signals, of both rotary and axial positions. The Assembly
consists of a fixed structure which attaches to the Calibration
Tube and an outboard structure which is supported by the fixed
structure and can rotate relative to it. The fixed frame houses,
the Rotary Drive and the Rotary Position Encoder while the
rotable frame houses the Axial Drive Assembly, Drive Rollers and
the Axial Position Encoder.

The Drive Rollers are pressed against sectional Push Tubes.
There are five Push Tubes each about 2.4m long and they form a
flexible attachment to the Tool (to negotiate a bent channel) and
are joined together by a special quick disconnect. The Push
Tubes are cylindrical (50mm 0D) and have a flat of about 12 nun
wide machined full length. This flat engages with a flat on one
of the drive rollers to prevent rotation or spiralling of the
Tool. The Push Tubes are externally pressurized when in the Fuel
Channel and as such are a part of the Class 1 pressure boundary.
The Push Tubes travel through a special seal package located on
the fixed structure of the Drive. The Tool Umbilical Cable
passes through the internal of the Push Tubes.

A Conveyor is attached to the back end of the Elevating Platform
and is used to support the Push Tubes and provides a surface for
adding and removing the sectional push tubes.

The Axial Drive is capable of moving the Push Tubes between 5 and
55mm/sec. The Rotation Drive is capable of rotating the Tool at
speed of 0.3 to 3 rpm. The Rotational Drive and therefore the
Push Tubes can be rotated plus and minus 200 degrees at which
point limit switches are contacted to stop further rotation.
Mechanical stops are provided at plus and minus 205 degrees in
case of failure of the limit switches.
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5.5 Calibration Tube

The Calibration Tube is a Reactor Grade Pressure Tube which has
been specially selected to have a circumferential wall thickness
variation of at least 0.25 mm and have a sinusoidal wall
thickness change. This Tube is required to calibrate the Tool
which is located inside it as well as provide a carrier/storage
location for the Tool. The Calibration Tube forms part of the
Class 1 Pressure Boundary, and is attached to the Axial and
Rotary Drive on one end and the Secondary Turret at the other
end.

The Calibration Tube has several machined features which can be
used for Tool Calibration. These include a Slanted Groove, Wall
Thickness Reduction Constriction, Ultrasonic Notches and Flat
Bottom Holes.

The Gap Calibration device consists of a movable section of
Calandria Tube which is held round by a series of Nylon Rings.
The Calandria Tube moves radially up and down with respect to the
calibration Tube. This is accomplished by horizontally pivoting
the Calandria Tube and providing an electrical stepping motor and
jack screw assembly to provide fine adjustment of the Calandria
Tube's vertical movement. The annular gap between Pressure Tube
and Calandria Tube is measured by a LVDT (Linear Variable
Differential Transformer).

5.6 D.,0 Supply Station

The D20 Supply Station incorporates three 10 gallon Stainless
Steel tanks. Two of the Tanks are interconnected and used for
Filling Venting and Draining of the Delivery Machine. The third
tank is used exclusively for leakage collection from the Push
Tube Main Seal.

6.0 SEQUENCE OF OPERATIONS fMARK 2 DELIVERY SYSTEM)

The Mark 2 Delivery System works in conjunction with the
Fuelling Machine and is set up to SLAR in the following
sequence:-

. Fuelling Machine defuels channel, removes Shield Plug and
reinstalls Closure Plug.

. SLARette Delivery Machine manually clamped onto End Fitting.

. Fill and Vent Delivery Machine.

. Manually operate Channel Closure Removal Tool and open the
End Fitting.
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. Rotate the Turret 180° to align Transition Tube with the End
Fitting and Calibration Tube.

.Advance Transition Tube into the End Fitting.

.Move Tool into the Channel by adding Push Tubes as required.

•Perform SLAR activity on Channel Spacers.

•Removal Operations basically the reverse of the above.

7. SUMMARY

The SLARette System (Mark 1) has been modified by incorporating a
Turret Assembly into the Delivery System thereby eliminating the
need to isolate the Fuel Channels by Feeder Freezing. The Turret
incorporates a Channel Closure Removal Tool and is rotatable to
align the SLAR Tool with the Channel. The elimination of Feeder
Freezing is a major productivity improvement that should
significantly reduce the duration of SLARing a Channel. The
Target .of one channel per 12 hour shift or better should be
achievable. The SLARette Mark 2 system incorporates the current
SLAR Inspection System and Tool designs and has been successfully
tested at AECL-CANDU. This complete Mark 2 SLARette System was
delivered to Point Lepreau NGS in March 1991. It was used
successfully on four fuel channels during a short maintenance
outage in April 1991 and again on a further five fuel channels in
April 1992. Point Lepreau will be using the SLARette System on 10
to 20 fuel channels per year during their upcoming yearly
maintenance outages. The SLARette Mark 2 System as designed can
be used on all CANDU 6 Reactors as well as the Pickering
Reactors. With some modifications the Systems can be adapted to
the Bruce End Fitting/Closure configuration.

The complete SLARette Delivery and Control System can be set up
and operational in a CANDU 6 station in less than 48 hours and
dismantled and removed for storage in less than 24 hours.

The SLARette Delivery System is a versatile system that could be
used to deliver other (i.e. non SLAR) Probe Assemblies into the
Fuel Channel.



CONTROL OF CANDU 3 FUEL HANDLING OPERATIONS USING A DEDICATED
DISTRIBUTED CONTROL SYSTEM

D.Arapakota, J.A.Yip and R.Anderson
AECL CANDU

Sheridan Park Research Community
Mississauga, Ontario

INTRODUCTION

The Fuel Handling (F/H) System in existing CANDU 6 plants was
designed in the early 1960's, utilizing the technology available
at that time, including the use of oil hydraulic motors for
driving some of the mechanisms. Position control for these
mechanisms was implemented using on/off control. The system was
designed to be operated in full automatic mode through a single
centralized computer system, which performs both the control and
display functions. The F/H control computer system is shared
with only one of the main plant control computers (DCC-Y) and in
order to ensure continuity of F/H operations during the possible
unavailability of the control computer system, full manual back-
up control and operator interface was provided using discrete
hardware (such as relays, current alarm units,analog controllers,
panel indicators, switches etc.). The control software was
written in Assembly language and highly skilled computer
engineering staff are required to maintain the F/H control
software. This design has proven to be adequate in meeting the
basic control requirements, however, the sharing of the F/H
control computer with the main plant control system has resulted
in some operational limitations for enhancing the operation of
the F/H system.

The design of the CANDU 3 F/H system is based on the latest
available technology utilizing standard off-the-shelf equipment
to the maximum possible extent. All the mechanisms in the F/H
system are driven by brushless d.c servo motors with resolver
position sensors, which facilitate accurate closed loop position
control. The control system design is based on the following
primary design decisions:

(a) Totally decouple the F/H control system from the main
plant control system to provide for maximum operational
flexibility for the F/H system. This is in line with
the current design practice at multi-unit CANDU
stations such as Bruce and Darlington.

(b) Separate control and display functions so that systems
most suitable for each function can be utilized.



(c) Provide an independent hardwired protective logic
control system to minimize the consequence of software
failure and to avoid safety critical categorization of
F/H control software.

(d) Take advantage of currently available distributed
control technology.

Based on the above primary design philosophy, it vvas decided to
implement a dedicated Distributed Control System (DCS) for
the CANDU 3 F/H system. Accordingly, a generic system
configuration has been designed meeting certain pre-defined
detailed design criteria.

CONTROL SYSTEM CONFIGURATION

Control of the F/H system involves mainly logic control
operations (configured either for interlocks or for sequential
control) and motion control operations together with a small
amount of conventional process control. These control operations
are ideally suited to the functionality and capability of
Programmable Logic Controllers (PLC's). It was therefore decided
to base the F/H control system configuration on PLC's.

The control system configuration proposed to be implemented for
the CANDU 3 F/H system is shown in Figure-1. This is a generic
configuration, whose design requirements can be broadly met by
most of the commercially available systems, with minor variations
ppecific to each system architecture.

The control system configuration contains functional controller
units for the following major subsystems and functions:

(a) Fuelling Machine (F/M) Carriage system
(b) F/M Head system
(c) New Fuel Transfer system
(d) Irradiated Fuel Transfer system
(e) F/M Fluid system
(f) Sequential Control system

Each of the above systems is controlled by an individual PLC.
These P L C s are connected through a peer level communication
network exclusively for data exchanges between them.

The first four functional control units have a number of sub-
functional units (Motion Controllers) connected to each of them
to perform motion control for individual mechanisms.

A separate communication path (data highway) is provided for data
transfers between the display computer system and the distributed
PLC network.
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Distributed Control System configuration for CANDU-3 Fuel Handling System



A centralized programming facility is also provided for all the
control units.

DESIGN OBJECTIVES

The F/H distributed control system configuration is designed to
meet the following objectives:

(a) Provide optimum system performance.
(b) Ensure reliability and availability at least equal to

CANDU 6 performance.
(c) Help minimize the impact of Software Quality

Assurance on the control system design.

The above objectives are achieved by adopting the following
design criteria:

(a) An appropriate control system structure.
(b) Optimum distribution of control functions.
(c) Selection of suitable controllers for the required

control functions.
(d) Minimize communication delays.
(e) Provision of suitable levels of redundancy.

Details on how these criteria were adopted in developing the F/H
control system configuration are provided below.

DESIGN CRITERIA

Matching of Control System Configuration with the F/H system

The F/H system overall operation is basically sequential in
nature with a limited amount of parallel control operations. It
is divided into logical subsystems where each subsystem can
function almost independent of other subsystems in the sequence
of operations. Therefore the control system configuration was
selected to exactly match the natural F/H system structure and
separate PLC's are provided for the control of each subsystem so
that each PLC can function almost independently with only
limited data exchanges between them.

Distribution of Control Functions

The F/H system requires the following types of controls:

<a) Logic control
(b) PID control
(c) Motion control
(d) Sequential control

Once the distributed control system functions are determined at
the subsystem level, further functional distribution is carried



out based on the type of required control functions to achieve
the optimum system performance.

The logic and/or PID control for each subsystem are localized and
specific to each subsystem. Any medium level PLC can handle these
functions. Therefore for each subsystem, both logic and PID
control functions are allocated to their respective PLC units.

The motion control function is highly specialized and needs
extensive processing and very fast loop updates. Therefore
individual motion controllers are used for the control of each
mechanism. Motion co-ordination and supervision of motion control
is carried out by the respective PLC's to which the motion
controllers are connected.

The responsibility for overall operation of the F/H system is
allocated to a separate supervisory sequential controller, again
using a PLC for control. This PLC communicates with each
subsystem PLC via a peer level communication link for downloading
operation commands and receiving feedbacks. This sequential
control PLC does not require any direct field I/O connections.

Selection of Suitable Control Hardware

The PLC's for the control of subsystems F/M Carriage, F/M Head,
New Fuel Transfer and Irradiated Fuel Transfer Systems handle
predominantly logic control and supervise motion control. They
also need only limited arithmetic processing capability and do
not need large memory.

The PLC for the F/M Fluid System predominantly handles
conventional process control including PID control. Therefore it
does not require any special control function modules.

The PLC for Sequential Control needs a large amount of memory to
handle the large number of jobs (about 20) and sequences (about
100). Therefore a PLC with large memory is required for the
sequence controller.

In the CANDU 3 F/H application, except for motion control, there
are no time critical control response requirements. Therefore
medium level PLCs are suitable for all subsystem level controls.
Only motion control functions need very fast loop update (less
than 1 ms) and response times. Therefore separate motion control
modules are provided and connected to their respective subsystem
level control PLC's. These motion controllers have their own
microprocessors and I/O and communicate to their respective PLC's
by a serial communication link (see Figure-1).

Present day PLC's are highly modular and this enables the user to
customise the system from the same family of hardware and
software compatible modules. Therefore it will not be
necessary for a station to maintain a large inventory of various
types of modules.
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Minimization of Communication Delays

In a distributed system it is essential to minimize communication
delays. Communication takes place within the different PLC's of
the control system as well as between the control system and the
display computer system which provides the Human-Machine
Interface.

Communication within the Control System. In F/H application, the
following types of communication takes place between the PLC's:

Communication between subsystem control PLC's. This
communication is infrequent and data exchanges are
limited to permissives for operational interlocks.

Communication between subsystem control PLC's and the
Sequential control PLC. This communication takes place
continuously during the system operation in both full
automatic and semi-automatic modes, but with only one of
the PLC's at a time, depending on the specific task being
performed. The data basically consists of sequence commands
and feedbacks and therefore does not have any timing
constraints.

A peer level communication link is provided for exclusively
handling both the above types of communication.

Communication with the Display Computer System. Unlike in a
process control environment, the mechanical status of the
equipment is continually changing in the F/H environment.
Therefore it is important to provide the F/H operator with the
most up-to-date status of the F/H system. This requires
minimization of communication delays between the control system
and the display computer system.

Appropriate communication between the distributed control system
and the display computer system can be achieved in a number of
ways and is to some extent control system vendor specific. In the
generic system configuration shown in Figure-1 a redundant
communication path is provided which assumes a simple
command/response type communication protocol. This system enables
the display computer system to control the communication and
obtain control data simultaneously via both the communication
paths and from different PLC's in each path. Depending on the
task being performed, the display computer can optimally
schedule communication to minimize the communication delays.



Redundancy in the Control System

The following factors were considered in providing appropriate
redundancy in the F/H control system:

(a) The station can tolerate unavailability of the F/H
system for up to three days without the need for de-
rating the reactor output.

(b) In a distributed control system, the possibility of a
total system failure is remote. If failures occur they
are likely to be localized and affect only the limited
functionality of the system.

It is a well recognized fact that the overall
reliability of a distributed control system is
relatively high compared to that of a single
centralized computer control system.

(c) Modern PLC's are highly modular and have extensive self
diagnostics with a typical MTTR (Mean Time To Repair)
of less than an hour.

(d) An appropriate amount of hardwired protective logic
control will be provided, such that failure of the
control system will not affect the safety related
functions of the F/H system.

(e) A back-up manual control panel is proposed to be
provided with limited functionality for critical
control and indications in case of total failure of
control system and/or display system.

Based on the above rationale, it is planned that the F/H
controllers will not be provided with any redundancy, i.e.,
single P L C s without back-ups will be used for each subsystem
control. However, redundancy is planned to be provided for the
communication system which functions across the total distributed
control system.

SELECTION OF A SUITABLE SYSTEM

Most of the PLCs available from established vendors in the market
have almost identical control capabilities with minor variations.
All of them support Relay Ladder Logic (RLL) programming. Even
though RLL is widely used in regular industrial applications, it
is not well suited for use in nuclear reactor on-line control
operations where Software Quality Assurance (SQA) is of utmost
importance. The cost of control hardware is relatively small when
compared to the total cost of SQA.



Therefore it was felt that the selected system must support a
programming environment which is suitable for F/H application and
also helps in reducing the impact of SQA.

The following criteria was used in selecting PLC hardware with a
suitable programming environment, for use in a pilot system
evaluation:

(a) As the F/H operations are predominantly sequential in
nature,the programming environment should support
SEQUENTIAL FUNCTION CHARTS (preferably based on the
GRAFCET standard) for sequential control.

(b) The programming language should be a high level
language and support both logic and arithmetic
processing in a similar and integrated fashion.

(c) The programming language should facilitate structured
software design and preferably support Object Oriented
Programming concepts.

(d) The programming environment should support on-line and
off-line debugging and troubleshooting,

(e) The programming environment should support software
test tools and system simulation tools.

(f) The programming environment should support automatic
documentation.

EXPERIENCE WITH A PILOT CONTROL SYSTEM

Early in the CANDU 3 conceptual design phase it was decided to
carry out evaluation tests on some PLC hardware and software.
We selected one of the commercially available PLC's which broadly
met our F/H control system requirements. This system is currently
being used for the control of the Fuelling Machine used in a
laboratory demonstration of single ended refuelling operations.
As this particular Fuelling Machine had conventional oil
hydraulic drives, we did not use Motion Controllers for drive
position control. The hydraulic drive position control was
implemented in the main PLC itself.

The PLC was used for performing the following functions:

(a) Sequential control of the Fuelling Machine.
(b) Position control for B Ram, Latch Ram, C Ram and the

Magazine.
(c) B Ram force control.
(d) Control of Feelers, Retractors, Stops and all process

valves.
(e) Some of the logic interlocks.
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(f) Monitoring of the status of the Fuelling Machine
and its Fluid system.

A remote I/O system was used with both analog and digital
signals. An IBM compatible PC-AT used to provide the Human-
Machine Interface, was connected to the PLC via a RS-232
communication link. The control software was developed on a PC-AT
and then down loaded to the PLC. The vendor supplied CASE
(Computer Aided Software Engineering) tool was used for software
development.

Most of the control software was based on Sequential Function
Charts (SFCs) using a high level language (similar to state logic
control languages). An example of a SFC structure for a typical
F/H sequence with Latch Ram position control is shown in
Figure-2.

The pilot system evaluation has demonstrated that Sequential
Function Chart based programming is ideally suited to programming
sequential operations (Jobs, Sequences and Steps) which are a
cornerstone of the automatic control of F/H operations.

Considering the fact that a single PLC was used for performing
all the above control functions, the performance of the system
was found to be quite satisfactory. We were able to demonstrate
good position control of the Fuelling Machine drives. The PLC
scan time for performing the total control is about 50 milli
seconds which is shorter than the position control loop update
times in current CANDU 6 control computers.

Our experience has shown that by using suitable CASE tools, the
program coding time can be substantially reduced (almost to 25%
of the time taken for a CANDU 6 system). This also considerably
reduces the time required for program review, verification and
validation functions. Experience to date has also confirmed that
with a PLC based system, F/H control system software development
can be carried out by staff who may not be highly skilled in
computer software techniques.

APPLICABILITY OF CANDU 3 DESIGN CONCEPT TO EXISTING STATIONS

The dedicated distributed control system concept designed for the
CANDU 3 F/H system is equally applicable to any existing CANDU 6
F/H system with minor changes to accommodate the current CANDU 6
use of oil hydraulic drives. In this case the subsystem PLC can
also handle the respective drive controls directly (as in the
pilot control system).

The software for the most important control functions such as
sequential control and drive position controls for the Fuelling
Machine have already been tested and proven in the pilot control
system. This proven software is directly applicable to existing
CANDU 6 F/H systems.



SFC for a typical F/H Sequence

{step no.3 commands }
{move L-Ram to pos Z)
NEW_LR_POS:=L_Z;
on (L_RAM);

{step no.3 feedbacks)
{L-Ram is at pos Z }
LR_RCHD_POS=L_Z

SFC for Latch Ram Position
Control

L _ J SFC start & Initialization

I I Step - for commands

Transition - for feedbacks

Figure-2

Excimples of Sequential Function Chans for a typical F/H sequence
and Latch Ram Position Control



When a distributed control system configuration is used for an
existing CANDU 6 F/H system, the scan time for each PLC is
expected to be less than 25 milliseconds, which can provide
excellent system response.

Current experience during Wolsong II detail design has shown that
equipment such as control relays and current alarm units are no
longer available from our traditional suppliers. Because
replacements involve extensive design activity to accommodate
changes such as terminal numbers and physical size, the use of a
PLC based dedicated distributed control system becomes more and
more desirable as a retrofit into existing CANDU-6 stations.

CONCLUSION

The CANDU 3 F/H control system design described in this paper
provides the following advantages when compared to earlier
CANDU 6 systems.

(a) Elimination of full back-up control panel and the
associated discrete hardware for controls and
indications. This results in saving in capital,
engineering, construction and site operation costs.

(b) Elimination of backup control hardware and panels
results in saving of space in the control room as well
as in the control equipment room.

(c) The selected distributed control system architecture
can facilitate geographical distribution of PLC and
motion control hardware resulting in additional savings
in the cost of cabling.

(d) By providing highly functional distribution of
controls, the cost of overall software quality
assurance can be reduced by applying higher level of
SQA only to those functions which require it, rather
than to the whole F/H system.

(e) By selecting a suitable programming environment and
software engineering tools, the implementation of SQA
becomes relatively easier.

(f) By using a higher level programming language, the
person-years required for control program development
is considerably reduced.

This also facilitates better software maintenance,
quicker software modifications and improvements by the
station operating staff.
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(g) Enhanced operational flexibility due to independence
from station computer control system.

The pilot system evaluation has shown that the F/H control system
can be implemented with PLC based hardware. The use of a
dedicated distributed system for control of F/H operations has
been shown to be both feasible and desirable for enhancing F/H
operational flexibility. In addition, the use of a PLC based
system can provide design flexibility for accommodating changes
due to design revisions and/or obsolescence of equipment.

The F/H system design and configuration developed for CANDU 3 is
generic in nature and can be adopted as a standard for future
CANDU stations.
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ABSTRACT

This paper attempts to give readers an overview of the various systems
involved in the successful implementation of a CANDU reactor retubing program.
The intent of the paper is to stress the importance of adopting a systems
approach to minimize workers' dose and outage duration. The views presented
are based on author's personal site experience during the retubing of four
CANDU reactors at Ontario Hydro's Pickering "A" station. The paper deals with
systems and site engineering aspects of retube work pertaining mainly to the
fuel channel removal and installation phases of the outage.

INTRODUCTION

Retubing of a CANDU reactor is a complex and immense undertaking requiring the
combined resources and concerted efforts of the owner utility, the reactor
designers, engineering consultants, and numerous component, tool, and
equipment manufacturers.

Complexity of the retube program stems from several factors. The radioactive
work environment demands that the workers perform most tasks while dressed in
air supplied plastic suits to prevent dose "uptake" from airborne
contaminants. The work must be performed within the confines of a shielding
cabinet and through sliding access doors, to protect workers from the
radiation beams. The work assignments must be planned, and custom designed,
shielded tooling must be used to ensure individual worker's quarterly and
annual dose limits are not exceeded. The enormous financial incentives for the
owner utility to complete the job in the shortest possible duration dictates
that the retube activities are carried out by shift workers scheduled to work
around the clock in a production driven work environment. On the other hand,
tens of thousands of quality control checks and inspections that must be
performed to ensure reliable operation of the reactor during its post-retube
life favours a quality driven work environment.

Reconciliation of the production and quality related program objectives
necessitates intensive and comprehensive training programs for all retube
workers. The conflicts between the production and quality driven forces
coupled with the radioactive work environment constraints make the creation of
a "quality culture" and the adoption of a well organized, coordinated, and
systematic approach essential.

Worker safety in retube, both radiological and conventional, is of paramount
importance. Radiological incidents can cause major delays in the program,
adversely affect worker confidence, and have serious ramifications for quality
and productivity. All retube detailed work plans and training programs
emphasize safety and stress the importance of a safe work environment.
High (radiation) hazard work activities can not be carried out until all
radiological safety issues are thoroughly examined and necessary protective
measures taken. Retube workers receive extensive training in radiological and
conventional safety. Integration of a carefully planned and well executed
safety program and the adoption of a "no-compromise" safety philosophy is
imperative to successful retube implementation.



WHAT IS RETUBING ?

The basic retubing program involves the replacement of 390 (Pickering "A"
reactor) fuel channels. The original Pickering "A" fuel channel assembly is
depicted in Figure 1. Rehabilitation and upgrading of other plants systems is
carried out in parallel during the retube outage. Pre-outage activities
entail system and process definition, equipment and component design,
procurement, and site facilities preparation. Unit shutdown signals the start
of outage activities that include defuelling of the reactor, decontamination
(CANDECON) of the heat transport system, preparation of reactor vaults,
removal of old reactor components, installation of new replacement fuel
channels, refuelling, and recommissioning of rehabilitated plant systems.
Unit start up marks the end of the retube outage and the beginning of
post-outage activities towards full reactor power.

The complete life cycle of a retube program spans 6-8 years. Typically, the
pre-outage phase requires 4-5 years and the outage and post-outage activities
another 2-3 years. Ontario Hydro began work on the system definition phase of
the planned retube outages on the first two units of its Bruce "A" station in
1989. The first retube outage at Bruce "A" is scheduled to start in 1994 and
is expected to take 2-3 years to complete. The in-service date for the first
two Bruce "A" units was September 1977. In other words, the retube life cycle
for Bruce "A" units 1 and 2 began 12 years after the in-service date and the
retube outage is scheduled to start 17 years after the in-service date.

A BRIEF HISTORIC PERSPECTIVE

Retube pioneers involved with the Pickering "A" units 1 and 2 Retube program
were faced with an enormous task. Although substantial amount of preparatory
work had been carried out prior to the forced shutdown of Unit 2 in the
aftermath of the G16 Zircaloy-2 pressure tube failure on August 2, 1983, the
ensuing decision to retube units 1 and 2 in parallel, brought forward the
retube outage date well ahead of the original schedule.

All work up to that point had been based on a fully remote retubing concept,
driven by the assumption that radiation fields in the reactor vaults would be
prohibitively high and would not allow the use of manual or semi-automatic
tooling and equipment. It quickly became obvious that the fully remote concept
would simply take too long to complete and that the adoption of a semi-remote
retubing concept based on the use of manually operated or semi-automated
tooling systems was unavoidable. Only the removal of high level waste category
reactor components, such as pressure tubes and reactor shield plugs would
require the use of fully remote tooling and equipment.

In parallel with the adoption of the semi-remote retubing concept, increased
emphasis was placed on the development of an effective CANDECON system to
bring the reactor vault radiation fields down to acceptable levels.
High radiation levels in the reactor vaults could result in retube workers
exceeding their quarterly dose limits prematurely. This would have
dramatically increased the retube outage duration and manpower costs as large:
numbers of workers would have to be trained. All known benefits of learning
curves would be lost to the project and manpower management would become
perilously more difficult.

All retube facilities, equipment, and tooling had to be designed, procured,
commissioned, and integrated. With the units already shutdown, there was
tremendous pressure to deviate from the processes, methods, and systems that
had been established and followed until then. All temptations to opt for a
"jump in and get the job done" philosophy were resisted and the systems
approach adopted during the early days of the retube program was adhered to
religiously until the end.



Pickering "A" units 1 and 2 were shutdown for retube at about the same time.
Both units had Zircaloy-2 pressure tubes that had become suspect after the
unit 2 - G16 pressure tube failure. Initially, it was felt that both units
could be retubed in parallel. However, during early stages of the fuel channel
removal phase, especially after the discovery of the Carbon-14 problem, a
decision was made to continue retubing one unit at a time.

Today, first three retubed units of Pickering "A" are running at full power
and unit 4 retube fuel channel installation phase is progressing extremely
well towards its August 23, 1992 target completion date. The outage is several
weeks ahead of its original schedule and is expected to be completed just
over a year after the unit was shut down for its retube outage on August 14,
1991.

RETUBE SYSTEMS AND SITE ENGINEERING

The three phases of a CANDU reactor retube program and the major tasks
involved in each phase are depicted in Figure 2.

Pre-outaqe Phase Systems Engineering

Systems engineers lead the retube pre-engineering work during the pre-outage
phase of the program. They define the retubing process in detail and identify
all activities involved in unit preparation, fuel channel removal, and fuel
channel installation.

Systems engineers in consultation with designers prepare Series Logic Diagrams
(SLD's) for each outage phase. SLD's break reactor face work into groups of
activities that are called face or row series. A face series of activities
involve work being carried out at all fuel channel sites before starting the
next series of activities. A row series involves group of work activities
performed across a row of fuel channels before proceeding with the next group
of activities on that row. Most fuel channel removal phase work involves face
series activities. Although the face series work strategies are generally more
efficient from a production viewpoint, the more stringent quality control
requirements of the fuel channel installation phase dictate the adoption of a
row series based scenario.

During the next stages of the process, systems engineers identify all
facilities, tooling, and equipment related requirements pertinent to
successful implementation of retube work series activities. This includes
definition of tool design concepts and assessment of tool quantities
requirements.

In consultation with the site engineer-.ng and health physics staff, retube
system engineers generate dose and duration estimates for all work activities.
Dose and duration estimates contribute to the decision making process for the
provision of self-shielding and automation features in tool and equipment
designs. Process design refinements contemplated at this stage reflect and
emphasize the dose and duration minimization objectives of the retube program
every step of the way.



A START (acronym for Schedules, Tools, and Activities for ReTube) team
comprising representatives from tool and equipment designer organizations,
systems engineers, project engineers, and site experts convene to review,
scrutinize, and validate the proposed process.

Systems and design engineers prepare systems requirements and interface
control documents for specific facilities, tooling, and equipment. Interface
control documents define interfaces to ensure that equipment designed by
different groups and organizations can eventually be integrated and made to
work efficiently and harmoniously.

Utility's supply and project engineering staff oversee the design,
procurement, and commissioning activities for retube facilities, tooling, and
equipment. Designers prepare and issue Tool Operating Procedures (TOP's)and
training manuals for use by site personnel.

Outage Phase Site Engineering

There are two principal groups involved with the site work during the retube
outage: Retube Construction and Retube Rehabilitation. Construction group
carries out nearly all work pertaining to fuel channel removal and
installation phases of the outage. They prepare detailed work plans for all
work series activities, including hazard analyses for fuel channel removal
phase high hazard work. They manage all aspects of site retube work including
safety, quality, production, cost, and scheduling.

Retube Rehabilitation group staffed by utility's nuclear operations personnel
is responsible for miscellaneous unit preparation phase work such as
defuelling and decontamination (CANDECON). They control all rehabilitative
work on nuclear systems other than fuel channels and Primary Heat Transport
(PHT) system feeders. Rehabilitation group has the responsibility of ensuring
all conventional systems are properly laid up or rehabilitated during the
retube outage. They manage all work related to refuelling, recommissioning,
and restart activities.

MAJOR RETUBE SYSTEMS

Human Resources, Tooling and Equipment, Facilities, Reactor Components, and
Information Management are among the major systems required during a retube
outage. Each of these major systems comprise several subsystems or secondary
systems. A Retube systems diagram is depicted in Figure 3.

Significant interfaces exist among the various systems and among their
subsystems. Lack of careful interface definition and control can lead to
inefficiencies, and ultimately to difficulties in achieving the overall retubi
program objectives on safety, quality, schedule, and cost.

Retube Human Resources System

Retube site organization pools the skills and talents of staff from the
utility's design engineering, supply, construction, and operations department;
and is supplemented with engineering and technical expertise from outside
consultants such as AECL CANDU and GE-Canada. Some 300-400 construction
tradespersons and 150 engineering and technical staff participate in the
retube site work during the outage.



Design engineering and supply departments stationed at Ontario Hydro's head
office have direct or project management responsibility for system and process
definition, equipment and component design and procurement, and overall
program coordination. A significant portion of the design and procurement work
is undertaken by consultants such as AECL CANDU and GE-Canada under contract
to Ontario Hydro. Construction engineering at site is responsible for tool and
equipment testing and integration, reactor component preparation and quality
control, work planning and scheduling, and cost monitoring. Construction
trades carry out majority of the reactor face work with quality control
support from site engineering.

Tooling and Equipment System

Tooling and equipment system comprises thousands of individual tools and
equipmer_ required for retubing work. Vast majority of tooling required for
the retube program are designed, {usually prototyped), procured, tested, and
shipped to site.

Upon delivery to site, tools are entered in the computerized Tool Monitoring
System that keeps track of tool quantities, status, and locations. There are
training and production quantities of all tools. As a matter of policy,
training tools are always made identical with the production tools.
This prevents breaches of safety and quality that may result from training
tools becoming production spares in the rare instances where chronic tool
break downs result in unavailability of production tools to continue reactor
face work uninterrupted. Normally, training tools are kept in the training and
mock up building and away from the radioactive work area where production
tools are in use.

Many new tools are designed and built, and many existing tools are modified at
site to keep pace with the rigours, demands, occasional surprises, and never-
ending challenges of the retube work environment.

Retube Facilities

In multi unit stations such as Pickering, it is essential to have dedicated
retube facilities for warehousing; equipment repair and maintenance; tool
staging, storage, and decontamination; irradiated component handling; and
new reactor components preparation. Training and mock up buildings, offices
for retube support staff, and additional changerooms for retube workers are
among other essential facilities that must be built and commissioned.

Irradiated Components Management System (ICMS) facility is used for
transferring highly radioactive reactor components such as pressure tubes from
in-station flasks to Dry Storage Modules (DSM's) that are used for interim
storage of high level radioactive wastes at site.

Training of workers on reactor face activities, and tool proving and
integration take place on the full scale reactor mockups in the Training and
Mock-up Building (; IB) facility.



Reactor Components System

All baseline, contingency, and refurbished components required for the retube
program form the reactor components system. All components arrive at site witt
proper history dockets containing material traceability information, and
inspection and test reports supplied by the component manufacturers.
Site engineering ensures all reactor components are stored according to strict
storage requirements specified by the fuel channel component design authority.
Systems must be put in place to maintain a running inventory of all components
and to ensure availability of adequate reactor component spares throughout the
retube outage.

Retube Information Management System

All documentation and electronic data used during the retube outage constitute
the retube information management system. Efficient operation of retube
systems would not be possible without the presence of a complementary
information management system that is well designed and integrated.
Implementation of several LAN based computerized retube information management
systems along with an electronic mail system is an essential ingredient of a
successful retube program. A brief description of some major retube
information management systems is given below:

i) Daily Work Log (DWL) provides the reactor face crews with a facility for
reporting significant events and occurrences related to safety, quality,
production, tooling, and equipment.

ii) Retube Quality Control program helps monitor all reactor face activity
progress with special emphasis on reporting and resolution of reactor
components related discrepancies and deviations.

iii) Retube Deficiency Reporting (RDR) system provides a facility to record,
and monitor to resolution all reported deficiencies.

iv) Tool Monitoring System (TMS) helps with tool identification and monitors
tool quantities, status, and locations.

v) Integrated Training System (ITS) monitors training status of all retube
workers on all retube work activities to ensure that only properly
trained and qualified workers are allowed to perform reactor face
activities. Integrated Training System facilitates orderly planning and
scheduling of retube training activities.

vi) Tool Processing System (TPS) monitors tool repair, calibration,
maintenance, storage, and disposal activities.

vii) Electronic mail system (E-Mail) facilitates rapid written communication
among retube site engineering, systems engineering, design engineering,
and other parts of the utility's Engineering and Construction Services
organization. It provides effective communication links to fuel channel
designers, outside consultants, and the utility'3 nuclear operations
organization.



CONCLUSIONS

The complete life cycle of a Retube program spans 6-8 years. The pre-outage
phase activities require 4-5 years and the outage and post-outage activities
another 2-3 years.

During the pre-outage phase, systems engineers define the retubing process
and identify all activities involved in unit preparation, fuel channel
removal, and fuel channel installation. It is essential that a team of systems
engineers, tool and equipment designers, project engineers, and site experts
review, scrutinize, and validate the proposed retubing process. Adoption of a
systems approach particularly during the pre-outage phase is crucial.
Investments in pre-engineering activities pay handsome dividends through
significant reductions in total outage duration and worker dose. Competent
systems engineering can lead to a more practical and realistic retubing system
by breaking down complicated processes into simpler and easier to manage
chunks of work activities.

Production and quality related program objectives can only be realized through
intensive and comprehensive training programs for all retube workers and
continuous quality improvement initiatives. The use of the work series teams
concept provided extremely encouraging results during the P4 Retube outage.
The work series teams provided an excellent platform for soliciting ideas for
process and tooling improvements by bringing together site engineers,
technicians, and trades personnel. There is overwhelming evidence that the use
of work series teams significantly contributed to the reductions in outage
duration and dose during P4 Retube.

Unique challenges of retube programs can be met and successful implementation
ascertained by paying meticulous attention to details, avoiding hasty
decisions, and resisting the temptation to opt for "quick fix" solutions
throughout all program phases. Lack of careful process definition and control
can lead to inefficiencies, and ultimately to difficulties in achieving the
overall retube program objectives on safety, quality, schedule, and cost.

Having a well trained, qualified, and experienced organization, able to
operate in a "proactive" rather than "reactive" mode is critical to successful
execution of retube site work. It is just as crucial to ensure that the retube
site organization has the tools, facilities, training programs, and the
competent engineering support needed to realize its program goals and
objectives.

Quality problems that usually result from lack of adequate training or
deficiencies in process definition or ambiguities in quality related
requirements and guidelines can lead to diminished confidence and lower morale
among retube workers. Any break downs in quality can have serious implications
on radiological and conventional safety and productivity.

Success means more than just a retubed reactor, it generates enthusiasm,
dedication, and a strong team spirit among workers. A well managed and systems
oriented retube organization can provide the environment essential for retube
workers to realize their inherent desire to be part of a winning endeavour.
Retube is the major Plant Life Extension (PLEX) issue for CANDU Nuclear Power
Plants. A well executed retube program can mean a reactor capable of producing
power reliably throughout its post-retube design life.
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FIGURE 2 - RETUBE PROGRAM PHASES AND MAJOR TASKS
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FIGURE 3 - RETUBE SYSTEMS DIAGRAM
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ABSTRACT

Evaluation of nuclear power plant designs, including the determination of a
design basis accident set, is a process that has been evolutionary. As more
experience has been gained from the design, operation and licensing of
established design concepts, the set of accidents and the range of conditions
for evaluation has steadily grown.

Recognition of this evolution has led the Canadian regulatory body, the Atomic
Energy Control Board (AECB), to require for all future plants a systematic
review (Reference 1) of the plant design. The purpose of this systematic
review is to come up with an exhaustive list of design basis accidents. It
also gives the reviewer of the design confidence that a systematic, auditable
process has been used to derive the list. Accident analysis for each of the
events on the list is then used to determine the range of conditions for safe
operation of the plant.

The CANDU 3 is the newest design of CANDU nuclear power station. It provides
the economy of operation of other CANDUs in a smaller unit size (450MW). A
key part of the CANDU 3 design program is a review of the design by the
Canadian regulatory prior to the start of construction. These up front
licensing discussions provide the first opportunity for the AECB and industry
to explore what full implementation of the Systematic Review concept entails.
This paper, provides the regulatory background to the Systematic Review, the
review process developed by Atomic Energy of Canada Ltd for CANDU 3 and the
results of the review. This review process can be applied to any innovative
design and provides a framework for identifying all internal events of safety
significance. (External events are derived through the site investigation
process.)

1. INTRODUCTION

Nuclear regulatory and design organizations throughout the world have a
tradition of looking at the response of nuclear power plants to a set of
design basis accidents. Ensuring that doses to members of the public and the
operating staff are limited for these events has been one important way of
making sure that the public is protected. Other safety initiatives include
accident prevention and mitigation by quality design, fabrication and
construction, inspection, maintenance and testing of components, careful site
selection, design of an appropriate operator interface and operator training.

More recently, Probabilistic Safety Assessments (PSAs) have been used to
perform analyses to determine the risks arising from plant operation in a more
integrated way. The PSAs have proven to be of value in identifying dominant
risk contributors and assessing design options to improve safety. One current
limitation of the PSA is that it is difficult to be sure that the analyst has
identified an appropriate and comprehensive set of initiating events,
particularly for innovative designs. Also, PSAs have been slow to gain
acceptance as a regulatory tool because the results are very much a function
of the methodology employed.
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In Canada, there have been several attempts to rationalize the safety
assessment process to integrate PSA into the licensing process. The AECB
produced a set of draft regulations (Reference l)in June 1980- These were
applied on a trial basis in the licensing of the multi-unit (4x881 MW)
Darlington Nuclear Generating Station. With the licensing process for the
CANDU 3 design under way, these regulations are being refined to reflect the
Darlington experience. The regulatory dose limits to the most exposed public
member are shown in Table 1. The proposed frequency ranges shown for the five
classes of the events in this table are the proposed guidelines based on
Chapter 1 of the Darlington Safety report. [NOTE: The maximum dose, minimum
frequency category addressed by the AECB regulations is restricted to a whole
body dose limit of 25 rem. The regulations do include a specified list of
very low probability events which could result in higher doses. Analysis of
these events must be submitted for regulatory evaluation].

A minimum list of abnormal events to be analyzed i6 given in the AECB
consultative document C-6 (Reference 1). The C-6 also requires a systematic
review of the plant design to identify all safety significant failures and
combination of failures. This paper describes the CANDU 3 Accident Assessment
Program which is our proposed response to the C-6 requirements. In more
detail, this paper gives the results of the first step in the program which is
an exhaustive and systematic review carried out for the CANDU 3 plant design
thereby establishing a complete list of initiating events for the
probabilistic and consequence analysis.

2. SYSTEMATIC PLANT REVIEW DESCRIPTION

This paper aims to provide an insight into the overall CANDU 3 Accident
Assessment Program as shown in Figure 1, with a particular emphasis on the
identification of design basis accidents. Main elements of the program are
discussed below:

a. Systematic Plant Review for Failure Modes

The objective of the systematic plant review is to identify those abnormal
events which potentially constitute public risk to radiation. The review
starts by identifying all systems that normally contain significant
radionuclide inventories. These are the Heat Transport, the Moderator and the
Fuel Handling Systems. Failure of individual and multiple components in
these systems are reviewed and the failure modes and their effects listed.
The next step is to identify all interfacing systems and any systems that are
physically adjacent to the system containing radionuclides. Failures in these
systems are then examined to determine if radionuclide release could occur.
As a minimum, loss of system function, loss of flow, loss of pressure boundary
integrity and loss of heat sink are addressed. It should be noted that
failure of all support systems such as electrical power, cooling water,
instrument air, HVAC and control systems are included as part of the review of
the interfacing systems.

The result of this process was a list of 274 failure modes that could
potentially lead to a release of radioactivity.

b. Failure Mode Grouping

The Systematic Plant Review process provides an insight into various failure
modes of the systems where the radionuclides normally reside. Subsequently,
these failure modes are reviewed for similarities with a view to group failure
modes with similar plant response (i.e. requiring same mitigating actions)
into a single event. The main objective of this exercise was to combine the
274 failure modes into a smaller, more manageable number of initiating events
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for the purpose of analysis. For example, various failure modes relating to
the failure of condensate system ultimately lead to a loss of feedwater to the
steam generators. Accordingly, failure modes of the condensate and feedwater
systems can be conservatively grouped into a single event as "failure of
feedwater". In system reliability documents, the fault tree analysis for the
loss of feedwater will account for the contribution from the condensate as
well as the feedwater systems. It is recognized that the dynamics (i.e., time
to loss of normal heat sink) of the plant response for the failures in these
two systems may be different due to the stored deaerator storage tank
inventory. However, the event tree will assume the fastest of all
contributing system failures, and the results will thus be conservative.

The grouping process allowed the 274 failure modes to be combined into
84 initiating events (see Table 2). These grouped events are then used as
initiating events for the purpose of event tree analysis.

c. Event Tree Analysis

Plant response to the 84 grouped events is assessed by event tree analysis
where the initiating event is credible and the plant response to the event
includes multiple mitigating systems. To the extent possible, system
interfaces are shown in the tree. Clearly, at an early stage in the design
process, accurate evaluation of endpoint frequencies is not possible.
However, ball park reliability estimates for the conceptual PSA are derived
based on simple fault trees or experience. The CANDU 3 Accident Assessment
Program established reliability targets based on the event trees and the
desired level of safety (prevention of severe accidents is a key
consideration). System reliabilities will be calculated once the design
details are available. In addition to independent failures. Common Cause
Failures will be addressed in the PSA which is produced at the end of the
design program (Generic PSA).

The event trees are also used to identify the systems used to mitigate each
accident. This is an important input to the Environmental Qualification and
Pipe Whip Assessment.

d. Event Combinations

One important interface in any PSA Program occurs between the person
constructing the event trees and fault trees and the person evaluating the
consequences of the accident. In the case of this program, that interface
occurs during the production of the event combination tables. These tables
examine each "success" branch point in the event trees and document the
assumptions made in determining that the systems were indeed successful in
minimizing the extent of release. For example, if the event tree analyst has
assumed that one ECC pump running for six months is sufficient following a
loss of coolant accident, then the consequence analyst must verify that one
pump will cool the fuel and the pump is no longer required after six months.

At this stage, the containment failure possibilities are examined and the
relevant failure modes included for downstream analysis. Event categorization
in the five regulatory categories is proposed for AECB review at this time
also.

e. Safety Analysis Basis Documents (SABst

Required analysis cases are defined by the consequence analyst based on the
assumptions made in the event tree work. All the analysis cases together with
the analysis methods, assumptions and proposed acceptance criteria are
presented in SABs. While doing this, the analyst also refers back to the
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original list of failure modes to ensure that the analysis addresses all of
the issues arising from the original list. The SABs are reviewed by AECB
prior to start of the analysis.

f. Consequence Analysis

Having defined the analysis to be done and the way it is to be done, the
analyst runs the cases and documents the results in a safety report for
regulatory review. With respect to the allowable public releases, the analyst
uses the limits proposed in Table 1.

q. Safety Analysis Data List (SADH

The analyst also documents the data being used in the Safety Analysis Data
List (SADL). This list is checked by the system designers to ensure the
accuracy of the data. One key part of the SADL is the Minimum Allowable
Performance Standards (MAPS) for safety systems. This part is eventually
passed on to the plant operations group so that they know the safe operating
limits for the plant. Sometimes iteration by the consequence analyst is
required to determine how safety can best be demonstrated while still allowing
operating margins.

h. External Events

At an early stage in the design process, it is difficult to do a rigorous
assessment of external events. For example, if the site is not known, then
the seismic and meteorological limits for the design have to be chosen based
on a typical site or hypothetical limiting site. For the CANDU 3 standard
product design, the site conditions are based on values that envelope most
sites in potential markets. Another difficulty is that protection for
seismic, fire and other external and common cause events depends on good
execution in the detailed design. The execution of the concepts is checked by
various auditing techniques once the plant design is complete. This is
followed up by audits of the completed plant prior to full power operation.

The CANDU 3 has established overall siting requirements in a Plant Performance
Specification document. The external events included( see Figure 1 ) are then
examined to determine a design approach based on protection and separation of
vital process and mitigating equipment. The design approach is documented in
Safety Design Guides (SDG). Compliance with these guides is mandatory unless
the exception can pass review by other designers and the regulatory.
Compliance with these SDGs is examined by Design Review and regulatory review.
Once the design program has been completed, analysis will have been done to
establish the adequacy of the protection of systems and the response of
mitigation systems. These analyses are documented in Assessment Reports and
forwarded for regulatory review.

3. CONCLUSIONS

A systematic plant review of the CANDU 3 design has been completed. This
process identified 84 abnormal initiating events for the purpose of PSA and
consequence analysis. The review was based on a process which is methodical
and auditable. Such a review provides confidence that licensing and risk
assessment of the design are well founded.

The overall accident assessment program for the CANDU 3 has been established.
Accident analysis for each of the above 84 initiating events will be carried
out to demonstrate that the public is adequately protected from the
consequences of these events.
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The first step in the accident analysis process is to develop event trees
which probabilistically examine the effectiveness of the back-up heat sinks
and support services for mitigating the accident. This part of the work is
now largely complete. Consequence analysis will be carried out to verify
event tree assumptions, and to calculate releases to the public. The safety
analysis basis documents (SABs) are being prepared which discuss the
requirements and methodology of consequence analysis.

4. REFERENCES

(1) ATOMIC ENERGY CONTROL BOARD CONSULTATIVE DOCUMENT C-6, "Proposed
Regulatory Guide, Requirements for the Safety Analysis of CANDU Nuclear
Power Plants", issued for comment in 1980 June (under revision).
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Table 1
Maximum Permissible Reference Doses to the Most Exposed Member of

the Public at or Beyond the Site Boundary

Initiating Event

Frequency (f)

f > lO'Vyr

lO'Vyr >f > lO'/yr

lO'Vyr >f > lOVyr

10"7yr >f > 10'Vyr

f < lO'Vyr

From AECB Consultative Document C—6

Event Class

1

2

3

4

5

Reference Individual Dose Limit

Whole Body

0.0005 Sv
(50 mrem)

0.005 Sv
(500 mrem)

0.03 Sv
(3 rem)

0.1 Sv
(10 rem)

0.25 Sv
(25 rem)

Thyroid

0.005 Sv
(500 mrem)

0.05 Sv
(5 rem)

0.3 Sv
(30 rem)

1.0 Sv
(100 rem)

2.5 Sv
(250 rem)

Note: This frequency/dose criteria will be applied only to those accident
sequences which do not result in a severe core damage.

Table 2
Listing of Initiating Events for CANDU 3 PSA/Consequence Analysis

#

1

3

S

7

9

Initiating Event
Description

Partial loss of moderator
heat sink

Loss of individual DCS
stations

Loss of one DCS channel

Loss of group control
station as a whole - loss
of Channel B

Loss of service water

#

2

4

6

8

10

Initiating Event
Description

Partial loss of Class III
power

Loss of communication
between DCS & PDS or
failure of PDS

Loss of individual I/O
modules

Total loss of moderator
heat sink

Moderator or interfacing
system pipe breaks -
outside shield tank -
tritium release into the
R/B



- 7 -

Table 2
Listing of Initiating Events for CANDU 3 PSA/Consequence Analysis

#

11

13

15

17

19

21

23

25

27

29

31

Initiating Event
Description

Moderator HX plate(s)
failure - tritium release
into GP1 RCW

Moderator pipe break inside
the shield tank/calandria
vessel failure/ spurious
demin H20 make-up to
calandria

Spurious actuation of
moderator relief devices

Partial loss of Class II
power

Moderator deuterium
excursion

Partial loss of Class I
power

Loss of shield cooling
system inventory
Case i - pipe breaks
Case ii - lattice tube

failure
Case iii - end shield leaks

into F/M vault

End fitting break inside
the annulus gas system -
CTX fails

Pressure tube and calandria
tube rupture

All HTS pump seals fail -
D20 unavailable

F/M backing off without
channel shield plug,
latched spacer plug and
channel closure being
replaced - fuel ejection
into F/M vault

*

12

14

16

IB

20

22

24

26

28

30

32

Initiating Event
Description

Inadvertent discharge of
moderator D2O to the
interfacing system(s)
outside the R/B - potential
for tritium discharge
outside the R/B

Calandria drain line break
outside the shield tank,
upstream of V16

Loss of instrument air

Calandria tube failure

LISS pipe break downstream
of the poison injection
tanks and outside/inside
the shield tank

Loss of shield cooling
system heat sink

End fitting break

Feeder break

Feeder stagnation break

Miscellaneous small LOCA
events - discharge into R/B

Large LOCA
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Table 2
Listing of Initiating Events for CANDU 3 PSA/Consequence Analysis

#

33

35

37

39

41

43

45

47

49

51

53

55

Initiating Event
Description

Very small LOCA events -
discharge into containment
and within D2O feed
capability

Loss of F M DjO inventory
due to hose failure (F/M in
reactor)

Steam generator multiple
tube rupture (10 tubes)

Blowback from HTS into ECC
(inadvertent opening of a
HTS/ECC header isolation
and H2O isolation valves and
gross internal leakage from
the ECC check valve)

Pressurizer relief valve
spuriously fails open

HTS pressure control
failure - high

Spurious closure of
pressurizer isolation valve
(63331-MV43)

Bulk core power excursion
i. reactor operating
ii. reactor shut down

(LOR during shutdown)

Reactor stepback

Feedwater pipe breaks in
the T/B

Feedwater pipe breaks
downstream of the steam
generator check valve in
the R/B

Boiler blowdown line break
- rupture between the
blowdown isolation valve
and the R/B wall

*

34

36

38

40

42

44

46

48

50

52

54

56

Initiating Event
Description

D2O storage tank failure

Steam generator tube
rupture (single tube)

HTS D2O loss into GP1 RCW
system

LRV spuriously fails open

HTS pressure control
failure - low

Partial loss of HTS flow
due to failure of one pump
i. HT pump trip
ii. HT pump failure due

to bearing
seizure/impeller
failure/drive shaft
failure

Bleed condenser spray
spuriously turned on or
excessive spray flow

Regional core power
excursion

Total loss of GP1 feedwater
flow

Feedwater pipe breaks in
the R/B, upstream of the
steam generator check valve

Boiler blowdown line break
between the steam generator
and blowdown isolation
valve

Boiler blowdown line break
- rupture between the R/B
wall and the flash tank
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lable 2
Listing of Initiating Events for CANDU 3 PSA/Consequence Analysis

#

57

59

61

63

65

67

69

71

73

75

77

79

81

83

Initiating Event
Description

Steam generator
pressurization

Main steam line break
inside T/B

Turbine overspeed during
load rejection mode

BPC program failure

Loss of SDC process - HTS
full and depressurized

Loss of service water -
reactor shutdown, HTS full

Feeder break - reactor
shutdown

Loss of Class IV power to
both 6.9 kV buses for up to
2 hours - reactor operating

Loss of Class IV power to
both 6.9 kV buses for up to
2 hours - reactor shutdown

Spurious SDS1 trip

Fuel bundle crushed on
reactor

Loss of F/M D20
supply/inventory - F/M off
reactor

Fuel transfer failures from
the transfer port to the
IFB

Loss of IFB inventory
Case i. pipe failures
Case ii. liner failures
Case iii. minor damage to

IFB walls/floor

#

58

60

62

64

66

68

70

72

74

76

78

80

82

84

Initiating Event
Description

Main steam line break
inside R/B

Small steam line break
(<10% of main steam line)
or steam line
depressurization leading to
initial SG level surge to
T/G trip setpoint

Loss of condenser vacuum

HVAC system failure

Loss of SDC process - HTS
drained to the header level

Loss of service water - HTS
drained to the header level

HTS D2O loss into GP1 RCW -
reactor shutdown

Loss of Class IV power to
both 6.9 kV buses from 2 to
24 hours - reactor
operating

Loss of Class IV power to
both 6.9 kV buses from 2 to
24 hours - reactor shutdown

Spurious SDS2 trip

F/M carriage tilt or
inadvertent movement in X/Y
direction while F/M is
latched on reactor

Mechanical damage to fuel
in the fuel transfer port

Loss of IFB heat sink

Failure of the IFB
ventilation system
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Syslematic Review For
Failure Modes

SAB's

MAPS

Event Sequence
Diagrams/ORG's

Pipe Whip
Analysis

1

Pipe Whip
Assessment Report

1r

Periodic
Inspection

External
Events*

Assessment

Grouping Table
(Initiating Events for

Event Trees)

it Event Trees
(CPSA)

Event Combinations
(multiple failures -

includes containment
failures)

SADL

Consequence
Analysis

SDG's

PPS on Overall
Plant Requirement

Reliability
Targets

Legend: CPSA - Conceptual Probabilistic Safety Analysis
CPSA - Generic Probabilistic Safety Aaalysis
SAB's - Safety Analysis Basis Documents
EQ - Environmental Qualification
ORG's - Operator Responsible Guidelines

PPS - Plant Performance Specification
CCFs - Common CauseFaciors
SDG's - Safety Design Guides
MAPS - Minimuni Allowable Performance Specification
SADL - Safely Analysis Dualist

•Includes: - Tornadoes - Embquakes - Missiles
- Fires - Floods (internal and external) - Objects falling on R/M deck

Figure 1 - CANDU 3 Accident Assessment Program
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ABSTRACT

Component failure data collection techniques have been in place
at Point Lepreau Generating Station (PLGS) since first operation
in 1982. Recently, statistical software packages have been
developed to manipulate the data to provide functional
information on component performance. The statistical package
which has been developed has been in use since the latter portion
of 1991. Failure data can be produced within one to two days
following completion and review of the Fourth Quarter component
fault assessments.

INTRODUCTION

Overview

Reliability studies of the Special Safety Systems which have been
submitted to the jurisdictional authorities in support of the
PLGS Operating Licence incorporate the use of failure rates to
determine the unavailability contributions of specific component
failures in overall system unavailability predictions.
Unavailability of each component is approximated by:

A*Xx where A. » failure Rate
T = Failure Duration

The failure duration is a function of the discovery time, time to
access for repair, and the actual time to repair. The
reliability analysis for normally passive Special Safety Systems
currently assumes that the majority of component faults will be
detected during routine testing. In this scenario, the fault is
assigned to have occurred at one-half the interval between the
performance of the test which had last demonstrated the
successful functioning of the component and the test which
detected the component fault. Hence, manipulation of the testing
frequencies for those components provides a means of maintaining
individual unavailability contributions to within reasonable
levels given the fixed failure rates. Consequently, the validity
of the reliability analyses is dependant on the accuracy of the



failure data which relies on competent engineering data and
assessment techniques.

The failure data used in the reliability analyses for a mature
power plant should be based on the experience obtained at that
facility. To obtain accurate site-specific failure data requires
considerable effort to develop an extensive data base and
software to process the information. This paper describes the
procedures required to collect individual component failure data
and the software developed at PLGS to manage the information to
produce failure statistics, trends analysis and an interface with
the reliability studies.

computT Configuration

A VAX/VMS mini-computer system has been the primary storage
location for the engineering and fault assessment data bases and
associated support code since first plant operation. For ease of
access and data management, all statistical software which
references these files has also been developed on the VAX
computer. A computerized fault tree analysis program (CAFTA) has
been purchased to perform all reliability modelling on a PC-based
workstation, and, as a result, facilities must exist which permit
communication and data transfer between the VAX and the micro-
computer workstation.

Development of the software is done on a "DEMO" account and is
tested extensively prior to conversion to the "LIVE" VAX system.
The current configuration in use at PLGS is shown in Figure 1.

PC Btceo
VQflC STATIONS

VAX
LOCATE

OFF-SITE

~LIV!" VAX
UOCATKO
ON-SITC

LAMM J IT I I I
MINTBt

Figure 1

DATA COLLECTION

Component fault assessments are performed based on the
information available to the Reliability Specialists. The
information is collected from a variety of sources including Work



Permits, Work Orders, Test Results, Work Reports, Shift
Supervisor Logs, Control Room Logs, and monthly Engineering
Reports. The reliability specialists are located at the plant
and are in direct line of distribution of all these documents as
they are processed.

Generally, the information is manually collected, assessed, and
entered into a data base for storage and further processing.
Figure 2 illustrates a hierarchical chart of the collection and
distribution process currently utilized.

DATA BASE REQUIREMENTS

The ability of statistical
software to calculate failure
data is dependant on
comprehensive data bases which
provide constructive component
and component failure
information.

Three primary data bases used at
Point Lepreau in the development
of the statistics system consist
of a fault assessment data base,
engineering data base (equipment
library) and a fault tree
component data base. These
elements are illustrated in
Figure 3.

Fault Assassment Data Bas«

The Reliability Group has been
collecting failure data on
components of Special Safety
Systems for over 10 years. We
have over 4300 detailed Assessed
Fault Records (AFR's) which have been repeatedly scrutinized for
accuracy as the calibre of generated site-specific component
failure data is a direct function of the quality of the
specialists' fault assessments. All component faults of the
Special Safety Systems are completely assessed whether or not
they result in unsafe conditions of the system. The component
fault assessments are typically performed on a quarterly basis in
preparation for issue of the PLGS Quarterly Technical Report.
Pertinent information related to each failure event is reported
in this public document including the fault discovery date, the
type of fault and a text description of the event.

Figur*
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The pertinent fault assessment items which impact on the
production of failure data are listed below:

1. Affected System
2. Faulted component identification
3. Date the fault is assigned to have occurred (fault

assignment date).
4. Duration required for repair.
5. Number of failures
6. Failure Mode
7. Failure Mechanism

The fault assessment data base structure and content, and the
associated support codes were created solely by the Reliability
Group at PLGS. A great deal of prior foresight has enabled the
use of this original data base for failure data production with
little or no change to the file structure.

The failure mode of a component is determined solely by the
specialists within the Reliability Group. The failure modes are
stored as two character codes which can be applied to all
component groups. For example, a low output failure mode is
designated as "LO" for all components and component subtypes*.
This methodology provides a consistent approach to failure mode
selection regardless of the component designation.

Help screens associated with the fault assessment data base
ensure that only valid failure modes can be assessed against a
particular generic component type (ie. RELAY). A series of
approved validation codes stored with the help screens are
compared to the specialist1 entry to the fault assessment data
base. If a match is detected, then the entry is accepted,
otherwise, the entry is rejected and the specialist must enter
another failure mode.

As the AFR help screens provide a listing of failure modes only
for generic component groups, some failure modes may not apply to
specific subtypes of the generic component. For example, the
generic component "amplifiers** has an associated set of failure
modes applicable to all amplifiers as listed below:

Erratic Output
Fails to Trip
High Output
High Voltage Power Supply Loss
Low Output
No Output
No Output Change with Changing Input

* The term "subtype" refers to a specific component type which
is a subset of the generic component group, ie. an "In-Core
Amplifier" is a subtype of the generic "amplifier" component group.
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Open Circuit
Setpoint High
Spurious Trip

The failure modes "Fails to Trip", "High Voltage Power Supply
Loss", "Setpoint High", and "Spurious Trip" are applicable to ion
chamber amplifiers, however, these modes do not apply to
isolation amplifiers. Isolation amps differ in design and do not
incorporate trip comparators or trip contacts. To accommodate
the "exclusion" of failure modes, a data base called the
"Exclusion File" has been developed to identify which failure
modes of a generic component group do not apply to a specific
subtype. Failure mode entries for component faults are rejected
if the mode is encountered on the Exclusion File.

Engineering Data Base

To derive failure data for the components of the Special Safety
Systems, a data base is required which contains every component
included in these systems. The data base is comprised of every
component whether or not its failure contributes to the
unavailability of the system and is, therefore, also designated
the "Equipment Library File".

Each component: listing contains information of that component
relevant to the production of failure data, including:

i) Component Identification
ii) In-Service Date
iii) Out-of-Service Date
iv) Component Characteristics

Component Identification. This is the unique identification of
the component consisting of Unit, BSI (Basic Subject Index) and
the Component descriptor.

In-service Date. This is the date from which monitoring of the
component began. It is used in conjunction with the out-of-
service date to determine the years of service of the component.

Out-of-Service Date. This is the date at which monitoring ended
for a particular component. Typically, this value is calculated
as the effective date of the generation of failure data for
components which are still in service. The recorded out-of-
service date for components removed from service is the
determining factor for calculation of the years of component
service in the event that the out-of-service date precedes the
effective generation date.

Component characteristic*. This description includes seven five-
character fields. These fields include the; System, generic
code, subtypes 1 and 2 and three further characteristics fields.
These characteristics are used to categorize components into
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distinct functional groups.

For example, the generic code for a valve is VALVE and for a
process transmitter, PTRAN. Subtype 1 can describe the
construction of the component such as GATE or GLOBE for valves.
Subtype 2 can represent the method of actuation of the component
such as MOTOR for a motorized valve or PNDIA for a pneumatic
diaphragm actuated valve.

Fault Tree Component Data Base

The Fault Tree Component data base consists of a listing of every
component for each Special Safety System which is identified on
the CAFTA fault tree models as a possible contribution to the
unsafe failure of the system.

The information in this data base includes:

i) Component identification
ii) Type Code* identification which represents the generic

code, subtype 1, subtype 2, characteristic 1 and the
failure mode of the component,

iii) Failure rate of the component,
iv) Test procedure which tests the particular failure mode

of the component,
v) Discovery, access and repair time for the component.

RELIABILITY UNIT STATISTICS SYSTEM

The Reliability Unit Statistics System (RUSS) has been developed
utilizing the existing VAX computer configuration at Point
Lepreau. As the engineering and fault assessment data bases
historically have been maintained on the VAX, it was deemed
logical that RUSS should be as well, to permit ease of
programming and, in the interest of time, to avoid re-entry of
the large amount of raw data on another, possibly incompatible,
computer system.

This does not inhibit the development of the software on another
system. The statistics software has been written in VAX-BASIC
which allows flexible file structure and I/O functions. RUSS
could be re-written in a language with similar I/O capabilities
on a PC-based system. It is recommended that this PC-based
system consist of computers with 80486 processors linked to a
Local Area Network (LAN). 486 processors operating at a speed in
excess of 25-30 MHz would be desirable due to the large amount of
data processing required by RUSS. Speed limitations of lesser

* Type codes are a five character code which CAFTA
incorporates to uniquely identify groups of components and their
failure mode, ie. "RLM -0C" represents a mercury wetted logic relay
coil failed open circuit.



processors would likely be found to be cumbersome. A LAN would
permit multiple access to the data bases (stored on a central
disk drive) from a number of workstations, similar to the VAX
configuration.

Hierarchical Structure

RUSS provides failure data generation capability for any selected
component group or combination of component characteristics.
Data is generated for lifetime failure experience and for each
individual year from 1982 to the year of a specified effective
date. The failure data is stored in a central file designated
the "Main Statistical Data Base". Refer to Figure 3.

PEL IABILITY UNIT STATISTICS 5Y5TSH

e

Figure 3

Component information which satisfies a user-defined selection
criteria is retrieved from the engineering data base. The
selection criteria consists of an entry screen whereby the user
can select data generation for specific components from the
engineering data base by stock code number, BSI or component
characteristics. The fault assessment data base is then accessed
for each individual component identification of the component
group to determine if any faults have been assessed against the
component. Each failure mode, the number of faults associated
with that failure mode, the cumulative in-service duration, the
average failure rate, the average repair time and the one-sided
upper confidence limits for the entire component group is stored
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on the main statistical data base.

Failure data is generated for total experience or including only
active components*, including or excluding maintenance outages
(ie. component unavailability due to maintenance), and including
or excluding non-critical components**.

It should also be mentioned that the selection criteria can be
bypassed. Failure data generation can be performed for only the
component groups identified on the fault tree component data
base. Component groups are designated by the first five
characters of the type codes which are recorded for each
component. Bypass occurs when the user does not select a
specific generic component group for generation and the data will
default to generation for total experience, not including
maintenance outages and will include non-critical components.

The information stored in the main statistical data base can then
be retrieved for use in both the Failure Rate Generation***
(FoRGe) system for CAFTA and the component failure Trend Analysis
System. These are modular subsystems of the Reliability Unit
Statistics System.

On« Sidad DpPT Confid«nc« Limits

The statistics system generates failure data based on the number
of failures of each failure mode and the cumulative in-service
duration of the component group. The failure data includes
calculation of the average failure rate and 5%, 50% and 95% one
sided upper confidence limits based on the methodology described
in reference 1.

The average failure rate is determined from:

where n = number of observed failures of the specified mode
r = Cumulative component in-service years

* Active components are defined as those which have no out-of-
service date.

** Critical components are those identified in the CAFTA fault
tree models.

*** The FoRGe system differs in that it generates failure data
for the CAFTA fault trees via a pre-selected failure mode
combination technique using the raw failure data in the main
statistical data base.



The confidence limits are determined from a statistical chi-
squared distribution algorithm and are dependent on the degrees
of freedom u of the failures. The dogrees of freedom are given
by:

v = 2H + 2

The value of chi-squared distribution is tabulated for the
desired confidence level up to 100 degrees of freedom.

X2 = Table(a,v)

where a = the desired confidence level (5%, 50% or 95%).

Hence, the confidence limit is determined from

A., = 1000 (̂ -)

In the event that the degrees of freedom exceeds 100, the chi-
squared distribution is approximated by a normal distribution
through the relation:

1000

where Z = -1.645 for 5% confidence
Z = 0 for 50% confidence

and Z »= +1.645 for 95% confidence

Impact Areas

The FoRGe and trend analysis system impact on various areas of
plant operation. Following annual publication, the failure data
will be downloaded to the CAFTA fault trees and the model re-
evaluated accordingly. The CAFTA results will identify potential
improvements to component testing intervals, system design and
preventative maintenance practices which contribute to predicted
system unavailability. Each of these areas can be reviewed, as
necessary, to ensure that the predicted values are maintained
within prescribed target levels.

The trend analysis system determines the statistical significance
of trends for both lifetime failure rates and for the number of
failures in the reporting year. The trends give a direct
indication of the effectiveness of preventative maintenance
practices, replacement programs and component design. The trends
may also have an indirect impact on the testing regimens and
system design.

The objective of the statistics system is to detect possible
divergences in component performance which will allow PLGS
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operating staff to formulate corrective actions to avoid system
unavailability. As the failure rate generation system is
intended to give lifetime failure experience based on the random
occurrence of component faults, the trend analysis system will
permit detection of trends which may be a result of non-random
effects. Should a non-random trend be determined, then the
failure data could be further rationalized based on these trend
observations.

FAILURE RATE GENERATION FOR CAFTA

The FoRGe system allows manipulation of the lifetime data stored
on the main statistical data base which is intended for use with
CAFTA. Elements of FoRGe include a full screen inquiry, main
statistical data base maintenance and report programs, fault tree
component data base maintenance and reporting, maintenance of a
VAX-based Type Code file, and a variety of support utilities.

To summarize the operation of the FoRGe system; Failure data is
read from the main statistical data base and downloaded into the
fault tree component data base for master storage. As previously
indicated, the fault tree component data base contains the type
codes, failure modes and failure rates for each component
identified in CAFTA. The failure data may be combined with
contributions from additional failure modes as determined from a
combinations file.

The failure data from the fault tree component data base can then
be used in conjunction with the basic event labelling scheme*,
to produce a VAX-based type code file with the exact same
structure as the CAFTA type code file.

The FoRGe system then provides an interface to permit data
transfer from the VAX to the PC-based version of CAFTA. This
interface requires that a communication package exist on both the
VAX and the PC workstation. Currently, the analysts at PLGS are
using SmartTerm 240 with KERHIT data transfer protocol to
facilitate the data exchange.

It was found desirable that a feature should exist which would
allow the combination of contributions from a variety of failure
modes to be applied to a single failure mode. This would permit
a reduced CAFTA fault tree model as multiple basic events could
be avoided, to some degree, for specific failure mcdes.

For example, consider the potential failure modes of a pressure
transmitter. It is conceivable that the CAFTA fault tree model

* The labelling scheme consists of a 16 character naming
convention which CAFTA uses to uniquely identify basic events.



may require modelling of the Low Output, No output and Erratic
Output failures modes as contributors to system unavailability.
In order to refrain from modelling three separate basic events,
FoRGe will allow combination of all three into a primary mode.

The FoRGe system combines the failure contributions from a
specified additive list to the primary mode as shown in Figure 4.
As a result, the analyst only need model a Low Output failure
mode of the pressure transmitter.

In some instances, a failure
mode in the additive list
may not contribute to
predicted system
unavailability and the
analyst may not wish to
combine the failure modes.
In this case, a manual
override exists on the fault
tree component data base to
prevent automatically
overwriting failure rate
information during the
download from the main
statistical data base to the
fault tree component data
base. Often, analysts may
include the combinations,
regardless, to gain an
extremely conservative
failure rate for the
component.
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Figure 4

Pats Reports

The data report produced by the FoRGe system is consistent with
the EI&C failure data report format shown in Reference 1.
Crucial information illustrated with the report include:

Component : Generic component group
Subclass : Breakdown of the component characteristics
Failure Node: Each individual failure mode

No* Of. components: Total number of components encountered
on the engineering data base with the
same characteristics*

No. Of* Failures: Total number of failures for each failure



modes that was encountered on the fault
assessment data base.

Cumulative In-Service Years: Total number of years of
service for the component
group as determined from the
in-service and out-of-service
dates of each individual
components.

Failure Rate: Average and one sided upper confidence limits
given for 5%, 50% and 9E3 confidence.
Failure Rates are given in failures per
thousand years.

Average Repair Time: Actual average repair durations
of each failure mode as recorded in
the fault assessment data base.

Item: Provides a means of quick reference to the failure
data given the known type code.

Effective Date: Failure data includes contributions of
failures and in-service durations up to
the effective date specified for each
component group.

System Code: Failure data can be generated for all systems.,
or for selected systems.

Figure 5 illustrates a typical page from the report. Failure
information is given for all relevant failure modes of the
component group.

TREND ANALYSIS SY8TEM

The trend analysis system provides a facility to interactively
select trend displays for component groups and failure modes on
individual or all systems. The analysis system calculates,
through statistical algorithms, the significance of the trends.

The trends are based on the failure data stored in the main
statistical data base for individual failure modes and do not
include contributions from combined failure modes, preventing a
possible masking of the trend by failures of a different mode.

Significance D«cision»

Two statistical techniques have been employed to determine
whether or not the historical failure experience of a component
is completely random in nature. These methods are the Poisson
Distribution and Significance of Slope.
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Poisson Distribution. This method is utilized to compare the
failure distribution with an assumed Poisson distribution. If
the agreement is good, or there is no significance, then we can
draw the conclusion that the distribution of failures is
influenced by chance alone. If the agreement is not good, or
there is a significantly low or high number of failures in the
reporting year, then we can suspect that some non-random effect
or definite influence may exist. For this reason, we have termed
this test the "Poisson Non-Random Effect Test".

The trend analysis system uses the Poisson distribution to
estimate the probability of the random occurrence of exactly n
failures within the reporting year. If the number of experienced
failures within this period are significantly greater or lower
than the number predicted by Poisson distribution, then it is
likely that a non-random effect is present in the data. The
methodology for these calculations has been adopted from
Reference 2.



The mean number of failures based on the historical failure
experience of the component group is determined from:

Where N = Number of component years of service in reporting year
FT = Number of failure which occurred prior to the

reporting period.
NT = Number of component years of service prior to the

reporting year.

This relation takes into account, components which have been
placed in service and removed from service.

The probability of the actual experienced r failures which
occurred in the reporting period is calculated from:

P ( r )

The probabilities of r and all higher number of failures are then
summed:

If P is found to be less than 20%, then the actual number of
failures could be considered to be potentially significant. The
potentially significant conclusion derived from this relation is
rejected if it is found that the failure experience of the
component is insufficient to statistically determine
significance. This avoids identifying only one or two faults as
significant. The rejection test is given below:

P * f) Pin)
l

If P is found to be greater than 20%, then the significance
decision is declined. If P is found to be less than 20% and the
trend was potentially significant, then we draw the conclusion
that a significantly high number of failures was experienced
during the reporting period.



It is useful to determine if the number of failures in the
reporting period are significantly low. This vould give some
indication as to the effectiveness of replacement programs or
possibly a change of component design which has been executed to
improve component performance.

This is determined from the following equation:

n-o

If P is found to be less than 20%, then the number of failures in
the reporting period is considered to be significantly low.

Figure 6 illustrates a typical trend for <2" Solenoid Valves on
all systems, plotted from a graphical trend report program
developed by the Reliability Group. The plotting program
incorporates DECgraph which was developed by Digital Equipment
Corporation.

The report displays the
number of failures
relative to each
individual operating
year, the component
under observation, the
failure mode and the
significance
conclusion. Should the
number of failures in
the last reported year,
in this case 1991, be
significantly high or
low, the Poisson Non-
Random Effect entry
reflects the
conclusion. In Figure
6, the conclusion has
been found to be a
significantly low
number of failures.
This is due to a solenoid valve replacement program which was
under way at PLGS during 1991.

Sicrnificanc* of Slop*. The slope of a trend line has been
utilized in the trend analysis system to detect possible non-
random effects such as ageing or insufficient maintenance
practices on component performance. Consequently, the
significance of the slope of this trend line gives an indication
of the effectiveness of these preventative maintenance practices.
Small perturbations in the slope of the line are expected,

U U n U u n i .tttnlUcantly Iw

Figure



however, due to random component failures, but are not expected
to significantly alter the trend.

The DECgraph graphical plotting package which has been
incorporated into the software provides the ability to plot a
linear trend line through a scatter chart of Y data points on an
error-free or assigned X coordinate. It has been determined that
this trend line is approximated through the method of least-
squares which provides the "best" linear fit to the Y data.

Figure 7 illustrates the scatter chart and trend line for the
same data points as shown in Figure 6, however, the trend
analysis system approximates the least-squares line over each
individual year for the number of failures per component-years of
service. Thus, the trend line reflects components which may have
been placed in or removed from service over the lifetime of the
plant. If the trend line was calculated for "number of failures"
alone, this would assume a constant number of components which is
unrealistic for an operating plant.

To determine the
significance of the
slope of the linear
trend line, an
algorithm has been
incorporated which
utilizes the
statistical t test to
determine if the slope
b of the actual line
differs significantly
from an assumed
theoretical slope value
b0. The assumed value
of b0 is zero, as a
flat, horizontal trend
line is desired. If
the value of the
calculated t, using the Figur* 7
algorithm outlined
below, is greater than
t given in Table A-8 of reference 3 for a desired level of
confidence, then the conclusion is drawn that the trend has a
significantly increasing slope.
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The methodology adopted for the trend analysis system has been
extracted from reference 3.
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The initial value of t is calculated from:

where Sb is the square root of the estimated variance of the
slope calculated by:

r-v\ 2

And Sy|x is the square root of the variance of the Y data points
on the graph for a specified degrees of freedom as determined
from:

Where v = the number of years of service - 2
and £ = the variance of each data point from the least squares

line.

At PLGS, a 5% level of confidence is employed to determine the
significance of the trend line. From this level, we infer that
we have 5 chances in 100 that we could have drawn an incorrect
significance conclusion for the trend line, and that we are 95%
confident that a significant trend exists.

CONCLUSIONS

It has been demonstrated, through operational experience, that
failure data derived via the Reliability Unit Statistics System,
can be generated and downloaded to the PLGS computerized fault
tree models within one to two days following final review of the
fourth quarter fault assessments.

The statistics system has been found to exhibit several
advantages over manual data calculation;

1. Annual failure data production can be optimized by selecting
only components identified in the fault trees to be
generated. Additional generation can be performed at any
time for other components.
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2. Problems arising from adverse component experience can be
pinpointed quickly. Consequently, alternate testing
intervals or system configurations can be adopted which
could potentially prevent system unavailability.

3. Potentially significant increases or decreases in a
component failure characteristic can be readily identified
and, if necessary, the mechanism removed or mitigated.

At Point Lepreau, the Reliability Group has the advantage of
being located at the plant, having responsibility for all aspects
of the reliability performance of the plant systems. This
includes component fault evaluation, derivation of the failure
data and production of the reliability analyses. We have been
able to design each of these tasks to complement each other. On-
site location has enabled reliability specialists to liaison
directly with system engineers and operations staff to ensure
precise assessment of faults. Consequently, we are confident
that the failure data we produce is highly accurate.

The production of site-specific failure rates for components, the
identification of failure modes and mechanism of failure, and the
early identification of component failure trends enables the
Reliability Group to contribute to the safe, reliable operation
of the plant by showing the effectiveness of plant maintenance on
possible problems.
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PRESSURE OSCILLATIONS IN DARLINGTON NG8 PRIMARY HEAT TRANSPORT
SYSTEM DDE TO TRIPPING OF ONE MAIN CIRCULATING PUMP

D. G. Meranda, A. Despotovic, V. Hera, J. Rubin,
Ontario Hydro

700 University Avenue
Toronto, Ontario, Canada, M5G 1X6

ABSTRACT

The sudden trip of one or several transport PHT pumps will result
in a pressure spike in the Primary Heat System. A pressure rise
up to 10.7 MPaa might occur at the Reactor Outlet Header, which
causes the reactor to trip. A study was conducted to simulate
pump trips using the SOPHT code, in order to assess the problem
and learn how to avoid it.

It was found that the maximum pressure spike occurs when either
one of the pumps farthest from the pressurizer trip. Several
solution to the problem have been considered. The selected mode
of operation is to lower the reactor trip setpoint, for a limited
time, shortly after the pump trip.

1. DESCRIPTION AND ANALYSIS OF THE PROBLEM

l.l Darlington Primary Heat Transport System

The PHT-System circuit in each unit of Darlington NGS consists of
two loops. Each of the two loops contains two circulating pumps,
two steam generators, two inlet and two outlet reactor headers.
Figure 1.1 shows a simplified flowsheet.

PRESSUnZER

FIGURE 1.1. PRIMARY HEAT TRANSPORT SYSTEM



The two loops are connected to each other and to the pressurizer
vessel on the west side. This pressurizer keeps the ROH's at a
constant pressure of 10,0 MPaa. In order to dampen any flow or
pressure oscillations in the system, the two outlet headers of
each loop are also interconnected through a 10 in. pipe, the
balance line. Hence, the pressure in all ROHs is the same during
normal operation. According to the design, at 100% full power,
the ROH's are at 10.0 MPaa and 310*C, while the RIH's are at
11.38 MPaa and 267*C.

The four PHT pumps have to provide the flow and the head required
for all operating conditions, among them:

* 100% full power, which requires all four pumps to operate

* 65% power, which can be achieved with only one pump per loop
in operation

1.2. Pressure Behaviour During an East Pump Trip

In the case of an East pump trip, there are basically two effects
causing an increase of the system pressure, as it manifest itself
at the East ROH.

With only one pump per loop operating, which has to provide
enough head to overcome the added resistance, the flow ratio in
this loop will decrease. The pump moves back on its
characteristic curve. So, a pump trip on the East side results
in higher head delivered by the remaining West pump and, as a
consequence, an initial surge in PHT pressure. Due to the time
lag in the adjustment of the pressurizer pressure by the
controller this one cannot keep the ROH pressure at 10 MPaa.

Another thing to be taken into account is the sudden increase in
system resistance which acts like a temporary back-up pressure
for the remaining pump.
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Besides that, a series of factors, related to reactor controllers
contribute to pressure fluctuations during the adjustment period.
The pressure rises to 10.7 MPaa for a very short period of time
but this is enough, however, to trigger a reactor trip.

1.3. Pump Trip

A PHT Pump trip may occur due to a motor failure, interruption of
power supply, high vibrations etc.

Therefore, one has to distinguish between two different cases
when pump trips:

a) The pump can be restarted within a short period of time.
Hence the reactor may only step back.

b) It will take some time to restart the pump; accessing the
pump is required for repairs or maintenance. Hence the
reactor has to be shut down.

Whatever the actual reason for which the pump trips, the reactor
will undergo a step back to 65% power and remain at this level
until the operator decides what action is to be taken. Following
the PHT pump trip, a reactor trip will take place however,
because of the pressure spike in the PHT system. This has a
number of undesirable consequences, like economical penalties and
stressing the piping and equipment.

To avoid these consequences several alternative solutions have
been investigated.

2. SIMULATION OF A SOUTH-EAST PUMP TRIP

To have realistic picture of the possible pressure behavior in
the PHTS, during a pump trip transient, three different
simulations have been performed.

* The pump trip from 100% FP, the most likely case to occur.

* A pump trip from Zero Power Hot condition.

* A pump trip from 75% FP power, a simulation that combines
the pump trip transients with the startup transient.

The simulations were conducted using SOPHT (Simulation of Primary
Heat Transport) code. This computer code enables the user to
analyze steady state or transient problems associated with CANDU
systems.



2.1. Pump Trip From 100% Full Power

[Figures 3 & 4]

Within six seconds after the pump trip the pressure in the SE ROH
rises from its steady state value to above 10.7 MPaa while the
pressure in the other three ROH's drop significantly. Following
a reactor trip on high ROH pressure and opening of the PHT
pressure relief valves the SE ROH pressure initially decreases to
10.45 MPaa then to 9.0 MPaa. The pressures in all ROH's
fluctuate for about 15 seconds before the process of recovery
starts. The pressure fluctuations predicted by the computer
simulation have been confirmed by station measurements, during a
pump trip test performed in Darlington Unit 2.

2.2. Pump Trip from Zero Power Hot

[Figure 5]

The PHT pump trip, from ZPH, produces pressure oscillations of
even higher amplitude than the trip from 100% FP. The
instability period is longer and characterized by two peaks of
10.48 and 10.59 MPaa, respectively. There is no reactor trip,
since the reactor is shutdown, but the liquid relief valves open.

2.3 Pump Trip from 75% Full Power

[Figure 6]

The 75% FP run represents a PHT pump trip during the start up or
shut down procedures. It displays a severe transient, similar to
one produced by the trip from 100% FP, during which the ROH
pressure surges above 10.7 MPaa, in 6 seconds. PHT relief valves
open and the reactor is tripped on high ROH pressure.

The three simulations performed, beside confirming the
observations during the test in Unit 2, show that the opening of
the PHT liquid relief valves, initiated by the present controller
when the ROH pressure reaches 10.55 MPaa does not prevent the
over pressurization of the system to 10.7 MPaa which leads to a
reactor trip. The high pressure spike and the subsequent reactor
trip have to be avoided to prevent economic penalty and
mechanical stress to the equipment.



3. PROPOSED SOLUTIONS

3.1. Lowering of the LRV's Setpoint

[Figure 7 & 8]

Early opening of the PHT liquid relief valves will help reduce
the maximum pressure in the system. Simulations performed show
that the pressure spike remains below 10.5 MPaa if the setpoint
for the relief valves is changed to 10.2 MPaa. This is valid for
a PHT pump trip from 100% FP and also for a trip from 75% FP.
Modification of the relief setpoint will prevent a reactor trip.
The method has, however, some drawbacks. The controller has to
be modified and the entire procedure will have to be analyzed
from reactor safety point of view.

3.2 The Use of Steam Bleed Valves for PHT Relief

[Figure 9]

The steam bleed valves are used to control the pressure in the
PHT system and open, normally, if the pressure in the Pressurizer
vessel exceeds 10.0 MPaa. Opening of these valves, as soon as
possible after a pump trip is detected can reduce the spike in
the ROH by adding to the PHTS pressure relief capacity.

A simulation was performed, in which the pump was tripped and
steam bleed valves were open simultaneously. While this has some
effect on the amplitude of the pressure spike, it is only
marginal.

3.3 Replacement of Reactor Stepback on PHT Pump Trip Signal by a
Reactor Trip.

It is possible to control the system in such way that a PHT pump
trip event would trigger a reactor trip instead of a reactor
stepback. The simulation performed shows that an unacceptable
pressure transient will still be present under these conditions.

4. CONCLUSION

4.1 New LRV's Setpoint Solution

From the data gathered as result of the simulations performed it
can be concluded that the most appropriate protection against a
pressure surge transient in the PHTS, when one of the four PHT
pumps trips, is the changing of the PHT liquid relief valves set
point to 10.2 MPaa. This will also prevent a reactor trip on
high ROH pressure signal.



Beside answering both concerns (over pressure and trip), this
solution has the advantage that requires a relatively simple
adjustment of the controller. However, this adjustment has to be
done in such a way as to modify the set point only for the PHT
pump trip transients and for a limited time (about 15 seconds).
In all other circumstances the LRV set point should be kept at
10.55 MPaa, its present value. This requires a specific
controller logic to be designed and tested. Also, the new
situation created by the implementation of this logic will have
to be analyzed from raactor safety point of view. While we don't
foresee any problem, all this work is time consuming and costly.

4.2 Other Solutions

It has to be underlined however that a PHT pump trip while the
PHTS is pressurized at 10.0 MPaa is a very unlikely event. The
probability of piping and equipment being subjected to stress due
to this event is so low that an acceptable solution is to make no
modification in the way the system is controlled, avoiding by
this the cost and effort involved.



( o
CO

1



1
I

n

/
/

/

X -

+ -

/

i

/

o o o o o o o o

ID

i^^i co

oi

o o

QV3H



\

N».

h-i—>

LSS



I I

00*0021 OO'OSU OO'OOU OO'OSOI OO'OOOI 00'0S6 OO'OOS OO'OSB 00-008 OO'OSi 00*00*

[01« (bbdN) SS3dd HOy MN

00*0021 0Q-0SI1 00*0011 OO'OSOI OO'OOOI O0'-OS6 00*006 OO'OSe 00*009 00*051 00*00^

•01* (bbdW) SS3Ud HOW 3N

J •



APPENDIX 2 . 2 .

OO"OOII 0CTO901 00*0201 00"086 00*0Ji6 00"006 00*099 00*028 00"08d
[ 0 1 * (bddM) HOy -MN

00'Ohi OO'OOi"

00'0901 00'020! 00'086 00"0fi6 00'006 00*099 00-028 00"09i OO'Ohi

*3N

00 • 00t' l OO-090'l OO'020l 00"086 00'0f>6 00'006 00'098 00"028 O t T o i i OO'Oh'i OO'OOi
I O T X (bbdM) HDy "MS

OO'OOH 00*0901 00*020t 00'086 00*0h6 00*006 00*098 00*028 00*OBA O0*0hi 00*00i
I O I X (UHdM) HOH "3S

J



X

3 2 UJ
in in

APPENDIX 2 . 3 .
"1

00*0011 00*0901 00*0201 00*086 00"0ti6 00*006 00*099 00*028 00-09Z. OO'Otii 00'OOi
l O i x ( b b d M ) H Q y 'MN

OO'OOII 00*0901 00"020I 00*086 00"0l>6 00"006 00-099 00'029 OO'OBi OO'Ohi 00"00d

\0\* (bbdM) HQB "3N

00 • 001*1 0O"O90'l 00'020't 00 •096 00"0fi6 00 "006 00*090 00*029 00"08t 00*0hi 00*00i
l O I x ( b b d M ) H O y ' M S

00*00U 00*090'l 00*020'l 00'096 00*0*i6 00 006 00-099 00*029 00*09i OO'Oh'i 00*00i

(bbdM) HDy '3S



r X X I: X
UJ 3 UJ
2 in tr>

APPENDIX 3 . 1 . b

nil

00-0011 00'090l 00-0201 00-096 00'0tl6 00*006 00-098 00-028
l O I * ( b d d W HDd "MN

OO'Ohi OO'OOi

00"001I 00'0901 00'0201 00'086 00'0h6 00'006 00'099 00-02e

[ O l x ( b b d M ) HOy " 3 N
OO'Ohi OQ-OOi

OO'OOII QO'0901 00'020I 00*086 00'0fi6 00"006 00"09B 00-D29 00 '08i OO'Ofii 00"00i
i O i x ( b b d M ) H Q y "MS

00 • 00l'l OO'090'l OO-020'l 00'086 00 -0h6 00-006 00-098 00-028 00'08'i OÔ OhZ OCTOOi
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COMPUTER CODE VERIFICATIONS FOR
PHT PURIFICATION SYSTEM

F.Y.L. Sun and H. Goulding*
Ontario Hydro

700 University Ave., Toronto, Ontario, M5G 1X6

ABSTRACT

The purification system in the PHT is designed for low pressure and is
normally connected to the high pressure HT system. The purpose of this paper
is to demonstrate how a hydraulic computer code and the SOPHT (Simulation of
Primary Heat Transport) code are used to verify the design of the purification
system for normal, and upset operating conditions, respectively.

INTRODUCTION

The purification system in the Primary Heat Transport (PHT) is
designed for 1.38 MPa(g) and is normally connected to the high
pressure PHT system, which is designed for 11.0 MPa(g). The
boundary of high and low pressure is located immediately
downstream of the Level Control Valves (LCVs). A simple control
scheme has been standardized for Ontario Hydro Candu stations,
for these LCVs to act as both the bleed condenser level control
and temperature/pressure control for the purification system.

For normal operating conditions, the two level control valves
reduce the pressure to well below the purification design
pressure (eg. 500 KPa(g)). During certain upset conditions (eg.
Loss of Class IV power, Total Loss of Feedwater, etc.) following
the heat transport relief into the bleed condenser, the LCVs will
open fully because of high bleed condenser level and pressure.
Also, the pressure downstream of LCVs will reach 1.1 MPa(g)
causing the purification bypass valve to open automatically. If
the open bypass valve does not reduce the pressure in the
purification system sufficiently, a relief valve is set to open
at 1.31 MPa(g) to protect the purification piping and components.
In practice, the opening of the bypass valve will induce a very
large flow through the bleed cooler and inhibit the capabilities
of the bleed cooler to cooldown the primary coolant to the
desirable temperature. In turn, a temperature override control
loop is set to close the LCVs. This control action is
effectively to protect the purification system from high pressure
and high temperature.

The purpose of this paper is to demonstrate how a hydraulic
computer code (Wateraet) [Ref. 1] and the SOPHT code [Ref. 2] are
used to verify the design of purification system for normal, and
upset operating conditions, respectively. For normal operating
conditions, it is undesirable for the purification bypass valve
to be open. Therefore, a hydraulic analysis as modelled in
Figure 1 was performed to verify the margins of design of the

l* System Design Engineer
# Supervising Design Engineer
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purification system under normal plant operations. For upset
conditions, a SOPHT analysis as modelled in Figure 2 can be
performed for the transient conditions.

DESCRIPTION OF PURIFICATION SYSTEM

The purification system is designed to reduce the activity, and
to minimize the level of soluble and insoluble impurities, and to
assist in maintaining the specified chemical conditions in the
primary heat transport system. The system consists of filters
(in parallel) connected in series with a set of ion exchange (IX)
columns (in parallel) and associated piping network with control
and relief valves. PHT coolant from bleed condenser is cooled by
the bleed cooler before entering the purification system and the
purified coolant goes to D20 storage tank/feed pump suction. The
filters will remove the crud which is carried by the bleed flow
from the PHT system. The ion exchange columns will remove the
soluble corrosion products and fission products which may have
been released from fuel defects. The IX columns also control the
apparent pH of the PHT coolant in order to minimize corrosion.

Under normal condition, a purification flow of 10.4 Kg/s is
sufficient to meet the purification requirements. In this case,
only one D2O feed pump is required to provide cooling flow from
the bleed condenser and for inventory control in the PHT system.
Under conditions of high activity level in the PHT system, higher
purification flows may be required. The purification flow can be
varied by biasing the bleed valves (CV5/6 in Fig. 2 ) . As the
purification flow is increased, the more filters and/or more IX
columns can be valved-in. The maximum flow is about 45 Kg/s
which gives a purification half life of one hour. At such a flow
rate, all filters and IX columns have to be valved-in and the
operation of both D2O feed pumps is required.

Hydraulic Analysis of the Purification System

The bleed condenser associated circuits are shown in figure 1.
From the bleed condenser cutlet to the HT feed pump suction/D20
storage tank, the major pressure drops are across the bleed
condenser level control valves and bleed purification system.
Pressure drops in connection piping and across the bleed cooler
are small in comparison. The purification system is modelled as
a resistance, ie. it produces a pressure drop.but no heat
exchange.

The flow through the level control valves is given by :

" Ppurlf

where,

pbc = bleed condenser pressure, normally 1620 KPa(g).
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(RELIEF VALVE]

FIG. 1 : Node - Link Diagram of PHT Purification Circuit [Bruce 'A']
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ppurif = Pressure immediately upstream of purification
system, KPa(g).

Cv = bleed condenser level control valves constant, as
shown in Figure 3.

Kg/sec

/kPa

hv = lift of LCVs, fraction.

QouC = bleed condenser D20 coolant outflow, Kg/sec

The pressure drop across the purification system is given
by :

^purif ~ Pout = RpurlfQ out . (B)

where,

Pout = pressure downstream of purification system KPa (g),
which is also the D20 storage tank pressure plus
static head.

rir = resistance of purification system,

KPa
(Kg/sec)*
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Combining equations (A) and (B) and eliminating the variable

p
pUriff yields an expression for Qout :

^out

The D20 storage tank is a horizontal carbon steel vessel
connected to feed pump suction with enough NPSHa. It is designed
to store all the D20 swell from a unit HT system from Cold to
Zero Power Hot, and hold it in readiness for return when the need
arises. The tank pressure is held at about 2 KPa(g) during the
normal plant operating conditions by being connected to a large
inflatable - deflatable neoprene rubber balloon for Bruce 'A'
design (Note that due to decay of rubber balloon, Bruce 'A'
storage tank vapour pressure is being revised to interface with
helium supply control only without rubber balloon). This in turn
maintains a constant pressure of about 140 KPa(g) at the feed
pump suction header where the purification system safety relief
valve (RV16) discharge line is located.

The level of the liquid in the bleed condenser is controlled at
the desirable level by regulating two LCVs to achieve the bleed
flow out of the condenser. These two LCVs are interlocked with
duplicated condenser level loops so that failure of one valve
will not bottle up the condenser outflow. The LCVs are of equal
percentage type, in which equal increments of movement produce
equal percentage changes in flow. It is desirable to have a
valve movement from 20 percent to 40 percent causing a flow
change from 5 to 10 percent for level control. Therefore, the
selection of LCVs is very important as defined in the valve
specification sheet [Ref. 3].

The equal percentage control valve characteristics can be
shown as :

where,

Q = flow rate (Kg/sec)

Qmin = minimum flow rate (kg/sec) when the stem is at one
limit of its travel, eg. Qam = 3 Kg/sec for CV14/15
in Bruce 'A' .

Qmax = maximum flow rate (Kg/sec)

S = valve stem position (m)

s = maximum stem position (m)
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R = Rangeability, as the ratio of Qn)ax/Qmin.

eg. R = 6.875 for 3332-CV14/15 in Bruce 'A'.

With normal flow of 10.4 Kg/sec through two LCVs, one can find
the valve opening position from eguation (D) as 28.5 % for the
LCVs of Bruce 'A'. This is a desirable position for the control
valves and level control schemes.

Purification System Resistance by Waternet Code.

From the equation (C) above, the purification flow is dependent
upon the RpUrif and C ^ during the normal operating conditions. In
order to simplify the calculation and to be conservative as far
as the pressure upstream of the purification system (ie Ppurif) is
concerned, the Level Control Valves (LCVs) are assumed fully open
so that the value of C ^ is constant in the equation (C).
The Waternet code model of the purification system as shown in
Figure 1 was calculated by the flow rate versus pressure drops in
a piping system. Values of purification flow rate and
corresponding values of pressure at RV16 (ie. inlet of
purification system) were tabulated for different configurations
of filters (FR) and IX columns valved-in under one LCV or two
LCVs in service. The four configurations were : 2 FRs and 3 IXs,
2 FRs and 4 IXs, 4 FRs and 6 IXs, and 4 FRs and 8 IXs for Bruce
design. Purification flow rate varied by manipulating the K
factor of MV38 from 0 to infinity (ie. closed). For a filter K
of 20 and IX column K of 38 (about 65 % dirty component), the
results are plotted in Figure 4. Under normal operating
conditions, it is undesirable for the bypass valve (MV38) to open
automatically at l.l MPa(g). As a result from this hydraulic
code as shown in Figure 4 the purification flow can be up to 25
Kg/sec for the four configurations, without resulting in opening
of bypass valve (MV38). Normal purification flow is about 10.4
Kg/sec, with the LCVs (3322-CV14,CV15) about 30 % open. This
permits, under normal operating conditions, very large margins of
flow variation for the manipulation of the purification bias by
the operator.

UPSET OPERATING CONDITIONS

The design of PHT Pressure and Inventory Control can be generally
represented by a typical Bruce 'A' design as shown in Figure 2.
When the reactor power is operating under the upset transient
conditions from 100 percent full power, there can be a
significant inflow to the bleed condenser from the Heat Transport
System (called by Pressure and Inventory Control) and outflow
from the bleed condenser to purification system by analog level
controllers. This dynamic operating transients from the bleed
condenser to D2O storage tank/Feed pump suction can be analysed
by the SOPHT code. In turn, the purification system and
associated bypass motorized valve status can be evaluated; and
the D2O flow through the bleed cooler can be derived.
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The transients listed below which fall into the upset conditions
have been analyzed.

i) Loss of class IV power.
(a) H.T. Pumps Trip Credited.
(b) H.T. Pumps Trip Not Credited.

ii) Two pump trip remoted from the pressurizer.
(Stepback)

iii) Total loss of feedwater.
iv) Liquid Relief Valves (LRVs) fail open.

(Note that this transient is not part of design
specification transient of the Station)

v) Turbine trip.
vi) Reactor trip.

As shown in Figure 2, the bleed condenser accommodates bleed and
relief flows from main heat transport system as well as steam
bleed flow from the pressurizer. The control of these valves by
digital computer has been well described in the corresponding
Station Design Manuals. However, the changes of these inflow
control valves will affect the outflow from the bleed condenser.
Thus, the control of outflow from bleed condenser by analog
controllers is described in detail at the section below.

Bleed Cooler Temperature Override Scheme

Bleed cooler outlet temperature measurement is used to override
bleed level signals to level control valves (CV14/15) to cover
for certain transient conditions where the opening of the
purification bypass valve (MV38) induces a very large flow
through the cooler and inhibits the capabilities of the bleed
cooler to cooldown the primary coolant to the desirable
temperature. Under these conditions, the temperature override
will close the LCVs to limit the bleed cooler outlet temperature
to a maximum of 65°C at the expense of bleed condenser level
control. The temperature override control scheme is shown in
Figure 5. The bleed condenser level controller is proportional
plus integral for Bruce design. The level controller output will
be such that at 0.89 m (setpoint), the demand is about 30% and at
1.4 m, the demand will be 100%. The temperature controller
output will be such that at 54.4°C (setpoint), the demand is 100%
(reverse action) and at 65°C, the demand will be zero. The
control signal to the bleed condenser LCVs will be derived from
the "Low Selector" (LM) of either the proportional level
controller (LIC) or proportional temperature controller (TIC) as
shown in Figure 5.

The level controller is propotional plus integral, it can be
expressed by :

KpEp + Kp -ijEpdt (E)

where,
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P = controller output.

Kp = propotional constant.
(ie. Kp = 100/PB, where PB is the propotional Band (%) .

TL = reset (integral) time, second.

Ep = error between the measured -̂ alue and setpoint of the
variable (ie. level).

The bleed cooler, just upstream of the LCVs, is the horizontal U-
tube type heat exchange. The primary coolant (D2O) flows through
the tube-side and the service (cooling) water through the shell-
side. At normal operating conditions, D2O from the bleed
condenser is cooled from about 204°C to below 52°C at the rated
flow of about 10 Kg/sec. If for any reason the bleed cooler
outlet temperature rises above 65°C, the LCVs are closed by a
signal from the temperature controller (TIC) which override the
level control signal from level controller (LIC).

Results of SOPHT Simulations for the Upset Conditions.

The SOPHT analysis for the model shown in Figure 2 for the upset
conditions was performed on the IBM RISC/6000 Model 550 computer.
The results of transient analyses are summarized in Table 1 - For
all transients except the turbine trip and reactor trip, the
Level Control Valves (LCVs) closed due to bleed cooler
temperature override control which precluded the purification
system from high pressure as shown in Figure 6.

CONCLUSION

Under normal operating conditions, it is unlikely to have
purification bypass valve (MV38) opened as per Figure 4.
However, if the bypass valve did open, there is a CRT alarm
annunciation for "HIGH PURIF. PRESS. MV38 OPEN" to warn the
Operator; and the Operator action is required to close the valve
so that the specified chemical conditions of the PHT system can
be maintained.

The dynamic responses of PHT system under the abnormal operating
conditions can be simulated by SOPHT code for nuclear system
design, eg. PHT purification system as described in this paper.
It is concluded that the typical Bruce 'A' purification system
relief valve (RV16) will not open under the upset operating
conditions as shown in Figure 6. In turn, a high pressure
purification system design, such as CANDU-600, can be exempted
from implementing more equipment (eg. intercoolers).
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Figure 6 : Purification System Pressure Transients
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Table 1

j to open
purification
bypass,

I Bleed-cooler
t £law

Loss of Class IV power
(HT pumpt trip
credited)

Loss of Class IV power
(HT pumps trip not
credited)

Stepback initiated at
0 sec, SDS1 (low flow
trip) at 3.7 sec

Stepback (high HT
pressure) at 2 sec.
SDS1 (high HT pressure
trip at 2.68 sec)

12.0 sec

6.5 sec

2340 kPa(a)

4620 kPa(a)

* 42 kg/sec

* 72 kg/sec

Two pumps trip
(remoted from the
pressurizer)

Stepback (HT pump
trip) at 0 sec.
Stepback (High HT
pressure at 1.75 sec)

7.3 sec 2887 kPa(a) 100 kg/sec

Total loss of
feedwater

Setback (High PRZR
level) at 6 sec.
Stepback (High HT
pressure) at 11 sec,
stepback (High steam
pressure) at 12 sec.

10.9 sec 2905 kPa(a) 100.5 kg/sec

I

LRVs fail open No response
(100% FP)

6.0 sec 2985 kPa(a)
(eventually
to bleed
condenser
relief valve
setpoint)

111.5 kg/sec

Turbine trip Stepback (Turbine
trip) initiated at
0 sec. Setback (High
steam pressure) at
2 sec

Not
applicable

1500 kPa(a) Decreasing to
zero due to
BC reflux
cooling.

Reactor trip Reactor trip initiated
at 0 sec.

Not
applicable

1500 kPa(a) same as above

(*) Due to loss of service water on the shell side of cooler, the LCVs are not fully open.
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ABSTRACT

This paper describes hov CATHENA, a two-fluid theraalhydraulic computer
code, may be coupled with other codes to allow integrated simulations.
Specifically, the integration of the LEPCON code with CATHENA is presented.
LEPCON simulates the major control functions of the Point Lepreau CANDU-600
reactor. An interface vas designed to exchange information between CATHENA
and the LEPCON controllers. CATHENA performs the thermalhydraulic calcu-
lations for the reactor system while control of the thermalhydraulic cir-
cuits is specified by the control routines. Pressures, temperatures and
flows calculated by CATHENA are input to the control routines. The control
routines use this information to calculate parameters such as the position
of the control valves, reactivity insertion, and heat input to the
pressurizer. This information is then returned to CATHENA. Examples of
integrated CATHENA/LEPCON calculations are given and compared with
reference solutions.

1.0 INTRODUCTION

The CATHENA [1] code uses input data to model control systems of
considerable complexity. The form of this data, in fact, forms a
simulation language where the user can create constant and/or derivative
and/or integral control "blocks," time-dependent functions, and table
lookups. As veil, logical functions, including "trips," can be defined.
The results of these calculations are used to control boundary conditions
imposed on the simulation. Examples of these boundary conditions are
controlling a valve opening time, specifying a time-dependent power history
for reactor fuel, and initiating a pump trip. This system has been used to
model boiler level/pressure control, inventory control, and emergency
coolant Injection (ECI) control (including trips) [2].

New Brunswick Power (NBP) has developed detailed control routines, written
in standard FORTRAN, as part of the homogeneous SOPHT code [3] representing
control functions for the primary and secondary coolant circuits of the
Point Lepreau CANDU-600 reactor. Considerable effort and resources have
been spent to generate and validate this model, named LEPCON. Rather than
translate the extensive logic employed in LEPCON to CATHENA control models,
a more economic approach vas to couple these routines with CATHENA. The
CATHENA/LEPCON combination offers an important advantage over SOPHT/LEPCON
- a two-fluid predictive capability.
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The methodology of coupling two distinct codes is described in this paper
using the CATHENA/LEPCON combination as an example. The objective is to
"link" the two codes, making minimum changes to each code.

The CATHENA code is described first, followed by the LEPCON code. The
methodology of coupling the two codes is then presented. Finally, results
are presented to demonstrate the viability of the method.

2.0 CATBENA

CATHENA, developed by AECL Research, has evolved with the objective of
providing a high degree of flexibility in modelling theirmalhydraulic
systems. Although developed primarily for the analysis of CANDU nuclear
reactors, the code has been successfully applied in the analysis and design
of experimental test programs. CATHENA is also being used to support the
design, safety and licensing of research reactors developed by AECL (e.g.,
MAPLE-X10 [4]).

The CATHENA code uses a non-equilibrium, two-fluid thermalhydraulic model
to describe fluid flow. Conservation equations for mass, momentum and
energy are solved for each phase (liquid and vapour), resulting in a 6-
equation model. Also, up to four noncondensible gases may be represented
as part of the vapour phase, yielding a 7- to 10-equation model.
Interphase mass, momentum and energy transfer are flow-regime-dependent,
and are calculated using constitutive relationships obtained from the
literature or are derived from separate-effects experiments.

The numerical-solution technique used to solve the conservation equations
is a staggered-mesh, semi-implicit, finite-difference method. The
dependent variables defining the state of a node or cell are pressure, void
fraction, and phase enthalpies. If noncondensible gas(es) are present, the
noncondensible fractions are also dependent variables. For connections
between nodes (called links), the dependent variables are the velocities of
the gas and liquid phases. Conservation of mass is achieved using a
truncation error correction technique similar to that used in RELAP5/M0D2
[5].

A one-step finite-difference numerical solution scheme has been adopted
that is not transit-time-limited. A time-step controller implemented in
CATHENA automatically selects the next time step at each finite-difference
time step. This is accomplished by monitoring changes in the dependent
variables, selected derived variables, and the truncation error. If the
maximum change is below a prescribed value, the time step is increased; if
the change is above the maximua prescribed value, it is decreased. The
user may alter the default selection criteria through input data and thus
check the temporal convergence of a given simulation.

Heat transfer from metal surfaces is handled by an extensive wall-heat-
transfer package. A set of flow-regime-dependent constitutive relations
specifies the energy transfer between the fluid and the pipe wall and/or
the fuel element surfaces. A variational finite-element method is used to
model the heat transfer by conduction within the piping and fuel in the
radial direction, and the heat transfer can also be modelled in the
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circumferential direction. The radiative heat transfer and the
zirconium/steam reaction rates can also be calculated. The ability to
calculate the heat transfer from individual groups of pins in a fuel bundle
subjected to stratified flow is built into this package. Under these
conditions, the top pins in a bundle are exposed to steam, while the bottom
pins are exposed to liquid.

Component models that describe the behaviour of pumps, valves,
pressurizers, steam separators, and discharge through breaks are available
to complete the idealizations of the reactor systems. As discussed
previously, control systems may be modelled through user-specified input
data or by coupling with other plant-control codes.

3.0 LEPCON

The LEPCON (LEPreau CONtroller) code was developed by New Brunswick Power
Corporation, and consists of 75 subroutines ("25 000 lines of FORTRAN
code). This code represents logic from the Point Lepreau Generating
Station in the FORTRAN subroutines. The systems modelled include:

(1) the important elements of the overall plant controller — boiler
pressure (digital) control, unit power (digital) regulator,
electro-hydraulic governor (analog) control and main steam safety
valves (MSSV) (analog) control,

(2) the reactor regulating system (including both shutdown systems),

(3) the normal mode of the primary heat transport system (PHT)
(digital) pressure and inventory control,

(4) the solid node of the PHT system and pressurizer (analog) pressure
control,

(5) the degasser-condenser analog pressure and Inventory control,

(6) the PHT system over-pressure protection (liquid relief valves
(LRV) analog control), and

(7) the steam generator(boiler) (digital) level control.

LEPCON is updated routinely, as required, to ensure the routines represent
the current state of the Point Lepreau Generating System control systems.

4.0 CATHENA/LEPCON INTEGRATION

To couple CATHENA and LEPCON, an interface was designed for the exchange of
information between CATHENA and LEPCON, and a new model was designed for
the CATHENA code. This model allows the interface to be specified through
user input data, and provides the necessary linkage between the two codes.
CATHENA performs the thermalhydraulic calculations for the reactor system
while control of the thermalhydraulic circuits is specified by the LEPCON
control routines. Pressures, temperatures and flows calculated by CATHENA
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are input to LEPCON. The control routines use this information to
calculate parameters such as the position of control valves, reactivity
insertion, and heat input to the pressurizer. Information is exchanged
every CATHENA time step.

This process is shown schematically in Figure 1.

INTERFACE
CATHENA

thermalhydraulic
information:

(pressures, flows,
etc.)

LEPCON

control of
thermalhydraulic
circuit:
(valve openings,
reactivity insertion,
etc.)

Figure 1: CATHENA/LEPCON Interface

These steps vere perforaed to implement this methodology:

(1) The interface was defined first. The thermalhydraulic information
required for the LEPCON calculations was identified. The LEPCON
results that control the CATHENA simulation vere also identified.
It was then verified that the LEPCON and CATHENA calculations were
kept separate - i.e., common blocks must be separate between the
two codes.

(2) The LEPCON routines vere modified to pass information through the
interface.

(3) A CATHENA "plant controller" model vas designed to create the
second half of the interface.

The PLANT CONTROLLER model implemented in CATHENA is general and can be
used to model different plants. The user first specifies the controller
name (e.g., LEPREAU or G-2), the number of inputs and outputs required for
the specific controller, and the restart files. Next, the interface input
parameters (CATHENA to LEPCON) are defined through the input data using
variables accessible to CATHENA. For example, 'PRESS:OHDl(l)r vould be
specified to reference the pressure in Outlet Header 1. The second part of
the Interface (LEPCON to CATHENA) is then defined where CATHENA models to
be controlled are listed. For example, 'OPENFR' of 'VALVE1' vould be
specified to control the opening fraction of a valve labelled VALVE1. This
approach allows maximum flexibility In allowing multiple interfaces (for
different controllers) as veil as for modifying individual interfaces when
required.
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The user nay also override any control action taken by LEPCON by defining
CATHENA control models such that a defined set of control variables
calculated by LEPCON will be changed to values calculated by the CATHENA
control models.

5.0 RESULTS

To test the integration of LEPCON with CATHENA, a CATHENA idealization of
the Point Lepreau Generating Station vas first generated (a SOPHT
idealization already existed). Both idealizations model the two figure-of-
eight loops of the primary-side heat transport system, key elements of the
secondary-side heat transport system, and other necessary systems. A power
reduction from 100Z to 60Z full power in the normal mode at a rate of 10
MV(e)/min was simulated because it exercises:

(1) the interaction (information exchange) between the boiler pressure
control, the unit power regulator, the electro-hydraulic governor
and the demand power routine of the reactor regulating system,

(2) the interaction between the reactor regulating system and the
reactivity control mechanisms (for the current case that would be
mainly between the demand power routine and the liquid zone),

(3) the interaction between the pressure and inventory (digital)
control and the respective controlled device:

• for pressure control, the controlled devices are the steam bleed
valves, variable heater and the ON/OFF heaters,

• for inventory control, the controlled devices are the D20 feed
and bleed valves, and

(4) the interaction between the boiler level control and the main and
small feedwater valves.

Figures 2, 4, 6, and 8 show selected results of the SOPHT simulation.
Figures 3, 5, 7, and 9 give the corresponding CATHENA results. The
duration of the transient was 3000 s. The SOPHT/LEPCON results are
described first, then the CATHENA/LEPCON results are compared to these
results. Each page contains two figures - the SOPHT/LEPCON calculation on
the top, and the corresponding CATHENA/LEPCON calculation on the bottom.

It should be noted that the thermalhydraulic initial conditions in SOPHT
and CATHENA are slightly different. This causes minor differences in the
transients when simulations are compared.

Figure 2 shows the transient boiler pressure in 3311-B01. At the beginning
of the transient, there is a slight decrease in pressure, mainly because of
slight inconsistencies between the LEPCON controller initial conditions and
the SOPHT initial conditions.

At 10 s, a new target load (with its rate of change) are input in the
Digital control computers (DCCs) by an operator (simulated by LEPCON), and
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the boiler pressure experiences a sharp increase followed by decaying
oscillations. The sharp increase in pressure is caused by the unit power
regulator reducing the load setpoint that "pulses down" the speeder gear on
the turbine governor valves. This in turn initiates the electro-hydraulic
governor to close the governor valves, resulting in the increased boiler
pressure. This increased pressure causes a lower reactor power setpoint to
the demand power routine of the reactor regulating system.

The pressure oscillations are the result of the interaction between the
unit power regulator and the demand power routine via boiler pressure
control. As the unit power regulator reduces the power at the specified
rate, boiler pressure control attempts to maintain the boiler pressure at
or near the pressure setpoint. To accomplish this, the boiler pressure
routine sends a new reactor power setpoint to the demand power routine.

Figure 4 shows the reactor power during the transient. The slight
irregularities in the power reduction are caused by the interactions
described previously. Around 1700 s there is a normalized power undershoot
resulting from the response of the reactivity mechanisms attempting to
match the reactor power setpoint given by the boiler pressure control.
This is followed by a gradual increase as the boiler pressure control sends
a higher reactor power setpoint to the demanded power routine, allowing the
boiler pressure to recover.

Figure 6 shows the variation of the pressure in Reactor Outlet Header (ROH)
HD-1. Initially the variation of the pressure follows the variation of the
normalized power. The small fluctuations observed on the normalized power
are reflected in the variation of the ROH pressure; in particular, the
notable normalized power fluctuation shortly before 500 s is reflected in
the ROH pressure. As the ROH pressures fall below the setpoint of 9.99
HPa(a), pressure and inventory control switches on the variable and ON/OFF
heaters and the pressure eventually returns to the pressure setpoint.

Figure 8 shows the variation of the pressurizer level. It can be seen that
initially the variation of the level follows the variation of the ROH
pressures, resulting in an outsurge of the pressurizer inventory because of
loop "shrinkage." Again an oscillation occurs shortly before 500 s
following the notable fluctuation in normalized power at the same time.
The rate of change in pressurizer level is different after the oscillation
occurrs. This results from the effect of the pressurizer heaters.

The results from CATHENA show essential the same behaviour as SOPHT.
Figure 3 shows the variation of boiler pressure in 3311-BO1, where similar
events occur at about the same tine:

• The notable decrease in boiler pressure shortly before 500 s is
present in the results from CATHENA.

• The sharp pressure decrease at about 1700 s is also present in
the results from CATHENA; however, the oscillation observed at
2250 s in the SOPHT results is not present in the CATHENA
simulation. This discrepancy is thought to result from the
different thermalhydraulic modelling of the boilers in SOPHT and
CATHENA.
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In Figure 5, the normalized power predicted by CATHENA has a similar
behaviour to the results from SOPHT: small fluctuations in the normalized
power are superimposed on the general decreasing trend.

Figure 7 illustrates the same trend for the ROB HD-1 pressure as in the
SOPHT prediction. The CATHENA simulation shows that the pressure follows
the normalized power decrease until the effect of the variable and ON/OFF
pressurizer heaters is felt in the reactor outlet headers shortly before
500 s.

The pressurizer level changes predicted by CATHENA show the same features
as in the simulation by SOPHT (see Figure 9).

6.0 SUMMARY AND CONCLUSIONS

This approach offers an important advantage over generating a "tightly
coupled" combination of CATHENA and LEPCON. Development can proceed
independently with each code without affecting the other code. If both
codes were "tightly coupled," then a new LEPCON version would have to be
generated for each new CATHENA version. That could lead to problems!

This paper describes the interface generated for the CATHENA/LEPCON
combination, and demonstrates that the integration produces similar results
to the original SOPHT/LEPCON code. The concept of the interface and the
implementation of a "general interface" in CATHENA allows this approach to
be extended to a number of other applications. Also, since both codes can
execute separately, they could be run on different computers in a parallel
processing mode. This approach is described by McDonald [6].
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ABSTRACT

Thermal recombiners are installed in many nuclear power plants to
prevent late hydrogen deflagrations during a design basis
accident (DBA); experimental tests guarantee DBA operation. A
code has been made to simulate the steady-state operation of the
FIAT recombiner. The recombining rate, calculated with the code
for a gas mixture typical of severe accidents, is higher than the
highest value obtained in the DBA experimental tests. This result
is encouraging for the use of thermal recombiners even in severe
accidents, but the recombiner capability and stability should be
verified through experimental tests.

1.0 INTRODUCTION

In a loss of coolant accident (LOCA) in a water-cooled nuclear
power plant, some amounts of hydrogen, even considerable, can be
produced and released together with steam into the safety
containment. Hydrogen is produced very fast by a metal-water
reaction when, at the beginning of the accident, zirconium and
steel at a high temperature come in contact with steam. Other
slower reactions producing hydrogen are water radiolysis and
aluminium corrosion.

The gas mixture composition in the containment depends on the
containment free volume and gas mixing rate, as well as on the
amount of hydrogen released. If the molar fractions of hydrogen
and oxygen exceed the respective flammability limits, 4-5% for H2
and 5-6% for O2, a very small ignition source can cause the rapid
propagation of a combustion wave [1]. A subsequent rise in
pressure or even shock waves can damage the containment
structure. A high steam concentration increases the flammability
limits. Generally, the gas mixture is never flammable when steam
concentration is more than 50-60% in volume.

To prevent hydrogen explosions in the safety containment, the
reactants could be recombined in a controlled manner to



counterbalance the reactant production rate before flammability
is reached. Among the various types of recombiners that are on
the market or that have been proposed, thermal recombiners
installed outside the containment can be well controlled and
easily replaced with backup units.

In pre- or post-inerted containments, a thermal recombiner can
eliminate the oxygen produced by radiolysis to keep oxygen below
its flammability limit in any accident.

Thermal recombiners for large non-inerted containments were
designed so that only one unit is needed to keep hydrogen below
its flammability limit during a design basis accident (DBA). In
this case, the hydrogen generated by metal-water reaction is
limited, because of the drop in temperature due to the emergency
core cooling systems, and flammability would be reached after a
few days, when hydrogen is slowly produced by water radiolysis
and aluminium corrosion.

In a severe accident, the gas mixture becomes flammable early,
when the hydrogen production rate is still great. Generally, in
this type of accident, an impractical number of thermal
recombiners would be needed to prevent combustion*, but a non-
excessive number could mitigate the combustion overpressure by
reducing the reactant concentrations. Therefore, it is important
to assess the performance of the recombiner in a severe accident,
when hydrogen and steam concentrations are higher than in a DBA.

2.0 THE FIAT-CIEI THERMAL RECOMBINER

The thermal recombiner constructed by FIAT-CIEI [4], on a
Rockwell design [5], is installed outside the nuclear reactor
safety containment and may be easily transported, so it can also
be used as a backup hydrogen or oxygen control system.

The gas is sucked from the containment, pre-heated by electrical
heaters, sent to a chamber (an insulated cylinder with vertical
axis) where the combustion takes place and, after cooling,
brought again into the containment (Fig. 1).

Actual design pressure is 415 kPa gauge [4]. Actual maximum
operating temperature of the inlet gas is 355 K due to the
working limit of the blower motor [4], but it could be increased.
In the reaction chamber, the outlet gas temperature reaches the
steady state in 1-2 hours and is kept close to a pre-fixed value
of 988 K by a special control system that regulates the
electrical power of the radiant elements. The chamber design

In some severe accident, a very high concentration of steam could
inert the containmemt atmosphere long enough to allow a
non-excessive number of recombiners to reduce the concentration
below its flammability limit before steam condensation [2, 3] .
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temperature is 1050 K. Between the inlet and the outlet gas in
the reaction chamber, the rise in temperature is proportional to
the drop in the molar fraction of hydrogen: 60-70 K for each %.
Flammable mixtures with H2 concentrations up to 10% in volume
cannot be ignited by the combustion in the reaction chamber,
because no flashback is possible below this concentration while
the blower is working [6].

Acceptance tests are carried out under the same inlet gas
conditions as those in the containment atmosphere when the
recombiner operates due to design basis LOCAs. In these tests,
the hydrogen concentration in the outlet gas flow is below 0.1%
in volume (Tab. 1).

Table 1
Range of Inlet Gas Conditions that Guarantee
Outlet Hydrogen Molar Fraction Below 0.1%.

Pressure (kPa)

Temperature (K)

Flow rate (STPm3/h)

Humidity (%)

Mixture composition
(% in vol.)

hydrogen
oxygen
nitrogen

water drops

Min.

101

290

119

0

0.5
15
75

Max.

150

355

153

100

5
20
80

5 10"5

In severe accidents, some devices could modify the physical and
chemical properties of the gas sucked from the containment, so
the gas inlet in the reaction chamber is the same as in
acceptance tests:
- a recirculation loop might dilute the gas mixture, sucked from
the containment, with the outlet burnt gas [6];

- a water drop separator or a steam condenser might be installed
on the suction line.

However, before using this recombiner in severe accidents,
working characteristics of the recombiner should also be assessed
under conditions differing from those of the acceptance tests to
ensure safety and/or to design suitable recirculation and
condensation systems.



A computer code was created i) to determine whether an expensive
experimental program should be carried out in order to
investigate the whole range of the recombiner performances and
ii) to identify the most suitable test conditions. In order to
simulate the steady operation of the combustion chamber, the
mutual influence among chemical, thermal and fluid dynamic
quantities was studied and outlined in mathematical terms.

3.0 MODEL OF REACTION KINETICS

The reaction between hydrogen and oxygen is a chain-branching
process that moves from the starting reactants to the final
products through a series of consecutive, competitive and
opposite reactions [7-12]. Unstable intermediate chemical
species, sometimes very reactive (like atoms or radicals),
partake in the different reactions and are either destroyed or
created so that the chain is sustained independent of the
reaction which started the process. The overall reaction rate
depends on the concentration of these intermediate species during
the evolution of the chemical transformation. In some reactions
of the combustion process, more radicals are formed than react.
Two regimes can be identified: an "explosive" one and a "non-
explosive" one. In the non-explosive regime, the concentration of
an intermediate species reaches a steady state, based on the
concentrations of the "stable" reactants.

Experimentally found T, P conditions that separate non-explosive
from explosive regions form a reversed S-curve [8] for each H2-O2
composition of an unburnt mixture. For each pressure, a
temperature exists above which the mixture is explosive, and
within a certain range of temperatures three different values for
the explosive limit pressure exist. The working pressures of the
recombiner are certainly higher than the lower limit of
explosion. Hence, the reaction model must be able to explain the
second and the third explosion limits.

Among the large number of reactions that are considered for the
hydrogen-oxygen system, those chosen for the combustion mechanism
in the recombiner are:

j) H2 + 02 H02 + H initiation

1) H2 + OH - H2O + H propagation

2) H + 02 - OH + 0 branching
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3) 0 + H2 - OH + H branching

4) 0 + H2O •* OH + OH branching

6) H + O2 + M - H02 + M prop.-term.

11) H0 2 + H2 •* H2O2 + H propagation

t) H + OH + M -»" H20 + M termination

dl) H - 1/2 H? destruction

d2) 0 - 1 / 2 0, destruction
Mtli

d3) OH - 1/2 H20 + 1/4 02 destruction

MLZi

*«.

d4) H02 - 1/2 H20 + 3/4 02 destruction
imll

d5) H2O2 -» H20 + 1/2 02 destruction

Each single rate of wall destruction was assumed proportional to
the concentration of the intermediate species, with an unknown
proportionality constant [8]. This constant was the same for all
(kdi = kd) since it essentially depends on the convective
transport mechanism which is the same for all the chemical
species. kd is a parameter still to be determined through best
fit analysis of experimental and computational data.

The semi-empirical relationships suggested by Baulch et al. [13]
and recently confirmed [14], were used to express the other rate
constants, kif as a function of gas temperature within the
reaction volume.

In the combustion chamber of the recombiner, the regime of the
reaction should be non-explosive, as the operating experience
suggests; so, the local hydrogen burning rate, rf, is an
exclusive function of kd, temperature and the H2, 02, N2, H20
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concentrations. The burning rate increases as the temperature and
deficiency reactant concentration increase and kd decreases.

Introducing other reactions into the combustion mechanism can
lead to physically unacceptable results (for example, negative
concentrations of intermediate species) or more than one
acceptable value for the burning rate [15].

In conclusion, we chose the most complete reaction mechanism
among those with congruent physical-chemical hypotheses and a
sure, univocal solution.

4.0 CHEMICAL REACTOR MODEL

Once the relationship that links the local burning rate to
thermodynamic co-ordinates has been found, the distribution of
these co-ordinates in the reaction volume must be specified. In
other words, the most suitable chemical reactor model must be
chosen.

4.1 Ideal Chemical Reactors

A constant volume chamber is considered, which is thermally
insulated from the surroundings and has an inlet and outlet duct.
The mixture of chemical reactants is let in with a constant mass
flow rate and a given temperature and pressure. The exothermic
reaction takes place in the chamber and the pressure is uniform
in the system.

If the inlet fluid is not mixed with the content of the chamber
("plug-flow" reactor), the conversion of reactants into products
along with the fluid temperature vary continuously within the
reactor.

On the contrary, if the chamber geometry can assure an
instantaneous mixing of the inlet flow with the content of the
reactor (perfectly "mixed-flow" or "stirred" reactor), the
temperature and the concentration will be uniform throughout the
whole volume and, thus, the outlet gas will have the same
thermodynamic conditions as the mixture inside the chamber.

Both reactor models can be mathematically solved by mass and
energy balances, once the inlet conditions and the reaction
kinetics are known [16, 17] and the pressure is assumed uniform:

plug-flow reactor

yttla

m

dV ' «7(i)) Cp(i\,T)
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stirred reactor

yt.inJ'in

For a perfectly-mixed-flow reactor, one or three solutions to the
system of equations may be found, depending on the boundary
conditions:
- in one case, the solution defines a stable operation and may

correspond to a "reactor out" (relatively low inlet temperature
and relatively high flow-rate/volume ratio) or to a high degree
of reactant conversion (relatively high inlet temperature or
relatively low flow-rate/volume ratio);

- in the other case, only one solution corresponds to an
effective stable reaction rate*: the one that involves the
highest degree of reactant conversion and the highest outlet
temperature [16, 17, 18]. Only for these values would an
infinitesimal increase in conversion cause a negative feedback,
because the consequent rise in outlet temperature would
increase the energy removed by the gas flow more than the
energy released by the reaction [17].

Instability cannot exist in the plug-flow reactor, since the
reaction rate does not depend on the outlet conditions.

4.2 Real Reactor Model

In a real reactor, the mix of entering fluid with the fluid
present inside the reactor is neither entirely absent (like in
the plug-flow reactor) nor ever complete (like in the stirred
reactor).

An increase of mixing tends to homogenize all the parameters,
both physical and chemical, and make them closer to the outlet
conditions. When mixing increases, the temperature rise tends to
increase the burning rate but the reactant concentration drop
tends to decrease it.

Experience shows that the reaction rate can exceed all
predictions because the temperature is generally more uniform
than the chemical composition ("segregation" phenomenon)
[16, 19].

To assess the recombiner burning rate, the model need not
describe exactly the actual distributions of chemical and
physical quantities in the reactor.

The other solutions correspond to a reactor out and to an
unstable operation.
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To simulate the reaction volume of the recombiner, a plug-flow
reactor model with a recirculation loop was chosen. A fraction of
the outlet gas is recirculated and perfectly mixed with the inlet
gas before entering the reactor again. The intermediate
situations between plug-flow and perfectly-mixed-flow are covered
by varying the recirculated fraction of the flow rate, RICIN,
from 0 to 1.

The kd value (AKD in the code) determined through best fit
analysis of experimental and computational data will be affected
by the difference between the temperature-chemical composition
coupling of the reactor model and the real case. The closer to
reality the reactor scheme is, the closer kd will be to the
original physical value and the less deformed will be the
chemical kinetics. This demonstrates that RICIN is needed to
reduce the difference between reactor model and actual reactor.

A plug-flow reactor with a recirculation loop shows stability
problems similar those of a stirred reactor, because inlet gas is
affected by outlet gas. The reaction rate at any point of the
partially mixed actual reactor is affected by the upstream and
downstream conditions in a way that certainly differs from the
"recycle" plug-flow reactor. Even if the model can provide the
actual burning rate, it cannot be used to judge actual stability,
but the real reactor is more likely to be stable if the model is
stable.

5.0 THERMOHYDRAULIC MODEL

The burning rate depends on the reactor thermohydraulics and, in
turn, fluid pressure, temperature and velocity distributions in
the combustion chamber are determined by the chemical reaction
rate and the combustion heat.

The thermohydraulic model describes how, in the sections that
divide the combustion chamber into zones (Fig. 2), the
thermohydraulic quantities depend on the degree of overall
reactant conversion, H, and on the inlet or outlet gas
conditions.

Until now experimental tests have only been aimed at assessing
the conversion degree of the combustion chamber as outlet gas
temperature, feed flow and gas mixture composition vary.
Pressure, temperature and gas speed have not yet been measured in
the various chamber sections, so the irreversibility parameters
(for example, friction factors) cannot be assessed.

To compensate for the missing information, a series of conditions
were deduced by qualitative considerations about the actual
behaviour of the inner thermohydraulics. The problem was solved
by mass, energy and momentum balances between the downstream and
upstream sections of each chamber zone.
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We assumed the following:
- ideal gas (validity of ideal gas equation of state, specific
heat capacities dependent only on temperature);

- adiabatic system, because it is thermally insulated and placed
in an electrically heated environment;

- reaction volume restricted to a zone of the combustion chamber
(Fig. 2);

- no friction along the walls;
- the same pressure in all the sections at the same axial
position in the combustion chamber scheme
(Fig. 2: PA = PG, Pi = Px,, P2 = Po = P F);
PW = PU'* TW = TU'

- T2 = T u \

The fluid conditions at the combustion chamber outlet were then
linked to the recombiner outlet conditions (sections E and SC,
Figs. 1 and 2) through a simulation of the return pipe made under
the following hypotheses:
- constant heat capacity of the gas;
- pressure drop in the pipe due to friction alone with an

estimated constant friction factor (very turbulent flow);
- subdivision of the . ' rv> into ten parts: in each one,

temperature is constant and equal to the average temperature as
calculated assuming a linear variation of temperature along the
pipe.

The equation system can be solved with a trial and error method,
starting from a guess value of (TE - Tsc) .

6.0 THE CODE TREE

To assess the performances of the combustion chamber, semi-
empirical relationships that link the unknown parameters AKD and
RICIN with quantities which influence the mixing in the reaction
volume must be included in the mathematical model. These
relationships may be found by comparing model predictions with
experimental data. For this purpose, the code TREE (Thermal
Recombiner Efficiency Evaluation) was made so that for each
experimental test and for each value of RICIN given in input, it
gives the value that AKD must assume to obtain the experimental
degree of overall conversion. For each experimental test, an iso-
conversion curve can be drawn in the {RICIN, AKD) plane. The
wider the range of thermohydraulic situations experimentally
investigated, the greater the possibility to determine how the
trend of the iso-conversion curves changes as a function of the
quantities which characterize the process.

The code for the various experimental tests (see
further on) yielded a difference of a few hundredths
degrees between T2 ( = Ty) and TF. The chosen model
should be equal to those based on the hypothesis
TF = ^ instead of T2 = Tw or Py = PF.
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6.1 Available Experimental Data

FIAT-CIEI carried out six tests to verify the steady state
behaviour of the recombiner for limited variations of the feed
gas composition (without steam) and of the control parameters
[20]. The number of tests and the range of investigated
thermohydraulic situations are very limited and uncertainties
about measurements exist/ as shown in Table 2 for the
measurements of the outlet volumetric concentration.

Table 2
FIAT Experimental Data

TEST

Fl
F2
F3
F4
F5
F6

INLET

mol/s

1.3641
1.3641
1.0541
1.5997
1.3641
1.3641

H2A
% vol.

1.07
3.08
4.00
4.00
4.10
5.02

°2A
% vol.
20.78
20.35
20.16
20.16
20.14
19.95

N2A
% vol.

78.15
76.57
75.84
75.84
75.76
75.03

OUTLET

PAMB
Pa

99700
98900
98900
98900
99200
98900

H2

% vol.

< 0.01
< 0.01

0.01-0.1
0.01-0.1
< 0.01
< 0.01

K

993
988

1003
993
993
988

By comparing the experimental data of tests Fl, F2, F5 and F6
with the same feed flow rate (110 STP m3/h), we find that when
the inlet concentration of the deficiency reactant (hydrogen)
increases, so does the degree of overall conversion and the
burning rate. A slight variation in the temperature at the
combustion chamber outlet does not modify this trend.

When we compare experimental data of tests F3, F4 and F5 we find
that under almost the same feed chemical composition, a flow rate
increase (129 STP m3/h) or decrease (85 STP m3/h) with respect to
the value of 110 STP m3/h leads to a decrease in the degree of
overall conversion. This is not counterbalanced in the latter
case by a slight increase in temperature at the combustion
chamber outlet. This fact (measurement errors excepted)
demonstrates that an intermediate value of flow is optimal, at
least in the range of experimental conditions we examined. The
effect of the flow rate increase may be due to the decrease in
permanence time of the gas in the reactor and to the increase in
radical destruction. The effect of the flow rate decrease may be
due to the dominant effect of a decrease in the average
temperature in the reactor (for the decreased mixing) not
counterbalanced by the limited increase of the outlet
temperature.
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6.2 Mathematical Formulation of the Code TREE

The code TREE has as inputs the experimental data:

JA' VA, i' TU' ^SC PAMB' H-

The thermohydraulic quantities to be calculated are:

1*1/ T^, , Tz, TE, JF/ JQ, J]_, Ji'/ J2' ^U' vl,i*

In the reaction volume, the chemical reactor model assumes a
uniform pressure (P]̂  = P^) and gives a virtual temperature, Tlv,
to the inlet fluid instead of considering the variation of
kinetic energy [15].

Code steps:
1) Read the experimental data, the pre-fixed value for RICIN and

a trial value for AKD.
2) Calculate PE by a trial and error method.
3) Calculate thermohydraulic quantities in the combustion chamber

sections.
4) Calculate Tlv.
5) Calculate input conditions for the plug-flow reactor.
6) Calculate a new value for H.
7) Compare the calculated value H with the experimental value. If

the relative error is greater than a pre-fixed value, vary AKD
and return to 6); otherwise, print the results and stop.

6.3 Results of TREE for the FIAT Tests

For each experimental test, an iso-conversion AKD vs. RICIN curve
was drawn on the basis of the values computed by the code
(Fig. 3 ) . If an increase of RICIN (i. e. of turbulence and
mixing) tends to increase/decrease H, AKD must increase/decrease
to counterbalance the RICIN effect.

The thermohydraulic situation joined to each iso-conversion curve
is in Table 3.

By examining each curve we find:
- An increase of RICIN involves a rise in temperature and a

decrease in reactant concentration in the gas entering the
plug-flow reactor. When the inlet gas has a relatively low
temperature and a relatively high reactant concentration
(relatively high burning rate, tests F2-F6), AKD rises with
mixing at low and intermediate RICIN values, to counterbalance
the rise in burning rate due to the prevalent effect of the
rise in temperature, and decreases slightly at high RICIN
values to counterbalance the prevalent effect of the drop in
reactant concentration. In test Fl, AKD remains nearly constant
because the feed mixture, independently of the fictitious
recirculation, already has a relatively low hydrogen
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Table 3

Results of the Code TRL_ for the FIAT Tests

Variables

H
Pv

Jk
PA
TA
VA

Pi

v:
Yi
Yi,

Yl,
p v

T l '
V T
YT
Yi-
Y T
Yl'
p
T2
V2

prr

TTT
VU

PF

TF

PG
TG
V G

pz

PE

PSC
Tsc

(Pa)
(Pa)

(Pa)
(K)

(m/s)

(Pa)
(K)
(K)

(m/s)
H2 ^ ̂
02 (̂ )
N2 (̂ )
H20 <*)

(Pa)
(K)

(m/s)
,H2 t%)

, K2 ^ )
.H20 **'

(Pa)
(K)

(m/s)

(Pa)
(K)

(m/s)
(Pa)
(K)

(m/s)

(Pa)
(K)

(m/s)

(Pa)
(K)

(Pa)

(Pa)
(K)

Fl

0.9907
102916
102952

102810
911.812
56.053

102902
951.131
951.579
32.396
0.56261
20.5779
78.3499
0.51012

102902
993.006
4.291

0.01000
20.3579
78.5664
1.06570

102900
993.000
5.772

102900
993.000
7.966

102900
992.977
7.368

102810
992.776
22.789

102903
993.027

102448
991.926

99700
298.150

F2

0.9968
102017
102047

101931
751.982
46.626

102006
860.612
860.949
28.124
1.69278
19.7889
77.1094
1.40892

102006
988.006
4.073

0.01001
19.1082
77.7637
3.11801

102.003
988.000
5.479

102003
988.000
7.915

102.003
987.977
6.640

101931
987.816
20.534

102007
988.026

101563
986.953

98900
298.150

TESTS

F3

0.9755
100763
100779

100715
702.325
34.057

100756
837.541
837.727
20.941

2.28577
19.4617
76.5033
1.74921

100756
1003.00
3.156

0.09995
18.5713
77.3491
3.97964

100755
1003.00
4.245

100755
1003.00
6.259

100755
1002.99
5.017

100715
1002.89
15.511

100757
1003.02

100489
1002.35

98900
298.150

F4

0.9755
103122
103158

103015
691.252
49.735

103107
826.806
827.204
30.609

2.28927
19.4631
76.5019
1.74564

103107
993.007
4.626

0.09995
18.5713
77.3491
3.97964

103104
993.000
6.222

103104
993.000
9.190

103104
992.969
7.339

103015
992.774
22.698

103108
993.035

102509
991.595

98900
298.150

F5

0.9976
102265
102291

102189
676.563
41.840

102254
817.796
818.081
25.883

2.31918
19.4140
76.4487
1.81809

102254
993.005
3.952

0.01005
18.4727
7.34177
4.17555

102252
993.000
5.316

102252
993.000
7.894

102252
992.977
6.228

102189
992.837
19.258

102255
993.026

101817
991.966

99200
298.150

F6

0.9980
101912
101934

101845
597.151
37.057

101902
765.464
765.700
23.551

2.92986
19.0919
75.8343
2.14396

101902
988.005
3.811

0.01030
17.8932
76.9578
5.13868

101900
988.000
5.126

101900
988.000
7.845

101900
987.977
5.772

101845
987.857
17.848

101903
988.025

101472
986.985

98900
298.150
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concentration and a relatively high temperature.
- The slopes of the curves become steeper above a certain

temperature of the gas entering the plug-flow reactor
(940 K [15])/ because the rates of the propagation reactions
tend to rise much faster than at lower temperatures.

By comparing the curves, we observe that:
- In the experimental tests Fl, F2, F5, F6, although the fluid

dynamic regime is the same in the reaction volumes*, the
curves shift towards lower values of AKD when the difference in
the concentrations of the deficiency reactant between the inlet
and the outlet is greater. In this case, the "segregation"
effect should be greater.

- Following a lower mixing, caused by a lower flow rate, the
curve F3 shifts towards lower RICIN values than the curve F5,
which has the same feed mixture composition.

- Following a greater destruction rate of radicals, caused by a
greater flow rate, the curve F4 shifts towards higher AKD
values than the curve F5, which has the same feed mixture
composition.

7.0 DEGREE OF CONVERSION
IN SEVERE ACCIDENT STEADY-STATE OPERATION

From the analysis of the iso-conversion curves Fl, F2, F5, F6, a
procedure was devised to predict the conversion degree for new
operating conditions, unlike the experimental ones for the gas
chemical compositions at the reaction volume inlet.

We assumed that:
- an "optimum" value of RICIN characterizes entirely the reaction
volume fluid dynamics;

- the AKD value, which must be utilized in TREE with the
"optimum" RICIN value, is an exclusive function of the
difference in deficiency reactant concentration at the reaction
volume inlet and outlet, even when the feed gas mixture has a
high percentage of steam.

We estimated the recombining capability when the feed gas mixture
has a high hydrogen concentration and enough steam to make the
mixture practically non-flammable. The new operating condition
has the same fluid dynamic regime in the reaction volume and the
same "optimum" RICIN value as the tests Fl, F2, F5, F6. The
recombiner feed flow was higher than the one used in the above
mentioned FIAT tests to obtain nearly the same value of the
Reynolds number (about 5 103) at the reaction volume outlet.

* To compare qualitatively the levels of reactor turbulence and
mixing in two tests, the ratio between the respective
Reynolds numbers, computed at the reaction volume outlet, was
taken as a reference.
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The considered mixture has the following characteristics:

feed flow: 137 STP m3/h,

feed mixture composition: % H2 = 10,
% air = 40,
% steam = 50,

reaction volume
outlet temperature: 990 K,

containment pressure: 150 kPa,
(within the limits of the
DBA recombiner operation)

containment temperature: 365 K.
(saturation temperature)

These conditions might occur in a severe accident
- in the full-pressure containment of a pressurized water reactor

of Western design (PWR) or Russian design (WWER 1000), after an
early venting of incondensable gases;

- in the room where the reactor vessel of a Western BWR or a
Russian pressurized water reactor WWER-440/213 [2] is placed,
after part of the incondensable gases has been discharged into
the downstream rooms of a pressure suppression system.

AKD-,
For each RICIN value, the values K^ = — computed for the

1 AKDj
experimental tests were plotted as a function of

— x *' ̂  , as well as the K values which were computed

with TREE for the new mixture by assuming different degrees of
overall conversion. In this way, two different curves, the former
"semi-empirical" and the latter "theoretical", can be drawn
(Fig. 4). Their intersection point on the theoretical curve
determines the H value which, for the new mixture and for the
pre-fixed RICIN value, satisfies the experimentally found link
between AKD and the difference in deficiency reactant
concentration at the reaction volume inlet and outlet.

The pairs of K and Y values were plotted for RICIN values between
0.1 and 0.9 (the reaction volume is neither a plug-flow reactor
nor a perfectly mixed flow reactor). Figure 4 shows these plots
for RICIN =0.5.

Table 4 shows the values of the thermohydraulic quantities in the
combustion chamber which were calculated for different assumed H
values.
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Table 4

Results of the Code TREE for the New Mixture

Variables

pv

PA
TA
VA

Pi
Tl
T 1 .
V1

Yi,

yi.
Yi.

Pi'
T V
v v

Yr

Yi'

p ?
T?
V2

PTT
Trr
vu
pF
TF
VF

pG
Tc
VG

P 7

IZL
PE
TE

PSC
TSC

H

(Pa)
(Pa)

(Pa)
(K)

(m/s)

(Pa)
(K)

r (K)
(m/s)

H2 <%>
02 <%)
N 2 (%)
H2O (%)

(Pa)
(K)

(m/s)
,H2 <%>
,02 <%)
,N2 (%)
.H20 (*)

(Pa)
(K)

(m/s)

(Pa)
(K)

(m/s)

(Pa)
(K)

(m/s)

(Pa)
(K)

(m/s)

(Pa)
(K)

(Pa)
(K)

(Pa)
(K)

0.2

152032
152058

151956
852.912
44.210

152023
917.901
918.088
25.820
9.10278
7.96745
31.7492
51.1805

152023
990.003
3.524

8.08081
7.47475
31.9192
52.5252

152021
990.000
4.740

152021
990.000
6.668

152021
989.989
5.925

151956
989.905
18.319

152023
990.012

151680
989.510

150000
365.150

ASSUMED CONVERSION DEGREE

0.3

152012
152036

151942
782.914
40.585

152003
879.069
879.235
24.166
8.68336
7.76524
31.8190
51.7324

152003
990.003
3.434

7.10660
7.00508
32.0812
53.8071

152001
990.000
4.619

152001
990.000
6.635

152001
989.989
5.636

151942
989.913
17.426

152004
990.012

151662
989.514

150000
365.150

0.4

151992
152014

151929
711.573
36.890

151984
837.771
837.916
22.455
8.28995
7.57557
31.8844
52.2501

151984
990.003
3.338

6.12245
6.53061
32.2449
55.1020

151.982
990.000
4.490

151982
990.000
6.602

151982
989.989
5.326

151929
989.921
16.466

151985
990.012

151644
989.518

150000
365.150

0.5

151973
151991

151916
638.799
33.120

151964
793.297
793.420
20.659

7.93142
7.40273
31.9440
52.7218

151964
990.002
3.233

5.12821
6.05128
32.4103
56.4103

151963
990.000
4.348

151963
990.000
6.569

151963
989.989
4.982

151916
989.929
15.402

151965
990.012

151626
989.522

150000
365.150

0.6

151953
151969

151903
564.520
29.272

151945
744.751
744.854
18.766

7.61870
7.25196
31.9960
53.1333

151945
990.002
3.117

4.12371
5.56701
32.5773
57.7320

151943
990.000
4.193

151943
990.000
6.536

151943
989.989
4.601

151903
989.937
14.223

151946
990.012

151609
989.526

150000
365.150

0.7

151933
151947

151891
488.730
25.344

151926
691.109
691.193
16.776

7.36377
7.12906
32.0384
53.4687

151926
990.002
2.991

3.10881
5.07772
32.7461
59.0674

151924
990.000
4.024

151924
990.000
6.503

151924
989.988
4.184

151891
989.945
12.934

151927
990.012

151591
989.530

150000
365.150
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The "optimum" RICIN value is not known, but the different H
values, when evaluated for the different RICIN values, define an
H range where the best estimate of the conversion degree should
fall. The overall conversion degree should be included in the
range 0.5 - 0.6 and the overall burning rate should be
0.085 - 0.102 mol/s, higher than 0.068 mol/s, the maximum
experimentally found value which corresponds to a hydrogen-air
mixture with 5% fuel [15].

8.0 STABILITY ANALYSIS

Consider a reactor with known inlet conditions.

For an assumed value of the overall conversion degree, H', and
for 0 < RICIN < 1, TREE calculates the AKD' values by utilizing
the balance equations of a plug-flow reactor. AKD'pf is the value

for RICIN = 0 and AKD'lm * lim AKD' is the value for a stirred
max - i

reactor.

TREE also calculates AKD'sr for a stable operation at RICIN = 1
by utilizing the balance equations of a stirred reactor.

j^ may be equal to or less than AKD'sr. If AKD'lm is less than
AKD'sr, a stable stirred reactor must have a H" > H' conversion
degree for AKD = AKD'lm. Therefore, AKD'lm identifies an unstable
operation of the stirred reactor for H = H' (Chap. 4.1).

We will show that a "recycle" plug-flow reactor may only be
unstable for H = H' if AKD'lm < AKD'sr.

1) Let us suppose AKD'lni < AKD'sr.
We can find a conversion degree H* so that H' < H* < H" and
AKD*lm = AKD*sr. The relative AKD*sr and AKD* f values will
be: AKD*SIi> AKD'lm because H* < H", and AKD\,f < AKD'pf
because H > H'. Therefore, the AKD' vs. RICIN curve
calculated for H' intersects the similar curve calculated for
H*. The intersection point identifies a recycle plug-flow
reactor that satisfies two different conversion degrees. The
lower value, H', corresponds to an unstable operation. The
reasoning may be repeated for several H* values and recycle
plug flow reactors.

2) Let us now suppose AKD'lm = AKD'sr.
The AKD' vs. RICIN curve does not intersect other curves
which, for different assumed conversion degrees, identify
stable solutions for RICIN = 1, because for each RICIN value,
lower AKD values must correspond to higher conversion degrees.
Every point of the AKD' vs. RICIN curve corresponds to a
stable steady operation of a recycle plug-flow reactor.
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For the examined mixture, we showed that AKD'lm = AKD'sr only for
H' > 0.9 [15]. A recycle plug-flow reactor with a conversion
degree in the range 0.5 - 0.6 might therefore be unstable.

But,
- only the steady-state operation of the real reactor can be

simulated by a plug-flow with a fictitious recirculation loop;
- dynamic behaviour of the real reactor could be better

schematized by (2n + 1) plug-flow reactors with the fictitious
recirculation loops which are shown in Figure 5;

- there is a real recirculation loop in the combustion chamber
from section 2 to section 1, through F and G (Fig. 2);

- the recombiner control system regulates the gas feed flow
and Tv.

For all chese reasons, the instability of the recycle plug-flow
reactor, which simulates the steady-state behaviour of the real
reactor, does not necessarily involve a negative judgement about
the dynamic stability of the real recombiner, but it does suggest
the need for an experimental verification.

9.0 CONCLUSIONS

The combustion chamber of a hydrogen-oxygen thermal recombiner
was originally designed to process the atmosphere of the safety
containment of a water-cooled nuclear reactor in a design basis
accident. The computer code TREE simulates the steady state
operation of the combustion chamber and is based on an analysis
of its physical and chemical phenomena. The volume where the
controlled combustion takes place has been schematized with a
plug-flow reactor and a fictitious recirculation loop. Two
parameters in the code depend on the mixing between unburnt and
burnt gases in the reaction volume. The dependence of these two
parameters on the feed conditions must be deduced through
experimental tests.

Since the information obtained from the tests is currently very
limited, at present the code may be used to estimate working
situations that differ from the experimental ones only in terms
of chemical composition of the inlet mixture.

The code results show that burning rates higher than those from
standard tests are also possible when nonflammable mixtures
contain hydrogen and steam concentrations higher than the
recombiner test values.

Under these working conditions, a "recycle" plug-flow reactor
might be unstable. So, although the instability of a model which
simulates only the steady state operation does not necessarily
involve the instability of the real recombiner, an experimental
research program should be carried out to verify whether doubts
concerning instability are groundless and whether the
theoretically estimated burning rates are correct. Pressure,
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temperature and concentration should be measured inside the
combustion chamber. TREE will be useful in programming test
conditions and explaining results. The new tests, in turn, will
help improve the simulation code and enable it to estimate the
recombiner performance under any operative condition.

Until the results of this research program become available, an
external recirculation loop could be added to the combustion
chamber in order to control the inlet gas composition during
accidents more severe than a design basis accident.

SYMBOLS

AKD parameter for the radical wall destruction velocity.
Cp molar heat capacity of the gas at constant pressure.
H overall conversion degree in the combustion chamber: molar

ratio between the deficiency reactant burnt in the time
unit and the inlet flow rate of the deficiency reactant.

J molar flow rate of the gas.
k reaction velocity constant.
kd constant of wall destruction velocity for the unstable

chemical species.

K = AKDn
j AKDj '

M any atom or molecule that does not take part in the
chemical reaction directly but makes the product formation
possible by removing the excess energy.

P pressure.
rf molar burning rate of the deficiency reactant per unit of

reactor volume.
RICIN ratio between the fictitious recirculation flow rate and

the flow rate at the plug-flow reactor outlet.
T temperature.
V reactor volume,
y molar fraction.

Ahr heat of combustion per mole of deficiency reactant.
"H conversion degree in a section of the reactor.

Subscripts

AMB relative to the recombiner inlet and outlet conditions
(Figs. 1 and 2) .

f relative to the deficiency reactant.
Fl relative to the Fl experimental test,
i relative to the generic chemical component or to the

generic reaction in the gaseous phase,
in reactor inlet.
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relative to the generic recombiner working condition.
limit.
reactor outlet.
plug-flow reactor.
stable stirred reactor.
virtual.

relative to the homonymous
section in Figure 1.
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Figure 3. Pairs AKD-RICIN that Satisfy
Experimental Conversion Degrees
in the Code TREE.
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Figure 5. Dynamic Scheme of the Reactor.



THERMALHYDRAULIC TRANSIENT ANALYSES
of the

SGECS INITIAL INJECTION PERIOD

B.S. PHILLIPS, and J.Y. STAMBOLICH

Ontario Hydro
700 University Avenue

Toronto. Ontario, CANADA, M5G 1X6

ABSTRACT

Following a secondary side accident event at
Darlington NGS. initiation of the SGECS (Steam
Generator Einergency Cooling System) will be into
steam-filled piping, resulting in a condensation-induced
waterhammer transient within the piping network. The
TUF (Two Unequal Fluids) computer code, suitable for
modelling thermalhydraulic transients with interaction
between the liquid and steam phases, was employed to
quantify the waterlianuner pressure transient within the
piping network, enabling piping stress analyses to be
performed to verify the structural integrity of the system
during the initial injection period. Results of the
thermalhydraulic analyses indicate thai the piping
network undergoes a significant waterhammer transient.

1.0 INTRODUCTION

While performing operating limits analyses for the
SGECS, a potential for waterhammer was identified
during the system's initial injection period. Therefore,
an indepth review of SGECS operation was undertaken,
to establish whether the conditions under which the
system is required to operate could lead to significant
waterhammer.

Results of this review indicated that a significant portion
of the SGECS piping network flowpath would be steam-
filled when SGECS is initiated in an accident event.
Thus the potential for steam condensation-induced
waterhammer exists in the Darlington NGS A SGECS,
and a thermalhydraulic analysis of the SGECS initial
injection period was undertaken.

2.0 SGECS PIPING NETWORK

The SGECS is designed to supply inventory makeup to
the SGs following a loss of heat sink event (eg., a loss
of feedwater, or steam line break event). A schematic
of the piping network flowpath is illustrated in Figure 1.
(Note that this figure illustrates the SGECS network to

SGs (S_team Generators) 1 and 3. Another, essentially
identical. SGECS network supplies makeup to SGs 2
and 4. The analyses discussed in this paper is for
injection from the SGECS network to SGs 1 and 3).

SGECS inventory at about 35°C is stored in a water
tank about 13m above the SG injection nozzle, and is
pressurized to about 800 kPa(g) via an air tank and
compressed instrument air. Following an accident event
that initiates SGECS, and once the SGs have
depressurized to about 800 kPa(g), the SGECS injection
valves open, and the pressurized inventory is injected
into the SGs, via, essentially, the gravity head provided
by the piping layout.

The piping network illustrated in Figure I is also used
by three other systems to inject inventory into the SGs;
namely the second stage reheater drains system, which
is in service during normal power operation, and the
Inter-unit Feedwater Tie (IUFWT) and the Emergency
Service Water (ESW) systems, which like SGECS, are
intended for use following loss of heat sink events.
Therefore, when SGECS injection is initiated, these
three systems (ie.. IUFWT, ESW, and reheater drains)
piping connection within this piping network become
dead ends to SGECS, and thus potential sites for
waterhammer transients.

During normal operation, the second stage reheater
drains system returns hot condensate to the SGs at about
235°C. Thus, following a loss of heat sink event that
initiates SGECS injection, the SGs must be
depressurized below 1 MPa before injection begins.
Because of the intimate connection between the
SGs/reheater drains/SGECS piping, depressurization of
die SGs also depressurizes the reheater drains piping,
causing the reheater drains condensate to flash, yielding
steam-filled conditions at about 800 kPa(g) and 180°C
in the piping network upon SGECS injection. Thus the
piping dead ends identified above can be steam-filled
when SGECS injection begins.



Under these operating conditions, injection of relatively
cold SGECS inventory <35°C) into steam-fjlled (180°C)
piping will result in condensation of the steam phase in
the piping network. And condensation of the steam
phase will cause depressurization within the piping
network, resulting in an increase in the SGECS injection
flow rates (from gravity feed flow rates to gravity plus
pressure-driven injection flow rates). "Therefore the
dead end portions of the piping network become
susceptible to waterhammer due to the sudden
deceleration of die liquid inventory at the moment
their refill is complete.

2.1 Modelling die SGECS Piping Network

A node/link hydraulic model of the SGECS piping
network, developed for the TUF computer code
(Reference 1), is also illustrated in Figure 1, die nodes
being aligned with their representative piping segment.

The pertinent requirement for modelling a fast transient
such as waterhammer. is to ensure that the nodal
volumes representing the piping network that will
undergo the fast transient are all of the same relative
size. This can be seen in the nodal volumes of the dead
end portions of the piping network, as illustrated in
Table 1. Optimization of the time-step control for a
finite-element computer code dien becomes relatively
straight-forward, in that typical values for time-step
control are effective in producing a representative
solution.

3.0 TRANSrENT EVENT ANALYZED

The most limiting loss of heat sink event for SGECS,
from a potential waterhammer transient event
perspective, is one in which the SGs have sufficient
interim inventory to remain pressurized during the initial
SGECS injection transient. This scenario results in
sufficient back pressure from the SGs to direct all the
SGECS injection flow away from the SG itself and
toward the piping dead end, thereby maximizing the
flow rate into the dead end portion of the piping
network.

Thus, the analytical results presented in this paper are
for the scenario that results in all the initial SGECS
injection flow being directed toward one SG. and thus
its associated network dead end piping. The piping
stress analyses performed on the thermalhydraulic
transient for this case determined that the piping stress
exceeded the ASME code allowable. Thus an interim
solution, analyzed and shown to pass die ASME piping
code requirements while still enabling die SGECS to
meet its heat sink requirements, was put into place.
This solution reduced die operating SGECS tank
pressure and stroke-limited the injection valves, all in

order to reduce the injection flow rate into the piping
network. Results of this thennalhydraulic transient are
not described here.

3.1 Analytical Assumptions

The pertinent assumptions employed in the analyses are
summarized below:

• SGECS inventory at 35°C;

both SGECS injection valves are assumed available,
and have a stroke open lime of 10 seconds.

• the SGECS tank pressure and the SG pressure remain
constant during the short transient simulation;

• pressure difference between the SGECS tanks and die
SGs is 200 kPa;

This pressure difference yields die largest injection
flow rate while still directing all flow to only one
SG, and is therefore the limiting scenario for
SGECS waterbammer.

- an operator-initiated controlled cooldown following the
reactor trip results in the gradual depressurization of the
SGs and reheat piping network, yielding conditions
(steam ard liquid phase interface) as summarized in
Figure 2.

4.0 ANALYTICAL RESULTS

Results of the transient simulation of the initial SGECS
injection period (ie., until the SGECS piping network is
refilled and steady-state injection is reached) are
illustrated in Figures 3 through 7.

Upon initiation of SGECS injection, flow through the
SGECS injection valves increases from zero to a total of
about 60 kg/s in about 3 to 4 seconds (Figure 3 -
NOTE: the figure titles correspond to the piping sections
as labelled in Figure 2). Once the injection flow
reaches the split point to SGs 1 and 3 (point A in Figure
2), the elevation difference between NV38 and 39 yields
a slightly larger driving force (via the static bead)
toward SG3 (the flowpath with the lower elevation
NV39), resulting in all the injection flow being directed
to SG3 (Figure 3).

The SGECS injection valves continue stroking to t. eir
full open position after the injection flow passes ie
SGI/3 split point in the piping network. As ae
injection flow proceeds toward SG3 (ie., between 5 and
10 s in the transient event), the SGECS injection valves
have essentially reached their "full open" position; in
addition, depressurization of the steam-filled portion of



the network is compensated by steam flow from SG3
(Figure 4). Therefore, SGECS injection has reached a
constant or "steady" flow rate.

As the injection flow reaches the split point between
SG3 and the reheat/I UFWT dead ends, tlie steam flow
from the SG "directs" tlie SGECS injection flow into the
reheat/IUFWT dead ends. This "steady-state" injection
flow into tlie sic;ini-filled reheater drains dead end
results in the wateriuunmer-mdueed pressure transients
as illustrated in Figure 5.

Following refill of the SG3 portion of the network
piping, injection flow into SG3 is reduced to that of a
steady-suite liquid-tilled system (see Figure 3). Thus a
pressure recovery at Lhe SGI/3 split point occurs (point
A in Figure 2), so thai refill of tlie SGI portion of the
piping network begins.

As the refill transient proceeds toward SGI,
depressurization of (lie steam-phase in this portion of the
network, together with the increase in the static head as
the piping is refilled, results in a gradual increase in
flow being directed toward SGI and its dead end piping
(see Figure 3). Once the liquid front reaches the
SGI/reheat dead end flow split (point C in Figure 2).
die injection flow is directed, albeit in an oscillatory
fashion, toward the reheat/IUFWT dead ends (Figure 6).
However, as refill of die reheater drains dead end piping
commences, die continued increase in tlie local injection
now, due partially to die addition of the static
head/driving force of the reheater drains dead end
piping, terminates the oscillatory portion of tlie injection
flow (Figure 7). This "steady-state" injection flow into
the steam-filJed reheater drains dead end piping (see
Figure 6) results in the waierhammer-induced pressure
transients as illustrated in Figure 8.

Once refill of the piping network is complete, the
system operates in a steady-state condition with a total
injection flow rate of about 52 kg/s.

5.0 SUMMARY

Injection of cold inventory into steam-filled, dead ended
piping will introduce significant waierhammer transient
loads within a piping network. The TUF computer code
provides an analytical tool with which to analyze the
thermalhydraulic transient effect of steam condensation-
induced waterhammer.

6.0 REFERENCES
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SUMMARY

Node No.

TABLE 1
of PERTINENT NODAL DATA

Node Volume
<m3 x 1003)

Node Length
(m)

SG3 Dead End Piping Nodalizauon:

72
73
74
75
76
77
78

4.58
3.06
42.0
42.0
31.4
31.4
31.4

1.0
1.0
2.15
2.15
1.87
1.87
1.87

SGI Dead End Piping Nodalizauon:

103
104
105
106
107
108
109

8.95
7.18
4.79
16.8
32.8
32.8
32.8

2.1
2.1
2.1
1.23
1.95
1.95
1.95
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FIGURE 3
SG1/SG3 INJECTION FLOW

E

To SGI

ToSG3'

l00.00

90.00

80.00

70.00

60.00

50.00 -

40.00

30.00

20.00 -

iO.OO

00

.00

f\
, - • • <

2.50 5.00 7.50 10.00 12.50 15.00 17.50 20.00 22.50 25.00

Time [sec]



FIGURE 4
SG3-DEAD END FLOW SPLIT

on
"5b

o
E

To

To

To

Splil

SG3

Dead End

150.00

120.00

90.00

60.00

30.00

.00

-30.00

-60.00

-90.00

-120.00

-150.00

.00 2.50 5.00 7.50 IO()O 12.50 15.00 17.50 20.00 22.50 25.00

Time [sec]



FIGURE 5
REHEAT DEAD END PRESSURE TRANSIENT (SG3)
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FIGURE 6
SGl-DEAD END FLOW SPLIT

to

"Bb

o
E

To

To

"To

Dead

SGI

Split

End

—

150.00

120.00

90.00

60.00

30.00

.00

-30.00

-60.00

-90.00

•120.00

-150.00

00

r

2.50 5.00 7.50 1O.(X) 12.50 15.00 17.50 20.00 22.50 25.00

Time [sec]



FIGURE 7
REHEAT/IUFWT DEAD END VOID TRANSIENT (SGI)

g

1
T3
O

>

IUFWT

Reheater drains

1.00

.90

.80

.70

.60

.50

.40

.30

.20

.10

.00

.00 2.50 5.00 7.50 10.00 12.50 15.00 17.50 20.00 22.50 25.00

Time [sec]



FIGURE 8

REHEAT DEAD END PRESSURE TRANSIENT (SG3)
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THERMALHYDRAULIC AND THERMAL ANALYSIS METHODOLOGY OF THE
CANDU-3 REACTOR ENDSHIELD FOR A LOSS OF FLOW EVENT

T.K. De and W.M. Collins
AECL CANDO

2251 Speakman Drive
Mississauga, Ontario

L5K 1B2

ABSTRACT

The purpose of this paper is to describe the methodology and results of tehe
design assist analysis done to further optimize the reactor endshield
configuration. Due to neutron and gamma radiation absorptionand through
conduction, convection and radiation from the primary coolant,a considerable
amount of heat is deposited within the endshield of the CANDU-3 reactor.
During normal operating conditions this heat is removed by the endshield
cooling system, which is based on forced circulation of water. In the event
of a loss of endshield coolant flow the temperature of the water and the
endshield structure rise, creating thermal gradients, which in turn generate
thermal stresses in the structure. Thermalhydraulic and thermal analysis
codes are used to predict the effects of this loss of flow event.

1.0 INTRODUCTION

The CANDU-3 reactor rated at 450 MW of electric power is an advanced reactor
developed at AECL CANDU. During the conceptual design of the reactor, various
scenarios including loss of endshield flow have been analyzed. This paper
examines the thermal effect of this event on the endshield structure.

The CANDU-3 reactor assembly consists of the calandria shell, shield tank,
fuel channels, reactivity control units, two endshields and two endwalls.
Under normal operating conditions the heat deposited in the endshield is
removed by circulating cool water, which is forced into it. During a loss of
flow in the endshield the coolant flow is disrupted. However, the heat build
up in the endshield continues due to the absorption of neutron and gamma
radiation (from nuclear fission inside the fuel channels) by the inner
tubesheets and steel balls in the endshields and through conduction,
convection and radiation of heat from the primary coolant inside the fuel
channel. Due to loss of circulation of endshield water, the temperature of
the water rises. The low density hot water moves to the upper portion of the
endshield and cold water occupies the lower part. This creates, together with
the unequally distributed neutron and gamma radiation, thermal gradients
within the endshield structure resulting in thermal stresses. Due to
continued heating and lack of adequate circulation of water between the
endshield and the shield tank, the water will boil after a certain period.
Further stresses will be generated due to pressure build up in the endshield.
In addition, effective radiation shielding will decrease. To prevent this,
operator action is required. To determine the time for boiling and to
calculate the temperature gradient in the structure before boiling, a
thermalhydraulic and a subsequent thermal analysis of the endshield is
performed. The methodology and the results of the analyses are presented in
this paper.

2.0 DESCRIPTION OF ENDSHIELD

Each of the endshields (Figure 1) consists of two circular flat plates called
the inner tubesheet and the outer tubesheet, 232 lattice tubes arranged
parallel to the horizontal axis between the tubesheets and a peripheral shell
called endshield shell. The endshields are surrounded by the endwalls of the
shield tank assembly which are, in turn, supported by the vault wall. Each of
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the endwalls consists of an inner and an outer tubesheet extension, two
peripheral shells called the inner endwall shell and the outer endwall shell
and stiffeners between the shells. To prevent neutron and gamma radiation
through the endshields, they are filled with carbon steel balls, which occupy
part of the volume of the endshield. The remaining void is filled with light
water, which removes the heat deposited in the endshield. The heat is
deposited by neutron and gamma radiation absorption and by heat transfer from
the primary coolant. Through outlets in the endshield shell and inner endwall
shell the hot water can move into the endwall and then to the shield tank,
which contains a large amount of cool water.

3.0 THERMALHYDRAULIC ANALYSIS

The thermalhydraulic analysis is performed to calculate the time required to
boil the water in the endshield following a loss of flow event. This analysis
also provides transient pressure, velocity and temperature fields of the
endshield flow prior to boiling. For the analysis the general purpose fluid
flow heat-transfer code PHOENICS [Reference 1] is used, which solves the 3D
Navier Stokes equations using the finite domain method. The code has the
ability to perform a 3D transient analysis of the complex endshield geometry
by using body fitted co-ordinates. Two analyses have been performed

i) A steady state analysis with forced flow for normal operating
conditions.

ii) A transient analysis for the loss of flow event using the steady state
solution as the initial condition.

The end pent of the transient analysis is the point, when the first boiling
anywhere in the endshield occurs.

The computational model (Figure 2) represents the area occupied by endshield
water, which is surrounded by the two tubesheets, their extensions and the
outer endwall shell. The endshield shell, the inner endwall shell and the
stiffeners between the inner endwall shell and outer endwall shell are
modelled using the porosity feature of PHOENICS, which effectively prevents a
flow through that area. The space occupied by the steel balls and lattice
tubes is also modelled using the same feature. The internal arrangements and
flow paths in the endshield are shown in Figure 1.

4.0 THERMAL ANALYSIS

The temperature distribution within the structure is obtained by performing a
steady state thermal analysis of the endshield at selected times after the
loss of flow using the thermalhydraulic transient results. The finite element
code ANSYS [Reference 2] is used for this analysis. The analysis is performed
with the following two models

LOCAL MODEL

This is the model (Figure 3) of a single fuel channel with the tubesheets (up
to half lattice pitch) attached to it. The model includes the endfitting, the
calandria tube extension (CTX), the lattice tube, the CO2 annulus between the
endfitting and CTX and D,0 annulus between the CTX and lattice tube. The aim
of the analysis is to calculate the rise of temperature of the tubesheet
region surrounding a fuel channel due to heat transfer from the hot primary-
coolant and due to heat generated within the fuel channel by direct nuclear
heat deposition. The geometry of all fuel channels is identical. However, as
the boundary conditions for each of the fuel channels are different, because
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of differences in endshield water velocities and temperatures and difference
in nuclear heating, the analysis is repeated for nine selected fuel channels.
For other locations the rise of temperatures of the attached tubesheets can be
obtained by linear interpolation.

GLOBAL MODEL

This 3D model (Figure 4) consists of the inner tubesheet, outer tubesheet,
endshield shell and inner endwall shell. Since for the calculation of
stresses in the endshield, the temperature distribution within the fuel
channels are not required, they are reduced to one dimensional bars between
the tubesheets. Their thermal influence, i.e., the heat transferred to the
tubesheets from the heat sources inside the fuel channels are calculated in
the local model and supplied to the global model as input data. The purpose
of the global model is to determine the temperature distribution within the
endshield.

Heat transferred from the hot primary coolant through conduction, convection
and radiation and nuclear heat generated through neutron and gamma absorption
by the fuel channels and by the endshield structure are calculated as follows:

Conduction. Conduction takes place through the endfitting, calandria tube
extension, lattice tube and the two tubesheets. Fourier's law is used for the
calculation of heat flow rate by conduction as follows :

(1)

where Q = heat flow rate

11 = thermal conductivity
A = cross-sectional area
dT = temperature difference
t = thickness

Although the fuel channels are not exactly axisymmetric, 2D axisynunetric
elements having 2D thermal conductivity are used for the conduction
simulation.

Convection. Free convection is present outside the outer tubesheet (air) and
inside the endshield due to loss of flow (water). Forced convection is
present outside the inner tubesheet (D2O moderator inside the calandria shell)
and inside the endfttting (primary coolant).

Newton's law of cooling as given below is used for the calculation of heat
flow rate by convection :

Q = h*A*dT (2)

The heat transfer coefficient h is calculated from the geometry and from the
velocity and temperature of the surrounding medium using empirical equations.

Radiation. Radiation is present in the COj and D20 annuli between the surfaces
surrounding the gases. Since C02 and D:0 in gaseous state absorb and emit
radiation, the radiation between the gases and the surrounding surfaces are
also included in this analysis.
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The Stefan-Boltzmann law is used to calculate the energy radiated per unit
time per unit area as follow :

E = e*s*F*(TI* -724) (3)

where E = energy radiated per unit time per unit area

e = emissivity
S = Stefan-Boltzmann constant
F = form factor
Tl, T2 = absolute temperatures

Nuclear heating. The heat generated by the absorption of neutron and gamma
radiation are calculated separately and supplied to this analysis as input
data. The amount of nuclear heat depends on the position of the fuel channel.
Fuel channels in the middle of the tubesheets generate more heat than those
near the er.dshield shell.

5.0 DISCUSSION OF RESULTS

From the thermalhydraulic analysis, pressure, velocity and temperature fields
are obtained. The steady state case (normal operating condition) shows that
in the middle of the endshield the water flows upwards. It also indicates that
the flow is well distributed with no stagnation zones. Close to the sides,
the flow is in the opposite direction indicating circulation within the
endshield. The temperature field shows a maximum temperature of 73°C at the
top of the endshield below the endshield shell.

The transient thermalhydraulic analysis indicates that during loss of forced
flow in the endshield the magnitude of the velocity of water decreases roughly
by a factor of 5. The flow of water is from bottom to top. Since there is no
flow of water through the inlet, the flow in the endshield is due to buoyancy
effects resulting from density differences of hot and cold water. As time
progresses, there is a slight increase in the maximum velocity due to the
effect of larger temperature gradient. But there is not enough natural
circulation between the endshield and the shield tank, since the outlet
openings are small. As a result the temperature of the endshield water rises
continuously. Figure 5 shows the rise of temperature as a function of time.
Extrapolation of this curve indicates that the water will boil after about 5.6
minutes. This value is very conservative, since the heat storage capacity of
the steel balls and the heat transfer through the internal walls and the
boundary walls are not included in the analysis. By including these effects,
the time to boil increases to more than 16 minutes.

The subsequent thermal analysis provides the temperature distribution within
the structure. The local model shows that heat is transferred from the
primary coolant to the endshield water mainly through conduction. The
radiation effect is small as the primary coolant is not very hot. Also the CTX
acts as a radiation shield. The temperature distribution calculated along the
path A and B (Figure 3), where the tubesheets meet the fuel channel, are
linearized and used as input to the global model.

The results obtained from the thermal analysis of the global model show that
for the inner tubesheet the highest temperature is at the centre of the
tubesheet (Figure 6). The reason is that the fuel channels in the centre of
the tubesheets generate several times more neutron and gamma radiation than
the channels near the endshield shell. As a result heat deposited in the
middle of the inner tubesheet is higher than that at the outer edge.
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influencing the temperature distribution of the inner tubesheet. For the
outer tubesheet the highest temperature zone is at the top of the tubesheet
(Figure 7), where the endshield water has the highest temperature. The
nuclear'heating for the outer tubesheet is negligible, as the neutron and
gamma radiation are completely absorbed by the inner tubesheet and the steel
balls.

6.0 CONCLUSIONS

For the purpose of design assist, thermalhydraulic and thermal analyses have
been performed for a loss of endshield flow event to calculate the temperature
distribution in the endshield of the CANDU-3 reactor. The analyses indicate
that due to inadequate heat removal by natural convection in the endshield the
water will boil after 16 minutes with the given configuration. Operator
action will be required before this time to prevent boiling in the endshield.
Both the tubesheets show a temperature gradient. For the inner tubesheet the
gradient is mainly due to the nuclear heating but for the outer one it is due
to the temperature gradient of the endshield water. The result of the
thermalhydraulic analysis is intended to be used for the optimization of the
endshield configuration for improvement of margin to boiling. The temperature
distribution obtained from the thermal analysis will be used for the stress
analysis of the reactor vessel to determine its structural integrity.
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1.0 INTRODUCTION

Assessment of shutdown system trip parameter effectiveness is performed as
part of the detailed analysis of postulated in-core _lpss of coolant accidents^
(LOCAs). In-core LOCAs can arise, for example, from simultaneous failure of a
pressure tube/calandria tube, severe flow blockage of a fuel channel, or as a
result of a feeder break leading to channel flow stagnation. For most
operating states, an in-core LOCA results in a reactor core and heat transport
system response that is nearly identical to that of an out-of-core LOCA with
the same break discharge rate. In particular, reactor power is
well-controlled up to the time of reactor trip and trip coverage on each
shutdown system is provided by parameters such as heat transport low pressure,
heat transport low flow, and/or pressurizer low level (where applicable) .

For plant operating states in which the moderator contains a large amount of
soluble neutron poison (e.g., startups), an in-core LOCA can result in a
significant insertion of positive reactivity to the system as unpoisoned heat
transport (HT) coolant displaces poisoned moderator fluid. The increase in
moderator temperature also contributes to an increase in reactivity. This
positive reactivity effect may be compensated in part if the isotopic purity
of the coolant is less than that of the moderator. The moderator poison
concentration is highest in the earliest stages of startup following a long
shutdown because of the need to compensate for the decay of short-lived
fission product poisons. Additional poison is also required when the core is
in the pre-equilibrium state, to offset any additional excess reactivity
associated with fuel at low irradiation. The reactivity insertion may result
in an increase in reactor power prior to reactor trip, depending upon the
response of the reactor regulating system. The overall analysis comprises
detailed simulations of moderator response, reactor core response (including
reactor regulating system [RRSJ behaviour), system thermal hydraulics and fuel
behaviour for a wide range of in-core LOCA scenarios. This paper will
specifically address the assessment of trip parameter effectiveness for
in-core LOCAs. Emphasis is placed on the approach taken to synthesize and
extend the results of the detailed analysis over the entire spectrum of plant
operating states. Detailed assessment of reactor core response following
in-core LOCAs is discussed in Reference 1. Typical results of assessments
performed for Ontario Hydro's CANDU reactors are provided together with
specific examples of operating limits and design changes identified to ensure
adequate trip coverage.

2.0 TRIP PARAMETER EFFECTIVENESS ASSESSMENT

2.1 Trip Effectiveness Criteria

Trip parameter effectiveness assessment is performed to provide assurance that
timely shutdown system intervention will occur over the entire range of
possible reactor conditions. For small break LOCA events, trip parameters are
considered to be effective if they preclude fuel sheath failure and fuel



channel failure.

Fuel sheath integrity is maintained if:

(a) the local strain anywhere on the sheath remains less than 15 percent,
(b) the maximum fuel temperature remains below the melting point (i.e.,

2840-C), and
(c) athermal strain remains less than 0.4 percent.

Precluding fuel melting is also a sufficient (although not essential)
condition for maintaining fuel channel integrity.

Extensive analysis of post-dryout fuel behaviour during small LOCA transients
indicates that sheath failure may not be precluded if sheath temperatures
exceed 600-C for significant periods of time. A trip parameter can therefore
be considered to be effective in a given small LOCA scenario provided that it
initiates before sheath temperatures reach 600-C and fuel temperatures reach
2840-C. Analysis indicates that the sheath temperature criterion is generally
more limiting than the fuel temperature criterion.

2.2 Overall System Response Characteristics for In-Core LOCAs

The net rate of positive reactivity insertion following an in-core LOCA, and
therefore the overall system response, will depend on a number of factors
including:

(i) the moderator poison concentration,
(ii) the extent to which the HT coolant is less isotopically pure than the

moderator,
(iii) the break discharge rate, and
(iv) the response of the RRS.

Power increases prior to reactor trip may mask or delay the process trips and
accelerate the time to onset of dryout and subsequent fuel overheating
following the break. On the other hand, power increases will enhance the
effectiveness of the neutronic trips. RRS-induced reactivity device movement
due to changes in reactivity following the break may introduce spatial power
distortions which can also accelerate the onset of dryout, even if no bulk
power increase is experienced.

Figure 1 provides a conceptual illustration of the various regimes of system
behaviour associated with an in-core LOCA. The vertical scale corresponds to
the initial operating power level whereas the horizontal scale represents net
positive reactivity insertion rate. High reactivity rates correspond to high
moderator poison concentration and low moderator-to-coolant isotopic purity
differences. Low rates correspond to low moderator poison concentrations
and/or high isotopic purity differences (i.e., with coolant purity
significantly below that of the moderator).

With reference to Figure 1, three distinct regimes of system behaviour can be
identified for in-core LOCA events:

(1) Very Low (-0) Net Reactivity Insertion Rate: These conditions exist most
of the time when operating at steady state under equilibrium fuelling
conditions. Following the break, the RRS is able to maintain reactor
power essentially constant prior to trip and overall system response is
similar to that associated with an out-of-core break. Trip coverage for
all break sizes is provided by the HT low pressure, HT low flow,
pressurizer low level (where applicable) or high moderator level (where
installed) trips.



(2) High Power/High Reactivity Insertion Rate: At high initial power levels,
above approximately 40 to 50 percent full power (FP), the bulk power
excursion prior to trip (typically at a maximum rate of 1 percent to 2
percent FP/s) may mask or delay the pressurizer low level (where
applicable) and HT low pressure trips. This phenomenon can potentially
occur for the most rapid power increases due to the tendency of the HT
coolant to swell as its enthalpy is increased, thereby counteracting the
tendency of the HT system to depressurize due to the HT coolant
inventory loss following the break. System behaviour under these
conditions becomes typical of that associated with slow loss of
reactivity control events. Effective trip coverage is provided only by
trips on Neutron Overpower (NOP) and (where installed) high moderator
level. Regulatory requirements normally mandate that two independent
and diverse trip parameters be effective for all operating conditions.
Therefore, in cases where the high moderator level trip is not
installed, the NOP trip alone is effective and there is a potential gap
in trip parameter coverage.

(3) Low Power/Low-to-Intermediate Reactivity Insertion Rate: At low initial
power levels, below about 40 to 50 percent FP, the relative increase in
power prior to trip would be essentially the same as that associated
with breaks occurring from high power. However, due to the lower
initial power level, the absolute rates of increase (in percentFP/s)
are lower. In addition, HT system temperatures (and therefore the
coolant saturation pressure) are initially lower at lower power levels.
Thus, immediately following the break, the HT system will initially
depressurize rapidly to the relatively low saturation pressure, after
which the rate of depressurization is determined by the rate of mass
inventory loss and the rate of power increase associated with the break.
At low initial power levels, the combined effect of lower coolant
saturation pressures and low absolute rates of power increase help
ensure that the HT low pressure trip and (where applicable) the
pressurizer low level trips remain effective. Trip coverage for this
case is therefore similar to that associated with out-of-core LOCAs,
despite the fact that reactor power increases prior to trip initiation.

Other regions in Figure 1 exhibit behaviour that lies between that associated
with the three regimes identified above. This transitional behaviour requires
detailed assessment to precisely delineate the range of conditions over which
a given trip parameter can be considered to be effective.

2.3 Trip Parameter Assessment Methodology

The analysis of in-core LOCAs requires a complex series of calculations to
develop trip coverage maps which summarize the range of power level, break
size, moderator poison concentration and moderator-coolant isotopic purity
difference over which each of the trip parameters is effective.

The key parameters of interest in the assessment of shutdown system trip
parameter effectiveness over the range of reactor operating conditions are the
process and neutronic trip times, the time at which onset of sheath dryout is
predicted to occur, and the sheath temperature following the onset of dryout.
As indicated in Figure 2, a number of simulation codes are employed in the
analysis of trip parameter effectiveness for in-core LOCAs:

SMOKIN- A three-dimensional modal neutron kinetics code which permits
detailed simulation of the transient behaviour of the spatial
neutron flux distribution. The code permits calculation of
individual channel powers, total reactor power. Neutron Overpower
detector readings, and contains a detailed model of the reactor
regulating system. The SMOKIN model and the assumptions employed
in the analysis are described in more detail in Reference 1.



SOPHT- A semi-implicit finite difference code designed for simulation of
the transient thermal hydraulic behaviour of the heat transport
system (HTS). It contains a comprehensive flow network model,
together with built-in controller and component models, including
a point kinetics model and a simplified model of the reactor
regulating system (Reference 2). For most in-core LOCA analysis,
the code employs total reactor power transients generated with the
more detailed SMOKIN code. The code permits calculation of the
response of HTS pressure, temperature and voiding rate, together
with core flow and (where applicable) pressurizer level. The code
is also used to evaluate the rate of mass and energy discharge
from the break into the moderator.

MINI-SOPHT- A simplified version of the SOPHT code, used with transient
boundary conditions at the reactor headers obtained from the main
SOPHT simulation and with individual channel power transients from
SMOKIN. The header-to-header channel models of selected channels
are used to evaluate the earliest time at which the onset of
dryout could potentially occur. The shutdown system flow
instrumented channels are also modelled in detail to permit the
evaluation of HT low flow trip times. Each MINI-SOPHT channel
model contains detailed representations of individual fuel
channels, end-fittings and inlet and outlet feeders.

SOMASS- A code used to simulate the response of the moderator system
following in-core breaks (Reference 3). Moderator temperature
transients are calculated by performing a lumped parameter energy
balance on the system. The moderator temperature response is used
as input to the calculation of core reactivity balance following
the break. The moderator level transient is evaluated by
accounting for swell and for any addition to the initial moderator
inventory due to the break. This permits the evaluation of trip
time on the high moderator level trip, where applicable.

EL0CA-MK4S- A high temperature transient fuel behaviour code which is used to
address the mechanisms and potential for sheath failure under
accident conditions (Reference 4). Failure mechanisms associated
with the different metallurgical zones of the sheath (i.e.,
as-received, alpha-annealed and prior-beta) are considered.
Post-dryout cooling conditions are supplied by a MINI-SOPHT
simulation and channel power transients are obtained from SMOKIN.
Initial fuel conditions are evaluated for potentially limiting
combinations of element power and burnup by the EL.ESIM-II (MOD 10)
code (Reference 5). The code permits an evaluation of the time
following event initiation beyond which sheath failure cannot be
precluded.

Significant assumptions made in the analysis of trip effectiveness for in-core
LOCAs include:

(a) Initial channel thermal powers for fuel cooling assessments are based on
the maximum instantaneous power likely to be experienced in a given
channel under nominal steady state core conditions. These powers are
derived from channel ripple data (fuelling history) or based on other
constraints such as the licence limit maximum channel power or channel
outlet temperature alarm limits, as applicable.

(b) No credit is taken in the analysis for any power reduction (or other
mitigating effect) due to protective action from the reactor regulating
system. However, reactivity device movement arising from the normal
control response to high positive power error, such as moderator level
reduction (Pickering A only) or insertion of mechanical control



absorbers (all reactors other than Pickering A) is considered if the
resulting flux distortions degrade trip effectiveness. Moreover,
impairment of regulating system response due to device damage following
the in-core break is considered if it leads to further degradation in
trip coverage due to impairment of reactor power control or due to
increased severity of the flux distortion.

(c) Effective trip setpoints, which include the effects of measurement loop
uncertainties and simulation error allowances, are used in the analysis
of trip parameter effectiveness. Trip timing is based on the time at
which the effective setpoint is reached on the third-out-of-three SDS
logic channels, to conservatively allow for the possibility that one
channel in the two-out-of-three voting logic arrangement is unavailable.

(d) The HT low pressure trip and the pressurizer low level trip (where
applicable), employs a dual level setpoint, with a lower setpoint
applicable at low power. At Pickering NGS A and B, the power signal for
setpoint switching purposes is derived from the out-of-core ion
chambers. In-core detector signals are employed at Bruce NGS A and B
and Darlington NGS. For accidents occurring below the setpoint
switching power, automatic restoration of the setpoint applicable at
high power is credited, provided the reactor power has risen above the
setpoint switching power, and the power signal can be demonstrated to be
unaffected by the initiating event.

(e) In the case of the HT low flow trip, each of the instrumented channels
is assumed to be operating at their minimum permissable power. A low
initial channel power delays trip initiation, and conservatively
accounts for variations in initial channel power caused by fuel burnup
and other possible deviations from the nominal time-averaged flux shape.
Typically, a value ranging from 80 percent to 90 percent of the time
averaged channel power is assumed.

2.4 Trip Coverage Assessment-Results

Results for Pickering A are discussed in detail to illustrate key features of
the trip assessment methodology and results. In the case of Pickering NGS A
at equilibrium fuelling conditions, the moderator poison load in the early
stages of reactor startup following a long shutdown can reach 42 ink. The
analysis considers the case in which moderator level control functions
normally following the break, and the case in which moderator level control is
not credited and the moderator level is assumed constant at its initial value.
Moderator level control supplements the normal reactivity control function of
the liquid zone controllers. These assumptions span the range of expected
moderator level response following an in-core break from the viewpoint of core
behaviour. (For other reactors, it should be noted that bulk reactivity
control is supplemented by the insertion of mechanical control absorbers, and
the analysis considers potential impairments of their function arising from
the break). Trip coverage is evaluated as a function of initial reactor power
level, and the moderator poison concentration, or alternatively, the
difference in isotopic purity between the coolant and the moderator.

In the analysis for Pickering A, the difference in isotopic purity between the
moderator and the coolant is no lower than 0.0 wt percent, which represents an
operating limit. Normally, the isotopic purity of the coolant would be less
than that of the moderator and the isotopic purity difference would be greater
than 0.0 wt percent. Under these conditions, the associated degradation in
moderator purity arising from the discharge of coolant into the moderator
leads to a negative reactivity effect which offsets (in part) the positive
reactivity associated with dilution of the heavily poisoned moderator. At
Pickering A, an isotopic purity difference (moderator purity minus coolant



purity) of 1 wt percent has the same effect on core reactivity balance
following the break as a reduction of 24 mk in moderator poison load.

Analysis results are summarized in Table 1. Detailed results are provided for
the maximum break size of 230 kg/s and an intermediate break size of 100 kg/s.
Analysis is performed at two initial power levels, namely 103 percent FP and
40 percent FP. For the purposes of parametric analysis, system response is
evaluated with progressively larger break-induced positive reactivity
insertions. With the maximum moderator poison load of 42 mk, reactivity
insertions associated with an isotopic purity difference of 0.0 wt percent,
1.0 wt percent and 2.0 wt percent were evaluated. Higher isotopic purity
differences result in lower reactivity insertion rates. In Table 1, the 1.0
wt percent case is equivalent to assuming an isotopic purity difference of 0.0
wt percent, but with a poison concentration of only 18 mk. The 2.0 wt percent
case is equivalent to assuming a poison concentration of 0 mk at an isotopic
purity difference of 0.25 wt percent. Therefore, the analysis spans a range
of isotopic purity difference, or equivalently, covers the entire range of
moderator poison concentration.

Trip coverage for Pickering NGS A provided by the process and neutronic trip
parameters is summarized in Figures 3a and 3b for the 230 kg/s break, assuming
respectively that moderator level functions normally and that moderator level
control is not credited. Trip coverage is shown as a function of initial
power level and moderator poison concentration, assuming that isotopic purity
difference is at the 0 wt percent operating limit. Coverage expressed in
terms of moderator-to-coolant isotopic purity difference at the 42 mk maximum
poison concentration is shown on the topmost scale of these figures. Figure 4
indicates the dependence of trip coverage on break size, for the case in which
moderator poison load is 42 mk at an isotopic purity difference of 0 wt
percent.

The trip parameters which provide protection for in-core LOCA events at
Pickering NGS A are Neutron Overpower (NOP), HT low pressure (HTLP) and HT low
flow (HTLF).

In the case of the NOP trip. Figure 5a shows the power transients measured by
the third ion chamber signal to register a trip. Figure 5b provides the power
transient in the maximum powered channel together with the predicted time to
onset of dryout. For the 230 kg/s break, a moderator poison concentration of
42 mk yields the fastest power excursion. The associated power transient is
similar to that which would arise from a net positive reactivity insertion
rate of 0.005 mk/s. Rates of power increase are too low to initiate a trip on
the High Log Rate parameter. For lower poison concentrations, the RRS is able
to suppress the initial power excursion for a limited period of time. For the
case with the most rapid increase in power, the power in the maximum power
channel at the time that the detectors reach the effective trip setpoint is
106 percent of its initial value, whereas the dryout power for this fast
transient is approximately 120 percent. As the initial reactor power level is
reduced, the dryout power level is reduced due to the greater
depressurization. At sufficiently low power levels, the NOP parameter is no
longer effective, as shown in Figure 6a. This degradation in NOP coverage at
low powers is evident in Figures 3a and 3b.

Figure 5c indicates the response of the reactor outlet header (ROH) pressure
following a 230 kg/s break as a function of time. The effect of moderator
poison concentration and initial power level is demonstrated in this figure.
For a given moderator poison concentration, the ROH pressure reached during
the transient decreases as the initial reactor power level decreases. This is
a consequence of the depressurization rate (which is much more rapid when the
ROH pressure is above the saturation pressure), and a lower saturation
pressure at lower initial power levels. In general, due to the more rapid
initial depressurization, the coverage provided by the HTLP trip improves at



lower initial power levels, even in the presence of a significant reactor
power excursion. Figure 6b shows the minimum ROH pressure reached (or, the
ROH pressure at the time sheath temperature reaches 600-C) following a 230
kg/s break as a function of initial power, for various moderator poison
concentrations. These curves are used directly to establish the range of
initial power and moderator poison load over which the HTLP trip provides
coverage. At 40 percent FP, the HTLP trip setpoints are switched to lower
values; however, the analysis accounts for restoration of the setpoint
applicable at power levels greater than 40 percent FP. This is indicated by
the dashed setpoint line in Figure 6b.

Figure 5d indicates the response of the flow in the limiting flow-instrumented
channel as a function of time, for in-core LOCA events occurring with a wide
range of moderator poison concentration. For high values of moderator poison
concentration, the power excursion accelerates the onset of two-phase
conditions in the channel and the associated reduction in flow. At lower
poison concentrations, the rate of increase in power is lower and the trip
setpoint is reached later in the transient. The effectiveness of the HTLF
trip for a given transient depends on the time beyond which fuel sheath
integrity can no longer be assured. Figure 6c provides, as a function of
initial reactor power, the time at which the low flow trip is registered on
three-out-of-three safety channels and the time at which sheath temperature
reaches the adopted criterion for sheath integrity of 600-C. Trip times are
nearly invariant with reactor power whereas the time at which sheath
temperature exceeds 600-C decreases at higher initial power levels due to the
lower margins to dryout when operating at high power.The intersection of the
timing lines for the low flow trip and 600-C sheath temperature establishes
the maximum power level at which the trip is effective. As indicated in
Figures 3a and 3b, the HTLF trip becomes effective over a narrower range of
power levels at high moderator poison concentrations.

In summary, for Pickering NGS A, as indicated in Figures 3a and 3b, only the
neutron overpower trip is effective for in-core LOCA events starting from high
initial power levels when the moderator poison load is high. The analysis
demonstrates that at least two independent trip parameters are effective under
all other operating conditions.

This analysis was performed for all of Ontario Hydro's CANDU reactors.
Results similar to those presented for Pickering NGS A were obtained, i.e.,
for in-core LOCAs occurring with the moderator heavily poisoned and with
isotopic purity of the coolant nearly equal to that of the modeartor, only the
NOP trip is effective if the reactor operates at or near full power. Figure 7
shows the trip coverage map derived for shutdown system no.l at Bruce NGS B.
The most significant difference with respect to Pickering NGS A (which uses
feed and bleed type pressure control rather than a pressurizer) is the added
coverage provided at low power by the pressurizer low level trip and the
moderator high temperature trip.

3.0 MEASURES ADOPTED TO ENSURE ADEQUATE TRIP COVERAGE

Regulatory requirements applicable to CANDU reactors such as those embodied in
R-10 and R-8 (References 6 and 7) mandate that for each accident, two diverse
and independent trip parameters must be demonstrated to be effective on each
shutdown system over the entire range of permitted plant operating states. In
order to ensure that this requirement would be met at each of Ontario Hydro's
CANDU reactors, a number of operating restrictions and design modifications
were implemented following completion of the in-core LOCA analysis.



Reactor Power Limits as a Function of Moderator Poison Concentration

As indicated in Figures 3a, 3b and 7, coverage by at least two trip parameters
can be assured for in-core LOCAs by avoiding high power operation at high
poison concentrations. This is achieved in practice by placing limits on
reactor power as a function of moderator poison concentration (refer to Figure
8). The most restrictive limit on power will exist at the earliest stages of
the startup process following a long shutdown when moderator poison is
highest. As the startup process proceeds and saturating fission product
poisons build-in, moderator poison can be removed, thereby permitting a
further reactor power increase. Eventually, sufficient poison is removed to
permit operation at full power. It should be noted that the limits are
somewhat less restrictive if the moderator-to-coolant isotopic purity
differece is higher at the time of startup. This is because, as explained in
Section 2.4, an increase in isotopic purity difference has the same effect as
a reduction in moderator poison load. Limits of this type have been
implemented at Pickering NGS A and B and Bruce NGS A and B. These limits are
accompanied by limits on minimum isotopic purity difference.

Trip Parameter Modifications

In lieu of the operating restrictions described above, implementation of a
high moderator level trip can provide effective coverage for in-core LOCA
events, even when operating at high reactor power levels with a high moderator
poison concentration. This approach was adopted for Darlington NGS A, where
shutdown system no. 1 already had a trip on high moderator level, and
implementation of the same trip parameter on shutdown system no.2 required
only a minor change to the trip computer software due to the existence of a
moderator low level trip. As a result, full two parameter trip coverage was
provided for all operating states and no special operating limits were
required during the startup process.

CONCLUSION

Analysis of trip parameter effectiveness for in-core LOCA events identified
potential gaps in trip parameter coverage when operating at high reactor power
with a heavily poisoned moderator. A thorough assessment was performed to
delineate the range of operating conditions over which each trip parameter is
effective. This permitted the formulation and successful implementation of
procedural and/or design changes to ensure compliance with the applicable
regulatory requirements.
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Table 1
Summary of Shutdown System Reactor Process Trip and NOP Trip

Initiation Times and Dryout Times Following PT/CT Failure
(Equilibrium Fuel Conditions)

Case Description

230 kg/s Initial Break
103% FP

40% FP

103% FP

40% FP

0%I.D.(3)
1% I D .

2% I.D.

0%I.D.
1% I.D.
2% ID.
0%I.D.
1% I.D.
2%I.D.
0%I.D.

1% I.D.
2% I.D.

100 kg/s Initial Break
103% FP

40% FP

103% FP

40% FP

Oft I D .
1% I.D.
2% I.D.
Oft I D .

1% I.D.
2%I.D.
0%I.D.
1% I.D.
2% I D .

0%I.D.
1% I.D.

2%I.D.

Moderator
Level

Control

NOP(i )

(s)
HTLP

(s)
HTLF(2)

(a)

Dryout

Time

(s)

Sheath Temperature

Reaches 600°C

(s)

WML (4)
WML
WML
WML
WML
WML

NML(5)

NML
NML
NML
NML
NML

6
31
114

>150

>150
>150

6
31
108
US

>120
>I5O

NR(6)

115
83
I
1
1

NR
NR
86
1
1
1

106
104
119
80
88
109
>80
>120
123
>80
105
108

36
60
113

155(7)
23OC7)
>150

39
62

no
101(7)

i46a>
>150

55
80
143

>155
>23O

>150
48
72
129

>101
>146
>!50

WML
WML
WML
WML
WML
WML
NML
NML
NML
NML
NML
NML

26
72
350
295
>480
>480

24
71
341
174
284
M80

NR
288
203
4
4
4

NR
NR
203
4
4
4

312
278
318
339
243
320

>194

242
318
NR
NR
332

74
124
339
280
431

>450

69
127
337
192
291

>450

104
169

>35O
304
>45O
>450

88
154
379
213
313

>450
(1) NOP trip Ume based on channel power peaking factor of 1.28, consistent with the evaluation of dryout time.

(2) The HTLF Irip is based on an instrumented channel power of 80% of the time-averaged channel power.

(3)I.D. - Moderator-to-Coolant Isotopic Purity Difference: weight% (i.e., Moderator Purity minus Coolant Purity). Moderator poison load of 42 mk assumed.
(4) WML • with moderator level control.
(5) NML - no moderator level control.

(6) NR - Not reached up to the end of the simulation period, well after the predicted time of onset of dryout.
(7) Based oa extrapolation past end of the simulation period.
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Figure 2
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Figure 3(a)
SDS Trip Parameter Effectiveness During 230 kg/s In-Core LOCA

Under Full HT Flow Conditions With Moderator Level Control
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BRUCE NGS: ASSESSMENT OF CALANDRIA TUBE INTEGRITY FOLLOWING A

SUDDEN PRESSURE TUBE FAILURE.

P.S. Kundurpi, A.P. Muzumdar and F.BP. Tran

Ontario Hydro, Toronto, Ontario.

The issue of calandria tube integrity following a sudden
rupture of the pressure tube in Bruce NGS is addressed in
this paper. During this accident scenario, the CT is
subjected to severe pressure and impact loading. The
paper focuses on the transient stage in which the annulus
pressure usually exceeds the header pressure due to a
water-hammer type pressure transient. A detailed
sensitivity study of the thermal-hydraulic response of the
fuel channel and the gas annulus during the transient is
presented. Based on this sensitivity study results, the
margin to calandria tube failure is also evaluated.

INTRODUCTION

The main function of the calandria tube (CT) is to
minimize the heat loss from the primary coolant, contained
within the pressure tube (PT), to the cool moderator by
providing an insulating annulus space. In Bruce NGS
reactors, this provision is achieved by circi 'ating dry CO2

gas in the gas annulus system which also acts as a means
of detecting any leaks in the pressure tubes. The calandria
tubes are subjected to the internal pressure of the annulus
gas and to the external pressure due to the moderator.
They also take up a portion of the fuel channel weight

Based on these functional and loading considerations the
CTs are designed as ASME Class III pressure vessels.
However, during accident scenarios involving PT rupture,
the surrounding CT is subjected to severe pressure and
impact loading depending on the nature of the PT failure.
In the licensing analysis it is conservatively assumed that
any pressure tube rupture also results in the rupture of the
associated calandria tube. As the economic consequences
of a PT rupture are much smaller if the CT survives, there
is an incentive to evaluate the survivabili*v of the CT in
detail. Based on experimental observation, the previous
investigations (Ref 12 and 3) have shown that the
sequence of events following pressure tube failure can be
delineated into three distinct stages ie., the initial transient
annulus filling stage, the transient over-pressuhsation stage
and the final steady state pressurisation following bellows
rupture.These investigations, which discussed the resulting
interactions between the PT and the CT, have identified
the annulus filling phase as very important for assessing
CT response. Consequently this paper only considers the
annulus filling stage in detail. The peak water-hammer

pressures during the transients and the structural response
of the CT to these transients is examined. Based on the
results obtained, the paper presents the strength margins
for survivability of CT in Bruce NGS A and B reactors
due to a pressure tube failure.

THERMAL-HYDRAULIC RESPONSE

In this section, a sensitivity analysis of the
thermal-hydraulic response of the fuel channel during the
annulus fill-up stage is presented. In particular, attention
is focused on the overpressure in the annulus caused by
the surge of coolant following the pressure tube rupture.
The magnitude of the pressure rise is essentially dependent
upon the fluid discharge rate into the annulus which is
determined by the header to header hydraulic resistance
and upon the chann*.: power. The pressure transients are
evaluated assuming that the pressure boundary between
the headers is rigid. In the present sensitivity study, the
MINI-SOPHT computer code is used to evaluate the
pressure transient using the rigid boundary assumption.

The main parameters considered in the sensitivity study
are different break lengths, break locations (inlet end,
outlet end, break over the entire length of the pressure
tube), break discharge area, bearing clearances, channel
power (inner and outer zone) and flow. Results obtained
using MINI-SOPHT for a number of channels in Bruce A
are reported. These results and the pressure pulse data are
later used as input to assess calandria tube integrity.

Methodology and Assumption

The thermal-hydraulic behaviour of the channel/feeder
system was simulated for a number of channels in the
core. In particular four channels, two in the inner (high
power) zone and two in the outer (low power) zone were
selected for the analysis, i.e., Channel J09 and L10 in the
high power region and KOI and A08 in the low power
region. These channels were selected so as to combine
the highest flow and the lowest power in each region
resulting in the highest coolant subcooling.

The channel geometries are obtained from the NUCIRC
code data files. The friction loss coefficient of various
components in the MINI-SOPHT model are obtained by
matching the pressure drop with that calculated using



NUCIRC at nominal conditions as well as other power
levels. Table 1 shows the geometry data and nominal
channel parameters (i.e., flow rate, power and inlet
temperature) for the inner zone Channels J09 and for the
outer zone Channels KOI.

Figure 1 shows the schematic nodalization representing the
header to header model to simulate the different pressure
tube break scenarios. The pressure tube and the annulus
are each represented by 13 nodes. Each pressure tube and
annulus node are connected by two parallel break
discharge valves to simulate the crack in the pressure tube.
An outlet-end break, inlet-end break, full-length break or
any length of break at any location can be simulated by
opening the appropriate discharge valves. For all cases, the
nominal break area is assumed to be 30 cm2 per bundle
length. Thus the total break area assumed for a full length
break is 390 cm2. The nominal break opening time of
10 ms is used in all the cases. The nominal bearing
clearance is assumed to be 2.5 cm2. The following
additional general assumptions are used in the SOPHT
simulations of the breaks:

(a) Two parallel break valves are used to connect the
pressure tube node and the annulus node. One
link is used to model the forward flow from the
pressure tube to the annulus, and the other is used
for the flow in the opposite direction.

(b) The break discharge flow from the pressure tube
to the annulus and through the bearings are
modelled using the Henry-Fauske orifice
discharge model.

(c) The bellows are assumed to burst at 5 MPa and,
hence, discharge through the bellows is activated
when the pressure at the bellows node is
approximately 5 MPa.

Simulation Results

With these main parameters and assumptions, a number of
PT breaks have been simulated by MTNI-SOPHT to study
the effect of various parameters such as break length,
channel power, etc. Table 2 shows the matrix of cases
considered for the sensitivity analysis and the results of
the sensitivity analysis. The following discussion of
results highlights the effects of the major variables on the
pressure transient in the gas annulus.

Effect of Channel Power and Flow (Inner and Outer
Zones)

Figures 2 and 3 show the pressure transients in the
annulus and the pressure tube for the inner zone Channel
J09 and the outer zone Channel KOI at nominal channel
conditions with a full-length break. For the high power

Channel (J09), no water-hammer over pressurization is
observed. For the low power Channel (KOI) the
maximum predicted pressure is 15 MPa and the duration
of the pulse is approximately 55 ms. Similar results are
predicted for Channels L10 and A08 in the high and low
power regions respectively (cases 2 and 3 in Table 2). In
general no water-hammer pressure transients are predicted
in the high power channels for any break lengths or
locations at nominal power level. Overpressure transients
occur only for the low power channels as the average
coolant condition at the outlet is still subcooled.

Effect of Break Location and Length

Cases 8 and 12 in Table-2 show the peak pressure
predicted in the annulus and the pressure tube for a
2.25 m long outlet and inlet-end breaks to be around 14
MPa and 14.5 MPa respectively in Channel KOI at
nominal flow and full-power conditions. Similar results
are obtained for other : annel as shown in Table 2 (cases
5 to 8 vs cases 9 to 12). The peak pressure obtained for
the inlet break is higher compared to that for a break at
the outlet for identical conditions. This effect can be
attributed to coolant subcooling. As the coolant
temperature at the inlet is lower than at the outlet, when
the break occurs at the inlet, cooler fluid will first enter
the annulus resulting in a higher peak pressure.

The peak transient pressure is highest for a full-length
break (case 3), and hence is most limiting. This is due to
the fact that the flow into the annulus is highest for a full
length break and the flow has the highest average
subcooling, as the coolant from both the inlet and the
outlet-ends does not substantially increase in enthalpy by
the time over pressurization occurs.

Effect of Break Area

The effect of break area has been studied by varying the
valve discharge areas for a 2.25 m outlet break in
Channel KOI. The results obtained for three different
break areas (Table 2, Cases 8, 13 and 14) indicated that
the predicted peak pressure increases with increasing break
area. The predicted peak pressure does not vary
significantly when the break area is reduced, by about
25 percent, from 135 cm2 to 100 cm2 (Cases 8, 13). The
peak pressure increases from 14 MPa to 15.5 MPa when
the break area is increased, by about 25 percent, from
135 cm2 to 175 cm2 (Cases 8, 14). The results also show
that the water-hammer peak occurs earlier for cases with a
larger break area. With a larger break area, more coolant
is discharged into the annulus resulting in a faster filling
of the annulus.



Effect of Bearing Clearance Area

The effect of bearing clearances has been studied by
varying the discharge area in the valve simulating the
clearances. The results obtained for three different bearing
clearances, for a 2.25 m outlet break in Channel KOI,
indicate that the predicted peak pressure decreases with
increasing clearances area due to the increased discharge
of coolant through the bearings (Cases 8, 15, 16). A
doubling of the nominal bearing clearance area from
2.5 cm2 to 5.0 cm2 reduces the peak pressure by about
15 percent, while a reduction of the bearing area from
2.5 cm2 to 1.25 cm2 increases the peak pressure by about
20 percent. In order to verify this trend, two further cases
were simulated with a full-length break in Channel KOI
with bellows at both ends at 60 and 70 percent full power
(Cases 25a and 26a). These results indicate that the effect
of bearing clearances is not significant when the water-
hammer pressure is already high.

Effect of Channel Power Level

The effect of channel power level has been studied by
varying the operating power level in both the inner and
outer zone Channels (J09 and A08). The selected power
levels are sixty, seventy and eighty percent of full power,
and the corresponding inlet header temperatures assumed
are 253, 252 and 251° C respectively.

For Channel J09 two break geometries are considered, i.e.,
a full length break and an outlet end break. For the outlet
end break (Cases 18, 19 and 20), the predicted peak
pressures are 15 MPa, 18.5 MPa and 19 MPa
corresponding to channel power levels of 80, 70 and
60 percent of nominal power respectively. For the full
length break (Cases 22, 23 and 24), the corresponding
predicted peak pressures are 16.7 MPa, 19.81 MPa and
20.79 MPa. The general increase in water-hammer
pressure with decreasing channel power level is due to the
increased subcooling of the discharged fluid. It is to be
noted that there are no water-hammer pressures in the
inner zone channels at 100 percent full power. However,
at 80 percent full power, the pressure transients in these
channels are similar to those predicted for outer zone
channels at 100 percent full power (Cases 3 and 24). This
trend of increasing water-hammer pressure with decreasing
power is also observed for all fuU-length breaks (Cases 25
to 39). The peak water-hammer pressure appears to be
limited to about 21 MPa.

Effect of Bellows Locations

Bruce NGS A Units 1, 2 and 3 have bellows only at one
end, while the Bruce NGS B units and Bruce NGS A
Unit 4 have bellows at both ends. In order to study the
effect of bellows configuration, a few cases were
considered, for channel J09 for various power levels, with

the bellows either at inlet or outlet-end. The peak
pressures obtained for Channel J09 with bellows at
outlet-end (Cases 34, 35 and 36) and with bellows at
inlet-end (Cases 37, 38 and 39) indicate that the bellows
configuration does not influence the pressure transients
significantly as compared with bellows at both ends
(Cases 22, 23 and 24). The peak pressures are slightly
higher when bellows are at the outlet-end. Similar trends
in results are observed for outer zone Channel A08 as
well (see Cases 28-30 vs 31-33).

Effect of Break Opening Time

In all the pressure transients simulated, a break opening
time of 10 msecs was assumed. From the pressure
transients presented in Figures 2 and 3, it can be seen that
the annulus pressure does not change during the break
opening time (initial 10 msecs). Hence, it is concluded
that any reduction in break opening time will not affect
the 3;inulus pressure transient. However, when the break
opening time is increased to 60 msecs (Case 17), the peak
annulus pressure is seen to be lower due to Ihe lower rate
of initial discharge into the annulus.

Results and Discussion

Based on this sensitivity study, the influence of various
parameters on the peak pressure can be generalized in
terms ot coolant subcooling and flow rate in the channel
as follows:

(a) As the channel flows in Bruce NGS are very
similar across the core, the peak pressure is
higher for a low power channel in the outer zone
due to higher subcooling. At 100 percent
nominal power, there is no water-hammer
pressurization in high power inner zone channels.

(b) An inlet break causes a larger water-hammer
pressure than the same size break at the outlet of
the fuel channel due to higher coolant subcooling
at the inlet end.

(c) The maximum water-hammer pressure is obtained
for a full-length break in the pressure tube. This
can be attributed to the higher subcooling of the
coolant being discharged into the annulus, as well
as the larger discharge area.

(d) The peak water-hammer pressure increases with
increasing break discharge area due to increasing
flow.

(e) The peak water-hammer pressure decreases with
increasing bearing clearance areas.



(0 For a given channel power the predicted water-
hammer pressure significantly increases when the
channel power level decreases. This can be
attributed to the higher average coolant
subcooling as power decreases.

(g) The peak pressures are slightly higher when
bellows are located at the outlet-end for units
with bellows only at one end.

(h) When the break opening time is increased, (from
10 to 60 msecs) the predicted peak annulus
pressure is seen to be lower (case 17). However,
for irradiated pressure tubes the break opening
time of 10 msec is considered appropriate.

CALANDRIA TUBE RESPONSE TO ANNULUS
PRESSURE TRANSIENTS

The structural response of the CT w the MINI-SOPHT
predicted annulus pressure transients is presented in this
section. The method of accounting for the strain
attenuation effect on pressure transients is given in
Reference 2. This methodology has been validated by
comparison with the results from the full-scale pressure
tube burst tests reported in References 4 to 7. The
response of the CT to the pressure transients simulated is
presented first. Based on this response, the estimated CT
strength margins to failure are presented for a typical PT
failure.

The CT strain attenuation effect (based on the material
strength data given Table 1) is reported here for all the
simulated cases in Table 2. The predicted peak pressure
and the plastic strain of the CT are shown in Table 3 for a
Bruce CT with nominal irradiated tube material properties
(given in Reference 8) and without accounting for
anisotropy effects. These results indicate that the CT
response is mainly elastic in the majority of the cases
simulated except for the reduced power cases. The
maximum estimated plastic strain is around 0.8S percent
for the limiting case of a full-length break in the outer
zone low power Channel A08 at 60 percent full-power
operation. (Case 28)

Experimental results (Reference 8) have shown that the
biaxial strength of the CT is always higher than the
uniaxially measured values due to anisotropy of Zr-2
material; however, it is difficult to quantify the anisotropy
parameters precisely. In order to conservatively account
for the strengthening effect, the yield and ultimate tensile
strength are increased by 20 percent (the lowest
experimentally observed increase in strength) in strain
attenuation calculations. The predicted results with these
increased material strength parameters are shown in
Table 4 for all the cases. These results indicate that the
peak corrected pressures are higher while the predicted

plastic strain values during the transient are lower
(compare Tables 3 and 4).

Margin to Calandria Tube Failure in Reactor

The methodology of evaluating the caiandria tube strength
margin in the event of a sudden pressure tube failure for
the reactor cases is presented in Ref 3. Using this
methodology the margin to failure is calculated for the
CTs in the Bruce reactors. In all cases presented, a 20%
strengthening due to anisotropy is assumed. As in Ref 3,
the criteria used are:

(1) A strain based criterion which assumes that the
CT fails when the average plastic strain reaches
0.1 percent during the transient

(2) A stress based criterion which assumes that the
CT fails when the hoop stress in the CT exceeds
the dynamic ultimate tensile strength.

The low ductility strain (0.1 percent) limit criterion is used
to cover failures resulting from defective calandria tube
welds or other anomalies. For the stress criterion the CT
is assumed sufficiently ductile, and hence, there is no
imposed limit on plastic strain. Similarly, to illustrate the
tube-to-tube strength variation, both the nominal expected
values and the lower bound values of CT material
properties (given in Table 1) are considered. The lower
bound values are obtained by considering the mean
measured values of unirradiated materials and by
assuming that the spread of yield and ultimate tensile
strengths (i.e. the ratio of the mean to the minimum value)
in the irradiated condition is identical to that of
unirradiated material. This is very conservative as it
ignores the observed narrower spread of these material
properties towards the mean in irradiated material (i.e.,
irradiation tends to reduce the spread in material strength
from tube to tube).

Again as in Ref 3, the margin to failure is estimated for
the break located either at the iniet end or outlet end and
for the full length break. The strength margins calculated,
for the three breaks with the above two criteria, for Bruce
reactors is given in Table 5. The effect of garter spring
indentation is also accounted for in the steady-state phase
by lowering the margin as in Ref 3. Typical results of the
calculations for Channel K01 at full-power given in
Table 5, show that a large margin to failure exists for both
lower bound strength and nominal irradiated strength
calandria tube for a G-16 type of outlet-end failure. For
this break size, the limiting failure margin is always
obtained for the steady-state rather than the transient phase
when garter spring indentation effects are included. Note
that the steady state annulus pressure is not dependent on
break length and hence the margin to failure is identical
for all breaks shown in Table 5.



For an inlet-end break and for a full-length break, the
failure margins for a lower bound strength tube are seen to
be very small or negative based on a 0.1 percent failure
criterion. The corresponding failure margins for a nominal
tube is positive. Thus for the low ductility failure
criterion (0.1 percent plastic strain) the limiting failure
margin for a full-length break and for an inlet-end break
are obtained for the transient rather than the steady-state
loading phase. For the higher ductility stress failure
criterion large margins to failure are again obtained.

It is reiterated that the lower bound strength is unrealistic
since tube strengths approach approximately the same
nominal strength after several years irradiation. It is also
reiterated that garter spring indentation is not expected to
significantly affect the margin to failure. Finally the low
ductility failure can be considered unlikely or of low
probability as it assumes a defect in the weld
Consequently the margins predicted based on nominal
strength and stress criterion are realistic. The expected
failure margins are denoted by asterisks in Table 5 for the
transient and steady state.

CONCLUSIONS

The issue of CT survivability in the event of a PT break in
Bruce NGS has been examined in detail. The water-
hammer type overpressure transient causes plastic straining
of the CT which, in turn, has a feedback effect of reducing
the peak pressure. A detailed thermal-hydraulic analysis
of the expected pressure transients and the strain feedback
effect is presented. In the final stage, the CT is subjected
to a steady-state loading which is close to the mean of the
inlet and outlet header pressure.

Based on the results of the analyses, it is concluded that
for Bruce NGS:

(a) The CT will survive an outlet-end PT failure
(such as G-16) under normal operating conditions
with a large margin to failure for the full range of
tube strength and ductility expected in reactor.

(b) The CT will survive a full-length (6 metre) PT
failure under normal operating conditions with a
large, but reduced, margin to failure for tubes of
expected (nominal) strength free of weld or other
defects. The shorter the PT rupture, the greater
the margin to failure.

(c) Should a full-length (6 metre) rupture occur in a
channel with a CT weld or other defect such that
low ductility failures can occur, the integrity of
the CT will be challenged.

(d) Garter spring indentation of the CT can
potentially, but not necessarily reduce the margin
to CT failure.
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Channel Power - 6.22 MW
Nominal Flow - 24.4 kg/sec
Inlet Temperature - 251°C

TABLE 1

Geometries and Channel Data for J09

Inlet Header Pressure = 10.56 MPa
Outlet Header Pressure = 9.4 MPa

Inlet Feeder

Inlet Feeder

Inlet End Fitting

Channel

Outlet End Fitting

Outlet Feeder

Outlet Feeder

D(mm)

62.94

48.89

74.0

7.60

74.0

62.941

74.168

L(m)

9.7674

0.2988

0.2476

5.94 m

0.2476

5.156

8.936

V(m3)

3.04E-2

5.62E-4

2.126E-2

3.861E-3

Flow Area
(m2)

.00342

.00352

.00342

k

3.03

9.7944

3.03

Geometries and Channel Data for K01

Channel Power - 4.215 MW Inlet Header Pressure = 10.501 MPa
Nominal Flow - 23.91 kg/sec Outlet Header Pressure = 9.40 MPa
Inlet Temperature - 265°C

Inlet Feeder

Inlet Feeder

Inlet End Fitting

Channel

Outlet End Fitting

Outlet Feeder

Outlet Feeder

D(mm)

48.895

62.941

74.2

7.6

74.2

62.94

74.17

L(m)

8.2338

5.2478

0.2476

5.94 m

0.2476

3.7103

12.560

V(m3)

1.547E-2

1.632E-3

1.156E-2

5.426E-2

ACm2)

.00342

.00352

.00342

k

3.03

9.7944

3.03

Geometry and Material Data for Calandria Tube

Inner diameter =129 mm Thickness =1.37 mm

At room temperature, assumed Properties:
Nominal properties: oy = 580 MPa, a^ = 660 MPa
Lower bound values o , = 540 MPa 0 ^ = 580 MPa



TABLE 2

Simulation Matrix of Cases Consideied and Results of Thennal Hydraulic Simulation

Test
Caw

1

2

3

4

5

6

7

8

9

10

11

12

13

14

IS

16

17

18

19

20

Location of
Break

Full Length

Full Length

Full Length

Full Length

Outlet End

Outlet End

Outlet End

Outlet End

Inlet End

Inlet End

Inlet End

Inlet End

Outlet End

Outlet End

Owlet End

Outlet End

Outlet End
(Slow Opening

of 60 ms)

Outlet End

Outlet End

Outlet End

Break
Size
On)

5.94

5.94

5.94

5.94

Z25

2.25

2.25

2.25

125

i25

2.25

2.25

2.25

2.25

2.25

2.25

5.94

2.25

2.25

2.25

Channel

J09

L10

A08

KOI

J09

L10

A08

KOI

J09

L10

A08

KOI

KOI

KOI

KOI

KOI

KOI

J09

J09

J09

Bearing
Area

Nominal

Nominal

Nominal

Nominal

Nominal

Nominal

Nominal

Nominal

Nominal

Nominal

Nominal

Nominal

Nominal

Nominal

1/2 Nominal

2 Nominal

Nominal

Nominal

Nominal

Nominal

Break
Discharge
Area cm3

390

390

390

390

135

135

135

135

135

135

135

135

100

175

135

135

390

135

135

135

Power
Level
(%)

100

100

100

100

too

100

100

100

100

100

100

100

100

100

100

100

100

60

70

80

Bellows
Configuration

Both Ends

Both Ends

Both Ends

Both Ends

Both Ends

Both Ends

Both Ends

Both Ends

Both Ends

Both Ends

Both Ends

Both Ends

Both Ends

Both Ends

Both Ends

Both Ends

Both Ends

Both Ends

Both Ends

Both Ends

Peak
Pressure

(MPa)

9.7

9.7

16.0

15.0

9.7

9.7

14.8

14.0

9.7

9.7

15.4

14.5

14.0

16.0

17.0

12.0

13.0

19.1

18.5

15.0

Pressure
Pulse

Width (ms)

-

-

54

55

-

50

50

.

50

50

50

50

50

50

50

51

50

51



TABLE 2 (Cont'd)

Simulation Matrix of Cases Conridetcd Kid Result of Thermal Hydraulic Simulation

Test
Case

22

23

24

25

25(a)

26

26(a)

27

28

29

30

31

32

33

34

35

36

37

38

39

Location of
Break

Full Length

Full Length

Full Length

Full Length

Full Length

Full Length

Full Length

Full Length

Full Length

Full Length

Full Length

Full Length

Full Length

Full Length

Full Length

Full Length

Full Length

Full Length

Full Length

Full Length

Break
Size
( » )

5.94

5.94

5.94

5.94

5.94

5.94

5.94

5.94

5.94

194

5.94

5.94

5.94

5.94

5.94

5.94

5.94

5.94

5.94

5.94

Channel

J09

J09

109

KOI

KOI

KOI

KOI

KOI

A08

A08

A08

A08

A08

A08

J09

J09

J09

J09

J09

J09

Bearing
Area

Nominal

Nominal

Nominal

Nominal

1/2 Nominal

Nominal

1/2 Nominal

Nominal

Nominal

Nominal

Nominal

Nominal

Nominal

Nominal

Nominal

Nominal

Nominal

Nominal

Nominal

Nominal

Break
Discharge
Area cm1

390

390

390

390

390

390

390

390

390

390

390

390

390

390

390

390

390

390

390

390

Power
Level
(%)

60

70

80

60

60

70

70

«0

60

70

80

60

70

80

60

70

80

60

70

80

Bellows
Configuration

Both Ends

Both Ends

Both Ends

Outlet End

Outlet End

Outlet End

Outlet End

Outlet End

Outlet End

Outlet End

Outlet End

Inlet End

Inlet End

Inlet End

Outlet End

Outlet End

Outlet End

Inlet End

Inlet End

Inlet End

Peak
Pressure

(MPa)

20.79

19.81

16.70

20.5

20.71

18.0

20.12

16.1

21.7

18.5

16.9

20.3

17.1

15.7

20.9

17.2

15.03

19.51

17.80

14.52

Pressure
Pulse

Width (ms)

55

53

54

54

54

54

54

54

54

54

54

51

51

51

54

54

54

54

54

54



TABLE 3

Corrected Annulus Peak Prcuure and CT
Plastic Strain for Nominal Material Properties

Cue
No.

1

2

3

4

5

6

7

8

9

10

11

12

13

14

IS

16

17

18

19

20

22

23

24

25

26

27

28

29

30

31

32

33

34

35

36

37

38

39

SOPHT
Prenure

(MP.)

9.7

9.7

16.0

1S.0

9.7

9.7

14.8

14.0

9.7

9.7

15.4

14.5

14.0

16.0

17.0

12.0

13.0

19.1

18.5

15.0

20.79

19.81

16.70

20.5

18.0

16.1

21.7

18.5

16.9

20.3

17.1

15.7

20.9

17.2

15.03

19.51

17.80

19.52

Pulse
Width
(mi)

.

.

54

55

.

50

50

"

so

50

50

SO

SO

SO

50

51

SO

51

ss

S3

54

54

54

54

54

54

54

51

51

51

54

54

54

54

54

54

Peak
Corrected
Prtuure
(MPi)

11.85

11.7

.

11.71

11.57

"

11.76

11.62

11.55

11.75

11.97

.

11.32

1212

1208

11.7

1219

1215

11.91

1218

1209

11.85

1225

12U5

11.93

1220

11.98

11.82

1221

11.96

11.71

1212

1202

11.63

PUitlc Strain
(*)

0.295

0.208

-

0.185

0.12

.

.

0.25

0.15

0.115

0.28

0.383

0.052

0.592

0.529

0.20

0.761

0.661

0.359

0.73

0.48

0.30

0.85

0.535

0.378

0.206

0.393

0.265

0.77

0.406

0.209

0.633

0.463

0.168

TABLE 4

Corrected Puk Aimului Pressure and CT Plastic
Stnin with Biuul Effect Included

(Yield Streu ind Ultimate Tensile Strength 20 %
above Nominal Value To Account for Biaxial Effect)

Cite No.

1

2

3

4

5

6

7

8

9

10

It

12

13

14

15

16

17

18

19

20

22

23

24

25

26

27

28

29

30

31

32

33

34

35

36

37

38

39

SOPHT
Pressure
(MP»)

9.7

9.7

16.0

15.0

9.7

9.7

14.8

14.0

9.7

9.7

15.4

14.5

14.0

16.0

17.0

120

13.0

19.1

18.5

15.0

20.79

19.81

16.70

20.5

18.0

16.1

21.7

18.5

16.9

20.3

17.1

15.7

20.9

17.2

15.03

19.51

17.80

14.S2

PuUe
Width
(nu)

54

55

50

50

50

50

SO

SO

SO

50

so
51

50

51

55

53

54

54

54

54

54

54

54

SI

51

51

54

54

54

54

54

54

Puk
Corrected
Preuure
(MP»)

.

13.59

1293

.

.

1278

1227

13.19

120

1227

13.58

14.24

10.90

11.62

15.03

14.91

129

15.24

15.13

14.04

15.21

14.73

13.6

15.34

14.87

14.87

15.21

14.3

13.39

15.26

14.36

129

15.07

14.67

1262

Plastic Strain
(*)

.

0

0

0

0.0

.

0.0

0.0

0.0

0.0

0.0

0.0 II
0.0

0.11

0.06

0.0

0.26

0.17

0.0

0.233

0.032

0.0

0.343

0.066 ||

0.0

0.2

0.0

0.0

0.269

0.002

0.0

0.147

0.02

0.0

Note: Fluid temperature in all cues wai 28S*C.
Reference pressure wai 9 MPa.



TABLE 5

Calandria Tube Percent Margin to Failure
(For Various Failure Criteria Following a

Sudden Pressure Tube Failure in Channel KOI at 100% Power)

Failure Criterion

Transient Loading, Phase

0.1% Plastic Strain during
transient

Stress exceeds ultimate tensile strength
during transient

Steady State Loading Phase

Hoop stress exceeds ultimate tensile
strength during steady state

The above criterion with allowance for
realistic garter spring indentation

Inlet End Break

Lower
Bound

Strength

-1.9

57.1

8

0.7

Nominal
Strength

233

733*

23**

15.7

Outlet End Break

Lower
Bound

Strength

7.8

72.8

8

0.7

Nominal
Strength

35.7

90.7*

23**

15.7

Full Length Break

Lower
Bound

Strength

0.006

61.3

8

0.7

Nominal
Strength

26.6

78.5*

23**

15.7

* Expected margin to failure during transient.
** Expected margin to failure during steady state.

Schenatlc Nodalization

tntrt Header Outlet Header

Calandria Shield

Outboard Bearing Lattice Tube
Inboard Bearing

FIGURE 1 i Sche»»tlc nodtlization of th« hauler to htadar
•odel In MINI-SOPKT



J09 - FULL LENGTH - NOMINAL

i2
E

PRESSURE TUBE

Figure : Pressure transient in the inner channel J09, for a full length
break in the pressure tube, at nominal condition

h
3 3

KOI - FL -NOMINAL
FAST OPENING 10 MS

0.04 0.08 0.12 O2S

TME1SI
• PRESSURE TUBE + ANNU.US

Figure 3 •• Pressure transient in the outer channc KOI, for a full length break
in the pressure tube, at nominal condition



NEW FLUX DETECTORS FOR CANDU-6 REACTORS

J.M. Cuttler and N. Medak
AECL CANDU

Mississauga, Ontario

INTRODUCTION

The in-core (self-powered) flux detectors in the Gentilly-2 and
Point Lepreau reactors were replaced recently* with detectors of
a different design. This paper describes the evolution of this
detector design and explains why it was chosen.

PREVIOUS DETECTOR DESIGN

As can be seen from Table 1, CANDU reactors use many in-core flux
detectors for spatial power control, flux mapping and overpower
protection.1-23 In-core detectors are vital for reactor
operation.

Table 1
Number of In-Core Flux Detectors in CANDU-6 Reactors

Use

Spatial Power Control
(14 zones § two per zone)

Flux Mapping

Shutdown System No. 1

Shutdown System No. 2

Old Desicrn

28

102

68

46

244

New Desian

28

102

34**

24**

188

The detector is a coaxial mineral-insulated cable, and when it is
in a high flux of radiation, a net current of electrons flows
from the inner conductor to the outer one.4|S>(/ Referring to
Figure 1, the detector behaves like a current source in vhich the
current is proportional to the radiation intensity, and the shunt
resistance is of the order of a gigaohm (1000 MO). The current
is fed through an amplifier, typically a current-to-voltage
converter with a low input impedance.

* Gentilly-2 in Sep-Oct '91, and Point Lepreau in Apr-May '92
** no installed spares



- 2 -

The original detectors were designed by Chalk River Nuclear
Laboratories.7 They had an outer Inconel sheath, 1.6 mm in
diameter, and the inner conductor, the emitter, was made of
platinum or vanadium.

The platinum detector8 has a response that is half-sensitive to
thermal neutrons and half-sensitive to gamma rays. Platinum
detectors respond promptly, but since 1/3 of the gamma radiation
is delayed, the detector response is approximately 85% prompt.
The response of fuel power to a step increase in neutron flux is
-95% prompt, so the platinum detector underpredicts a power
excursion. The detector signal needs approximately 10% of
dynamic compensation for use in safety applications.

The vanadium-type detector is sensitive only to thermal neutrons,
but its time response depends upon the beta decay of vanadium-52
(3.76 minute half-life). This is too slow for control or safety
applications, so vanadium detectors are used to map the flux and
calibrate the prompt detectors.

Both types of detectors "burn up" slowly in the CANDU thermal
neutron flux of 3xlO18 ntf's"1. For the vanadium detectors, a
correction can be applied as a function of the integrated
detector signal (flux), based on predicted detector burnup.

The platinum detector is 3.0 m long and provides a signal of
approximately one microampere at full power. To obtain a
"regional" power measurement, this detector is coiled around a
9.5 mm Zircaloy carrier tube over a distance of three lattice
pitches (857 mm). The vanadium detector is 1.2 ro long and
provides a signal of -3 microamperes at full power. For a local
flux reading, it is coiled over a distance of one lattice pitch
(286 mm).

Each detector is spliced to a 1.0 mm leadcable whose geometry was
optimized for negligible sensitivity to radiation. Figure 2
shows the details of the spliced joint, and Figure 3 shows a flux
detector unit with several detectors mounted along the length of
the carrier tube. This tube is supported, in the (unpressurized)
heavy water moderator, within a guide tube. The vertical guide
tubes are perforated (wet) and the horizontal ones are dry, i.e.
filled with helium. The leadcables are threaded around the
shield plug, through a compression-type feed-through, to a
multipin electrical connector. The control/safety detectors have
installed spares, bifilar wound, to increase reliability and
avoid reactor power derating on random detector failure.

FLUX DETECTOR FAILURE

Detectors have been failing since they were first used in the
1960s, in the Douglas Point reactor. Detector failure is
apparent when the signal ceases to track the flux in a
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proportional manner, within the required power range (0.1 to 1.5
of full power) and within the required response time. The
insulation resistance is often a good indicator of degradation or
failure.910 Penetration of the metallic sheath introduces
moisture into the magnesium-oxide insulation and progressively
results in erratic detector response.

Before it is installed, a detector has an insulation resistance
in excess of 100 gigaohms (1011 ohms) . In operation, the
resistance immediately decreases to 1000 megohms and eventually
remains in the range from 1000 Mtl to 1 MfJ. When it declines
below 1 Mfl, the detector's performance becomes suspect.

There are many modes of detector failure. The epoxy seal at the
end of the leadcable sometimes becomes leaky. The Inconel-600
leadcable sheath has failed due to various types of corrosion,
such as pitting, intergranular corrosion due to nitric acid
attack, embrittlement due to radiation damage, and/or nitride
attack, etc. Brazed joints (at the splice) have also corroded,
and detector endcap welds have failed. The signal has been lost
due to core-wire breakage at the leadcable or at the splice.

STRAIGHT INDIVIDUALLY REPLACEABLE (SIR) DETECTORS

The vulnerability of these flux detectors was recognized, and a
proposal was raised at AECL CANDU in 1975 to examine a different
detector configuration that would enable individual detectors to
be easily replaced.11 At the same time, the detectors would be
contained in a housing, filled with an inert gas (helium), that
would protect them from hostile environments. Connectors would
be provided that could withstand loss of coolant or steam break
accidents.

Replacing an entire flux detector assembly is a complex operation
involving significant capital cost, a long lead time for
procurement, a long shutdown, a significant man-rem burden, and
the cost of managing high-level radioactive waste.

The new concept, shown in Figure 4, would utilize straight
detectors, each in a separate guide tube or "well". These
detector guide tubes would be enclosed in a dry assembly with a
shield plug to block streaming radiation. A bellows would
accommodate differences in thermal expansion between the reactor
and the detector assembly. The connector housing could be opened
to allow a replacement detector to be inserted into a spare well
and its connector jack to be plugged into the appropriate
receptacle, in place of the failed detector's jack. One or more
detectors could be withdrawn into a flask, if necessary, without
che need to remove the entire flux detector unit. After
resealing the housing, the unit could be flushed with helium to
remove air and vapours.
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One well tube would be reserved for a travelling flux detector
(TFD).12 This is a miniature fission chamber that could be
inserted the full length of the assembly to scan the core and
measure a thermal neutron flux distribution, as shown in
Figure 5. It could also be employed to calibrate detector
sensitivity or measure fuel channel creep/sag.

Using detectors of the original 1.5 mm diameter would have
resulted in a factor of four reduction in signal which would have
increased the relative signal contribution of the leadcable by
the same factor. A 3.0 mm diameter seemed to be appropriate, but
the effect of this change on detector response was uncertain. It
was recognized that development work would be needed to determine
the consequences of such changes, and this was identified in the
proposal raised by AECL CANDU in 1975 April. This resulted in a
development program being authorized in 1976 February that was
jointly funded by AECL and Ontario Hydro.11

A constraint in selecting the diameter of the new detectors was
the requirement of retrofittability to older CANDU reactors. If
a 3.0 mm detector was selected, then 13 well tubes could fit into
a SIR assembly (for new reactors). For reactors that already had
coiled detectors, 12 well tubes could be installed in a dry
capsule (HESIR)* that could fit into any of the existing guide
tubes. If the spare safety detectors were not installed, then 12
well tubes would provide approximately six vacant wells for
replacement detectors. There would be no need to remove the
existing guide tubes to retrofit SIR detectors.

Figure 6 shows the detector geometry selected in 1975. The
splice (between the leadcable and the detector) was rejected in
favour of an integral sheath design. The diameter of the (flux
mapping) vanadium emitter was increased by a factor of three to
provide significantly greater sensitivity (per unit length). A
platinum-clad Inconel emitter was proposed in place of the solid
platinum emitter in order to reduce its cost, expecting that the
surface would provide most of the signal.13 In the development
program that followed, the contribution of the Inconel core was
found to be quite large,14 leading to the discovery of the Inconel
detector.1516

SIR DETECTOR DEVELOPMENT PROGRAM

The development program started in 1976 and continued for several
years. Most of the detector tests were carried out at Chalk
River Laboratories using a test SIR detector assembly in the NRU
reactor. The design of this assembly was based on the design for
CANDU reactors prepared at Sheridan Park (Figure 7). A prototype
of the HESIR detector assembly (Figure 8) was later designed by

* hybrid encapsulated SIR assembly
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AECL CANDU and installed in Bruce NGS, Unit 4 in 1978 October for
long-term tests.

The sensitivities of the SIR detectors are approximately the same
as the sensitivities of the corresponding coiled detectors. With
the platinum layer deleted, the resulting Inconel detector has
half the sensitivity, but it gradually increases by 50% due to
the transmutation of nickel-58 (in Inconel) into nickel-59, a
more neutron-sensitive nuclide.

The dynamic responses of the prompt SIR detectors were determined
by measuring the decay of the signals after a reactor "trip" and
by fitting each decay with a sum of first-order exponential
functions of time.17

Figure 9 shows the response of each detector type to a step
increase in neutron flux. The platinum-clad SIR detector has a
slightly faster response than the coiled platinum detector, 90%
vs 87% prompt, and needs less compensation to match the fuel
power characteristic. The Inconel detector is 105% prompt
because it has negative delayed components, so its signal
conservatively overpredicts the thermal response of the fuel.

The principal objective of the SIR detector development was to
improve maintainability and prevent failure by corrosion, without
worsening detector performance. It was therefore a significant
bonus to obtain superior performance by using SIR detectors.

ENCAPSULATED (COILED) DETECTORS

In the spring of 1976, while this development program was getting
underway, detectors of the original design (Figures 2 and 3) were
installed in Bruce Unit 2. The helium cover gas was provided
over the 65°C moderator, however, it was necessary to open the
volume repeatedly during the commissioning of the many reactivity
mechanisms. It was very difficult to maintain the helium cover
gas and prevent air from entering. Within two months, many of
the vertical detector leadcables corroded to failure by pitting..

This experience caused Sheridan Park to design (in 1977) the
encapsulated (coiled) detector assembly because the development
of the SIR detectors had not progressed sufficiently to provide
the confidence necessary to use them in power reactors. So the
carrier tube with the coiled detectors was enclosed in a capsule
that was degassed, filled with helium and sealed. Figure 10
shows this design, which included an environmentally-qualified
connector housing. The capsule was small enough to fit into the
existing guide tubes and such assemblies were installed in Bruce
Units 3 and 4. Since the capital cost of encapsulated assemblies
was less than the cost of SIR assemblies, the same design was
later used in the Pickering NGS "Bw reactors and the four CANDU-6
reactors: Gentilly-2, Point Lepreau, Cordoba and Wolsong-1.
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DECISION TO REPLACE FLUX DETECTORS

By 1978 June, AECL CANDU had sufficient results from Chalk River
to recommend a change of detector design for Bruce NGS "B" from
coiled to SIR detectors. The change was accepted and Darlington
NGS subsequently requested SIR detectors as well. The good
performance of the prototype SIR assembly in Bruce Unit 4 helped
confirm this decision.

After several years of operation, (coiled) detectors began to
fail sporadically in Bruce "A", Pickering and the CANDU-6
stations. In most cases, installed spares were utilized, but
concern grew as more and more detectors failed. Eventually, the
detectors in Bruce Units 1 and 2 and in Pickering NGS "A" were
replaced. The HESIR assembly design was selected after
considering the total cost of periodic detector replacement.
Recently (1988) Pickering NGS decided to replace the detector
assemblies in the "B" station with the HESIR type. Gentilly-2
and Point Lepreau decided in 1989 to follow suit and benefitted
from economies of scale due to bulk procurement with Pickering.

In mid-1991, two SIR detectors failed in Bruce NGS "B" after
eight years of service. Two replacement flux detectors were
installed in spare well tubes successfully. This was the first
case of such a maintenance operation on failed SIR detectors.

HIGHER OVERPOWER TRIP SETPOINTS

Use of SIR detectors increases flexibility in positioning
detectors because each can be put at any location along an
assembly, whereas it is difficult to overlap coiled detectors.
Even after installation and plant operation, the detector layout
can be changed more easily to improve the performance of the
reactor regulating system and the safety shutdown systems.

The decision to replace the in-core flux detectors in Gentilly-2
and Point Lepreau provided an opportunity to redesign the
detector layout, using more advanced techniques (ROVER program)
and the increased flexibility afforded by the SIR assembly, to
achieve better "coverage" of a greater number of abnormal flux
shapes (232 vs 137). This should result in higher overpower trip
setpoints and correspondingly wider margins for power manoeuvres.

REDUCED SCHEDULES

Eliminating the need to coil the detectors around carrier tubes
greatly shortens the schedules. Procurement and manufacture of
SIR detectors and assembly hardware can proceed in parallel with
optimization of the overpower trip design (detector layout) and
design of the wiring. Cutting detectors to length and installing
them to form complete assemblies is a relatively quick process,
which is important if an assembly is damaged during installation.
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CONCLUSION

The introduction of SIR detectors is making a significant
improvement to plant availability and performance. Actual and
potential costs associated with project schedule, shutdowns,
capital equipment, radiation dose and waste management have been
reduced. The detectors themselves provide better performance.
The increased flexibility in positioning detectors has allowed
the design of the overpower trips of the safety shutdown systems
to be improved, for higher trip setpoints and a wider operating
margin.
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SIMULATION OF A CANDU REACTOR USING A REAL-TIME
ADVANCED REACTOR CORE MODEL
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ABSTRACT

CAE Electronics Ltd., in collaboration with Koclas Logic System
Ltd. has developed a fully dynamic , multi-nodal Advanced Reactor
Core model for real-time simulator. In previous papers (References
1 and 2), this Advanced Core model has been validated by carrying
out a series of static and dynamic benchmark tests, and by applying
the model to a PWR core. In this paper, we present the model as it
is applied to a 600 MW CANDU reactor core.

Good agreements with Plant or design data have been obtained and
improvement over the Modal model (used in most CANDU simulators) in
the reproduction of the local effect on a detector reading is
achieved.

1. DESCRIPTION OF THE MODEL

A brief description of the implementation of the Advanced Reactor
Core model is given in the following, a more detailed presentati-
on of the model theory can be found in (References 1 and 2).

- A fine-mesh code (of the order of 10000 mesh cells) has been
designed to solve the two energy group diffusion equations by
finite-difference method. This code, when running off-line, is
used to generate the reference solution for calculation of
parameters to be used in the real-time diffusion equation.

- When finite-difference method is used to solve the coarse node
diffusion equations (of the order of a few hundred nodes) for
real-time simulation, unacceptably large errors associated with
the homogenization of nuclear parameters over coarse nodes occur.
These difficulties are circumvented in the Advanced Reactor Core
model by using the Generalized Equivalence Theory (References 3
and 4) .

As a result, the application of the Generalized Equivalence
theory to real-time simulation provides :

a) An introduction of the so-called discontinuity factors which
are used to force practically any approximate model to match
exactly the relevant integral quantities (reaction and leakage
rates, eigenvalue) edited from a more detailed reference
calculation.
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b) A prescription to calculate appropriate average nuclear
properties over coarse mesh size node for real-time simulation.

The homogenized parameters and discontinuity factors are
rigorously calculated for a particular core configuration, by a
fine-mesh solution of the diffusion equations. In practice, for
real time, we cannot afford to have these parameters pre-computed
for each and every transient. Approximate method is therfore
divised to infer the time dependence of these parameters based on
pre-computed solutions performed off-line for a number of core
configurations.

2. APPLICATION OF THE MODEL TO THE 600 MW CANDU REACTOR CORE.

The CANDU reactor core consists of an array of horizontal
pressure tubes containing natural uranium fuel, passing through a
large cylindrical vessel (calandria) containing the heavy water
moderator and reflector. Pressurized heavy water coolant is
pumped through the pressure tubes.

A vertical cross-section and a top view of the calandria are
shown on figures 1 and 2 respectively :

- The reactor core is discretized into 9126 (27x26x13) cells
defined for fine-mesh code.

- The core is also divided into 245 nodes (7x7x5) for real-time
simulation.

In the following, "heterogeneous" refers to fine-mesh calcula-
tion, while "homogeneous" means coarse-mesh or real-time
computation.

The Software Utility that is used to produce real-time programs
and their inputs consists of three parts :

(a) Reference Calculation Software : These programs execute the
following tasks :

- Process reactor core data supplied by the utility or fuel
manufacturer so that it can be readily used in subsequent
programs.

- The main program NEUTRONIC solves numerically the fine-mesh
two-group diffusion equations, computes the homogenized nuclear
properties and discontinuity factors for the real-time (coarse-
mesh) diffusion equation.

(b) Variation Calculation Software computes deviations from the
reference state of homogeneous nuclear properties for each type
of perturbation (rods, temperature effects, Xenon, ... )

A number of deviations due to a given type of perturbations (e.g.
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gradual insertion of a control rod) are computed. These results
are approximated by a polynomial of a second degree.

The above Reference and Variation Softwares will be executed off-
line to compute inputs to the real-time sofware.

(c) Real-time Model Software includes four modules :

- Module RR computes homogeneous nuclear properties and disconti-
nuity factors as function of control rod positions, fuel, coolant
and moderator temperatures, void and Xenon concentration in the
reactor core.

- Using the homogeneous properties calculated in RR, module RL
computes coupling coefficients for the one-group diffusion
equation.

- This equation is then solved numerically in module RA. As a
result, neutron fluxes at 245 nodes are obtained. For the purpose
of calculating flux at each particular detector location, a
further refinement is carried out in the form of flux reconstruc-
tion (see below). Module RA also computes the reactor decay heat.

- Finally in module RD, fluxes located at detectors throughout
the reactor core are calculated using a Flux Reconstruction
Technique : The reconstruction of local flux is performed in each
of the coarse node by approximating the local flux $ to :

O(x,y,z) = F(x,y,x)

where the form function F(x,y,z) is a tri-quadratic polynomial :

F(x,y,z) = Cj + C2x + C3x
2 + C4y + Ccy

2 + C6z + C7z
2

4/(x,y,z) is the reference fine-mesh flux.

The seven constants of the polynomial are contrained by the
requirement that the reconstructed flux preserve the correct
values of seven flux-related quantities : the coarse node volume-
averaged and the six coarse node surface-averaged fluxes.

This flux reonstruction method permits flux calculation at any
fine mesh, therefore at any flux detector location in the core.

3. TEST RESULTS

Three tests have been carried out and their results are compared
to either the design data or the actual plant data.

(a) Full Power Steady State :

At Full Power Steady State, using Flux Reconstruction method,
flux profiles along X-, Y- and Z-axis are plotted and compared to
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design data. Two such flux profiles are shown on figures 3 and 4.
Figure 3 shows the flux profile on a horizontal intersection of
planes J = 15 and K = 5 (see figures 1 and 2 for indices I,J,K).
The seven troughs on the flux profile are caused by the seven
Adjusters (1 to 7) through which the line passes. When compared
to the design data (figure 3A), the closeness is remarkable.

Figures 4 and 4A show reconstructed flux along an Z-axis (1=8,
J=10) and the corresponding design data.

(b) Power Maneuvering :

From Full Power Stedy State, the power is maneuvered to 80%,
through the DCC action which increases the liquid zone levels. As
the power decreases, Xenon poison increases, to compensate this
negative reactivity, the liquid zone level decreases steadily
until it reaches 2 0%, then according to the control rule, the
first bank of Adjusters (1,7,11,15,21) will withdraw. This
withdrawal will cause a temporary increase of the liquid zone
level. At the end of the Adjuster withdrawal, the liquid zone
level decreases again.

The test results for the Reactor linear power, liquid zone
average level, average Adjuster position and the Xenon reactivity
are shown on figure 5. The corresponding plant data is shown on
figure 6.

(c) Local Flux Effect :

Two tests will show the effect of a control rod motion on neutron
flux at various locations surrounding the moving rod :

- Adjuster 1 withdrawal from the core : the dynamic changes of
flux close to zones 1 and 2 are shown on figure 7. Zone 1 is on
top of zone 2, since Adjuster 1 is moving out, therefore getting
farther from zone 2, neutron flux in this zone increases first
but eventually settles to a slightly higher than its initial
value because of the control action of the liquid zones.

On the other hand, zone 1 sees more of Adjuster 1 when it starts
to move, flux in this zone decreases at first, then increases
when the Adjuster moves out of the zone (figure 7 ) . In other
zones (3 to 14) the change in flux is much less important during
the rod motion.

- MCA 4 insertion into the core : the flux profile on the
intersection line of planes J=14 and K=7 is shown on figure 8.

4. CONCLUSION :

When modelling the reactor core neutronics, one of the most
important problems in real-time simulation is the capability of
reproduction faithfully neutron flux at the detector locations
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throughout the reactor core. Even with a model of hundreds of
nodes, these coarse nodes are still too large : a single node may-
still contain several flux detectors. Approximations are there-
fore nesessary to refine the flux calculation.

The Flux Reconstruction method of the Advanced Reactor Core
model, based on physical constraint requirements, has demonstra-
ted through the above test results its capability to compute flux
at a fine-mesh level with high accuracy and reasonable computer
resources.
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DEVELOPMENT OF AN OUTAGE HEAT SINK PROGRAM
AT BRUCE NGS "A"
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ABSTRACT

CANDU philosophy has always included maintaining an alternate
heat sink for a high power reactor, in case the primary heat
transport system became ineffective. The risk of core damage
due to loss of heat sink from a low power state was considered to
be remote. As international and domestic experience grew, it was
recognized that the risk of core damage due to loss of the low
power heat sink might be as great as for the high power case.
This paper describes the development of a user oriented alternate
heat sink manual at Bruce NGS "A" which will minimize risk due to
loss of heat sink from the low power state.

1.0 INTRODUCTION

A basic operating philosophy for CANDU stations has always been
to maintain a means of transporting heat from the fuel, a means
of removing the heat from the heat transport medium to a heat
sink, and the maintenance of an alternative method of cooling the
core. These principles have been embedded in the Operating
Policy and Principles of the stations since the earliest days.

However, the generally held belief was that fuel integrity was
threatened only when the reactor was at high power. Bruce NGS
"A" was the first CANDU station to have an "Abnormal Incidents"
Operating Manual (AIM), and the manual focused on the "big"
accidents, such as the loss of heat transport coolant from the
high power state, as covered in the early "Safety Report" to the
Atomic Energy Control Board. The loss of heat sink from the low
power state was considered only in the brief mention that:

"Cooling is required for the fuel at all times. When the reactor
is at power, the cooling must be sufficient to remove fission
heat and decay heat. When the reactor is shutdown, only the
decay heat remains to be removed. Since the generation of decay
heat cannot be stopped, continued long term cooling must be
maintained."

The low power state was not further discussed in the AIM. A
section on "Available Alternate Heat Sinks" did discuss the heat



removal capacity of various options, such as flow paths through
the maintenance cooling circuit, driven by the main heat
transport feed pumps, the purification circuit, and the emergency
coolant injection header, but there were no specific instructions
on how to establish this or the other alternate heat sinks. It
was believed that because of the low decay powers, adequate time
would be available for the operating staff to develop specific
valving operations at the time needed.

A Matrix was inserted into the AIM describing the operator
actions on "Loss of Heat Sink Accidents", but the matrix only
discussed the catastrophic failures of "steam line break",
" feedwater line break" and "loss of electrical power".

In general terms, the feeling that the need for an alternate heat
sink need not be developed in advance for the low power state was
not tested during the early years of operation at Bruce NGS "A",
since outages were short, and affected only a single unit at a
time. The interaction of an operating unit on the heat sink
capability of a shutdown unit was not considered. The only
significant addition made to station systems to cope with the
alternate heat sink issue was the addition of four diesel driven
"Emergency Eoiler Cooling" Pumps, located in the power house, to
cope with a total loss of station power.

2.0 OPERATING INSTRUCTION DEVELOPMENT

When outages affected the shutdown heat sink, operating
instructions were added on a case by case basis, using temporary
operating instructions, conveyed using "Operating Memos" . In
this manner, instructions were transmitted to the operating shift
to be able to cope with repair of emergency cooling valves,
maintenance cooling valves, and for fuel channel repair work
using ice plugs.

For each outage, the practice came to be to issue an "Alternate
Heat Sink" Operating Memo, which described the specific known
maintenance to be carried out, and to summarize the availability
of the alternative heat sinks.
Preparation of these Operating Memos became quite time consuming,
in particular as outages became longer and more complex. In some
cases, revision of the instructions were required several times
during each outage as conditions changed. In particular, to
avoid having to rewrite the instructions for each minor change in
heat transport system configuration, a matrix describing the
potential ways of feeding water to the heat transport was added
to the instructions, so that the operating instructions would not
have to be rewritten every time the feed path changed. Even
still, the thirty or more pages of operating instructions needed
to be reissued for each outage.

3.0 DEVELOPING ISSUES

As Bruce NGS "A" matured, outages became more and more complex.



Previously rare issues became common place, such as ice plugs for
fuel channel inspection and repairs, outages of the Low Pressure
Service Water System (which is required for the ultimate heat
sink with many of the heat sinks) and outage work on the
feedwater train and the backup feedwater paths.

The Operating Shifts were also becoming more and more concerned
about the lack of flexibility in dealing with the outage heat
sink concerns, and the suspicion was raised that the Technical
Section (who was responsible for providing the Operating
Instructions) was not adequately servicing the shift. On
occasions, tempers flared as outages became delayed to produce
the required documentation.

4.0 SHUTDOWN HEAT SINK REF. MANUAL

For each specific outage case, analysis to confirm the provision
of adequate heat sinks for maintenance activities was provided
by the Head Office based "Radioactivity Management and
Environmental Protection" (RMEP) analysis support group.
Gradually, a set of collected letters and individual analyses
were available which described a number of situations.

It was mutually agreed between the station and head office staff
that it would be advisable to collect all previous analyses for
specific heat sink configurations into a single reference manual.
It was also recognised that if previous analysis of specific
events were expanded for a range of conditions (e.g. decay heat,
HT temperature, cooling water flow rate, HT inventory and
equipment in service) then appropriate heat sinks and recall
times could be determined by station technical staff in a more
timely manner. The majority of outage work could be covered by
this expanded analysis and reduce the demand on the analyst to
new outage configurations.

The Shutdown Heart Sink Operations Reference Manual containing
the results of the expanded analyses was prepared. This work was
begun by the RMEP and completed by the Nuclear Safety Department
(NSD) after the RMEP analysis group was assimilated into NSD. To
ensure that the appropriate heat sinks are selected in a
consistent manner, the manual contains the definitions and the
philosophy that is used for the selection of heat sinks. A
graphical format is used for most of the information to ease the
selection of spec'fie heat sinks. The formulas from which this
information was obtained are stated, along with worked examples
to assist the Station Technical Engineer / Officer in the use of
the manual.

Primary heat sinks are selected on the basis of the systems
capacity to dissipate the decay heat and provide the desired
recall times for alternate heat sinks. Alternate heat sinks are
selected on the basis of using systems that are independent of
those required by the primary heat sink.



When the appropriate heat sinks are selected the information is
conveyed to the Production Section staff in the form of an
Operating Memo.

5.0 CURRENT SITUATION AT BRUCE NGS "A"

In recent years the length and complexity of outages at Bruce NGS
"A" has increased. Many items of equipment are being repair or
replaced for the first time. Of particular concern are outages
for repair of components which require isolation by means of ice
plugs of lines which connect to the bottom of the main reactor
headers. These isolations (such as for maintenance on the
pressurizer isolating valve) are of particular significance since
failure of the ice plug could drain the reactor header, and
result in the loss of cooling of the fuel.

These outages require significant co-ordination between the
Technical, Planning and Production sections to ensure that the
required primary and alternate heat sinks are identified and are
available for each phase of the outage and that work protection
permitry requirements are satisfied. The sequencing of work
during the outage is done to ensure that an adequate recall time
is always available for the alternate heat sink to be placed in
service.

The recent high number of unplanned outages, because of boiler
tube and HT system leaks, has imposed a considerable demand on
the resources available to provide the required heat information
at short notice.

This is especially true when such unplanned multi - unit outages
result simultaneously.

6.0 INCREASING REACTOR SAFETY PROFILE

The profile of monitoring the "Reactor Safety" issues at
operating stations was raised initially by the accident at Three
Mile Island. Following that event, the Institute of Nuclear
Power Operators (INPO) was established in the United States to
ensure that operating experience at one plant was quickly and
effectively passed from one station to another. CANDU stations
became interested associates of INPO.

Then, following the Chernobyl accident, the necessity to
carefully control Reactor Safety was heightened even further. In
Ontario Hydro, an effectiveness survey of the Production Branch
(which was responsible for Nuclear Generation at the time)
recommended that each operating station should increase their
expertise and resources applied to the Reactor Safety area. Some
functions being carried out centrally, were considered to be
issues that the stations could deal with locally. The
establishment of a station Reactor Safety Unit increased station
staff numbers and allowed more focus on the issues of the
alternate heat sinks, in the review of outage conditions.



7.0 INCREASING CONCERNS

As more attention was put on the outage heat sink concerns, it
was realized that the health of a shutdown unit could be
significantly affected by an accident on another at power unit in
the powerhouse. (This work was described in the Design and
Development reports on the effect of harsh environment). In
particular, a failure of a main steam line, or a main feedwater
line was seen to have significant effects on all units on the
powerhouse, and access to the diesel driven Emergency Boiler
Cooling pumps in the powerhouse could not be assured.

Electrical Emergency Boiler Cooling pumps were added, remotely
located from the accident location. These pumps were supplied by
a "Qualified Power Supply" (QPS) supplied by remote standby
generators, to ensure that operation would be possible even
following a powerhouse "harsh environment" type of accident.

Further, concerns about the habitability of the power house
immediately following a "harsh environment" type of accident led
to concerns about the ability of the operating staff to maintain
ice plugs for a number of hours after the accident. Since an
outage unit might well have its heat transport system opened for
maintenance, and have the emergency coolant injection system and
normal and backup feedwater systems isolated for work protection
of individuals working inside vessels such as the boiler manways
or the steam drums, it was clear that the effect of a "harsh
environment" type accident might even be greater in the long term
on a shutdown unit than on an operating unit. The operating unit
could be cooled by means of thermosyphoning, so long as water was
delivered to the steam drums by the QPS supplied EBC system, but
the shutdown unit integrity after a few hours was questionable.

Bruce NGS "A" has no QPS supplied remotely controlled means of
adding water to the heat transport if the ECI system is blocked.
Although manual field valving could be done to connect from the
EBC system to the heat transport, those actions could only be
carried out after power house access was again possible, and
that flow path would be unmonitored. Adding water in an
unmonitored fashion to the heat transport might even starve the
EBC feed needed for the other units.

In addition to the concerns being discovered at Bruce NGS "A",
international experience was also indicating that outages might
constitute a significant contributor to the overall risk of core
damage. NJ Holloway and IK Gibson write in Nuclear Engineering
International (January 1992) that "The most interesting finding
of (the French) studies was the importance of some of the
shutdown states, which had been analyzed in depth in the French
PSAs ..." The incident at Vogtle 2 Generating Station, when a
total loss of power occurred during an outage, confirmed that the
low power case needed to be considered as well as the high power
case when considering the need for alternate heat sinks.



8.0 TEAM APPROACH

Given the complexity of recent outages, accidents that affect all
units in the station and increased concern for reactor safety
during outages, it was recognised that a team approach was
essential to achieve safe and successful outages- The foundation
is laid during the pre-outage activities, which culminate in the
pre-outage task analysis meeting. All members of Technical,
Planning and Production involved in the outages attend this
meeting which reviews the identified outages activities, the
importance of each activity and the sequence of all activities
with the associated constraints throughout the outage.

Before and during the outage, heat sinks are reviewed with the
control room staff, outage supervisors and planners to ensure
that the requirements are met. When unforeseen conditions arise
each of these groups contribute to the development of the
appropriate heat sink strategy.

Using this team approach, the collection of previously issued
Operating Memos and information from the Shutdown Heat Sinks
Reference Manual was converted into an Operating Manual which
could be more immediately accessible to the operating staff.
This would ensure that if a unit was shutdown at any time, the
operating staff would immediately have available Operating
Instructions covering most of the foreseen outage heat sink
cases, and Technical support would only be required for unusual
conditions, which normally would not arise for several days into
the outage.

9.0 OPERATING MANUAL ISSUANCE

The Bruce NGS "A" Outage Heat Sink Operating Manual (USI 03674)
was issued in early 1992. This manual presents material from the
previous analyses and Shutdown Heat Sink Reference Manual in a
convenient manner, designed for user convenience. Specific
addendums for any particular outage will continue to be added by
means of an Operating Memo, but the Manual is expected to cover
over 80% of the cases to be experienced. This manual will be
more convenient to the Operating staff, but will also
significantly reduce the load on the Technical Section to produce
Operating Memos for each outage.

The Outage Heat Sink Operating Manual includes the following
features:

• an index by section
• a list of relevant OP&Ps related to heat sinks
• definitions of terms related to heat sinks, such as

- recall time
- primary and back-up heat sinks
- heat sink independence , and so on

• responsibilities for outage heat sinks of
- Reactor Safety Section
- Authorized Nuclear Operators



-- Shift Superintendents
• graphs showing back-up heat sink recall time after

outage begins
- with heat transport full, or partly drained

• saturated steam tables (for immediate reference)
• graph of sub-cooling margin
• descriptions of normal outage heat sinks
• description of the effect of steam line breaks on an

operating unit on an outage unit heat sinks
• description of analyzed heat sink cases, including:

- boiler tube leak repair
- fuel channel work
- service water outages
- flow defuelling (and so on)

• description of systems credited for alternate heat
sink cases, such as:

- capability
- restrictions on use
- availability verification requirements

• flow charts of operating actions in the event of
loss of the outage heat sink to establish a backup

• a copy of the heat sinks check list
• an alphabetic reference index

10.0 HEAT SINK CHECK LIST

It was recognized that for alternate heat sinks to be available
within the recall time, it was essential that the reactor unit
Authorised Nuclear Operator (ANO) was always aware of the status
of the unit heat sinks and actions required to place the
alternate heat sink in service. A uniform method of turning this
information over from one shift to the next was also required.
Field activities are often an essential part of placing an
alternate heat sink in service. Equipment and personnel for these
activities must be identified and confirmed to be available each
shift.

The methods used at other stations were reviewed by control room
staff and they decided to use a check list that recorded the
status of all systems that were required for the primary and
alternate heat sinks. The actions manpower and equipment required
to place each system in service is also recorded on the check
sheet.

The check sheet is prepared each week on the Friday day shift by
the unit ANO. It is also reviewed each shift by the unit ANO and
the Shift Supervisor. The sheet is revised when any changes occur
to the listed systems during the week. A copy of the check list
is included in the Outage Heat Sink Operating Manual for
reference.

11.0 DECISION ASSIST PROGRAM

Since the Operating Manual cannot cover all the possible



situations that can occur during a reactor unit outage special
cases require the technical section to assess the specific system
availability and restrictions. These assessments can become very
time consuming, particularly as the availability of individual
back up systems can vary on a day to day basis during the outage.
In much the same manner as a "living PSA" , it is also desirable
for the technical and operating staff to be able to predict the
effect on the heat sink availability of removing a specific set
of equipment in advance, to be able to ensure that an adequate
heat sink is maintained.

To be able to carry out these technical assessments in a timely
manner, and to eventually give the operating staff a tool to be
able to independently assess the adequacy of the outage heat
sinks, Bruce NGS "A" is working with Atomic Energy of Canada
Limited - Chalk River Nuclear Laboratories to develop a decision
assist program for outage heat sinks.

The "engine" of this program will be capable of calculating the
capacity of each of the available heat sinks, and to be able to
calculate the "recall time" for each situation. In the "planning
mode" for system, it will be able to determine in advance the
effect of removing a heat sink contributing system from service.

The system "user interface" is designed to be able to operate on
a Local Area Network based 386-20 MHz microcomputer, to be
accessible by the technical staff, by planning staff, and by
operating staff. It is expected that this system will be
applicable with relatively little conversion to other CANDU
stations.

12.0 CONCLUSIONS

This paper has shown that from fairly basic considerations of
outage heat sinks in the early days of operation, due to a
recognition of the concern of potential risk during outages, a
comprehensive set of operating instructions has been developed
for use today, to give the operating staff the tool needed to
make decisions on outage heat sinks.

The development of a computer decision assist tool will extend
this user oriented approach to permit advanced planning of outage
situations and the required heat sinks.

The ultimate goal of the outage heat sink program is to ensure
the risk to the public from outages will be maintained in a
controlled manner below acceptable levels, while simultaneously
making the most effective use of personnel. The outage heat sink
program now in place at Bruce NGS "A" has made significant
progress towards this goal.
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ABSTRACT

The MAPLE-X10 (Multipurpote Applied Phytie*
Lattice Ezperimental-NRX 10 MW) reactor
developed by AECL Reteareh [1] it a light-water-
cooled pool-type reactor. The reactor is currently
being built at AECL't Chalk River Laboratoriet,
and will be uted at a dedicated itotope producer.
The non-equilibrium effectt of tubeooled boiling are
predicted to ttrongly affect the trantient behaviour
of the reactor under tome pottulated uptet
conditions in MAPLE-X10. It it neeettary to be
able to predict the local tubeooled void fraction
accurately to be able to determine the core
pressure drop, the matt flux and void reactivity
effectt.

CATHENA, an advanced two-fluid
thermalhydraulict code f£,S], u>ai uted to predict
the void fractiont during tubeooled boiling for
conditions mcatured in the MAPLE tingle-pin heat
trantfer tett facilitiet at AECL't Whitethell
Laboratoriet (WL) and at the University of British
Columbia (UBCJ. Subcooled boiling void fractiont
mutt be predicted accurately by CATHENA, espe-
cially if the code it intended to simulate the void-
reactivity feedback effect on power in the MAPLE-
XlO reactor. The data provide void fraetiont
mcatured at a fixed location near the top of the
Fuel Element Simulator (FES) for high flows (WL)
and for low flowt (UBC). Thete data cover
pretturet between 110 and 328 kPa, local
tubcoolingt between 8 and 86° C, and flow
vetocitiet from 0.1 to 6.0 m/t. Good agreement
wat obtained with CATHENA void fraction
calculations for the majority of the catet analyzed.

1.0 INTRODUCTION

In a light-water-cooled reactor such as the
MAPLE-X10, the coolant is predicted to boil in
the high heat flux under some postulated accident
conditions. Before bulk boiling begins, a

condition exists where the local temperature of the
heated surface exceeds the local liquid saturation
temperature, and the bulk liquid temperature is
less than its local saturation temperature. Under
this condition, heat transfer to the liquid raises
the liquid temperature adjacent to the heated
surface to its saturation temperature, causing local
vapour to be generated. This non-equilibrium
phenomenon is referred to as subcooled boiling.
Griffith et al. [4] pointed out that there are two
distinct subcooled regions: (1) the wall void region,
and (2) the detached void region.

Many subcooled boiling void models were identified
in a literature survey, but none was suitable for
the MAPLE-X10 finned-fuel pin geometries and
operating conditions. Chatoorgoon et al. [5]
reviewed the existing subcooled boiling void
models. Their work presented three levels of
generation-condensation void models: (1) the
exponential model, (2) the mechanistic model and
(3) the thermal non-equilibrium model.
CATHENA uses a subcooled void model developed
for MAPLE-X10 finned-fuel pin geometries and
operating conditions based on the two-fluid non-
homogeneous and non-equilibrium approach.

This paper will briefly describe: the experiments
performed at WL and UBC, the subcooled boiling
void model used in CATHENA to calculate the
void fraction, the parameters that affect the
CATHENA void fraction calculation, and the
comparison of s imulat ion results with
experimental data.

2.0 DESCRIPTION OF EXPERIMENTS

2.1 Experimental Conditions

Experiments performed at WL and UBC cover the
range of conditions expected for the MAPLE-X10
reactor under postulated upset and accident
conditions. Table 1 shows the range of



conditions for both the WL and UBC experiments.

The experimental results from WL and UBC
served as the basis for the comparisons in this
paper. Experiments performed at UBC were
conducted at velocities between 0.12 and 1.10 m/s
whereas the experiments at WL were conducted at
velocities between 0.9 and 6.0 m/s. The data in
the overlap region between the two velocity ranges
were compared against each other for consistency.

TABLE 1

WL AND UBC EXPERIMENTAL CONDITIONS

Conditions UBC WL

Coolant Velocities
(m/s)

Local Subcoolings
(°C)

Inlet Pressures

0.12-1.10 0.90-8.00

110-300 118-528

Hydraulic Diameters
(mm)

Heated Diameters
(mm)

5.S7-7.S0 5.37-1S.66

10.55-16.7610.55-S8.64

2.2 Test Facilities

The heat transfer test section at UBC is similar
to the facility located at WL. The procedures
used to conduct the experiments at WL and UBC
are also similar. Therefore only the WL test
facility will be described.

Figure 1 shows a schematic flow diagram of the
MAPLE-X10 single-pin heat transfer test facility.
The experimental apparatus consists of a surge
tank, two heat exchangers, a flow-circulation pump
driven by a variable-speed motor, the test section,
and interconnecting pipes. The test section is
made from glass tubing to allow direct visual
observation of the heat transfer phenomena. The
17-mm and 24-mm I.D. glass tubes were used to
investigate the effect of the hydraulic diameter on
the heat transfer rate.

2.3 Test Section

A Fuel Element Simulator (FES) is located inside

the glass tube. The total length of the FES is
0.62 m, including a 0.02-m adiabatic brass section
at both ends of the FES. The FES is made from
a thin-walled stainless steel tube coated with
aluminum oxide and clad with an outer aluminum
sheath having either eight or ten longitudinal,
rectangular fins. The axial power distribution
along the length of the FES is uniform. The FES
surface geometry is identical to the actual driver
8-fin and Moly 10-fin fuel pins used in the
MAPLE-X10 reactor. Figure 2 shows both heaters
with their dimensions. Heat was generated in the
test section by directly heating the stainless steel
tube from a stabilized DC power supply.

2.4 Experimental Measurements

The following parameters, most shown in Figure 1,
were measured in each experiment:

* The average cross-sectional void fraction was
measured at a single location by a single-
beam gamma densitometer. The gamma
densitometer was located 5.0 cm upstream of
the end of heated portion of the FES.

* The flow rate (F) was measured by a turbine
flow meter.

* The bulk coolant (Tb), sheath (T,b) and fin
tip (Tft) temperatures were measured by K-
type thermocouples.

* The inlet and outlet coolant temperatures (T)
were monitored by resistance temperature
detectors.

* The absolute inlet and outlet pressures (P)
along with the pressure drops at each third
of the heated section were measured using
Rosemount differential pressure transmitters.

* The power input was calculated from the
voltage and current measured at the heater.

In addition, the Onset of Nucleate Boiling (ONB)
and the Onset of Significant Void (OSV) points
were determined during each experiment by visual
observations and with the aid of a strobe light.

2.5 Experimental Procedure

Before each experiment was performed, the water
was thoroughly degassed to purge the
noncondensable gases so that they would not affect
the heat transfer stndy. The inlet temperature,
pressure and coolant flow rate were kept constant



during each void fraction experiment. The input
power was the only parameter varied.

3.0 EXISTING VOID MODELS IN CATHENA

Two void models already existed in CATHENA
when development work began on a subcooled
boiling void model for the MAPLE-X10: the liquid
superheated hyperbolic tangent void model and the
Hancox and Nicoll void model [6]. Because the
Hancox and Nicoll void model is more physically
based it was assessed for prediction of MAPLE-
X10 type conditions. Based on an initial
assessment, it was decided to implement the
MAPLE-X10 subcooled boiling void model within
the CATHENA code.

Figures 3 and 4 compare the predictions of the
subcooled void profile using the Hancox and Nicoll
void model and the MAPLE-X10 subcooled boiling
void model at high flow rates and low flow rates
respectively. For the high-flow-rate experiment
shown in Figure 3, the Hancox and Nicoll void
model predicted no void fraction until the input
power reached 114.3 kW, whereas the MAPLE-X10
subcooled boiling void model predicted void
fraction in better agreement with the
experimental data. Figure 3 shows that the
Hancox and Nicoll void model overestimated the
power to obtain the initial point of net void
generation. For the low-flow-rate experiment, the
MAPLE-X10 subcooled boiling void model and the
H&ncox and Nicoll void model predicted a similar
void profile beyond the OSV point, as shown in
Figure 4. It is noted that the Hancox and Nicoll
void model does not consider any wall-void region.
Based on this investigation, the Hancox and Nicoll
void model was considered to be inadequate for
MAPLE-X10 conditions.

Subcooled boiling void models that are formulated
for the high-pressure conditions typical of power
reactors are generally not directly applicable to
low pressures. This fact has been confirmed by
Evangelist! and Lupoli [7]. The need to develop a
better void model for MAPLE-X10 conditions
prompted the current work.

4.0 MAPLE-X10 SUBCOOLED BOILING VOID
MODEL

The MAPLE-X10 subcooled boiling void model
used in CATHENA includes both regions of
subcooled boiling: the region between ONB and
OSV (the wall-void region) and the region beyond
OSV (the detached-void region). The OSV point

serves as an intersection between the wall-void and
the detached-void regions. The OSV point was
determined graphically by plotting the experimental
void characteristic profile, as illustrated in Figure
5. The slope of the void profile in the detached-
void region is significantly higher than the slope of
the void profile in the wall-void region.

The void fraction is modelled mechanistically
beyond the OSV point (detached-void region).
However, the void calculation in the wall-void
region is determined by a simple correlation
derived from the same data base that was used to
develop the OSV correlation. The wall-void
correlation is described below.

4.1 Wall-Void Correlation

The wall-void correlation describes the thickness of
the bubble boundary layer under which bubbles
may be generated. When the surface heat flux is
below the ONB heat flux, no bubble formation is
calculated and all the heat flux from the heated
surface is transferred to the subcooled liquid .
The coolant flows as a single-phase liquid. When
the surface heat flux exceeds the ONB heat flux,
but remains below the OSV heat flux, bubbles
start to form on the heated surface. The majority
of these bubbles collapse immediately because of
intensive condensation, but some of these babbles
will remain attached to or slide along the heated
surface. The formation of the wall void in this
region is computed by linear interpolation between
the two limiting ONB and OSV fluxes:

O* = 0.0 for q i qoNB (1)

<*w = flosv'FR f°r IONB < q * qosv (2)

where
• • • •

FR = (q - qoNB)/(<toSV - *>NB)

q = heat flux from the wall surface (W/m )

= O N B n e a t flux (W/™2)

= OSV heat flux (W/m2)

O* = void fraction in the wall-void region

aOSV = v°id fraction at the OSV heat flux.

aOSV w u developed from the same data base that
was used to develop the OSV correlation. Rogers
et al. [8] measured OQSV to be up to 10% for



low-subcooling and low-flow conditions. Rouhani
[9] derived the following expression for

aosv = (3)

where
,-0.2376 £ 0.67»rd = 0.0024S5»P , the average

vapour thickness on the wall (m)

Pj, = heated perimeter (m)
2

A = cross-sectional flow area (m )

P = pressure (N/m )
r,j = average bubble radius at departure

point (m).

Rouhani derived Equation (!) for pressures
between 0.1 and 10 MPa. Evangelisti et al. made
a similar derivation [7j. Koumontsos showed that
the bubble size at OSV decreases with increasing
velocity [10]. Based on the literature and the
analysis of the available MAPLE-X10 data, the
MAPLE-X10 dosv appears to depend primarily on
three parameters: the geometry, the local
subcooling of the coolant liquid, and its velocity.
The MAPLE-X10 AQSV correlation is given as:

= O.O1873»FNC (4)

where

FNC = Reb
00".N.0: (12 .Ar

0-642-Pr
0-899

Reb = G » D h / / i , the Reynolds number
evaluated at local bulk conditions

N, =

x̂ q = thermal equilibrium quality [(h-h»»t)/ntil

Ar = ratio of the cross-sectional flow area per
pin to the reference cross-sectional flow
area

Pr = ratio of the fuel pin cross-sectional area
to the reference fuel pin cross-sectional
area.

Figure 6 compares the MAPLE-X10 a o s v

correlation with the experimental data. The root
mean square (RMS) error is ±47%. The error was
caused mainly because of the difficulty of
measuring such a low void fraction with high
accuracy. Because of this uncertainty the wall-
void fraction is reduced to a half of the

calculated by Equation (4) when implemented in
CATHENA. The void generated in the wall-void
region was assumed to have no effect on the
thermalhydraulics calculations. However, the wall
void is used in the reactor kinetics calculation.
By reducing the value of the wall void by a half,
the reactor power increase due to less negative
reactivity feedback in the reactor kinetics
modelling, results in a power calculation that is
conservative.

The void fraction computed in the detached-void
region is the net result of two competing
mechanisms: void generation and condensation.
Sections 4.2 and 4.3 briefly describes how
CATHENA models the void generation and
condensation components, respectively.

4.2 Void Generation

The void generation component in CATHENA is
modelled through the amount of heat partitioned
between vapour generation and heating the
subcooled liquid. The heat flux obtained from the
OSV correlation is used as the amount of heat
flux going into the subcooled liquid to raise the
liquid temperature while the remainder (difference
between the heat flux from the heated surface and
the OSV heat flux) goes into generating the void.

The void generation is a direct function of the
splitting factor (FB). The splitting factor is
defined as the fraction of the wall heat flux
transferred to the subcooled liquid. The remainder
(1.0 - FB) contributes to vapour generation. The
splitting fraction calculated in the CATHENA
subcooled void model is given below.

FB = 1.0 for q i qosv (5)

FB = qosv/i f°r 1 > <Josv (8)

4.3 Void Condensation

The CATHENA condensation rate is a strong
function of the interfacia] (liquid to vapour) heat
transfer coefficient, which in turn depends on the
interfacia] area per unit volume. This depends on
the bubble size and its relative velocity.

The bubble size is a rather sensitive parameter in
calculating the condensation rate, and so will
ultimately affect the void calculation. The bubble
diameter calculated by Wallia {11] was used in the
CATHENA condensation model for the void



fraction region (>1.0%), while a fixed bubble
number, Nj,, was used to calculate the bubble siie
in the void-fraction region below 1.0%. The
bubble number, N^, is determined so that the
bubble diameter is continuous at the transition
into the liquid phase. In addition, the maximum
bubble diameter is limited to 20% of the
equivalent hydraulic diameter. The bubble
diameter relationship was chosen to avoid potential
instabilities and to represent bubbly flow which
was observed in the experiments. Because of this
limit and the small hydraulic diameter in these
experiments, 20% of the equivalent hydraulic
diameter is used as the bubble diameter for all
the cases simulated.

5.0 SENSITIVITY ANALYSIS

A sensitivity analysis of parameters affecting the
void generation and condensation components in
CATHENA has been investigated. The calculation
of the void generation component in CATHENA,
as mentioned earlier, depends primarily on which
OSV model is selected. Many parameters in the
CATHENA condensation model will affect the
condensation calculation, but the most sensitive
parameter is the bubble diameter. A high-flow-
rate experiment and a low-flow-rate experiment
were thus simulated using different OSV models
and bubble diameters for this sensitivity study.

5.1 OSV Models

The models proposed by Rogers et al. (8], Saha
and Znber [12], and Hancox and Nicoll [6] were
examined in the sensitivity study. The Rogers et
al. model was formulated for conditions of low
subcooling, low pressure range, and low coolant
velocity; the Rogers et al. model was formulated
for unfinned data similar to that used in the Saha
and Zuber model for OSV. On the other hand,
the Haneox and Nicoll model was formulated for
high-pressure conditions. Figures 7 and 8 display
the void fraction predictions of each model for the
high-flow-rate and the low-flow-rate experiments.
All three models underestimated the void fraction
for both flow rates because the OSV point was
predicted to occur at a higher power.

5.2 Babble Diameter

As mentioned earlier, the bubble diameter used
was 20% of the hydraulic diameter. In this
sensitivity analysis, the bubble diameter is varied
between 15% and 25% of the hydraulic diameter.
Figures 9 and 10 show that the void fraction

increased as the bubble siie increased. This
indicates that the condensation rate calculate^ in
CATHENA increases as the bubble diameter
decreases.

6.0 SUMMARY AND DISCUSSION OF SIMU-
LATION RESULTS

Table 2 summarises all the simulated cases and
the simulated conditions. However, the results of
only a few selected experiments are compared with
CATHENA predictions in this paper.

TABLE 2

SUMMARY T A B L E
EXPERIMENTS

OF SIMULATED

Case Fin Inlet Press. Flow Ratelnlet Temp.
Number Geometry (kPa) (L/s) (°C)

1
2
3
4
5

6
7
8
9
10

11
12
IS
14
15

16
17
18
19
20

21
22
23
24
25

26
27
28

8/WL
8/WL
8/WL
10/WL
10/WL

8/WL
8/WL
8/WL
8/WL
8/WL

8/WL
8/WL
8/WL
8/WL
10/WL

10/WL
8/WL
8/WL
10/WL
8/UBC

8/UBC
8/UBC
8/UBC
8/UBC
8/UBC

8/UBC
8/UBC
8/UBC

112.0
145.0
180.0
180.0
180.0

224.0
224.0
220.0
225.0
222.0

223.0
223.0
244.0
234.0
235.0

272.0
323.0
325.0
328.0
110.0

110.0
110.0
200.0
200.0
200.0

300.0
300.0
300.0

0.15
0.50
1.00
0.60
0.60

0.15
0.15
0.15
0.25
0.25

0.50
0.50
0.70
1.00
0.41

0.60
0.15
0.50
0.30
0.05

0.05
0.05
0.05
0.05
0.05

0.05
0.05
0.05

60.0
40.0
40.0
60.0
40.0

25.0
40.0
60.0
25.0
40.0

25.0
40.0
40.0
40.0
40.0

40.0
60.0
40.0
40.0
45.0

60.0
75.0
45.0
60.0
75.0

45.0
60.0
75.0

Figures 11 to 22 compare the void fraction
calculations and experiments for the WL data and
Figures 23 to 25 do the same for the UBC data.
Only 8-fln experimental data from UBC were
available, and they are included for comparison.



The input power versus void fraction are plotted
for CATHENA calculations and compared with the
experimental data,. In general, the subcooled void
fraction calculated by CATHENA is in good
agreement with the experimental data.

The void fraction calculated in the wall-void
region by the CATHENA code was generally lower
than the experimental values. However, the code's
predictions of the point of net vapour generation
(the OSV point) and the amount of void fraction
beyond the C3V point were in good agreement
with the experimental data. It is important to
predict the ONB and OSV points accurately
because these points are used to determine the
amount of void in the wall and detached regions.
General observations on the CATHENA void
calculations for WL and UBC data under various
conditions are given in Sections 6.1 and 6.2.

6.1 WL Data

Void experiments were performed at various
conditions for both geometries, driver 8-fin and
Moly target 10-fin fuel pins. Most of the
experiments were performed from single-phase flow
until a critical heat flux (CHF) was reached or
the fuel pin failed. Nineteen experimental cases
covering various conditions and geometries were
simulated as shown in Table 2. Twelve out of
the nineteen experimental cases are reported in
thb paper.

The MAPLEX-10 subcooled boiling void model
predicted the void fraction to within the
measurement error of the experimental void
fraction for inlet pressures between 110 and 180
kPa, as shown in Figures 11 to 14. For inlet
pressures between 220 and 272 kPa, the void
fractions calculated by the MAPLE-X10 subcooled
boiling void model were also in good agreement
with the experimental data for both regions of
subcooling at various powers, subcoolings and flow
rates, as shown in Figures 15 to 20. This
agreement is attributed to the accurate prediction
of the OSV point by the MAPLE OSV
correlation.

Two 8-fin driver fuel experiments were simulated
for pressures above 300 kPa. Figures 21 and 22
indicate that the CATHENA void predictions are
in agreement with the experimental data.

6.2 UBC Data

In total, nine void experiments of 8-fin data from
UBC were simulated for the comparison, as shown

in Table 2. Figures 23 to 25 compare the
CATHENA predictions with experimental data for
three of the nine experiments. In general, the
MAPLE-X10 subcooled boiling void model
predictions matched the experimental data well
within the detached-void region, but slightly
underestimated the results for the wall-void region.

7.0 CONCLUSIONS

Overall, the MAPLE-X10 subcooled boiling void
model in the CATHENA code accurately captured
the magnitude and the profile of net void
generation well for the majority of the cases
simulated. The following general conclusions are
noted.

* The MAPLE-X10 subcooled foiling void
model in the CATHENA code generally
predicted slightly lower void fractions for low
flow rates (flow rates < 0.9 m/s) and slightly
overestimated the void fraction at higher flow
rates in the detached-void region.

• Generally, the CATHENA code predicted the
OSV point and the void fraction beyond the
OSV point with better accuracy than models
currently available in the literature.
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A = cross-sectional flow area (m )

Ar = ratio of the flow area of the given
geometry to the ratio of the flow area of
the driver 8-fin fuel geometry

Dh — hydraulic diameter (m)
m m

FB = qosv /"I > fraction of the wall heat flux
that transferred to the subcooling liquid

FNC = MAPLE-X10 wall-void function

FR = linear interpolated function

G = mixture mass flux (kg/(m *s))

h = liquid enthalpy (J/kg)

hfg = latent heat of vapourixation (J/kg)

h^t = liquid enthalpy at saturation (J/kg)

N, = maximum^x^,; '• ji), subcooling number

P = pressure (N/m )

Pr = ratio of the fuel pin cross-sectional area
to the reference fuel pin cross-sectional
area

q" = wall heat flux (W/m*)

qoNB = W*U heat ft*1* a t ONB point (W/m )

qosv = wall heat flux at OSV point (W/m2)

r<j = average bubble radius at departure point
(m)

Rej, = G*Db/fl, Reynolds number evaluated at
bulk condition

x.q = (h - h iat)/hfgi thermal equilibrium
quality

Greek Symbols

6 = average vapour thickness on the wall
(m)

aOSV — v°id fraction at OSV heat flux

0* = void fraction in the wall-void region

ft = Liquid viscosity, (kg/(m*s))
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PRE-TEST SIMULATIONS OF A 28-ELEMENT HIGH-TEMPERATURE
THERMAL-CHEMICAL EXPERIMENT USING THE COMPUTER CODES

CATHENA AND CHAN-II-WL *

Q.M. Lei, D.B. Sanderson and H.E. Rosinger
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ABSTRACT

Pre-test simulations have been performed for the first out-of-pile 28-element
high-temperature thermal-chemical experiment using the computer codes CATHENA
(MOD-3.3h) and CHAN-II-WL (M0D-28a). The ongoing CHAN thermal-chemical
experimental program at Uhiteshell Laboratories provides experimental data on
the integrated thermal-chemical transient behaviour of a CANDU** fuel channel
vith low-pressure, single-phase steam as the only coolant inside the channel.
The program also increases our understanding of the behaviour of fuel channels
at high temperatures and their integrity during postulated accidents.

A parametric study was performed using the computer codes to examine effects of
steam flov rates, unheated fuel element simulators, moderator temperatures, and
other variables on the predicted outcome of the experiment. The results of
this study were used to optimize the experimental input parameters and test
procedures. This paper details the parametric study vith emphasis on the
predicted effects of the various steam flov rates on test section behaviour.

The work reported in this paper was funded by the CANDU Owners Group (COG).

1. INTRODUCTION

In a CANDU Pressurized Heavy-Water (PHW) reactor, the fuel and coolant are
separated from the heavy-water neutron moderator by horizontal fuel channels.
The fuel channel consists of a Zr-2.5 Nb pressure tube and a Zr-2 calandria
tube, separated by a gas-filled annulus. To demonstrate the safety of current
and future CANDU-PHV reactors during postulated severe accidents, it is
important to have a thorough understanding of high-temperature fuel channel
behaviour under postulated accident conditions.

This understanding is best achieved by studying the underlying phenomena using
mathematical models and single-effect tests. These models are then coupled
into an integrated code to predict fuel channel behaviour under accident
conditions. Data for validation of the codes come from various integrated
experiments involving the complex interaction of pressure, temperature,
material properties, heat transfer and reaction kinetics on fuel channel
components subjected to severe temperature transients. These experiments are
called the CHAN Thermal-Chemical Experiments.

* Presented «I the 13ih Annual Conference of Canadian Nuclear Society, Stint John, New Brunswick, June 7-10, 1992.

• • CANtdian Qeulerium Uranium, regiitered trademark of AECL.
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The methodology adopted in this experimental program has been to perform
several series of tests, progressing from a single Fuel Element Simulator
(FES), to seven elements, and ultimately, to 28-element geometries. The
single- and seven-element series have been completed and reported [1,2]. The
next stage in this program is, therefore, to perform a 28-element out-of-pile
high-temperature thermal-chemical experiment. An important part of these
28-element experiments is to perform pre-test simulations to optimize the
experimental input parameters.

The computer codes CATHENA (MOD-3.3h) (3] and CHAN-II-WL (M0D-7a) [4] have been
used to model the thermal-chemical behaviour of several out-of-pile high-
temperature fuel channel experiments as part of the post-test analysis. The
codes have also been used in a blind simulation study where they adequately
predicted the behaviour of a seven-element experiment vhen only the input
parameters were known [5].

As a result of the codes' performance in the above tasks, CATHENA and
CHAN-II-WL were used to do pre-test simulations for our first CHAN 28-element
experiment. The objectives of this paper are to report a parametric study of
factors that were predicted to affect test section behaviour and to outline the
recommended experimental conditions and test procedures. The results of this
study are also useful for future pre- and post-test analyses of the CHAN high-
temperature thermal-chemical experiments.

2. DESCRIPTION OF THE COOES

2.1 CATHENA

The CATHENA code was developed primarily for the analysis of postulated loss-
of-coolant accidents in CANDU reactors [6]. CATHENA uses a full two-fluid
representation of two-phase flow in piping networks. This results in a Model
where liquid and vapour phases may have different pressures, velocities, and
temperatures. The code uses a staggered-mesh, one-step, semi-implicit, finite-
difference solution method, which is not transit-time-limited.

The effects of thermal radiation, pressure-tube deformation, zirconium/steam
reaction, steam starvation and the presence of noncondensables can all be
included.

2.2 CHAN-II-VL

CHAN-II-VL [4] is a modified Vhiteshell Laboratories' version of the original
CHAN II computer code [7]. CHAN II is a fast-running stand-alone computer code
that predicts the transient behaviour of a fuel channel when the internal
coolant is superheated steam. With suitable changes in geometry and material
properties, the CHAN II code has been used to calculate the transient thermal-
chemical responses of CANDU fuel channels during a postulated severe loss-of-
coolant accident when steam is the only coolant available.

The CHAN II code assumes the complex fuel bundle pin geometry can be
represented by an equivalent cylindrical ring geometry. It divides the
simulated fuel channel into several axial segments. Each segment is radially
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subdivided into fuel rings, flow rinp subchannels, the pressure tube, and the
calandria tube. The code considers each fuel segment to be axisymmetric and
axially isothermal.

3. DESCRIPTION OF THE EXPERIMENT

3.1 Experimental Apparatus

The 28-element test section consisted of three rings of fuel element simulators
concentrically located inside a Zr-2.5 Nb pressure tube (Figure 1). Each fuel
element simulator consisted of Zr-4 cladding (15.2-mm OD and 14.4-mm ID) vithin
which annular alumina pellets (14.3-mm OD, 6.1-mm ID and 16 mm in length)
electrically insulated the cladding from a graphite rod heater. The
6-mm-diameter graphite rod heater was coated with tungsten carbide to minimize
the reaction between the alumina and the graphite at high temperatures. The
length of the graphite rod heaters was 1800 mm.

The fuel element simulator bundle was surrounded by a 2105-mm-long section of
autoclaved Zr-2.5 Nb pressure tube mounted inside a 1780-mm-long Zr-2 calandria
tube (Figure 2). The test-section annulus (gap between the pressure and
calandria tubes) contained an Inconel X-750 garter spring located at the test
section centreline. The calandria tube was surrounded by heated, nonflowing
water in an open tank. The top surface of the calandria tube was covered by at
least 250 mm of water throughout the experiment.

Five spacer plates, machined out of 0.90-mm-thick Zr-4, were symmetrically
placed in the heated zone of the test section (Figure 2). Their purpose was to
simulate the effects of CANDU bundle end plates on steam flow patterns through
the fuel element simulator bundle, and to help minimize sag of the bundle at
high temperatures.

A schematic of the entire test apparatus is shown in Figure 3. Steam produced
in the boiler passes through the steam superheater and into the test section.
The steam picks up energy from the hot fuel element simulators as it passes
through the test section and some of the steam reacts exothermically with the
zirconium, releasing hydrogen.

The hot steam-hydrogen mixture exiting the test section is directed through a
condenser to condense the steam. The resulting mixture of condensate and
hydrogen enters a water trap where the condensate is collected. The remaining
hydrogen gas flows through a mass flovmeter and is vented to the atmosphere.

3.2 Instrumentation

The fuel element simulators are connected in parallel to a DC power supply.
The power to the test section will be determined using measured voltage drops
across the test section and measured current flow through the fuel element
simulators. Power distribution throughout the fuel element simulator bundle is
designed to be similar to that found in a Pickering-type fuel bundle.
Normalized pin powers will be roughly 1.111, 0.894 and 0.775 for the outer,
middle, and inner fuel-element-simulator rings, respectively.



- 4 -

Thermocouples vere used to monitor temperatures of the inside surface of the
fuel element simulators, outer surface of the pressure and calandria tubes,
steam flov, and moderator water. The fuel element simulator bundle was
radially subdivided into six rings for instrumentation purposes (Figure 1).
The thermocouples inside the fuel element simulators vere A12O3 insulated
C-Type (tungsten rhenium) with 0.25-mm-diameter sensing vires. These
thermocouples vere threaded through small holes in the A12O3 insulators of the
fuel element simulator, less than 1 mm away from the inner surface of the
cladding.

The thermocouples monitoring temperatures of the pressure tube, calandria tube,
steam flov, and moderator water were standard R-Type or K-Type, depending on
the expected temperature range. The individual sensing vires for the pressure-
and calandria-tube thermocouples vere slightly separated and spot-velded
directly onto the tube surface.

3.3 Proposed Experimental Procedures

The proposed experimental procedures for the 28-element thermal-chemical
experiment are as follows:

1) Heat the water surrounding the calandria tube to 85°C (for degassing),
and then reduce it to 75°C for the test.

2) Purge the inside of the end hubs, including the fuel element simulators,
with helium, and heat the test section in argon.

3) Purge the annulus between the pressure tube and the calandria tube with
C02 (Stage 1). The purge flov will be high initially but reduced to
6 L/min prior to the start of the test.

4) Steam will be introduced into the superheater and the argon flov stopped
at the end of Stage 1. The steam flov will likely be 10 g/s and the
electric power to the test section vill be 10 kV (Stage 2). The entire
proposed test section pover profile for this experiment is given in
Figure 4.

5) Once the test section temperatures have stabilized in Stage 2, test
section pover vill be ramped to 40 kV to start Stage 3. Stage 3 is
designed to be a pseudo steady-state portion at a reasonably high power.

6) The test section pover vill then be ramped from 40 to 135 kV to start
Stage 4. Pover vill be left at this value until maximum recorded
fuel-element-simulator temperatures exceed 1700*C. Electric pover to
the test section vill then be turned off to study the energy released
from the exothermic zirconium/steam reaction at elevated temperatures
(Stage 5).

7) The test vill be terminated when test section temperatures are observed
to decrease. The test will be terminated by shutting off the steam flov
to the test section and introducing an argon purge, thus shutting dovn
the zirconium/steam reaction.



4. MODELLING ASSUMPTIONS

The CATHENA (MOD-3.3h) and CHAN-II-VL (M0D-28a) computer codes were used to
perform the pre-test simulations. The main modelling assumptions were as
follows:

1) Geometrical deformation and buoyancy-induced free convection were
neglected.

2) The test section was axially discretized into 12 equal lengths. A
90-degree symmetry pin model was used in the CATHENA simulation while a
ring model was used in the CHAN-II-VL simulation (Figure 5). CATHENA
modelled seven fuel element simulators, each divided into an inner and
outer surface. A quarter of the pressure tube was sectored to three
equal-length portions. Thus CATHENA employed 17 isothermal surfaces at
each axial segment. For CHAN-II-VL, the 28 fuel element simulators were
grouped into three concentric rings, each divided into an inner and
outer surface. CHAN-II-VL used seven isothermal surfaces at each axial
segment.

3) Subchannel steam flows were assumed to be completely mixed at the end of
each axial segment for CHAN-II-VL, but only at spacer plates for
CATHENA.

4) The Urbanic-Heidrick equations [8] were used to calculate the
zirconium/steam reaction rates. At temperatures over 1850°C, a constant
reaction rate was used to approximate the molten zirconium/steam
reaction. The flow area blockage due to molten material and bundle
relocation were ignored.

5) Emissivities of the pressure-tube inner and outer surfaces were assumed
constant and equal to 0.8. The emissivity of the calandria tube inner
surface was assumed to be constant at 0.3.

5. PARAMETRIC STUDIES

5.1 Overview

Electric power to the test section was constrained to 5.4 kV per fuel element
simulator tc ensure integrity of the fuel element simulators up to 1700°C.
Hence, the maximum total power to the test section was proposed to be 135 kV
(5.36 kV for each outer-ring fuel element simulator) for this experiment
(Figure 4). Other parameters affecting the performance of the experiment and
the simulations were:

steam flow rate,
unheated fuel element simulators,
moderator water temperature,
use of different zirconium oxidation correlations,
flow mixing assumptions,
surface emissivities used in the computer codes, and
pressure-tube deformation and/or bundle slump.
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Effects of using different zirconium oxidation correlations vere not assessed
at the present time since CATHENA (M0D-3.3h) offers only one correlation
(Urbanic-Heidrick [8]). Effects of flow mixing assumptions vere examined for
the purpose of confirming the significance of Assumption 3. Effects of surface
emissivities and pressure-tube deformation vere also examined to some degree
during this study.

The main thrust of the present vork is to study the effects of the first three
parameters. The steam flov rate vas found to be a key factor since it has a
dual effect on the experimental results. High steam flov rates provide
adequate steam for the zirconium/steam reaction and significant steam cooling
to the test section. Lov steam flov rates, hovever, have negligible cooling
effects but may result in a steam starvation situation. Ste&a starvation
limits the heat generation from the zirconium/steam reaction and may, in turn,
lover test section temperatures.

5.2 Effect of Steam Flov Rates

A total of five CATHENA simulations vere performed to study the effect of steam
flov rates on test section temperatures and hydrogen production. Steam flov
rates of 5, 8, 9, 10, and 15 g/s vere examined vhile other conditions vere kept
unchanged.

A common simulation restart file vas produced for these five runs. This file
covered the lov-pover stages 1, 2 and 3 (up to 900 s), providing a common
starting point for subsequent simulations. Test conditions for this file vere
a steam flov rate of 5 g/s, an electric pover profile of 2, 10, and then 40 kV
as per Figure 4, all fuel element simulators povered, a steam inlet temperature
of 700°C, and a moderator vater temperature of 75°C.

Electric pover to the test section for each simulation vas turned off vhen the
maximum fuel-element-simulator cladding temperature reached 1700°C. Results of
these simulations are summarized in Table 1.

Maximum values for the heat generation from the zirconium/steam reaction are
plotted versus the steam flov rate in Figure 6. These values, as veil as
maximum values for the hydrogen production rate, fuel-element-simulator
cladding temperature, and steam exit temperature (Table 1) increased vith
increasing steam flov rates and reached maximums at a steam flov rate of 8 g/s.
These predicted results then decreased vith further increases in steam flov
rates. This vas due to insufficient steam supply (steam starvation) for steam
flov rates less than 8 g/s and increasing steam cooling for steam flov rates
greater than 8 g/s.

Effects of steam flov rates on cladding temperatures of the inner-ring fuel
element simulators, 1425 mm into the heated zone, are illustrated in Figure 7.
Predicted test section temperatures continued to increase after the electric
pover vas turned off in all the cases studied. This uncontrolled temperature
escalation indicated the zirconium/steam reaction vas self-sustaining at
certain locations in the test section. Maximum predicted test section
temperatures occurred at a steam flov rate of 8 g/s. At 8 g/s, there vas
enough steam to fuel the zirconium/steam reaction but not enough to contribute
any significant excessive cooling. Steam starvation vas predicted to occur at
steam flov rates £ 8 g/s and anything above 8 g/s helped cool the test section.
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5.3 Effect of Unheated Fuel Element Simulators

Concerns about having unheated fuel element simulators to facilitate the
experimental instrumentation had not been previously addressed in this
experimental program. The following comparisons were made to determine
potential differences between the predicted results when 28 pins are powered
(Case 1) and the results when the four inner-ring fuel element simulators are
not powered (Case 2).

Two CATHENA simulations were performed using a steam flow rate of 10 g/s, a
moderator water temperature of 75°C, and identical electric power per heated
pin. Total maximum test section electric powers, however, were different for
the two cases, reflecting the fact that the four central pins were not powered
in Case 2. The powers were 135 ktf for Case 1 and 120 kW for Case 2. Figure 8
shows CATHENA predicted differences between the two cases for inner-ring
fuel-element-simulator cladding temperatures, 1425 mm into the heated zone, and
the heat generated by the zirconium/steam reaction.

To allow test section temperatures to reach 1700°C, the 120-kV full power was
left 91 s longer for Case 2 than Case 1. Test section temperatures for Case 2
were significantly lower than for Case 1 prior to turning the electric power
off. Temperature differences for these two cases, however, became
insignificant once maximum test section temperatures exceeded 1700°C and the
electric power was returned to zero. There were no significant differences in
heat generation rates from the zirconium/steam reaction between the two cases
other than a slight time delay for the case having four unheated pins.

5.4 Effect of Moderator Temperature

The effects of moderator water temperatures of 75 and 25"C were studied. The
predicted test section temperatures and hydrogen production showed negligible
differences between these two cases. The predicted heat fluxes from the
calandria tube to the moderator were below the critical values. Therefore, the
predicted effect was expected since moderator water temperature does not
significantly affect nucleate pool-boiling heat transfer on the external
surface of the calandria tube.

5.5 Effects of Other Parameters

The effects of the number of times the subchannel flows were assumed to be well
mixed were assessed by CATHENA and CHAN-II-VL. In the CATHENA simulations,
more complete flow mixing locations along the test section tended to yield
slightly higher predicted test section temperatures, but overall the
differences were not significant. CHAN-II-VL was more sensitive to the flow-
mixing assumptions. From the CHAN-II-VL predictions, temperature differences
between 12 complete flow mixes and no flow mix were as high as 150*C.

The effects of pressure-tube deformation and surface emissivities for various
test section components on the predicted results were examined to some degree
in this work. Further studies are needed for conclusive assessments on these
effects.
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6. COMPARISON OF CATHENA AND CHAN-II-VL PREDICTIONS

The purpose of comparing CATHENA and CHAN-II-VL predictions in this report was
not to judge which code was more suitable for this pre-test simulation work,
but rather to gain confidence in the predicted results and to make a proper
proposal for the conditions of the upcoming experiment.

A simulation was performed using CATHENA and CHAN-II-VL. The test conditions
assumed were 10 g/s steam flow rate, 75°C moderator water temperature, 135-kV
maximum electric power to the test section, and complete subchannel mixing at
12 axial locations.

Test section temperatures predicted by CHAN-II-VL were consistently higher than
CATHENA predictions during the medium- and high-power stages 3 and 4
(Figure 9). As a result of these differences, electric power to the test
section was left on 49 s longer in the CATHENA simulation in order for maximum
cladding temperatures to reach 1700°C. Peak cladding and pressure-tube
temperatures, however, were higher for the CATHENA prediction. One possible
reason for the difference is in the way the two codes model the thermal
characteristics of the fuel element simulator bundle, i.e., ring versus pin
model.

Predicted heat generation from the zirconium/steam reaction using the two codes
is also shown in Figure 9. There appears to be a time lag between the two code
predictions, with CATHENA lagging behind CHAN-II-VL. This "time lag" relates
back to the slower test section heating rates predicted by CATHENA during
Stages 3 and 4. Differences in the peak hydrogen production rates and the
cumulative amount of hydrogen were small despite the differences in timing of
the events.

In summary, predictions by CATHENA and CHAN-II-VL follow similar trends but
differ slightly with the timing of event and maximum test section temperatures
achieved. Differences in the ring and pin approaches to characterize the fuel
element simulator bundle and in the convective models used in the two codes may
be the main source of the differences observed.

7. RECOMMENDATION

Based on the above pre-test simulation results, we recommended the following
test conditions for the first out-of-pile 28-element thermal-chemical test:

steam inlet temperature of 700°C and flow rate of 10 g/s;
moderator water temperature of 75*C;
electric power profile of 2, 10, 40, and 135 kV for Stages 1 through 4
respectively (Figure 4); and
to turn off the electric power to the test section when maximum recorded
fuel-element-simulator temperatures exceed 1700*C to study the energy
released from the exothermic zirconium/steam reaction.

The recommendation for using a steam flow rate of 10 g/s was largely based on
having enough steam available for the zirconium/steam reaction without having
too much excessive steam cooling. Ve did not recommend 8 g/s because of
concerns of having some of the steam flow bypass the bundle after the test
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section began to slump at high temperatures. Steam starvation would occur with
a flow rate of 8 g/s if any of the steam bypassed the bundle or was not veil
mixed at each spacer plate.

Another concern was with the oxidation rates used by CATHENA (M0D-3.3h) at high
temperatures. Recent work by Prater and Courtright [9] have reported
significantly higher oxidation rates at high temperatures than those used in
CATHENA. A steam flow rate of 8 g/s would result in significant steam
starvation if the Prater and Courtright correlation was used. In fact, even a
steam flow rate of 10 g/s would result in steam starvation using this
correlation, but not to the same extent as with 6 g/s.

8. A FULL SIMULATION USING THE PROPOSED CONDITIONS

A full pre-test simulation (i.e., from time = 0 s) employing the proposed test
conditions was performed using CATHENA. The purpose of this simulation was to
give an overall picture of the test section behaviour prior to conducting the
experiment and to further confirm the proposed test procedures outlined in
Section 3.3.

Selected predicted transient temperatures of the test section at one axial
location are shown in Figure 10. Stages 3, 4 and 5 with electric power of 40,
135, and 0 kW, respectively, are shown. All predicted temperatures continued
to increase after the electric power was returned to zero, indicating the
zirconium/steam reaction was self-sustaining under these test conditions.
Predicted radial temperature gradients were higher in Stage 5 than in other
stages because of the higher reaction rates in the well-insulated inner- and
middle-ring fuel element simulators. Temperatures increased sharply and then
decreased during Stage 5, indicating the complete oxidation of the cladding at
some axial and radial locations.

The predicted energy balance for this simulation is given in Figure 11.
Maximum energy generated by the zirconium/steam reaction was 103 kV and
occurred just after turning the electric power off. Near that time, 60 kV of
heat was removed radially through the pressure and calandria tubes to '.he
moderator water, and 15 kV was removed axially by the steam flowing in the
pressure tube. The shaded area in the plots represents the period when the
cumulative reaction heat from the entire test section was larger than the total
heat removal. This indicates the zirconium/steam reaction will be
self-sustaining, especially in the high temperature zone near the end of the
test section.

9. SUMMARY

Pre-test simulations of the first out-of-pile 28-element thermal-chemical
experiment have been successfully performed using CATHENA (M0D-3.3h) and
CHAN-II-VL (M0D-28a). A parametric study has been done to optimize the
experimental input parameters for this test. From this work, the following key
points are summarized:

1) The proposed steam flov rate of 10 g/s was based on providing steam-rich
conditions for the exothermic zirconium/steam reaction and relatively
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low heat removal by steam. Local steam starvation, however, may still
occur at this steam flow rate owing to possible bundle or pressure-tube
deformation, zirconium melt relocation, or flow area blockage.

2) The simulations indicated no adverse consequences associated vith
disconnecting electric power to the four inner-ring fuel element
simulators except for a slight time delay caused by the lower bundle
power. Maximum predicted cladding; temperatures and hydrogen production
rates were similar for the case where all 28 fuel element simulators
were powered and the case where no electric power was provided to the
four central fuel element simulators.

3) Moderator water temperatures had insignificant effects on test section
temperatures under the conditions of this experiment.

4) Predicted test section temperatures continued to increase after electric
power was returned to zero. This indicated a self-sustaining exothermic
zirconium/steam reaction.

5) Peak cladding temperatures for most of the simulations were above 2000*C
because of local temperature escalation caused by the exothermic
zirconium/steam reaction. Simulation uncertainties above 2000*C are
significant and difficult to estimate owing to limited verification
data.

The results of this pre-test investigation were used to design a 28-element
high-temperature thermal-chemical experiment. The experiment has since been
successfully completed and post-test analysis of the results is ongoing. The
experiment used the steam flow rate of 10 g/s and steam inlet temperature of
700*C, and moderator water temperature of 45*C, with one central fuel element
simulator that was not electrically powered. Local temperature escalations
caused by the self-sustaining of the zirconium/steam reaction were observed
when electric power to the test section was shut off. These preliminary
results correspond with our pre-test simulation results.
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Table 1
Effect of Steam Blow Rates on CATHENA Prediction*

Description

Steam flow rate (g/s)

Maximum cladding tem-
perature of inner-ring
fuel element simulators
(°C)

Maximum H2 production
rale (mole/s)

Maximum heat
generation by the ZI/HJO
reaction (kW)

Maximum steam exit
temperature (°C)

Local steam starvation ?

Runl

5

2218

0.30

82.4

1391

YES

Run 2

8

2337

0.35

95.2

1633

YES

Run 3

9

2193

0.31

88.1

1584

NO

Run 4

10

2273

0.29

80.6

1512

NO

Run 5

15

1987

0.25

66.7

1351

NO

315"

Pressure.
Tube

Calandria
Tube

45»

COsGap

135*

Thermocouple

FIGURE 1: Cross Section of the Test Section and Thermocouple Radial Locations
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FIGURE 2: Schematic of the Test Section (not to Scale)
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FIGURE 3: Schematic of the Te* Apparatus
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ABSTRACT

An experimental program has been initiated to investigate
the thermal-mechanical behaviour of a fuel channel when
molten Zircaloy (Zr-4) from a fuel bundle flows onto a
ballooned pressure tube. Eleven experiments were conducted
to date, with various initial conditions .ie., internal pressure
of 1 to 5 MPa, water subcooling of 18 to 26 °C, and Zr-4
melt of 19 to 88 g. In seven of these experiment, there were
small deformations on the calandria tube located beneath the
Zr-4 melt but they did not threaten the integrity of the fuel
channel. This paper presents the results from these tests and
some simulations results from computer codes WALL/5 and
MINI-SMARTT-II.

1.0 INTRODUCTION

During a postulated Loss of Coolant Accident (LOCA)
scenario with impaired emergency cooling in a CANDU
reactor, the fuel bundle can potentially heat up to and
beyond the melting point of unoxidized zircaloy-4. There is
a potential for end plates (Zr-4) and end caps of the fuel
bundle to melt and flow onto surrounding pressure tube [1].
In such an event a localized hotspot can develop on the
pressure tube/calandria tube surface which could lead to
localized dryout.

A series of experiments have been conducted at Whiteshell
Nuclear Research Establishment (WNRE) to study the
thermal-mechanical behaviour of fuel channel when molten
Zr-4 flowed onto a ballooned pressure tube [2]. The data
from these experiments are used as input to the computer
simulations of the transient thermal response of pressure tube
and calandria tube using the computer codes WALLZ5 and
MINI-SMARTT-II. These simulations are used to verify and
validate the computer codes.

2.0 MATERIALS AND METHODS

2.1 Experimental Apparatus

Eleven experiments were performed by WNRE to date to
investigate the above issue. A schematic of the experimental
apparatus is shown in Figure 1.
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FIGURE 1: a) TEST APPARATUS AXIAL CROSS
SECTION AND

b) CROSS SECTION CENTRELINE

Each experiment utilized a 1580 mm long section of Zr-2.5
Nb pressure tube mounted inside a 1730 mm long Zr-2
calandria tube. The calandria tube was submerged in heated,
non-flowing water in a open tank and with at least 400 mm
of water cover from the top surface of the calandria tube
throughout the experiment

The heater element was a 570 mm long and 38 mm in
diameter graphite rod concentrically placed inside the
channel assembly. A crucible was machined into the middle
of the rod where it held a Zr-4 ingot. Power to the heater
was supplied by a 5000 A D.C. power supply.

In Test 7, 8, and 9, a graphite pouring spout was extended
from the crucible to within 4 mm of the inner surface of the



pressure tube. The post-ballooning gap was designed to be
small enough to allow the molten Zr-4 blob to be in thermal
contact with both the pressure tube and the spout (hot
graphite rod), hence resulting in higher pressure tube and
calandria tube transient temperatures.

Experimental details regarding the thermocouples, their
locations on the wall of the pressure tube and calandria tube
to record the temperature data are given in Ref. [2].

2.2 Experimental Procedures

In all tests, the initial water surrounding the calandria tube
was heated to about 95 °C and was held for 15 minutes to
partially degas before being allowed to cool. The annulus
between the pressure tube and the calandria tube was purged
with argon or CO2 gas. The purge flow was reduced to
stagnation before the commencement of each test. Power to
the heater element was ramped up to 50 kW and maintained
at this level until the pressure tube ballooned into contact
with the calandria tube. After the pressure tube had fully
ballooned, power was then ramped up again until the Zr-4
ingot melted to produce a molten Zr-4 blob on the pressure
tube. The experiment was terminated after any dryout patch
caused by the molten Zr-4 had rewet.

2.3 Experimental Observations and Results

Table 1 summarizes the main results from tests conducted
Tests 1, 8, and 10 are excluded as no useful data was
obtained.

Details of Tests 2 and 3 were presented in Ref. [1] and
details of Test 6 was presented in Ref. [2]. Hence in this
paper only results of Tests 4, 5 and 11 are presented.

TABLE 1: SUMMARY OF TEST RESULTS
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b) Maximum CT temperature during Zr-4 transient
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d) CT deformation in a radial direction beneath melt

2.3.1 Test 4

The power to the experimental setup in this test was
increased from 0 to 50 kW over a period of 130 s and held
constant at this level for 90 s (Figure 2). During this period,
the inner surface pressure tube temperature rose steadily to
a maximum temperature of 700 °C prior to ballooning.
Pressure tube made contact with the calandria tube at 197 s
along the top and middle of the fuel channel and spread over
the entire heated zone. After contact, temperature on the
outer calandria tube reached a maximum of 520 °C and went
into dryout for a period of 10 s.

50 100 150 200 250 300 350 400

FIGURE 2: TEST 4, HEATER POWER HISTORY

As the calandria tube was in nucleate boiling, power was
ramped up steadily to 69 kW. The average calandria tube
temperature was 109 "C prior to the Zr-4 transient. At 335
s a molten Zr-4 blob dropped causing the calandria tube
temperature to rise to a peak of 765 °C (Figure 3). The
thermocouple on the pressure tube reached a maximum
temperature of 1385 °C before it was destroyed (Figure 3).
Dryout on the calandria tube lasted for a period of 14 s.

50 100 150 200 250 300 350 400

FIGURE 3: TEST 4, PRESSURE TUBE AN CALANDRIA
TUBE TEMPERATURE HISTORY



After the fuel channel was disassembled, some minor dryout
patches caused by pressure tube ballooning were evident on
the calandria tube outer surface. A 20 mm diameter dryout
patch was observed that was caused by the Zr-4 blob. As the
channel was cut open, a Zr-4 blob of 18.7 g in weight, 8
mm thick, 35 mm long and 20 mm wide was found attached
to the pressure tube which caused a slight dimple on the
calandria tube.

2.3.2 Test 5

In this test, the power was increased to 50 kW over a period
of 110 s and held at this level for 75 s (Figure 4). During
this period, the pressure tube temperature rose steadily to a
maximum of 765 °C prior to contact. Pressure tube/calandria
tube contact began at 242 s along the top in the middle of
the fuel channel and the spread over the heated zone. After
contact, calandria tube temperature reached a maximum of
610 °C and caused dryout for a period of about to 21 s.
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FIGURE 4: TEST 5, HEATER POWER HISTORY

As the calandria tube was still at nucleate boiling, the power
was ramped up to 80 kW. At 460 s during the test, power
was shut off by the over-current. Subsequently the power
was increased again to 96 kW at about 600 s and a molten
Zr-4 blob fell at 782 s. After the Zr-4 melted, the maximum
temperature recorded on the calandria tube was 1010 °C
(Figure 5). Again the thermocouple on the pressure tube was
destroyed after a temperature of 1385 °C (Figure 5). A
dryout period of 43 s was observed.

After the channel was disassembled, dryout patches on the
top of the calandria tube caused by pressure tube ballooning
were seen. There was a 35 mm diameter dryout patch on the
bottom of the calandria tube caused by the Zr-4 melt. When
the fuel channel was cut open a 58.7 g drop of Zr-4,10 mm
thick, 32 mm wide and 50 mm long, was found on the
ballooned pressure tube and caused a dimple 32 mm in
diameter and 1 mm high.
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FIGURE 5: TEST 5, PRESSURE TUBE & CALANDRIA
TUBE TEMPERATURE HISTORY

2.3.3 Test 11

The power in this test was increased from 0 to 60 kW over
a period of 73 s and held constant at this level for 73 s
(Figure 6). During this period, the pressure tube inner
surface temperature rose steadily to a maximum of 825 °C
prior to contact. Pressure tube made contact with the
calandria tube at 177 s along the top and middle of the fuel
channel and spread over the entire heated zone.
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FIGURE 6: TEST 11, HEATER POWER HISTORY

As the subcooling in the test was low, after ballooning, the
calandria tube continued to be in dryout state and the
maximum calandria tube temperature reached 600 °C. The
power was then increased steadily to 89 kW. During the
same period the calandria tube temperature continue to rise
steadily to a maximum of 780 °C prior to the molten Zr-4
transient. At 221 s a molten Zr-4 blob dropped. The
maximum calandria tube temperature recorded was 1295 °C



3.5 s after the melt drop (Figure 7). After 16 s of molten Zr-
4 contact, the fuel channel ruptured causing the test to
terminated.

following :
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FIGURE 7: TEST 11, PRESSURE TUBE & CALANDRIA
TUBE TEMPERATURE HISTORY

When the fuel channel was cut open, a 70.9 g Zr-4 melt was
fused to the pressure tube. It caused deformation of 100 mm
in diameter by 11 mm in height on the calandria tube.

3.0 WAT.T.y; AND MINI-SMARTT-II CODES

This section provides a brief description of the two computer
codes used for simulation of the experimental results.

3.1 Structure of WALLZ5 Code

WALLZ5 is a one-dimensional transient heat transfer model
which simulates heat transfer from the pressure tube to the
calandria tube and into the moderator. WALLZ5 can perform
three types of transient analysis (pressure tube ballooning
into contact with the calandria tube, molten Zr-4 contact
with a ballooned pressure tube, and molten fuel contact with
a ballooned pressure tube). Each analysis commences from
the time contact is being made.

The main input parameters for WALLZ5 are moderator
temperature, thickness of molten Zr-4 blob and contact
conductance between pressure tube and calandria tube. After
these values are initialized, the distance between nodes are
computed. For each node, thermal conductivity and thermal
diffusivity as a function of temperature are calculated.
Finally the one-dimensional radial heat conduction equation
and hence the wall temperature are solved.

In WALLZS, the Rohsenow correlation is used to calculate
the heat flux between the calandria tube and moderator at
nucleate boiling. The Rohsenow correlation is defined as

q =
C l f h f ,P r '

(i)

—a___\
( P , - P v ) '

where q = heat flux at wall temperature (kW/m*)
C, = specific heat of liquid (kJ/kg °C)
h,t = latent heat of vaporization (kJ/kg)
Pr = Prandtl number of saturated liquid
Hi = dynamic viscosity of liquid (kg/m«s)
c ~ liquid surface tension (kg/s2)
p, = liquid density (kg/m3)
pv = vapour density (kg/m3)
g = acceleration due to gravity (m/s2)
Tw = wall temperature (°C)
T ^ = moderator saturation temperature (°C)
Tmod = moderator temperature ( ° Q
C, f = constant empirically derive from liquid

rewets, heating surface, wal l material,
wal l roughness , and pressure.

At film boil ing the fo l lowing heat flux equation is used:

q= (2)

3.2 Structure o f MINI-SMARTT-II

The molten zircaloy/pressure tube contact code MINI-
SMARTT-II w a s developed from the existing computer code
MDMI-SMARTT [3 ] . It i s a two-dimensional heat transfer
model which simulates circumferential wall temperature
distribution. T h e c o d e uses a concentric ring radiation model
with a graded nodal s cheme which improves the spatial
convergence when a large heat flux is introduced at a very
localized point o n the pressure tube.

T h e modes o f heat transfer in MINI-SMARTT-II are a s
follows:

- ring radiation from the outer fuel ring to the pressure
tube;

- radial and circumferential conduction within the
pressure tube;

- contact conduction between the molten zircaloy and
the pressure tube;

- radiation and conduction across the gas gap between
the pressure tube and the calandria tube arid from the
calandria tube into the moderator.

For ring radiation, the general heat flux equation used is :

q = a e, tt ( T,4 - T2
4 ) (3)

( a / b ) ( e I - e I t J )



where CT = Stefan-Boltzmann constant (kW/m2K4)
e, = emitting surface emissivity
e2 = receiving surface emissivity
a = radius of the emitting surface (m)
b = radius of the receiving surface (m)
T, = emitting surface temperature (K)
T2 = receiving surface temperature (K)

The heat transfer coefficient (HTC) between caJandria tube
and moderator used during pool boiling is as follows :

HTC= 0.02648 (Tw (4)

where 0.02648 represents the heat flux from the Rohsenow
correlation (Eqn. (1)) at saturation.

During the film boiling transient, the heat transfer coefficient
is held as a constant.

Test 7 and 9, the molten Zr-4 blobs were the largest ever to
be produced in these test scries. These tests were expected
to produce higher calandria tube transient temperature,
longer dryout period, and greater deformation than occurred
in previous tests.

4.1 Initial Conditions

For each test, simulation were performed to predict the
transient temperature of the calandria tube when the molten
zircaloy melt made contacted with the pressure tube. The
main experimental input parameters used in each test were
molten zircaloy thickness and heal transfer coefficient
between the pressure tube and calandria tube. The molten
Zr-4 thickness used in Tests 2, 3 and 4 are 8 mm, in Tests
5 and 6 are 10 mm, and in Test is 11 mm.

HTC= (5) 4.2 Simulation Results

3.3 Code Enhancements

In order to obtain comparable results from the two codes, a
few changes were made to the existing WALLZ5 code. A
correction was made in the calculation of heat flux from
calandria tube to the moderator (Ev.i. (2)). The equation
should use the saturation temperature of the moderator (T.J
instead of the actual moderator temperature when pool
boiling occurred. The moderator saturation temperature is the
temperature at which the moderator will starts to boil, thus
causing the onset of pool boiling. This correction was also
needed while solving for the calandria tube wall temperature.
Secondly, heat radiation correlation (Eqn. (3)) between
pressure tube and coolant was added to the code.

There were several modifications to MINl-SMARTT-n to
enhance its accuracy. MINI-SMARTT-II was originally set
to simulate molten Zr-4 thickness of 4 mm or less.
Alteration of the pressure tube radial and circumferential
nodalization and temperature ranges was necessary to
incorporate molten Zr-4 blob of at least 11 mm in thickness
as measured in the WNRE experiments. Secondly, the
moderator temperature was replaced by the saturation
temperature (T.J in the HTC equation (Eqn. 4) during pool
boiling. Finally, the heat transfer coefficient between the
calandria tube and moderator used during film boiling (Eqn.
(5)) was changed to 0.4 k\V/m2K (same as in WALLZ5).

4.0 SIMULATION TESTS

Of the eleven experiments conducted by WNRE only six
were used in the present simulations with WALLZ5 and
MINI-SMARTT-II. In particular, Test 1, 8 and 10 did not
produced any molten Zr-4 blob onto the pressure tube. For

4.2.1 Test 2

Various simulations were carried out with the value of heat
transfer coefficient as a parameter varying between 6.0 and
9.0 kW/m2K. Results of these simulations with WALLZ5
along with the test results are shown in Figure 8. The
calandria tube temperature transient generated by HTC of 8.0
kW/m2K showed the closest agreement with the test. The
agreement during the early part of the heat up phase was
seen to be good. When the calandria tube temperature
reached 600 °C, WALLZ5 began to over-estimate the test
results and the simulation results eventually reached a steady
state temperature of 960 °C.
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FIGURE 8: WALLZ5 AND EXPERIMENTAL
CALANDRIA TUBE TEMPERATURE
FOR TEST 2



The results of the experimental and simulation results using
MINI-SMARTT-n are shown in Figure 9. Again the results
produced by MINI-SMARTT when HTC was 8.0 kW/m2K
was seen to be in good agreement with the test. From the
start of dryout to the peak temperature, the simulated results
were consistence with the test values. During the rewetting
phase, the simulated temperature transient showed reasonable
agreement. Although at IS s, the simulated temperature was
about ISO °C higher than the test, this is mainly due to the
difficulties in modelling the rewet transient.

From the results shown in this test, the heat transfer
coefficient between the pressure tube and calandria tube is
about 8.0 k\V/m*K. This value will be used throughout the
simulations for the remaining tests.
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FIGURE 9: MINI-SMARTT-H AND EXPERIMENTAL
CALANDRIA TUBE TEMPERATURE
FOR TEST 2

4.2.2 Test 3

Results from Test 3 and the simulations using WALLZ5 and
MINI-SMARTT-U are shown in Figure 10. Although the
measured maximum test temperature was at 800 °C because
of an amplifier clipping, the estimated maximum temperature
probably was higher. There was good agreement between the
test results and the simulated data while HTC was at 8.0
kW/nrtt. The WALLZ5 simulation indicated that the steady
state temperature was around 1000 °C.

Figure 10 shows that the results of simulation using MINI-
SMARTT-n using HTC of 8.0 kW/m2K are in good
agreement with the test both during heat up and rewet
transient The simulated peak temperature was close to 900
°C. At IS s, the simulated temperature was only about 50 °C
higher than the test result
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FIGURE 10: SIMULATED AND EXPERIMENTAL
CALANDRIA TUBE TEMPERATURE
FOR TEST 3

4.2.3 Test 4

Results from Test 4 and the simulations using WALLZ5 and
MINI-SMARTT-n are shown in Figure 11. In this test the
tuning of dryout predicted by WALLZ5 and MINI-
SMARTT-U while using HTC of 8.0 kW/m'K were about 1
s later than the test. This small discrepancy in timing reflects
the non-uniform strain on the pressure tube during the
ballooning transient There was good agreement between the
test and simulated heat up temperature during the initial
dryout transient The steady state temperature predicted by
WALLZ5 was about ISO °C higher than the test result
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FIGURE 11: SIMULATED AND EXPERIMENTAL
CALANDRIA TUBE TEMPERATURE
FOR TEST 4

In MINI-SMARTT, the simulated calandria tube temperature
showed good agreement with the test when HTC was about



8.0 kW/nr̂ K. The simulated heat up rate and peak
temperature also showed good agreement with the test
Because of the difficulty in rewet modelling, the simulated
temperature was at 550 °C after 15 s into dryout while the
test had finished the rewet transient.

simulation of MINI-SMARTT-II using HTC of 8.0 kWfanfti.
The difference in p k temperature between the test and the
simulation was about 100 °C. During the rewet transient, the
simulated temperature was again over-estimated the test by
about 100 °C.

4.2.4 Test 5

Results of simulations from WALLZS along with the test
results and MINI-SMARTT-II are shown in Figure 12. There
was strong agreement between the results and the simulated
calandria tube temperature when HTC of 8.0 kW/m2K was
used. From the start of dryout to the peak, the simulated
temperature from WALLZ5 was extremely close to the test
Although the steady state temperature occurred past the test
peak, the difference in peak temperature was about 100 °C.

As regard to the simulation of MINI-SMARTT-II, the
agreement between the test and the simulated results from
HTC of 8.0 kW/m2K is good. During the rewet transient, the
decline in temperature rate between the simulated result and
the test was extremely close (the simulated temperature was
only about 50 °C nigher throughout the transient).

izoo
CatandHa Tubs Twnpamkra (C)

1200

1000

100

CalamMa Tuba Temperature (C)

7

• • • i • • i ., t . i

-*- T«l»
— muz*
— MM4MWTM

• i i • •

10 11 12 IS 14 15
Thm(t)

FIGURE 12: SIMULATED AND EXPERIMENTAL
CALANDRIA TUBE TEMPERATURE
FOR TEST 5

4.2.5 Test 6

Results from Test 6 and the simulations using WALLZS and
MINI-SMARTT are shown in Figure 13. There was good
agreement between the test and the simulated data while
HTC was at 8.0 kW/m2K. Although the simulated steady
temperature from WALLZ5 was about 150 °C higher than
the test, the transient heat up phase was reasonable close to
the test results.

There was good agreement between the test and the
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FIGURE 13: SIMULATED AND EXPERIMENTAL
CALANDRIA TUBE TEMPERATURE
FOR TEST 6

4.2.6 Test 11

Results from Test 11 and the simulations using WALLZ5
and MINI-SMARTT are shown in Figure 14. During the
initial heat up phase to peak, the results using HTC of 8.0
kW/mzK showed good agreement with the test. The
thermocouple on the calandria tube was destroyed after
reaching the peak, thus the simulated temperatures after this
point are irrelevant
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5.0 CONCLUSIONS October 1986.

Test 11 was the only experiment where the heat stored in the
molten Zr-4 melt (11 mm in thickness) caused the fuel
channel severely deformed and ruptured. The low
subcooling, 10 °C, on the calandria tube restricted the
transfer of heat to the moderator thus caused the fuel
channel temperature to rise significantly and resulted in the
rupturing of the channel. The consequence of this condition
was also evident in the result of Test 10 although no molten
Zr-4 was produced.

The results from six WNRE experiments were used in the
simulations with both WALLZ5 and MINI-SMARTT-II. The
initial value of heat transfer coefficient between the pressure
tube and calandria tube during the molten Zr-4 transient was
predicted by both codes to be about 8.0 kW/m2K.

During the initial heat up transient, both codes indicated
good agreement with the experiments. Rewet modelling was
not encoded into WALLZS and the steady state temperature
over-estimated the peak by about 100 to ISO °C. MINI-
SMARTT-II showed good agreement with the actual peak.
The rewet transient temperature predicted by MINI-
SMARTT-II showed reasonable agreement with the
experiment. Although the rewet temperature were higher
than the actual this was due to the difficultly in modelling of
the rewet transient

Overall MINI-SMARTT-II was shown to be a better model
in simulating the experimental calandria tube temperature.
Although WALLZ5 does not include a model for rewetting,
it is a much simpler and faster code to use, and it is well
suited to predict peak temperature when only the initial heat
up transient temperature is being investigated.
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EXPERIMENTAL AND THEORETICAL INVESTIGATION OF
PRESSURE TUBE CIRCUMFERENTIAL TEMPERATURE GRADIENTS

DURING COOLANT BOIL-OFF *

Q.M. Lei, D.B. Sanderson, M.L Swanson, G.A. Walters and H.E. Rosinger
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ABSTRACT

A pressure-tube circumferential temperature distribution experiment under
coolant boil-off conditions has been simulated using CATHENA (M0D-3.4a). The
objectives of these simulations vere to aid in the design of the experiment
through pre-test simulations and to help in the analysis of the test results
through post-test simulations.

The predicted results from the post-test simulations of the boil-off test
generally agreed veil with the experimental data. Predicted pressure-tube
temperatures near the stagnant end of the test section compared veil vith the
measured temperatures, typically being vithin 45°C or 6Z of measured values
prior to pressure-tube/calandria-tube ballooning contact. Measured and
predicted pressure-tube temperatures at axial locations tovards the steam exit
end vere good, hovever, not as good as near the stagnant end. This trend
appeared to be related to the different local boil-off rates and the effect of
the steam floving tovards the exit end. The general shape of the
circumferential temperature distribution on the pressure tube during the
boil-off transient, and the pressure-tube straining behaviour vere veil
predicted. The predicted timing for the initial pressure-tube/calandria-tube
contact vas accurate to vithin 4 s near the stagnant end. The pressure tube
vas not predicted to fail in the post-test simulation, agreeing vith
experimental observations.

Comparative studies through numerical and experimental data plots are reported
in this paper. This vork vas funded by the CANDU** Owners Group (COG).

1. INTRODUCTION

Vater in the horizontal fuel channels of a CANDU Pressurized Heavy-Water
reactor may boil off slovly in some postulated loss-of-coolant accidents. This
vould expose the upper portion of the fuel bundle and pressure tube to
superheated steam as the vater level drops. The pressure tube vould become hot
at the top because of thermal radiation and steam convection vhile it remained
near the saturation temperature belov the liquid level. The resulting
pressure-tube circumferential temperature gradient vould induce localized
thermal stresses and plastic deformation at the top of the pressure tube. Such

* Presented at the 13th Annul! Conference of Canadian Nuclear Society, Saint John, New Brunswick, June 7-10, 1992.

** CANadian Deuterium Uranium, regittsrcd trademark of AECL.
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conditions may cause nonuniform pressure-tube ballooning and the pressure tube
could possibly rupture before coining into contact with the surrounding
moderator-cooled calandria tube.

It is, therefore, necessary to study the circumferential temperature gradients
and resultant deformation that can occur in a pressure tube subjected to
stratified tvo-phase flow conditions. The data from such experimental studies
are then used to validate fuel channel computer codes such as CATHENA [1] and
SMARTT [2], which were designed to model the behaviour of a CANDU fuel channel
under loss-of-coolant accidents (LOCAs). The experimental program was
originally divided into four test series:

1. The Boil-Off Series (four tests) examined the temperature gradients
and deformations that can develop on a pressure tube with stagnated
coolant flow [3].

2. The Make-Up Water Series (five tests) examined the effects of constant
water levels in the channel at differing conditions of power, liquid
level, and pressure [4].

3. The Steam Cooling Series (three tests) examined the effects of steam
flow on the thermal-mechanical behaviour of a fuel channel subjected
to stratified two-phase flow.

4. The Variable Make-Up Vater Series (three tests) examined the effects
of controlled liquid levels more closely approximating postulated
small LOCAs with impaired emergency core cooling.

In these tests, only one pressure-tube failure occurred as a result of
circumferential temperature gradients that developed during the coolant
boil-off. This occurred in the third test of the Boil-Off Series (S-l-3),
which had a channel power of 36 kV/m and an internal pressure of 4 MPa. There
were several other pressure-tube failures in this program. They were caused,
however, by premature failures of the heater, i.e., the fuel element simulators
(FESs). These failed fuel element simulators produced localized hot spots on
the pressure tube that resulted in pressure-tube failures.

A supplementary test series using improved fuel element simulators was planned
as a result of the above findings. The first test in this series (S-5-1) was a
boil-off experiment at similar conditions as used in Test S-l-3 of the Boil-Off
Series. The objectives of this paper are to outline the pre-test simulation
results, and to document the CATHENA simulations that were performed as part of
the post-test analysis of the experiment.

2. OVERVIEW OF THE CATHENA CODE

2.1 CATHENA

CATHENA [1] is a one-dimensional thermalhydraulics computer code developed at
Vhiteshell Laboratories primarily to analyse postulated loss-of-coolant
accident scenarios for CANDU reactors. The code uses a nonequilibrium,
two-fluid thermalhydraulic representation to describe two-phase fluid flow in
piping networks. This results in a model where liquid and vapour phases may
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have different pressures, velocities, and temperatures. Conservation equations
for mass, momentum, and energy are solved for each phase (liquid and vapour).
Interface mass, momentum and energy transfers are calculated using flow-regime-
dependent constitutive relations obtained either from the literature or
developed from separate-effects tests. The code uses a staggered-mesh,
one-step, semi-implicit, finite-difference solution method which is not
transit-time-limited. The heat-transfer package is general and allows the
connection of multiple wall surfaces to a single thermalhydraulic node.

CATBENA has the ability to model a reactor channel in detail. The thermal
responses of individual fuel pins within a bundle, the pressure tube and the
calandria tube can be simulated in the axial, radial, and circumferential
directions simultaneously. The effects of thermal radiation, zirconium-steam
reaction, steam starvation, and the presence of noncondensables can all be
included. As well, the ballooning and rupture of pressure tubes at high
temperatures and the thermal effects of contacting metal surfaces, such as
pressure-tube/calandria-tube contact, can be modelled.

The CATHENA code has been extensively validated against experimental results
[1,5]. Quality assurance procedures for documentation, code modification,
maintenance, and installation, as well as technical support for the use of the
code, are exercised through the Thermalhydraulics Branch at Whiteshell
Laboratories.

2.2 Modelling Assumptions

CATHENA was used to perform the pre- and post-test simulations for this
experiment. The following assumptions were made for these simulations:

1. The test section was axially discretized into 12 equal-length
segments. A 180-degree symmetry pin model was used to represent the
fuel element simulator bundle, and each fuel element simulator was
divided into four equal sectors. The half pressure and calandria
tubes were each sectored into nine sectors (Figure 1).

2. Buoyancy-induced free convection in the steam within the pressure tube
was approximated using a steam temperature distribution model.

3. Axial conduction and radiation were not modelled. Axial heat losses
to the end fittings were neglected.

4. The emissivity of the fuel-element-simulator cladding was assumed to
be constant at 0.6; the emissivities of the pre-oxidized pressure-tube
inner and outer surfaces were assumed to be 0.8; and the emissivity of
the calandria-tube inner surface was assumed to be 0.3.

5. The experimental spacers were not modelled in the simulations. Their
effects on the prediction of local steam temperatures and channel flow
resistances were assumed to be negligible.

6. The normalized power distributions were assumed to be 77.5, 89.4, and
111.1Z for the inner, middle, and outer ring fuel element simulators,
respectively.
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Initial temperature conditions for the post-test simulations vere taken from
the experimental data. Electric power measured at the test section vas used
during the simulations.

2.3 Pressure-Tube Deformation Model Used in CATHENA

The CATHENA prediction of the pressure-tube deformation is implemented using
the strain rate equations in the GRAD [6] program. At each time-step, CATHENA
provides geometrical data as veil as pressure and temperature information at
each axial segment of the pressure tube. It then performs the strain
calculation on each sector around the circumference of the pressure tube. The
sector lengths, thicknesses, and pressure-tube diameter at that axial segment
are then updated. There is at present no feedback to the thermalhydraulic and
thermal radiation calculations as the flov area increases during ballooning.

This pressure-tube deformation model assumes that the pressure tube remains
circular during ballooning. This results in pressure-tube/calandria-tube
contact over the entire circumference when contact is predicted. Figure 2
depicts differences in the pressure-tube ballooning processes during a typical
coolant boil-off experiment and the CATHENA idealization. The coolant boil-off
causes the pressure tube to heat up nonuniformly and the pressure tube balloons
in an egg-shaped pattern. The circular geometry assumption, hovtver, may cause
the predicted pressure-tube circumference to be larger than in the experiment
prior to initial pressure-tube/calandria-tube contact. As a result, average
transverse creep strains of the pressure tube could be overestimated during
ballooning.

2.4 Pre-test Simulations

CATHENA (M0D-3.3h) vas used to perform pre-test simulations for this
experiment. Pre-test simulations vere required to quantify the effect of the
various changes made to the test section design (see Section 3.1) on the
behaviour of the test section. Several pre-test simulations vere performed
using CATHENA, varying the test section pover to match the pressure-tube
heat-up rate of Test S-l-3 from the Boil-Off test series. The required bundle
pover vas found to be 111 kV/m to achieve the desired heat-up rate of 5*C/s on
the pressure tube. This bundle pover vas veil in excess of the bundle pover
used in S-l-3 (36 kW/m) because of the increased mass of the nev fuel element
simulator bundle.

The pre-test simulations used an artificially large calandria tube to
compensate for the nonconcentric deformation behaviour of the offset pressure
tube. The intent of this numerical approximation vas to force the top of the
pressure tube to move 12.2 mm radially prior to contacting the calandria tube.
This is roughly 3.6 mm more than it vould have to move if the pressure tube vas
concentrically located in the calandria tube (Figure 1).

The use of a larger calandria-tube size, hovever, appeared too conservative for
CATHENA simulations vhen the differences betveen pressure-tube deformations
during an experiment and a simulation vere examined.

Results from the final pre-test simulation for S-5-1 are summarized in Table 1.
The code prediction used a bundle pover of 200 kV (111 kV/m), vhich resulted in
a peak pressure-tube heat-up rate of 5'C/s and a top-to-bottom temperature
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gradient of 520°C around the pressure tube. The pressure tube vas predicted to
fail oving to excessive localized strain prior to calandria tube contact at a
peak pressure-tube temperature of 773°C.

3. DESCRIPTION OF THE EXPERIMENT

3.1 Experimental Apparatus

The 28-element test section consisted of three rings of fuel element simulators
concentrically located inside an autoclaved Zr-2.5 Nb pressure tube (Figure 1).
Each fuel element simulator consisted of Zircaloy-4 (Zr-4) cladding 15.2-min OD
and 14.4-mm ID, within which annular alumina pellets (14.3-mm OD, 6.1-mm ID,
and 16 mm in length) electrically insulated the cladding from a graphite rod
heater. The 6-mm-diameter graphite rod heaters were coated with tungsten
carbide to minimize the reaction between the alumina and graphite at high
temperatures. The length of the graphite rod heaters was 1800 mm.

The fuel element simulator design for this test was significantly different
from previous fuel element simulator designs used in this series [3,4]. A
comparison of test section differences required to accommodate these improved
fuel element simulators is given in Table 2.

Five spacer plates, machined out of 0.90-mm-thick. Zr-4, were symmetrically
placed In the heated zone of the test section (Figure la). Their purpose was
to simulate the effects of CANDU bundle end plates and to help minimize sag of
the fuel element simulator bundle at high temperatures.

The fuel element simulator bundle used in S-5-1 was surrounded by a
2105-mm-long section of autoclaved Zr-2.5 Nb pressure tube mounted inside a
1780-mm-long Zr-2 calandria tube. The pressure tube was offset 3.6 mo in the
calandria tube to represent a sagged pressure tube. The sagged pressure tube
would result in a maximum deformation before it contacts the surrounding
calandria tube. The test-section annulus (gap between the pressure and
calandria tubes) contained an Inconel X-750 garter spring located at the test
section centreline. This annulus was purged with C02 prior to the start of the
experiment and a slow continuous purge of C02 was maintained throughout the
experiment. The calandria tube was surrounded by heated, nonflowing water in
an open tank. The top surface of the calandria tube was covered by at least
150 mm of water throughout the experiment.

One end of the pressure tube was closed to simulate flow stagnation. The other
end of the pressure tube was opened to a vertical pipe (Figure la). This pipe
was connected to a condenser and a surge tank that controlled the test section
pressure.

3.2 Instrumentation

The fuel element simulators were connected in parallel to a DC power supply.
The power to the test section was determined using measured voltage drops
across the test section and measured currents through the fuel element
simulators. Power distribution throughout the fuel element simulator bundle
was designed to be similar to that found in a Pickering-type fuel bundle.
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Design targets for the normalized pin powers were 1.111, 0.894, and 0.775 for
the outer, middle, and inner rings, respectively.

The heated length of the test section was instrumented at five distinct axial
locations (Rings 1 to 5 in Figure la). Thermocouples were used to monitor
temperatures of the fuel element simulator cladding, pressure and calandria
tubes, exit steam, and moderator water. The thermocouples on the fuel element
simulators and the pressure tube were 0.5-mm outer diameter Inconel-clad,
K-ty?e (chromel-alumel) with magnesium oxide insulation. The thermocouples on
the calandria-tube surface were fiberglass insulated K-type with wire diameters
of 0.13 mm. The thermocouples were installed by separating and spot-welding
the sensing wires directly onto the appropriate surfaces.

Relative displacement of the pressure tube with respect to the calandria tube
was monitored by top and bottom Linear Variable Differential Transformers
(LVDTs) located near Ring 2, 455 mm from the closed end. A second LVDT was
located on the top, near Ring 4, which was 1130 mm from the closed end.

3.3 Experimental Procedures

The water surrounding the calandria tube was heated to 75°C at the beginning of
the test and the pressure tube was filled with vater and pressurized to 4 MPa.
The temperature of this pressurized vater was gradually raised to the
saturation temperature using 5 kV of electric power.

The test was started by opening the steam outlet valve and increasing the test
section power to 200 kV (value based on pre-test simulations). The test was
terminated when the pressure tube had fully ballooned into contact vith the
calandria tube.

3.4 Summary of the Experimental Results

The pressure-tube temperatures around the complete circumference at Ring 1
(225 mm from the closed end) were near the saturation temperature at the start
of the full-power period (Figure 3). When the full power (about 200 kW) was
applied, the vater started to boil off and the temperatures at the top of the
pressure tube increased once uncovered while the bottom of the pressure tube
remained near the saturation temperature A significant circumferential
temperature gradient developed around the pressure tube as the water in the
channel boiled off. No pressure-tube rupture or fuel element simulator failure
occurred during this test. Some key results from Test S-5-1 are summarized in
Table 1.

The average recorded pressure-tube heat-up rate a- Ring 1 was 4*C/s. The
temperatures of the pressure tube increased to a -,-jcimum of 760*C, just prior
to ballooning into contact vith the calandria tube at time * 714 s (Figure 3a).
The pressure-tube to calandria-tube contact shorted out the thermocouples on
the pressure tube, invalidating their results after ballooning contact.
Temperature histories at other axial locations were similar to those at Ring 1,
except that heat-up rates were slightly lower as one approached the steam exit
end.

There existed a maximum axial pressure-tube temperature gradient of 50*C
between Rings 1 and 4 (Figure 4), with temperatures at Ring 5 being slightly



higher than Ring 4. These axial temperature profiles reflect the effects of
the local boil-off rates and the resultant steam flow produced. The steam
cooling effect vas minimal at Ring 1 since the steam velocities near the closed
end were lower than the velocities at other locations.

Top-to-bottom circumferential temperature profiles that developed on the
pressure tube at Rings 1 and 5 are shown in Figure 5. The maximum
top-to-bottom temperature gradients on the pressure tube at Rings 1 and 5 were
475 and 420°C, respectively, just prior to initial ballooning contact.

Fuel element simulator cladding temperature histories at Ring 3 (675 mm from
the closed end) are shown in Figure 6. The temperature increases on the
cladding indicated the times when the fuel element simulator became dry. The
corresponding thermocouple positions were then used to infer water levels in
the pressure tube during the experiment. Peak cladding temperatures were not
determined owing to premature failure of fuel-element-simulator thermocouples
at around 1200°C.

Deformation of the pressure tube at Ring 2 (450 mm from the closed end) was
monitored during the experiment by two LVDTs. The LVDT traces indicated a
slight upward bowing of the pressure tube prior to ballooning ;Figure 7). This
early movement was caused by thermally induced bowing of the pressure tube as
the top half of the pressure tube was considerably hotter than the bottom half.
The pressure tube started to balloon when pressure-tube temperatures reached
650°C at time = 690 s, and made initial contact with the calandria tube at
714 s at Ring 1 and 719 s at Ring 2. The tube strained into full
calandria-tube contact from the closed end to the steam-exit end over the
following 10 s. The maximum pressure-tube temperature recorded prior to
contact was 770°C (Table 1), occurring on the top at Ring 5. There was no
pressure-tube failure in this experiment.

Post-test pressure-tube wall thicknesses at two axial locations are shown in
Figure 8. These post-test wall thicknesses show a nonsymmetric deformation
pattern with most of the straining occurring in the top half of the pressure
tube. This pattern mirrors the top-to-bottom circumferential temperature
gradients that were present on the pressure tube during ballooning.

4. POST-TEST SIMULATIONS

A.1 Overview

A simulation was performed as part of the post -test analysis of S-5-1 using
CATHENA (M0D-3.4a). This simulation used actual calandria tube dimensions
Instead of the artificially large calandria tube used in the pre-test
simulation, since the use of the larger calandria tube was found to be too
conservative of an approximation of the offset pressure tube. The results of
this post-test simulation are summarized in Table 1 and detailed comparisons
with experimental results are presented in the following sections.
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4.2 Pressure-Tube Temperatures

Predicted and measured pressure-tube temperatures at three axial locations are
discussed. Selected plots from tvo axial locations are shown in Figures 9 and
10.

Excellent agreement between measured and predicted results was found at Ring 1,
225 mm from the closed end of the pressure tube (Figure 9). Both measured and
predicted temperatures increased as the water in the channel boiled off,
exposing the pressure tube to radiation from the fuel element simulators. The
measured pressure-tube temperatures on the top increased at an average rate of
4.0°C/s after 640 s, comparing favourably with the predicted heating rate of
4.50C/s. Pressure-tube to calandria-tube contact was predicted to occur at
Ring 1 at 710 s with a peak pressure-tube temperature of 765*C. This was in
excellent agreement with the measured contact time of 714 s and contact
temperature of 760°C.

The agreement between measured and predicted pressure-tube temperatures at
axial locations further away from the sealed end of the pressure tube was good,
however not as good as at Ring 1. Agreement between measured and predicted
pressure-tube temperatures was good at Ring 3, 675 mm from the closed end. All
temperatures around the pressure tube were predicted within 45"C (6Z) prior to
contact. Measured and predicted pressure-tube temperatures at Ring 5, 1425 ma
from the closed end, agreed reasonably well (Figure 10). The temperature of
the upper portion of the pressure tube was overestimated, especially in the
early heat-up stage (near 600 s), by 60°C. This indicated the boil-off rate
predicted at this location was slower than during the experiment. The
discrepancy was probably due to not modelling the spacers used in the
experiment, and the effects of steam flow to the exit end and axial heat losses
to the end fittings.

Comparison between measured and predicted temperature distributions around the
pressure tube at Rings 1 and 5 at four different times are shown in Figure 5.
The successful prediction of these gradients is critical for the accurate
prediction of local pressure-tube straining and the potential for pressure-tube
rupture. Excellent agreement was achieved at Ring 1 and reasonably good
agreement was found at Ring 5. A straight line was drawn between the measured
temperature at the circumferential angle of 120 deg away from the top and the
measured value at the bottom (180 deg) because there was no thermocouple
between the two locations. Predicted temperatures, however, were fairly
constant and close to the saturation temperature for the circumferential angles
from 150 to 180 deg.

4.3 Calandria-Tube. Steam and Cladding Temperatures

Comparison between measured and predicted calandria-tube temperatures at Ring 1
is shown in Figure lla. Agreement between the two was reasonably good.
CATHENA overestimated the peak calandria-tube temperature by 14*C as the
pressure tube contacted the calandria tube. The overestimation nay be due to
the use of a high pressure-tube to calandria-tube contact conductance
(8 ktf/m2R) after ballooning contact.

The predicted steam exit temperatures (Figure lib) compared favourably vith
measured data until the pressure tube started to balloon at 690 s. After that,



- 9 -

the measured and predicted values departed significantly. One reason for the
discrepancy could be caused by the small amount of steam flowing through the
exit pipe after 690 s. Most steam energy thereafter dissipated into the end
fitting and the exit pipe during the experiment, resulting in cooler measured
steam-exit temperatures. CATHENA assumed no thermal energy losses and thus
continued to predict higher steam-exit temperatures even though small steam
flow rates after 690 s were correctly predicted. Another possible cause is the
effect of the increasing flow area resulting from ballooning of the pressure
tube. This increased flow area vould allow some of the steam to bypass the
fuel element simulator bundle, resulting in significantly cooler steam exit
temperatures. This flow bypass was not taken into account in the simulation.

Fuel-element-simulator cladding temperatures at Ring 3 (675 mm from the closed
end) were veil predicted (Figure 6). This indicated the fuel-element-simulator
model and emissivity values used in this CATHENA simulation were proper.

4.4 Pressure-Tube Ballooning

A comparison between measured and predicted pressure-tube ballooning at Ring 2
is given in Figure 7. CATHENA predicted the pressure tube to start ballooning
at 690 s and contact the calandria tube 25 s later at 715 s. These compared
well with the measured times of 690 and 719 s for the start of ballooning and
initial calandria-tube contact.

The top of the pressure tube first contacted its calandria tube at 714 s along
a narrow strip at Ring 1 during the experiment. Contact then spread axially
and circumferentially over the next 10 s until the pressure tube had fully
ballooned into calandria-tube contact. This nonuniform circumferential
ballooning is not modelled in CATHENA as the code assumed the pressure tube
remained circular during ballooning. This assumption resulted in simultaneous
circumferential pressure-tube/calandria-tube contact at an axial location. In
spite of this approximation, CATHENA adequately predicted variations in
post-test wall thicknesses around the pressure tube (Figure 8a).

The corresponding true strains (ln(vo/w), where v0 is the initial nominal vail
thickness, 4.30 mm, and v is the current local wall thickness) are shown in
Figure 8b. Agreement between measured and predicted values was reasonably
good. A maximum strain of 59Z on the top of the pressure tube was predicted,
slightly higher than the measured value (51Z) near the top.

5. DISCUSSION

CATHENA was used to perform pre- and post-test simulations of a Pressure-Tube
Circumferential Temperature Distribution Experiment (S-5-1). The pre-test
simulation results were used to plan the experiment as several design changes
to the apparatus made it considerably different from the previous 15 tests in
this program. The post-test simulations were performed as part of the
post-test analysis of this experiment.

The pressure tube was predicted to fail prior to calandria-tube contact in the
pre-test simulations. This simulation used an artificially large calandria
tube in an attempt to compensate for the offset pressure tube used in the
experiment. Closer analysis of this approximation, however, proved it to be
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too conservative and, as a result, the assumption was not used for the post-
test simulation.

The predicted pressure-tube temperatures near the stagnant end of the channel
(Ring 1) compared veil vith measured temperatures. Predicted temperatures
typically were within 45*C or 6Z of measured values prior to ballooning
contact. Measured and predicted pressure-tube temperatures at axial locations
further avay from the stagnant end vere good, however, not as good as near the
stagnant end. This trend appears to be related to the different local boil-off
rates and the steam flow towards the exit end. At present, CATHENA does not
adequately model this phenomena.

The circumferential temperature gradients on the pressure tube during coolant
boil-off vere reasonably well predicted. These top-to-bottom temperature
gradients resulted in nonuniform deformation of the pressure tube. The
pressure tube first contacted the calandria tube at the top and then the
contact spread circumferentially until the entire pressure tube had contacted
the calandria tube.

This nonuniform deformation behaviour was approximated in CATHENA. The code
performs strain calculations on individual sectors around the pressure-tube
circumference. The sector lengths, thicknesses, and resultant pressure-tube
diameter are then updated. This deformation model can therefore calculate
localized pressure-tube strain, but assumes the pressure tube remains circular.
This results in pressure-tube/calandria-tube contact over the entire
circumference when contact is predicted.

Despite this limitation, CATHENA accurately predicted pressure-tube ballooning
and post-test pressure-tube vail thicknesses and resultant strains. The timing
for the predicted pressure-tube/calandria-tube contact was between 4 to 14 s of
the actual initial contact along different axial locations. The pressure tube
was not predicted to fail in the post-test simulation, thus agreeing vith
experimental observations.

In general, good overall agreement between measurements and CATHENA predictions
vas found in this study. An in-depth comparison was made for pressure-tube and
cladding temperatures, void fractions, steam temperatures, and pressure-tube
deformation. All these comparisons shoved that the assumptions made during
this post-test simulation were appropriate.

A number of weaknesses in the CATHENA predictions vere identified throughout
this study. They are the circular geometry assumption made in the
pressure-tube deformation model, lack of capability to adequately predict
buoyancy-Induced free convection or local steam temperatures, no account for
the effects of the increasing flow area resulting from the pressure-tube
ballooning on thermalhydraulic and thermal radiation calculations, use of
temperature-independent or constant emissivities, and no modelling of axial
conduction and radiation. These are the areas where the code can be improved.

6. CONCLUSION

CATHENA (M0D-3.3h and 3.4a) vere successfully used to perform pre- and
post-test analyses of the pressure-tube circumferential temperature
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distribution experiment during coolant boil-off. The pre-test simulation
results were used to plan the experiment. Extensive post-test comparisons were
made between measurement and prediction, and good overall agreement was found.
Rupture of the pressure tube did not occur during the experiment and was not
predicted in the post-test simulation.
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Table 1
Summary of Key Results from Experiments eod CATHENA Simulations

Description

CalandriaTube Inner
Diameter (mm)

Total Electric Power (kW)

Total Electric Power per
Length (kW/m)

Maximum Pressure Tube
Heating Rate on Top (°C/s)

Maximum Top-lo-BoUom
Pressure-Tube Temperature
Gradient before Contact (°Q

Maximum Pressure-Tube
Temperature prior to Contact
("Q

Initial Pressure-Tube/
Calandria-Tube Contact
Time'(s)

Maximum Localized
Pressure-Tube Strain near
TopOS)

Time' of Pressure-Tube
Rupture (s)

Expert-
trynt
S-l-3

129.6

65

37

5.0

59C

751

-

696

Pre-Test
Simula

ttoafor
S-6-1

136.7

200

111

5.1

520

773

-

oo

695

Experi-
ment
S-5-1

129.6

190

106

4.0

475

770

714

51

No

Po*-7e*
Simula-
tion for
S-6-1

129.6

190

106

4.7

513

769

710

59

No

* - The start of full power was referenced as time = 480 s

Table 2
Comparison of Test Sections

No. of FES a" Heated

FES OD. mm

FES Surface, m*

Heater Core

Hf ater Insulation

Heater Length, m

FES Mass/Length, kg/m

PT "Water Volume. L

PT Position in CT

• - Fuel Element Simulate!

S-l-3

36

13.1

3.40

ZrTube

AlfOj Spacers

2.3

751

18.7

Centre

•

S-6-1

28

152

2.41

Graphite Rod

Ale O, Pellets

1.8

18.38

14.5

3.6 mm Low
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Pressure-Tube Ballooned ia an Egg-Shaped Pattern during a Boil-Off Experiment
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Figure 2: Schematic of Pressure-Tube Ballooning Processes from an Experiment (a) and & CATHENA
Simulation (b) When the Pressure Tube is Heated Nonunifonnly
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(a)

Figure 3: Pressure-Tube Temperatures Measured at Ring 1- 225 mm from the Closed End (a) and Electric
Power (b) during Test S-5-1
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Figure 4: Measured Temperatures near the Pressure Tube Top Showing Axial Variation
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Figure 6: Measured and Predicted Cladding Tf mpcramrea at Ring 3.675 mm from the Closed End
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Figure 7: Comparison of Predicted Average Radial Movements of the Pressure Tube with Values Measured by
LVOTsatRing2. 450 and 1125 mm firom the Closed End
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Figure 8: Comparison of CATHENA Predictions with Experimental Results of Test S-5-1: (a) Pressure-Tube
Wall Thicknesses and (b) Strains from Post-Test Measurements and at the End of the Simulation for
Rings 1 and 3 (22S and 675 mm from the Closed End)
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Figure 9: Comparison of Predicted Prenure-Tube Temperature* at Ring 1(225 mmfrom the dewed End)
with Experimental Results of Test S-5-1
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with Experimeatal Results of Test S-5-1
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Figure 11: Comparison of CATHENA Predictions with Experimental Results of Test S-5-1:
(a) Caiandria-Tube Temperatures at Ring 1 (225 mm from the Closed End)
(b) Steam Exit Temperatures
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ABSTRACT

Under some postulated accident scenarios in a CANDU
reactor, some fuel channels may experience periods of
stratified flow in which the top portion of the pressure tube
and fuel elements are exposed to superheated steam while
the bottom portion is cooled with water. As a result, the
upper part heats up and a temperature gradient is developed
around the circumference of the pressure tube. This
temperature gradient could result in a nonuniform or
localized pressure tube strain which could lead to failure of
the pressure tube prior to contacting the calandria tube. The
pressure tube circumferential temperature gradient
experimental program (PT-DELTA T) has been ongoing at
AECL-WNRE under COG to investigate the potential of
pressure tube rupture during ballooning, prior to contacting
the calandria tube, in pressure tubes exposed to stratified
coolant conditions.

The main objective of this paper is to discuss the simulation
results of three of the Make-Up Water experiments using the
SMARTT (Simulation Method for Azimuthal and Radial
Temperature Transients) [1] computer code and to compare
with the experimental results for code verification. A
discussion and analysis of the information gained from these
experiments are presented.

INTRODUCTION

The experimental programme was designed to simulate
different phases of feeder draining which range from the
early stages to the most severe scenario. Three distinct
phases of feeder draining have been identified [2], namely,
boil-off, steady-steaming, and steam-cooling. In the boil-off
stage, the channel and end-fittings experience a period of
sustained liquid boil off in which the extent of fuel element
overheating progressively increases. In the steady-steaming
phase which corresponds to the early stages of feeder
draining, the inlet feeder and inlet end-fitting are filled with
liquid which is close to saturation whereas the outlet header
is completely voided with no liquid to counter flow down
the outlet feeder and, thus, reduce the established density
driving head. In the steam-cooling phase, the liquid level

drops below the inlet feeder connection to the inlet header
and is characterised by a steadily decreasing density driving
head as the liquid level in the feeder decreases. In this
phase, depending on the header conditions, decreasing flow
rate of single or two phase flow from the inlet feeder into
the channel is established.

Four experimental series have been completed at WNRE to
cover the different stages of feeder draining. The Boil-off
series was designed to examine situations when the coolant
flow is stagnated [3,4] (channel Boil-Off phase). In the
Make-up water series the coolant level is maintained
constant by injecting make-up-water to balance the steam
flow out of the channel to simulate the steady steaming
phase (Make-Up-Water series) [5]. In the third series, Steam
Cooling series, superheated steam and make-up water are
injected simultaneously into one end of the pressure tube.
This simulates a postulated LOCA situation in which the
inlet header is partially voided, resulting in water and steam
flow through the heated fuel channel. In the fourth test
series, Variable Make-Up Water, water is injected into the
pressure tube at a controlled and declining rate to study the
effect of a gradual decrease in make-up water flow rate to
simulate the decreasing density driving head as the liquid
level in the feeder decreases. The third and fourth series of
the experiments are designed to simulate different stages of
feeder draining phase.

A BRIEF DESCRIPTION OF THE SMARTT CODE

The SMARTT computer code [1] is one of the analytical
tools used in the analysis of fuel channel integrity in general.
The code is used in the safety analysis of CANDU reactors
to predict fuel and pressure tube thermal and mechanical
behaviour under asymmetric coolant conditions such as
stratified coolant flow. In the stratified flow regime, the top
portion of the pressure tube and fuel elements are exposed
to superheated steam while the bottom portion is cooled with
saturated or slightly subcooled water. Such conditions can
lead to non-uniform pressure tube heatup in the
circumferential direction. If a highly localized hot spot
develops on the pressure tube circumference while the
pressure tube is undergoing transverse strain (ballooning),
the pressure tube could rupture prior to contacting the



calandria tube. The code predicts the pressure tube
circumferential temperature distribution and its effect on
pressure tube ballooning. The code also predicts whether the
pressure tube will rupture prior to contacting the calandria
tube or balloon into contact with the calandria tube.

SMARTT is a two-dimensional heat transfer code which
models half of the bundle cross-section at one axial position
in a fuel channel assuming symmetry across the vertical
plane. The 37-element bundle model includes a
circumferentially and radially conducting pressure tube with
16 full fuel-element models, and five half-fuel element
models. Figure 1 shows the azimuthal nodalization of a 37-
element fuel bundle.

Each fuel element is divided into six radial nodes; four
nodes for the fuel, one node for the gap and one node for
the sheath. The fuel nodes are chosen to have equal area and
therefore approximately equal power production. The full
element models in SMARTT are divided into eight equal
azimuthal nodes; the centre half element has six nodes; and
the other half elements have four nodes. The pressure tube
is divided into four radial nodes and 36 circumferential
nodes, each subtending an angle of 5 degrees.

The code uses transient thermohydraulic conditions, either
predicted by another code or calculated within. The flow
area between the fuel elements and the pressure tube is
divided into 30 subchannels for the 37-element (Figure 1)
model. The coolant temperature is assumed uniform within
each subchannel.

The required transient boundary conditions consist of:

1 - The coolant temperature for each subchannel.
2 - The sheath-to-coolant and coolant-to-pressure tube heat

transfer coefficients for each fuel and pressure tube
surface.

3 - the fuel power transient

The modes of heat transfer accounted for are :

1 - Radial and azimuthal conduction within each fuel
element

2 - Convection from sheath-to-coolant and coolant-to-
pressure tube.

3 - Radiation among all outer fuel sheath and inner pressure
tube surface nodes.

4 - Radial and circumferential conduction within the
pressure tube.

5 - Radiation and conduction across the gas gap between
the pressure tube and the calandria tube.

The modes of heat production considered are :

1 - Fission and decay power with bundle and element flux
depression.

2 • Metal-water reaction on sheath outer surfaces and the
inner surface of the pressure tube.

3 - Internal gamma heating of the pressure tube (usually
small).

The liquid level in SMARTT is modelled in seven discrete
levels due to the nodalization of the channel flow area into
subchannels. The liquid levels modelled are : 100%, 76%,
58%, 42%, 24%, 8% and 0% for the 37-element model. The
percentages indicate the fraction of total channel flow area
covered by the liquid. The falling liquid level is simulated
by moving through the discrete levels, switching
instantaneously from one to the next.

The transverse pressure tube strain calculation is based on
the computer code NUB ALL [6]. The transverse strain rate
equations used in this code were experimentally verified.
This approach provides both the average pressure tube strain
as a function of time, and the local strain (wall thinning) at
each circumferential node. Based on these information, it is
possible to determine whether or not the pressure tube
achieves sufficient average strain to contact the calandria
tube (about 16% average diametral strain), before local wall
thinning at the hot spot causes the pressure tube to rupture.

DESCRIPTION OF EXPERIMENTAL APPARATUS AND
INSTRUMENTATION

The apparatus for these tests consisted of a network of inlet
piping (Figure 2) which was connected to the make-up boiler
at one end and to the inlet of the test section at the other.
The inner diameter of the piping was 5 mm. Water was
extracted from the boiler, passed through this network of
piping and injected into the test section. A flow restrictor
valve, located in front of the inlet of the test section, was
used to adjust the water flow rate. A coiled beat exchanger
was available to control the temperature of the "make-up"
water [5].

The test section consisted of a 2.33 metre long, horizontal
segment of a CANDU-type fuel channel with a water inlet
pipe (5 mm ID) at the bottom of one end and an exit pipe
(24.3 mm ID) at the top of the other end (Figure 3). The
fuel-element simulators (Figure 4) for the 37-element bundle
configuration were composed of a Zircaloy tube (concentric
with the Zircaloy fuel-element sheath) which was heated
electrically. The fuel elements were grouped electrically into
three rings with no electrical connection to the central
element. High-temperature thermocouples were placed
around the outside of the pressure tube, at the top of the
calandria tube, and on several of the fuel-element sheaths at
three axial locations along the test section. A thermocouple



was also placed at the channel exit to measure the steam
temperature. Linear voltage displacement transducers were
placed on the calandria tube to record the absolute and
relative motion of the calandria tube with respect to the
pressure tube. The test section was immersed in a water bath
to simulate the moderator.

EXPERIMENTAL PROCEDURE AND RESULTS

Initially, the test section was filled with water at room
temperature and pressurized to the required pressure in each
experiment. The water surrounding the calandria tube was
then heated to the pre-specified experiment temperature to
simulate the moderator. This was followed by a long start-up
period during which the pressurized water in the test section
was gradually raised to saturation.

In order to maintain a uniform temperature throughout the
test section, six bottom heaters of the outer ring and six
bottom heaters of the middle ring were connected to the
power supply and a low power (depending on the experiment
pressure) was used to heat up the water. This procedure
reduced the top-to-bottom temperature gradient across the
test section as the water temperature was slowly raised to
saturation. With valve 1 closed and valve 2 open, the flow
was set while the channel was pre-heated. Once the flow and
channel temperature were stabilized, the flow was diverted
injo the test section by closing valve 2 and opening valve 1.
The back pressure in the by-pass line was kept equal to that
of the test section. Flow through the channel was
maintained for half an hour to obtain steady state before the
power was ramped up to the desired level for the test. The
annulus between the pressure and calandria tubes was purged
with CO2. The purge flow was high initially but reduced to
near stagnation just before the start of the test

A pre-specified power history was applied to the test section
and the experiment was terminated shortly after pressure
tube ballooning into contact with the calandria tube or upon
failure of the pressure tube.

EXPERIMENT 1

The channel pressure in this experiment was constant at 1.1
MPa. The transient power history is shown in Figure 5. The
maximum power input to the heaters was about 40 kW. The
make-up water flow rate was 8.2 g/s. The power was
maintained approximately at 38.S kW until 1111 s into the
test At this time some of the heaters failed. More heater
failures occurred at 1153 s and 1212 s and the power
dropped to 33 kW. The experiment was allowed to continue
at this power level until 1545 s. At this time the power
supply was switched off and the test was terminated. The
differential transmitters connected to the orifice to measure

exit steam flow of the channel failed. Therefore, no data are
available on exit steam flow rates for this test.

Post experiment examination of the test section showed that
the top of the pressure tube had contacted with the calandria
tube near the steam exit (100 mm from the steam exit, and
axially approximately 300 mm towards Ring 1). Based on
the nucleate boiling observation on the outside surface of the
calandria tube, it was concluded that the pressure tube
contacted the calandria tube at times between 1000 and 1100
s into the test.

The LVDT measurement at Ring 1 also indicated that the
pressure tube did not contact the calandria tube at that
locauon. The following argument could explain the decline
in the pressure tube temperature at the top at Ring 1. As the
top of the pressure tube heated up, it ballooned away from
the heaters. This caused the flow to bypass from the inside
of the inner subchannel into the larger area of the outer
subchannel resulting in increased steam cooling at the top of
the pressure tube. Also, as the gap between the pressure tube
and calandria tube decreased, the conductive heat loss to the
calandria tube became more efficient. These two effects
combined with the axial conduction to the region of
pressure/calandria tube contact contributed to the cooling of
the pressure tube at Ring 1.

EXPERIMENT 2

Power input and make-up water flow rate were the major
differences between experiments 2 and 1. The peak power
input was 87 kW as opposed to 40 kW in experiment 1. The
transient power history is shown in Figure 6. The make-up
water flow rate was 26 g/s vs. 8.2 g/s in the first experiment

The power increased gradually to a maximum of 80 kW at
approximately 99 s. It decreased to 76 kW at 250 s at which
time some heaters failed and the power dropped quickly to
zero.

At time 245 s, the temperature at the top of the pressure tube
started to decrease. At the same time, the calandria tube
temperature rose more sharply. This simultaneous drop in
pressure tube temperature and a corresponding rise in the
calandria tube temperature, indicated that the pressure tube
at Ring 3 ballooned into contact with the calandria tube.
However, because the rate of the reduction in pressure tube
temperature was small (4°C/s), it was concluded that the
contact was not as hard as observed in the boil-off
experiments. The top of the pressure tube reached a
maximum temperature of 854°C at Ring 3 at time 245 s, 5
s prior to the heater failure. After the heater failure, at 259
s into the experiment, the pressure tube ruptured.



Post experiment examination of the test section revealed that
the rupture/crack started at about 2 mm downstream of Ring
2 at the top near mid-plane. The total rupture length was 290
mm. The heaters were damaged at locations around both
Rings 2 and 1 while the heaters around Ring 3 were intact
These observations indicate that the pressure tube rupture
was caused by localized heating due to the heater failure.

EXPERIMENT 3

The objective of this experiment was to investigate the
circumferential temperature distribution developed on a half-
full and less than half-full pressure tube under constant
channel pressure of 4 MPa and total heater power of 80 kW.
The transient power history is shown in Figure 7. The make-
up water flow rate in this experiment was 26 g/s.

The power history (Figure 7) can be divided into three
periods : 0 - 529 s, 529 - 1070 s and 1070 - 1277 s. In the
first period, power was ramped to just over 80 kW and
stabilized at 83 kW by time 296 s. Towards the end of the
first period, the pressure tube was slightly more than half-
full of water. During the second period, power was ramped
to 89.3 kW and the water level subsequently decreased
approximately to mid-height During the third period, power
was further increased to 99 kW and the water level dropped
to slightly less than half-full.

At time 1159 s in the second phase, heaters in the top part,
of the outer ring began to fail. At time 1278 s during the
third phase, the pressure tube ruptured. After the pressure
tube failure, the calandria tube also ruptured.

During the first period, the top of the pressure tube reached
a maximum temperature of approximately 700°C. In the
second period, when the power increased, the pressure tube
temperature at the top increased slightly and then declined,
levelling off at 500°C. This suggested that the pressure tube
ballooned into contact with the calandria tube at locations
between thermocouple- rings 1 and 2. Temperatures near the
top exhibited similar behaviour. Temperatures away from the
top of the pressure tube continued to increase until the
hottest spot was no longer at the top which was cooled by
the contact. During the third period, temperature did not
increase significantly despite the increase of power. At the
end of this period, the sudden jump in pressure tube
temperatures measured at Ring 1 was an indication of a
secondary local heat source, probably due to the arcing of
failing heaters.

Post test examination of the test section indicates the
pressure tube rupture started 60 mm down stream of the
garter spring location (mid-plane) and the total rupture
length was 620 mm. The calandria tube rupture, unlike the

longitudinal pressure tube rupture, had the form of a
hole.The rupture was situated directly above the pressure
tube rupture.

SMARTT CODE MODIFICATION AND ASSUMPTION

Two modifications were made to the code for the simulation
of the experiments. The internal geometry and material of
the fuel-element simulators replaced those of the CANDU
fuel. Also, the pressure tube was excluded from the
temperature averaging procedure which was used to calculate
the steam temperature in each subchannel in the SMARTT
model. Thus, the temperature of those subchannels which
border the pressure tube was determined solely by the
temperature of the fuel elements that border the subchannel.
Within the model this provides the highest estimate of the
steam temperature so that it will be conservatively
overpredicted near the pressure tube.

The following assumptions are used in the simulation of
these experiments:

1 - The steam averaging procedure was used in the steam
filled subchannels to determine the coolant temperature.
The cooler pressure tube surfaces are ignored in this
averaging procedure for the outer subchannel coolant
temperature calculations to conservatively overpredict
coolant temperatures next to the pressure tube.

2 - The emissivity of the fuel element simulators and the
pressure tube surfaces was assumed to be 0.8 which
represents oxidized zirconium. The emissivity of the
calandria tube was taken to be 0.33.

3 - The calandria tube temperature was held constant at the
temperature of the liquid in the water tank for each
experiment

4 - The Urbanic-Heidrick equation [7] is used to calculate
the zircaloy-steam reaction rate.

5 - The flow is assumed to be laminar in the steam filled
subchannels and a Nusselt number of 4.0 was used to
calculate the sheath-to-coolant heat transfer coefficients.
The coolant-to-pressure tube heat transfer coefficients
were set equal to sheath-to-coolant heat transfer
coefficients in the outer subchannels.

6 - The channel pressure and the transient power history
measured in the experiment were input directly into the
SMARTT code.

7 - The failure criterion used for the pressure tube rupture
was 100% local true strain (i.e. failure assumed when



local thickness is reduced to 37% of nominal value).

8 - The ballooning criterion used for the pressure tube
contact with the calandria tube was 16.5% average
diametral strain.

9 - The inferred liquid level determined from both sheath
and pressure tube thermocouple measurements was used
in these simulations and was directly input to the
SMARTT code.

10- The SMARTT liquid levels were dropped from one
discrete level to the next when the inferred liquid level
became approximately halfway between the two discrete
levels.

COMPARISON WITH EXPERIMENTAL RESULTS

Power, pressure, and channel liquid-level transients are
required as input to SMARTT. The power and pressure
transients were obtained directly from the measured values.
The liquid level was inferred from plots of the height of the
various thermocouples above the bottom of the pressure tube
versus the time at which the thermocouple started to indicate
temperatures increasing above the saturation temperature of
the coolant. This time was interpreted as the time at which
the level dropped below the thermocouple position.

Two parameters are chosen to show the comparison between
the SMARTT predictions and experimental results, namely,
the pressure tube and the heater sheath temperature
transients.

EXPERIMENT 1

Figure 8 shows the liquid-level transient which was inferred
from the thermocouple measurements (smooth curve) and the
step transient used in the simulation. SMARTT predictions
are compared against the pressure tube temperature
measurements at three axial locations (Rings 1,2 and 3) and
at four circumferential positions (0°, 40°, 80° and 100°) as
shown in Figures 9 to 11.

The experimental results show that the top of the pressure
tube reached a maximum temperature of about 715°C at
Ring 1 at 900 s and the temperature starts to decrease to
about 690°C at 1000 s. The maximum temperatures at Rings
2 and 3 were about 680°C at 900s and 715°C s at 1000 s,
respectively. This indicates that the pressure tube had
partially started to balloon at Ring 1 shortly after 800 s into
the transient which is evident by the change in the slope of
the temperature profile and the decreasing trend thereafter.
The close proximity of the pressure tube to the calandria
tube results in an increase of heat transfer by radiation to the

calandria tube. Also the axial increase in heat conduction
from Rings 2 and 3 caused the pressure tube temperatures to
stabilize or temporarily decrease between 800 s and 900 s.

The agreement between experimental measurements and
predictions is good in the early stages of heatup with slight
underprediction of the pressure tube temperature at the top
of the pressure tube. The underprediction at 100°
circumferential position is mainly due to the timing of the
liquid-level change scheme used in the SMARTT code. In
the later stages of heatup, the pressure tube temperatures are
marginally overpredicted at the top. The SMARTT
simulation predicted that the pressure tube reached a
maximum temperature of 791°C at the top and it failed at the
top as the local strain reached the value of 100% which is
set as the criteria for pressure tube failure. The simulation
predicted that the pressure tube would have ballooned into
contact with the calandria tube at 802 s into the transient
The maximum top-to-bottom pressure tube circumferential
differential temperatures predicted and measured were 608°C
and 537°C, respectively. The pressure tube circumferential
temperature profiles at different axial locations at time 800
s are shown in Figure 12. The code overproduction was
evident at all three axial locations with the maximum
discrepancy at the top of the pressure tube. The
overprediction of the pressure tube temperature is the main
reason for the early pressure tube failure in the simulation.

The sheath temperature profiles show better agreement with
the SMARTT simulation. Figure 13 shows the comparison
between the SMARTT simulation and the experimental
measurements for TC's 11, 12, 14 and IS at axial Ring 1.
The agreement with TC 11 measurements seems to be less
favourable due to the early rise in the SMARTT simulation
as a result of the early liquid-level change used in the code.
However, the code predictions follow a trend similar to that
observed in the experiment

A heat balance performed on the test section revealed that
the input power is 85% of the reported total power (Figure
5) due to electrical losses and measurement errors. The code
predictions was based on 100% of the measured transient
power which is considered to be the main factor for the
overpredictions by the code. In order to asses the effect of
heat losses, the SMARTT simulation were repeated for
various assumed power losses from 0% to 15%. A
comparison of the pressure tube temperatures with SMARTT
predictions using different power levels are shown in Figure
14. These results confirm that, with assumed heat loss of
15%, the pressure tube temperatures agree closely with
experiment.

EXPERIMENT 2



Figure 15 shows the liquid-level transient which was inferred
from the thermocouple measurements. The liquid level in
this experiment drops quickly to about 40% full in about 80
s and stabilizes at that level for the rest of the transient
Such level transient is ideal for SMARTT simulation since
the difference between the level transition in the experiment
and in the discrete method used in the SMARTT code is
minimized which results in good agreement between
simulation and experiment.

The SMARTT predictions of pressure tube temperatures are
compared with the measurements at three axial locations
(Rings 1, 2 and 3) and at four circumferential positions (0°,
60°, 80° and 100°) as shown in Figures 16 to 18. Good
agreement between predictions and measurements, at the top
of the pressure tube, is evident from these figures. However,
the pressure tube temperatures were slightly overpredicted at
circumferential locations 60° and 80°. The pressure tube
ballooned into contact with the calandria tube at Ring 3 at
245 s. The evidence of contact is shown in Figure 18 where
the pressure tube temperature at the top starts to decrease at
about 245 s. In the experiment, the pressure tube failed at
259 s due to heater failure.

The SMARTT simulations indicate that the pressure tube
ruptures at 244.8 s due to local stain. The simulations also
indicate that ballooning contact will occur at 245.4 s if local
failure is ignored. Based on the excellent agreement of
ballooning contact time, the failure criteria is seem to be
conservative. The circumferential pressure tube temperature
profiles are compared with the SMARTT simulations in
Figure 19. Excellent agreement is shown between
measurements and predictions at all three axial positions.
The predicted circumferential pressure tube temperatures
between times 220 s and 246 s encompass the measured
temperatures at time 240 s for all three rings. The top-to-
bottom pressure tube temperature differential seems to be
comparable at all three axial locations. The maximum
pressure tube differential temperatures measured and
predicted were 670°C and 682°C, respectively.

The comparison of heater sheath temperatures for one axial
position is shown in Figure 20. The agreement is excellent
for TC 14. The code slightly underpredicts the sheath
temperature at TC 12, but agreement is better for the
maximum temperature at Ring 1 before pressure tube failure.
The temperature profile predicted by the code for TC 11 is
shifted to the left mainly due to the early drop in liquid level
to 42% full at time 55 s while the experimental
measurements indicate that TC 11 becomes uncovered at
about 100 s into the transient. However, the temperature
profiles predicted by the code for TC 11 are very similar to
those measured in the experiment.

EXPERIMENT 3

Figure 21 shows the inferred transient liquid level from the
thermocouple measurements. The liquid level profile shows
an initial fast drop to 76% full at 200 s and slowly decrease
to about 55% full by the end of the transient. This type of
liquid transient is expected to lead to good agreement
between measurement and predictions since the difference
between the actual liquid level and the SMARTT discrete
liquid level is minimized.

Figures 22 and 23 show the comparison between
measurements and predictions for the pressure tube
temperature at four circumferential locations (0°, 40°, 60°,
100° for Ring 1 and 0°, 60°, 80°, 100° for Rings 2) at two
different axial locations. Reasonable agreement was obtained
in the first 300 s at Ring 1 while good agreement was
obtained in the same time at Ring 2. The pressure tube
temperature was overpredicted from 300 s to the end of
simulation (i.e. at Ring 1 (0°, 40°, 60°) and at Ring 2 (0°,
60°)). The predictions at the lower circumferential locations
are in an excellent agreement with the measurements. The
SMARTT simulation predicted pressure lube failure at 369
s. With the maximum pressure tube temperature at 759°C
and the maximum top-to-bouom pressure tube differential
temperature at 511°C. It is evident from the pressure tube
temperature profiles that the pressure tube ballooned into
contact with the calandria tube at about 470 s at Ring 2
where the temperature at the top declined substantially. The
thermocouple at the top at Ring 1 failed at that time. The
pressure tube was reported to have ruptured at the top at
time 1278 s due to heater failure. The maximum measured
pressure tube temperature was 720°C at the top before
ballooning and the maximum measured top-to-bottom
differential temperature was 471°C. Figure 24 shows the
comparison between experimental measurements and
SMARTT predictions for the pressure tube circumferential
temperatures. The agreement is reasonable at lower
circumferential locations; however, the temperature is
significantly overpredicted at the upper locations of the
pressure tube.

The heater sheath temperature profiles both measured and
predicted at Ring 3 shown in Figure 25 indicate good
agreement. However, the heater sheath temperature at the
end of the SMARTT simulation was marginally
overpredicted at TC 13.

A heat balance performed on the test section revealed that
the input power is 70% of the reported total power (Figure
7) due to electrical losses and measurement errors. The code
predictions discussed above was based on 100% of the
reported total power which is considered to be the main
factor contributing to the overpredictions by the code. A



comparison of the pressure tube temperatures with SMARTT
predictions accounting for the heat losses are shown in
Figure 26. These results confirm that with assumed heat loss
and measurement errors of 30%, the pressure tube
temperatures agree closely with experiment

CONCLUSIONS

1 - The SMARTT computer code was used to model the
Make-Up Water experiments which is part of the
pressure lube circumferential differential experimental
program. The code was modified to model the heater
geometry used in the experiments.

2 - In general, good agreement was obtained between
experimental results and SMARTT predictions. The
discrepancies are attributed to the uncertainty in input
power measurements and the limited discrete liquid level
available in the SMARTT code.

3 - Modelling efforts are underway to increase the number
of discrete liquid levels available in SMARTT to more
accurately represent the actual liquid level in
experiments. Also, the feedback between geometry
changes and thermohydraulic modelling is being
considered for implementation in the code.
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THEORETICAL PREDICTION OF THE GARTER SPRING POSITIONS ALONG
THE CHANNELS OF SOME CANDU REACTORS

CARLOS H.EORZI

GAID-CNEA and IFLYSIB-CONICET, Argentina

ABSTRACT

We propose a methodology for predicting the
positions of the Garter Springs (GS) along the
channels of those CANDU Reactors which have
suffered displacements of the GSfrom their design
positions. From the experimental location of the
GS along some inspected channels we shall be
able to predict the localization of the GS in the
rest of the channels. We model the GS along a
channel as beads along one abacus line (that is to
say: hard cores in one dimension.) We use the
Statistical Mechanics Theory to get the relation-
ships between the mass distribution and the
"external potential" which fully determines that
distribution. That allows us to design the men-
tioned predicting procedure.

1.0 MOTIVATION AND STRATEGY

The motivation of this work is to build up a
mathematical model on which we could study the
problem of the displacement of the GS from their
design positions along the channels of a CANDU
reactor, where they act as separators between the
pressure tube (PT) and the Calandria tube (CT).
The model should be simple, in order to allow
analytical treatment but it should contain all the
features which are relevant to the subject prob-
lem. We will state a model which emphasizes the
features we consider relevant and which is exactly
solvable. Other relevant features, which we hope
to learn from the readers, could be afterwards
implemented on top of our simplifying assump-
tions. Our model will provide a way to interpo-
late information from some set of inspected
channels in order to get information about the rest
of them. The information required, that is the

input to the implemented computer codes, is the
set of positions and dispersions of the GS along as
many channels as possible in a given reactor.
The output of those codes will be the probability
of finding a GS at a distance x along the axis of
the rest of the channels. We shall see how good
the model mimic the real system whenever we
had a chance to analyze massive experimental
data. We shall perform the alluded interpolation
at the level of the causes whose effect is the
displacement of the GS. We add together those
causes in what we call the "external potential"
u(x) which is related one to one to the "mass
distribution" p(x) in the non-uniform systems at
equilibrium (x being a coordinate running along
the axis of the channel from 0 to L.) Although
the existence and uniqueness of the potential u(x)
can be ensured in general, the chances to get a
constructive formulation of the relationship be-
tween p(x) and u(x) are zero for real non-uniform
systems. Nevertheless, the formalism can be
implemented on few model systems. We shall
formulate one of those simplified models below.
That model adapts particularly well to the physics
of the GS and will allow us to explicitly give u(x)
as a function of p(x). Reciprocally, we shall get
p(x) and the correlations c(xl,x2,....) as functions
of u(x). We shall discuss how to tune up the
model on the basis of massive data from a given
reactor as well as its further use on operating
reactors where the data set is necessarily more
restricted. We shall discuss in the appendix some
aspects of the foundations of the model.

2.0 THE MODEL

We consider the GS as a set of hard cores in one
dimension. That is, pictorially, one line of an
abacus of length L (L = 600 cm) with 2 or 4



beads of length a (a = 0.6 cm). We are implicit-
ly assuming that the GS are always perpendicular
to the axis of the channel which is not realistic.
Corrections due to tilting are easily estimated
from a model already studied in the literature and
result to be of the order of a/L = 0.001. We
shall come back to this point in the appendix.
The PT axis and the CT axis are pictured straight
and coincident. Departures from that hypothesis
will be related ultimately to the effect of gravity
and are included in the "external potential". That
potential will also include, through a convenient
generalization of standard theories (see appendix)
the effect of the vibrations of the Calandria, the
friction of the GS with the tubes and all other
interactions of the GS with the rest of the Uni-
verse. The system of hard rods in one dimension
is one of the few exactly solvable models in the
framework of the Equilibrium Statistical Mecha-
nics Theory [1,2]. This system can be studied by
itself in an infinite medium [3], confined to a
finite length [4,5] and also when it interacts with
an arbitrary external field [6]. We have adapted
the theory developed in the references above (with
few new contributions) through the equations
summarized below:

2.1 The external potential

The external potential as a function of the distri-
bution of mass in the finite length L, measured in
units of kT, k being the Boltzmann constant
and T being the absolute temperature:

Pu(x)-ln z-ln p(x)+ln|l-J* p(<a)dat\

-i:
(1)

In eq.(l) the "activity" z = exp(-/3 pi), p. being
the "chemical potential" of the system in equilib-
rium, could be exactly evaluated [71 but it results
more economical to fix it as an arbitrary constant
because we will renormalize it anyway. We
adopt the same criterion with respect to the
"temperature" 0. It is worth to remark here that

u(x) in eq.(l) contains all the possible causes ol
the displacements of the GS from their desigr
positions.

2.2 Probability of Presence of a GS

The probability of presence of a GS at a position
x in the segment [0,L] is equivalent to the distrib-
uted density of mass in the Canonical Ensemble,
which was obtained (through convenient Laplace
transformations) in eq.(6) of Ref. [8]:

(2)

where:

<?*<*>y>- i l l -
(3)

is the Canonical Partition Function of k hard
cores in the segment [x,y] with the normalization
Qo(*,y) = I-

2.3 The Conditioned Probability

The conditioned probability of finding a GS at
position y when the first one was found at posi-
tion x < y, was established in Ref. [4] and results
to be:

(4)

where P(x) comes from eq.(2) and as we got ir
Ref. [8], with further corrections:

J*k-l



In these conditions we can design a procedure of
interpolation which, as we announced above, will
allow us to use the experimental knowledge of the
positions and their dispersions in the inspected
channels to predict the probability of presence of
the GS and their correlations along the other
channels. The procedure works as follows: Let
us assume that we know the positions x^ and their
dispersions a^ along the axis of some channels.
The superscript counts the GS and runs from 1 to
2 or from 1 to 4 depending on the reactor. The
subscripts (i,j) serve to order the inspected chan-
nels on the section of the Calandria. We shall put
indexes (i,j) to eqs.(l-5) when referring to those
tubes. We identify a generic target channel with
the pair (k,I). For each channel (i,j) we construct
a continuous distribution of mass with two param-
eters per peak which get fixed after the experi-
mental information. That information consists of
the positions x1^ and the dispersions a3^. For the
sake of simplicity we start proposing a sum of
Gaussian distributions, conveniently renormalized:

-exp-
<x-x* (6)

.-l a'

The generalization to more elaborated distribu-
tions of the type of the ones in Ref.[9,10] is
immediate. From those distributions we evaluate
the external potential (which is distributed in the
space) along the axis of the inspected channels
through eq.(l). Now we assume that the external
potential is smooth enough as to be numerically
interpolated within the Calandria. We shall
interpolate on sections of the Calandria, that is on
the indexes (i j ) for fixed values of x, and con-
struct u(x) for the target channel (k,l) step by
step. Once we know u(x) we use eqs.(2-5) to
predict P(x) and P(y/x) for the target channel.

3.0 RESULTS

So far we only had at hand a set of randomly
generated data [10] and a restricted set of experi-
mental data [16,17]. The first mentioned set of
data WJL5 generated on the basis of a proposed

distribution which matches the first moments of a
set of experimental data. Those generated data do
not correspond to any real channel but in a global
and indirect manner and are of little help in the
process of judging the goodness of the model,
since the whole procedure is designed for the
investigation of specific individual channels.
Nevertheless, the implementation of the process
on that set of data allowed us to check that the
model behaves as expected, from the Statistical
Mechanics point of view, when it is fed with
randomly generated numbers. The details can be
seen in Ref [11].
The mentioned set of experimental data is present-
ed in Table 1 at the end of the paper. In order to
show how the model works, we take sets of 15
channels as input data and predict the positions,
the dispersions and the relative error along the
remaining one. We define the relative error at
each channel as the average of the relative errors
in the positions of the 4 garter springs in the
channel. The results are presented in Table 2 also
at the end of the paper. The global relative error
of the whole calculation, what we estimate as the
average relative error from the last column of
Table 2, is: 22 %.

4.0 ASSESSMENT

The predictive value of our model must be ana-
lyzed after taking into account the following
factors:

1) The subject data set is not big enough as to
allow a proper tune up of the model. The nor-
malizing constants and the proposed continuous
distributions for the input densities have to be
adjusted on the light of a massive set of data.
Those data should be the positions and dispersions
of the GS along some compact set of channels in
some fully inspected Calandria. We insist in the
necessity of analyzing such a data set in order to
tune up the model and then to use it as a guide in
the localization of the GS in operating reactors.
The values in Table 2 are presented just as a
demonstration of the potentiality of the model
and, although they are not so bad, we are willing
to recalculate them after we have a chance to
actually do the mentioned tune up.



2) We are interpolating in two dimensions and the
potential is defined in the space. We are current-
ly working in the implementation of a three-
dimensional interpolation process which could
improve our predictions.

3) The average global error, which tries to sum-
marize the goodness of the model, could be
strongly affected by the size of the input data set,
as we pointed out above. In order to give a
realistic estimation of the practical relevance of
our predictions we should be able to test them in
other reactors and to study the dependence of the
global error with the size and quality of the input
data set.

On the light of the comments above, we have
preferred no to pursue a detailed discussion of the
results in Table 2. We could analyze correlations
among the GS in the same channel, correlations
among different channels as a way of establishing
eventual symmetries, etc. We shall pursue that
analysis after the model is properly tuned up as
discussed above. Nevertheless, there is one
feature of the results in Table 2 which is worth to
be remarked: The relative error is bigger in those
channels where the GS were found stuck together.
That bigger error results to be natural since we
are considering the GS as hard cores with a pure
repulsive interaction. We shall include a "sticky
interaction potential" among the GS, in future
formulations of the model.

For the sake of completeness, we will briefly
discuss the foundations of the model in the Ap-
pendix below.

5.0 APPENDIX

During the set up and the analysis of the model,
several critics were pointed out by colleagues and
friends. We shall discuss here the ones related to
the foundations of the model.

The existence and Smoothness of the External
Potential can be blindly ensured for conservative
systems. The GS dissipate energy by friction
with the tubes to which they are attached and so
the subject system is not conservative. In addi-

tion, the presence of a random force (due to t
vibrations of the Calandria) obscures much me
the settlement of an equilibrium state and that
essential for the validity of the whole theory. I
us proceed by parts: First consider a syst<
whose dynamics are dominated by friction or dr
rather than by inertial or random forces. Let
assume that the system is subjected to an exten
potential u(x). The Newton's equations of moti
read

yx—Vu(x)-F(x) (Al

where 7 is the drag coefficient and we symboli
the time derivative with a dot and the gradie
operator with V. This by itself will drive t
system to the configuration of lowest potent
energy. If the dissipation is countered by rando
forces, which while averaging zero will alwa
pump energy into the system, the Newton
equations will look instead:

yx—Vu(x)+A(f)

If we assume white noise, we would have:

vi(r))-0 , C4(fM(r0)-—Ht-t
P

(A3

And so eq.(A2) is a Langevin Equation. T
zero correlation time assumption simply mea
here that the correlation time of the vibrations
short compared to the scale of non-random m
tion of the GS. With standard probability ir
chinery we convert eq.(A2) into a Fokker-Plan
Equation for the probability distribution of nu
at x and t:

dt

-V-



Then the H-Theorem of Boltzmann shows how
p(x,t) decays steadily to the stationary solution:

(A5)

We finally include the inertial terms and get:

Mv—
v-x

By assuming white noise again and, after some
computations, the interested reader could prove
that p (x,v,t) settles down to a Thermal Ensemble
and then the Equilibrium Statistical Mechanics
applies [12].

The assumption of perpendicularity of the GS
with respect to the axis of the channel is an
idealization and corrections could be required.
The case with tilting is already considered in the
literature [13] and it results in the existence of an
effective size of the cores. The influence on the
variables of eqs.(l-5) is estimated to be of the
order of a/L = 0.001.

The Ensemble Averages (which are essential to
the Statistical Mechanics Theory) make real sense
when dealing with systems with a big number of
particles. If we think of a single channel we
have, at most, 4 particles (the GS) and then we
would fail at the time of changing Ensembles
(through the Laplace Transformations mentioned
in the text above) see Ref.[14], To overcome that
problem we shall think of a whole set of chan-
nels, which are replicas of the one of interest, and
we shall perform the averages on the set of
replicas. This is a trick first proposed by M.Kac
[15]. In these conditions we get a selfconsistent
model, even in the case with only 2 GS per
channel.

6.0 ACKNOWLEDGEMENTS

The author is indebted to J.K.Percus, J.C.

Almagro, S. Teriisky and R. Palou for illumina-
ting discussions.

7.0 REFERENCES

[1] Percus, J.K. "Exactly Solvable Models of
Classical Many Body Systems" in "Simple Mod-
els of Equilibrium and Non-Equilibrium Systems"
J.L.Lebowitz editor. Elsevier Publisher, Amster-
dam 1987.

[2] Baxter, R.J. "Exactly Solved Models in
Statistical Mechanics" Academic Press, London
(1982).

[3] Takahashi, H. "A Simple Method for Treating
the Statistical Mechanics of One Dimensional
Substances" Proc.Phys.Math. Japan 24:60
(1942).

[4] Salzburg, Z.W., Zwanzig, R.W. &
Kirkwood, J.G. "Molecular Distribution Func-
tions in a One Dimensional Fluid" J.Chem.Phys.
21:1098 (1953).

[5] Leff, H.S. & Coopersmith, M.H. "Trans-
lational Invariance Properties of a Finite One
Dimensional Hard Core Fluid" J.Math.Phys.
8(2):306 (1967).

[6] Percus, J.K. "Equilibrium State of a Classical
Fluid of Hard Rods in an External Field"
J.Stat.Phys. 15(6):505 (1976).

[7] Feynmann, R.P. "Statistical Mechanics"
Frontiers in Physics Series, D.Pines editor.
W.A.Benjamin Inc. Massachusetts (1972).

[8] Borzi, C.H. "Informe de Actualization sobre
el Estudio de la Localization de los Separadores
de CNE" Internal Report, GAID-CNEA, Argenti-
na (1990).

[9] Leger, M. & Leemans, D.V. "A Study on
Hydride Blister Formation in Bruce 3 and 4 and
Pickering 5 and 6" Ontario Hydro Research
Division 86-153-K Canada (1986).



[10] Otero, D. & Terlisky, S. "Inspection and
Evaluation of Pressure Tubes Data at Embalse
Nuclear Generation Station" CCTP24 GAID-
CNEA, Argentina (1989).
[11] Borzi, C.H. "Localization de los Separa-
dores a lo largo de los Canales Combustibles en
Reactores CANDU". Seminar Notes, SUCAN-
CNEA, Argentina (1991).

[12] Perçus, J.K. Private Communication.

[13] Lebowitz, J.L. & Zomick, D. "Mixtures of
Hard Spheres with Non-Additive Diameters.
Some Exact Results and Solution of Percus-
Yevick Equation" J.Chem.Phys. 54(8):3335
(1971).

[14] Lebowitz, J.L. Phys.Rev. 153:250 (1967).

[15] Kac, M. "Trondheim Theoretical Physics
Seminar", Nordita #286 Norway, 1968. There is
a good discussion of Kac's method in: Moukarzel
C. "Modelos de Vidrios de Spin" Doctoral Thesis
IB-CAB-CNEA, Argentina (1991).

[16] Antonaccio, G., Obrusky, L., Martinese, R.
and Otero, P. "Informe Final de la Inspección
para la Determinación de la Posición de los
Anillos Espaciadores del Reactor de CNE"
SIMEC-INEND, CNEA report Octubre 1986.

[17] Liu, J. "Span Length versus Required Gap
Relationship for Cordoba Reactor" AECL report
31100-200-002, 7-26-88.

[18] Subroutine "IQHSCV" from IMSL,Houston
Tx-USA,1980.



TABLE 1: POSITIONS AND DISPERSIONS OF THE GS IN 16 CHANNELS, DISTRIBUT-
ED ON A SECTION OF THE CALANDRIA, MEASURED IN CENTIMETERS FROM ONE
OF THE ENDS OF THE CHANNELS. THOSE ROWS WHICH HAVE AN ASTERISK IN
THE LAST COLUMN ARE TAKEN FROM REF.[16] AND THE OTHERS FROM REF.[17].
THE CHANNELS ARE NAMED S ¥ THEIR INDEXES (I,J) ON THE INTERPOLATION
GRID AS DISCUSSED IN THE TEXT.

CHANNEL

(1,15)

(2,8)

(5,20)

(7,8)

(7,12)

(9,12)

(9,6)

(9,13)

(9,20)

(10,1)

(10,7)

(10,13)

(10,18)

(11,10)

(12,8)

(18,9)

XI

145.0

154.0

138.0

104.0

144.0

225.0

574.0

45.0

143.0

132.0

145.0

212.0

135.0

153.0

122.0

223.0

X2

242.0

358.0

183.0

104.0

222.0

7

574.0

50.0

242.0

233.0

247.0

247.0

185.0

262.0

400.0

271.0

X3

347.0

358.0

297.0

509.0

375.0

?

574.0

195.0

347.0

336.0

349.0

318.0

365.0

335.0

550.0

373.0

X4

347.0

368.0

450.0

509.0

395.0

265.0

574.0

568.0

444.0

583.0

584.0

318.0

450.0

343.0

550.0

576.0

DISP

2.5

2.5

5.0*

2.5

2.5

2.5

2.5

5.0*

5.0*

2.5

2.5

2.5

5.0*

5.0*

2.5

2.5



TABLE 2: PREDICTED VALUES FOR THE POSITIONS AND DISPERSIONS OF THE GS
ALONG THE CHANNELS OF TABLE 1 THROUGH THE PROCEDURE DESCRIBED IN
THE TEXT. THE NUMERICAL INTERPOLATION WAS PERFORMED BY USING
STANDARD ALGORITHMS [18]. THE RELATIVE ERROR (LAST COLUMN) IS DEFINED
IN THE TEXT.

CHANNEL

(1,15)

(2,8)

(5,20)

(7,8)

(7,12)

(9,2)

(9,6)

(9,13)

(9,20)

(10,1)

(10,7)

(10,13)

(10,18)

(11,10)

(12,8)

(18,9)

XI

153.5

147.5

143.0

145.0

140.0

1350

125.0

42.0

138.0

230.0

144.0

47.0

144.0

125.0

145.0

126.0

X2

300.0

263.0

240.0

210.0

222.0

230.0

337.0

60.0

186.0

265.0

250.5

195.0

240.0

250.0

255.0

126.0

X3

355.0

265.0

350.0

247.0

372.0

335.0

400.0

198.0

365.0

330.0

350.0

350.0

345.0

320.0

347.0

402.0

X4

445.0

350.0

448.0

320.0

390.0

585.0

575.0

570.0

450.0

570.0

580.0

567.0

445.0

390.0

580.0

552.0

DISP

20.0

10.0

7.5

15.0

10.0

10.0

15.0

20.0

15.0

20.0

7.5

20.0

20.0

20.0

10.0

5.0

REL.ERR.

0.16

0.20

0.21

0.56

0.03

0.52

0.37

0.03

0.08

0.23

0.01

0.46

0.11

0.11

0.25

0.27



BEARING-PAD/PRESSURE-TUBE RUPTURE EXPERIMENTS

R.G. Moyer, D.B. Sanderson, R.V. Tiede and H.E. Rosinger
AECL Research-Vhiteshell Laboratories
Pinava, Manitoba, Canada ROE 1L0

(204) 753-2311

ABSTRACT

The behaviour of a CANDU1 pressurized heavy water reactor fuel channel during a
postulated loss-of-coolant accident with coincident loss-of-emergency-core
cooling is being studied at AECL-Vhiteshell Laboratories. In some of these
postulated accidents, the pressure tube is predicted to become completely dry
in a matter of seconds after flow stagnation occurs. As the pressure-tube
depressurizes, the fuel cladding temperatures in the bundle can easily exceed
1000°C. Most of the pressure-tube circumference will be heated by thermal
radiation, except at spots where the bearing pads are in contact with the
pressure tube. Here, conduction and thermal radiation are the dominant modes
of heat transfer. Therefore, local hot spots can develop on the pressure tube
under the bearing pads. Whether the pressure tube would fail at these hot
spots depends on the localized temperature and pressure transients it
experiences.

Experimental results to date, using electrically heated fuel element simulator
bundles, have shown that localized hot spots created by bearing-pad contact do
not result in significant local strain on the pressure tube during ballooning.
Tests were done in steam and simulated steam atmospheres using "as-received,"
"worn" and the modified "T-pad" bearing pads with similar results. Hence, the
probability of pressure-tube failure during ballooning does not appear to be
influenced by localized hot spots caused by bearing pads of overheated bundles
for the range of experimental conditions studied.

This experimental program was funded by the CANDU Owners Group (COG).

1. INTRODUCTION

In the analysis of postulated Loss-of-Coolant Accidents (LOCA) with coincident
Loss-of-Emergency-Core Cooling (LOECC), the thermal-mechanical behaviour of
the fuel channel must be understood. Fuel bundles in a CANDU pressurized
heavy-water reactor rest on the inside surface of the horizontal pressure tube
in the fuel channel. The 0.5-m-long bundles have spacer pads between the
individual fuel elements and bearing pads on the outermost ring of elements
supporting the weight of the bundle in the pressure tube. Ve need to
determine if pressure-tube failure could result when a local "hot spot"
develops at the bearing-pad/pressure-tube contact surface.

The objective of this experimental program is to study the influence of hot
bearing pads on the thermal-mechanical behaviour of a ballooning pressure
tube. The data from the experiments will support the validation of computer
codes used to analyze reactor safety.

1 CANidian Deuterium Uranium, registered indemirk it AECL.
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The experimental program vas divided into three series:

1. Series 1 consisted of four experiments in a steam environment.
They examined the: influence of power and pressure on the hot spots
developed under the bottom bearing pads during pressure tube
heat-up and ballooning.

2. Series 2 consisted of tvo experiments in a simulated steam
environment (25Z 02 and 75Z Ar) designed to eliminate the problem
of steam condensate influencing the temperature gradients in the
test section.

3. Series 3 consisted of three experiments performed vith three
distinctly different bearing pads to determine the influence of
bearing-pad types on the thermal-mechanical behaviour of the
pressure tube.

This paper describes the results from these experiments.

2. MATERIALS AND METHODS

2.1 Experimental Apparatus

The apparatus consisted of a 1.2-m-long section of autoclaved Zr-2.5 Nb
pressure tube positioned concentrically inside a 1.1-m-long Zr-2 calandria
tube (Figure 1). The annulus between the pressure and calandria tubes vas
filled with C02 and the calandria tube vas surrounded by heated vater in an
open tank. The pressure tube was connected to a blovdovn tank through a line
containing a fast-acting hydraulic valve. The blovdovn tank vas heated to the
saturation temperature (for the Series 1 experiments) to maintain pressure
after blovdovn. For Series 2 and 3 experiments, the hydraulic valve vas
opened and the blovdovn tank helped maintain test-section pressure during the
ballooning phase of the experiment.

A cross section of the test section is shovn in Figure 2. The fuel element
simulators (FESs) were arranged to represent the outer ring of 16 fuel
elements in a typical 28-element CANDU fuel bundle. The heater filaments for
the fuel element simulators vere 6-mm-diameter tungsten-carbide-coated
graphite rods, 1100 mm in length. High-purity alumina (Al203) insulators
separated these filaments from the 15.2-mm outer diameter Zr-4 cladding. The
cladding had a ring of bearing and spacer pads in five axial locations: at the
axial centre of the heater bundle, as veil as, 197 and 304 ma on either side
of centre. The bearing pads at the central ring vere brazed to the cladding
so the heat transfer coupling vas typical of CANDU fuel. Tungsten weight cans
vithin the bundle provided representative mass per unit length of CANDU fuel
bundles (49.4 g/mm).

Experiments 1 to 7 inclusive had "as received" bearing pads at the central
bearing-pad ring. These bearing pads vere slightly concave in the axial
direction and contact vith the pressure tube vas mainly at the ends
(Figure 3a). Experiment 8 had a simulated "worn9* bearing pad at the central
bottom location (Figure 3b). This simulated the expected vear of bearing pads
after extended reactor operation. The "worn" bearing pad had a slightly
convex axial profile, and contact vith the pressure tube vas greatest at the
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centre. Experiment 9 used the modified "T-Pad" design at the central bottom
bearing-pad location (Figure 3c). These bearing pads had a reduced cross
section from the cladding to the pressure-tube surface.

2.2 Instrumentation

All 16 fuel element simulators were connected in parallel to a DC power
supply. Thermocouples, used to monitor test section temperatures, were
typically configured as: three inside the bottom fuel element simulator, 12 on
the fuel element simulator cladding, 30 on the outside surface of the pressure
tube, and six on the outside surface of the calandria tube.

The three thermocouples located inside the bottom fuel element simulator had
0.25-mm-diameter C-type (tungsten-rhenium) sensing elements threaded through
double bore alumina (A12O3) insulators inside a 1.5-mm-diameter tantalum
sheath. The vires of these thermocouples vere twisted together and fused at
one end to form a thermocouple junction. The tantalum sheaths (with
thermocouple inside) vere threaded through holes in the A12O3 pellets in the
bottom fuel element simulator.

Cladding thermocouples vere magnesium oxide (MgO) insulated R-type
(platinum-rhodium) thermoelements inside 1.0-mm outer diameter Inconel
sheaths. The individual vires vere slightly separated and spot welded
directly onto the surface of the fuel element simulator cladding or bearing
pad.

The thermocouples on the pressure tube vere 0.5-mm outer diameter
Inconel-clad, K-type (chromel-alumel) with magnesium oxide insulation. The
thermocouples on the calandria-tube surface were fiberglass insulated K-type
with wire diameters of 0.13 mm. In both cases the separated sensing vires
were spot-welded directly onto the calandria or pressure-tube surfaces. A
typical arrangement of thermocouples attached to the outside surface of the
pressure tube (under the central bearing pad) is shown in Figure 4. This
thermocouple grid was used to measure the hot spots in the vicinity of the
bottom bearing pads.

Relative displacement of the pressure tube with respect to the calandria tube
was monitored by top and bottom Linear Variable Differential Transformers
(LVDTs) (Figure 4). A third LVDT was added on the bottom (Tests 8 and 9) to
measure the ballooning between bearing-pad rings. In these two tests,
ballooning and contact times on the bottom of the pressure tube could be
compared at the central bearing-pad ring and between the bearing-pad ring
located 197 mm from the centre.
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2.3 Experimental Procedure

Table 1 lists the test parameters for the three test series.

Table 1

Summary of Experimental Conditions

Test
Number

Pressure-
Tube
Pressure
(MPa gauge)

Pressurizing
Medium

Test Section Power
Per Element

(kV/m)
Total
(kV)

Series 1 Experiments

1
2
3
4

2-3
3-3.5
6
6

Steam
Steam
Steam
Steam

4.1
8.3
5.0
8.4

72
146
88
148

Series 2 Experiments

5
6

C
O

 SO

Ar-25Z 02
Ar-25Z 02

8.1
7.7

142
135

Series 3 Experiments

7
8
9

3
3
3

Ar-25Z 02
Ar-25Z 02
Ar-25Z 02

8.1
8.5
8.0

140
140
140

The experimental procedure for the three series of experiments vas as follows:

1) The fuel element simulators were pressurized on the inside with
helium. The helium pressure vas maintained roughly 1 MPa lover than
the pressure-tube pressure to provide a constant differential pressure
across the cladding throughout the test.

2. The vater surrounding the calandria tube vas heated to the required
temperature and stirrers turned on to circulate the vater.

3. The annulus betveen the pressure and calandria tubes vas purged vith
C02 and maintained slightly above atmospheric pressure throughout the
test.

A. The experiments in Series 1 and the first experiment of Series 2
started the high pover heat-up stage from an initial pressure-tube
temperature of approximately 300°C. During the preheating to 300°C,
only selected fuel element simulators near the bottom of the pressure
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tube were powered. This procedure minimized the circumferential
temperature gradient on the pressure tube and helped reduce
condensation on the bottom of the pressure tube in the Series 1
experiments.

Experiments 6 through 9 did not have an initial preheat-up stage.
High power heat-up began directly from a pressure-tube temperature
that matched the temperature of the water surrounding the calandria
tube.

5. Pressure-tube pressure was increased to the desired pressure and held
constant throughout the experiment.

6. Test section power was ramped from 0 to full power over 50 to 90 s and
then remained constant throughout the test.

7. Power was decreased and the test terminated when the pressure tube had
fully contacted the calandria tube and stable nucleate boiling was
observed on the calandria tube.

3. RESULTS

3.1 Summary of Results

The results from experiments 1 to 9 will be summarized, followed by summaries
of each of the three test series. For each test, the test section was
pressured and the power ramped from 0 to the desired power (Table 1). This
pover caused the fuel element simulator temperatures to increase and to
radiate energy to the surrounding pressure tube. The resultant pressure-tube
heat-up rates for the various experiments are presented in Table 2. These
rates were calculated prior to ballooning as heat-up rates decreased slightly
during the ballooning phase of the experiment.

When the pressure-tube temperatures increased above approximately 600*C, the
pressure tube started to balloon. This deformation continued until the
pressure tube ballooned into contact with its surrounding water-cooled
calandria tube and subsequently cooled.
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Table 2

Summary of Major Experimental Results

Test Pressure-
Tube Heating

Rate
(°C/s)

Pressure-Tube/Calandria-
Tube First Contact

Temperature
<°C)

Location

Pressure-'
Under Bottom
Bearing Pad

(local)**
(*)

Cube Strain*
Betveen
Bearing Pads
(global)***

<*>

SERIES 1 EXPERIMENTS

1
2
3
4

3.4
7.6
3.8
7.4

765
785
670
740

Top
Top
Bottom
Top

<1
<1
12
9

<1
<1
12
8

SERIES 2 EXPERIMENTS

5
6

7
8
9

•

**

***

7.7
7.4

755 Bottom 115
7

SERIES 3 EXPERIMENTS

8.6
8.2
8.9

770
755
770

Top
Bottom
Top

4
8
12

22
5

7
9
12

Strain = ln [original vail thickness/final vail thickness]
Local * directly under the bearing pad
Global = in the vicinity of the bottom bearing pads

In most of the experiments, free convection caused significant temperature
gradients to develop on the pressure-tube circumference during heating. The
top of the pressure tube vas typically 40 to 85*C hotter than the bottom
(Table 3) at the central bearing-pad ring. Temperature gradients caused by
free convection were generally higher betveen the bearing-pad rings than at
the bearing-pad rings. A typical temperature history betveen bearing-pad
rings (Test 7 shovn) is given in Figure 5a. This top-to-bottom
circumferential temperature gradient caused most of the strain to occur in tl
upper half of the pressure tube (Figure 5b).
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Test

1
2
3
4

5
6

7
8
9

Summary of Pressure-Tube

Pressure-Tube

Circumferential

Maximum

260
115
40
60

125
80

40
90
75

Table 3

and Bearing-Pad Induced T

Temperature Gradients

At PT/CT*
Contact
CO

SERIES 1

230
115
35
40

SERIES 2

85
65

SERIES 3

20
50
70

Axial

Maximum

CO

EXPERIMENTS

60
90
40

EXPERIMENTS

100
125

EXPERIMENTS

95
170
100

* PT/CT = Pressure Tube/Calandria Tube

At PT/CT
Contact
CO

40
15
25

6
80

15
15
55

emperature

Localized
Hot Spot
Under

Bearing Pad

15
15
10
10

20
10

10
35
15

The large top-to-bottom gradients of the pressure tube in Tests 1 and 2 vere
caused by steam condensate along the bottom of the pressure tube during a
large portion of the heat-up phase. The top-to-bottom circumferential
gradients caused most of the pressure-tube strain to occur in the upper half
of the tube. The bottom of the pressure tube, moved into calandria-tube
contact with negligible strain.

Small localized hot spots developed on the pressure tube, directly below the
bottom bearing pads in each experiment. These hot spots vere caused by the
extra heat transferred from the fuel element simulators to the pressure tube
via conduction through the bearing pads. Adjacent bearing pads at similar
axial locations smoothed out the circumferential temperature gradients,
resulting in a band of high temperatures at each bearing-pad ring location.
As a result, axial temperature gradients away from the bearing-pad ring vere
significantly larger than circumferential gradients at the bearing-pad ring
(Figure 6). Maximum recorded axial- and circumferential-temperature gradients
on the outside surface of the pressure tube in the vicinity of the bottom
bearing pads are given in Table 3. The shapes of these gradients are similar
to that shown for Test 7 in Figure 6.
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3.2 Series 1 - Tests Performed in Steam

The four experiments in Series 1 included two low-pressure tests and two
high-pressure tests with low and high bundle power levels. The bearing-pad
induced hot spots in these tests were approximately 10 to 15°C above the
temperature of the pressure tube between pads. This increased temperature did
not cause significantly increased local strain under the bottom bearing pads
during ballooning. The high-power tests had higher heat-up rates and the
temperature difference between the bottom bearing pad and the pressure tube
was higher than the low-power experiments. Changes in test pressure did not
appear to have a strong influence on bearing-pad hot spots.

The hcat-up rates of the bottom bearing pad and the pressure tube changed
during the ballooning phase of the experiments. The thermal gradient from the
bottom fuel element simulator to the pressure tube throughout the heat-up and
ballooning phases (Test 4) is shown in Figure 7. The differential temperature
between the bearing pad and the pressure tube increased during early heat-up,
then remained relatively constant until the pressure tube started to balloon
(time = 105 s). As ballooning progressed, the heat-up rate of the bearing pad
increased and the heat-up rate of the pressure tube decreased. These heating
rate changes suggested the contact conductance between the bearing pad and the
pressure tube decreased during the ballooning phase.

One of the problems with steam pressurization (Series 1 tests) was the
presence of steam condensate on the inside bottom of the pressure tube. Steam
condensed on the water-cooled end seals, collected on the bottom and entered
the heated test section area from each end. Power was applied to the bottom
fuel element simulators to prevent condensation but this procedure caused
axial and circumferential gradients within the heater bundle that nay have
affected gradients on the pressure tube. For this reason, the Series 2 and 3
experiments were pressurized with simulated steam (gas mixture of 75Z Ar and
25Z 0 2).

3.3 Series 2 - Tests Performed in Simulated Steam

The two experiments in Series 2 used high bundle power with 3 and 6 MPa
pressure-tube pressure.

One of the objectives of Test 5 was to access the effect of bearing-pad hot
spots when the bottom portion of the pressure tube had the highest strain
during the ballooning phase. For this reason, the bottom of the pressure tube
in experiment 5 was preferentially heated before high power heat-up. This
imposed gradient resulted In a bottom pressure-tube temperature approximately
125*C hotter than the top at the start of the ballooning phase. This caused
greater wall reduction on the bottom of the pressure tube during the
ballooning phase of the experiment (Figure 8). The large global pressure-tube
strain (-22Z) in the vicinity of the bottom bearing pads, combined with the
local bearing-pad hot-spot (~20*C) on the bottom, caused 115Z localized strain
directly under the central bottom bearing pad. Thus, a relatively modest hot
spot is sufficient to cause considerable localized strain during ballooning
when the global strain in this location exceeds approximately 20Z.
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3.4 Series 3 - Effect of Bearing-Pad Design and Wear

Three experiments vere performed with similar experimental conditions but with
different bearing pads at the central bearing-pad ring. Tests 7, 8 and 9 had
"as-received", "worn" and "T-Pad" bearing pads, respectively, at the central
bottom bearing-pad locations. These tests were designed to show the effect
bearing-pad wear and design changes have on the thermal interaction with the
pressure tube under similar test conditions.

Two-dimensional and three-dimensional temperature profiles during Test 7 are
shown in Figures 6(a) and (b). These profiles are compared with the profiles
of Test 8 shown in Figures 9(a) and (b). The profiles were obtained from the
grid of thermocouples on the pressure tube in the vicinity of the central
bottom bearing pad.

The contours of Test 7 ("as-received" bearing pads) show a band of high
pressure-tube temperatures opposite the ring of bearing pads. This band had
slight hot spots directly under the bearing pads of less than 10*C This
result was similar to the temperature profiles obtained in Test 9 using the
new "T-Pad" bearing pads. One of the reasons for the minimal bearing-pad
induced hot spot is related to its contacting surface. The "as-received"
bearing pad has a smaller radius than the inside surface of the pressure tube
in the circumferential direction. Also, the bearing-pad surface facing the
pressure tube is slightly concave in the axial direction (Figure 3). Thus,
most of the metal-to-metal contact with the pressure tube occurred near the
ends of the bearing pad.

The abrasion process used to produce a simulated "worn" bearing pad resulted
in a slightly convex profile in the axial direction. This produced better
mechanical contact and thus a significantly hotter hot spot directly under the
bearing pad (Figure 9). The axial temperature gradient away from the
bearing-pad ring was also greater than for an "as-received" bearing pad. Both
the bearing-pad hot spots and the axial temperature gradient decreased
substantially during the ballooning phase. There was no significant local
pressure-tube wall thinning under the bottom bearing pads following ballooning
contact.

4. DISCUSSION

4.1 General Overview

In general, the axial and circumferential temperature gradients in these
experiments developed early in the heat-up phase. These included gradients in
the fuel element simulator bundle, gradients on the pressure tube and local
gradients in the vicinity of the bottom bearing pads. The temperature
gradients did not change substantially during mid-to-late heat-up. The
pressure-tube temperature increased at the bearing-pad rings ahead of the
temperature change between rings at the start of heat-up. This caused large
axial temperature gradients on the pressure tube. The influence of adjacent
bearing pads tended to limit the hot spot under the bottom bearing pads in
weighted contact with the pressure tube. The local bearing-pad induced
temperature of the pressure tube was only 10 to 35*C hotter than the bulk
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pressure-tube temperature at the bearing-pad ring, for the range of conditions
studied in this program.

The bearing-pad heat-up rate increased and the pressure-tube heat-up rate
decreased during the ballooning phase of most experiments. These changes
indicated that the contact conductance between the bearing pad and the
pressure tube decreased during the ballooning phase. Also, the change in
contact conductance during ballooning was more pronounced when ballooning was
accompanied by a significant change in pressure-tube vail thickness in the
vicinity of the bottom bearing pads. The heat-up rate of the pressure tube
between bearing-pad rings remained fairly constant during ballooning. This
constant heat-up rate combined with the decreased heat-up rate at the
bearing-pad ring resulted in a substantial reduction in the axial gradient on
the pressure tube during the ballooning phase.

4.2 Post-test Observations

In eight of the nine experiments completed in this program, the pressure tube
ballooned into contact with the calandria tube around the entire circumference
and axially along the entire fuel element simulator heated length. The
bundle sagged as a unit such that the bottom fuel element simulators remained
in contact with the pressure tube during ballooning. The measured oxide
thickness on the pressure tube was essentially unchanged from the autoclaved
oxide thickness on the original pressure-tube section. The outside surface of
the fuel element simulators and bearing pads, including the contacting surface
of the bearing pad, had a black oxide coating after the experiments vere
completed. The post-test oxide thickness on the fuel element simulator
cladding vas less than 1 pm.

The pressure-tube segments used in these tests developed striations
(circumferential waves aligned axially) on the outside and inside surfaces
during ballooning contact with the calandria tube. These strain-induced
striations vere present even under the bottom bearing pads. The striations
had the greatest amplitude in sections of the pressure tube that had the
highest percentage of vail reduction during the ballooning phase. The stress
magnitude also appears to affect the amplitude of the striations, since they
vere more pronounced in the 6 MPa tests than in the 3 HPa tests.

5. SUMMARY

The following observations vere made from the experiments completed in this
program:

1. The increase in local heat flux directly under the bottom bearing pads
in weighted contact with the pressure tube vas small. The resultant
hot spots vere not significant enough to cause local vail thinning
under the bearing pads during ballooning.

2. The rate of heat transfer from the bearing pad to the pressure tube
increased slightly before ballooning started, then decreased
substantially during the ballooning phase.
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3. Increased bundle power increased the differential temperature between
the bearing pad and the pressure tube, but had minimal effect on the
magnitude of the bearing-pad induced hot spot.

4. The resulting pressure-tube temperatures in the vicinity of the bottom
bearing pads were similar for the "as-received" and the "T-pad"
bearing pads. The hot spots under these pads were 10 to 15*C higher
than the bulk pressure-tube temperatures. The "worn" bearing pad
produced a hot spot approximately 35"C higher than the bulk
pressure-tube temperature. This larger hot spot did not result in
significant local pressure-tube vail thinning under this pad during
the ballooning phase of the experiment.

The results from this experimental program will be used in computer codes
(CATHENA, ABAQUS, ANSYS) to calculate values of contact conductance between
the bearing pad and the pressure tube. These contact conductance values will
be used to assess the influence of bearing-pad contact with the pressure tube
in reactor safety analysis.
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INTRODUCTION
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The purpose of Environmental Qualification (EQ) is to demonstrate
that essential safety-related equipment required to mitigate the
consequences of a design basis accident (DBA) will perform as
intended when exposed to the harsh environmental conditions of
the accident at any time during the station life. Ontario Hydro
has undertaken to review the environmental qualification of the
Bruce and Pickering stations. It is intended that this program
will verify the qualification and make upgrades where necessary.
International EQ experience and current research findings will be
incorporated. The impact of aging on component life will be
established. Component change out schedules will be determined
where the qualified life is shorter than the plant life.

Environmental Qualification is only one of several factors to be
considered in plant life assurance. Environmental Qualification
primarily addresses the potential failure of non-metallic safety
related components and must be combined with other programs to
establish plant life assurance.

An estimated 100,000 components in Pickering GS A&B and Bruce A&B
require qualification. These components are spread across 1200
unique equipment types supplied by 300 equipment manufacturers.

The many facets of verification and maintenance of EQ require
close cooperation between equipment suppliers, designers and
plant operators. Within Ontario Hydro, EQ will draw on the
expertise of procurement and materials management staff,
research, engineering, operations and maintenance. The close
integration of the expertise and experience of all of these
groups will be necessary to establish and maintain an effective
EQ program.

STATUS

A pilot project and definition phase study for the Environmental
Qualification Program were completed in 1990 and 1991. The Board
of Directors of Ontario Hydro approved the initial portion of the
program including front end Engineering and Field work in
December of 1991. The full program is planned to be released in
early 1994 when a more complete and accurate estimate is
available. Implementation of the full program will take 10-12
years.
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METHODOLOGY

A comprehensive methodology (see Figure 1) has been adopted to
determine the requirements for qualification. The method of
establishing qualification and the changes necessary to assure
long term qualification will be reviewed. The purpose of the
methodology is to ensure that the end product is complete,
verifiable and maintainable.

Safety Requirements Matrix

The Safety Requirements Matrices (SRM) are organized on a system
basis. They establish the major components of the system which
are credited to perform specific safety functions. A mission time
is established for each safety function. It should be noted that
the same piece of equipment may be credited with the same or
different safety functions for different DBA's.

Harsh Environment Components List

The Harsh Environment Components List (HECL) is a list of all
support devices located in potentially harsh areas which are
necessary for the equipment identified on the SRM (SRM devices
are also listed) to perform its credited safety function. This
includes devices which are either mechanically or electrically
connected as well as those devices which are logically connected
to a piece of equipment. (An example of a logically connected
device would be a sump pump which is provided to limit flooding
levels.) The HECL is the list which is used to control
modifications to the plant. It is the characteristics of the
equipment identified on the HECL which are critical to assure the
capability of the equipment to perform its safety function.

Typically, the HECL contains information gathered from drawings,
bills of material, and other engineering information. The
following data forms part of information associated with each
HECL device:

-Equipment Code as tagged in the field
-associated SRM device
-location including elevation
-manufacturer ,model,serial number
-stock code
-specification reference
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Environmentally Qualified Components List

The Environmentally Qualified Components List (EQL) is identified
from the HECL and represents those components which may l>il in
an unsafe manner due to post accident environmental stresses.
Typically such components as all metallic valves are not
transferred from the HECL to the EQL since they would not be
adversely affected by the post accident environment. The EQL is
the list of components which require formal qualification.

Walkdowns

Walkdowns arc the process of verifying that the components are of
the type specified by Engineering. The configuration of the
equipment is also verified during walkdowns to determine that
installation details necessary to assure qualification have been
implemented correctly in the field. Walkdowns are organized to
reduce field labour and radiation exposure.

Environmental Conditions

The Environmental Conditions identify the stressors which impact
on component performance. These conditions result from normal
service and from postulated DBA's. The normal service conditions
are established for all areas of the plants which contain
equipment requiring qualification. These conditions are based on
readings recorded over a period of time during normal plant
operation.

The accident conditions are determined for potentially harsh
areas for a set of DBA's. The conditions associated with each DBA
are recorded for affected plant locations. The selected DBA's are
those which represent the worst case conditions for any one set
of equipment. A complete set of accidents is required to
establish the minimum level of stress for plant equipment
necessary to mitigate a specific accident scenario. In new plant
design it is appropriate to specify bounding environmental
conditions for component qualification. These bounding conditions
cover all areas of the plant and free the designers, in most
cases, from the complications of providing different specific
qualification for each device application. This program for in-
service plants establishes the specific needs for each device,
where needed, to minimize the impact on plant operations by
minimizing maintenance requirements and reducing the scope of
component replacement.

The following harsh conditions are recorded for each DBA where
needed:

-Temperature vs time
-Beta Radiation vs time
-Gamma Radiation vs time
-Peak Humidity
-Pressure vs time
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Environmental Qualification Assessment

Environmental Qualification Assessments (EQA's) are the auditable
records which demonstrate the capability of equipment to perform
its safety function. Equipment is qualified when it can be
demonstrated, usually by testing or analysis that the component
will perform its safety functions under the postulated harsh
accident conditions. The EQA normally contains the following
information:

-Radiation damage assessment
-component qualified life and aging assessment
-submergence assessment if applicable
-equivalency between accident and qualification conditions
-similarity analysis between assessed and installed devices
-instrument accuracy under harsh conditions
-test report review and/or material degradation analysis
-synergistic effects

Maintenance activities necessary to retain qualification in the
long term, are clearly identified and documented. Should the EQA
process identify any shortcomings in the qualification of a
component, a recommendation is made on the most effective means
to achieve qualification.

The usual options to achieve qualification are component
replacement or upgrading. However, other techniques such as
relocation, radiation shielding, operator action or modification
to system design are only a few of the alternatives which may be
successfully utilized.

Seismic Qualification and Environmental Qualification

The seismic qualification of equipment is not being addressed as
part of this EQ program. Operational feedback from facilities
which have experienced seismic activity with equipment similar to
that found in CANDU plants has demonstrated that for most types
of equipment seismic withstand capability does not degrade with
age. However, adverse environmental conditions (other than
seismic vibration) are included in the EQ program (eg seismically
induced steam environment).

BENEFITS

The initial work on the Environmental Qualification Program has
identified several areas for improvement in both equipment and
human performance. It is Ontario Hydro's goal to take advantage
of this potential to achieve the optimum safety and economy from
the in-service nuclear facilities.

The development of predictive piece part change out requirements
for components based on the stresses of normal service conditions
provides an opportunity to identify materials which need frequent
replacement. The substitution of these short life items with new
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items made with material more suitable for the conditions than
those supplied by the original manufacturer of the component will
reduce future replacements.

The development of generic standards for the procurement of
products will assist in the material substitution program. The
benefits of generic procurement standards are in decreasing the
number of unique items purchased, inspected and stored. Generic
standards for procurement provide for consistency in materials
used in the replacement process.

A typical generic material type has a range of activation
energies. Degradation analysis for materials/components is based
on the most conservative value when a better value cannot be
demonstrated. By improving the assurance of material properties
through generic procurement standards, the accuracy of the
degradation analysis is increased. Improved accuracy of
activation energies and degradation analysis will reduce the
calculated maintenance interval for parts subject to normal
service degradation.

REFERENCES

(1) CHADHA J.A.,ANDREEFF B.T.,ROLFE B.A.,"Canadian Programs for
Understanding and Managing Nuclear Plant Aging Degradation"
ASME Conference, San Diego California, June 1991
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INTRODUCTION

Environmental Qualification (EQ) is the process of demonstrating
that essential safety-related equipment required to mitigate the
consequences of a design-basis accident will perform as intended
when exposed to the harsh environmental conditions of the
accident at any time during the station life.

Procurement is the cornerstone of a successful continuing EQ
program. Invalidation of the equipment qualification already
established and costly re-work may result if an integrated
procurement effort is not incorporated into the existing EQ
programs.

The In-Service Nuclear Stations EQ program incorporates
modifications to the normal procurement process and places
increased requirements on vendors. These modifications will
change the process for requisitioning materials as well as the
acquisition process itself.

HISTORY

At many operating nuclear stations, inspection of installed
equipment demonstrated that uncontrolled substitution had slowly
degraded the environmental qualification initially achieved. The
procurement system that had been adopted did not ensure that the
devices supplied were qualified or could maintain the
qualification of those components for which qualification had
been previously established.

The procurement process allowed the acquisition of devices which
did not conform with the "form," "fit" or "function" of the
original components. The process did not allow for unique
identification of the components nor did it sufficiently describe
the device to be supplied and the documentation required to
retain qualification. Consequently, it was not possible to
adequately demonstrate the similarity or the traceability to the
component initially qualified. Therefore, some stations have had
to face the costly and time-consuming process of re-establishing
the previous component qualification.

At Ontario Hydro, for Pickering and Bruce Nuclear Generating
Stations, we are embarking on a program to verify the
environmental qualification of the essential safety and safety-
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related equipment. The planned EQ procurement program will also
prove beneficial to Darlington NGS which has begun to order
replacement parts for maintenance of the equipment previously
qualified. This will assure that the qualification previously
achieved will be maintained.

OUTLINE OF THE STRATEGY

The key elements of the strategy are identification of the EQ
requirements for the equipment to be purchased and identification
of suppliers capable of delivering the required equipment. The
objective of this strategy is to provide traceability such that
changes in fit, form, function, materials of construction,
manufacturing processes, etc. are documented and the desired
component operation under harsh environmental conditions is
demonstrated.

Engineering and Operations must clearly convey to the Purchasing
and Material Management Division the requirements of the
equipment to be purchased and ultimately to the supplier via the
procurement process. To achieve this, the buyers must be made
aware of the technical, quality assurance and EQ requirements.
The supplier, in addition to meeting the specification, must also
be aware of the EQ requirement for traceability so that a linkage
can be made between the equipment being supplied and the
equipment qualified, regardless of whether qualification was
achieved by analysis or testing.

Currently, all requisitions with EQ requirements are being
processed by one centralized, knowledgeable unit in the
Purchasing and Material Management Division. To ensure that these
documents are routed to this unit, the purchase requisition
associated with environmentally qualified devices will have a
distinctive identifier. In addition, all environmentally
qualified components or subcomponents will have a unique stock
code number which will aid in the routing of purchase orders and
ensure that "like for like" replacement occurs. Thus, routing of
the requisition to the unit designated to handle EQ purchases
will be assured. The buyers will then be aware of the special
requirements for EQ components and if they have not been properly
specified, they will contact the originating department to ensure
that the appropriate data is obtained and transmitted to the
vendor.

It is the role of the Purchasing and Material Management Division
to identify suitable suppliers of environmentally qualified
equipment. Some of the considerations in such a determination are
early identification of potential suppliers of EQ products, an
evaluation of a suppliers's capability to provide such devices
and audits.

In evaluating a supplier's capability to provide environmentally
qualified components, consideration must be given to the
supplier's ongoing support of the product line and the financial
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stability of the organization. Due to the high cost of re-
qualification, it is preferred to deal with organizations which
are committed to supplying equipment over the life of the station
and meet both the QA and EQ traceability requirements.

Thus, it will be necessary to identify potential suppliers early
in the program. This will enable us to investigate alternative
courses of action should difficulties be encountered in the
qualification of any installed device. Potential suppliers will
be identified largely by our inspectors through an assessment of
existing vendors while conducting their normal inspection and
verification activities and by appropriate use of vendor data
obtained via Nuclear Utilities Procurement Issues Committee
(NUPIC) or other suitable sources. Some of the considerations
involved in such a determination are the manufacturing plant's
quality assurance program; a documented process for controlling
design, material and process changes; previous history of
supplying environmentally qualified components; audit results;
past performance etc.

The supplier, in committing to deliver the equipment, is also
committing to meet the requirements identified. Of key concern is
the ability to provide traceability of qualification from the
tested or analyzed component to the one delivered. Steps are
underway to pre-qualify vendors based on their capability not
only to provide the product, but also to provide the traceability
necessary to ensure that the basis for the original qualification
is maintained. Typically, the manufacturer must demonstrate that
a documented and effective program is in place that will provide
proof of similarity as well as demonstrating for the component
that any changes made in materials, the design process or
manufacturing process have not had an adverse impact on the
qualification previously established.

The EQ program for the In-Service Nuclear Stations, in addition
to the above, needs to establish the qualification of equipment
previously installed. As part of the process, vendors of the
equipment already installed need to be contacted. Here the EQ
unit and the Purchasing and Material Management Division must
work as a team to ensure that the information required to support
qualification is retrieved. This information will be factored
into the solution adopted if the equipment is deemed to be
unqualifiable. Some of the key considerations are: the
availability of spare parts, the remaining qualified life, the
costs of modifications (upgrade, replace, relocate or enclose
existing devices). These deliberations will necessitate
discussions both with Purchasing and Materials Management
Division as well as Operations and Engineering in order to
identify a preferred solution.
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CONCLUSIONS

A successful environmental qualification program depends strongly
on a clear understanding of the requirements for each component
purchase and the identification of suitable vendors to meet these
needs. In order to ensure that qualification is achieved, all
those involved must be aware of their responsibilities - this
involves training. A comprehensive training program has been
planned not only to address the needs of the staff directly
involved in the acquisition process, but also to provide
awareness sessions for those on the periphery.

With the knowledge gained through training and the close co-
operation of the EQ engineering unit with the Purchasing and
Materials Management Division, the EQ requirements can be clearly
conveyed to the vendors and thus environmental qualification of
safety equipment achieved and maintained.
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The magnitude and duration of implementing Environmental
Qualification (EQ) in sixteen in-service nuclear generating units
involves the effort of more than 4000 individuals over the life
of the program. The cooperation and communication among various
organizational units is essential to ensure success. In the
analysis phase of the program, it became evident that a
significant performance gap existed between current and reguired
levels of skills, knowledge, and attitudes of current staff.

DISCUSSION

For each of the organizational units impacted by the
Environmental Qualification Program, the capability gap and,
hence, the amount and the type of training required was
different. It was determined that, in order to eliminate the
capabi ..'.' .Lty gaps, a number of initiatives would be required,
including organizational change strategies, procedural changes,
team-building, and training. In order to address these
requirements, a performance engineering approach was taken,
commencing with an analysis of performance requirements. See
Figure 1.

While recognizing that
system and performance
issues must be considered
in any issue analysis,
the thrust of the
training effort is
focused on the human
performance factors, with
particular attention
being given to the
attitudinal and skills
and knowledge components,
which are appropriately
addressed through
training programs. As
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Figure 1: Performance Analysis Model

part of this effort,
existing training was
reviewed for its
applicability. It was
recognized that, for
CANDU applications,
training materials
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developed in the United States for Environmental Qualification
would not meet the needs of Canadian units without significant
modification. Therefore, a complete needs analysis was carried
out to identify the specific training required for CANDU systems
and for the existing Canadian regulatory environment.

STRATEGY

A team was created to identify the requirements, procedures,
roles and responsibilities, etc., together with the training
required for implementation of the EQ Program (Figure 2).
Experienced members of the team provided the subject matter
expertise required to identify the specific training objectives
that would be required for other members of their own unit, or
external groups. This resulted in the design of a multi-media
training curriculum, tailored to the specific needs of each work
group, or 'target population'.

The training curriculum was based on recognized principles of
instructional design (Figure 3) using industry standards: INPO
85-006, Ontario Hydro Policy 113, and ASME standards. Ontario
Hydro has been using the systems approach to training design
since 1979, and the Nuclear Regulatory Commission has recently
promoted this approach (Reference: 92-5; NRC Proposes New
Requirements for Training and Qualification of Nuclear Power
Plant Personnel, January 1992). Consequently, although the EQ
training design commenced in late 1990, before the NRC proposal
was issued, the training in Ontario Hydro is well developed and
documented from a regulatory and audit point of view.

Because of the serious implications of poor performance
(employee/public safety, financial and public relations
implications, etc.), it was important to address the attitudes as
well as the more technical and procedural aspects of training for
those employees with involvement in the procedures, systems and
equipment involved in EQ. Therefore, some modules include
specific techniques aimed at behaviour modification.

EVAU/ATION

Figure 2: The EQ Team Figure 3: Training Design Process
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Because of the importance of tracking individual participant
completion of the required training modules, a strategy was
developed to manage training records, thereby helping to identify
gaps in skills, knowledge and attitudes of individuals and
groups. This system will ultimately assist in any auditing
processes.
The modules specified during analysis are as follows:

Introduction to Environmental Qualification and the
Consequences of Safety System Failure
Environmental Qualification Methodology
Material Properties
Environmental Qualification Testing and Analysis
Equipment Installation and Orientation
Environmental Qualification Information Sources and
References
Walkdowns
Environmental Qualification Documentation
Maintaining Environmental Qualification
Environmental Qualification Spare and Replacement
Parts - Procurement
Control of Spare Parts Inventory
Quality Assurance Procedures
Environmental Qualification Drafting and Design
Drawing

The strategies used to deliver the training modules include a
video made specially for the program, and other videos purchased
from external sources. Strategies also include participative
lectures, mock-ups and simulations, text with self-scored
assignments, together with criterion-referenced objective mastery
testing of each module.

For each of the modules, a computerized system of training
evaluation was specified, using optically scanned standard
evaluation forms, which provide an index for the delivery of each
training module, compared with an historical index for the same
module.

CONCLUSIONS

1. That a specific training program must be designed for each
of the target groups which have involvement in the EQ
Process, including certain external contractors, vendors,
etc. who impact EQ.

2. That behaviour modification approaches must be employed
during training, which complement the technical/procedural
learning, in order to ensure that the attitudes of
participants of the training course are commensurate with
the importance of the EQ Program values.

3. That training must be implemented and individual performance
measured, according to specified and approved Ontario Hydro
procedures and to meet present and impending requirements.
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ABSTRACT

The dynamic non-linear behavior of pipe whip of a steam line piping system is
studied using the general purpose finite element program MARC. The study
showed that plastic deformation of the steam line will occur at strains higher
than the maximum permissible material strain of 35%. It also indicates that
the magnitude of the blowdown force following a guillotine break may be
reduced by the deformation of the pipe cross section.

This study can be used as a guideline for assessing the behavior of other
steam lines following a pipe break.

INTRODUCTION

The combined rupture of a pipe containing high energy fluid and its subsequent
deflection and rotation under the large blowdown force of the jet is known as
pipe whip. In case of circumferential guillotine break, the pipe becomes free
to move and the high pressure fluid (steam) will introduce jet force, applied
at the free end of the pipe. As a result, the piping system is predicted to
undergo very 3arge displacements and rotations which will develop plastic
hinges along the pipe causing more breaks to occur at different locations.
Since the nature of the steam line pipe whip behavior is not known, this study
is intended to analyze a steam line of Gentilly-2 nuclear power station from
the postulated break locations outside the reactor building to the boiler
nozzle. It will provide the pipe whip loads on the steam line pipe supports.
The most severed pipe supports will be known and strengthened if possible. It
will also provide sufficient information to judge the needs of adding pipe
whip restraints to the steam lines.

The finite element models are based on the layout illustrated in Figure 1. In
this layout, the postulated pipe break locations used in the analysis are
shown. They are selected to produce failure in the steam line due to bending,
twisting and buckling. The blowdown forces are calculated using the procedure
provided in the ANSI/ANS-58.2-1989. The high magnitude and dynamic nature of
this force require a non-linear dynamic analysis to account for several non-
linearities due to extensive yielding and large displacements. For this
purpose the non-linear finite element MARC code is selected. The Newmark-Beta
method (with {$= 1/4 and <x= 1/2) is used for the direct time integration. The
pre- and post-processing finite element MENTAT code is used for modelling the
steam line and previewing the analysis results.

DESCRIPTION OF POSTULATED BREAKS AND LOCATIONS

Figure 1 shows the postulated pipe break locations considered in the study.
All of the breaks are guillotine breaks. The analysis assumes that the
whipping pipe will not impact other steam lines or concrete walls. The
scenario used in Figure 1 will produce the most significant amount of
deformation of the whipping pipe. The mechanical properties of the steam line
material at the design temperature are given below:
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Young's modulus, E
Yield strength, <Xy
Ultimate strength, Ou

Poisson's ratio, y
Mass density, p

Failure strain, eu

26380 ksi
34.5 ksi
75.0 ksi
0.29
0.725 x 10"* kips • sec2/in4

(Metal + Insulation)
35%

Break-1

In Figure 1 the break is located at the first welded end of elbow-1 above the
steam header. This scenario would result in a thrust force which would push
the pipe upward and cause a twisting moment ivi the straight run of the steam
line. The yield twisting moment M,.y for a 2 6-inch diameter pipe and 1.0-inch
wall thickness can be estimated using the following formula:

Ty (2ltr
2t) 21151 kips-in

Where, Ty=ay/ according to Von Mises yield criterion

The predicted twisting moment exerted on the steam line due to the thrust load
is 45216 kips.in

Therefore, it is expected that the thrust force will cause yielding in the
material almost immediately after the break.

Break-2

Postulated guillotine Break-2 is located at the second welded end of Elbow-2r
as illustrated in Figure 1, it is possible that this break occurs anywhere in
the straight length of the pipe between Elbow-2 and pipe support PH-560
(resulting from breaks 1 and 3). The thrust load will accelerate the straight
length of the line in the axial direction, and the effects of this motion on
the main steam safety valves (MSSVs) in that pipe length will be studied.

Break-3

The postulated guillotine break is located at the second welded end of elbow-1
as shown in Figure 1. Following a pipe break at this location, yielding in the
material is predicted to occur due to bending. The yield bending moment, M^
is determined as follows:

Cy x (nr
2t) 18317 kips-in

In this case too, yielding in the material is expected to occur immediately
after the break.

FINITE ELEMENT PIPE WHIP MODELS

Three finite element models were constructed for this analysis All elements
are two-node beam elements (element 14 in MARC). Series of straight segments
of beams are used for modelling the elbows. The boiler nozzle node is fixed.
All supports are initially assumed to have infinite stiffness (rigid
supports).
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User subroutine USPRNG is written to permit the introduction of spring
constants active only in tension for rod type hangers. It will also assume
that other supports have zero spring constant when the pipe whip loads exerted
on the supports are twice their design loads.

The jet force is modelled as a follower force which continuously follows the
geometry of the pipe. This is accomplished by using the user's subroutine
FORCDT.

ANALYSIS MODELS

The main nonlinearities models considered in the analysis are the material and
geometric non-linearities, the material non-linearities result from plasticity
and strain rate dependency. The material is assumed to be elastic perfect -
plastic material (no work hardening) as illustrated below.

Stress

Strain

Simplified Stress-Strain Curve

The large displacement parameter card is used to include the geometric non—
linearties in the analysis. This flags the program to calculate the geometric
stiffness matrix and the initial stress stiffness matrix. The Von Mises yield
condition is used. It is in good agreement with observed behavior for the
ductile materials.

DIRECT INTEGRATION METHOD AND TIME STEPPING SCHEME

The Newmark P method, with a - 1/2 and P - 1/4 (trapezoidal rule), is used in
the analysis. This operator is implicit (i.e. matrix solution is required to
step the solution forward).

The time interval used is based on the extracted eigenvalues of the Piping
System (using the modal shape option). An inspection of the eigenvalues has
revealed that the first mode is a bending mode in the Y-Z plane. The period of
this mode is 0.85 second. A time step of 0.005 second was used which is much
smaller than the suggested time step of 0.06 second (1/15 of the period), it
is felt that the behavior will be dominated by higher modes because non-
linearity of the material will happen much earlier than the first mode
suggests.

DAMPING

Damping is introduced in the direct integration using the same assumption that
the system damping matrix is a linear combination of the mass and stiffness
matrices of the system:

C «= <XM + flK
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where C_,M&JK a r e t n e damping, mass and stiffness matrices respectively
a&ff are scalar factors

No damping factor is applied to the mass matrix (mass dampers are not
introduced and a = 0). The 6 factor is calculated based on the level of
damping for steel structure, which is 5% of critical damping. Using the
following equation, the 6 factor is calculated for each model.

R_ (O.OS)(c)
P " Jc

Where c = critical damping = 2<fKm

m = generalized mass

k = generalized stiffness

RESULTS

The numerical results of the maximum displacements, velocities, Von Mises
stress and plastic strain for all postulated breaks are presented in vector
plots and X-Y plots as shown in Figures 2 to 13. The supports peak reaction
forces are provided in Table 1.0.

Break-1 Figures 8 and 9 show that yielding occurs simultaneously at
integration points 1 and 5 which is caused by the twisting moment generated
from the thrust force. For Break-2, the maximum element Von Mises Stress and
Strain are shown in Figures 10 and 11. In Figure 11 the calculated Plastic
Strain is higher than the permissible material strain. This indicates that a
second break is possible due to buckling. Figures 12 and 13 show the maximum
element Von Stress and Plastic Strain for Break-3.

CONCLUSIONS

The following conclusions are drawn from the non-linear dynamic models made on
the main steam line:

1. The thrust force will cause almost immediate yielding following
the postulated breaks. The stresses and strains around the pipe
cross section vary from one integration point to another. This
means that the deformed cross sectional area of the pipe may lead
to a reduction of the thrust load and a guillotine break as a
second break is not possible. This conclusion can be studied
further by introducing a shell element in the model at the first
plastic hinge from the free end of the whipping pipe.

2. The free end of the broken pipe will travel at very high speed,
approximately 400 ft/s (270 miles/h), which makes for a very large
impact force on the neighboring structures. This motion is
followed by considerable displacements that make it possible for
the steam line to reach and impact any equipment or concrete walls
within a radius of approximately 40 ft. Therefore it is imperative
that an auxiliary support mechanism should be added if the
surrounding structure and equipment are essential to safety.
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TABLE 1-0

MSL PIPE SUPPORTS PEAK REACTIONS (kips)

PH

PH
PH
PH

PH
PH

PH

PH

PH

No.

560
561
507

584
511

547

546

528

REACTION
DIRECTION

Fy
Fx
Fx
Fz
Fx
Fz

Fx
Fz

Fz

Fx
Fz

BREAK #1

CASE 1

-115.1

21.9

-6.8
89.0

9.7
Modelled

-45.3
54.9

39.1

245.7
-42.6

CASE 2

±75.0
17.2

59.9
91.7

-74.7

BREAK #2

CASE 1

±75.0
0.0
0.0
0.0
0.0

CASE 2

±75.0

0.0
0.0
0.0
0.0

as a tensile spring only

90.5
58.0

63.2

±75.0
-125.7

-70.3
-30.0

199.2

-246.0
-332.1

113.2
-109.7

438.8

-503.1
-548.5

BREAK

CASE 1

242.7

±158.1

125.2
2.2

-25.7

7.3
34.4

-171.8

-38.9
114.6

#3

CASE 2

±75.0
±75.0

±75.0
-1.4

±75.0

121.0
31.7

-189.9

-165.0
110.8

REMARKS

Notes: All pipe whip
load directions are in
the analysis global
axis.

Case 1: Without USPRNG
subroutine

Fy

Fz

Fy

Fz

Fx

Fx
Fy
Fx
Fz

25.6

14.7

5.7
-5.2

-218.8

0.2
-2.9

0.2
±0.9

23.7

89.9

10.6
-24.7

±75.0

-12.2
-5.1

7.5
-11.7

357.1

145.3

-102.0
60.13

±160.6

32.1
76.9

0.0
0.0

±75.0 -209.7 -239.1 Case 2: With USPRNG
subroutine. In this
case a ±75.0 kips
limit is assumed

261.3

372.3
-56.6

367.9

-23.9
-159.5

36.7
99.0

41. 7

26.2
-14.9

70.4

-4.3
-4.0

1.1
10.2

70.8

44.8
-27.3

120.8

9.2
-1.5

4.6
15.0
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STRUCTURAL DESIGN OF LARGE VERTICAL SPENT FUEL DRY STORAGE MODULE
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ABSTRACT

CANSTOR is the large vertical spent fuel dry storage module developed at
AECL CANDU for the storage of irradiated fuel from nuclear power plants. The
heat removal concept used is based on convection cooling and has proven to be
more effective than conduction through a thickness of concrete. The more
effective heat removal results in reduced temperature differentials accross
the wall thickness and in lower reinforcement requirements. The structure
consists of a concrete base slab, walls and a roof with inlet and outlet
openings for cooling air circulation.

This paper describes the analysis and design of the CANSTOR module using the
finite element method.

1.0 INTRODUCTION

Nuclear power plants produce highly radioactive waste from the fissioning of
the uranium fuel inside the reactor. The irradiated fuel is stored in fuel
bundle trays underwater in specially designed and engineered pools. All CANDU
stations provide such pool storage space for on-site short-term storage of the
fuel. The dry storage concept was developed to supplement the pool storage
capacity at nuclear power plants.

The initial dry storage concept developed by AECL CANDU is the stand-alone
canister design. In this design the individual fuel bundles are loaded into
stainless steel baskets that are seal welded. Each basket contains 60 bundles.
Up to nine baskets are stacked in a steel liner shell which is built inside a
reinforced concrete canister. These canisters are then stored above ground in
installations which are closely monitored.

The CANSTOR design combines a number of stainless steel storage stacks inside
a larger reinforced concrete module. The CANSTOR module is required to meet
functional requirements within the same boundary parameters as the canister
design.

The major boundary parameters are as follows:

- have a 60-bundle dry storage basket capacity;

- be compatible with the existing flask and loading equipment used for the
canisters;

meet requirements for storing fuel that has been cooled for a minimum of
6 years in the pool;

- perform similar shielding and cooling functions as the canister.
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The CANSTOR structure is 71' long and 26' 8" wide and has a height of 24'8"
including the base slab (see Figures 1 to 3). The cooling of the CANSTOR
module is achieved by air convection through the structure instead of relying
on heat conduction through the concrete wall. The cooling air enters the
module at the bottom, reaches the internal air volume where the steel
containment shells are located and then exits the module near the top. Direct
air cooling of the containment by convection is significantly more efficient
than thermal conduction through concrete.

The thermal load on the concrete is highly critical in the design of CANSTOR.
A number of full scale tests were conducted in order to determine the CANSTOR
concrete operating temperature. The tests showed that the maximum fuel
temperature was measured at the top of the stack of fuel baskets. The maximum
temperature reached in this location is about 30°C lower than that of the
stand-alone canister design. The lower basket in the stack reached a maximum
temperature 55°C lower than that of the stand-alone canister design.

The civil design parameters, with respect to soil properties, meteorological
and seismic loads applied to the CANSTOR module are identical to those
specified for the standard design of CANDU 3 nuclear power plants.

The scope of the present work is to carry out a seismic and static structural
analysis of the CANSTOR module which will form the basis for the structural
design of the module.

2.0 ANALYSIS METHOD and LOADS

The analysis of static and seismic loads is carried out using the finite
element method and the STARDYNE computer code. The procedure used for the
static analysis and the dynamic analysis mainly consists of preparing the
separate finite element model for each analysis and calculating and applying
the individual loads on the structure.

The loading considered for the CANSTOR module is as follows:

The dead load consisting of the weight of the structure and the fuel storage
baskets.

The live load consisting of the crane load and a uniformly distributed load as
an alternative to snow.

A thermal load consisting of winter and summer temperature gradients across
the thickness of the structure. The gradients result from the differences
between the ambient temperature, the concrete pouring temperature (base
temperature), the ground temperature and the heat generated by the fuel
storage baskets.

Shrinkage and creep loads resulting from time-dependent deformations in the
concrete and the temperature and loading history of the structure.

The CANSTOR module is designed to remain intact following a Design Basis
Earthquake (DBE). The DBE is defined with a peak ground acceleration of 0.3 g
and a peak ground velocity of 365.8 mm/s.

The Design Basis Tornado applied in CANSTOR has the same specific value used
in a CANDU 3 plant with a maximum wind speed equal to 420 Jcm/h = 116.7 m/s.

Static and dynamic analyses have been performed for two base restraint
conditions. In the first case, the assumption was made that the base structur<
was free to move along in the x and y (horizontal) directions with respect to
the soil foundations, while in the second case, no displacement along the x
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and y directions was allowed. These two cases were considered since
geotechnical conditions vary from site to site and this may have an effect on
the design specifications and the restraint conditions for the base structure.

3.0 STATIC ANALYSIS

This section describes the finite element model, and the loads considered for
both the fixed and free sliding base. In the sliding base model, there is
movement of the base slab due to thermal and shrinkage loads.

3.1 Finite element model

A three-dimensional finite element symmetric quarter model of the CANSTOR was
created. The structure is modelled using an eight-node isoparametric solid
element with three degrees of freedom per node. The displacement is defined by
three translations at each node.

The structural model is represented by 772 cube elements. A fictitious beam
element with a small area is superimposed in some locations in order to obtain
the edge stresses along the x, y or z directions. The shells in which the
baskets are stored are modelled by beam tubes connected between top and bottom
slabs.

4.0 DYNAMIC ANALYSIS

The dynamic analysis is performed for both the fixed and sliding bases. Each
stage of analysis has three steps related to these boundary conditions. This
is due to the fact that the seismic loading acts on the CANSTOR structure in
an antisymmetric way. For this reason, the boundary conditions of the quarter
model will change when the load acts along the x, y or z direction. The
resulting seismic stresses in the CANSTOR module due to the Design Basis
Earthquake (DBE) are computed as the square root of the sum of the squares for
the three directions of DBE.

4.1 Seismic model

The finite element model used in the STARDYNE dynamic analysis is based on the
static model with boundary modifications. The weight of the structure is
calculated based on the given density of reinforced concrete and is lumped at
selected nodes to provide a good weight distribution. A lumped weight
representing the weight of the fuel storage baskets is also applied at the
node of the beam tubes.

For the STARDYNE runs, the earthquake load is represented by the ground
response spectrum as defined in CSA Standard N289.3- M81. The peak ground
acceleration level used is 0.3 g. This earthquake loading is applied at the
base of the structure. A damping value of 5% is used for the concrete
structure.

4 .2 Seismic analysis

The finite element dynamic analysis consists of an eigenvalue extraction based
on the Lanczos Modal Extraction method followed by a response spectrum
analysis for the evaluation of seismic forces, stresses and displacements.
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5.0 TORNADO ANALYSIS

The tornado loads applied to CANSTOR are the same as those used in the CANDU 3
standard product design, with a maximum wind speed equal to 420 km/h. The most
severe missile impact is a wooden plank which creates an effect equivalent to
a concentrated force of 470 kips applied at a critical point along the height
of the wall.

A finite element model for the CANSTOR structure with openings representing
the air inlets and outlets is developed to appropriately evaluate the effect
of the tornado missile on the CANSTOR. The analysis is carried out for a
concentrated horizontal force equal to 470 kips applied at four different
locations along the wall. The structure is also analyzed for the same
concentrated force applied vertically at the center of a quadrant of the top
slab.

6.0 RESULTS

A detailed structural and seismic design of the reinforced concrete structure
of the CANSTOR module has been carried out, based on the maximum stresses
obtained at various sections of the structure for each of the static and
seismic loadings, for fixed and sliding base considerations, respectively.

The following remarks are noted:

- The stresses due to the thermal and shrinkage loads are much greater
than the stresses due to other loads and therefore govern the design of
the walls and the slabs. This is due to the highly constrained nature of
the thick-walled concrete geometry.

- In the case of the base slab assumed to be fixed to the ground, the
maximum thermal and shrinkage stresses are as high as 240 ksf in tension
and 136 ksf in compression for winter and summer operating conditions
respectively.

- The same thermal stresses at the base are reduced by as much as 60% when
the base is assumed free to slide with respect to the ground under
thermal load. The shrinkage stresses are reduced even more.

It is expected that through the introduction of a bond breaking membrane
the sliding base case is closer to the actual behaviour of the
structure. In such a case the sliding stabilicy is achieved by providing
central shear keys for the foundations.

7.0 CONCLUSIONS

The CANSTOR module is a feasible and economic method for the surface dry
storage of used fuel from nuclear power plants. The convection cooling of the
CANSTOR module is effective and leads to a significant reduction in the
uniform and differential temperature in the concrete shielding structure. This
also results in a considerable cost reduction due to lower reinforcement
requirements.

The module is stable with respect to overturning, sliding and uplift.

- The bearing stresses due to expected loads, including the dead weight of
the module, are within the allowable bearing stresses for most
foundation materials.
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- The dimensions of the concrete elements are adequate for shielding and
structural considerations.

- The CANSTOR module is qualified for the Design Basis Earthquake and for
the Design Basis Tornado equivalent to those used for the standard
CANDU 3 power plants.

- Further refinement of the design is under way to further reduce the
impact of thermal loads by introducing more flexibility into the
interfaces between the walls and the slabs of the structure.
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