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ABSTRACT
Under some conditions, fuel clad ballooning can result in considerable
strain before rupture. If ballooning were to occur during a loss-ofcoolant accident ( L O C A ) , the resulting substantial blockage of the
sub-channel would restrict emergency core cooling. However, circumferential temperature gradients that would occur during a L O C A may
significantly limit the average strain at failure. Understandably, the
factors that control ballooning and rupture of fuel clad are required for
the analysis of a L O C A . Considerable international effort has been
spent o n studying the deformation of Zircaloy fuel cladding under
conditions that would occur during a L O C A . This effort has established
a reasonable understanding of the factors that control the ballooning,
failure time, and average failure strain of fuel cladding. In this paper,
both the experimental and theoretical studies of the fuel clad ballooning
are reviewed.

1 INTRODUCTION
In the event of a loss-of-coolant accident (LOCA) in a pressurized
water reactor, depressurization of the primary circuit may cause the
Zircaloy fuel cladding to balloon as a result of internal pressure in the
fuel rods. If clad ballooning were to continue without rupturing, the
flow of emergency core cooling water would be restricted because of
261
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excessive interaction between adjacent fuel rods, causing blockage of
sub-channels.
A considerable international effort has been spent in studying the
deformation of Zircaloy cladding under conditions that would occur
during a LOCA. Creep of Zircaloy at LOCA temperatures was found
not to create microstructural inhomogeneities that would normally
restrict the average strain at failure.' Consequently, if the temperature
around the circumference of the cladding during a LOCA was uniform,
considerable strain could develop before rupture, and this would cause
substantial sub-channel blockage. But, under LOCA conditions, circumferential temperature variations are generated because fuel pellets
adopt an asymmetric position within the fuel rod during b a l l o ~ n i n g . ~ - ~
These circumferential temperature gradients were found to limit
severely the average strain at failure, even though the local strain was
very large. In view of the important influence circumferential temperature gradients have on the average strain at failure, numerous
experimentalg-'l and theoretical12-l4 studies have established a reasonable understanding of this effect.
The deformation, oxidation and embrittlement of fuel cladding
during a LOCA were recently reviewed.'' In this review, all the factors
affecting the deformation and failure of fuel cladding during a LOCA
were briefly discussed. As the ballooning of fuel cladding is now
reasonably well understood, it is appropriate to have a detailed review
of the numerous investigations on the subject. This review will include
ballooning in both uniform and non-uniform circumferential temperature distributions.
2 THEORY
2.1 Creep of Zircaloy
The a-phase of Zircaloy is usually associated with strong anisotropy in
creep behaviour. The anisotropy arises from the hexagonal crystal
structure and is manifested because of the texture induced by tube
drawing. But the 6-phase of Zircaloy has a body-centered-cubic
structure, and its creep behaviour is isotropic. The creep behaviour of
the a: 6 region is also isotropic. To cope with isotropic and anisotropic creep behaviour under a multiaxial stress state, Hill's adoption of
the von Mises relations,16 which have been extended to creep,17.''
generally have been used. The general creep equations for a cylinder

+
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ii [ H ( a , - a,) - G ( a , - a,)]
i., = Of

where the subscripts r, 13, and z refer to the radial, tangential and axial
directions, respectively. The anisotropic factors are F, G and H , and of
and L$ are the effective stress and effective creep rate, respectively. The
anisotropic constants are constrained so that F G H = 1.5; thus, for
an isotropic material F = G = H = 0.5. If the axes of anisotropy
coincide with the axes of principal stress, the effective stress is

+ +

of = [ F ( a , -

G ( a , - a,)'+ H ( o r - a,)2]1"

The effective creep rate is

where A f , Q and n are constants determined experimentally, R is the
gas constant and T is the temperature.
For internally pressurized tubes, a, = 0. Thus, the creep equations for
internally pressurized cladding with end restraints are

8, = Ba;-'[-Ha, - G o , ]
G. , = Ba;I-'[(F + H ) a o - Fa,]
i, = Bo;-'[(F + G ) o , - Fa,]
where q; = F ( a ,

-

+ G o : + Ha:

and

B = A exp
~ (3).
RT

For an internally pressurized thin-walled tube with no end restraints,
az = a , / 2 and a, = 0, and the creep equations are

8, = Aa",
8, = A&,
.Gr = -(I

(3)

+ A)&
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where

(=)
[i7)
+
-Q

A

( n - 1 )I2

F+G

= Af exp

+H]

( H + 0-5F)

and A = (G - F ) / ( F 2H). For isotropic materials, G = F = 0-5 and
the axial creep rate is negligible. For Zircaloy in the a-phase, usually
F > G and, consequently, cladding shortens when it balloons in the a
region.

2.2 Ballooning of cladding with a uniform temperature around its
circumference
The wall thickness of cladding, w, is generally less than r/10 where r is
the mean radius; therefore, cladding can be considered to be a
thin-walled tube. During the ballooning of cladding, the in-wall bending
stresses are negligible,19 and only membrane stresses need to be
considered. The tangential stress isL9

where P is the differential pressure across the tube wall. The axial stress
is determined from boundary conditions. If the cladding is restrained so
that i, = 0 , then from eqn (2) it is found that2"

If there are no end restraints then19

For isotropic materials the axial stress is the same in both cases.
During a LOCA, the creep strains in cladding can be large, thus
it is imperative to use logarithmic strains. In this case, the tangential
stress is
pro
a, = -exp ( E , - E,)
wo
where r,, and w,, are the original radius and wall thickness respectively.
Using creep eqns. (2) and (3), it is found that
pro
wo

a, = -exp (2&)
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where /3 = 1 h/2 when there are no end restraints, and /3 = 1 when
there are end restraints. When the above expression for a, is
substituted into eqns (2) and (3), the tangential creep rate becomes

i.,

(2Y

= A, -

exp (2n@,)

where A, = A when there are no end restraints, and A, = B[H +
GF/(G F)]'+) when end restraints are present. If the pressure and
temperature are constant, this equation can be integrated with respect
to time giving

+

where a,, is the original tangential stress. It can be seen from this
equation that E ~ - + C Q when t-+ ll(2npAla;), and the failure time is
defined to be

This equation for failure time was originally developed by OdqvistZ1for
the ballooning of isotropic tubes and by Matthews2" for anisotropic
tubes.
In Fig. 1, E, is plotted as a function of tltf for stress exponents (n) of
2.3, 3.8 and 5.3, which are approximately the stress exponents in the
a + p, /3 and a regions of Zircaloy, r e ~ p e c t i v e l y For
. ~ ~ the purpose of

Fig. 1. Tangential creep strain of a thin-walled tube with a constant internal pressure
as a function of tit,, where t is time and tf is the failure time.
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these plots, it was assumed that /3 = 1 ( F = G ) . The figure shows that
the tangential creep strain is low until tltf approaches 1, and then the
creep strain increases rapidly; for example, for E , = 0.5, tltf = 0-9 for
n = 2-3, tltf = 0.98 for n = 3.8, and tltf 1 for n = 5.3. Therefore, if
failure occurs with 0.5 < E, < a, then eqn (7) will predict the failure
times accurately in the a and /3 regions, and the maximum error in the
a j3 region will be only 10%. Thus time to failure is not sensitive to
the tangential creep strain at failure, provided the tangential creep
strain at failure is greater than about 0.5.
Since a number of investigators have used engineering strains to
analyze the ballooning of
the analysis of a constant
temperature and pressure test using engineering strain is briefly
discussed to illustrate the errors. The engineering tangential strain is

-

+

thus

r = r,(l

+ e,)

Assuming the volume is constant and the axial creep rate is negligible,
one finds that
1

where i., is the initial tangential creep rate. It is apparent that e, + as
t+ l l [ i 0 ( 2 n- I ) ] and thus the predicted failure time is

When logarithmic strains are used, the predicted failure time is
tf = 1/(2ni.,). Thus the error in using eqn. ( 9 ) to predict failure time is
about 10% when n = 5.3, and about 28% when n = 2.3. Also, in Fig. 2 ,
r/ro is plotted as a function of tltf using both engineering and
logarithmic strain analysis. The agreement is good for rlr,< 0.1, but
then the two curves begin to diverge, and near tltf = 1 the difference is
very large. Hence, there can be large errors when using an engineering
strain analysis for large strain predictions, but the error in the predicted
failure times of ballooning cladding is probably less than 30%.
If the temperature and internal pressure of cladding vary, the
tangential creep strain can still be determined by integrating eqn. ( 5 )
with respect to time, giving
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Fig. 2. Comparison of tangential creep strain predictions in a constant temperature
and pressure test using engineering and logarithmic strains.

Usually the integration cannot be done analytically and must be done
numerically. This equation can be used to determine time to failure by
continuing the integration until failure occurs. Failure has been
assumed to occur at a critical value of the tangential stress, and this
burst stress was found to vary with t e m p e r a t ~ r e . However,
~ ~ . ~ ~ as was
shown for constant pressure and temperature tests, the time to failure is
not sensitive to the failure criterion, provided failure occurs at a
tangential creep strain greater than about 0.5. Consequently, when only
the failure time is being determined, failure can be assumed to occur at
any tangential creep strain greater than 0.5.

2.3 Ballooning of cladding with a circumferential temperature
distribution
Matthews and TrippZ7analyzed the creep deformation in fuel cladding
with a circumferential temperature distribution, using a perturbation
technique developed by Kramer and Deitrich." This perturbation
technique is valid only for small strains, and has limited use for Zircaloy
which is very ductile. But Matthews and Tripp found that, during
ballooning of an internally pressurized thin-walled tube with a circumferential temperature variation, the tube tended to retain its circular
shape, even though the deformation varied around the circumference.
This was also verified experimentally.14 The authors also found that the
in-wall bending stresses were negligible and thus only membrane
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stresses needed to be considered. These results reduced the twodimensional problem into a relatively simple one-dimensional analysis.
If the axial creep rate is assumed to be negligible, and consequently
a, = a,/2 everywhere around the circumference, then the tangential
creep rate around the tube is

where @ is the angular position. Since the axial creep rate is assumed to
be negligible, the radial creep rate is

If the circumferential temperature distribution does not vary, then this
equation can be integrated with respect to time giving
1In

w ( @ )= {w;- A ( @ ) ~pnr"
[ dt]

(11)

where w,, is the original wall thickness. If the tube is assumed to fail
when the cross-section necks down to zero wall-thickness at the hottest
point, then from the above equation this will occur when

where A,,, is the value of A ( @ ) at the maximum temperature. When
eqn. (12) is used in eqn. ( l l ) , the wall thickness around the circumference at failure is
( @ ) 'I"
wf (@)= w,, 1 - A
Amax

[

1

The radial and tangential creep strain distribution at failure can be
obtained from this equation and they are

The average tangential creep strain at failure can be obtained by
assuming the volume does not change during creep. If r f is the radius of
the tube at failure then

I,, r f w f(9)
r2n

d@= Zlrr,,w,
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When eqns (13) and (16) are combined, it is found that the average
tangential creep strain at failure is

Thus, the average tangential creep strain at failure can be finite, even
when the local tangential creep strain at the point of failure is infinite.
Equation (17) is an analytical equation that can be used to determine
the average tangential creep strain at failure when the circumferential
temperature distribution does not vary with time.
In the preceding analysis, it was assumed that failure occurred when
the tube necks down to zero cross-section at the hottest spot. If failure
is assumed to occur when the local tangential creep strain reaches a
finite value, E ~ then
,
the average tangential creep strain at failure is

This equation was used to determine the effect of the assumed local
tangential creep strain at failure, E ~ ,on the average tangential creep
strain at failure. The temperature distribution was assumed to be

For the a-phase T, = 800 "C, and for the @-phase To= 1000 "C. Typical
values of Q l R and n were used for the a - and P-phases." The average
tangential creep strains at failure for various values of E~ are given in
Table 1. This table shows that the average tangential creep strain at
failure is not sensitive to E~ for E~ > 1.5. At conditions that would occur
during a LOCA, Zircaloy is very ductile, and the local tangential creep
TABLE 1
Predicted Average Tangential Creep Strain at Failure as a Function of Assumed Local
Tangential Creep Strain at which Failure Occurs, E~
Average tangential creep strain at failure

Material

a-Phase
n = 5.32
Q l R = 34 200 K
#?-Phase
n = 3.79
Q / R = 17 100 K

0.092

0.17

0-21

0.22

0.22

0.22

0.15

0.31

0.44

0.49

0.50

0-50
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strain at the point of failure is generally greater than 1.5. Thus in the
analysis of the ballooning of cladding in which the average tangential
creep strain at failure is limited by a circumferential temperature
distribution, failure can be assumed to occur when the local tangential
creep strain is any value greater than about 1.5.
The following temperature distribution

1+ cos @ "
~=800+50(
"C

)

where m is an arbitrary constant, was used to determine the effect of
the temperature distribution on the average tangential creep strain at
failure. The tangential creep strain distributions at failure were calculated for m = 1 and m = 5 using values of n and Q l R given in Table 1
for a-phase; the results are given in Fig. 3. With m = 1, the average
tangential creep strain at failure was 0.22, and with m = 5, it was 0.13.
These results demonstrate that knowing the temperature difference
across a tube is not sufficient to predict the tangential creep strain
distribution or the average tangential creep strain at failure. It is
absolutely necessary to know the temperature distribution around the
circumference of the tube to predict the average tangential creep strain
at failure.
The following example illustrates the temperature distribution accuracy required to make accurate failure predictions. Consider the
following two temperature distributions, which are plotted in Fig. 4(a).

Circumferential Position (Degrees)

(b)

Fig. 3. Tangential creep strain distributions at failure, predicted using the two
circumferential temperature distributions given in (a).
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Both these distributions are symmetric about @ = 0. The maximum
difference in temperature at any point around the circumference is only
about 10 "C. The tangential creep strain distributions at failure are
given in Fig. 4(b). Even though the temperature distributions are
similar, there is a large difference in the predicted local tangent creep
strain, and this difference is greatest near the hottest point. This
difference in tangential creep strain distribution causes a large
difference in the predicted average tangential creep strain at failure.
The predicted average tangential creep strain at failure is 0.15 for the
COSINE temperature distribution, and 0-10 for the linear temperature
distribution. This example illustrates that accurate temperature distributions are required to make accurate predictions of the average
tangential creep strain at failure, and the accuracy of the temperature
distribution is most important in the region of the hottest point.
When the temperature difference across the diameter of cladding
(AT) decreases, the predicted average tangential creep strain at failure
increases, as shown in Fig. 5. Data in that figure were obtained
assuming that the temperature distribution around the tube was

1+ cos @
T = 7 5 0 + ~ ~ (
)"c
and using typical values of n for Zircaloy (see Table 1). These results
also illustrate that the average tangential creep strain at failure is a
strong function of the stress exponent, n, and the failure strain
decreases as n increases. As AT decreases, a point must be reached
where the average tangential creep strain at failure is no longer limited
by the temperature distribution but is limited by variations in the

0
(0)

2 0 40 6 0 8 0 100 120 140 160 180
C~rcumferentialPosition (Degrees)
(b)

Fig. 4. Tangential creep strain distribution at failure, predicted using the two
circumferential temperature distributions given in (a).
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Fig. 5. Predicted average tangential
creep strain at failure as a function of AT,
assuming the temperature has a COSINE
distribution around the circumference.

original wall thickness. This occurs when the creep strain becomes
localized at a point where the original wall thickness was thinner than
average, rather than at the hottest point. Assuming failure occurs by
necking down to a point at a defect, the average tangential creep strain
at failure for a tube with a uniform temperature has been evaluated,29
and it is

where w, is the initial nominal wall thickness, and d is the depth of the
original defect. This equation was verified experimentally by doing
burst on cladding with axial defects. The average tangential creep
strains at failure predicted by this equation are plotted in Fig. 6 for
stress exponents of 5.32, 3.79 and 2.3, which are typical values for a,/3
and a /3 regions, respectively. Figure 6 shows that defects can
substantially reduce the average tangential creep strain at failure, and
this effect increases with increasing stress exponent.
The average tangential creep strain at failure is most sensitive to
defect depth near d l w , = 0, and to changes in AT near AT = 0 (Fig. 5).
Thus when ballooning tests are done with fairly uniform temperature,
small changes in AT or defect depth would cause a large change in the
average tangential creep strain at failure. This could account for the
large experimental scatter in failure strains with small ATs,~'
The ballooning of cladding with a constant temperature distribution
and an initial wall thickness that varies around the tube can be

+
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Fig. 6. Predicted average tangential creep strain as a function of the depth of a defect.

analyzed by extending eqn (11) to give
1In

w ( @ )= { w ; ( @ )- n ~ ( @ )pnrn
f dt}

(20)

0

Now failure will not necessarily occur at the hottest point, but rather
where w ; ; ( @ ) / A ( @is) a minimum. If this minimum occurs at
and
failure is assumed to occur when the cross-section necks down to zero
wall thickness, failure occurs when

Thus the wall thickness distribution at failure is

and the radial and tangential creep strains at failure are

Assuming the volume does not change during creep, the average
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tangential creep strain at failure is

where

This analytical equation can be used to determine how both initial wall
thickness variations and temperature distribution affect the average
tangential creep stress at failure.
For scenarios in which the circumferential temperature distribution
varies with time, or time to failure is required, numerical methods have
to be used. Matthews20 developed a model to analyze the ballooning of
an anisotropic tube with a circumferential temperature distribution.
The cross-section of the tube was assumed to remain circular and only
membrane stresses were considered. The circumference of the tube was
divided into a number of segments. The axial and tangential creep
strains were obtained by numerically integrating creep eqn. (2) for each
segment. The increments in tangential and axial creep strains for the ith
segment for a time step At are

+ H ) a , , - Fa,,] At
GE,; = B,a;i-'[(F + G ) a , , - Fa,] At

G E e ; = Bia;i-'[(F

where B, = A fexp(-QlRT) and T is the temperature of the ith
segment. The tangential stress is a,, = Prlw, and the axial stress is
determined from boundary conditions. At the end of each time step the
geometry is updated. The wall thickness is w, = w,, exp (- E,, - E,,) and
the segment length is I, = I,, exp (E,,), where w,,and I;, are the original
wall thickness and segment length of the ith segment, respectively. The
new radius is found by adding all the segment lengths to find the new
circumference, and then dividing by 2n. The initial wall thickness was
not assumed to be constant, and thus variations in wall thickness
around the circumference can also be included. Also, the initial
segment lengths, I,,, can be varied to suit the problem being analyzed.
When an anisotropic tube balloons with a circumferential temperature distribution, the axial creep strain around the circumference will
vary. This will cause the tube to bend, as has been observed for
Zircaloy cladding in the a - p h a ~ e . ~If' the temperature does not vary
axially, the bending will be uniform and plane sections will remain
plane. The increments in the axial creep strain are thus constrained to
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the following form:
= P cos

@i

+Q

where P and Q are unknowns that must be determined. (In Matthews'
paper2' it was stated that the increment in tangential creep strain must
be of the following form:
= P COS @;

+ Q,

which is incorrect.) The axial force on the tube is

and the bending moment is

wilircos @iazi

MB =
I

With the addition of two constraints, P and Q can be determined for
each time step. Knowing P and Q, a,; can be determined, and this
allows the increment in the tangential and axial creep strain to be
determined.
Matthews analyzed the ballooning of Zircaloy cladding in the
a-phase with a number of different end restraints. It was assumed that
the temperature had a cosinusoidal distribution around the circumference and the anisotropic constants were F = 0.773, G = 0.532 and
H = 0.195. The five cases were:
Case 1: No end restraints. Set F,, = Pnr2 and ME = 0, and solve for P
and Q. This case approximated a tube held only at one end.
Case 2: Tube restrained from bending. Set F,, = Pnr2 and P = 0, and
solve for ME and Q. This case approximated a pin restrained
by spacer grids.
Case 3: Tube axially constrained but free to bend. Set Q = 0 and
ME = 0 and solve for P and F,,. This case approximated a
pellet filled tube.
Case 4: Tube restrained at both ends. Set P = 0 and Q = 0 and solve
for F,, and MB.
Case 5: Isotropic. E, = 0 and a, = a,/2.
Matthews evaluated the average engineering creep strain at failure as a
function of A T for the above five cases. Failure was assumed to occur
when the local strain was 2.0. The results, given in Fig. 7, show that
there is very little difference in the average engineering strain at failure
for the five cases. Matthews also found that end restraints had little
effect on the failure time. Thus end restraints and anisotropy have very
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Ternperoture D ~ f f e r e n c eA T ( O C )

Fig. 7. Effect of restraint and anisotropy
on the average tangential creep strain at
failure.

little effect on the rupture behaviour. And the assumption t., = 0 is a
reasonable approximation, even in the a region of Zircaloy. This
implies that eqns. (11)-(23), which were derived assuming t., = 0, can
be used with reasonable accuracy in the a region of Zircaloy.
A simple model for the ballooning of cladding with a varying
circumferential temperature distribution can be obtained by assuming
t., = 0; this model should give reasonable results even in the a region of
Zircaloy. Some models of the ballooning of cladding have isotropic
option^,'^,'^ and this assumption was used in the analysis of the
ballooning of Zr-2.5% Nb pressure tubes.14 The tangential creep strain
can be obtained by numerically integrating creep eqn. (3). The
increment in the tangential creep strain for the ith segment for a time
step At is

When the axial creep rate is negligible, the creep strain for each
segment can be integrated directly, and values of P and Q do not have
to be determined. The geometry has to be updated after every time
step, as discussed earlier.
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3 EXPERIMENTAL RESULTS

3.1 Uniform temperature tests
Different methods have been used to heat fuel cladding for burst tests:
internal heater~,~.lO.~~
external furnaces,33 and direct resistance
heating.23,24,34,35,69
All of these heating methods produce some variation
in temperature around the circumference of the cladding, but this
temperature gradient is probably a minimum when an external furnace
is
Even though a perfectly uniform temperature distribution was not
achieved experimentally, these tests produced a number of important
results. First, it was found that under LOCA conditions Zircaloy was
very ductile and average circumferential strains of over 100% could be
achieved before the cladding failed. Also, for constant temperature and
pressure burst tests, an analysis using engineering strains could predict
the tangential creep strains up to the point of failure reasonably
Consequently, the more exact analysis using logarithmic
strains could also be used for this purpose. These results confirm that
the in-wall bending stresses are negligible and only membrane stresses
need to be considered.
The times to failure for constant pressure and temperature burst tests
have been measured over a wide range of temperatures and
p r e s s ~ r e s . ~The
~ , ~measured
~ , ~ ~ failure times were found to be in good
agreement with failure times predicted by eqn (7). Also, it was found
that log tf varied linearly with log
and this is illustrated in Fig. 8
for temperatures of 750 "C, 825 "C and 1050 0C.29According to eqn. (7),
the slope of these lines should be -n. The stress exponents calculated
using data from Fig. 8 were 5.1 at 750 "C, 3.9 at 825 "C and 3-8 at
1050 "C. These stress exponents agreed well with previously measured
val~es.~
This
~ , provides
~ ~ , ~ ~further evidence of the validity of eqn. (7).
During ballooning tests on cladding at constant temperature and
pressure, the following relationship has been observed:24
where ,,i is the minimum tangential creep rate, tf is the time to failure
and K is a constant. This is called the Monkman-Grant r e l a t i o n ~ h i p . ~ ~
Using an analysis based on engineering strain, Clay and Stridez4showed
that
1
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Fig. 8. Time to failure of as-received Zircaloy-4 fuel cladding with constant internal
pressure, tested at 750, 825 and 1050 "C,as a function of the initial tangential stress.

(see eqn. (9)). If logarithmic strains are used, then it follows from eqn.
(7) that
1
tf . 8, = 2n
During the ballooning of a tube 8, = .,i
Thus the Monkman-Grant
relationship follows directly from either eqn. (9) or eqn. (7).
Numerous burst tests of cladding have been done in which the
temperature was ramped. Some tests involved deforming the cladding
in an inert or vacuum atmosphere under the influence of a constant
p r e s s ~ r e or
~ ~a , slightly
~ ~ ~ variable p r e ~ s u r e as
~ . found
~ ~ ~ when a
closed tube is heated. Other burst tests were performed in a steam or
~
variable
oxygen atmosphere at either c o n ~ t a n t ~or~ . ~slightly
p r e s s ~ r e . ~These
, ~ ' ~ ~results, as summarized by Rosinger et u Z . , ~are
~
given in Fig. 9 for heating rates from 15 to 40 K s-'. Figures 10 and 11
include the results for heating rates from 0-7 to 3-0 K s-' and from 70 to
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Fig. 9. Comparison of experimental data with theoretical curve for burst temperatures
vs initial stress. Experimental heating rates are 15-40 "Cls. Theoretical curve assumes a
heating rate of 25 "CIS and constant pressure.

INITIAL STRESS ( M P a )

Fig. 10. Comparison of experimental data with theoretical curve for burst temperatures vs initial stress. Experimental heating rates are 0.7-3.0 "CIS. Theoretical curve
assumes a heating rate of 1 "CIS and constant pressure.

R. S. W . Shewfelt

Theoretical
Curve

INITIAL STRESS ( M P a )

Fig. 11. Comparison of experimental data with theoretical curve for burst temperatures vs initial stress. Experimental heating rates are 70-250 "CIS. Theoretical curve
assumes a heating rate of 100 "CIS. Theoretical curve assumes a heating rate of 100 "CIS
and constant pressure.

250 K s-I, respectively. The test conditions for the burst data are given
in Table 2. The predicted burst temperatures calculated using engineering strains and assuming fracture occurs when E~ + are also given in
these figures. The figures show that there is good agreement between
predicted and measured burst temperatures. As the temperature in all
these tests was ramped, predicting the correct burst temperature
implies predicting the correct failure time. As was noted in Section 2.2,
the error in using engineering strains to predict the failure times is
probably less than 30%. Thus the predicted burst temperature using an
analysis in which logarithmic strains are used should also agree with the
measured values.
Experiments have been done in which CANDU fuel was tested
in-reactor under LOCA condition^.^"^^ During most of these hightemperature transient tests, the internal pressure and temperature
along the cladding were measured during the transient, and the average
transverse cladding strain was measured at the end of the test. The
computer code ELOCA,51-58which models the high-temperature transient performance of CANDU fuel, was used to predict the cladding
strain and internal pressure. For this analysis, the temperature variation
along the length of the fuel cladding was taken into account, but the
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TABLE 2
Compilation of Burst Data
Plotting
symbols

Pressure

Atmosphere

Constant
Constant

Vacuum
Inert

Constant
Constant
Closed tube
Closed tube

Vacuum
Vacuum
Inert
Inert

Closed
Closed
Closed
Closed

Inert
Vacuum
Vacuum
Steam

tube
tube
tube
tube

Closed tube
Closed tube
Closed tube
Closed tube

Steam
Steam
1 atm 80%
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temperature was assumed to be uniform around the circumference. For
one of the in-reactor tests,48 the predicted average transverse cladding
strain during the transient and the measured cladding strain at the end
of the test are given in Fig. 12. The measured and predicted internal
pressure during the transient are given in the same figure. The
predicted average transverse strain agrees with the measured value at
the end of the test. There is also good agreement between the
measured and predicted internal pressure. As the internal pressure is
very sensitive to the cladding strain, this also indicates that the
predicted cladding strains during the transient were accurate. These
results indicate that the average transverse creep strain in fuel cladding
can be accurately predicted in-reactor when the internal pressure and
temperature vary significantly. They also illustrate an important feature
of CANDU fuel. The fuel contains a relatively small internal free void
volume. Thus a small increment of cladding strain results in a significant
reduction in internal pressure, which is the driving force for strain
during a high-temperature transient. As a consequence, cladding strains
in CANDU fuel are generally low during a LOCA, as is illustrated in
Fig. 12 where average transverse strain is only about 4%, and the
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Fig. 12. CANDU fuel performance under LOCA condition^.^' Predictions are by the
transient fuel performance computer code, ELOCA.

maximum temperature reached at this position was 875 "C. Thus if the
cladding of CANDU fuel were to fail during a LOCA, it would occur at
a low transverse-strain and a low internal pressure.
3.2 Ballooning tests with a circumferential temperature distribution
Burst tests on cladding have been done in which the temperature
difference around the circumference has been measured. In these tests
the temperature was measured at two or three points around the
circumference during the test, and the time to failure and the average
tangential creep strains at failure were measured. Again, a number of
different methods have been used for heating the cladding: indirect
heating with internal heater^,^'^.^^ direct heating by direct resistance
heating,10.59and in-reactor heating.6 The results of all of these tests are
summarized in Fig. 13, where the average engineering tangential strain
at failure (ef,) is plotted as a function of circumferential temperature
difference (AT). The burst temperatures for all these tests are in t$e
a-phase region of Zircaloy. Although the scatter is considerable, there
is a reasonable agreement between the out-reactor tests using indirect
and direct heating, and in-reactor tests; consequently, the results from
out-reactor tests should be applicable under reactor conditions. These
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Fig. 13. Comparison of measured average engineering tangential creep strain at
failure as a function of AT, and predictions using CANSWELL-2. Predictions using eqn
(17) are also given using two different temperature distributions.

results also confirm that the average tangential creep strain at failure is
a strong function of the circumferential temperature difference, and ef,
decreases as AT increases.
In these burst tests, the temperature was only measured at two or
three points around the circumference, and thus the circumferential
temperature distribution was not well defined. These results have been
analyzed by assuming that the temperature had a COSINE distribution
around the circ~mference.~'
Using the computer model CANSWELL-2
and varying the critical creep strain at failure, reasonable agreement
was obtained with the experimental results. The predictions using a
local failure strain of 140% are given in Fig. 13.60.
Even though the predictions of CANSWELL-2 agree reasonably well
with the experimental data, there is considerable scatter of experimental results about the predicted line. This scatter is probably due to
variations in temperature distribution for the different tests. Variations
in the initial wall thickness profile would also contribute to the scatter
at small values of AT. To illustrate how the assumed temperature
distribution affects the predictions, the temperature distribution
T=T,+AT(

1 + cos 0 "

)

was used with m = 1 and m = 0.25 in eqn. 17 to calculate e< as a

,

~

t

I
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function of AT. In Fig. 14 [(I + cos @)/2Imis plotted for rn = 0.25 and
rn = 1.0. From this figure, it can be seen that when these two values of
rn are used, the calculated temperature distributions could occur during
the cladding burst tests. The predictions for these two temperature
distributions are also given in Fig. 13 using n = 5.3, Q l R = 34 200, and
T ,= 750°C. The experimental results are bound by the predictions
using the two temperature distributions. Thus, the circumferential
temperature distribution, and not only AT, has a large effect on the
average tangential creep strain at failure. The scatter between predicted
and measured values of ef, would be reduced considerably if the
circumferential temperature distribution was measured more
accurately.
No burst tests have been done on cladding where the temperature
has been measured at more than three points around the circumference. But burst tests have been done on sections of CANDU
Zr-2.5% Nb pressure tube in which the temperature was measured at
10 and 14 points around the circumference.I4 These pressure tubes are
much bigger than cladding, having a nominal i.d. of 103.4 mm and a
wall thickness of 4.1 mm. The dimensions make it much easier to attach
numerous thermocouples around the circumference. The sections of
pressure tube were heated by induction and internally pressurized with
argon. The average tangential creep strain was measured during the test
using a quartz thread that was wrapped around the tube and attached to
a linear variable differential transformer. The tangential creep strain
distribution was determined at the end of the test by measuring the final

0
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Fig. 14. A plot of [(I + cos @)/2Im,for m = 0-25 and m = 1.0.
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wall thickness around the tube. Results of the test are given in Figs. 15
and 16. The maximum temperature and the measured average tangential creep strain during the test are given in Fig. 15, and the final
circumferential temperature and local tangential creep strain distribution are given in Fig. 16. The test results were analyzed by assuming the
temperature varied linearly between the measured temperatures. Using
the measured pressure and the temperatures, the predicted average
tangential creep strain as a function of time is given in Fig. 15 and the
local tangential creep at the end of the test is given in Fig. 16. There is
excellent agreement between the predicted and measured values of
both the average and local tangential creep strain. Assuming failure
occurs when the local tangential creep strain becomes infinite, the
predicted average tangential creep strain at failure was 20% and the
measured value was 18.5%. These results show that when the temperature distribution is known accurately, the average tangential creep
strain at failure can be predicted accurately.
Failure strains of cladding have been measured as a function of
temperature using different testing methods. Chapman6l used indirect
heating and the temperature was ramped, Chung and Kassner7 ramped
the temperature using direct resistance heating, Hindle6' used direct
resistance heating isothermal tests, and Hoffman and R a p 3 used
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Fig. 15. Measured and predicted average tangential creep strains, and the highest
measured temperature for a test with an internal pressure of 10 MPa.

R. S. W . Shewfelt

)t)(

Measured
Pred~cted

0

0

120

240

120
240
Circumferential Pos~tion(degrees)
(b)

360

360

Fig. 16. Measured and predicted local tangential creep strains around the tube
circumference, and the measured circumferential temperature distribution at failure,
for a test with an internal pressure of 10 MPa.

furnace heating isothermal tests. All of the different testing techniques
showed the same type of failure strain variation, and the results
obtained by Chapman61 are shown in Fig. 17. The failure strain
increased up to about 800°C, then there was a pronounced dip as the
a + /3 region was entered. This dip in failure strain was attributed by
Rosinger et u L . ~ ' ~ ~ ' to a reduction in ductility in the a + /I region. But
studies of a metallographic section of the burst position revealed very
high local strains for tests that burst in the a + /I region.59. Thus it is
unlikely that the dip in failure strain was caused by a reduction in
ductility.
Chapman et aLh3found in their tests that there were circumferential
temperature differences of between 40 and 80 "C. Assuming the failure
strain was limited by this circumferential temperature distribution,
Barlow@proposed that this dip in failure strain was caused by a higher
value of the activation energy for creep, Q, in the a /3 region than in
either the a or /3 region. This higher value of Q would cause a higher
temperature dependence of the strain rate. This would cause a higher

+
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strain localization for the same temperature distribution, and, consequently, a lower failure strain. Using creep equations for the cu and /3
regions, Barlow estimated a value of Q for the cu P region. This Q did
produce a dip in the predicted failure strains of about the right
magnitude. But these results should be confirmed by an experimental
determination of Q in the cu + p region.
Another explanation of the temperature dependence of the failure
strain was given by Vesprini et al.5y They point out that the stress
exponent, n, as measured by Garde et ~ l . , 'Donaldson6'
~
and R a p 7
varied with temperature. This temperature dependence of n is given in
Fig. 18(a). Using this variation of n with temperature, Vesprini et
calculated the failure strains as a function of burst temperature and the
results are given in Fig. 18(b). In these calculations it was assumed that
the failure strain was limited by variations in initial wall thicknesses.
However, similar results would be obtained if the failure strain was
assumed to be limited by a temperature distribution. This explanation is
attractive because it predicts the correct temperature dependence of
failure strain, if the failure strain is limited by a temperature distribution (large ATs) or if it is limited by variations in the initial wall
thickness (small ATs). Vesprini et aLS9also point out that the failure
strain increases for long-term tests in the cu P region, and this may
indicate that the stress exponent is a function of strain rate. This is
quite common in a superplastic regime.68

+

+

4 DISCUSSIONS AND CONCLUSIONS

When the temperature variations around the circumference of cladding
are small, the average tangential creep strain can be predicted as a
function of time for tests in which the temperature and internal
pressure are varying or constant. As the time to failure is not sensitive
to the average tangential creep strain at failure, the failure time can
also be predicted.
Variations in temperature around the circumference of cladding have
been shown experimentally to limit the average tangential creep strain
at failure. There is reasonable agreement between predicted and
measured average tangential strains at failure as a function of AT, but
there is considerable scatter in the experimental results. This scatter is
probably due to the poorly defined circumferential temperature distribution, because the average tangential creep strain was accurately
predicted in burst tests on Zr-2.5% Nb pressure tubes in which the
temperature distribution was well defined. Thus for cladding the scatter
between predicted and measured average tangential creep strain at
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failure could probably be reduced considerably if the temperature
distribution was determined more accurately.
Anisotropy and end restraints have little effect on the predicted
average tangential creep strain at failure or the failure time for cladding
with a circumferential temperature distribution. Thus a ballooning
model, which assumes &, = 0, should be adequate.
Analytical equations were derived for the prediction of the average
tangential creep strain at failure of cladding with a circumferential
temperature and initial wall thickness distribution. Although the
integral in these equations will probably have to be evaluated numerically and the temperature distribution cannot vary with time, the
equations should still be useful. These equations can be used for
scoping studies for a LOCA analysis, to predict the average tangential
creep strain at failure for the many different possible distributions of
temperature and initial wall thickness. These equations can also be used
to verify ballooning models using numerical methods. This is a
necessary exercise, since some of the large variations in the predicted
average tangential creep strain at failure, caused by changes in the
assumed local tangential creep strain at failure, could be due to
numerical errors.
For small variations in temperature around the circumference, the
average tangential creep strain at failure will be limited by variations in
the initial wall thickness, and not the temperature distribution. Little
experimental work has been done in this area, but axial defects were
shown to limit the average tangential creep strain at failure of cladding.
Also, the ballooning models should be able to predict how variations in
the initial wall thickness affect the rupture behaviour.
Experimentally, the average tangential creep strain at failure was
found to vary with burst temperature, and there was a large dip in the
a + p region of Zircaloy. The failure strain in most tests was limited by
the circumferential temperature distribution. The dip in failure strain in
the a + /3 region was probably not due to loss of ductility. There was
evidence that the dip could be a result of either a high value of the
activation energy for creep, Q , or a high value of the stress exponent,
n, in the a + /3 region; however, this will have to be determined
experimentally.
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