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September 14 - 16, 2010  /  Bethesda North Marriot & Conference Center  /  Bethesda, MD

Workshop Background and 
Goals
Computational Fluid Dynamics (CFD) is being 
adopted in nuclear reactor safety analyses 
more often as a tool that enables specific 
safety-relevant phenomena occurring in 
the reactor coolant system to be studied 
in greater detail.  The Committee on the 
Safety of Nuclear Installations (CSNI), 
which is responsible for the activities of the 
Organization for Economic Cooperation and 
Development/Nuclear Energy Agency (OECD/
NEA) that support advancing the technical 
basis for the safety of nuclear installations, 
has in recent years conducted important 
activities in the CFD area.  These activities 
have been carried out within the scope of 
the CSNI Working Group on the Analysis 
and Management of Accidents (GAMA) and 
have mainly focused on the formulation of 
user guidelines and on the assessment and 
verification of CFD codes.  It is within this 
GAMA framework that a first workshop, 
“Benchmarking of CFD Codes for Applications 
to Nuclear Reactor Safety (CFD4NRS),” was 
organized and held in Garching, Germany in 
2006.

The second CFD4NRS workshop, 
“Experiments and CFD Code Application to 

Nuclear Reactor Safety” (XCFD4NRS), held 
in Grenoble, France in 2008 was intended 
to extend the forum created for numerical 
analysts and experimentalists to exchange 
information in the field of Nuclear Reactor 
Safety (NRS)-related activities relevant to CFD 
validation.  This second workshop put more 
emphasis on new experimental techniques 
and two-phase CFD applications.

The 2010 workshop, “Experimental Validation 
and Application of CFD and CMFD Codes to 
Nuclear Reactor Safety Issues” (CFD4NRS-3), 
is intended to further extend the forum created 
for numerical analysts and experimentalists 
to exchange information in the field of NRS-
related activities relevant to CFD validation.  
The workshop will include single-phase 
and multiphase CFD applications as well as 
new experimental techniques including the 
following:

•	 Single-phase and two-phase CFD 
simulations with an emphasis on validation 
in areas such as boiling flows, free-surface 
flows, direct contact condensation, and 
turbulent mixing as related to NRS-relevant 
issues such as pressurized thermal shock, 
critical heat flux, pool heat exchangers, 
boron dilution, hydrogen distribution, and 
thermal striping.  The use of systematic 
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error quantification and Best Practice 
Guidelines (BPGs) has been encouraged.

•	 Experiments providing data suitable for 
CFD validation—specifically in the area 
of NRS— including local measurement 
devices such as multisensor optical 
or electrical probes, laser-doppler 
velocimetry, hot-film/wire anemometry, 
particle image velocimetry, laser-induced 
fluorescence, and other innovative 
techniques.

•	 The results of the OECD/NEA-sponsored 
CFD benchmark exercise involving 
thermal fatigue in a T-junction will be 
presented through poster sessions and a 
lecture where all submitted results will be 
compared to the experimental data.

organizing Committee
Ghani Zigh, U.S. Nuclear Regulatory 
Commission (NRC), USA, General Chair

Dominique Bestion, Commissariat à l’Energie 
Atomique, France, Co-Chair 

Brian L. Smith, Paul Scherrer Institute, 
Switzerland, Co-Chair 

John H. Mahaffy, NRC, USA, Co-Chair 

Christopher Boyd, NRC, USA, Co-Chair 

Kimberly Tene, NRC, USA 

Milorad Dusic, IAEA 

Jong Chull Jo, OECD Nuclear Energy Agency, 
Secretariat 

Scientific Committee
Ghani Zigh, NRC, USA

Dominique Bestion, Commissariat à l’Energie 
Atomique, France 

Brian L. Smith, Paul Scherrer Institute, 
Switzerland 

John H. Mahaffy, NRC, USA 

Christopher Boyd, NRC, USA 

Yassin A. Hassan, Texas A&M University, USA 

M. Scheuerer, Gesellschaft für Anlagen- und 
Reaktorsicherheit (GRS), Germany 

Ulrich Bieder, Commissariat à l’Energie 
Atomique, France 

M. Andreani, Paul Scherrer Institute, 
Switzerland 

Chul Hwa Song, Korea Atomic Energy 
Research Institute, Korea 

Dirk Lucas, Forschungszentrum Rossendorf, 
Germany 

Tadashi Morii, Japan Nuclear Energy Safety 
Organization, Japan 

Fabio Moretti, University of Pisa, Italy 

Tadashi Watanabe, Japan Atomic Energy 
Research Institute, Japan 

General Conference 
Information

Registration Desk Hours and 
Services
The registration desk for the CFD4NRS-3 
Workshop is located on the main level of the 
Bethesda North Marriott Hotel & Conference 
Center.  Registration desk services include 
badge and attendee material pick up.  In 
addition, you may sign up for Operations 
Center Tours and place orders for daily lunch 
selections.   

The registration desk hours are:

Tuesday: 6:30 a.m. – 7:00 p.m.
Wednesday: 6:30 a.m. – 7:30 p.m.
Thursday: 6:30 a.m. – 4:00 p.m.
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Co chair Speaker Ready Room Hours

Tuesday: 7:00 a.m. – 4:30 p.m.
Wednesday: 7:00 a.m. – 4:00 p.m.
Thursday: 7:00 a.m. – 9:30 a.m.

Daily lunch options
The Bethesda North Hotel and Conference 
Center will be offering convenient lunch 
options daily.  Lunches will be $15.00 (cash 
only) per person, per day.  Order forms are 
available at the conference registration desk.   
All order forms must be returned with payment 
to the registration desk no later than 8:45 a.m. 
daily.

Hotel Parking
The Bethesda North Marriott Hotel & 
Conference Center offers free onsite parking 
for hotel guests and advance registrants.  
Daily rates will apply for workshop attendees 
who do not register in advance.  The rates are 
$4.00 per hour or $12.00 per day. 

Workshop Banquet and NRC 
operations Center Tours

Workshop Banquet (advance payment 
and registration required)

Wednesday, September 15, 2010 
Salon E 
7:00 p.m. – 9:00 p.m.

This no-host banquet is provided as an 
additional opportunity for conference 
participants and their companions to socialize 
in an informal atmosphere.   Please visit 
the conference registration desk for more 
information.

operations Center Tour (no cost)
Thursday, September 16, 2010 
Advance Registration Required by 
Wednesday, September 15th at 4:00 p.m.

Sign up for tour times at the Workshop 
Registration Desk on a space available basis.

The NRC Operations Center is the agency’s 
nerve center for monitoring any potential 
emergency conditions at any of the Nation’s 
nuclear facilities.  Visitors will learn about the 
roles and responsibilities of the various teams 
that compose the NRC response organization 
when it is staffed during an emergency 
involving an NRC-licensed facility and view the 
state-of-the-art Operations Center facilities. 

One-hour tours will be conducted on 
Thursday, September 16, 2010 (1:30 p.m., 
2:30 p.m., 3:30 p.m., or 4:30 p.m.) on a space-
available basis. To sign up for an available tour 
time, please visit the conference registration 
desk.  Participants must sign up for the 
tour at the registration desk by Wednesday, 
September 15 at 4:00 p.m. and will need to 
provide their name and organization. A valid 
government Identification will be required for 
admission to the Operations Center.  Tours will 
depart from the hotel and return to the hotel 
at the conclusion of each tour. A maximum of 
25 people may attend each tour and will be 
escorted at all times by NRC personnel.

Participants not using the shuttle service 
should arrive at the security desk of the NRC 
Two White Flint (TWFN) building at least thirty 
minutes prior to the start of the tour in order 
to process through security.  Participants will 
need to bring:

Two forms of government issued ID, readable 
in English (i.e. passport, driver’s license) and 
their conference badge.

CoNFeReNCe INFoRM
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Tour times: (remember to arrive 30 minutes 
prior to tour start)

1:30 p.m. – 2:30 p.m. 
2:30 p.m.  – 3:30 p.m. 
3:30 p.m. – 4:30 p.m. 
4:30 p.m. – 5:30 p.m.

Tour Walking Directions and Shuttle 
Service
The NRC TWFN building is a short walk from 
the conference center (see map in back of 
program book). A shuttle bus is also provided.  
The shuttle will stop outside the lower level 
of the conference center and at the entrance 
to the TWFN building.  It will also make 
several other stops as part of its normal travel 
between NRC buildings.  Tour participants can 
ask the driver to assist them in getting off at 
the correct stop. The shuttle bus repeats the 
route every 20 minutes.  The stop times that 
will be most useful to tour participants are 
listed below.  

Shuttle Bus Arrival 
Time at Conference 

Center

Shuttle Bus Arrival 
Time at TWFN

12:50 p.m. 1:00 p.m.

1:50 p.m. 2:00 p.m.

2:30 p.m. 2:40 p.m.

2:50 p.m. 3:00 p.m.

3:30 p.m. 3:40 p.m.

3:50 p.m. 4:00 p.m.

4:30 p.m. 4:40 p.m.

4:40 p.m. 5:40 p.m.
(This is the last 

shuttle of the day 
to return to the 

conference center.)
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Salons F/G

W
oRKSHoP aGeNDa

TueSdAy, SepTemBer 14, 2010
7:30 a.m. - 8:45 a.m. Continental Breakfast  

8:00 a.m. - 8:25 a.m. Co Chair & Speaker Meeting
Brookside A/B – Lower Level

8:45 a.m. - 9:00 a.m. Welcome, Brian Sharon, Director, Office of Research, U.S. NRC, 
Abdalla Amri, OECD Representative
Salons F/G

9:00 a.m.- 9:45 a.m. Keynote Speaker, John Mahaffy, Pennsylvania State University, 
Synthesis of T-Junction Benchmark Results
Salons F/G

9:45 a.m.- 10:15 a.m. Coffee Break and Poster Session 1
Salon H and Corridor

10:15 a.m. - 12:00 p.m. Session 1- Advanced Reactors (1), Salons F/G
Session 2 - Containment (Concurrent), Amphitheater

12:00 p.m. - 1:25 p.m. Lunch Break

12:00 p.m. - 12:30 p.m. Co Chair & Speaker Meeting
Brookside A/B – Lower Level

1:25 p.m. - 2:10 p.m. Keynote Speaker, Koji Okamoto, University of Tokyo, Best Practice 
Procedures on Performing Two-Phase Flow Experiments for CFD 
Validation
Salons F/G

2:10 p.m. - 2:15 p.m. Short break to move into session rooms

2:15 p.m. - 4:00 p.m. Session 3 - Boiling/Bubbly Flow (1), Salons F/G
Session 4 - Bundle Flow (Concurrent), Amphitheater

4:00 p.m. - 4:30 p.m. Coffee Break and Poster Session 2
Salon H and Corridor

4:30 p.m. - 6:45 p.m. Session 5 - Fire (ending at 5:45 p.m.), Amphitheater
Session 6 - Drycask (Concurrent), Salons F/G

WedNeSdAy, SepTemBer 15, 2010
7:25 a.m. - 8:25 a.m. Continental Breakfast  

8:00 a.m. - 8:25 a.m. Co Chair & Speaker Meeting
Brookside A/B – Lower Level

8:25 a.m. - 9:10 a.m. Keynote Speaker, Kimberlyn C. Mousseau, Idaho National lab, 
Computational Fluid Dynamics and Experimental Fluid Dynamics 
Database 
Salons F/G

9:10 a.m. - 9:15 a.m. Short break to move into session rooms

9:15 a.m. - 11:00 a.m. Session 7 - Advanced Reactors (2), Amphitheater
Session 8 - Boiling/Bubbly Flow (2), Salons F/G

11:00 a.m. - 11:30 a.m. Coffee Break and Poster Session 3
Salon H and Corridor
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WedNeSdAy, SepTemBer 15, 2010 (CoNTiNued)

11:30 a.m. - 12:15 p.m. Keynote Speaker, Olivier Simonin, Institut National Polytechnique De 
Toulouse (INPT), France,  CFD Modeling of Dispersed Two-Phase Flow 
(Exact Title Not Fixed)
Salons F/G

12:15 p.m. -  12:45 p.m. Co Chair & Speaker Meeting

12:15 p.m. - 1:45 p.m. Lunch Break

1:45 p.m. - 3:30 p.m. Session 9 - Mixing (1), Salons F/G
Session 10 - Plant Applications (Concurrent), Amphitheater

3:30 p.m. - 4:00 p.m. Coffee Break and Poster Session 4
Salon H and Corridor

4:00 p.m. - 5:45 p.m. Session 11- Pressurized Thermal Shock, Salons F/G
Session 12 - Containment (2) (Concurrent), Amphitheater

7:00 p.m. - 9:00 p.m. Banquet, Welcoming Remarks, Michael F. Weber, Deputy Executive 
Director for Materials, Waste, Research, State, Tribal and Compliance 
Programs, U.S. NRC
White Oak Dining Room

ThurSdAy, SepTemBer 16, 2010
7:30 a.m. - 8:25 a.m. Continental Breakfast  

8:00 a.m. -  8:25 a.m. Co Chair & Speaker Meeting
Brookside A/B – Lower Level

8:25 a.m. - 9:10 a.m. Keynote Speaker,  Eckart Laurien, University of Stuttgart, Germany, 
Numerical Simulation of Flow and Heat Transfer of Fluids at 
Supercritical Pressure
Salons F/G

9:10 a.m. - 9:15 a.m. Short break to move into session rooms

9:15 a.m. - 11:00 a.m. Session 13 - Boiling/Bubbly Flow (3), Salons F/G
Session 14 - Mixing (2) (Concurrent), Amphitheater

11:00 a.m. - 11:30 a.m. Coffee Break and Poster Session 5
Salon H and Corridor

11:30 a.m. - 12:45 p.m. Panel Session, Chairs of each session will present brief summary of 
their sessions.
Salons F/G

12:45 p.m. - 12:50 p.m. Adjourn

1:30 p.m. - 4:30 p.m. One-hour tours of the US NRC Operations Center offered on a space 
available basis  - Must sign up at registration desk by end of day, 
Wednesday, September 15th, 2:00 p.m.

2:30 p.m. - 4:00 p.m. Open discussion: T-Junction “Lessons Learned”
Salons F/G
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KeyNoTe SPeaKeR BIoGRaPHIeS
Tuesday, September 14, 2010
Keynote Speaker, John Mahaffy, 
Pennsylvania State University, Synthesis of 
T-Junction Benchmark Results

Dr. Mahaffy has retired from the Pennsylvania 
State University, and currently works part time 
as a Consultant to the Nuclear Regulatory 
Commission.  His general areas of expertise 
include computational fluid dynamics, 
twophase fluid dynamics and heat transfer, 
development of large computer codes for 
systems simulations, and computing on 
parallel processors.  He has fourty years 
of experience developing and applying 
computational models for physical systems, 
generally involving modeling of fluid flow.  
He was a staff member at the Los Alamos 
National Laboratory from June 1976 through 
March of 1985, serving as an Associate Group 
Leader in the Safety Code Development 
Group from August 1981 through March 
1985.  There he developed numerical 
methods and computer software still used 
for analysis of nuclear reactor transients.  He 
was a staff member of the Penn State Applied 
Research Laboratory from 1985 through 
2010, analyzing, developing, and testing 
torpedo power systems, and most recently 
working on a modern tool for safety analysis 
of nuclear power plants (TRACE).  He also was 
a faculty member in the Penn State Nuclear 
Engineering program from 1992 through 2008.

Keynote Speaker, Koji Okamoto, University 
of Tokyo, Best Practice Procedures on 
Performing Two-Phase Flow Experiments for 
CFD Validation

Dr. Okamoto is a professor at the Division of 
Environmental Studies of the University of 
Tokyo.  

He received his PHD from the University of 
Tokyo in 1985.  Current research interests 
include: 

micro-fluid Visualization:  An advanced 
visualization technology which has been 
developed to measure the flow inside micro-
flow system whose size is less than 100 
micro-meters. The target flows include red 
blood cell motion in micro capillary flow and 
fluid dynamics related to micro-fluidics.

Three-dimensional information 
Visualization:  An advanced 3D interface and 
collaboration system is being studied using 
Web3D technology. This novel visualization 
will be developed through the internet.

radiation induced Surface Activation 
(riSA):  Irradiation of gamma-rays on the 
oxidized material surface results in the 
improvements in wetability. Heat transfer 
under strong irradiation conditions has also 
been studied, e.g., in a space environment 
and nuclear reactors.

Dr. Okamoto is the Editor of the journal 
Measurement Science and Technology and 
Managing Editor of the Journal of Visualization 
and is active in several technical societies.  

Wednesday, September 15, 2010
Keynote Speaker, Kimberlyn C. Mousseau, 
Idaho National lab, Computational Fluid 
Dynamics and Experimental Fluid Dynamics 
Database

Ms. Mousseau currently serves as the Nuclear 
Science and Engineering Deputy Division 
Director at the Idaho National Laboratory.  
Supporting the Division Leader, she is 
responsible for the strategic implementation 
and day-to-day operations of the Division.  
She is also the Program Leader for the 
Department of Energy, Office of Nuclear 
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Energy Knowledge Management Program.  
Prior to joining the INL, Ms Mousseau was 
the Division Leader for the Information 
Management Division at the Los Alamos 
National Laboratory (LANL).  The IM Division’s 
threefold mission of communications, 
information technology (IT), and records 
management included a $60 million annual 
operating budget with approximately 360 
employees.  Ms Mousseau has more than 25 
years in computer science and information 
management; she earned her Bachelor of 
Science in Mathematics from the University of 
Utah in 1989, followed by a Master of Science 
in Computer Science from the University of 
Idaho in 1994.  

Keynote Speaker, Olivier Simonin, Institut 
National Polytechnique De Toulouse (INPT), 
France,  CFD Modeling of Dispersed Two-
Phase Flow (Exact Title Not Fixed)

Olivier Simonin is professor at Institut 
National Polytechnique de Toulouse (INPT) 
and head of the « Particles, Spray and 
Combustion » research group at Institut de 
Mécanique des Fluides de Toulouse (IMFT). 
He received his PHD from Université Pierre 
et Marie Curie (Paris VI) in 1981. He started 
his career in industry as research-engineer 
at Electricité de France R&D in 1983 and 
managed the Industrial Fluid Mechanic group 
at the Laboratoire National d’Hydraulique 
at Chatou from 1990-1996.  He became 
Senior Engineer at EDF R&D in 1996 and, 
in the same time, joined IMFT as part time 
professor where he was promoted as full 
professor in 2001. He served as director of 
IMFT from 2000 to 2006 and university vice-
president for research at INPT since 2006. His 
research covers a broad range of topics in 
computational and theoretical multiphase fluid 
mechanic, including: development of PDF-
based modelling approach for fluid-particle 

turbulent flows, development and application 
of Eulerian-Eulerian and Eulerian-Lagrangian 
Large Eddy Simulation approaches, 
modelling and 3D unsteady CFD simulation 
of reacting multiphase flows at laboratory and 
industrial scales. His approach to research is 
characterized by the desire to translate finding 
from fundamental investigations into efficient 
models for real-word applications (such as 
coal combustion furnace, particle transport 
and deposition, Uranium fluorination reactor 
and catalytic cracking risers).

Thursday, September 16, 2010
Keynote Speaker, Eckart Laurien, University 
of Stuttgart, Germany, Numerical Simulation 
of Flow and Heat Transfer of Fluids at 
Supercritical Pressure  

Dr. Laurien is the head of the Institute for 
Nuclear Technology and Energy Systems 
(IKE) of the University of Stuttgart in Germany.  
He received his PHD from the University of 
Karlsruhe, Germany in 1985.  He has over 
30 years of research experience in the areas 
of Nuclear Reactor Thermo-Fluid Dynamics, 
including single- and two-phase flows, 
experimental and computational methods, 
turbulence modelling, reactor safety of 
Light Water Reactors, Gas Cooled High-
Temperature Reactors, Supercritical Water 
Reactors, Aerodynamics, High-Speed Flows 
and Direct Numerical Simulation.  Dr. Laurien 
has over 15 years of teaching experience in 
the areas of Nuclear Power Plants, Thermo-
Hydraulics, Computational Fluid Dynamics, 
Numerical Methods, Flow and Heat Transfer, 
and Two-Phase Flow Modelling.  He is also 
the author of the textbook on Numerical Fluid 
Dynamics: Numerische Strömungsmechanik, 
3nd Edition, Vieweg+Teubner, Wiesbaden 2009 
as well as over 100 journal and proceedings 
publications.
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TeCHNICal SeSSIoN aGeNDa
Tuesday September 14, 2010 Concurrent Session Listings

Session 1.0  ADVANCED REACTORS (1)
Session Co Chairs:  yassin hassan & Vince mousseau

10:15 a.m. - 12:00 p.m. – Salons F/G

Presentation: 1.1
abstract Title: CFd Analysis of decay heat removal Scenarios of the Lead Cooled 

eLSy reactor
Presenter: Michael Böttcher

Presentation: 1.2
abstract Title: evaluation of an experimental data Set to be Validation data for CFd for 

a VhTr
Presenter: Richard W. Johnson

Presentation: 1.3
abstract Title: Lead pressure Loss in the heat exchanger of the eLSy Fast Lead-

Cooled reactor by CFd Approach
Presenter: Alexandru Onea

Presentation: 1.4
abstract Title: CFd Calculations of Wire-Wrapped Fuel Bundles: modeling and Valida-

tion Strategies
Presenter: Ulrich Bieder

Session 2.0  CONTAINMENT (1)
Session Co Chairs:  Jay Sanyal & Sam durbin

10:15 a.m. - 12:00 p.m. – Amphitheater 

Presentation: 2.1
abstract Title: Validation of a Simple Condensation model for Simulation of Gas distri-

butions in Containments with CFX
Presenter: B. Schramm

Presentation: 2.2
abstract Title: Assessment of the Gas Flow Spray model Based on the post Calcula-

tion of the ToSQAN experiment 101
Presenter: M. A. Movahed
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Presentation: 2.3
abstract Title: CFd modeling of Condensation of Vapor in the pressurized ppooLeX 

Facility
Presenter: Timo Pättikangas

Presentation: 2.4
abstract Title: investigation of the Turbulent mass Transport during the mixing of a 

Stable Stratification with a Free Jet using CFd methods
Presenter: Armin Zirkel

Session 3.0 BOILING/BUBBLY FLOW (1)
Session Co Chairs:  emilio Baglietto & dirk Lucas

 2:15 p.m. - 4:00 p.m. – Salon F/G

Presentation: 3.1
abstract Title: modeling of Turbulent Transport Term of interfacial Area Concentration 

in Gas-Liquid Two-phase Flow
Presenter: Isao Kataoka

Presentation: 3.2
abstract Title: Application of Two-phase CFd to Nuclear reactor Thermal hydraulics 

and elaboration of Best practice Guidelines
Presenter: Dominique Bestion

Presentation: 3.3
abstract Title: Numerical Simulation of Condensation in Boiling Flow
Presenter: Pierre Ruyer

Presentation: 3.4
abstract Title: Validation of Neptune_CFd 10.8 for Adiabatic Bubbly Flow and Boiling 

Flow
Presenter: Alexandre Douce

Session 4.0 BUNDLE FLOW
Session Co Chairs:  Walter Schwarz & Brian Smith

 2:15 p.m. - 4:00 p.m. – Amphitheater

Presentation: 4.1
abstract Title: experimental Benchmark data for pWr rod Bundle with Spacer Grids
Presenter: Elvis Dominguez
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TeCHNICal SeSSIoN aGeNDa
Presentation: 4.2
abstract Title: CFd Analysis of the mATiS-h experiments on the Turbulent Flow Struc-

tures in a rod Bundle with mixing Vanes
Presenter: Hyung Seok Kang

Presentation: 4.3
abstract Title: CFd prediction of pressure drop for the inlet region of a pWr Fuel As-

sembly
Presenter: Jin Yan

Presentation: 4.4
abstract Title: Numerical Simulation of the Flow in Wire-Wrapped pin Bundles: effect 

of the pin-Wire Contact modeling
Presenter: Elia Merzari

Session 5.0 FIRE
Session Co Chairs:  John mahaffy & Jason dreisbach

 4:30 p.m. - 5:45 p.m. – Amphitheater

Presentation: 5.1
abstract Title: Validation process of the iSiS CFd Software for Fire Simulation
Presenter: Céline Lapuerta

Presentation: 5.2
abstract Title: CFd Analysis of the hydrogen explosion Test with a high ignition en-

ergy in the open Space
Presenter: Hyung Seok Kang

Presentation: 5.3
abstract Title: recommendation for maximum Allowable mesh Size for plant Combus-

tion Analyses with CFd Codes
Presenter: M. A. Movahed

Session 6.0  DRYCASK 
Session Co Chairs:  Jorge Solis & Chris Bajwa

4:30 p.m. - 6:45 p.m. – Salon F/G

Presentation: 6.1
abstract Title: Validation of Computational Fluid dynamics Code models for used Fuel 

dry Storage Systems
Presenter: Gregory Banken
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Presentation: 6.2
abstract Title: A 2d Test problem for CFd modeling of heat Transfer in Spent Fuel 

Transfer Cask Neutron Shielding
Presenter: James A. Fort

Presentation: 6.3
abstract Title: measurement of pressure drops in prototypic BWr and pWr Fuel As-

semblies in the Laminar regime
Presenter: Samuel Durbin

Presentation: 6.4
abstract Title: Validation of CFd modeling Approach to evaluate VSC-17 dry Storage 

Cask Thermal designs
Presenter: Kaushik Das

Presentation: 6.5
abstract Title: Validation of the Fluent CFd Computer program by Thermal Testing of a 

Full-Scale double-Walled prototype Canister for Storing Chernobyl Fuel
Presenter: Indresh Rampall

Wednesday, September 15, 2010

Session 7.0 ADVANCED REACTORS (2)
Session Co Chairs:  morii Tadashi & Jay Sanyal

9:15 a.m. - 11:00 a.m. – Amphitheater

Presentation: 7.1
abstract Title: Safety Analysis of the NGNp Lower plenum using the Fuego CFd Code
Presenter: Sal Rodriguez

Presentation: 7.2
abstract Title: experimental efforts for predictive Computational Fluid dynamics Vali-

dation
Presenter: J. R. Buchanan

Presentation: 7.3
abstract Title: Lagrangian Simulation of particle deposition on an Array of Spheres us-

ing rANS-rmS and LeS Approaches
Presenter: Brian Smith

Presentation: 7.4
abstract Title: Validation of unsteady CFd in a Confined row of Cylinders for Statisti-

cally Steady and Transient Flow
Presenter: Brandon Wilson
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TeCHNICal SeSSIoN aGeNDa
Session 8.0 BOILING/BUBBLY FLOW (2)

Session Co Chairs:  dominique Bestion & dirk Lucas

 9:15 a.m. - 11:00 a.m. – Salons F/G

Presentation: 8.1
abstract Title: Validation of Three-dimensional Two-Fluid CFd model for Boiling Flows
Presenter: Deoras Prabhudharwadkar

Presentation: 8.2
abstract Title: prediction of a Subcooled Boiling Flow with mechanistic Wall Boiling 

and Bubble Size models
Presenter: Byong-Jo, Yun

Presentation: 8.3
abstract Title: CFd Simulation of Critical heat Flux in a Tube
Presenter: L. Vyskocil

Presentation: 8.4
abstract Title: use of Synchronized, infrared Thermometry and high-Speed Video for 

Generation of Space- and Time- resolved high-Quality data on Boiling 
heat Transfer

Presenter: Craig Gerardi

 

Session 9.0 MIXING FLOW (1)
Session Co Chairs:  Walter Schwarz & John mahaffy

 1:45 p.m. - 3:30 p.m. – Salons F/G

Presentation: 9.1
abstract Title: CFd Simulations of the Flow mixing in the Lower plenum of pWrs
Presenter: Guillaume Pochet

Presentation: 9.2
abstract Title: modeling and Analysis of direct Steam Condensation in a passive 

Safety System of Advanced pWr
Presenter: Dillon Shaver

Presentation: 9.3
abstract Title: Study of Thermal Stratification and mixing using piV/LiF methods
Presenter: Bogdan Yamaji
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Presentation: 9.4
abstract Title: Challenges for the extension of Limited experimental data to Full-Scale 

Condition of Severe Accident Natural Circulation Flows using CFd
Presenter: Christopher Boyd

Session 10.0 PLANT APPLICATIONS
Session Co Chairs:  emilio Baglietto & yassin hassan

 1:45 p.m. - 3:30 p.m. – Amphitheater

Presentation: 10.1
abstract Title: Three-dimensional porous media model of a horizontal Steam Genera-

tor
Presenter: Timo Pättikangas

Presentation: 10.2
abstract Title: Fiber Agglomerate Transport in a horizontal Flow
Presenter: Greg Cartland Glover

Presentation: 10.3
abstract Title: LeS with Acoustics and FSi for deforming plates in Gas Flow
Presenter: Per Nilsson

Presentation: 10.4
abstract Title: CFd Calculation of the pressure drop through a rupture disk
Presenter: Lorenzo Mengali

Presentation: 10.5
abstract Title: A Shallow Water equation Solver and particle Tracking method to evalu-

ate the debris Transport
Presenter: Young S. Bang

Session 11.0 PRESSURIZED THERMAL SHOCK 
Session Co Chairs:  eric Volpenhein & Chris Boyd

4:00 p.m. - 5:45 p.m. – Salon F/G

Presentation: 11.1
abstract Title: pre-Test CFd Simulations on TopFLoW-pTS experiments with ANSyS 

CFX 12.0
Presenter: Pavel Apanasevich

Presentation: 11.2
abstract Title: Computational Fluid dynamics Analysis of Buoyancy driven Stratified 

Flow
Presenter: Martina Scheuerer
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TeCHNICal SeSSIoN aGeNDa
Presentation: 11.3
abstract Title: Validation of the Large interface method of Neptune CFd 1.0.8 for pTS 

Applications
Presenter: Pierre Coste

Presentation: 11.4
abstract Title: pTS prediction using CmFd Code TransAT: The CoSi Test Case
Presenter: M. Labois

Session 12.0 CONTAINMENT (2)
Session Co Chairs:  Fabio moretti & dominique Bestion

4:00 p.m. - 5:45 p.m. – Amphitheater

Presentation: 12.1
abstract Title: Validation of CFd models for Natural Convection, heat Transfer, and 

Turbulence phenomena
Presenter: J. Stewering

Presentation: 12.2
abstract Title: Toward a CFd Quality database Addressing LWr Containment phenom-

ena
Presenter: Domenico Paladino

Presentation: 12.3
abstract Title: interaction of a Light Gas Stratified Layer with an Air Jet Coming from 

Below: Large Scale experiment and Scaling issues
Presenter: Etienne Studer

Presentation: 12.4
abstract Title: hydrogen deflagration Simulation under Typical Containment Condi-

tions for Nuclear Safety
Presenter: Jorge Yanez

Thursday, September 16, 2010

Session 13.0 BOILING/BUBBLY FLOW (3)
Session Co Chairs:  Chul-hwa Song & Brian Smith 

9:15 a.m. - 11:00 a.m. – Salon F/G

Presentation: 13.1
abstract Title: experimental data on Steam Bubble Condensation in poly-dispersed 

upward Vertical pipe Flow
Presenter: Dirk Lucas
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Presentation: 13.2
abstract Title: Coupled Lagrangian and eulerian Simulation of Bubbly Flows in experi-

mental data using multi-sensor Conductivity probes and Laser doppler 
Anemometry

Presenter: José L.Munoz-Cobo

Presentation: 13.3
abstract Title: prediction of polydisperse Steam Bubble Condensation in Sub-Cooled 

Water using the inhomogeneous musig model
Presenter: Conxita Lifante

 

Session 14.0 MIXING (2)
Session Co Chairs:  Chris Boyd & Fabio moretti

9:15 a.m. - 11:00 a.m. – Amphitheater

Presentation: 14.1
abstract Title: Large eddy Simulation of a Turbulent Flow in a T-Junction
Presenter: Jungwoo Kim

Presentation: 14.2
abstract Title: Numerical Simulations of Thermal mixing in T-junction piping System 

using Large eddy Simulation Approach
Presenter: Masaaki Tanaka

Presentation: 14.3
abstract Title: Suitability of Wall Functions in Large eddy Simulation for Thermal Fa-

tigue prediction in a T-Junction
Presenter: Santhosh Jayaraju

Presentation: 14.4
abstract Title: Towards empiricism-Free Large eddy Simulation for Thermohydraulic 

problems
Presenter: V.M. Goloviznin

Presentation: 14.5
abstract Title: dispersion of radionuclides and radiation dose Computation over a 

mesoscale domain using CFd model
Presenter: R.B. Oza
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CFD analysis of decay heat removal scenarios  
of the lead cooled ELSY reactor 

 
Michael Böttcher 

 
 Institut für Neutronenphysik und Reaktortechnik (INR), Karlsruher Institut für Technologie (KIT) 

 
 
Extended Abstract 
 
The lead cooled European reactor concept ELSY is characterized by its innovative, compact design, 
where all components of the primary loops are located inside the reactor vessel. The vessel includes 8 
steam generators and pumps which generate a coolant flux of 126 tons/s. At nominal operation condi-
tions the core releases about 1500 MW converted to an electric power of 600 MW. For the coolant 
temperatures 400°C at the core inlet and 480°C are envisaged. 
 
If the reactor is shut down and the pumps are switched off, the decay heat is removed by isolation 
condenser (IC) systems acting on the SG secondary circuits. If the IC´s are not available, heat removal 
by 4 dip coolers is foreseen, which can be operated by gravitation driven water flow or by air. Addi-
tionally the outer vessel wall is permanently cooled by a RVACS (reactor vessel air cooling) system 
located between the outer vessel wall and the reactor cavity. 
 
The main intention of this work is the investigation of the passive cooling systems which are used for 
the decay heat removal. The CFD vessel model of about 20 million cells takes advantage of the com-
ponents symmetry and simulates a 90° section of the reactor. The spatial resolution of the computa-
tional grid varies between 5 mm close to walls and 100 mm in undisturbed regions where only small 
gradients are expected. The core, the pumps and the SG´s are simulated with porous media models 
including volumetric source terms for momentum and energy. For the SG´s detailed CFD studies with 
at least one order of magnitude finer grid resolution are performed in order to obtain data for pressure 
losses. Solids like pipe walls or the core barrel are taking into account by heat conduction. As the 
model considers a closed system the coolant flux is controlled by momentum sources of the pumps 
and frictional losses mainly by the core and the SG´s. The simulations are performed as single phase 
flows, therefore the free lead surface at the unclosed upper part of the vessel is considered only as free 
slip, adiabatic boundary with no variation of its vertical level. At the outer vessel wall a temperature 
dependent heat flux derived from a detailed CFD investigation of the RVACS system is applied.  
 
The DHR scenarios are starting at nominal steady state operation conditions. Then the control rods are 
injected and the pumps are shut down. Due to inertia of the pumps a delay time of 5s is applied. The 
first scenario assumes a heat removal by the IC systems which are operating in connection with the 
secondary circuits of the SG´s. As consequence of the geometrical configuration of the SG´s and the 
time dependent IC power the simulation predicts lead freezing about 5 min after initiation of the shut 
down in the lower parts of the SG´s. Then the temperature increases again and remains within a rea-
sonable range for the considered time up to 10000s. For the dip cooler scenario temperatures signifi-
cantly above the freezing point are predicted. For the considered time intervals the coolant temperature 
is kept in an acceptable range between 350°C and 520°C, respectively.    
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EVALUATION OF AN EXPERIMENTAL DATA SET TO BE VALIDATION DATA FOR CFD 
FOR A VHTR 

 
Richard W. Johnson 

 
Idaho National Laboratory 

 
 

Extended Abstract 
 
The very high temperature reactor (VHTR), a Generation IV reactor concept, has been chosen as the 
concept for the next generation nuclear plant (NGNP), supported by the U. S. Department of Energy. 
There are two basic designs for the VHTR: a prismatic design, where fuel is located in hexagonal graphite 
blocks stacked in the reactor vessel, each machined with coolant channels to remove the heat and a 
pebble-bed design where the fuel is contained in tennis-ball sized pebbles that migrate through a large 
core space. In the case of the prismatic design, the coolant exits the core into a lower plenum as jets, 
which must turn 90° and flow through a forest of cylindrical posts that hold up the core to the exit duct. 
Safety analysis of the flow of hot helium coolant in the lower plenum by computational fluid dynamics 
(CFD) is desired to determine the level of mixing of the variably heated jets and to see if there are any hot 
spots. Experimental data have been taken of a scaled model of a narrow slice of the lower plenum of a 
prismatic VHTR potentially to be used as validation data. A series of numerical investigations have been 
made related to the data using CFD to determine if it is suitable for validation purposes. The present 
article provides an overview of the findings of the investigations including results for a modified version 
of the flow field. These investigations have included a determination of the extent of the computational 
domain needed, the best outlet boundary condition to use for the CFD model, a comparison of two 
sources of data to set the inlet conditions, application of several turbulence models to evaluate their 
performance and the search for the cause of an apparent instability occurring on a relatively long time 
scale that introduces apparently random excursions of flow variables. Two major problems have been 
identified that argue against the use of the data as a validation data set. The first regards the inlet data. The 
four inlet jet flows were measured using mass flow rotameters and also using particle image velocimetry 
(PIV); PIV provides detailed measurements of the velocities in the inlet ducts. It was found that the 
integrated PIV data differ by up to 25% in mass flow from the rotameter data. It is recommended to apply 
PIV to the inlet ducts using a laser plane perpendicular to the axes of the ducts to obtain much denser data 
than before. The second problem relates to a recirculation zone that occurs below the first inlet jet and the 
upstream end of the scaled model. Based upon both calculations and the data, this recirculation zone is 
apparently unstable, changing dramatically in size over relatively long time intervals that appear to be 
random in length. This feature is deemed to be inappropriate for a validation data set, first, because it is 
random and dominates the flow field and second, because it would take an impractically long time to 
compute a long-time average of the flow field. This instability probably could not have been forseen and 
points to the importance of using CFD to help in designing the experiment. Calculations have been made 
of the scaled model for which the first jet is plugged, everything else being the same. In this case, an 
apparently stable recirculation zone occurs below the plugged first jet duct. Comparisons of results for the 
application of different turbulence models for the modified flow will be presented. As yet, there are no 
data for this flow field, so these are blind calculations. Best practice guidelines from the ASME Journal of 
Fluids Engineering are used to guide the calculations. 
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LEAD PRESSURE LOSS IN THE HEAT EXCHANGER OF THE ELSY FAST LEAD-
COOLED REACTOR BY CFD APPROACH 

 
Dr. Alexandru Onea, Dr. Michael Böttcher, Dr. Dankward Struwe 

 
Karlsruhe Institute of Technology (KIT), Hermann-von-Helmholtz-Platz 1, 76344 Eggenstein-

Leopoldshafen, Germany 
 
 

1. INTRODUCTION 
 
In the frame of the ELSY (European lead-cooled system) design proposal for a fast lead-cooled 
reactor, which should comply with the goals of the 4-th generation nuclear power plants, the focus 
is set on the usage of the possible advantages offered by the lead technology in comparison to lead-
bismuth eutectic (LBE). Lead is less expensive, less corrosive and has a smaller radiological 
emissivity in comparison with LBE. The ELSY project aims at demonstrating the feasibility of a 
lead fast reactor for energy generation and the identification of solutions for a simple but safe 
system [3].  
 
In order to properly dimension the reactor and to allow the flow of lead in natural circulation 
regime, as required by the nuclear accidents scenarios, the knowledge of the lead pressure losses 
through each component is mandatory. The present paper discusses the pressure loss through the 
new innovative design proposed for the ELSY spiral heat exchanger (HX). The lack of 
experimental data for lead flows through heat exchangers, as well as the novelty of the HX design, 
motivated an approach based on CFD (Computational Fluid Dynamics) analysis. We employed the 
commercial tool ANSYS CFX and successfully validate the program against theoretical predictions 
for pressure loss simulations through perforated plates and pipe bundles.  
 
The ELSY HX has a cylindrical design and uniformly perforated double inner and double outer 
walls, as described in [4]. The flow of lead represents the primary circuit, while supercritical water 
is planned for the secondary circuit of the reactor. The perforations in the walls and in the 
corresponding companion shells are displaced in a staggered way. About 200 tubes that are 
arranged vertically in a staggered way are planned for the secondary circuit of one HX.  
 
2. QUALIFICATION OF ANSYS CFX FOR PRESSURE LOSS SIMULATIONS 
 
A detailed complete model is not feasible at the actual stage of the design, due to the complex 
geometry, which has reference elements ranging between 10-3 ÷ 1m scales. Therefore, unit slice 
models consisting of at least one perforation in the walls have been considered. The main 
components of the HX were firstly examined separately, in order to simplify the optimization of the 
CFD setup for a complete unit slice model. Due to the lack of theoretical predictions for pressure 
loss estimation through double staggered walls, ANSYS CFX was successfully qualified against the 
predictions developed in [6] for one perforated wall.  
 
For the validation of the CFD model for the pipe bundle, the theoretical prediction proposed in [5] 
has been employed. The Reynolds-stress turbulence models (TM) provide a better description of the 
flow than the eddy-viscosity TMs, due to their ability of handling the flow anisotropy. Although the 
ELSY HX parameters exceed the validity range of the theoretical prediction, the agreement between 
the solutions is satisfactory.  
 
An effort was made to construct the computational meshes according to the recommendations in the 
Best Practice Guidelines [1].  
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3. MAIN RESULTS 

The paper discusses the influence of the TMs and of the mesh sizes, pointing out the adequate 
numerical approach for each HX component. For the walls, the main pressure loss occurs in the gap 
between the wall and the companion shell, due to the numerous steep flow turns.  
 
The flow of lead in the pipe bundle, considered by the unit slice approach, is unsteady and 
anisotropic. The flow instability is caused by the vortex shedding from the first row of cylinders, by 
the numerous flow attachments and detachments on the cylinder surfaces, as well as by the tight 
pipes arrangement, which forces the lead to travel in a quasi sinusoidal channel, continuously 
disrupted by cross vortices developed between horizontally neighboring cylinders.  
 
A global analysis of the entire HX has been performed, by considering the major components as 
porous bodies, in order to validate the simulations based on the unit slices models.  
 
The pressure loss determined was used further as input data in the global CFD analysis of the ELSY 
reactor for nominal and transient conditions, performed by Böttcher and Onea [2].  
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VALIDATION OF A SIMPLE CONDENSATION MODEL FOR SIMULATION OF 

GAS DISTRIBUTIONS IN CONTAINMENTS WITH CFX 

Berthold Schramm, Jörn Stewering, Martin Sonnenkalb 

Gesellschaft für Anlagen- und Reaktorsicherheit (GRS) mbH, Schwertnergasse 1, D-50667 Köln  

In a severe accident scenario in a LWR huge amounts of steam and hydrogen are released into 
the containment at different locations. CFD-codes have demonstrated the ability to simulate lo-
cal hydrogen distributions and combustions but benchmarks as the ISP-47 show, that there is 
still a necessity for code validation and model improvement. In cooperation with other institu-
tions the GRS adapts and validates the CFX code developed by ANSYS for containment appli-
cations. Thus for a correct prediction of the gas composition an accurate simulation of the wall 
and the bulk condensation of steam is necessary as well. For containment application a model-
ing of the condensation with the multiphase approach, as implemented in ANSYS CFX, is too 
CPU-time consuming. Thus a simplified condensation model was implemented in CFX using 
USER-FORTRAN routines [Het]. The condensation model has been validated by simulating 
several experiments performed at different facilities.  

In the presentation the focus will be on the simulation of the experiments Panda4 and Pan-
da4bis performed at the Paul Scherrer Institute [Aub], [Cac] by CFX-11. These experiments dif-
fer only in temperature boundary conditions, so that only in Panda4bis condensation occurred. 
The simulation of both experiments offers the opportunity to separate errors introduced by the 
condensation model from numerical errors and other model errors (e.g. turbulence modeling). 
For the simulation of the Panda4 experiment a grid sensitivity study was performed and the in-
fluence of the turbulence model and other parameters like turbulence intensity of the inflowing 
steam was investigated. The simulated steam distribution is in good agreement with experimen-
tal data. CFX is able to simulate the flow pattern of the experiment with the counter current in 
the connecting pipe between the two Panda vessels.  

The model for the wall and bulk condensation was validated by calculating the Panda4bis expe-
riment using similar models as for Panda4. The influence of the mesh resolution near the vessel 
walls was investigated, because this is a critical parameter for the condensation model. Some 
model shortcomings lead to larger deviations from experimental data than in simulating Pan-
da4, but the simulation results are satisfactory. 

The work presented was performed within the project “Qualification of CFX for containment 
applications” founded by the German Ministry of Economic and Technology (BMWi). 

[Het] M. Heitsch, B. Schramm,  
Hydrogen Management for the VVER-440/213 Containment, Hungary, HU2002/000-632-04-
01, GRS 2005, Final Report  

[Aub] O. Auban, D. Paladino and R. Zboray, OECD/SETH PANDA Test Facility Description 
and Geometrical Data, PSI 2005 

[Cac] F. de Cachard, D. Paladino, R. Zboray, M. Andreani, Large-Scale Experimental Investiga-
tion of Gas Mixing and Stratification in LWR Containments, PSI 2006, Final Report 
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ASSESSMENT OF THE GASFLOW SPRAY MODEL BASED ON THE POST-
CALCULATION OF THE TOSQAN EXPERIMENT 101 

 
M. A. Movahed 

 
AREVA GmbH Offenbach, Germany 

 
 

 
Extended Abstract: 
 
In frame of the EU project SARNET spray experiments have been performed in the TOSQAN 
facility in French. The experiment Ref. 101 was selected for benchmark calculation with different 
CFD and LP codes. The CFD participants performed their calculations with a 2D geometry 
simulation of the TOSQAN vessel without considering of the pre steam injection phase using the 
average values from the experiment for the simulation of the initial condition at the start of the 
spray.  
 
AREVA performed two GASFLOW post analyses of the experiment with the full 3D geometry 
simulation of the vessel: 

 Part simulation: without considering of the pre steam injection phase using the average 
values from the experiment for the simulation of the initial flow conditions at the start of 
the spray (PS) 

 
 Full simulation: with considering of the pre steam injection phase resulting in 

determination of the initial flow conditions at the start of the spray (FS) 
 
The first calculation (PS) is performed without the simulation of the steam injection phase as 
requested from the benchmark participants with quasi constant initial conditions at the start of 
spray. The comparison of the global values pressure and temperature as well as gas mol number 
showed good agreement between calculation and experiment especially from the fast 
condensation phase via slow condensation phase up to the equilibrium phase. For the gas 
temperature immediately after start of spray the mean gas temperature drops below the measured 
temperature. To explain the reason of the differences a second calculation has been performed 
with taking into account the pre steam injection phase of the experiment. In this calculation (FS) 
at the start of spray the atmosphere conditions were calculated and were not more input values.  
 
This calculation (FS) shows that at the start of spray: 
 

 vessel atmosphere is not calm, 
 

 on the vertical axis of the vessel in central area an upwards convection flow exists, 
 

 close to the vertical wall a downwards flow exists, 
 

 distribution of the gas temperature and steam volume fraction is not homogenous and 
 

 gradient of the flow parameters are large. 
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Since the initial conditions are sufficiently good at the start of spray in FS the decrease of the 
calculated mean gas temperature is now similar the decrease of the measured gas temperature. 
 
This post calculation of the TOSQAN spray test was necessary for validation of the GASFLOW 
spray model because the effect of spray on hydrogen risk had been investigated with GASFLOW 
code for a bounding scenario small break loss of coolant accident with delayed depressurization 
(SBLOCA 20 cm2/D) resulting in fast homogenizing of the EPRTM containment atmosphere. 
 
The comparison of the results of the both post calculations of the above TOSQAN experiment 
with the measured experimental results shows good agreement between calculation and 
measurement in all four phases namely in vaporization phase, fast condensation phase and slow 
condensation phase as well as in the equilibrium phase. Furthermore it shows the same tendency 
of the fast homogenizing of the vessel atmosphere as mentioned above in the spray calculation of 
the EPRTM. 
 
The comparison shows for all four phases only maximal 2 %, 3%, and 2% for the global values 
pressure, gas mean temperature and gas mole number respectively.  
 
The selected mesh size for TOSQAN geometry simulation grants the extrapolation of the 
comparison results also to prototypic containment scale. 
 
The linear scale of the TOSQAN experiment relative to the EPRTM nuclear power plant is about 
1:22. 
 
GASFLOW code is a finite volume computer code which has been developed at Los Alamos 
National Laboratory in USA and research centre Karlsruhe in Germany. The code is designed to 
be a best-estimate tool for predicting the transport of steam/hydrogen/air mixture with/without 
spray as well as for the recombination and combustion of hydrogen with the possibility of adding 
other gases for simulating design base or severe accidents in containment of nuclear or fission 
reactor. GASFLOW models are validated with numerous experiments describing different thermo 
hydraulic phenomena in the containment. 
 
This simulation analysis and also those which are performed by other benchmark participants 
with pre- and post-GASFLOW calculation using 2D simulation have shown that the GASFLOW 
spray model is applicable and reliable for the containment analysis due to agreement with the 
experimental results. 
 
To sum up, one can say now the validation of the GASFLOW spray model bases on the good 
agreement between different calculated and experimental results and the model can be applied for 
simulation of all relevant phases during spray namely evaporation phase, fast condensation phase, 
slow condensation phase and finally during the thermodynamic equilibrium phase.  
 
This paper compares the results of the AREVA analyses with the measured experimental results 
and assesses the used spray model of GASFLOW for the determination of the containment 
atmosphere response during the spray. 
 
 
Keywords:  
EPRTM, GASFLOW code, spray model validation, TOSQAN experiment, hydrogen, severe 
accident  
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CFD MODELLING OF CONDENSATION OF VAPOUR IN THE PRESSURIZED 
PPOOLEX FACILITY 

 
T.J.H. Pättikangas and J. Niemi 

 
VTT Technical Research Centre of Finland, P.O.B. 1000, FI–02044 VTT, Finland 

 
J. Laine, M. Puustinen and H. Purhonen 

 
LUT Energy, Faculty of Technology, Lappeenranta University of Technology, 

Lappeenranta, Finland 
 
 

Extended Abstract 
 
PPOOLEX facility is a scaled-down model of a BWR containment consisting of two pressurized 
compartments. In the top part of the facility, is a dry well compartment, where air and vapour can 
be blown from air tanks and steam generators. In the bottom part of the facility, is a wet well 
compartment consisting of a water pool and a gas space above the water level. The floor between 
the two compartments is penetrated by a vertical vent pipe, whose lower end is submerged in the 
water pool of the wet well. When the pressure increases in the dry well, gas flows through the vent 
pipe to the water pool and to the gas space of the wet well. The total height of the PPOOLEX 
facility is about 7.4 m and the diameter about 2.4 m. The submergence depth of the vent pipe is 
about one meter. 
 
In the PPOOLEX experiment WLL-05-02, vapour was blown into the preheated dry well 
compartment of the facility. The initial temperature of the dry well was about 65 °C, and the initial 
temperature of the water pool in the wet well compartment was about 20 °C. In the beginning of 
the experiment, a vapour jet was injected into the dry well through an inlet plenum. The maximum 
mass flow rate of the jet was 0.54 kg/s, and the vapour temperature in the inlet plenum was about 
140 °C.  The vapour jet hit the opposite wall of the dry well, where wall condensation occurred. 
The temperature of the wall structures of the dry well rose and heat was conducted through 
uninsulated walls to the ambient laboratory. When the pressure in the dry well increased, the 
mixture of air and vapour started flowing through the vent pipe into the water pool of the wet well. 
The vent pipe was cleared of water and large gas bubbles formed at the pipe outlet with a 
frequency of about one hertz. The volume fraction of vapour in the dry well compartment 
increased and direct-contact condensation at the outlet of the vent pipe became significant. 
 
In the present work, a CFD simulation of the first 90 seconds of the experiment is performed by 
using the Euler-Euler two-phase model of  FLUENT 6.3. In the model, the gas phase consists of 
air and vapour species components. In wall condensation, the condensing water forms a film layer 
on the wall surface, which is modelled by mass transfer of vapour to water phase in the near wall 
grid cell. The heat transfer from the gas phase through the water film to the wall is resolved. The 
direct-contact condensation in the wet well is modelled with simple correlations based on 
assumptions of the interfacial surface area. The wall condensation and direct-contact condensation 
models are implemented with user-defined functions of FLUENT. 
 
The results of the CFD simulation are compared to the PPOOLEX measurements, where the 
temperature and the pressure are measured in various locations of the facility. The calculated 
amount of condensate on the walls of the dry well is compared to the amount of condensate that is 
collected with an aqueduct system of PPOOLEX during the experiment. The applicability of the 
Euler-Euler model for this kind of simulations is assessed. The possibilities of following the Best 
Practise Guidelines in the simulation is discussed. 
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INVESTIGATION OF THE TURBULENT MASS TRANSPORT DURING THE MIXING OF A 

STABLE STRATIFICATION WITH A FREE JET USING CFD-METHODS

I1. Armin Zirkel, I2. Eckart Laurien

Institute of Nuclear Technology and Energy Systems, Universität Stuttgart

Extended Abstract

This paper presents the current state of the analysis and validation of turbulence models for numerical 

simulations within containments of nuclear reactors. During a severe accident hydrogen can be produced 

by a chemical reaction between the Zircaloy cladding and water and escape into the containment through a 

leak in the primary circuit. The prediction of the mass transport of hydrogen is vital for an optimized 

positioning of countermeasures like recombiners. It is possible that a stable stratification of hydrogen and 

air occurs due to the different densities of those fluids. This paper discusses the simulation of the mixing 

of such a stable stratification with a free jet. A turbulence model for the turbulent mass transport, the 

Turbulence Scalar Flux (TSF) model, is used. Aim of this work is to adjust this model for the use on the 

mixing of a stable stratification.

The mixing of a stable stratification with a free jet is characterized by the time dependency of the flow, 

sharp velocity and density gradients as well as the non-isotropy of Reynolds stresses and turbulent mass 

fluxes. With the use of a Reynolds stress turbulence model, the non-isotropic Reynolds stresses can be 

simulated. The TSF model, as mentioned before, uses a similar, non-isotropic approach to calculate the 

turbulent mass fluxes. But only the isotropic eddy diffusivity model is currently available in state-of-the-

art cfd-software. Another way to resolve non-isotropic effects is the Large Eddy Simulation (LES). With a 

LES, the large eddies are directly simulated and modeling is limited to the small eddies. 

Because of the difficulties to get experimental data of flows in real containments, the THAI experimental 

facility was created. It is a simplified model of a containment to get experimental data for flows in large 

buildings. The mixing of a stable stratification is measured in the TH20 experiments, which are performed 

by Becker Technologies. For safety reasons the used light gas for the experiments is helium instead of 

hydrogen. 

The TH20 experiments are still too complex for model development. The size of the vessel, 9.4m height 

and 1.5m radius, requires a large grid. The time dependency of the flow makes long calculations necessary 

and makes the comparability of different calculations difficult. To solve these problems, a theoretical, 

steady-state,  two-dimensional  test  case  is  designed  for  the  model  development.  It  has  no  direct 

experimental backup but a LES is performed as a reference. With the detailed information of the LES, the 

TSF model  is  further  developed  and  tested.   It  is  then  used  to  simulate  the  TH20  experiments  for 

validation.

The test case has a rotational symmetric geometry as well as symmetric boundary conditions. Therefore a 

two-dimensional  grid is used for the RANS simulations. The grid is  built  following the best practice 

guidelines to ensure sufficient grid quality.  The LES uses a three-dimensional grid. For quality control, 

turbulent spectra are generated on different locations to ensure a sufficient resolution of the LES. Two 

RANS-simulations are carried out to quantify the deviation to the LES. The eddy diffusivity model is used 

in both cases. One simulation is using the isotropic kω model for momentum transport, the other is using 

the non-isotropic ωRSM. A expected, both models are showing a worse mixing than the LES. It also turns 

out that the model for the momentum transport has no impact on the result, which is dominated by the 

eddy diffusivity model.

A simulation with the TSF model shows a significant improvement of the mixing. This paper discusses the 

further development of the TSF model for the mixing of a stable stratification with a free jet.
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MODELING OF TURBULENT TRANSPORT TERM OF INTERFACIAL AREA 
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Extended Abstract  
 

The accurate prediction of thermal hydraulic behavior of gas-liquid two-phase flow is 
indispensable for the improvement of performance and safety of a nuclear reactor.    Two-fluid 
model1 is considered the most accurate model of two-phase flow because this model treats each 
phase separately considering the phase interactions at gas-liquid interfaces.  Therefore, two-fluid 
model is widely adopted in many CFD codes of gas-liquid two-phase flow. In two-fluid model, 
averaged conservation equations of mass, momentum and energy are formulated for each phase. 
The conservation equations of each phase are not independent each other and they are strongly 
coupled through interfacial transfer terms of mass, momentum and energy through gas-liquid 
interface.   Interfacial transfer terms are given in terms of interfacial area concentration 
(interfacial area per unit volume of two-phase flow). Therefore, the accurate knowledge of 
interfacial area concentration is quite essential to the accuracy of the prediction based on two-fluid 
model.  Recently, more accurate and multidimensional predictions of two-phase flows are needed 
for advanced design of nuclear reactors.    To meet such needs for improved CFD prediction, it 
becomes necessary to give interfacial area concentration itself by solving the transport equation.  

In view of these, formulation and modeling of basic transport equation of interfacial area 
concentration and constitutive equations of the transport equation have been carried out by various 
researchers all over the world.    These basic transport equation and constitutive equations were 
applied to CFD codes of two-phase flow and predictions of detailed behavior of two-phase flow 
were carried out.   In these models, source terms of interfacial area transport due to the break up 
and coalescence of bubbles were well modeled in flow regimes of bubbly and bubbly-to-slug 
transition.  However, constitutive equations of turbulent transport of interfacial area concentration 
in various flow regimes have not been modeled nor developed yet. 

In this paper, a new and rigorous modeling of basic transport equation and constitutive 
equations of turbulent transport terms of interfacial area concentration was carried out.   The 
authors have already formulated local instant formulation of interfacial area concentration and 
conservation equations of mass, momentum and energy in two-phase flow.   Based on these local 
instant formulation, basic transport equation of interfacial area concentration was rigorously 
formulated in term of spatial correlation functions of characteristic function (local instant volume 
fraction) and its directional derivative of each phase.   In the basic transport equations, interfacial 
area concentration is transported by averaged interfacial velocity    In the previous models, 
interfacial velocity is roughly approximated by velocity of each phase.    In the present model, 
interfacial velocity is rigorously formulated in term of spatial correlation functions of characteristic 
function and velocity of each phase and their directional derivatives.  In this new formulation, the 
averaged interfacial velocity was shown to be correlation functions of fluctuation of velocity and 
local instant void fraction and their derivatives which reflect the transport of interfacial area 
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concentration due to interaction between interfacial area and turbulence of each phase.   Basic 
conservation equations of spatial correlation functions of characteristic function and velocity of 
each phase were also derived based on the conservation equations momentum and its fluctuation of 
each phase.  For practical purpose, further modeling of this turbulent transport terms of interfacial 
area concentration was carried out.  As a result, constitutive equations of turbulent diffusion and 
lateral migration of interfacial area concentration were obtained which can be applied to various 
flow regime of two-phase flow. 

The present model succeeded in formulating the interaction of interfacial area and 
turbulence of each phase.   Using this model along with previous constitutive equations of source 
terms, more accurate predictions of interfacial area transport and two-phase flow using CFD codes 
will be possible. 
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Extended abstract 
 
Two-phase Computational Fluid Dynamics (CFD) or Computational Multi-Fluid Dynamics (CMFD) 
is now increasingly applied to some Nuclear Reactor thermalhydraulic investigations. A Writing 
Group (WG3) of the OECD-CSNI-GAMA on the “extension of CFD to two-phase safety issues” has 
identified a list of Nuclear Reactor Safety issues for which the use of 2-phase CFD can bring a real 
benefit and proposed a general multi-step methodology. The various modeling options were identified 
and classified and some first Best Practice Guidelines (BPG) were proposed in the final report of the 
WG3. A progress of this activity was presented at the XCFD4NRS meeting in 2008.  
The purpose of this paper is to go farther in the analysis on several points. First the methodology is 
specified in more detail for the selection of model options. Then, the applicability of the general 
methodology and of the various model options to each two-phase flow regime is discussed. Four main 
modeling options are considered, the porous body approach with a homogenization technique, the 
RANS like (Reynolds Averaged Navier Stokes) approach for open medium, the Large Scale 
Simulation methods (extension of the Large Eddy Simulation concept to two-phase flow simulation), 
and the pseudo-DNS approaches. Some limitations of each approach are identified and some important 
non-dimensional numbers are listed which may allow to classify the various situations.  
Some pseudo-DNS approaches with Interface Tracking Methods are applied to some basic two-phase 
flow but CPU cost makes it prohibitive for industrial application. Therefore many attempts to use 
under-resolved DNS are made in some specific conditions. It is shown that the Large Scale Simulation 
methods are able to simulate some dispersed flow regimes as well as separate-phase flows, but they 
encounter many difficulties when trying to apply them to the full range of flow regimes, in particular 
when there is not a unique interfacial structure and when the associated scales cover a wide range. The 
RANS like methods can in principle be applied to all flow regimes but have also severe limitations for 
the most complex flow regimes. The porous body approach with a homogenization technique is used 
in component codes for 3D Core thermalhydraulic simulations. They combine difficulties of the CFD 
for open medium with the difficulties of the 1D models; they are still used with many simplifications 
which were not always even identified and listed. For each of these four modeling approaches, 
attention is drawn on the conditions and limits of applicability. 
Some input from the ERCOFTAC (European Research Community on Flow Turbulence And 
Combustion) Best Practice Guidelines on Dispersed Turbulent Multi-Phase Flow is added to the 
reflections of the WG3 to propose more detailed BPGs. The conditions of the consistency between the 
selected space and time averaging or filtering of equations and the formulation of the wall transfers, 
turbulent transfers and interfacial transfers are specified. Since non-consistencies in the modeling 
options are not so rare, a list of frequent errors is given.  
A checklist of Best Practice Advice for application of two-phase CFD to reactor thermalhydraulic 
issues is proposed and recommendations on some closure laws are given.   
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Extended abstract: 
 
In the framework of safety studies of Pressurized Water Reactors, boiling bubbly flow and Departure from 
Nucleate Boiling are now investigated at the CFD scale in the NEPTUNE_CFD code developped in the 
framework of the NEPTUNE project, financially supported by CEA (Commissariat à l’Énergie 
Atomique), EDF, IRSN (Institut de Radioprotection et de Sûreté Nucléaire) and AREVA-NP 
. The prediction of subcooled convective boiling flows throughout PWR assemblies relies on both 
prediction of nucleation of bubbles in the wall region and of their life time in the core flow where 
subcooled liquid may induce condensation. In the perspective of validation of CFD simulations of 
convective nucleate boiling flows, there is a need in assessment of both boiling and condensation 
independently. This study extends the validation of the NEPTUNE_CFD code, [1], to liquid-vapour 
bubbly flows by focusing on the subcooled flows with condensation but in the absence of wall heat 
transfer. Experimental data incoming from the TESS experimental program are used to validate the 
models for (i) bubble migration from wall to core, and (ii) interfacial heat transfers that result in bubbles 
condensation. 
In a first part, the experimental data are presented and analysed. The experimental device consists in a 
two-part vertical cylindrical pipe of diameter close to hydraulic diameter of a typical sub-channel of a 
PWR assembly. In the lower upstream part, subcooled liquid is injected and the wall heating induces 
nucleate boiling regime. Vapor volumetric fraction increases and near-wall liquid is heated up. In the 
upper downstream part of the pipe, the wall is adiabatic and measurements are made at different axial and 
radial positions: a thermocouple measures the liquid temperature whereas a two-tip optical probe provides 
information about vapor volumetric fraction, vapor bubbles size distribution, and bubbles velocities. The 
fluid used is R-134A cooling fluid. Thanks to dimensional analysis, the flow and fluid properties allow 
then to simulate with a low pressure the industrial configuration in terms of mass flux, pressure, and wall 
heat-flux to critical heat flux ratio. The experimental data provide a detailed map of the vapor flow 
characteristics above the wall-heated part. An interpretation of these results is provided in the present 
study to compare the condensation rate with classical correlations, as well as to characterize the migration 
of bubbles and to identify the possible coalescence of bubbles. Experimental uncertainties are discussed. 
In a second part, numerical results allow to analyse the existing modelling for vapor-liquid pipe bubbly 
flow in NEPTUNE_CFD code. Only the non-heated part of the pipe is simulated, in order to consider the 
results independently from the modelling of nucleate boiling. Experimental profiles allow determining 
boundary conditions for the vapor flow as well as for the liquid temperature at the inlet of the simulation 
domain. We analyze the sensitivity of the results to some numerical and modelling issues. In particular, 
we apply to some extent the Best Practice Guidelines by investigating the mesh influence, in terms of both 
geometry and cell size. We study a way to build boundary conditions for the liquid flow, considering 
several levels of turbulence and show the need for a fine determination of these data, in order not to 
perturb the two-phase flow analysis. Several modelling issues concerning bubbles migration, bubbles size 
evolution, and turbulent dispersion are discussed. Finally conclusions are drawn on the condensation 
based on the comparison of experimental data and available correlations. 
 
[1]Guelfi A., Bestion D., Boucker M., Boudier P., Fillion P., Grandotto M., Hérard J.-M., Hervieu E., and 

Péturaud P., 2007, NEPTUNE: A new software platform for advanced nuclear thermal hydraulics. 
Nuclear Science and Engineering, 156:281-324 



35

3-CFD4NRS, September 14-16  2010, Washington DC, USA. 

VALIDATION OF NEPTUNE_CFD 1.0.8 
FOR ADIABATIC BUBBLY FLOW AND BOILING FLOW  

 
A. Douce1, S. Mimouni1, J. Laviéville 1, C. Morel2, 

C. Baudry1, M. Guingo1, J. Pouvreau2 

 
(1) EDF R&D, Chatou, FRANCE. 

(2) Commissariat à l’Energie Atomique, Grenoble, FRANCE.  
 

 
 
Extended Abstract 

 

The NEPTUNE_CFD code, which is based on an Eulerian two-fluid model,  is developed within the 
framework of the NEPTUNE project, financially supported by CEA (Commissariat à l'Énergie 
Atomique), EDF, IRSN (Institut de Radioprotection et de Sûreté Nucléaire) and AREVA-NP. 
NEPTUNE_CFD is mainly focused on Nuclear Reactor Safety applications involving two-phase 
flows, like two-phase Pressurized Thermal Shock (PTS) and Departure from Nucleate Boiling (DNB). 
Since the maturity of two-phase CFD has not reached yet the same level as single phase CFD, an 
important work of model development and thorough validation is needed, as stated for example in 
NEA/CSNI Writing Group dedicated to the “Extension of CFD Codes to Two-Phase Flow Safety 
Problems » (draft6c, 2009). Many of these applications involve bubbly and boiling flows, and 
therefore it is essential to validate the software on such configurations. In particular, this is crucial for 
applications to flow in PWR fuel assemblies, including studies related to DNB. This work aims at 
presenting the present status of NEPTUNE_CFD validation in this area, as a step in an iterative 
process of improvement. 

To this end, this paper presents NEPTUNE_CFD code validation against four test cases based on 
experimental results. These data have been selected to allow separate effects validation. The adequacy 
of the measured quantities and the corresponding basic model of the CFD code to validate is 
underlined in each case. The selected test cases are the following. The Liu and Bankhoff experiment 
(1993) is an adiabatic air-water bubbly flow inside a vertical pipe. It allows to validate forces applied 
to the bubbles. The Bel F'Dhila and Simonin (1992) experiment is an adiabatic bubbly air-water flow 
inside a sudden pipe expansion. It allows to validate the dynamic models and turbulence. The 
DEBORA (CEA, 2002) and the ASU (Arizona State University, Hassan 1990) facilities provide 
results for boiling flows inside a vertical pipe. The working fluid is refrigerant R12 for DEBORA and 
R113 for ASU. Both allow to validate the nucleation modeling on a heated wall, and ASU allows also 
the validation of the two-phase wall function (Mimouni, 2009) .  

A key feature of this work is that all these calculations were performed with a single standard version 
(1.0.8) of NEPTUNE_CFD, and  with a single and consistent set of models, avoiding case-dependent 
“tuning” of the modeling: a RANS approach with a Reynolds Stress Model for the turbulence of the 
continuous phase; the drag force from Ishii (1990), the added mass from Zuber (1964), the lift force 
from Tomiyama (1998) and a turbulent dispersion force are chosen for the dispersed phase. The 
NEA/CSNI Best Practice Guidelines were followed as much as possible, especially in the mesh 
generation process by keeping acceptable quality for the grids, by exploring the grid convergence, and 
also by assessing the numerical convergence.  

Comparisons with experimental data show that NEPTUNE_CFD has captured experimental profiles 
with reasonable accuracy for dynamical quantities and void fraction. Improvement must be done for 
the prediction of the bubbles size distribution. The need of new experiments will also be addressed to 
validate other specific models, like those used for bubble condensation in subcooled convective flow, 
which is the goal of the new TESS program. A companion paper presenting validation computations 
against these very recently obtained data is also submitted to the workshop.  
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In numerical simulations of fuel rod bundle flow fields, the unsteady Navier-Stokes equations 
have to be solved in order to determine the time (phase) dependent characteristics of the flow. 
In order to validate the simulations results, detailed comparison with experimental data must 
be done. Experiments investigating complex flows in rod bundles with spacer grids that have 
mixing devices (such as flow mixing vanes) have mostly been performed using single-point 
measurements by traversing between the rod gaps and within the rods passages. A variety of 
probes has been used in these investigations including, hot-wire, hot-film, LDV, five-hole pitot 
tube, high response pressure transducer, etc. Although these measurements allow local 
comparisons of experimental and numerical data (e.g. line distributions of velocity components 
and/or Reynolds stresses in the vicinity of the mixing vanes, passages, rod gaps, etc.), they 
provide little insight because the discrepancies can be due to the integrated effects of many 
complex flow phenomena such as wake-wake, wake-vane, and vane-boundary layer 
interactions occurring simultaneously in a complex flow environment.  The same issue exists for 
full lateral flow field data from PIV measurements in the open literature; most of the existing 
data provide average flow data not time dependent. 

In order to obtain more details and insight on the discrepancies between experimental and 
numerical data as well as to obtain a global understanding of the causes of these discrepancies, 
comparisons of the distributions of complete phase-averaged velocity and turbulence fields for 
various locations near spacer-grids should be performed. The experimental technique Particle 
Image Velocimetry (PIV) is capable of providing such benchmark data utilizing current PIV 
equipment and computers. However, PIV requires optical access for the laser sheet and the 
camera view to the region of interest, whereas the flow field in a typical fuel bundle with 
spacer-grids is usually optically obstructed by the rods themselves. In addition, light reflections 
from the rod surface and end walls tremendously affect the quality of images, particularly near 
the boundaries. As a result, previously obtained data in rod bundles have covered limited areas, 
close to the boundaries and mostly in small sections of the bundle. Most of these studies are 
also performed with instrumentation that provides either spatial or temporal resolution of the 
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acquired data and are not suitable for acting as a detailed benchmark dataset for rod bundle 
with spacer grids flow computations. 

This paper describes an experimental database obtained using two-dimensional Time Resolved 
Particle Image Velocimetry (TR-PIV) measurements within a 5 x 5 PWR rod bundle with spacer-
grids that have flow mixing vanes. One of the unique characteristic of this set-up is the use of 
the Matched Index of Refraction technique employed in this investigation which consists of 
immersing plastic rods with a similar index of refraction as the one for water to achieve optical 
transparency  zones in the neighborhoods of the spacer grids. This unique feature allows flow 
visualization and measurement within the bundle without rod obstruction. This approach also 
allows the use of high temporal and spatial non-intrusive dynamic measurement techniques 
namely TR-PIV to investigate the flow evolution below and immediately above the spacer. The 
experimental data to be presented in this paper includes explanation of the various cases 
tested such as test rig dimensions, measurement zones,  the test equipment and the boundary 
conditions in order to provide appropriate data for comparison with Computational Fluid 
Dynamics (CFD) simulations. Turbulence parameters of the obtained data are analyzed in order 
to gain insight of the physical phenomena. Measurement uncertainties are quantified and the 
error analysis methodology is presented.  
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Extended Abstract 
 

A CFD analysis of a turbulent swirl flow measured in a 5x5 rod array with mixing devices at 
the MATIS-H (Measurements and Analysis of Turbulence In Subchannels-Horizontal) facility 
was performed using a commercial CFD code of STAR-CCM+ 4.02 to establish a proper CFD 
analysis methodology. Previous results of CFD analysis (Kang & Song, 2008) show that a 
predicted turbulent swirl flow at a location away from 1~5 times of hydraulic diameter length 
downstream within from the mixing devices tip was dependent very largely on a turbulent 
model, a wall function model, a y+ value, and a numerical model for a convection term. In the 
MATIS-H experiments (Chang et al, 2008), distinct flow features, which are differently 
evolving along the flow direction and also intrinsically revealing according to the type of 
mixing devices (split or swirl type), were measured by 2-D LDA (Laser Doppler Anemometry) 
at Re=48,000 in the water loop under the operating condition of 35oC and 1.5bar. 

In this paper, a unit grid model of 5 x 5 subchannels without an unmatched grid interface 
was generated because the grid interface option in the grid model may give rise to an error in 
transforming CFD data between unmatched surfaces (Kang, 2006). A series of sensitivity 
analysis is performed by varying a grid cell distribution, a turbulent model including a nonlinear 
model, a wall function model and a numerical model for a convection term to find out the BPG 
(Best Practice Guideline) to the simulation of the turbulent swirl flow due to the mixing devices 
in the rod bundle.  

A preliminary result with a coarse grid model (Fig. 1) shows that the CFD analysis predicts 
well a global flow pattern inside the subchannel, but the CFD results do not predict well the 
experimental results of a local flow circulation position. Therefore, a sensitivity analysis with a 
dense grid model will be performed to find out the CFD analysis methodology which simulates 
similar results to the test results. A validated CFD analysis methodology may be used as a basis 
step to reduce the uncertainty in predicting a DNB (Departure Nucleate Boiling) margin in the 
thermal hydraulic design of nuclear reactor core.  
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          (a) MATIS-H Test Result                 (b) CFD Result 
Fig. 1  Comparison of Velocity Profile at z/Dh=1 of the Split Type 
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Extended Abstract 
 
A typical Westinghouse Pressure Water Reactor (PWR) fuel assembly consists of a debris filter 
bottom nozzle, a Protective-Grid, support grids, spacer grids, fuel rods, skeleton, and a top 
nozzle.  The fuel assembly sits on the lower core plate which has four flow holes per assembly 
which direct the flow from the reactor vessel lower plenum into the bottom nozzle of the fuel 
assembly.  The overall fuel assembly pressure drop has to be determined for any change in design 
of the fuel assembly components. Westinghouse performs fuel assembly pressure drop 
measurements with its Fuel Assembly Compatibility Test System (FACTS) test facility in 
which the fuel assembly is enclosed in a vertical channel.  The pressurized water enters the 
bottom of the test housing.  Flow strengtheners are located upstream of the lower core plate to 
ensure a uniformly developed flow distribution at the inlet of the lower core plate.  The static 
pressure is measured at many points and elevations along the FACTS test housing.  The data is 
then post-processed to reflect the Reynolds number effect on the fuel assembly pressure loss.  
This data was used as a basis for the purposes of performing detailed Computational Fluid 
Dynamics analyses (CFD), as discussed below.  
 
Computational Fluid Dynamics has been widely used in pressure drop/hydraulic loss calculations 
in many industries, including the aerospace and turbo-machinery industry as well as in the 
nuclear industry.  During the past 30 years, a significant amount of time and effort have been 
spent in benchmarking the CFD tool and models against test data in aerospace and 
turbomachinery industry. The application of the CFD methods in the Nuclear power industry is 
relatively new in comparison and has accelerated in recent years.  This paper focuses on the 
benchmarking of the CFD modeling of Westinghouse designed fuel assemblies.  The pressure 
drop across the fuel assembly is a very important characteristic to consider in the design of any 
new fuel assembly design.  The ability to accurately predict the pressure drop across the fuel 
assembly is critical in nuclear fuel design.  In this paper, the effect of the turbulence model in the 
CFD modeling is investigated.  Different computational meshes are generated and evaluated.  The 
results show that the turbulence model and mesh density both have a significant effect on the 
pressure drop predictions.  The specific structure of the flow inside the fuel bundle is displayed.  
This paper highlights the dilemma encountered in the mesh independence study.  The benchmark 
efforts demonstrated that the pressure drop across the complex structure of the fuel assembly can 
be accurately predicted if a sufficiently fine mesh is used.  Through this study, it is concluded that 
mesh sensitivity studies are necessary to ensure that the CFD model is accurately predicting the 
fuel assembly thermal hydraulic performance.    
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Extended Abstract 

Thanks to the rapid advancement of numerical techniques and the availability of increasingly powerful 
supercomputers it has recently been possible to simulate numerically the flow in a full sub-assembly 
composed of wire-wrapped pins through the means of LES (Large Eddy Simulation) [1].  

Due to the extreme computational cost of such simulation it was not possible to conduct a sensitivity 
case on the pin-wire interface modeling.  Since, however, such calculations would likely be extended to 
conjugate heat transfer cases, a sensitivity study might be necessary in order to assess the reliability of the 
numerical results.  It is in fact well known that conjugate heat transfer results are often strongly 
influenced by near-wall modeling. The objective of the present work is to investigate into more detail the 
effect of pin-wire contact modeling upon the results, from the hydraulic point of view and from the point 
of view of the heat transfer characteristics. In particular the focus will be on the prediction of the heat 
transfer coefficient and the hot spot factor in conjugate heat transfer calculations. 

The primary test case is the simplified geometry proposed by Ranjan et al. [2] which consist of a 
channel flow between two parallel plates with a wire embedded in one of the walls. The choice is 
motivated by the highly resolved nature of the Ranjan et al. [2] DNS (Direct Numerical Simulation) 
dataset which makes it an ideal benchmark problem for CFD calculations. After reproducing the results 
using the LES code NEK5000, we have proceeded in examining several other choices for the wire-pin 
interface modeling: such as the use different filets or the introduction of a nominal gap between wire and 
wall. The results shed light on the sensitivity of LES calculations on the modeling of the interface region 
between wires and pins.  

[1]  W. D. Pointer, P. Fischer, J. G. Smith, A. Obabko and A. Siegel "Simulations of Turbulent Diffusion 
in Wire-Wrapped Sodium Fast Reactor Fuel Assemblies," International Conference on Fast Reactors and 
Related Fuel Cycles, Kyoto, December 2009. 

[2] R. Ranjan, C. Pantano and P. Fischer “Direct simulation of turbulent swept flow over a wire in a 
channel", Journal of Fluid mechanics, in press



43

Tuesday, September 14, 2010 
4:30 pm - 5:45 pm

Session 5, FIRE



44 1

VALIDATION PROCESS OF THE ISIS CFD SOFTWARE FOR FIRE SIMULATION 
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Extended Abstract 

Fire codes are more and more used for safety analysis of nuclear power plants. In several OECD 
member countries, the accuracy of the calculated simulation with CFD code has to be demonstrated; 
this is the aim of the Verification and Validation process (V&V) (see [1,2]). In this context the French 
“Institut de Radioprotection et de Sûreté Nucléaire” (IRSN) develops a computational software, named 
ISIS, dedicated to the simulation of buoyant fire in compartment mechanically ventilated. ISIS is 
based on the scientific computing development platform PELICANS [5] and benefits of the 
practicalities for implementing methods. The code ISIS is a freeware, available at 
https://gforge.irsn.fr/gf/project/isis.

The physical modelling used in ISIS [3] is classic for industrial application in large compartments. The 
turbulence approach is based on the Reynolds-Averaged-Navier-Stokes equations, supplemented by a 
two-equation closure and the eddy viscosity model. The turbulent production term is adapted to cope 
with buoyancy effects. Combustion modelling relies on a single reaction equation. The classical eddy 
dissipation approach is used for the mean chemical reaction rate which means that it is controlled 
solely by the turbulent mixture. The Finite Volume method is employed to treat radiation exchanges. 
Both incompressible and low Mach number flows are dealt with. The originality of the ISIS code is its 
capacity to take into account the effect of ventilation on the pressure. The thermodynamic pressure and 
the mass flow rate for ventilation vents are related by the mass balances in the compartment and in the 
ventilation branch where an aeraulic resistance is taken into account.   

For numerical solution, a fractional step algorithm has been developed. The spatial discretization 
combines mixed finite element for the Navier-Stokes equation and finite volumes scheme for transport 
(advection-diffusion-reaction) equation in order to ensure the velocity stability and the conservation in 
physical range of quantities as enthalpy or species mass fraction. This approach by finite element 
enables to use non-structured meshings for complex geometries for instance. Finally, ISIS is entirely 
parallelized via the platform PELICANS. 

A V&V approach is used for ISIS code [7]. The validation process relies on a building-block approach 
and consists in breaking up the complex engineering system of interest in several sub-systems of less 
complexity. The validation of the ISIS code is built to simulate a fire in mechanically ventilated 
enclosures. In the following, we will focus on the integral case, the others test-cases being detailed in 
[4]. 

The validation is based on experiments performed at the IRSN Fire test laboratory in particular on the 
PRISME Source tests [6]. The aim of the PRISME Source series is to study the effect of ventilation 
flow rate on the heat released rate in a confined and mechanically ventilated compartment. The ISIS 
code enables to simulate correctly the thermodynamic pressure, especially at the beginning and at the 
end of the fire when large pressure variations occur. The temperature levels and the gas concentrations 
are consistent with the experimental results as well as the radiative heat flux at wall boundaries. This 
validation test was the subject of a comparison exercise involving several fire simulations codes 
proposed by the OECD-PRISME benchmarking group. 
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The validation of the ISIS code is continually in progress and enables to identify the points which 
must be improved. Then, many works are currently developed: for instance the evaluation of the mass 
loss rate in confined domain, the production and the combustion of soot and the turbulence (approach 
by Large Eddy Simulations).     
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Extended Abstract 
 

A CFD analysis of an overpressure buildup and a flame propagation at the hydrogen 
explosion test with a high ignition energy of 40J in the open space (Sato, 2006) was performed 
using a commercial CFD code of ANSYS CFX-11 to establish a proper CFD analysis 
methodology for a simulation of the hypothetical hydrogen explosion between the VHTR and 
the hydrogen production facility (Chang, 2007). The hydrogen explosion test in the open space 
was performed by varying the hydrogen concentration and the existence of an obstacle and a 
barrier wall to measure the overpressure buildup and the flame front Time of Arrival (TOA) for 
a long distance of 41m. And also, the high ignition energy of 40J was used to intentionally 
induce a detonation phenomenon, but a deflagration was happened. 

 
In the CFD analysis, the developed spark ignition model (Kang, 2008) was used for the high 

ignition energy, and also the eddy dissipation model (EDM) and the standard k-ε turbulent 
model implemented in the CFX-11 were used for the simulation of the hydrogen combustion. A 
preliminary result for the test results without the obstacle shows that the CFD analysis predicts 
well the global hydrogen flame propagation after the ignition, but the CFD results do not predict 
accurately the overpressure buildup and the flame front TOA. Therefore, a series of sensitivity 
analysis is being performed by varying a grid cell distribution, the constant values of the EDM, 
a turbulent model and the courant number to find out the BPG (Best Practice Guideline) for the 
simulation of the overpressure buildup and the flame front TOA of the experimental results. A 
validated CFD analysis methodology will be used in the determination of the safety distance 
between the VHTR and the hydrogen production facility to increase the VHTR safety. 
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Extended Abstract: 
 
The Selection of the proper mesh size for a fluid dynamic calculation with CFD codes is essential 
for the reliability of the results assuming suitable physical and numerical models are used. 
Calculations with CFD codes are necessary for the assessment of the consequences of pressure 
loads due to possible hydrogen combustion in nuclear power plants in a severe accident. 
 
CFD simulations of the transport and distribution of the released hydrogen/steam as well as the 
possible combustion during the transient in the containment require an appropriate mesh size to 
resolve the relevant phenomena and loads. 
 
The determination of the mesh size has to take into account: 
 
 adequate delineation of the containment geometry for accurate hydrogen distribution 

calculations 
 
 sufficient conservative resolution of the combustion phenomena for the determination of 

pressure wave propagation and pressure loads  
 
 no loss of pressure wave loads with relevant frequencies for the structural response analysis of 

the containment during the combustion calculation 
 
Prior to the start of the calculations with CFD code a proper choice of the mesh size is necessary. 
This task is often not simple. A fast deflagration simulation for a nuclear power plant requires 
very small meshes to resolve the combustion phenomena in order to obtain reliable pressure load 
resolution. This can be aggravated by a lack of knowledge of all relevant natural frequencies of 
the containment structure, which may be under design and/or the final decision of the 
characteristic of the structure is open. Therefore a criterion for the prediction of the maximum 
allowable mesh size for plant combustion analyses with CFD codes, even without exact 
knowledge of the structure characteristics is very desirable, since the objective of the combustion 
calculation in a containment filled with high reactive gas mixture is to determine properly the 
impact of the dynamic pressure load on the structure.  
 
From the structural analysis it is well-known that the structure response is massively dependent 
on the frequencies content of the pressure load function.  
 
The relevant pressure load function due to combustion can be taken either from: 
 
 relevant experiments, or 

 combustion calculations for appropriate scenarios. 
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In the first case: 
 the frequency of the recorded pressure wave and/or shock wave has to be high enough to 

resolve all waves with relevant frequencies. 

In the second case:  

 the mesh size has to be small enough to resolve all pressure waves and/or shock waves with 
relevant frequencies during the combustion calculation. 

Obviously the relevance of resolving of the waves up to the bounding frequency of the system is 
clear for both cases.  
 
Recording of pressure wave during experiment up to very high frequencies is no problem and 
most of the time the resolution of the pressure waves during the experiment is sufficient.  
 
Since a bounding frequency of 200 Hz for concrete structure is sufficient recording of frequency 
content above this frequency is irrelevant for concrete structure and can be filtered from both 
experimental and calculated pressure wave load functions.  
 
Waves with frequency above bounding frequency of the structure have no significant effect on 
the structure response since their contribution is negligible due to high frequencies 
 
In this paper, it is found that the accuracy of the calculated pressure wave associated with its 
frequency depends on the mesh size and it has been derived a simple and easily useable analytical 
formula for the determination of the maximal allowable mesh size. This formula can be used as a 
criterion to find out easily and simple the appropriate mesh size for accurate determination of the 
pressure wave function.  This criterion in form of a relation is deduce in this theoretical treatment 
from the connection among the structure characteristic associated with the relevant frequency and 
fluid property associated with mixture quality and gas temperate as well as numerical 
determination of the pressure wave load function associated with the accuracy of the 
approximation.  
 
This criterion give the CFD code users the ability to find out the upper limit of the mesh size 
during the preparing of the geometry simulation specially for performing combustion calculation.  
 
The mesh size can be calculated from analytical formula using: 
 
 mixture quality and temperature in the cloud confined in the structure (containment) and  
 highest relevant frequency for the structure analysis of the containment and  
 number of points for the accurate approximation of the pressure wave function.  
 
Simulation of combustion in a big volume like containment of a nuclear power plant requires 
huge number of meshes and usually the user tends to choose big meshes to limits the number of 
meshes and computer cost to an acceptable level. 
 
Thus the assessment of the mesh size is important for the determination of the safety margin and 
quality of the results. 
 
Assuming the correct calculation of the flow variables (e.g. hydrogen/steam/air concentration, T, 
p,..) as an initial condition for the combustion calculation with the same or other appropriate CFD 
codes, it is found, that the maximum mesh size: 
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 is dependent on required accuracy for the pressure wave characterization (resolution)  
 
 decreases with increasing of the highest relevant natural frequency of the structure 
 
 increases with increasing of the gas temperature 
 
 increases with increasing of the speed of sound of the mixture 
 
 increases with increasing H2 and/or steam concentration 
 
 
Further it is found that the used 40 cm mesh size for the EPRTM combustion calculation with the 
COM3D code provides an acceptable resolution of all induced pressure waves during the 
combustion process, which are relevant for the containment structure response.  
 
Keywords:  

EPRTM, COM3D combustion code, hydrogen, severe accident, natural frequency, pressure wave 
load, speed of sound, mesh size, analytical treatment  
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Extended Abstract 

Computational fluid dynamics (CFD) codes have been used to validate the system designs for used 
nuclear fuel storage and transportation applications.  The reliance on and the importance to safety of these 
codes has grown with the drive to increase the capacity of these systems.  The higher capacities of today’s 
designs have increased the total decay heat dissipation from each package from below 10 kW in the 
1990’s to over 40 kW today.  Higher decay heats require more thermally efficient designs to maintain 
system component and fuel cladding temperatures below their design limits.  This results in the need to 
increase the accuracy of the analytical methods in addition to improving the thermal efficiency.   

While the use of CFD codes has provided a powerful tool for analyzing the thermal performance of 
complex designs, the validity of the results provided by the codes are only as good as the numerical 
models and choices in evaluation options used.  In particular, the means used to determine the convective 
heat transfer coefficients and radiation exchange are critical to accurately predicting the temperature 
distribution within the storage or transportation system.  In the current study, we explore the steps 
necessary to achieve validation of the FLUENT CFD code against the test results for one of the 
Transnuclear’s used fuel dry storage system and the code’s subsequent implementation in the design of 
another Transnuclear’s higher capacity system.  These required steps include the choice of meshing 
scheme, fixed versus temperature dependant thermal properties, choice of turbulence modeling approach 
and wall function, and the use of steady-state versus transient modeling techniques to capture the 
turbulent nature of the heat transfer regime. 
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Extended Abstract 

In the United States, commercial spent nuclear fuel is typically moved from spent fuel pools to 
outdoor dry storage pads within a transfer cask system that provides radiation shielding to protect 
personnel and the surrounding environment.  The transfer casks are cylindrical steel enclosures 
with integral gamma and neutron radiation shields.  Since the transfer cask system must be 
passively cooled, decay heat removal from spent nuclear fuel canister is limited by the rate of 
heat transfer through the cask components, and natural convection from the transfer cask 
surface.  The primary mode of heat transfer within the transfer cask system is conduction, but 
some cask designs incorporate a liquid neutron shield tank surrounding the transfer cask 
structural shell.  In these systems, accurate prediction of natural convection within the neutron 
shield tank is an important part of assessing the overall thermal performance of the transfer cask 
system.   

The large-scale geometry of the neutron shield tank, which is typically an annulus approximately 
2 meters in diameter but only 5-10 cm in thickness, and the relatively small scale velocities 
(typically less than 5 cm/s) represent a wide range of spatial and temporal scales that contribute to 
making this a challenging problem for computational fluid dynamics (CFD) modeling.  Relevant 
experimental data at these scales are not available in the literature, but some recent modeling 
studies offer insights into numerical issues and solutions; however, the geometries in these 
studies, and for the experimental data in the literature at smaller scales, all have large annular 
gaps that are not prototypic of the transfer cask neutron shield.   

This paper presents results for a simple 2-D problem that is an effective numerical analog for the 
neutron shield application.  Because it is 2-D, solutions can be obtained relatively quickly 
allowing a comparison and assessment of sensitivity to model parameter changes.  Turbulence 
models are considered as well as the tradeoff between steady state and transient solutions.  
Solutions are compared for two commercial CFD codes, Fluent and StarCCM+.  The results can 
be used to provide input to the CFD Best Practices for this application.  However, because of the 
differences observed in some of the simulation results, and due to the critical nature of this 
application, the argument is made for new experiments at representative scales. 
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Extended Abstract 
 
Laminar pressure drops in nuclear fuel assemblies are of interest for evaluating complete loss-of-coolant 
accident scenarios in spent fuel pools and for performance analyses of dry storage casks.  To the 
knowledge of the authors, this study represents the first attempt to directly quantify pressure losses in 
prototypic fuel assemblies in the laminar regime.  Two commercial fuel assemblies were examined 
including a 17×17 PWR and a 9×9 BWR.  The assemblies were tested in the laminar regime with 
Reynolds numbers ranging from 10 to 1000, based on the average assembly velocity and hydraulic 
diameter.  Pressure drop measurements were made across individual bundle spans and grid spacers in the 
mock fuel assemblies using high-sensitivity differential pressure gauges.  These gauges are capable of 
detecting extremely small changes in differentia l pressure with a resolution of ~0.02 Pa.  This level of 
sensitivity allows meaningful pressure drop measurements across separate fuel components, even at low 
Reynolds numbers.   
 
The fuel assembly mock-ups were constructed from commercial fuel assembly structural components and 
stainless steel tubing that is within 0.6% of the outer diameter of actual fuel.  The outer flow boundary in 
the BWR assembly bundle was defined by the walls of a prototypic canister.  In the PWR assembly, the 
flow was confined by the walls of different stainless steel storage cells.  Two of the PWR storage cell 
sizes represented dimensions spanning pool and cask cells available in industry.  Pressure ports were 
installed along the length of the assemblies at locations corresponding to the entrance and exit of fuel 
components.  Dry, ambient air was metered into the bottom of each assembly through a flow straightener.   
 
The geometries of the tube bundles in 17×17 PWR and 9×9 BWR fuel assemblies are fundamentally 
different.  The PWR bundle has a larger flow area and incorporates more grid spacers compared to the 
BWR bundle.  Additionally, eight of the 74 fuel rods in the 9×9 BWR tube bundle are partial length 
leaving significantly greater flow area in the top third of the bundle.  With fewer grid spacers and 
expanded flow area in upper bundle, the BWR assembly exhibited less flow resistance at a given 
Reynolds number compared to the PWR assembly when located in a storage cell analogous to the BWR 
canister.  This PWR storage cell was smaller than any used commercially in spent fuel pools or dry 
storage casks.  When the PWR assembly was tested inside of storage cell sizes that spanned pool and cask 
cells available in industry, the flow resistance at a given Reynolds number was equivalent or less than that 
exhibited by the BWR assembly.  These measurements should prove useful in independently validating 
CFD results or constructing numerically equivalent flow elements for use in fuel modeling efforts. 
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This paper presents results from a numerical analysis of the thermal evaluation of a Ventilated Concrete Storage 
Cask VSC-17 system. Three-dimensional simulations are performed for the VSC-17 system, and the results are 
compared to experimental data. The VSC-17 is a concrete-shielded spent nuclear fuel (SNF) cask system designed 
to contain 17 pressurized water reactor (PWR) fuel assemblies for storage and transportation. The system consists of 
a ventilated concrete cask (VCC) and a multi-assembly sealed basket (MSB). The VCC is a concrete cylindrical 
vessel, fabricated as a single piece and fitted with a flat plate at the bottom. The concrete cask provides structural 
support, shielding, and natural convection cooling for the MSB. The MSB has an outer steel shell and an inner fuel 
guide sleeve assembly that holds canisters containing spent fuel rods. Cooling airflow inside the concrete cask is 
driven by natural convection.  

Heat transfer in the cask is a complicated process because of the inherent complexity of the geometry and the fixed 
and natural convection induced by the radioactive decay process. Other factors that contribute to the overall heat 
transfer include the heat generation by the spent fuel, the thermal boundary condition, the filling medium within the 
MSB, and the vertical or horizontal orientation of the cask. Proper thermal analysis of dry storage casks is important 
for accurate estimation of the peak fuel temperature and peak cladding temperature (PCT). Proper estimation of PCT 
ensures the integrity of cladding and is important for safety evaluation of independent spent fuel storage 
installations. Accurate estimation of the peak fuel temperature and peak cladding temperature ensures the integrity 
of the cladding. The spent nuclear fuel may be exposed to air and oxidize if the cladding is damaged and thus 
increase the potential for release of radioactivity. In the current analysis, numerical simulations are carried out using 
the computational fluid dynamics (CFD) software FLUENT. Two different backfill gases were considered in the 
present analysis: nitrogen and helium. The effect of the turbulence model on the predicted temperature was also 
analyzed. The geometrical description and experimental data were obtained for a cask performance test conducted at 
Idaho National Energy and Environmental Laboratory (INEEL), in conjunction with Pacific Northwest National 
Laboratory (PNNL), and reported by the Electric Power Research Institute (EPRI). 

For all the simulated cases, the computed results showed similar trend and pattern and matched well with the 
experimental observation. The predicted solutions were in good agreement with the experimental results. The 
predicted peak cladding temperature in all the simulation cases was slightly higher than the experimental data. 
However, the match between the computed and experimental data was better when nitrogen was used as backfill gas 
inside the canister compared to helium backfill. A study of different k-ε and k-ω turbulence models showed very 
little effect. Though the renormalization group k-ε model produced a slightly better match, the results obtained from 
all the models were comparable. Two different approaches were attempted to study the natural convection in an 
enclosed cask. This was done to simulate the condition when both the inlet and outlet vents were blocked and no 
draft air was available for cooling.  

Disclaimer: This abstract is an independent product of the CNWRA and does not necessarily reflect the view or 
regulatory position of the USNRC. The NRC staff views expressed herein are preliminary and do not constitute a 
final judgment or determination of the matters addressed or of the acceptability of a license application for spent fuel 
storage or transportation systems 
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Abstract:
To provide a high degree of confidence in the results predicted by the FLUENT CFD computer 
code for safety evaluation of storing Chernobyl spent nuclear fuel (SNF) in double-walled 
canisters (DWC) a full scale prototype DWC was manufactured and tested at the Holtec 
Manufacturing Division in Turtle Creek, PA. The DWC was instrumented and fuel heat simulated 
by inserting electrically heated rods in storage cells under two extreme heat distribution 
scenarios: Core heated test wherein the heat is applied to the innermost storage cells and 
Peripherally heated test wherein the heat is applied to the outermost storage cells. The heater 
tubes, storage cells, DWC shell and lid were instrumented to measure and record temperatures 
during the testing. To validate the FLUENT CFD code the thermal tests were simulated on 
FLUENT by constructing geometrically accurate 3D model of the DWC with all internals 
significant to mimic the thermal-hydraulic state in the DWC. These included heated rods, fuel 
tubes, support plates and the DWC shell. The test measurements and FLUENT simulations were 
evaluated and the predictability of the FLUENT CFD code for safety evaluation of fuel storage in 
double-walled canisters confirmed.
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Extended Abstract 
 
One of the original goals of the New Generation Nuclear Plant (NGNP) is the generation of hydrogen, 
which will require operation at high temperature.  As a consequence, there are a number of safety and 
heat transfer issues in the lower plenum (LP) of the NGNP.  Among these are the formation of hot spots 
in the lower support plate and the thermal stratification of the helium gas coolant.  Hot spot formation is 
caused by the impingement of jets of the helium exiting the reactor core that could be as much as 200 K 
hotter than average.  On the other hand, the thermal stratification can result from poor mixing of helium 
within the LP cavity.  The flow field in the LP region is quite complex, caused by interacting jet flows 
from the numerous helium coolant channels and the presence of a large number of graphite support posts.  
As a result, the LP is expected to have cross flows, flow stagnation zones, vortex interaction, vortex 
shedding, entrainment, large variation in Reynolds number (Re), recirculation, and mixing enhancement 
and suppression regions.   
 
Computational fluid dynamics (CFD) have been used successfully to investigate the above two safety 
issues in the LP of NGNP nuclear reactor and help develop viable means to mitigate the impact of the hot 
spots and thermal stratification.  This research employs Sandia National Laboratories’ Fuego, a 3D, 
massively parallel generalized unstructured CFD code with state-of-the art turbulence models.  Our 
simulations utilize the dynamic Smagorinsky large eddy simulation (LES) turbulence model. The full-
scale, half-symmetry LP mesh consists of unstructured hexahedral elements, and includes the support 
posts, the helium flow channel jets, and the exterior walls.  We also conduct a set of conjugate heat 
transfer calculations where Fuego is coupled to Sandia’s 3D heat conduction and radiation code, Calore.  
The calculations are run on Sandia’s massively parallel Thunderbird System.   
 
Because of the complexity of the velocity field in the LP, no directly applicable experimental 
measurements are available for benchmarking.  However, numerous experimental data exist for the 
individual, separate-effects phenomena.  Therefore, our approach is to exercise Fuego through a set of key 
stand-alone simulations in order to verify and validate the Fuego code.  Each simulation corresponds to a 
key flow phenomenon that is expected to occur in the LP.  Fuego has been able to reproduce the single-
effects experimental data adequately, providing confidence in the full-effects LP simulations.  Spatial and 
temporal studies are performed to assure sufficient numerical convergence and the results of a set of 
sensitivity studies enhanced our confidence in the LP input model. 
 
In this paper, the results of the single-effect validation calculations as well as the calculated flow fields 
and heat transfer characteristics in the LP of an NGNP helium-cooled reactor are presented and discussed.  
We also qualify the impact on the bottom plate heat transfer, as well as the degree of thermal stratification 
in the LP.  The calculations show that significant enhancements in heat transfer, flow mixing, and 
entrainment can be achieved using static swirling inserts at the exit of the helium flow channels to the LP. 
The impact of using various swirl angles is discussed, including the effect of the central recirculation zone 
(CRZ).   
_____________________________________________________________________ 
1Sandia is a multiprogram laboratory operated by Sandia Corporation, a Lockheed Martin Company, for 
the United States Department of Energy’s National Nuclear Security Administration under Contract DE-
AC04-94AL85000. 
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Abstract

Ideally, Validation and Verification methods to be used to deliver Predictive Computational Fluid 
Dynamics (P-CFD) methods for design use, must utilize a consistent set of detailed input to perform 
an output response comparison to associated data that can accurately characterize the uncertainty in 
the calculated results.  In this paper, some experimental efforts are described and discussed in rela-
tion to their use in Predictive CFD Validation.  The P-CFD methodology will be used in a design-by-
simulation methodology to design large, complex hydraulic system geometries comprising multiple 
scales of physical phenomena.  Currently, comparisons are made between experiments and CFD at the 
same integrated-effects scale and it is difficult to identify the causes for why computational predic-
tions do well or the reasons for discrepancies should they arise.  Instead of large system or subsystem 
level tests, the focus for P-CFD Validation-level experimental studies is to concentrate on elucidating 
the fundamental fluid mechanics of unit physics phenomena.  These unit and benchmark experiments 
can be performed in such a way that the uncertainty in the results can be systematically quantified and 
provide far greater experimental data density than integrated-effects scale testing.  It is this systematic 
quantification of uncertainty in both the computational and experimental results that forms the basis 
for Predictive CFD.  Examples of validation-level experimental efforts including a surface-mounted 
cube, bluff bodies in cross flow, and an impinging radial diffuser flow will be discussed.  These experi-
mental efforts have enabled us to begin to identify the needed approaches for acquiring comprehensive 
documentation of the input for underpinning P-CFD principles. These lessons including information 
about the as-built geometry, the flow conditions, as well as boundary conditions able to be transferred 
to the analysis will be described.  One key finding is that validation-level experiments and the associ-
ated analysis must be cooperative between the testing groups and the analysis groups to be successful.  
Regular communications between the analysts and the experimentalists is crucial in all phases of these 
studies.  In addition, the importance of uncertainty quantification in both the experiments and analysis 
relating to Predictive CFD Validation will be discussed.  Finally, the vision for the design use of Pre-
dictive CFD, the key being analysis results with quantified uncertainty, is described.

1The United States Government retains, and by accepting the article for publication, the publisher acknowledges that the 
United States Government retains, a non-exclusive, paid-up, irrevocable, worldwide license to publish or reproduce the 
published form of this work, or allow others to do so, for United States Government purposes.
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Extended Abstract 
 
The Generation IV Pebble Bed Modular Reactor (PBMR) is being considered as a promising concept 
to produce electricity or process heat with high efficiencies and unique safety features. The PBMR is a 
high-temperature, helium-cooled, graphite moderated reactor. The fuel elements consist of 6 cm 
diameter spherical graphite “pebbles” containing each thousands of uranium dioxide microspheres.  
 
As the pebbles are continually rubbing against one another in the core, a large quantity of graphite dust 
is released in the reactor coolant system. These dust particles, which contain some amounts of fission 
products, are transported and deposited on pebbles as well as primary circuit surfaces. It is therefore of 
great safety interest to develop and benchmark numerical approaches for predicting deposition of dust 
particles in the various locations of the PBMR primary circuit.  
 
In this investigation, we concentrate on turbulent particle deposition on the pebbles using the Fluent 
Computation Fluid Dynamics (CFD) code. We simulate flow and particle motion first on a single 
sphere, then on different sets of linear arrays of 8 spheres that have a range of spacings between 1.5 D 
and 6 D, D being the sphere diameter. The predicted particle deposition is compared to experiments 
performed by Hähner [1] and Waldenmaier [2] over a range of Reynolds numbers, sphere diameters 
and particle sizes. 
 
In the first part of the investigation, the Reynolds Stress Model (RSM) is used to compute the flow 
field. Owing to symmetry, only one quarter of the domain is considered. The produced hexahedral 
meshes resolve the boundary layer, and the wall  y+ is of order unity. Best Practice Guidelines 
(multiple grid refinements, resolution of the boundary layer, higher order discretization schemes) are 
followed to a large extent.  The single sphere results for drag and shear stress distributions are 
compared to the experimental data of Achenbach’s [3] and found to be in excellent agreement.  
 
Lagrangian particle tracking is performed using the RSM mean flow field as well as a fluctuating field 
computed by a continuous random walk (CRW) based on the non-dimensional Langevin equation [4].  
 
Particle deposition on a single sphere is predicted quite accurately by the RANS-CRW model, which 
is not surprising as particles are removed by the front of the sphere essentially by inertial impaction, 
turbulence having very little effect. For an array of spheres, the accuracy of the prediction depends on 
the particle inertia: for very low inertia (Stokes number 0.03), the model predicts collection 
efficiencies that are low (order of 1%), in agreement with the data. However, qualitative effects such 
as the “reverse shielding” (i.e. lead sphere having less deposition than the following ones), are not 
captured. For particles with higher inertia (Stokes number of 1.2), the deposition trends are reproduced 
e.g. the “shielding effect” in which deposition on the lead sphere is significantly higher than that of the 
following spheres. However, the magnitude of deposition downstream of the first sphere is 
underestimated at high Reynolds numbers and somewhat overestimated at lower ones, indicating that 
the RANS-RSM is not predicting with sufficient accuracy the flow in the wake areas.  
 
 
In the second part of the investigation, well resolved Large Eddy Simulations (LES) are performed for 
arrays of spheres with 2D and 6D spacings. Owing to the large CPU costs, only 4 and 3 spheres are 
considered, respectively. Particles are injected upstream of the lead sphere at each time step for several 
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flow-through periods and their  paths integrated in Lagrangian fashion. The predictions for the particle 
deposition are closer to the experimental data than with RANS, signaling that the wake flow and 
turbulence are more accurately computed. 
 
In conclusion, the RANS-CRW approach is able to give order-of-magnitude predications of particle 
deposition over arrays of spheres. More quantitatively accurate results are obtained by the LES 
approach, but at computational costs which are significantly higher. 
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Validation of Unsteady CFD in a Confined Row of Cylinders for Statistically Steady and 
Transient Flow 

Brandon Wilson, Jeff Harris, Barton Smith and Robert Spall 

Results of a validation study for flow through a confined bank of cylinders are presented.  
The geometry mimics the lower plenum of a high temperature gas reactor and has been 
used previously for steady validation experiments.  The cylinders are arranged on
equilateral triangles and have a pitch to diameter ratio of 1.7.  In the present study, Time 
Resolved Particle Image Velocimetry data and time-varying pressure measurements 
along the facility walls are compared to Unsteady Reynolds Averaged Navier Stokes 
(URANS) and Detached Eddy Simulations (DES) calculations.  The URANS with a k-ω
model produced unsteady results while k-ε did not.  It was also found that URANS 
generally results in a much more periodic flow than DES or the experiments, which had 
much broader frequency spectra. While this experiment does not allow for many of the 
suggested elements of a validation experiment (e.g. surface roughness estimates, full 
inflow-plane measurements, as-built measurements), it does demonstrate the power of 
validating against high-fidelity unsteady measurements.  We believe such measurements 
will be essential to future validation studies.  
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Extended Abstract 
 

This paper describes the details of validation of the two-fluid model for subcooled boiling 
simulations using the CFD code CFX. Since subcooled boiling occurs at a superheated wall placed in a 
subcooled liquid, most of the heat and mass transfer takes place close to the wall. Therefore, this study 
was focused on the assessment of two important aspects of near wall predictions, viz., the wall heat flux 
partitioning model and the turbulent wall functions. Validation was performed using the state-of-the-art 
multidimensional experimental data available in the literature.  

The wall heat transfer model is based on splitting the wall heat flux into three components, viz., 
the single phase convection, the evaporation at the bubble surface and the quenching effect at the heated 
wall after the bubble departure. The evaporation and quenching components use the following three 
closure parameters: 1. Bubble Nucleation Site Density, 2. Bubble Departure Diameter, and 3. Bubble 
Departure Frequency.  

It is difficult to test three separate uncertainties simultaneously and hence only those data sets 
where the bubble diameter has been measured have been selected. A review of the departure frequency 
models was done to select the one best suited for the present data sets. Then, using the known departure 
bubble size and the chosen departure frequency model, two well known models for the nucleation site 
density were implemented and the results were compared. 

The current study was restricted to vertical flows through pipe and annulus geometries.  Three 
data sets from the literature with measured bubble diameters were considered which range from 1-150 bar 
water-steam equivalent pressure. The density ratio varies over two orders of magnitude. The surface 
tension also varies over a wide range from 0.0017 to 0.057 N/m. The flow channel hydraulic diameter to 
the bubble diameter ratio in these simulations varies from 4 to 40. Also, one of the data sets comprises of 
comprehensive turbulent parameters measurements and these were useful in the second part of the study 
where the near wall turbulence was looked into.  

The turbulent wall functions are used to prescribe the near wall boundary conditions for 
momentum and turbulence quantities (turbulence kinetic energy dissipation rate) and hence influence the 
near wall velocity and turbulence distribution. The state-of-the-art two-fluid model uses a two-phase k-ε 
turbulence model [Lopez de Bertodano et al., 1994] with the standard wall function [Launder and 
Spalding, 1974].  

Although the law-of-the-wall is universal for single phase flows, the same is not true when the 
boundary layer contains a two-phase bubbly mixture. Previous experiments [Marie et al., 1997] have 
shown that the velocity profile still follows a logarithmic profile but the slope and the intercept constant 
vary with the amount of dispersed bubbles and the relative magnitude of the shear and buoyant forces. A 
modification of the law of the wall coefficients has been suggested by Marie et al. (1997) based on the 
experimental data obtained from adiabatic air-water bubbly flow over a vertical flat plate. The wall law 
coefficients of CFX were modified us ing the two-phase wall function model and significant 
improvements were noticed in the turbulent parameter predictions.  
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Extended Abstract 
 

Subcooled boiling is one of the crucial phenomena for the design, operation and safety analysis 
of a nuclear power plant. In recent years, developers of multiphase CFD (Computational Fluid 
Dynamics) codes focused their development activity on the mechanistic prediction of DNB 
(Departure from Nucleate Boiling) in PWR. Wall boiling model is one of the key parameters for 
this purpose. In order to enhance prediction capability of the subcooled boiling flow, an 
advanced wall boiling model consisting of a mechanistic bubble departure model (Klausner et 
al., 1993), Hibiki et al.’s (2009) active nucleate site model and Cole’s bubble departure 
frequency model was explored for the CFD code. To ensure a wide range applicability of the 
advanced wall boiling model, each model was evaluated separately according to the flow 
conditions such as pressure, temperature and flow rate. Finally, the advanced wall boiling model 
was implemented into the STAR-CD as a form of user FORTRAN file. One of the other 
important parameters for an accurate prediction of the subcooled boiling flow is bubble size 
which governs interfacial transfer terms between two phases. In this study, the S-gamma model, 
which was developed for the STAR-CD (Lo, 2006), was applied as a bubble size model.   

For the validation of the present wall boiling and bubble size models, benchmark calculations 
were carried out against SUBO and DEBORA subcooled boiling flow data. Working fluid of 
SUBO test is steam/water and its pressure condition is about 2 bars. In contrast to this, working 
fluid of DEBORA test is Refrigerant-12 (R-12) and phasic density ratio of the tests is equivalent 
to that of steam/water around 90~170 bars. Therefore, present benchmark calculation covers 
wide range pressure condition of steam/water.  

The calculation results confirms that the new mechanistic wall boiling and bubble size models 
follow well the tendency on the change of flow conditions and they can be applicable to the 
wide range of flow conditions including nominal and postulated accidental conditions of nuclear 
power plant. 
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Extended Abstract 

Flow nucleate boiling has a high heat transfer coefficient. This efficient heat transfer mechanism, 
however, is limited by a critical heat flux (CHF). Above the critical heat flux, benign nucleate boiling 
is transformed to a film boiling of poor heat transfer. In a heat-flux-controlled system, this transition of 
boiling mechanism is characterized by a sudden rise of surface temperature due to the drop of heat 
transfer coefficient. Determination of the critical heat flux is one of the important issues in nuclear 
reactor safety. 
 This paper presents numerical simulations of boiling flow in a tube with Departure from Nucleate 
Boiling (DNB) type of CHF. Standard tables of CHF, produced by the Russian Academy of Sciences, 
were used as a data set for our simulations. These tables provide critical heat flux as a function of the 
local bulk mean water condition for various pressures and mass velocities and for a fixed tube 
diameter of 8 mm. For tube diameters other than 8 mm the critical heat flux is given by the 
approximate relationship. 
 Multiphase code NEPTUNE_CFD was used for numerical simulations. Calculations were 
performed with two-fluid approach with appropriate models for drag, lift, added mass and turbulent 
dispersion forces as well as for interfacial heat and mass transfer. Turbulent dispersion coefficient was 
based not only on void fraction gradient but also on drag and mass force. Wall lubrication force was 
not modelled. K-epsilon model was used for the prediction of the liquid turbulence, the flow of vapour
was assumed to be laminar. Generalized wall heat-flux-splitting model was used to calculate 
production of vapour at the heated wall. This generalized model is an extension of the Kurul & 
Podowski model - it accounts for superheating of vapour under CHF conditions. A simple criterion 
based on the void fraction at the wall was used for the CHF prediction. Bubble mean diameter 
distribution in flow was calculated from one-group interfacial area transport equation with Yao’s 
models for coalescence and break-up of the bubbles. 
 Numerical simulations were performed for the four series of data selected from the tables. In every 
series, one of the following parameters was variable while the remaining three parameters were fixed. 
The parameters were: local equilibrium quality, mass flux, pressure and the tube diameter. In every 
data point, numerical simulation was performed to check whether the NEPTUNE_CFD can predict 
occurrence of the critical heat flux. After that, wall heat flux in simulation was increased or decreased 
so as to find out the interval of wall heat fluxes at which boiling crisis occurs.  
 Grid independence was tested by calculating the same cases on three grids with different 
resolution. 
 Results show that presented approach can be used for high mass fluxes and high pressures. On the 
other hand, in one low-mass-flux case, the CHF in calculation occurred at wall heat flux as low as 
80% of experimental heat flux. In low pressure cases, it was impossible to obtain stable solution due to 
numerical oscillations. 
 Presented work was done within 7th FP EURATOM NURISP project. NEPTUNE_CFD code is 
implemented in the NURESIM platform. 
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Abstract 

Nucleate boiling is an effective mode of heat transfer; one of the most studied physical 
phenomena in science and engineering, and a key thermal limit in nuclear systems.  However, for 
decades, modeling of nucleate boiling heat transfer has been relying on speculative hypotheses 
and a good dose of empiricism.  For example, the widely popular Rosenhow‟s correlation for 
nucleate boiling is based on the assumption that single-phase convection and nucleate boiling are 
analogous physical processes, and can be both correlated in terms of the Reynolds and Prandtl 
number of the liquid phase; for nucleate boiling the characteristic velocity and length are 
assumed to be the downward liquid velocity and most unstable Taylor wavelength, respectively; 
then, an empirical constant, Csf, is determined to fit the experimental data for any fluid/surface 
combination1. 
 
As researchers are now finally moving away from the rough empiricism of the past, and start to 
develop more mechanistic models of nucleate boiling heat transfer, the need for high-quality 
high-resolution data on the bubble nucleation and growth cycle is becoming increasingly big.  
Specifically, nucleation site density, bubble departure diameter and frequency data are necessary 
input for the source terms in interfacial area transport models 2 and CFD „multi-fluid‟ models 3-5 
as well as semi-empirical models for boiling heat transfer, such as the RPI‟s heat flux 
partitioning model 6 and Kolev‟s bubble interaction model 7. 
 
Furthermore, time-resolved temperature distribution data for the boiling surface and direct 
visualization of the bubble cycle are needed for validation of „first principle‟ models of bubble 
nucleation and growth, based on interface tracking methods, in which the geometry of the 
vapor/liquid interface is not assumed, but rather calculated from a marker function advected 
according to the Navier-Stokes equations 8-10. 
 
However, gathering the detailed data needed for validation of advanced simulation models is not 
straightforward.  The traditional approaches based on thermocouples and high-speed 
visualization of the boiling process suffer from several shortcomings; for example, the 
thermocouples can only measure temperature at discreet locations on the boiling surface, thus no 
information on the temperature distribution about a nucleation site can be obtained.  Further, 
thermocouples (including micro-thermocouples) have relatively long response time, thus are 
unsuitable for studying the bubble nucleation and growth phenomena, which have time scales of 
the order of milliseconds.  The usefulness of high-speed video is typically limited by poor optical 
access to the nucleation site and interference from adjacent bubbles.  Second-generation two-
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phase flow diagnostics, such as multi-sensor conductivity and optical probes 11-12 and wire-mesh 
probes 13, can measure bubble diameter and velocity near the boiling surface.  However, these 
approaches are intrusive, and also produce data only at discreet locations within the boiling fluid.  
It was not until the early 2000s that new possibilities for generating time-resolved multi-
dimensional data on the bubble nucleation and growth cycle have opened up with the 
introduction of infrared-based visualization of thermal patterns on the boiling surface by 
Theofanous et al. 14. 
 
In this paper we will present an approach based on synchronized infrared thermometry and high-
speed video „through‟ the heater that enables simultaneous measurement of the nucleation site 
density, bubble growth rate (including bubble departure diameter), bubble departure frequency 
(including wait time), time-resolved 2D temperature distribution and phase distribution on the 
boiling surface, all in a relatively effortless manner. 
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CFD simulations of the flow mixing in the lower plenum of PWR’s
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The nuclear reactor accident analyses using best estimate codes provide a better understanding and more 
accurate modeling of the key physical phenomena. However, those key physical phenomena might be of 
different nature (neutronics, thermal hydraulics) and they can strongly interact during complex accidents to have 
a definite impact on the transient behavior. It is therefore necessary to ensure an accurate simulation of those 
interactions.  Such accuracy can be obtained by means of multi-physics approaches which consist in taking 
simultaneously into account all those different phenomena. 

At Tractebel Engineering (TE), multi-physics approaches are developed by coupling different existing best 
estimate codes. In asymmetric accident conditions, one of the most important issues in coupling the codes is the 
correct evaluation of the core inlet temperature distribution which is strongly determined by the flow mixing in 
the lower plenum of the pressure vessel. Current inlet temperature models rely on conservative distributions 
derived from a limited number of experimental results. More accurate reproduction of the flow mixing can be 
obtained from CFD simulations that allow combining local geometrical effects to flow turbulence. Therefore, 
one branch of the improvements at TE of the coupling between 3-D neutron kinetics with core thermal-
hydraulics focuses on the implementation of realistic core inlet distributions obtained from CFD results. 

The present work performed in the framework of a Master Thesis in Nuclear Engineering (Belgian Nuclear 
Higher Education Network) focuses on a CFD analysis of the flow mixing in the lower plenum of a given 
Belgian PWR (Tihange 3), using the code ANSYS CFX. Moreover, the work comprises a benchmark of the 
CFD code, which is performed on the basis of experimental tests from an existing facility (the ROCOM facility,
Forschung Zentrum Rossendorf). 

First a CFD model of the ROCOM pressure vessel is built with a high level of accuracy to take into account all 
possible geometrical effects on the flow mixing. Then four different experimental tests are simulated. Mesh and 
time step sensitivity studies are performed and two turbulence models are tested. The comparison of the CFD 
results with the experimental data shows that the main phenomena observed during the experiments are 
reproduced in the simulations. 

The second step of the work consists in developing a CFD model of the flow in the Tihange 3 reactor pressure 
vessel and to quantify the flow mixing in the lower plenum. First a detailed geometrical model of the pressure
vessel is built by taking into account all lower internal structures. Then several simulations are performed to 
investigate the effect of different asymmetric conditions on the flow mixing.

The results of the simulations confirm the conservative character of the mixing assumptions used in the current 
methodologies applied at TE for accident analyses. Furthermore, the results bring improvements in the 
understanding of the mixing behavior, and more precisely on the dependency of the flow mixing on the choice of 
the affected loop and on its temperature. The implementation of the CFD core inlet distributions in the coupled 
code package have the potential to yield a more realistic evaluation of the conservatism’s and margins in the 
Final Safety Analysis Report (FSAR) accident analysis.
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Extended Abstract 

A safety system based on steam jet injection into a pool of cold water is considered in the design of a next 

generation 1400 MWe pressurized water reactor (APR1400) in Korea. Because of the complexity of 

physical phenomena governing the interaction between a high-speed impinging jet and liquid water, 

extensive combined experimental, theoretical and computational studies are necessary to fully understand 

the performance of such systems.  The purpose of this paper is to present the results of model 

development and computer simulations aimed at capturing the fundamental physical phenomena 

governing steam-jet/water interaction. Two models have been developed, cross-compared and validated 

against experimental data.  One is a simplified analytic model using the combined Lagrangian and 

Eulerian frames of reference, the other is a multidimensional computational multiphase fluid dynamics 

(CMFD) model based on a multifield modeling concept. 

The simplified analytic model solves the momentum and energy balance equations for individual droplets 

in the Lagrangian frame of reference.  The calculated parameters include droplet trajectories (i.e., 

positions as functions of time and injection conditions).  Heat transfer to each droplet is dominated by 

latent heat from condensation.  A transient solution for the temperature profile inside the droplet gives the 

rate of condensation on the droplet surface, the rate at which the droplet heats up, and the rate of growth 

of the droplet.  The Lagrangian solution is then converted into the Eulerian system of reference, thus 

providing velocity and temperature fields of dispersed droplets having different parameters at injection.  

This model is used to parametrically study the effects of different droplet sizes and the velocity at which 

droplets enter the jet.

Since the simplified analytic model does not predict the effects of the droplets on steam flow conditions, a 

complete CMFD model has also been formulated and implemented in the state-of-the-art code, NPHASE-

CMFD [1].  The NPHASE-CMFD code solves the individual transport equations for mass, momentum, 

energy, and turbulence quantities for the continuous steam and dispersed droplet fields.  The formulation 

of the governing equations is based on the ensemble-averaging concept [2].  Phenomena modeled by the 
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NPHASE-CMFD model include the: entrainment of droplets by the jet, interfacial forces between the 

droplets and the steam jet, condensation heat transfer from the steam to the droplets, direct condensation 

of steam at the interface between the jet and the surrounding pool, as well as effects of the local velocity 

fields and droplet concentrations.  The results obtained from the NPHASE-CMFD simulations have been 

compared to those obtained from the simplified analytic model, and both have been validated against the 

experimental data of Kim et. al. [3]. 

The objective of this experimental study was to take measurements of direct contact condensation of a 

stable steam jet discharging into a quenching tank with cold water.  The test facility used to observe steam 

jet condensation in a liquid pool consisted of a steam generator, a quench tank, drain line, coolant supply 

line, steam supply line, preheat line, valves and the necessary instruments.  The steam generator’s 

maximum operating pressure was 1.03 MPa, and the maximum steam flow rate was 1000 kg/hr.  The 

system produced a steady flow of steam at a quality higher than 99 %.  The horizontal quenching tank 

was open to the atmosphere, and its diameter and length were 1 m and 1.5 m, respectively.  

A full description of the proposed models, as well as the results of model validation, will be given in the 

full paper.  The results of the present work should improve our understanding of the fundamental 

phenomena governing the performance of steam jet sparger systems for the next generation reactors.   
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Extended Abstract  

The Paks Nuclear Power Plant uses the REMIX code for the calculation of the coolant mixing in case 
of the use of high pressure injection system while stagnating flow is present. Semi-empirical approach 
for the modelling of thermal stratification was developed in the early 80s in the US. These models 
were validated by experiments carried out at American and Finnish experimental facilities. The use of 
the code for Russian type WWER-440 reactors needs strict conservative approach, and in several 
cases the accuracy and the reserves to safety margins cannot be determined now. In order to quantify 
and improve these characteristics experimental validation of the code is needed. 
An experimental program has been launched at the Institute of Nuclear Techniques with the aim of 
investigating thermal stratification processes and the mixing of plumes in simple geometries. With the 
comparison and evaluation of measurement and CFD results the CFD models can be validated.  
For the experiments a simple hexahedral plexiglas tank (250x500x100 mm – HxLxD) was fabricated 
with five nozzles attached. The five nozzles can be set up as inlets or outlets depending on the 
measurement. This way several different setups and flow patterns can be investigated, using Particle 
Image Velocimetry (PIV) and Laser Induced Fluorescence (LIF) measurement methods. PIV 
measurements give detailed two-dimensional images of the velocity field, while LIF measurements 
results in two-dimensional temperature field in the measured plane in the flow domain. 
Applying different water temperatures at the inlet or inlets and inside the tank – simulating the 
stagnating coolant in the primary loop – thermal stratification, plume mixing and processes similar to 
PTS transients may be investigated. The measurement setup includes flow meters, thermometers, 
thermocouples to support the PIV and LIF measurements. The engineering environment of the 
experimental setup enables to use water in the temperature range of 20-80 °C, and a flow rate in the 
range of 0,001-0,1 kg/s. 
The relatively simple geometry allows us to carry out detailed CFD investigation of each 
measurement and analyse, which turbulence models, discretisation schemes, etc. should be applied. 
The goal of the work to validate CDF calculations of this simplified experimental setup and on the 
long term develop CFD models to analyse coolant mixing in WWER-440 primary pipings and reactor 
vessel during the use of HPIS or PTS events. 
In the present paper comparison of PIV/LIF measurements carried out on the plexigas tank and the 
results of CFD simulations will be presented. For the calculations the ANSYS CFX was used. 
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Extended Abstract  

Analysis of severe accident induced primary system failures is an important aspect of a severe accident 
risk assessment for pressurized water reactors.  One scenario of interest involves a station blackout 
scenario where the core is uncovered and a super heated steam mixture carries heat out into the reactor 
loops.  During this hypothesized severe accident scenario, the primary reactor coolant system (RCS) 
pressure boundary can be challenged by a combination of high pressure and temperature conditions.  
These conditions can lead to a thermally induced creep rupture failure of RCS components.  If a SG tube 
fails, there is a potential for fission products to bypass the containment system through the SG secondary 
side with a possible release of radioactive material into the environment.  If a hot leg or surge line fails 
first, the system is depressurized into the reactor containment and a significant release to the environment 
is avoided.  One challenge is the accurate prediction of the severe accident natural circulation flows that 
have been experimentally observed.  These flows and the associated heat transfer play a key role in the 
determination of the timing and location of potential induced failures.  The US Nuclear Regulatory 
Commission has been studying these flows as part of its research on the integrity of SG tubes. 

A set of 1/7th scale experiments were conducted to study the counter-current natural circulation flow rates 
and mixing in the reactor vessel, hot leg, and primary side of a steam generator.  These scaled 
experiments were used to establish the type of flow patterns that are expected under the severe accident 
conditions of interest.  The NRC has utilized this data to benchmark its CFD method for application to 
this scenario.  A series of sensitivity studies are completed and an approach for modeling this behavior is 
documented.  This effort demonstrates the ability of a CFD code to accurately predict the flows in the hot 
leg and SG.  Building upon this work, the NRC applied the method to a couple of reactor designs at full 
scale conditions.  Care was taken to ensure that the appropriate CFD methods from the benchmark 
exercise were applied at full scale conditions.  The effort, however, highlighted differences between the 
experimental design and prototypical reactor loops.  In particular, the steam generator inlet plenum design 
can play a key role in the mixing behavior.  The scale of the reactor and the severe accident conditions 
also resulted in conditions that were not covered by the experiment.  The CFD analyst is left with the 
challenge of applying best practice guidelines under conditions with limited experimental results and at a 
scale that challenges the available computer resources. 

A series of full-scale CFD predictions are made and grid independence is demonstrated.  Best practices 
are carried forward from the lessons learned during a benchmark exercise at 1/7th scale.  The predictions 
are used to extend the experimental results to full-scale severe accident conditions for a reactor upper 
plenum, hot leg, and the primary side of a steam generator.  The modeling approach balances the need for 
accurate predictions with the available resources.  
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Extended Abstract 
 
Knowledge of flow fields, temperatures and volume fractions of water and vapour would be very 
useful in life time management and accident analysis of steam generators of NPPs. The 
complicated geometries of the steam generators make it, however, very difficult to measure and to 
calculate the flow fields. In three-dimensional CFD calculations some simplifications of the 
complex geometry have to be made. Stosic and Stevanovic (2002) have suggested applying a 
porous media model for achieving significant simplifications and making three-dimensional 
calculations of very complex geometries feasible.  
 
In the present work, three-dimensional CFD simulations of the shell side of the horizontal VVER-
440 type steam generator are performed. The flow of vapour and liquid water is solved with the 
Euler-Euler two-phase model of FLUENT 12.0. The tube banks of the primary circuit are treated 
as porous media, which causes a pressure loss for the flow on the shell side. The flow friction 
caused by the tube banks on the two-phase flow is described by using the experimental 
correlations presented by Simovic et al. (2007). The boiling heat transfer from the primary circuit 
to the shell side is modelled with source terms of enthalpy. The interfacial friction is described 
with correlations which are valid both in the regions of small and large void fractions. The source 
terms and the interaction terms have been implemented with user-defined functions of FLUENT. 
 
The three-dimensional CFD model of the shell side is coupled with one-dimensional system code 
model of the primary circuit. First, the temperature of the primary circuit is calculated with the 
APROS (APROS, 2009) system code model, which contains five horizontal layers of primary 
circuit tubes. Second, the obtained temperature distribution of the primary circuit is interpolated to 
the three-dimensional FLUENT mesh and used as a boundary condition in the porous media model 
of the tube banks. This approach provides a realistic boundary condition for the CFD simulations. 
 
The simulation results are compared to the available measurement data on void fractions and flow 
velocities in a few locations. The results obtained with two different mesh densities having 87 000 
and 930 000 grid cells are compared. The so-called superficial velocity formulation is compared to 
the physical velocity formulation which takes into account acceleration and deceleration of the 
flow velocity at the boundary of the porous region. Experiences obtained in the simulations are 
described and the possibilities of applying the Best Practise Guidelines are discussed. 
 
 

APROS, 2009. Apros website 26.11.2009. [www.apros.fi] 
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Extended Abstract  
 
Loss of coolant accidents in the primary circuit of pressure and boiling water reactors can cause the 
damage of adjacent insulation materials. These materials may then find their way to the containment 
sump where water is drawn into the ECCS (emergency core cooling system). Strainers in the 
containment sump may become fully or partially blocked by the insulation materials. The 
consequences of such blockages are an increased pressure drop acting on the operating ECCS pumps. 
If the strainers are partially blocked smaller particles can also penetrate the strainers.  These smaller 
particles can therefore enter the reactor coolant system and then accumulate in the reactor pressure 
vessel.   
 
An experimental and theoretical study that concentrates on mineral wool fibre transport in the 
containment sump and the ECCS is being performed.  The study entails the generation of fibre 
agglomerates and the assessment of their transport in single and multi-effect experiments.  The 
experiments include measurement of the terminal settling velocity, the strainer pressure drop, fibre 
sedimentation and resuspension in a channel flow, jet flow in a rectangular tank and the importance of 
chemical effects on any filter cake formed on the strainer.  An integrated test facility is also operated 
to assess the compounded effects.  Each experimental facility is used to provide data for the validation 
of equivalent computational fluid dynamic models.  
 
The channel flow facility allows the determination of the steady state distribution of the fibres at 
different flow velocities. The channel has a racetrack configuration with nine straight sections (1 m by 
1 m by 0.1 m) and two 90° bends with a radius of 0.5 m to the channel midpoint.  The height of the 
bends is also 1 m and the channel width is 0.1 m.  An elliptical section located upstream of one of the 
bends is used to house the impellers, which drives the flow into the next bend.  Laser Doppler 
anemometry, particle image velocimetry, ultrasound velocimetry have provided detailed information 
about the flow of water in the sections of the channel that are upstream of the impellers.  Further 
information about the fibre distribution can be obtained from high-speed video, turbidity 
measurements and pertinent concentration measurements.  The overall experimental error must be 
determined and the turbidity measurements must be calibrated.  At present, no measurements of the 
typical fibre agglomerate sizes observed in channel have been made.  This includes the amount of fine 
grains released by either their preparation method (steam or jet blasted fibres) or through the shear 
stresses in boundary layer. 
 
The fibres are modeled in the Eulerian-Eulerian reference frame as spherical wetted agglomerates. The 
fibre agglomerate size, density, the relative viscosity of the fluid-fibre mixture and the turbulent 
dispersion of the fibres all affect how the fibres are transported through the channel.  The most 
influential parameters are the fibre agglomerate size and density, which define the terminal sinking 
velocity of the agglomerate and drag characteristics.  The whole channel is modelled at a velocity 
condition (0.4 to 0.5 m s-1) that was considered high enough for relative viscosity, agglomeration and 
breakage to be considered insignificant.  Three fibre agglomerate phases defined by their terminal 
velocity (0.5, 20 and 50 mm s-1) are considered.  Different phase definitions are use to show how the 
different fibre agglomerates can be transported or accumulate at the channel base. Values of y+ at the 
base of the channel are up to 40 and the root mean square residual error was less than 10-4 for both 
steady state and transient simulations. Note that transient single phase calculation initialised a steady-
state multiphase case the result of which then initialised a transient multiphase case. 



79

  

LES WITH ACOUSTICS AND FSI FOR DEFORMING PLATES  IN GAS FLOW 
 

Per Nilsson, Eric Lillberg and Niklas Wikström 
 

ÅF-TÜV Nord Sweden (Lillberg is presently at Westinghouse and Wikström at FS Dynamics) 
 
 

Extended abstract 
Some numerical analyses with Computational Aero-Acoustics (CAA) by Large Eddy Simulations 
(LES) with Fluid Structure Interaction (FSI) for Flow Induced Vibrations (FIV) will be presented. 
 
Extended Power Uprates (EPUs) in nuclear power plants often lead to changes in flow rate. The flow 
rate change may cause structural excitation; by remote acoustic sources or by local FIV.  
Structural excitation by remote acoustic sources has in fact occurred in a few plants worldwide. Some 
of these incidents were caused by standpipe resonance, where the vortex shedding at the standpipe 
entrance interacted with the volume in the standpipe and formed an acoustic source. The sound waves 
then propagated into the RPV, where internal structures were excited and damaged. Solid structure 
vibrations may also be excited by local flow sources. Such excitation may be one-way, i.e. that the 
structure is affected by the flow but not vice versa, or two-way, i.e. that the structural motions also 
affect the flow so that lock-in may occur. 
 
There is a possibility that the local and remote sources can interact. The present work thus deals with 
the excitation of solid structures by both local turbulent pressure fluctuations and remote acoustic 
sources. The purpose is to investigate excitation of plate like structures in steam containing parts of a 
nuclear reactor, including non-stationary viscous flow and acoustic propagation of sound waves in 
from a steam line. 
 
The studies are done with CFD. OpenFOAM, which is an open source code, is used as the simulation 
framework. Though having access to the source code, the intention is to use as much as possible from 
the release, in order to minimize the amount of own coding. This work contains simulations of three 
principal cases. In the first case, excitation of a structure by random noise is simulated and the results 
are compared to experiments. In the second case, excitation by turbulent flow is simulated and 
compared to experiments. The third case is an investigation of the possibility for interaction of 
excitation by flow and sound in a nuclear reactor. 
 
Simulations of either excitation by sound or flow in interaction with structural deformation has been 
previously published, but the combination of the phenomena is yet uncommon in the literature. 
Nor is it yet established to what extent simulations of the separate phenomena may be trusted. 
Therefore a large part of this work is concerns comparisons of the modeling to measurements from 
references. These measurements are chosen so that the modeling of the key phenomena can be 
assessed for this particular application. Examples of the key phenomena are: non-stationary viscous 
turbulent flow, acoustic wave propagation and damping, dynamic structural deformation and damping 
and, obviously, the interaction between these. 
 
It is shown possible to simulate structural excitation by acoustics as well as turbulence with the 
presented CFD-methods, at least qualitatively. Some excitation levels compare well to experimental 
data, but there are also some deficits in the modeling which will be outlined. For the application tested 
here (the steam filled parts in an example BWR RPV), it is improbable that excitation by acoustic 
loading and turbulence can interact. One major reason is that the local flow is more controlled by static 
geometric factors, such as sharp edges, than small structural deformations due to excitation. The 
simulations of this application support this conclusion and also indicate another possible excitation 
source - the precessing vortex core just inside the steam outlet. 
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Extended Abstract 
 
The fast boron injection is a backup system for the fast shutdown of the Atucha I and II reactors, the main 
system being constituted by the control rods. The boron injection is meant to be actuated during certain 
postulated accidental scenarios, including the large break LOCA. The system consists of four injecting lines, 
each including one air tank, two fast acting valves, two boric acid solution tanks, one rupture disk and one 
injecting lance. The injection is powered by the pressurized air, as soon as the intervention signal makes the 
valve open. One of the critical components of the system is the so-called rupture disk, which is a device 
containing a rupture membrane that separates the high pressure ambient of the reactor pressure vessel form 
the low pressure one in the boron tanks during normal operation. When the injection system intervenes, the 
pressurization of the injecting circuit causes the membrane to break, thus allowing the borated solution to 
rapidly flow into the moderator tank. 
Several tests were performed on Atucha I rupture disk at an experimental facility in Erlangen, in order to 
measure the pressure drop. 
The present work consists in a CFD code validation study carried out at the University of Pisa using such 
experimental data. Due to the complexity of the geometry, the computational domain has been discretized 
with tetrahedral elements; a prism layer was added on the walls to improve the turbulence treatment close to 
the walls. 
Several calculations are performed at different flow rates, and the results obtained are compared with the 
measured data. Moreover, sensitivity analyses are performed addressing different geometries, boundary 
conditions, roughness values, turbulence models and other numerical settings, thus trying to comply with the 
recommendations of the Best Practice Guidelines. Attempts are made to assess the influence of modelling 
assumptions made due to the lack of some information in the experimental data. 



81

A SHALLOW WATER EQUATION SOLVER AND PARTICLE TRACKING METHOD 
TO EVALUATE THE DEBRIS TRANSPORT 

 
Young Seok Bang, Gil Soo Lee, Sweng Woong Woo 

Korea Institute of Nuclear Safety 
 
 

Extended Abstract 
 
Debris generated by loss-of-coolant accident (LOCA) may run all over the containment floor, 
block the sump screen (or strainer), increase the hydraulic head loss across the screen, and 
eventually, have an adverse effect to long term recirculation cooling operation in pressurized 
water reactor (PWR). To resolve the problem from the issue, the replacement of containment 
recirculation sump strainer is being performed for the most of operating nuclear power plants 
(NPP) having limited strainer areas. The screen area required to incorporate the potential debris 
loading has been determined using the transport fraction (TF) defined by a ratio of amount of 
debris accumulated on screen to one generated by LOCA.  
For the most conventional NPP, the debris transport to the sump screen is initiated by the 
recirculation actuation. Therefore, evaluation of TF was based on the separated analyses on how 
the debris generated by LOCA is distributed to the containment floor before recirculation and on 
how much debris is transported by the flow in the containment pool after recirculation, 
respectively. This led to an approach to obtain TF values for blowdown phase, washdown phase, 
pool recirculation phase, separately. Especially, the TF during recirculation phase has been 
calculated by steady state CFD analysis based that the break flow and recirculation safety 
injection flow are balanced, thus steady state flow field over the containment is established.  
However, such a phase separation cannot be applied to some NPP like the Advanced Power 
Reactor 1400 (APR1400) having no recirculation operation. Transport of debris to sump in the 
APR1400 is initiated from the early phase of a LOCA in fully transient manner.  
The present study is to calculate debris transport on the containment floor to sump in APR1400. 
For this purpose, a hydraulic model to calculate the transient flow field and a particle tracking 
model to trace the debris particle within the calculation domain are discussed. Hydraulic solver 
should be able to address the strong water jet from the break, the impingement of water flow on 
the structural wall, water spreading and surface waves over the floor, and reflective waves from 
the structures, etc. A capability to address the complex geometry of the containment and an 
accurate numerical scheme to capture the sharp interface between dry floor and wet one is also 
required. The practical computation time for the actual containment calculation is one of the 
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important problems. Author’s experience indicated that the use of sophisticated computational 
fluid dynamic (CFD) codes may take a huge amount of computational time (~ 2 months) to get 
a short-term transient solution, which was presented at the 2nd Workshop on XCFD4NRS at 
Grenoble.  
Recently, a hydraulic solver suitable for those requirements has been developed by the present 
authors. The solver was based on two-dimensional Shallow Water Equations (SWE) and the 
fully explicit numerical scheme under Finite Volume Method (FVM). The SWE can be derived 
by the depth averaging process from the Navier Stokes equations. The limitation due to two-
dimensionality of the SWE may have an inaccuracy especially at the local region such as near-
break region or near-sump region where three dimensional flow is dominant. In the present 
method, those regions are treated as a specific boundary condition which was assisted by 
engineering technology. Unstructured triangular mesh was used to simulate the complex 
geometrical configuration of the APR1400 Containment. For the accuracy to capture dry-to-wet 
interface, the Harten-Lax-van Leer (HLL) scheme was adopted. It is adopted in the present 
study. 
The validity of the present hydrodynamic solver is supported based on the experiment 
simulation. An experiment with a reservoir and L-shaped open channel was calculated and water 
level was compared at several local points. From the test simulation, the validity of the present 
method was justified and the important phenomena in free surface flow can be predicted. For 
the debris particle tracking, a simple Lagrangean particle tracking model is developed. In the 
model, a drag force on the particle from the literature was considered. The velocity criterion of 
debris settling-down was not considered based on the conservatism, which will be incorporated. 
The scheme of Martin was used to find the positions of particles over containment floor, i.e., 
hosting cell determination. To determine the reflected positions from the solid wall, the scheme 
of Haselbacher was adopted. The model is applied to calculate the transport fraction to Hold-up 
Volume Tank (HVT) which is a unique flow path to the containment sump in APR1400.  
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Extended Abstract 
 
Some scenarios for Small Break Loss Of Coolant Accidents (SB-LOCA) lead to an Emergency Core 

Cooling (ECC) water injection into the cold leg of a Pressurized Water Reactor (PWR). The cold water 

mixes there with a hot coolant present in the primary circuit. The mixture flows to the downcomer where 

further mixing of fluids takes place. Single-phase as well as two-phase PTS (Pressurized Thermal Shock) 

situations have to be considered. Pressurized Thermal Shock implies the occurrence of thermal loads on 

the Reactor Pressure Vessel wall. In order to predict thermal gradients in the structural components of the 

Reactor Pressure Vessel (RPV) wall knowledge of transient temperature distribution in the downcomer is 

needed. The prediction of the temperature distribution requires reliable Computational Fluid Dynamic 

simulations. In case of two-phase PTS situations the water level in the RPV has dropped down to the 

height position of the cold leg nozzle or below leading to a partially filled or totally uncovered cold leg. In 

the frame of the EU project NURISP (Nuclear Reactor Integrated Simulation Project) attempts are made 

to improve the CFD modelling for two-phase PTS situations. 

This paper presents pre-test simulations on TOPFLOW-PTS experiments. The experiments will be carried 

out on the TOPFLOW-PTS test facility of the Forschungszentrum Dresden-Rossendorf. For the numerical 

investigations in the frame of NURISP two reference cases were defined: one for steady air-water and one 

for steady steam-water flow. The simulations were performed by using the CFD-code ANSYS CFX 12.0. 

Best practice guidelines were considered as far as possible. A homogeneous model was applied for 

momentum equations. Turbulence was modelled with the homogeneous Shear Stress Transport turbulence 

model. In all simulations the cold leg was 50% full of water. In case of air-water simulation the operating 

conditions for both fluids were 40°C-50°C and 22.5bar for the temperature and pressure respectively. The 

heat transfer was modelled by solving one energy equation for each phase of fluid. In the second case the 

operating pressure and temperature were 50bar and 214°C-264°C respectively. Since steam was supposed 

to be isothermal (saturation state), only one energy equation for water was solved. Direct Contact 

Condensation taking place in the cold leg and the downcomer was modelled using surface renewal theory 

introduced by Hughes and Duffey [1]. 

The simulations of the air-water reference case showed an inhomogeneous temperature distribution in the 

cold in the area close to the ECC-injection but there is no thermal stratification there. At the entrance into 

the downcomer the temperature is homogeneous due to completely mixing of the fluids. As a consequence 

of this, the temperature in the downcomer is also homogeneous and it is equal to the perfect mixed 

temperature. In the simulation of the steam-water reference case we observed thermal stratification at the 

entrance into the downcomer and in the dowcomer itself. In the further work the aforementioned 

experimental data will be used for the validation of the pre-test simulations described in this paper. 
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85

COMPUTATIONAL FLUID DYNAMICS ANALYSIS OF BUOYANCY DRIVEN STRATI-
FIED FLOW 

 
M. Scheuerer, J. Weis 

Gesellschaft für Anlagen- und Reaktorsicherheit GmbH 
Forschungsinstitute, 85748 Garching, Germany; e-mail: Martina.Scheuerer@grs.de 

 
 

Extended Abstract 
 

In the framework of the European Nuclear Reactor Integrated Simulation Project (NURISP), 
Computation Fluid Dynamics (CFD) software is validated for the simulation of fluid flow and heat 
transfer related to pressurized thermal shocks (PTS). One of the proposed validation experiments are 
the test series performed within the OECD ROSA V project in the Large Scale Test Facility LSTF 
(JAERI, 2003). The LSTF is a 1:48 volume scaled model of a four-loop Westinghouse pressurized 
water reactor (PWR). 

The ROSA V Test T1-1 investigates the temperature stratification under natural circulation 
conditions. Its main purpose is the validation of three-dimensional CFD calculations. The experiment 
was performed in several steps. It started with emergency core cooling (ECCS) injections into the cold 
legs at 15.5 MPa at 100 % primary inventory with a core power corresponding to 2 % of the scaled 
nominal power. In 10-minute intervals for re-stabilisation, the water level was reduced to 80 %, 70 % 
and 50 % of the inventory. Multi-dimensional temperature distributions were measured with thermo-
couple rakes in the cold legs located in three cross-sectional planes between injection nozzle and 
downcomer. 18 thermocouples were installed below each cold leg. The nominal accuracy of the ther-
mocouple measurements was ± 2.75 K. 

CFD calculations were performed for a single phase flow injection into Loop A using ANSYS 
CFD software. Following the OECD/NEA Best Practice Guidelines for the use of CFD in nuclear 
reactor safety applications (Mahaffey et al., 2007), three hexahedral grids were generated. The coarse 
grid had 500 000 elements. The grids were scalable with a minimum grid angle of 32º. Iteration and 
discretisation errors in time and space were checked on each grid.  

The transient calculations were started from a steady-state solution of the natural circulation. 
At the pump positions, and at ECC nozzle A, the measured mass flow rates and, in the first set of 
simulations, a constant inlet temperature was applied. In a second step, the measured temperature at 
the ECC-nozzle was used as inlet boundary condition. At the outlet, which was positioned at the lower 
part of the downcomer, a pressure boundary condition was prescribed. A number of calculations were 
performed applying symmetry boundary conditions in the downcomer. This half-model was used for 
checking the influence of the discretisation schemes, and turbulence models (Shear Stress Transport 
and Reynolds stress model). The final transient calculations were obtained in a complete model of the 
downcomer with cold legs A and B of the LSTF facility. The results were in very good agreement 
with data. 

 
Mahaffey J. et al., 2007, “Best Practice Guidelines for the Use of CFD in Nuclear Reactor Safety Ap-
plications”, NES/CSNI/R(2007)5 
 
JAERI, 2003, “ROSA V Large Scale Test Facility (LSTF) System Description for the Third and 
Fourth Simulated Fuel Assemblies”, Tokai Research Establishment, Japan Atomic Energy Research 
Institute 
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Extended Abstract 

 

NEPTUNE_CFD is a code based on a 3D transient Eulerian two-fluid model. It is developed within 
the framework of the NEPTUNE project, financially supported by CEA (Commissariat à l'Énergie 
Atomique), EDF, IRSN (Institut de Radioprotection et de Sûreté Nucléaire) and AREVA-NP. 
NEPTUNE_CFD is mainly devoted to Nuclear Reactor Safety (NRS) issues. One of the main 
application targets is the two-phase Pressurized Thermal Shock (PTS), which is related to PWR 
reactor pressure vessel lifetime safety studies, when sub-cooled water from Emergency Core Cooling 
(ECC) system is injected into the uncovered cold leg, and penetrates into the RPV downcomer. 
Following the NEA/CSNI Best Practice Guidelines (BPGs), relevant PTS-scenarios have been 
identified; a Phenomena Identification and Ranking Table (PIRT) process, the related state of the art 
of modeling and the existing data basis have been reviewed by a panel of European experts, mainly 
within the ECORA and NURESIM projects.  

Consistently, the following five experiments were selected for the NEPTUNE_CFD validation 
presented in this paper. The first four are useful for separate effects validation. The Fabre et al., 1987, 
experiment is a co-current smooth and wavy Air Water STratified (AWST) flow in a rectangular 
channel with detailed measurements of turbulence and velocities. It allows to validate the dynamic 
models (turbulence and interfacial friction). The Lim et al., 1984, experiment is a co-current smooth 
and wavy Steam Water STratified (SWST) flow in a rectangular channel with measurements of the 
steam flow rates at six axial positions along the channel. It allows to validate the condensation models. 
The Bonetto and Lahey, 1993, and the Iguchi et al. , 1998, experiments deal with a water jet 
impingement on a water pool free surface in air environment. In the first one, the void fraction and the 
mean velocities are measured whereas in the second one, mean and rms velocities are measured. Both 
allow to validate the dynamic models in the situation of a jet impinging a pool free surface - a 
challenging case for two-phase CFD - the first one mainly versus gas entrainment phenomena and the 
second one mainly versus turbulence. Finally, the COSI experiment represents a cold leg scaled 1/100 
for volume and power from a 900 MW PWR under LOCA conditions, and therefore can be used for 
global validation. The measurements include condensation rates and temperature profiles at eight axial 
positions in the pipe, at various ECC flow rates, inlet steam flow rates and water level in the cold leg. 
It allows to validate all the models involved in a PTS.  

The five experiments were calculated with NEPTUNE_CFD 1.0.8 with the same set of models. It 
includes the Large Interface Method (LIM) and a RANS approach with(k-) transport equations in 
each phase. The available measurement uncertainties are generally smaller than typical 
calculation/measurement discrepancies. Unfortunately there are often lacks in the available 
experimental data which stress the need for new ones such as the on-going TOPFLOW-PTS. 
Following the BPGs, the mesh sensitivity is investigated. The five experiments all deal of course with 
free surfaces. In this case, the BPGs concede that it is not possible to obtain completely grid-
independent results and this is actually what we found. However, some calculations show that the LIM 
transfer models at the free surface, which are written under the format of wall-functions, allow to 
better master some mesh size effects, confirming the adequacy of this modeling approach for the 
industrial application.  
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PTS Prediction using CMFD code TransAT: 
The COSI Test Case

M. Labois, C. Narayanan, D. Lakehal
ASCOMP GmbH, Switzerland

In Pressurized Thermal Shock (PTS) scenarios, violent flow variations are expected subsequent to the injection of 
coolant water in the cold leg, flowing towards the downcomer. Among the various modeling issues that have been 
under study in Europe (e.g. NURESIM and NURISP Projects) and elsewhere, the interfacial heat and mass transfer 
problem constitutes a challenging one by its own. Now since DNS of interfacial heat and mass transfer is still (if 
ever) not feasible for flows of this scale, resort should be made to interfacial modeling based on correlations. These 
are numerous and well documented in the literature, and are based either on experiments, or more recently, on 
DNS. One of which is the so-called ‘Surface Divergence SD’ model, which has been found to fit real DNS data [1] 
is now being used in two-phase flow solvers, either based on two-fluid formulation [2] or interface tracking 
techniques  [3]. Our recent applied studies have revealed though that the original model [1] based on low-Re DNS 
returns better results when slightly modified to account for high-Re number flow conditions – or high-Re flow 
regions in the same flow, in the same spirit of Theophanous’ scale-separation approach proposed in the 70’s. 

The computation of PTS scenarios is now within reach of the averaged two-fluid formulation, as shown by Yao 
[4]. Other recent attempts by the CEA group using the NEPTUNE-CFD code developed within the NURESIM 
project have been lately reported in several conferences. The question addressed by the present contribution is 
whether this class of flow is within reach of Interface Tracking Methods (ITM), including Level Sets or VOF. A 
simplified version of this flow for the COSI test case was presented during CFD4NRS-2 [5], though without 
comparison with the data, which were not available at that time. The present contribution reports new longer time-
averaged results obtained using a more refined grid then used hitherto (Fig. 1). Apart from the algorithmic side, the 
model employed includes a new condensation heat transfer model that has been validated for a stratified, steam-
liquid flow. On the turbulence front, use was made of the Very Large-Eddy simulation (V-LES) approach, a sort of 
blending between URANS and LES, better suited for high Re flows, which are still beyond reach of ‘pure’ LES. 

The model validation has been performed by reference to Lim et al.’s experiment [6] of a Steam-Water co-
current STratified flow (SWST) evolving in a rectangular channel. The free surface could be either smooth or wavy, 
or in a transitional regime in the channel, based on the imposed shear. The axial decrease of the steam rate is
controlled by condensation. The simulations were conducted using the TransAT CMFD code of ASCOMP [7]. First 
results show that already with our original SD model variant, the results obtained using an interface tracking 
scheme (level set) are better than with the two-fluid approach [2]. Further, the modification of the model led to the 
results displayed in Fig. 2, showing a perfect agreement with the data, for three different inflow conditions (variable 
frictional speeds and turbulent kinetic energy values). 

Figure 1: Interface deformations at the injection coloured by temperature  
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Fig. 2. Steam mass-flow rate decrease along the channel; Exp. vs. TransAT

References
[1] D. Lakehal, M. Fulgosi, G. Yadigaroglu, ASME JHT, 130, 021501-1, 2008
[2] P. Coste & J. Lavieville, Proc. NURETH 13, Kanazawa City, Japan, 2009
[3] V. Tanskanen, D. Lakehal, M. Puustinen, Proc. XCFD4NRS, Grenoble, France, 2008
[4] W. Yao, D. Bestion, P. Coste, M. Boucker, Nuclear Technology, 152(1), 129–142, 2005.
[5] D. Lakehal, Proc. XCFD4NRS, Grenoble, France, 2008
[6] I.S. Lim, R.S. Tankin, M.C. Yuen, ASME JHT, 106, 425-432, 1984
[7] www.ascomp.ch/transat.html



89

Wednesday, September 15, 2010 
4:00 pm - 5:45 pm

Session 12, CONTAINMENT (2)



90

VALIDATION OF CFD-MODELS FOR NATURAL CONVECTION, HEAT TRANSFER AND 
TURBULENCE PHENOMENA 

 
Jörn Stewering, Berthold Schramm, Martin Sonnenkalb 

 
Gesellschaft für Anlagen- und Reaktorsicherheit (GRS) mbH, Schwertnergasse 1, D-50667 Köln 

 
 
 
Extended Abstract 
 
Natural convection, heat transfer and turbulence phenomena play an important role for the distribution 
of steam and hydrogen in a reactor containment in the case of a severe accident. These phenomena 
have influence on all important aspects of an accident scenario, on transport processes, mixing of 
steam, hydrogen and air, the flammability and combustibility of the air/H2/steam-mixture, the 
temperature distribution and on the containment pressure. 
 
In cooperation with other institutions the GRS adapts and validates the CFX code developed by 
ANSYS for containment applications. To simulate convection and turbulence phenomena in an 
accident scenario in a reactor containment the simulation tools and models have to be validated with 
experimental data. For the validation of CFX two experiments performed at the THAI test facility 
were simulated (TH-18 and TH-21). THAI is a downscaled containment facility operated at Becker 
Technologies, Eschborn, Germany, which was designed to investigate thermal hydraulic processes. 
The main component is a steel vessel with a height of 9.2 m and a cross-section of 3.2 m. The THAI 
facility could be divided into different subsections by an inner cylinder and different steel plates. The 
TH-18 experiment was designed for the validation of CFD models for mass transfer and turbulence. In 
the inner cylinder a fan was installed which produces a circular flow field in the THAI vessel. At 
different positions in the THAI vessel the velocity of the flow field was measured by PIV (Particle 
Image Velocimetry) and LDA (Laser Doppler Anemometer). The TH-21 experiment was designed for 
the investigation of heat transfer and natural convection phenomena. For this purpose the walls of the 
THAI vessel were heated differentially. The lower vessel wall was heated up to 120 °C and the upper 
vessel wall was cooled down to 46 °C. This differential heating induced a natural convection process 
in the THAI vessel. Pressure, temperature and flow velocity were measured at different positions 
within the vessel. 
 
The TH-18 and TH-21 experiments were simulated by using ANSYS CFX-11. Different CFD meshes 
were designed to perform a mesh sensitivity study. In this study the discretisation errors were 
determined and quantified. Different turbulence models were tested (K-epsilon, Shear-stress-
turbulence and Reynolds-Stress-Models) and the simulation results were compared to the experimental 
data. This comparison leads to a quantification of the model errors. For TH-18 the simulation with the 
SSG Reynolds-Stress-Model shows the smallest model error. For this simulation also a variation of 
boundary conditions was performed. The variation of the turbulence intensity at the fan outlet shows a 
big influence on the simulation results. For TH-18 a full 3D geometry of the vessel was used. For   
TH-21 only a quarter of the vessel was simulated. This was possible by using the symmetry of the   
TH-21 experiment. For this simulation it was important to perform a detailed modeling of the steel 
walls of the vessel for an exact heat transfer simulation. In conclusion a good agreement of simulation 
results and experimental data was found in the simulation of both experiments. For the phenomena of 
natural convection, heat transfer and turbulence best practice guidelines were derived from this 
analysis. 
The work presented was performed within the project “Qualification of CFX for containment 
applications” founded by the German Ministry of Economic and Technology (BMWi). 
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Extended Abstract  

Phenomena such as gas stratification in an LWR containment, gas transport between containment 
compartments, wall condensation and hydrogen accumulation have been identified as high-ranking 
phenomena playing an important role in issues directly related to the safety of current LWRs and also 
future reactors. These phenomena are driven by buoyant high momentum injection (jets) and/or low 
momentum injection (plumes). For instance, mixing in the immediate vicinity of the postulated line break 
is mainly dominated by very high velocity efflux, while low-momentum flows are responsible for most of 
the transport processes within the containment. 

Codes with 3D capabilities, e.g. CFD codes offer the possibility of using accurate simulation models, 
which properly account for gas (steam, air, hydrogen, etc.) in-homogeneity and to characterize the 
evolution of such phenomena in complex geometries such as the LWR containment. Code assessment and 
validation against experimental data are needed activities for increasing the confidence in the use of the 
computational tools and for revealing strengths and drawbacks with respect to particular geometries, 
phenomena or conditions. 

The use of experimental data obtained in large-scale facilities, under prototypical thermal-hydraulic 
conditions, allows for minimizing distortion effects arising from geometrical scaling. Multi-compartments 
facilities allow flow transport between compartments (e.g. due to density differences induced by 
condensation) to be studied. Nevertheless the use of large scale facilities for generating a CFD-quality 
database requires from an experimental point of view a huge effort toward the upgrading of 
instrumentation and the use of computational tools already in the preparatory phase of the experimental 
program, e.g. for defining test conditions, test procedures, instrumentation needs and location of key 
instrumentation. 

The large-scale, multi-compartments PANDA facility (located at PSI in Switzerland) is one of the 
state-of-the –art facilities which is continuously upgraded to progressively match the requirements of 
CFD-quality experiments. PANDA has been used in the frame of the OECD/SETH project for 
investigations which included three series of tests characterized by wall plumes, free plumes and 
horizontal high-momentum jets. In addition to these series of tests, one specific three-gas test identified in 
the SETH project as Test 25, with air, steam and helium has been carried out. Toward this test campaign 
the PANDA instrumentation and auxiliary systems have been greatly enhanced. Analytical activities 
performed by the project participants, shown the suitability of PANDA data for CFD assessment purpose 
and revealed strengths and drawbacks of different codes in analyzing the phenomena occurring in these 
PANDA tests.  
In the paper is reported a selection of PANDA SETH test results where the phenomena of wall 
condensation, gas transport and mixing induced by plumes or jets were quantified. Also it will be shown 
that the spatial and temporal resolution for the measurement grid is adequate for the assessment and 
validation of codes with 3D capabilities. To this purpose examples of analytical activities performed at 
PSI using GOTHIC will be presented. 
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As a part the licensing process of the reactor containments the threat of uncontrolled hydrogen release and 
combustion must be addressed. Although state-of-the-art mit igation systems can reduce significantly the 
risk of a combustion accident scenario, under severe circumstances low concentration deflagration 
processes must be assessed. 

The modeling of low-concentration hydrogen deflagrations must be improved to predict accurately the 
combustion effects and specifically the pressure loads . “Thai” facility provides the necessary 
experimental data for model development and validation in conditions of relevance for nuclear safety. 
The size and shape of the facility as well as the elevated init ial temperature, pressure and steam 
concentrations considered guarantee that the experiments are suitable to the typical containment 
conditions. 

Inside the OECD-NEA International Standard Problem ISP-49 program several test carried out in “Thai” 
were selected for the performance of a simulation exercise. The experiments HD-12 and HD-15 allow to 
study low-concentration combustion of hydrogen at ambient and elevated temperature respectively. 
Additionally, the experiment HD-22 was chosen to simulate the deflagration of a H2-steam-air mixture at 
superheated and saturated conditions.  

In this work we propose the use of the KYLCOM model which is a recently developed computational 
method for the simulation of hydrogen turbulent combustion problems . The model is based on the 
coupling of a forest fire algorithm with a phenomenological approach for the calculat ion of the turbulent 
flame velocity. Additionally, it is extended to cope with systems containing significant concentrations of 
dilutants like  steam. 

A total of four simulations were carried out in two phases. A first stage covered experiments HD-12 and 
HD-15 in which the results of the tests were known in advance. This was followed by a predictive phase 
with experiment HD-22. For the last problem, both predictive calculations and post-computations, 
performed after the experimental results were open to the partners , were carried out. The results of the 
simulations were compared with the experiments and thoroughly analyzed. The conclusions obtained 
were utilized to asses the applicability of the different approaches for practical simulations on nuclear 
safety analysis. 



94

Thursday, September 16, 2010 
9:15 am - 11:00 am

Session 13, BOILING/BUBBLY FLOW (3)



95

EXPERIMENTAL DATA ON STEAM BUBBLE CONDENSATION IN POLY-DISPERSED 
UPWARD VERTICAL PIPE FLOW 

D. Lucas, M. Beyer, L. Szalinski 

Forschungszentrum Dresden-Rossendorf e.V., Institute of Safety Research 
P.O.Box 510 119, 01314 Dresden, Germany 

Phone: +49 (0) 351 260 2047, Fax: +49 (0) 351 260 12047 
D.Lucas@fzd.de 

Extended Abstract 

Experiments were done at the TOPFLOW facility of the Forschungszentrum Dresden-Rossendorf to 
establish a CFD-grade database on the condensation of steam bubbles injected into sub-cooled upwards 
vertical pipe flow. Bubble condensation plays an important role e.g. in sub-cooled boiling or steam 
injection into pools. Since the condensation rate is proportional to the interfacial area density, bubble size 
distributions have to be considered in an adequate modelling of the condensation process. To develop and 
validate closure models for CFD codes new experimental data with high resolution in space and time are 
required. 
The Variable Gas Injection device of the TOPFLOW facility [1] was used for the experiments. Some 
extensions were implemented for the condensation experiments. The test section consists of a 195.3 mm 
inner diameter pipe with a length of about 8 m. Gas is injected symmetrically through orifices in the pipe 
wall. In total there are 19 injection chambers distributed over the length of the pipe. 1 mm and 4 mm 
injection orifices are used to vary the initial bubble size distribution. The measuring plane is always at the 
top of the test section. The variation of the distance between the location of the gas injection and the 
measuring plane allows investigating the evolution of the flow along the pipe. Measurements are done 
using wire-mesh sensors and thermocouples. Experimental data were obtained for two-phase flows at 1, 
2, 4 and 6.5 MPa. The pressure boundary conditions were set at the position of the respectively activated 
gas injection chamber. The sub-cooling of the water was obtained by mixing cold water into the water 
flow from the circulation loop at the lower end of the pipe. The sub-cooling was obtained as the 
difference between the measured water temperature below the steam injection and the saturation 
temperature related to the set pressure. Due to this experimental procedure the experiments reflect the 
same situation as in case of a gas injection at a fixed height position and a shifting of the measuring plane. 
Gas and liquid flow rates as well as the sub-cooling of the water were varied.  
As expected, for constant pressure and flow rates the decrease of the gas volume fraction with increasing 
Length/Diameter (L/D) ratio due to bubble condensation is faster for cases with higher sub-cooling. A 
comparison of the results obtained for the same boundary conditions, but changing only the size of the 
injection orifices clearly shows larger condensation rates in case of the 1 mm orifices. In this case smaller 
initial bubbles are generated, i.e. interfacial area density is larger. This fact is also confirmed from the 
experimental data obtained for bubble size distributions.  Data on averaged void fraction, radial gas 
volume fraction profiles, profiles of the gas velocity and bubble size distributions in dependency of the 
L/D ratio are presented in the paper. Uncertainties of the measurements are extensively discussed. The 
data are suitable for CFD model development and validation. They will be used for the validation of the 
Inhomogeneous MUSIG model implemented in CFX for flows with phase transfer. 

[1] Lucas, D.; Beyer, M.; Kussin, J.; Schütz, P., Benchmark database on the evolution of two-phase flows 
in a vertical pipe, XCFD4NRS, Experiments and CFD Code Applications to Nuclear Reactor Safety, 10.-
12.09.2008, Grenoble, France 
Acknowledgements: This work is carried out in the frame of a current research project funded by the 
German Federal Ministry of Economics and Labour, project number 150 1329. 
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Extended Abstract  
 
Understanding the dynamics of multiphase systems is an issue of particular interest in 
the field of Computer Fluid Dynamics (CFD) applied to Nuclear Reactor Safety. A 
better knowledge of the forces that act on the bubbles moving in a continuous turbulent 
random fluid field is of importance for a complete description of the bubble’s motion 
and to obtain for instance the radial and axial void fraction distribution inside the reactor 
channels.  
Experiments specifically designed to understand the forces that act on the bubbles are a 
tool necessary to validate the models implemented inside the CFD codes. With this goal 
in mind, an upward isothermal co-current air-water flow in a vertical pipe (52 mm inner 
diameter) has been experimental investigated. Local measurements of void fraction, 
interfacial area concentration (IAC), interfacial velocity and Sauter mean diameter were 
measured using a four sensor conductivity probe. Liquid velocity and turbulence intensity 
were also measured using Laser Doppler Anemometry (LDA). Different air-water flow 
configurations were investigated for a liquid flow rate ranged from 0.491 m/s to 3 m/s and 
a void fraction up to 25 % .For each two-phase flow configuration twenty five radial 
position and three axial locations were measured by the conductivity probe methodology, 
and several radial profiles were also measured with LDA at different axial positions. 
Numerical simulations of these experiments for bubbly flow conditions were performed 
by coupling a Lagrangian code that tracks the 3D motion of the individual bubbles in 
cylindrical coordinates ),,( zr   inside the fluid field under the action of the following 
forces: buoyancy, drag, lift, and wall lubrication. Also we incorporate a 3D stochastic 
differential equation model to account for the random motion of the individual bubbles 
in the turbulent velocity field of the carrier liquid. This type of models denoted as 
continuous random walk models are used to predict the turbulent diffusion of the 
bubbles in the fluctuating velocity field of the carrier fluid. Also we have considered the 
deformation that suffers the bubbles when they touch the walls of the pipe and are 
compressed until they rebound.  
The velocity and turbulence fields of the liquid phase were computed by solving the 
time dependent mass, energy, and momentum conservation equations in its Reynols 
Averaged Transport Equation form (RANS). The turbulent kinetic energy k, and the 
dissipation rate   transport equations were simultaneously solved by using the k, 
epsilon model or the renormalized group model (RNG) model in a (r,z) grid by the 
finite volume method using the SIMPLER algorithm. Both Lagrangian and Eulerian 
calculations were performed in parallel because when integrating the 3D stochastic 
differential equations  that  take into account the motion of the bubbles in the fluid field 
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we must consider the  effect of the turbulence on the bubble’s motion. To do this we 
must know the turbulence field that feels the bubble at each position along the path 
trajectory. Good predictions were obtained for the bubbles trajectories and the void 
fraction distribution in the channels when we consider that the lift radial force depends 
on the bubble’s size and the bubbles are distorted, expressing this deformation in terms 
of the Eötvos number. 
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Extended Abstract 
 
The aim of this paper is to present the validation of a new methodology implemented in ANSYS  
CFX, that extends the standard capabilities of the inhomogenous Multiple-size group model 
(MUSIG) by additionally accounting for bubble size changes due to heat and mass transfer.  Liquid 
evaporation and bubble condensation plays an important role in sub-cooled boiling or steam 
injection into pools among many other applications in the nuclear safety area. Since the mass 
transfer rate between phases is proportional to the interfacial area density, a polydisperse modeling 
approach considering different bubble sizes is of main importance. Therefore, an accurate 
prediction of the bubble diameter distribution is required.  
The applied MUSIG approach uses the inhomogeneous bubble velocity treatment, which combines 
the size classes into different velocity groups to precisely capture the different behavior of the 
bubbles depending on their size. In the framework of collaboration between ANSYS and the FZ 
Dresden-Rossendorf (FZD) an extension of the MUSIG model was developed, which allows to take 
mass transfer due to evaporation and condensation into account in addition to breakup and 
coalescence effects.  
After the successful model verification of the new implementation, the next step was the validation 
of the developed model against experimental data. For this purpose a test case was chosen, which 
was investigated in detail at the TOPFLOW test facility at FZD.  It consists of a steam bubble 
condensation case in sub-cooled water at a large diameter (DN200) vertical pipe. Sub-cooled water 
flows into the 195.3 mm wide and 8 m height pipe, were steam is injected at z=0.0m and is 
recondensing. The experimental results are published in (Lucas & Prasser, Nuclear Engineering & 
Design, 2006). Using a wire-mesh sensor technique the main characteristics of the two-phase flow 
were measured, i.e. radial steam volume fraction distribution and bubble diameter distribution at 
different heights and measurement cross-sections. The main physical parameters characterising the 
test case are: 2 MPa pressure at the end of the pipe, an inlet superficial velocity of 1 m/s for the 
water and 0.54 m/s for the steam and 3.9 K of water sub-cooling. Due to the high amount of 
injected steam of up to local volume fraction of more than 30% this case represents a challenge for 
a CFD computation. 
A customized version of ANSYS CFX 12.0 was used for the numerical prediction. A 60 degrees 
pipe sector was modeled in order to save computational time, discretized into a mesh containing 
260.000 hexa elements refined towards the pipe wall and towards the location of the steam injection 
nozzles. Interfacial forces due to drag, lift, turbulent dispersion and wall lubrication force were 
considered. The numerical results were compared to the experimental data. The agreement is highly 
satisfactory as well as for the steam volume fraction prediction as for the bubble size distribution at 
different elevations, proving the capability of the new MUSIG model extension to accurately 
predict such complex two-phase flow. 
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Extended Abstract 
 

In the present study, a numerical simulation is performed to investigate the phenomenon related 
to the turbulent flow and heat transfer in a T-junction. The present T-junction configuration consists of 
two pipe systems intersected perpendicularly, and they are called main and branch pipes. In nuclear 
thermo-hydraulic society, this T-junction configuration has received much interest because the two 
freestreams with higher and lower temperatures mix and then induce thermal fatigue generated by the 
temperature change in the wall, which is known as the main source of the structural damage of T-
junction. However, the issues related to this problem remain unresolved because the flow in the T-
junction is a completely three-dimensional turbulent flow.  

Therefore, in order to get better understanding of this phenomenon, we are to investigate the flow 
in the T-junction by using the large eddy simulation technique which is newly regarded as a good 
turbulence simulation tool. To do so, dynamic Vreman model (DVM) proposed by Park et al. (2006) is 
taken as subgrid-scale model (SGS model) to account for the effect of the subgrid-scale motion. This 
SGS model is recently developed with the capability in simulating completely three-dimensional 
turbulent flows which do not have any homogeneous direction and so cannot be solved by dynamic 
Smagorinsky model (DSM). Also in order to efficiently simulate the flow in the T-junction, the 
immersed boundary (IB) method developed by Kim et al. (2001) and Kim & Choi (2004) is used. This 
method is known to have good advantages in mesh generation and computational time efficiency as 
compared to the unstructured grid approach because the IB method can handle complex geometry in 
framework of Cartesian grid. The basic computational details for this study are as follows. The time 
integration scheme considered in this study is based on the fractional step method (Kim & Moin, 
1985), and is composed of the second-order accurate Crank-Nicolson method for the diffusion terms 
in the momentum and energy equations and third-order accurate Runge-Kutta method for the 
convection terms in their equations. Also, the second-order accurate central scheme is considered as 
the spatial difference scheme because it is known as being free from dissipation error which plays a 
crucial role in determining the performance of the SGS model.  

In this study, the Reynolds number is the basic flow parameter characterizing the turbulent flow 
and heat transfer occurring in the T-junction. The Reynolds number considered here is based on the 
diameter and bulk velocity of the pipe and so Re’s are 81,000 and 76,000, respectively, for the main 
and branch pipes. Through preliminary computations, it is observed to be strongly interacted the 
vortical structures shed from the intersectional region between the main and branch pipes and those 
coming upstream along the main pipe. As a result, complicated three-dimensional vortical structures 
exist in the T-junction. They are seen as the main source of the pipe damage problem occurring in this 
T-junction configuration. Therefore, the characteristics of the vortical structures such as their 
frequency and intensity would be investigated in more detail by using vortex identification method 
such as Jeong & Hussain 1995)Moreover, turbulent statistics such as time-averaged velocity and 
temperature, and rms velocity and temperature fluctuations would be presented and, if possible, 
compared against experimental data in order to examine the quality of the present large eddy 
simulation.  
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Numerical Simulations of Thermal Mixing in T-junction Piping System  

using Large Eddy Simulation Approach 
 

Masa-aki TANAKA and Hiroyuki OHSHIMA 
 

Computational Fast Reactor Engineering Group 
Advanced Nuclear System Research and Development Directorate 

Japan Atomic Energy Agency 
 
Extended Abstract 
 

Thermal striping phenomena caused by mixing of fluids at different temperature is one of the most 
important issues in design of Fast Breeder Reactors (FBRs), because it may cause high-cycle thermal 
fatigue in structure relating to the structural integrity.  In Japan Atomic Energy Agency (JAEA), a 
numerical simulation code “MUGTHES (MUlti Geometry simulation code for THErmal-hydraulic and 
Structure heat conduction analysis in boundary fitted coordinate)” has been developed to investigate 
thermal striping phenomena in FBRs and to give transient data of temperature in the fluid and the structure 
for an evaluation method of the high-cycle thermal fatigue.  The MUGTHES employs Boundary Fitted 
Coordinate (BFC) system to be applied to the complex geometry with curved surface in the plant.  
Moreover, the MUGTHES can deal with three-dimensional transient thermal-hydraulic problems by using 
Large Eddy Simulation (LES) approach and artificial wall conditions derived by a wall function law.   

In this paper, numerical results of several thermal-hydraulic problems conducted as V&V 
(Verification and Validation) study of the MUGTHES are described before the numerical simulation in 
T-junction piping system.  In the V&V, numerical schemes and discretization methods in BFC system are 
verified by the numerical simulations in laminar flow condition and the LES approach and the treatment of 
the wall function law are validated through the numerical simulations in turbulent flow condition in which 
an idea of Phenomena Identification Ranking Table (PIRT) is used to identify the exercises.   

After the V&V study, numerical simulations of thermal mixing in a T-junction piping system 
(T-pipe) are described.  Objectives of the numerical simulations in T-pipe are to confirm applicability of 
the MUGTHES to the thermal striping phenomena and to investigate thermal mixing phenomena causing 
high-cycle thermal fatigue in the T-pipe.  Boundary conditions are chosen from an existing water 
experiment in JAEA, named as WATLON experiment.  The wall jet condition in which the branch pipe jet 
flows away touching the wall surface of the main pipe on the branch pipe side and the impinging jet 
condition in which the branch pipe jet impinges on the wall surface of the main pipe on the opposite side of 
the branch pipe are selected, because significant temperature fluctuation may be induced on the wall 
surface by the branch pipe jet.  The mean axial velocity in the branch pipe of 1.0 m/s is commonly used in 
each case.   Fluid temperature at the inlet in the main pipe is of 48 oC and that in the branch pipe is of 33 oC.  
A T-pipe in the experiment consists of a horizontal main pipe of 0.15 m in diameter and a vertical branch 
pipe of 0.05 m in diameter.  Before the discussion of physical phenomena, numerical results of 
MUGTHES are verified by the comparisons with experimental results of velocity and temperature and the 
applicable model coefficient (Cs) is discussed in Cs=0.1, 0.14, 0.17.  By the numerical simulations with 
Cs=0.14, the large-scale eddy motions are identified in the wall jet case and the impinging jet case.  
Horseshoe-like eddies behind of the branch pipe jet are identified in the wall jet case and arch-like eddies 
formed in front of the branch pipe jet are identified in the impinging jet case.  Through the numerical 
simulations in the T-pipe, generation mechanism of temperature fluctuation in thermal mixing process and 
on the surface is revealed in the relation with the large-scale eddy motion.  
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SUITABILITY OF WALL-FUNCTIONS IN LARGE EDDY SIMULATION FOR 
THERMAL FATIGUE PREDICTIONS IN A T-JUNCTION 

 
S.T. Jayaraju1, E.M.J. Komen1 and E. Baglietto2 

 
1Nuclear Research & Consultancy group, P.O. Box 25, 1755 ZG Petten, The Netherlands 

2CD-Adapco, Nuclear Applications, 60 Broadhollow Rd, Melville, New York 
 
Extended Abstract  
 
Thermal fatigue is a degradation mechanism induced on the primary piping system of a nuclear 
power plant. Consequences of thermal fatigue are often very critical, ranging from structural 
damage to a complete shut-down of a power plant. Hence, thermal fatigue has been considered as 
a serious safety concern and is seen as one of the most important parameter influencing the 
ageing and life management of nuclear power plants. 
 
An advanced Computational Fluid Dynamics methodology such as Large Eddy Simulation (LES) 
has emerged to be an effective tool to study the thermal fatigue phenomena. While most of the 
previous works show the ability of LES in accurately predicting the bulk mixing, very less work 
has been focused on analyzing the effect of near-wall modeling on thermal fatigue. For any 
accurate thermal fatigue analysis, it is very important that the thermal fluctuations on the wall 
boundaries are accurately predicted. The present work is focused on analyzing the suitability of 
wall-functions in accurately predicting these thermal stresses acting on the pipe walls in a T-
junction. To accomplish this, non-adiabatic LES simulations are performed with both wall-
resolved (WR) and wall-function (WF) approach.  
 
WALE model is used to account for the sub-grid-scale stresses. Unlike the most widely used 
Smagorinsky model, WALE accounts for the correct wall asymptotic behavior. WALE model 
also takes care of the effect of both strain and rotation rate to obtain local eddy viscosity. 
Bounded central scheme is chosen for spatial discretization, mainly for its proven stability in LES 
simulations. Second order implicit formulation is employed for temporal discretization. As a 
accuracy requirement, the physical time-step was chosen in such a way that the average CFL 
number in the domain is around 1. 
 
Creating a high quality wall-resolved mesh which meets the LES requirements is far from simple, 
especially when the computational domain involves sharp 90 degree joints. In the present work, 
we look beyond traditional hexa-hedral cells and use poly-hedral cells which can be constructed 
with more flexibility to meet the LES requirements. The mesh size for a typical WR approach is 
around 7 million. 
 
With an objective of providing detailed experimental data for CFD validation, the group of 
Vattenfall in Sweden has performed experimental measurements in the T-junction. These 
experiments were carried out at a Reynolds number of 160,000. They also performed two 
additional tests by scaling up and scaling down the Reynolds number by a factor of 2. The results 
showed weak dependence of flow characteristics on the flow rate. Based on these experimental 
observations, in the present work, Reynolds number scaling is performed in such a way that the 
solution at scaled Reynolds number is representative of the original Reynolds number. Such a 
scaling is performed mainly to reduce the computational effort required for LES.  
 
The results from the present work show good agreement between WF and WR simulations for the 
bulk flow properties. Close to the walls, huge gradients in RMS temperature seen in WR 
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simulation are overtly under-estimated by WF approach. On the pipe walls, WF approach under-
estimates the RMS heat-flux when compared to WR approach. The under-prediction of RMS 
temperature close to the walls raises a doubt and will require further investigation into the 
temperature history on the pipe walls to judge the applicability of WF approach for thermal 
fatigue issue. 
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TOWARDS EMPIRICISM-FREE LARGE EDDY SIMULATION FOR  
THERMO-HYDRAULIC PROBLEMS

V.M. Goloviznin1, S.A. Karabasov1, 2, M.A. Zaitsev1
1Moscow Institute of Nuclear Safety, Russian Academy of Science, Moscow, Russia

2University of Cambridge Department of Engineering, Cambridge, UK

Abstract

A novel high-resolution Navier-Stokes method is proposed for modelling large-scale turbulent flows. 
The method is based on the non-oscillatory low-dissipative and low-dispersive CABARET scheme. 
Numerical results are provided for the classical backward-facing step problem and for the recent 
OECD/NEA-Vattenfall T-junction blind-test exercise.
Unsteady heat transfer problems that are associated with turbulent non-isothermal flow mixing are 
very topical for the thermal fatigue of industrial power plant systems. Mathematical modelling of such 
problems remains very challenging because of the poorly understood large-scale turbulence phenom-
ena. One popular approach for modeling this type of flows is Implicit Large Eddy Simulation (ILES). 
The Implicit LES approach doesn’t have any explicit turbulence model and has to rely on (i) the ability 
of the numerical method to remove all scales smaller than the grid scale from the solution without 
affecting the resolved scales, in provision that (ii) the method’s resolution is enough to capture all 
important dynamic scales. For the latter, the use of high-resolution robust numerical methods is thus 
essential. Hence, for the numerical method our choice is the Compact Accurately Boundary Adjust-
ing High Resolution Technique (CABARET) scheme that has previously been applied for solving 
advection-dominated problems.  In comparison with the standard finite-difference and finite-volume 
methods, in CABARET there is always an additional independent evolutionary variable, which gives 
the method the ability to preserve one more important property of the governing equations - the small 
phase and amplitude error. For solving Navier-Stokes equations with Reynolds numbers of 104, the 
method gives a very good convergence without any additional preconditioning down to Mach numbers 
as low as M~0.05-0.1 In particular for the ILES modelling of a hydrodynamic instability and free jet a 
257x257 grid using CABARET is able to produce results comparable to a conventional second-order 
method which would require at least 1025x1025 grid points.  Here, the CABARET method is 30 times 
more efficient.  The goal of the current paper is to further promote the ILES CABARET method for 
modelling of large-scale turbulent flows. We first consider the solution of the benchmark problem of 
turbulent flow over a backward facing step and then discuss the CABARAT application for the recent 
OECD/NEA-Vattenfall T-junction blind
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Extended Abstract 
 
Computational Fluid Dynamics (CFD), as a tool, is successfully being applied in different 
application fields involving fluid flow problems mainly because of the versatile nature of the 
equations involved to accommodate domain specific phenomena. Application of CFD in 
atmospheric flow and pollutant dispersion problems has been the focus of professionals in the 
field of environment and risk, the reasons being the availability of more specific input data in 
addition to the high end computational resources in the recent times. 
 
Atmospheric flow field at a given site is generally driven by the large scale weather system, 
within which local scale; site specific flow field is embedded due to the local topographic 
effects and also due to the non-homogeneity of the surface conditions. The Numerical 
Weather Prediction (NWP) models, such as MM5, are ideally suited for predicting 3-
dimensional flow field conditions over a regional scale or mesoscale range; however, it may 
give poor forecast for local flow conditions due to the coarse resolution of the model. On the 
contrary, CFD based models are well suited for generating local scale flow fields, using 
locally measured data, however, they lack information about the large scale flow field in 
which the local scale flow field is embedded. Thus, it was felt that proper coupling of the two 
may give more realistic flow filed simulation as well as pollutant dispersion for the site under 
consideration. Moreover, the NWP model being predictive, coupling of the NWP with CFD 
based local scale model could be a very effective tool for analyzing the consequences of 
accidental releases in advance and can help in emergency preparedness of the industry under 
consideration.  
 
This paper discusses an effort made to generate an interface between a CFD based dispersion 
model (fluidyn – PANEPR) and a mesoscale meteorological model (MM5) to cater to the 
problems of the kind as discussed above. The NWP model MM5 takes initial and boundary 
conditions data from the global weather forecast model and generates weather forecast over a 
regional scale at finer resolution as compared to global weather forecast model. Subsequently, 
the weather forecast generated by the MM5 is passed on to the CFD based model PANEPR to 
generate very high resolution 3-dimensional flow field over an equal or smaller region by 
considering local topography, buildings etc. The flow field thus generated is used for the 
estimation of pollutant dispersion. Local observations of wind and temperature profiles as 
measured by SODAR/RASS equipments are also considered while processing the wind field. 
 
Since the interface between CFD based model PANEPR and NWP model MM5 was 
developed as a part of emergency preparedness for Indian Nuclear Power Plants, a 
radiological dose assessment module is also attached with the PANEPR model for the 
radiological forecast in case of any accidental release from the Nuclear Power Plant. The 
paper will describe the methodology used in our approach along with the results obtained in a 
case study. 
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CFD SIMULATION OF CRITICAL HEAT FLUX IN A ROD BUNDLE 
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Extended Abstract 
 
The critical heat flux (CHF) condition is characterized by a sharp reduction of the local heat transfer 
coefficient which results from the replacement of liquid by vapour adjacent to the heat transfer 
surface. If the surface heat flux is the independent variable, the condition manifests itself as a sharp 
increase in surface temperature as the critical heat flux value is reached. The critical heat flux forms an 
important boundary for the performance of the heat exchange equipment. Determination of the critical 
heat flux is one of the key issues in nuclear reactor safety. 
 This paper presents numerical simulations of boiling flow in a rod bundle with Departure from 
Nucleate Boiling (DNB) condition at the end of the middle rod. Large Water Loop CHF tests were 
used as a data set for our simulations. The Large Water Loop (LWL) is non-active pressurised-water 
equipment with technological and thermal parameters corresponding to those of PWR. The CHF 
experimental facility (a part of the Large Water Loop) has been designed for research into CHF in 
water flow through a bundle of electrically heated vertical rods. The critical conditions were 
determined under constant pressure, inlet water temperature and mass flux and for quasi steady-state - 
by gradually increasing the heat input. The rods are modelled by hollow tubes with direct heating of 
the wall. 
 NEPTUNE_CFD code was used for numerical simulations. The computational domain covered a 
30° quasi-symmetric section of the actual channel. Simplified grid spacers were included in the 
domain. Calculations were performed with two-fluid approach with models for drag, lift, added mass 
and turbulent dispersion forces as well as for interfacial heat and mass transfer. Turbulent dispersion 
coefficient was based on void fraction gradient and on drag and mass forces. K-epsilon model was 
used for the prediction of the liquid turbulence, the flow of vapour was assumed to be laminar. 
Generalized wall heat-flux-splitting model was used to calculate production of vapour at the heated 
wall. This generalized model is an extension of the Kurul & Podowski model - it accounts for 
superheating of vapour under CHF conditions. A simple criterion based on the void fraction at the wall 
was used for the CHF prediction. Bubble mean diameter distribution in flow was calculated from one-
group interfacial area transport equation with Yao’s models for coalescence and break-up of the 
bubbles. 
 Numerical simulations were performed for the several selected LWL test cases so as to find out 
whether the NEPTUNE_CFD can predict occurrence of the critical heat flux. After that, wall heat 
fluxes in simulation were increased or decreased so as to find out the interval of wall heat fluxes at 
which CHF condition occurs. So as to demonstrate the effect of grid spacers, results of one case are 
compared with simulation without grid spacers in the computational domain.  
 The results show that NEPTUNE has potential for predicting the boiling flow up to CHF 
in the geometry of reactor fuel assembly. 
 Presented work was done within 7th FP EURATOM NURISP project. NEPTUNE_CFD code is 
implemented in the NURESIM platform. 
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STUDY OF NATURAL CONVECTION AROUND A VERTICAL HEATED ROD USING 
PIV/LIF TECHNIQUE 

Rita Szijártó, Bogdán Yamaji, Dr. Attila Aszódi 

Institute of Nuclear Techniques, Budapest University of Technology and Economics 

Extended Abstract  

The Nuclear Training Reactor of the Institute of Nuclear Techniques (Budapest University of 
Technology and Economics, Hungary) is a pool-type reactor, with light water moderator. The 
maximum thermal power is 100 kW. The reactor core consists of 369 fuel elements (10 mm of 
diameter, 590 mm of length), which are arranged in a square lattice. The fuel rods have an active 
length of 500 mm and an inactive length both in the upper and the bottom part of the fuel rods. The 
fuel elements are cooled by natural convection of the water. In certain operation states the cooling 
system pumps colder water below the core, but even in these cases natural convection ensures the 
refrigeration of the fuel rods. The reactor pool contains 8.5 m3 of water, which is responsible for the 
cooling of the fuel rods and the biological shielding.   
Investigation of reactor excursion scenarios showed that the process of the excursion and the 
maximum energy release are determined basically by the efficiency of the natural convection around 
the rods, the velocity of the cooling water flow and the heat transfer coefficient.      
These processes were investigated using an electrically heated rod, which models the geometry of the 
fuel rods in the training reactor. The active length of the model is the same as the active length of the 
real fuel rods. The electric power of the model rod can be variable between 0–500 W. The rod is 
placed in a glass tank which has the shape of a square-based prism. The height of the tank is 1m, and 
the dimension of the square is 0.15 m * 0.15 m.  
PIV (Particle Image Velocimetry) and LIF (Laser Induced Fluorescence) techniques were used to 
study the velocity and temperature field of the natural convection around the electrically heated 
vertical rod. Several experiments were made with different amount of heating and different positions 
of the detected area.  
The PIV measurements gave us detailed, 2D images about the velocity field, as the equipment was 
installed in such way that the middle plane of the rod could be detected. The LIF measurements 
provided – after a complicated calibration and data processing – the temperature field of the water on 
the same plane. A flow near the rod was observed and fully analyzed.    
The results allowed us to investigate the laminar and turbulent boundary layers. The velocity of the 
flow next to the rod had a maximal value around 0.02 m/s, when the electric power of the rod was set 
to 100%. The flow had a turbulent regime in this case, its pattern showed a significant, vertical stream 
with vortexes near the rod. The natural convection was less dynamic with low settings of the electric 
power.       
CFD modelling of the measurements were also carried out using ANSYS CFX.  The aim of the study 
was to give an experimental support for the safety analyses of the Training Reactor and a basis for the 
validation of the CFD models investigating natural convection. 
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3D CFD CONV code: validation and verification 

Chudanov V.V. 

During some years in IBRAE a set of 3D CFD modules (CONV code) for safety analysis of the 
operated Nuclear Power Plants (NPPs) is developing [1]. These modules are based on the developed 
algorithms with small scheme diffusion, for which the discrete approximations are constructed with use 
of finite-volume methods and fully staggered grids. For solving of convection problem the regularized 
nonlinear monotonic operator-splitting scheme is developed. The Richardson iterative method with 
Chebyshev’s set of parameters using FFT solver for Laplace’s operator as preconditioner is applied for 
solving pressure equation. Such approach for solving of the elliptical equations with variable 
coefficients gives multiple acceleration in a comparison with a usual method of conjugate gradients. For 
modeling of 3D turbulent single-phase flows LES approach (commutative filters) is used. The CONV 
code is fully parallelized and highly effective at the high performance computers. 

The developed modules were validated [2-4] on a series of the well known tests in a wide range 
of Rayleigh numbers from a range 106-1016 and Reynolds numbers from a range 103-105. The developed 
software has been applied to the simulation of the experiment on RASPLAV facility [2] and of large-
scale RCW test conducted in the frames of MASCA Project [3]. As a result of numerical modeling of 
aforementioned experiments qualitative and quantitative agreement with experimental data was 
obtained including amount of the molten corium and form of the molten pool, distribution of 
temperature in corium, fluxes and temperatures in a test – wall. The software has been applied also to 
the analysis results of test L1 and joint analyses on transient molten pool thermal hydraulics in the LIVE 
facility in the framework of ISTC project [4].  

In this paper the examples of use of the developed software for modeling of a fuel assembly, 
namely, for research of a hydraulic resistance factor of a spacer are demonstrated. The calculations are 
carried out on a sequence of condensed grids with an amount of nodes from a range 107-108, for which 
the convergence was obtained. Moreover, the attention of this paper is focused on validation and 
verification of software with usage of such tests as: 3D convection in a lid-driven cavity flow, turbulent 
flow of water in a round pipe, backward-facing step flow and T-junction thermal mixing test. In all 
cases a good agreement was obtained. 
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Extended Abstract 

A commercial CFD code was applied, for validation purposes, to the simulation of the spacer grid of Atucha-
II coolant channel. The calculations were aimed at evaluating the pressure drop across the grid during the 
normal operation. Two types of grid were simulated, i.e. the so-called “elastic spacer” and “rigid spacer” 
(also referred to as the KWU and IEC spacer, respectively), which are made from different materials and 
have totally different geometries. Both designs are planned to be adopted in Atucha-II reactor. 
The KWU spacer is constituted by bended plates, while the IEC spacer is obtained from a single metal sheet 
cut with high-pressure water jet. Both designs also include four rigid sliding shoes welded to the spacers and 
an elastic shoe connected to the spacers too. The sliding shoes serve as radial constraints between the fuel 
bundle and the coolant channel. 
In both cases the computational domain was chosen including only one grid and imposing a total length 
equal to the distance between two successive spacers in Atucha-II fuel assembly; as several equidistant 
spacer grids are installed in the real fuel assembly, a sort of “periodic” flow configuration takes place. This 
effect was considered handling the outlet and inlet boundaries conditions as coupled interfaces, forcing the 
velocity and turbulence profiles to be equal on both boundaries; no heat transfer was present. 
Due to the complexity of the geometry, the computational domain has been discretized with tetrahedral 
elements; a prism layer was added on the walls to improve the turbulence treatment close to the walls. 
The numerical results were compared with the measured data obtained from experiments performed at the 
High Pressure Test Laboratory in the Atomic Centre “Ezeiza”, in Argentina. The spacer grids used for the 
experiments are exact replicas of those to be installed at Atucha-II. The experiments were performed in order 
to measure the pressure drops along the coolant channel, taking the effect of the spacer grids, the fuel bundle 
and the surrounding pipe into account. Several tests were run at different temperatures and mass flow rates. 
The comparison between the experimental data and the results has been done in term of pressure loss 
coefficient. 
According to the Best Practice Guidelines recommendations, several calculations were performed to 
investigate the sensitivity of the results to the turbulence model, the advection scheme, the working fluid, etc. 
The results for the KWU spacer grid are in good agreement with the experimental values. The results for the 
IEC grid show a considerable sensitivity to the advection scheme; it appears that the first-order Upwind 
advection scheme yields better results than the higher resolution scheme available in the code. 
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MEASUREMENT OF LAMINAR VELOCITY PROFILES IN A PROTOTYPIC PWR FUEL 
ASSEMBLY

S.G. Durbin, E.R. Lindgren, and A. Zigh*

Sandia National Laboratories 
*Nuclear Regulatory Commission 

Extended Abstract

Laminar gas flow in a nuclear fuel assembly is of interest for complete loss-of-coolant accident scenarios 
in spent fuel pools and for performance analyses of dry storage casks.  For this study, velocity profiles 
were measured across the bundle of a prototypic PWR fuel assembly using laser Doppler velocimetry 
(LDV).  Two of the containment cells examined were representative of values spanning pool and cask 
cells available in industry.  The apparatus was tested in the laminar regime with Reynolds numbers 
ranging from 10 to 1000, based on the average assembly velocity and hydraulic diameter. 

The apparatus was constructed from a commercial PWR fuel “skeleton” and stainless steel tubing with 
the assembly in a vertical orientation.  The stainless steel tubing functioned as surrogate fuel pins and had 
prototypic top and bottom fuel plugs.  The skeleton included the top and bottom nozzles, debris catcher, 
guide tubes, fuel spacers, and intermediate flow mixers.  Each containment cell was constructed from 
stainless steel on three sides and an acrylic window along the length of the remaining side.  Metered, dry 
air at ambient conditions was forced into the bottom of the assembly through a flow conditioner.   The 
LDV was arranged perpendicular to the optical window, and velocity traverses were taken in between the 
rows of simulated fuel rods.  Different axial positions of interest were investigated including pre-spacer, 
post-spacer, and mid-bundle. 

The different cell dimensions affect the amount of gas flowing within the bundle and the annular region 
between the fuel and cell wall.  These profiles are valuable in estimating the flow partition between these 
parallel, dependent flow paths. These measurements also indicated a redistribution of flow after spacers 
and intermediate flow mixers (IFMs) at higher flow rates, suggesting significant wake effects. The wake 
disturbances in the flow were generally not apparent in the mid-bundle measurements, which may suggest 
that the flow has re-established a fully developed condition.  
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ABSTRACT 

A large amount of Hydrogen gas is expected to be released within the dry containment of a pressurized 
water reactor (PWR), shortly after the hypothetical beginning of a severe accident leading to the 
melting of the core. According to local gas concentrations, the gaseous mixture of hydrogen, air and 
steam can reach the flammability limit, threatening the containment integrity. In order to prevent 
mechanical loads resulting from a possible conflagration of the gas mixture, French and German 
reactor containments are equipped with passive autocatalytic recombiners (PAR’s) which preventively 
oxidize hydrogen at concentrations lower than that of the flammability limit. 
The objective of the paper is to present numerical assessments of the recombiner’s models 
implemented in CFD solvers NEPTUNE_CFD [ref.1-3] and Code_Saturne [ref.4]. NEPTUNE_CFD 
is dedicated to the simulation of incompressible or compressible multi-component/multiphase flows. 
The multi-fluid set of equations is an extension of the “two fluid-one pressure” model to the case of m 
phases. Each fluid (fluid component and/or phase) is modeled through at least 3 conservation 
equations representing mass, momentum and total enthalpy. Code_Saturne is dedicated to 
homogeneous incompressible or low Mach number compressible multi-component flows, with only 
one momentum equation, representing the momentum of the mixture of gas, liquid and particles.  
NEPTUNE_CFD is mainly used for nuclear engineering, whereas Code_Saturne is used either for 
nuclear and fossil energy engineering, and for environment (geophysical flows). The NEPTUNE_CFD 
code is developed within the framework of the NEPTUNE project, financially supported by CEA 
(Commissariat à l'Énergie Atomique), EDF, IRSN (Institut de Radioprotection et de Sûreté Nucléaire) 
and AREVA-NP. 

Under the EDF/EPRI agreement, CEA has been committed to perform 42 tests of PARs. The 
experimental program named KALI-H2, consists to check the performance and behavior of PAR. The 
CFD recombiner model implemented in the CFD codes is based on the manufacturer  correlation for 
computing the hydrogen depletion rate. Concerning the KALI-H2 experiment, this model may lead to 
unrealistic values for the gas temperature, if the conjugate heat transfer and the wall steam 
condensation are not taken into account. The combined effects of these models give a good agreement 
between computational results and experimental data. The NEA/CSNI Best Practice Guidelines were 
followed as much as possible, especially in the mesh generation process by keeping acceptable quality 
for the grids, by exploring the grid convergence, and also by assessing the numerical convergence. 
But if the recombiner design evolves, another manufacturer correlation would be required. An 
alternative would be to develop numerical model to describe the PAR functioning and next deduce 
global correlations. 

[Ref. 1] Mechitoua N., et al, “An Unstructured Finite Volume Solver for 2-Phase Water/Vapor Flows 
Modelling Based on an Elliptic Oriented Fractional Step Method”, Proceeding of NURETH 10, Seoul, 
South Korea, October 5-9, 2003. 

[Ref. 2] Mimouni, S., et al., Modelling of sprays in containment applications with A CMFD code. 
Nucl. Eng. Des. (2009), doi:10.1016/j.nucengdes.2009.11.018
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[Ref. 3] Mimouni S., et al., CFD Modelling of wall steam condensation by a two-phase flow approach, 
NURETH-13 13th International Topical Meeting on Nuclear Reactor Thermal-Hydraulics.

[Ref. 4] Theoretical manual of Code_Saturne available on line upon http://www.code-saturne.org
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Extended Abstract 

The required technological and safety standards for future Gen IV Reactors can only be achieved 

if advanced simulation capabilities become available, which combine high performance computing with 

the necessary level of modeling detail and high accuracy of predictions.   The purpose of this paper is to 

present recent results of computer simulations using a newly developed multiscale multidimensional 

model of fission gas discharge following cladding failure during a postulated loss-of-flow accident in a 

Gen. IV Sodium Fast Reactor (SFR). 

The issues discussed in the full paper will include an overview of the proposed multiscale three-

dimensional (3D) modeling approach to the inter-related phenomena of transient fuel element heatup, 

cladding failure mechanisms, injection of a jet of gaseous fission products into a partially blocked SFR 

coolant channel, and gas/molten sodium transport along the coolant channels.   

The computational approach to the analysis of the overall accident scenario is based on using 

three different inter-communicating computational multiphase fluid dynamics (CMFD) codes: FronTier, 

PHASTA and NPHASE-CMFD.    

FronTier is a multiphysics code for the simulation of multiphase/free-surface flows based on the 

method of front tracking, which has been developed at SUNY at Stony Brook in collaboration with BNL 

and LANL.

PHASTA is a parallel, hierarchic (between 2nd- and 5th orders of accuracy, depending on 

function choice), adaptive, stabilized (finite element) transient analysis DNS flow solver (both 

incompressible and compressible) that has been developed at RPI.  The PHASTA code uses anisotropic 

adaptive algorithms and the most advanced LES/DES models.   

NPHASE-CMFD is a robust computational multiphase fluid dynamics flow solver. The 

technology used by the NPHASE-CMFD code is the multifield model of multiphase flows.  The 

governing equations of fluid flow and heat transfer are ensemble-averaged, which allows the NPHASE-

CMFD code to predict local non-steady-state multidimensional flow and heat transfer phenomena in 

two- or multiphase/multicomponent fluids.   
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The smallest (micro) scale under consideration deals with the processes governing: fuel heatup, 

melting and relocation, fracture mechanics of stainless steel cladding heatup and failure, and the 

subsequent fission gas discharge through the breach.   These processes have been resolved using the 

FronTier code.  FronTier predicts the time-dependent shape and size of the cladding failure and provides 

the computed outflow rate of the fission gas to the PHASTA code.

Using the geometry and time history of cladding failure and the gas injection rate provided by

FronTier, direct numerical simulations (DNS) of two-phase turbulent flow have been performed by the 

PHASTA combined with the Level Set method. The model allows one to track the evolution of 

gas/liquid interfaces at a millimetre scale. The simulated phenomena include the formation and breakup 

of the jet of fission products injected into the liquid sodium coolant.  

The turbulent two-phase PHASTA outflow is averaged over time to obtain mean phasic 

velocities and volumetric concentrations, as well as the liquid turbulent kinetic energy and turbulence 

dissipation rate, all of which serve as the input to the next scale simulations using the NPHASE-CMFD 

code. A sliding window time-averaging has been used to capture mean flow parameters for transient 

cases. 

The largest scale (comparable with core height) simulations of turbulent liquid-sodium/fission-

gas mixture flow in the reactor coolant channels have been performed by NPHASE-CMFD code.   The 

boundary conditions for NPHASE-CMFD, including local distributions of velocity and turbulent kinetic 

energy and energy dissipation consistent with a two-phase k-ε model, are supplied by PHASTA.   

Furthermore, NPHASE-CMFD provides the back pressure to the PHASTA domain outflow.   In turn, 

PHASTA, provides the pressure found at the inflow of its domain back to FronTier outflow.  Thus, all 

the three codes used for the described multifield simulation are coupled. The use of such a multiple code 

platform allows for performing full scale simulations of hypothetical accidents in future Gen-IV reactors, 

while maintaining a high fidelity level of detail at different modeling scales.  

The following results of multiscale model testing and validation will be shown in the full paper: 

 Propagation of heatup and failure (local breach) of stainless steel cladding, and the associated 

information transfer between FronTier and PHASTA. 

 Fission gas discharge through breached cladding and gas jet formation and breakup, based on the 

coupled FronTier and PHASTA simulations. 

 Conversion of two-phase DNS simulations by PHASTA into ensemble-averaged transient   turbulent 

two-phase flow parameters used as input to NPHASE-CMFD. 

 Macroscale multidimensional simulations of fission-gas/liquid-sodium two-phase flow in the coolant 

channels of SFR using NPHASE-CMFD.  
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Extended Abstract 

During the course of a hypothetical severe accident in a nuclear Pressurized Water Reactor (PWR), hydrogen 
may be produced by the reactor core oxidation and distributed into the containment. Spray systems are used 
in order to limit overpressure, to enhance the gas mixing to avoid hydrogen accumulation, and to wash out 
the fission products. The spray systems efficiency may depends on the evolution of the droplet size and 
velocity distributions in the containment. The spray is provided by nozzles attached at approximately 50 cm 
intervals at the top of the reactor containment. Collisions between drops from adjacent nozzles then modify 
the cloud size and velocity distributions. In order to simulate these phenomena with CFD codes, it is first 
necessary to know the droplet size and velocity distributions close to the outlet of a nozzle, so as to use these 
input data in numerical simulations. The goals of this paper are therefore to determine these data and perform 
calculations of the crossing zone of two prototypical sprays. 
Experimental measurements were performed on a single spray nozzle (Lechler, SPRACO 1713A) which is 
routinely used in many PWR. This nozzle is generally used with water at a pressure drop ΔP of 3.5 bars, 
producing a mass flow rate of approximately 1 kg/s. Such a nozzle has already been characterised by Powers 
and Burson (1993) using photographic and freezing methods, nevertheless no information about the distance 
from the nozzle at which the measurements were performed are present in their publication. 
The SPRACO 1713A nozzle creates a hollow cone swirling spray of 60° angle. Very close to the nozzle 
outlet, a liquid sheet is formed and is atomized into droplets. Using a high-speed camera, the length of the 
liquid sheet, which is also the length at which droplets are formed, is found to be around 20 cm. Thus, 
measurements of the droplet size and axial velocity distributions were performed with a Phase-Doppler 
Interferometer (Artium Co.) at 20, 30, 40 and 60 cm from the nozzle outlet. For each distance, measurements 
were performed at angle intervals of 45° along the cross-sectional ring of the hollow cone spray.  
A circular asymmetry, probably due to the inner geometry of the nozzle, is observed at each cross-section of 
the hollow cone. At a distance of 20 cm, where atomisation is just finished, the geometric  mean diameter 
(GMD) varies from 300 to 375 µm, the Sauter mean diameter (SMD) from 430 to 600 µm and the mean
axial velocity from 14 to 18.4 m/s. At a distance of 60 cm, the GMD varies from 350 to 440 µm, the SMD
from 460 to 580 µm and the mean axial velocity from 10 to 14 m/s. Uncertainties are estimated from 2 to 
12% for size measurements, and from 1 to 4% for velocity measurements. Droplet size distributions are well-
fitted by a log-normal distribution. Concerning the droplet axial velocity distributions, a Gaussian 
distribution seems to be more suitable but further interpretation is needed for a decisive conclusion.  
These data can be used in CFD codes in order to simulate, with appropriate boundary conditions, the PWR 
spray system. A simulation with NEPTUNE_CFD, developed within the framework of the NEPTUNE 
project, financially supported by CEA, EDF, IRSN and AREVA-NP, was performed. It allows a first 
estimation of the relative Weber number between two drops in the crossing spray area. Results show that 
collisions between droplets will lead to high relative Weber numbers, and so, to droplet fragmentation.  
Further work will consist in integrating the appropriate collision kernel in the modelling to evaluate the 
impact of this fragmentation zone on the overall size distribution.  
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ABSTRACT 
 
Condensation heat transfer in the presence of non-condensable gases is a relevant phenomenon in 
many industrial applications. The present work is focused on the condensation heat transfer that plays 
a dominant role in many accident scenarios postulated to occur in the containment of nuclear reactors. 
The aim of the study is to contribute to the understanding of the heat and mass transfer mechanisms 
involved in the problem. The study also compares a general multiphase approach implemented in 
NEPTUNE_CFD [Ref.1] with a homogeneous model, of widespread use for engineering studies, 
implemented in Code_Saturne [Ref.2]. The NEPTUNE_CFD code is developed within the framework 
of the NEPTUNE project, financially supported by CEA (Commissariat à l'Énergie Atomique), EDF, 
IRSN (Institut de Radioprotection et de Sûreté Nucléaire) and AREVA-NP. 
The model implemented in NEPTUNE_CFD [Ref.3-4] assumes that liquid droplets form along the 
wall within nucleation sites. Vapor condensation on droplets makes grow. Once the droplet diameter 
reaches a critical value, gravitational forces compensate surface tension force and then droplets slide 
over the wall. Droplets can also join the neighboring droplets and form a liquid film. The starting point 
of the model is based on the balance of heat and mass transfer between droplets and the gas mixture 
surrounding the droplets. Each fluid (gas mixture or droplets) is modeled through at least 3 
conservation equations representing mass, momentum and total enthalpy. This approach allows to take 
into account simultaneously the mechanical drift between the droplet and the gas, the heat and mass 
transfer on droplets in the core of the flow and the condensation/evaporation phenomena on the walls.  
The homogeneous condensation heat transfer implemented in Code_Saturne is modeled through a 
mass transfer between the steam and the water liquid,. This term depends on the difference between 
the non condensable gas mass fractions at the gas/liquid interface (wall) and in the fluid. The exchange 
coefficient is given by correlations based upon boundary layers laws driven by free or forced 
convection. The creation of liquid mass is taken into account through a sink term in the steam mass 
conservation equation and the global mass equation of the gases. The motion of the liquid film due to 
the gravitational forces is neglected, as well as the volume occupied by the liquid. 
Both condensation models and compressible procedures are validated and compared to experimental 
data provided by the TOSQAN ISP47 experiment (IRSN Saclay). Computational results compare 
favorably with experimental data, particularly for the Helium and steam volume fractions. 
Nevertheless, the cross-comparison of the gas velocity profiles should be improved in plume-jet 
configuration. It concerns turbulence modeling for accurate predictions of heat transfer in the whole 
containment. The NEA/CSNI Best Practice Guidelines were followed as much as possible, especially 
in the mesh generation process by keeping acceptable quality for the grids, by exploring the grid 
convergence, and also by assessing the numerical convergence. 
 
[Ref. 1] Mechitoua N., et al “An Unstructured Finite Volume Solver for 2-Phase Water/Vapor Flows 
Modelling Based on an Elliptic Oriented Fractional Step Method”, Proceeding of NURETH 10, Seoul, 
South Korea, October 5-9, 2003.  

[Ref. 2] Theoretical manual of Code_Saturne avaialble on line upon http://www.code-saturne.org 
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Extended Abstract 

This paper presents recent advances in the validation of an advanced Computational Fluid Dynamics 
(CFD) computer code (CFD-BWR) that allows the detailed analysis of two-phase flow and heat transfer 
phenomena in Boiling Water Reactor (BWR) fuel bundles. The CFD-BWR code is being developed as a 
customized module built on the foundation of the commercial CFD-code STAR-CD which provides 
general two-phase flow modeling capabilities. We have described in [1, 2] the model development 
strategy that has been adopted by the development team for the prediction of boiling flow regimes in a 
BWR fuel bundle. This strategy includes the use of local flow topology maps and flow topology specific 
phenomenological models. The paper reviews the key boiling phenomenological models and focuses on 
recent results of experiment analyses for the validation of two-phase BWR phenomena models including 
cladding-to-coolant heat transfer and Critical Heat Flux experiments and the BWR Full-size Assembly 
Boiling Test (BFBT).

The two-phase flow models implemented in the CFD-BWR code can be grouped into three broad 
categories: models describing the vapor generation at the heated cladding surface, models describing the 
interactions between the vapor and the liquid coolant, and models describing the heat transfer between the 
fuel pin and the two-phase coolant. These models have been described in [1, 2, and 4] and will be briefly 
reviewed. The boiling model used in the second generation of the CFD-BWR code includes a local flow 
topology map which allows the cell-by-cell selection of the local flow topology [5]. Local flow topologies 
can range from a bubbly flow topology where the continuous phase is liquid, to a transition flow 
topology, to a droplet flow topology where the continuous phase is vapor, depending primarily on the 
local void fraction. The models describing the cladding-to-coolant heat transfer and the interplay between 
these models and the local flow topology are important in Critical Heat Flux (CHF) analyses, and will be 
described in detail in the full paper.  

Empirical correlations are used in the models described above hence validation checks of the computed 
solutions against experimental data are essential and must be carried out. A comprehensive validation 
strategy has been developed which includes both validation analyses focused on individual 
phenomenological models and integral test analyses including a combination of two-phase phenomena 
characteristic for BWR fuel assemblies [1, 3]. No new experiments are planned as part of this work, but a 
wealth of experimental data focused on various phenomenological aspects of two-phase flows has been 
published in scientific journals and will be used for the validation of the CFD-BWR code. An extensive 
literature review has been conducted and 24 papers describing experiments that can be used as test cases 
for the validation of the base code and the CFD-BWR module have been selected. These tests provide the 
validation basis for a variety of two-phase flow phenomena, ranging from inter-phase mass, momentum, 
and energy transfer for specific flow regimes, to boiling flow where multiple flow regimes are present, 
and two-phase flow phenomena in realistic fuel bundle geometries.  
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Multiple experiments from the list discussed above have been analyzed as part of the model validation 
effort [1, 3, and 4]. In this paper we present results of recent analyses of CHF experiments involving 
upward flow in channels with heated walls. The CHF location, axial wall temperature profile and axial 
and radial void profiles were calculated and compared with experimental data. Good agreement between 
computed and measured results was obtained. We also present results of recent validation analyses 
focused on the verification and validation of the local flow topology models. The local flow topology is 
determined with the use of a local inter-phase surface topology map, and plays a central role in 
determining the mass, momentum, and energy exchanges between the liquid and vapor phases and 
between the two-phase coolant and the heated walls. In these experiment analyses the flow topologies 
predicted by the CFD-BWR code were compared with the observed two-phase flow topologies. As the 
code calculates detailed 3-dimensional local flow topologies, the comparison with experimental flow 
regime observations requires the aggregation of calculated local topologies. The correspondence between 
the local flow topologies and traditional 1-dimensional channel flow regimes is discussed.

The integral validation efforts have focused on the analysis of the NUPEC BWR Full-Size Assembly 
Boiling Test (BFBT) [6] within the framework of the OECD/NRC benchmark exercise. A goal of the 
BFBT benchmark exercise is the calculation of the detailed 2-dimensional void distribution in a plane 
located 5 cm above the heated region of a BWR fuel assembly. The corresponding data was measured in 
the BFBT experiment using X-ray tomography for a BWR fuel assembly under typical operating 
conditions. Results of recent BFBT experiment simulations [7] will be reviewed together with a 
discussion of future two-phase flow model development and validation plans.  
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Extended Abstract 

Numerical modeling of practical problems is constrained by two major considerations: 
 Often the governing equations are not completely known, or include processes only 

poorly understood, and 
 Frequently the range of scales is so large that even when the governing equations are 

known it is not practical to resolve all time and length scales fully. 
This does not, of course, eliminate modeling as a viable prediction tool. Equations for the average 
large-scale behavior of systems ranging from turbulence in pipes to the evolution of the climate 
are routinely solved and used to predict industrial and natural processes. To account for unknown 
processes and unresolved behavior we resort to phenomenological modeling. For unknown 
physics, experimental correlations of observable quantities substitute for our lack of 
understanding of the underlying processes. For unresolved but known physics, such as the 
unsteady motion in turbulent flows, direct numerical simulations are increasingly providing an 
alternative to experimental measurements. DNS of turbulence go back over a quarter century and 
in the last decade and a half, DNS of multiphase flows have become increasingly common. The 
availability of DNS results where every flow variable is available for realistic—although small—
systems, is already changing how we obtain closure for the average descriptions.  

Here we review recent progress for multiphase flow and discuss a couple of examples 
where DNS has lead to a much-improved understanding. It has been well known for some time 
that the injection of a relatively small amount of bubbles into a turbulent boundary layer can 
result in a significant drag reduction. DNS results have shown that slightly deformable bubbles 
can lead to reduction of the wall drag by sliding over stream wise vortices and forcing them 
toward the wall, where they are cancelled by the wall bound vorticity of the opposite sign. 
Spherical bubbles, on the other hand, often reach into the viscous sublayer where they are slowed 
down and lead to an increase in drag. This was a particularly successful study and demonstrated 
powerfully the ability of DNS to explain very subtle effects that could probably not be understood 
in any other way. Experiments in Delft have confirmed the computational predictions. In another 
study of nearly spherical buoyant bubbles in vertical channels, DNS have provided insight that 
allowed many aspects of the problem to be predicted analytically. The result showed that for 
nearly spherical bubbles the lateral migration of the bubbles due to lift results in two regions: A 
core where the void fraction is such that the weight of the liquid/bubble mixture balances the 
imposed pressure gradient (and the velocity is therefore constant) and a wall-layer that is free of 
bubbles for downflow and bubble-rich for upflow. The void fraction can be determined 
analytically for both up and downflow and the velocity profile can be computed analytically for 
downflow. Both of these studies suggested that our current models for bubbles near walls are 
inadequate and need to be updated to incorporate what we now know. 

Although most progress has been made for relatively simple flows of bubbles, drops, and 
particles, new methods are rapidly being developed for more complex flows such as those 
including boiling, mass transfer and chemical reactions, electric fields, and flow regime 
transitions. We review the status of such methods, results already obtained, and what can be 
expected in the near future. 
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A COUPLED CFD FINITE ELEMENT ANALYSIS METHODOLOGY IN A 
BIFURCATION PIPE IN A NUCLEAR PLANT HEAT EXCHANGER 

J. A. Dixon, A. Guijarro Valencia, P. Ireland, R. Webster 
Rolls-Royce plc, Derby, UK 

P. Ridland 
Rolls-Royce plc, Bristol, UK 

Extended abstract 

The accurate calculation of temperature distribution in key parts of a nuclear plant plays a 
crucial role in maximising the power output and the plant efficiency, whilst ensuring safe 
operation. The need of making the most profitable use of the available sources of energy to 
keep competitive in the energy business forces the companies to look for configurations 
that may compromise the safety of the components. It was found that increasing the power 
output in a nuclear plant may reduce the life of the welds in the pipes of a heat exchanger 
operating in very adverse conditions. Rolls-Royce was requested to come up with a 
suitable solution that protected the pipe welds to fail and allow this increase in power 
output. Part of the design process was an exhaustive thermal analysis of the installation. 
Traditionally, in the industrial world and in Rolls-Royce in particular, fluid and solid 
simulations are conducted separately or using conjugate analysis. The first and more 
common method relies on the application of boundary conditions applied to the wall 
surface which are commonly based on heat transfer coefficient correlations or approximate 
read across of the CFD results. Alternatively, in very specific applications, conjugate 
calculations are conducted, but the computational cost and meshing difficulties to match 
both grids making them unaffordable in terms of computational cost and analyst time. This 
paper presents the application of an alternative method to this standard approach, using a 
communication library between an in-house finite element (FE) code SC03 and the 
commercial computational fluid dynamics (CFD) code Fluent. The program couples the 
fluid and solid extracting the heat fluxes from the CFD and gives them to the FE code, 
which works out the metal temperature distribution to feed back iteratively the CFD code 
as wall temperatures. This paper describes the application of the method to a bifurcation 
pipe in a heat exchanger in a nuclear installation as well as to the proposed solution. The 
tube is surrounded by CO2 at high temperature and contains superheated steam at lower 
temperature. Both fluid domains were meshed using unstructured numerical grids 
consisted of nearly three million elements including a prismatic o-grid of about ten layers. 
The standard k- turbulence model with enhanced wall functions was used. The finite 
element model grid consists of around fifty thousand cells and was solved using the Rolls-
Royce in-house software SC03. The models were run in “stand alone” mode using the 
traditional method and were afterwards coupled providing a more accurate temperature 
distribution. The method has been validated using test data from a Perspex model, where 
heat transfer coefficients were measured using a liquid crystal technique. A description of 
the test facility is also included in this paper together with the validation results. 
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INTERPRETING THERMOCOUPLE READING IN FUEL ASSEMBLY HEAD - A CFD 
STUDY ON COOLANT MIXING 

Karoliina Myllymäki, Timo Toppila, Tellervo Brandt 

Fortum Nuclear Services Ltd, P.O.B. 100, FI-00048 Fortum, Finland 

Extended Abstract 

In VVER-440 type pressurized water reactors, the coolant temperature at the outlet of a 
fuel assembly is monitored by using thermocouples placed above the fuel assembly head. In the 
Loviisa nuclear power plant (NPP), operated by Fortum in Finland, the thermocouple readings are 
used in the evaluation of the fuel assembly power. The assembly power is needed as an input in 
the reactor core monitoring system, RESU. The purpose is to assure that the reactor core is 
operated within the safety limitations. The correct interpretation of the thermocouple readings is 
therefore important in the sense of reactor safety. However, since the coolant is not perfectly 
mixed in the assembly head, the thermocouple reading might differ from the real average 
temperature of the coolant flow of the assembly. 
 In this article, computational fluid dynamics (CFD) analysis of the assembly head is 
conducted in order to study the mixing of the coolant. CFD studies on coolant mixing have been 
performed earlier in Fortum Nuclear Services Ltd. However, since the computational methods 
and simulation capacity have developed greatly during the past decade, the fuel assembly model 
is now updated to meet modern standards. A new case to be studied is the second generation fuel 
assembly, containing burnable poison (Gd), which was recently taken into use at Loviisa NPP. 
 The case is calculated using the ANSYS FLUENT 12.0 CFD solver. Following The Best 
Practice Guidelines, the model's sensitivity to boundary conditions, turbulence models and grid 
resolution is assessed. The model includes about 10x106 - 15x106 cells, thus improving the grid 
resolution by a factor of 10 compared to the earlier assembly head model used in Fortum Nuclear 
Services Ltd. The grid contains mostly hexahedral cells except for areas where the complicity of
the geometry requires the use of tetrahedral cells. Different grid resolutions are tested to insure a 
grid independent solution. Some target values are monitored during the simulations. Special 
attention is paid to the nodalization near solid walls. The flow is single-phased and turbulent. The 
case is simulated using steady-state Reynolds Averaged Navier-Stokes (RANS) calculation and 
the pressure-based solver. For turbulence modeling, FLUENT's standard κ-ε turbulence model 
with standard wall functions is used. In order to test the effect of turbulence modeling, other 
turbulence models such as the κ-ω model are applied as well. The model's sensitivity to boundary 
conditions is tested by varying inlet parameters. The inlet values can be defined either by using a 
previously developed CFD model of the fuel bundle or by using traditional subchannel analysis 
codes.  
 The CFD analysis will provide information on the coolant mixing in the assembly head.  
By dividing the inlet into smaller areas and applying passive tracers in the flow, it is possible to 
determine the effect of each sub-inlet on the thermocouple reading. The advantage of using 
tracers is that the heat equation does not need to be resolved. Another approach is to fully resolve 
the heat transfer and monitor the temperature, in which case the thermocouple reading can be 
determined directly from the results. Both of these approaches will be tested for the assembly 
head model. Finally, a thermocouple enthalpy rise form factor in the form of a scalar is 
determined for each fuel design and different pin power distribution. The enthalpy rise form 
factor can then be implemented in the RESU system, thus allowing the thermocouple readings to 
be interpreted into correct assembly power values. 



131

EFFECTIVE APPROACHES TO SIMULATION OF THERMAL STRATIFICATION AND MIXING IN A 
PRESSURE SUPPRESSION POOL 

Hua Li, Pavel Kudinov 

Division of Nuclear Power Safety, Royal Institute of Technology (KTH), 
Roslagstullsbacken 21, D5, Stockholm, Sweden 106 91 

pavel@safety.sci.kth.se 

The work presented pertains to a research program whose objective is to evaluate and eventually improve 
performance of methods, which are used to analyze thermal-hydraulics of steam suppression pools in a BWR plant 
under different abnormal transient and accident conditions. Being a passive safety system, the pressure suppression 
function is paramount to the containment behavior, and ultimately on the plant safety. Numerous studies, both 
experimental and computational, were conducted in the past to support the development and validation of models 
and computer codes for simulation of processes in the suppression pool. Notably, the past studies focused on the 
pool performance under limiting transients and accidents as needed for the design basis.  

In the present paper, our attention is placed on apparently-benign but intricate and potentially risk-significant 
scenarios in which thermal stratification could significantly impede the pool’s pressure suppression capacity. 
Knowledge and data base on such scenarios are built upon phenomena observed in several key experiments, 
including recent works on PUMA facility at Purdue University (USA) and on POOLEX facility at Lappeenranta 
University of Technology (Finland). Specifically, for small flow rates of steam influx, the steam condenses rapidly 
in the pool; the hot condensate then rises in a narrow plume above steam injection plane and spreads into a thin 
layer at the pool’s free surface. Accurate prediction of the pool thermal-hydraulics in such scenarios presents a 
computational challenge. On the one hand, we show that lumped-parameter models (used to successfully describe 
mixing processes in the suppression pool in other regimes) fail to provide consistent description of thermal 
stratification.  On the other hand, high-order-accurate CFD (RANS, LES) methods are not practical due to excessive 
computing power needed to calculate 3D high-Rayleigh-number natural circulation flow in long transients.    

In the present work we pursue the middle ground, namely a coarse-grained method. The objective is to enable 
reasonably-accurate and yet computationally affordable simulations of thermal stratification transients in the 
prototypic suppression pools. Toward this objective, we employ a general-purpose thermal-hydraulic code named 
GOTHIC, using its distributed-parameter, CFD-like option as computational vehicle and implementing constitutive 
models to recover the sub-grid-scale interactions. We show that the key to success is the development and 
validation of the subgrid-scale models which effectively describe complex physics of thermal fluids in the narrow 
plumes and thin free-surface layers. For the purpose of basic understanding and model development, we apply a 
two-pronged approach. As top-down, the GOTHIC CFD-like option is used to simulate POOLEX experiments,      
(a) to quantify errors due to GOTHIC’s physical models and numerical schemes, and (b) to advise on the best-fitting 
analytical form of the subgrid scale models. As bottom-up, we analyze available models which describe steam 
injection into a water pool to parameterize the subgrid scale models. In the paper, we discuss status of the task, 
remaining issues and pathway to resolve them. In particular, we discuss the scaling, procedure and instrumentation 
of the POOLEX and subsequent PPOOLEX experiments that would most benefit the model development and 
validation.
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A SYNERGISTIC USE OF CFD, EXPERIMENTS AND EFFECTIVE CONVECTIVITY 

MODEL TO REDUCE UNCERTAINTY IN BWR SEVERE ACCIDENT ANALYSIS 

Chi-Thanh TRAN a, Pavel KUDINOV b

a Institute of Energy, 6 Ton That Tung, Dong Da, Hanoi, Vietnam 
b Royal Institute of Technology, Roslagstullsbacken 21, SE-10691, Stockholm, Sweden 

E-mails: thanh@safety.sci.kth.se; pavel@safety.sci.kth.se

In a previous work [1] we presented an analysis approach (Figure 1) developed to effectively and 
accurately assess thermal loads on vessel and structures in a Boiling Water Reactor (BWR) lower 
head during a severe accident. Central to the assessment is the Effective Convectivity Model (ECM) 
[2] that makes use of experimental heat transfer correlations to capture the effect of turbulent natural 
convection in a volumetrically heated liquid pool, while retaining the pool three-dimensional energy 
splitting and ability to represent local heat transfer effects. Thanking to its features, the ECM is 
unique in enabling calculations of complex heat transfer phenomena during long severe accident 
transients [3] that would not be otherwise feasible using higher-fidelity methods such as 
Computational Fluid Dynamics (CFD). Efficiency notwithstanding, the natural questions are: (i) how 
good are those ECM-calculated results, and, (ii) if required, what can be done (with the highest 
return-on-investment) to improve the quality of ECM prediction results. The approach embodied in 
Figure 1 refers to experiments and CFD simulations as the main resources to address (i) and (ii).  
However, validation of ECM against simulant-fluid experiments by itself does not reveal deficiencies 
(due to non-prototypicality factors). 
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Figure 1: A framework for development, validation and application of analysis methods for core melt 
pool heat transfer in a BWR lower head [1]. 
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In the present work we focus on the use of CFD-based numerical “experiments” to identify and 
quantify source of epistemic uncertainty in the calculated thermal loads due to modeling assumptions 
in ECM. Specifically, heat transfer correlations that underlie the ECM are obtained as surface-
averaged (even though implemented as spatially distributed) and derived from experiments
conducted at different geometries and using fluids that are not reactor prototypical (molten corium in 
the present case of severe accident). The CFD simulations exhibit so-called fluid Prandtl number 
effect on local peaking of the pool’s downward heat flux for corium as working fluid. The main 
premise is a synergistic use of a fast-running model (ECM), simulant-fluid experiments and high-
fidelity computational fluid dynamics (CFD) simulations to effectively address uncertainty in the 
prediction of a safety-significant parameter (thermal loads on reactor vessel and internal structures in 
the lower plenum). 

 The paper illustrates the use of CFD simulations to reduce uncertainty in prediction of thermal 
loadings from a molten corium pool in the presence of Control Rod Guide Tube (CRGT) cooling in 
the lower head of a BWR.  
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SIMULATION OF TWO-PHASE FLOW ACROSS A TUBE BUNDLE WITH NEPTUNE_CFD 
CODE 

D. Soussan, S. Pascal Ribot, M. Grandotto 
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CEA Cadarache, 13108 St Paul-lez-Durance, France 

Abstract 

Nowadays, the life time extension of a Pressurized Water Reactor (PWR) steam generator (SG) is a 
world-wide concern, jeopardized by several factors, among which tube wear due to flow induced 
vibrations. Therefore, increasing accuracy in understanding and predicting two-phase flows across the 
tube bundle is required. Nonetheless, due to the device complexity (around 6000 tubes), industrial 
computational tools are based on porous medium concept, which means solid obstacles are 
homogenized inside a homogenization cell. Consequently, studies describe the flow in the sub-channel 
scale, and predictive models are either founded on two-fluid approach (balance equations for both 
phase) or homogeneous model (mixture balance equations). However, current trend turns towards 
CFD tools in order to get more local and thus more accurate informations. Besides, numerical 
resulting data are expectedly more appropriate with usual local measurements as multi-sensor probes 
provide with. Our first attempt concerns with a bubbly two-phase mixture upflowing across a square 
rod bundle (1.44 pitch to diameter, non boiling). Comparisons between experiment and simulation are 
based on void fraction, bubble velocity and bubble mean diameter. Experimentally, void fraction and 
interfacial velocity inside a central sub-channel are measured by bi-optical probes . Numerical 
simulation is performed with the Neptune$\_$CFD code. Moreover, in order to assess the information 
feedback from CFD analysis to industrial softwares, an analysis of predicted kinematic disequilibrium 
at both scales, sub-channel scale (computed with homogeneous model) and local scale (computed with 
two-fluid model), is proposed. 
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ABSTRACT 

A large amount of steam and Hydrogen gas is expected to be released within the dry containment of a 
pressurized water reactor (PWR), after the hypothetical beginning of a severe accident leading to the 
melting of the core. The accurate modeling of gas distribution in a PWR containment concerns 
phenomena such as wall condensation, hydrogen accumulation, gas stratification and transport in the 
different compartments of the containment. The paper presents numerical assessments of CFD solvers 
NEPTUNE_CFD [ref.1-3] and Code_Saturne [ref.4], and is focused on the analysis and the 
understanding of gas stratification and transport phenomena. NEPTUNE_CFD is dedicated to the 
simulation of incompressible and compressible multi-component/multi-phase flows, whereas 
Code_Saturne is dedicated to homogeneous incompressible or low Mach number compressible flows, 
with only one momentum equation representing the mixture of gases, liquid and particles. 
NEPTUNE_CFD is mainly used for nuclear engineering, whereas Code_Saturne is used either for 
nuclear and fossil energy engineering, and for environment (geophysical flows). The NEPTUNE_CFD 
code is developed within the framework of the NEPTUNE project, financially supported by CEA 
(Commissariat à l'Énergie Atomique), EDF, IRSN (Institut de Radioprotection et de Sûreté Nucléaire) 
and AREVA-NP. 
Both codes are validated and compared with experimental data corresponding to the test 25 of the 
PANDA experiment. This test concerns the distribution of mixture of gases (Helium as a simulant of 
hydrogen and condensing steam) in air over two vertical and cylindrical vessels, interconnected by a 
horizontal and cylindrical pipe. The overall dimensions of the experiment (Diameter~4 m, Height8 m, 
Volume of the 2 vessels~180 m3) are not yet representative of the true scale of the reactors, but they 
already provide valuable information when compared to smaller scales (as experience 
TOSQAN~7m3). The computational results with Code_Saturne and NEPTUNE_CFD compare fairly 
well with other computational results obtained with Gothic and Gasflow codes. The formation of high 
concentration helium layers in the two vessels is very well predicted, as well as the earlier arrival of 
helium with respect to steam at the vent. The analysis of the different fields (velocity, concentrations, 
density, mechanical pressure) and their comparisons with experimental data permit to explain the 
observed stratifications and to understand the formation of the complex flow structures. Mesh 
sensitivity studies comprising structured mesh (hexahedra) or unstructured mesh (tetrahedron) are 
systematically performed. It remains yet work for the analysis and the comparison of the numerical 
results with the rich PANDA database (concentrations, temperature, velocities). 
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5-9, 2003. 
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[Ref. 3] Mimouni S., et al., CFD Modelling of wall steam condensation by a two-phase flow approach, 
NURETH-13 13th International Topical Meeting on Nuclear Reactor Thermal-Hydraulics.

[Ref.4] Theoretical manual of Code_Saturne available on line upon http://www.code_saturne.org
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PTS Prediction using CMFD code TransAT: 
The COSI Test Case

M. Labois, C. Narayanan, D. Lakehal
ASCOMP GmbH, Switzerland

In Pressurized Thermal Shock (PTS) scenarios, violent flow variations are expected subsequent to the injection of 
coolant water in the cold leg, flowing towards the downcomer. Among the various modeling issues that have been 
under study in Europe (e.g. NURESIM and NURISP Projects) and elsewhere, the interfacial heat and mass transfer 
problem constitutes a challenging one by its own. Now since DNS of interfacial heat and mass transfer is still (if 
ever) not feasible for flows of this scale, resort should be made to interfacial modeling based on correlations. These 
are numerous and well documented in the literature, and are based either on experiments, or more recently, on 
DNS. One of which is the so-called ‘Surface Divergence SD’ model, which has been found to fit real DNS data [1] 
is now being used in two-phase flow solvers, either based on two-fluid formulation [2] or interface tracking 
techniques  [3]. Our recent applied studies have revealed though that the original model [1] based on low-Re DNS 
returns better results when slightly modified to account for high-Re number flow conditions – or high-Re flow 
regions in the same flow, in the same spirit of Theophanous’ scale-separation approach proposed in the 70’s. 

The computation of PTS scenarios is now within reach of the averaged two-fluid formulation, as shown by Yao 
[4]. Other recent attempts by the CEA group using the NEPTUNE-CFD code developed within the NURESIM 
project have been lately reported in several conferences. The question addressed by the present contribution is 
whether this class of flow is within reach of Interface Tracking Methods (ITM), including Level Sets or VOF. A 
simplified version of this flow for the COSI test case was presented during CFD4NRS-2 [5], though without 
comparison with the data, which were not available at that time. The present contribution reports new longer time-
averaged results obtained using a more refined grid then used hitherto (Fig. 1). Apart from the algorithmic side, the 
model employed includes a new condensation heat transfer model that has been validated for a stratified, steam-
liquid flow. On the turbulence front, use was made of the Very Large-Eddy simulation (V-LES) approach, a sort of 
blending between URANS and LES, better suited for high Re flows, which are still beyond reach of ‘pure’ LES. 

The model validation has been performed by reference to Lim et al.’s experiment [6] of a Steam-Water co-
current STratified flow (SWST) evolving in a rectangular channel. The free surface could be either smooth or wavy, 
or in a transitional regime in the channel, based on the imposed shear. The axial decrease of the steam rate is
controlled by condensation. The simulations were conducted using the TransAT CMFD code of ASCOMP [7]. First 
results show that already with our original SD model variant, the results obtained using an interface tracking 
scheme (level set) are better than with the two-fluid approach [2]. Further, the modification of the model led to the 
results displayed in Fig. 2, showing a perfect agreement with the data, for three different inflow conditions (variable 
frictional speeds and turbulent kinetic energy values). 

Figure 1: Interface deformations at the injection coloured by temperature  
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Fig. 2. Steam mass-flow rate decrease along the channel; Exp. vs. TransAT
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COMMITTEE ON THE SAFETY OF NUCLEAR INSTALLATION 

 

 “The Committee on the Safety of Nuclear Installations (CSNI) shall be responsible for the 
activities of the Agency that support maintaining and advancing the scientific and technical knowledge 
base of the safety of nuclear installations, with the aim of implementing the NEA Strategic Plan for 2011-
2016 and the Joint CSNI/CNRA Strategic Plan and Mandates for 2011-2016 in its field of competence.  

 The Committee shall constitute a forum for the exchange of technical information and for 
collaboration between organisations, which can contribute, from their respective backgrounds in research, 
development and engineering, to its activities. It shall have regard to the exchange of information between 
member countries and safety R&D programmes of various sizes in order to keep all member countries 
involved in and abreast of developments in technical safety matters. 

 The Committee shall review the state of knowledge on important topics of nuclear safety science 
and techniques and of safety assessments, and ensure that operating experience is appropriately accounted 
for in its activities. It shall initiate and conduct programmes identified by these reviews and assessments in 
order to overcome discrepancies, develop improvements and reach consensus on technical issues of 
common interest. It shall promote the co-ordination of work in different member countries that serve to 
maintain and enhance competence in nuclear safety matters, including the establishment of joint 
undertakings, and shall assist in the feedback of the results to participating organisations. The Committee 
shall ensure that valuable end-products of the technical reviews and analyses are produced and available to 
members in a timely manner.  

 The Committee shall focus primarily on the safety aspects of existing power reactors, other 
nuclear installations and the construction of new power reactors; it shall also consider the safety 
implications of scientific and technical developments of future reactor designs.  

 The Committee shall organise its own activities. Furthermore, it shall examine any other matters 
referred to it by the Steering Committee. It may sponsor specialist meetings and technical working groups 
to further its objectives. In implementing its programme the Committee shall establish co-operative 
mechanisms with the Committee on Nuclear Regulatory Activities in order to work with that Committee 
on matters of common interest, avoiding unnecessary duplications.  

 The Committee shall also co-operate with the Committee on Radiation Protection and Public 
Health, the Radioactive Waste Management Committee, the Committee for Technical and Economic 
Studies on Nuclear Energy Development and the Fuel Cycle and the Nuclear Science Committee on 
matters of common interest.” 
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EXECUTIVE SUMMARY 

 
Background 
 
Computational methods have been used in the safety analysis of nuclear reactor systems for more than 
thirty years. During this time, reliable codes have been developed for analysing the primary system and the 
secondary system response, and similar programmes have also been written for containment and severe 
accident analyses. These codes are written as networks of 1-D or even 0-D cells. It is evident, however, 
that the flow in many reactor primary components is essentially 3-D in nature, as e.g., in natural 
circulation, and mixing and stratification in containments. Computational Fluid Dynamics (CFD) has the 
potential to treat flows of this type, and to handle geometries of almost arbitrary complexity. Hence, CFD 
is expected to feature more frequently in reactor thermal-hydraulics in the future as over the last decade, 
three-dimensional CFD codes have been increasingly used to predict steady-state and transient flows in 
nuclear reactor safety (NRS) applications.  The reason for the increased use of multidimensional CFD 
methods is not only the increased availability of capable computer systems but also the ongoing drive to 
improve and reduce uncertainty in our predictions of important phenomena, e.g., pressurized thermal 
shock, boron mixing, and thermal striping and to address new design features such as advanced 
accumulators and helical steam generators. 
 
However, while traditional approaches to Nuclear Reactor Safety (NRS) analysis, using system codes for 
example, have been successful because a large database of mass, momentum and energy exchange 
correlations (from essentially 1-D special effect experiments) has been built to them, analogous data for 3-
D flows is very sparse in comparison, making CFD codes for 3-D NRS applications limited. As a matter of 
fact, the main difficulty is that industrial-type CFD is highly non-linear, and resolution of flow structures 
spanning a wide range of scales (e.g. boundary and free-shear layers, vertical structures, zones of 
recirculation, etc.) is required.  CFD codes contain empirical models for simulating turbulence, heat 
transfer, multiphase flows, and chemical reactions. Such models should be validated before they can be 
used with sufficient confidence in NRS applications. The necessary validation is performed by comparing 
model results against trustworthy data. A reliable model assessment requires CFD simulations with control 
of numerical errors to avoid erroneous conclusions being drawn concerning the performance of the 
physical models employed in the simulation. In addition, despite the increased availability of capable 
computer systems, challenges abound when one is faced with a requirement to simulate a full-scale reactor 
scenario. 
 
Although reactor system code models will still play a key role in the future for full transient analyses, there 
will be critical safety issues requiring the resolution provided by advanced three dimensional CFD codes.  
With proposed design features, CFD will play an ever increasing role in the safety analysis of future 
reactor designs.  Currently, some safety authorities (e.g., NRC) and industry have started utilizing CFD 
codes for a better estimation of uncertainties and to improve the basis for regulatory and design decisions. 
 
It is therefore important that the nuclear community (research and safety authorities as well as the industry) 
spend time and resources to validate and demonstrate the applicability of CFD codes for various reactor 
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safety issues.  The mixing-T benchmark exercise presented in this workshop is a good example of these 
efforts. 
 
All these issues have prompted an Organization for Economic Cooperation and Development/Nuclear 
Energy Agency (OECD/NEA) initiative to form writing groups of experts with the specific task of 
assessing the maturity of CFD codes for NRS applications and to establish a database and best practice 
guidelines for their validation and use. The CFD4NRS-3 Workshop is a development from these activities, 
and follows the two previous CFD4NRS workshops held in Garching, Germany (Sept. 2006) and 
Grenoble, France (Sept. 2008).  
 
Scope 
 
The purpose of the workshop was to provide a forum for numerical analysts and experimentalists to 
exchange information in the field of NRS-related activities relevant to CFD validation, with the objective 
of providing input to WGAMA CFD experts to create a practical, state-of-the-art, web-based assessment 
matrix on the use of CFD for NRS applications. The workshop included single-phase and multiphase CFD 
applications as well as new experimental techniques, including the following: 
 
• Single-phase and two-phase CFD simulations with an emphasis on validation were sought in areas 

such as boiling flows, free-surface flows, direct contact condensation, and turbulent mixing. These 
should relate to NRS-relevant issues such as pressurized thermal shock, critical heat flux, pool heat 
exchangers, boron dilution, hydrogen distribution, and thermal striping. The use of systematic error 
quantification and Best Practice Guidelines (BPGs) was encouraged. 

 
• Experiments providing data suitable for CFD validation—specifically in the area of NRS—including 

local measurement devices such as multi-sensor optical or electrical probes, Laser Doppler 
Velocimetry (LDV), hot-film/wire anemometry, Particle Image Velocimetry (PIV), Laser-Induced 
Fluorescence (LIF), and other innovative techniques. It was strongly recommended that the papers 
include a discussion of measurement uncertainties. 
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Conclusions and Recommendations 
 
There were over 200 registered participants at the CFD4NRS-3 workshop. The program consisted of about 
75 technical papers. Of these, 57 were oral presentations and 19 were posters. An additional 20 posters 
related to the OECD/NEA–sponsored CFD benchmark exercise on thermal fatigue in a T-Junction were 
presented. In addition, five keynote lectures were given by distinguished experts.  
 
This is about a 30% increase with respect to the previous XCFD4NRS workshop held in Grenoble in 2008, 
and a 70% increase compared to the first CFD4NRS workshop held in Garching in 2006. This confirms 
that there is a real and growing need for such workshops.  
 
The papers presented in the conference tackled different topics related to nuclear reactor safety issues. The 
conference consisted of 14 technical sessions. Among the topics included were containment, advanced 
reactors, multiphase flows, flow in a rod bundle, fire analysis, flows in dry casks, thermal analysis, mixing 
flows and pressurized thermal shock (PTS). About 1/3 of the papers were concerned with two-phase flow 
issues and the rest were devoted to single-phase CFD validation.  
 
South Korea is a candidate to host a follow-up meeting scheduled in 2012, organized by KAERI. KAERI 
also volunteered to sponsor and organize the second OECD/NEA CFD benchmark exercise.  In the closure 
meeting after the panel session discussion, the representative from the Paul Scherrer Institut (PSI) proposed 
to host a future workshop scheduled for 2014, and to organize and sponsor the third OECD/NEA 
benchmark exercise based on a stratification experiment in the PANDA facility at PSI. The great majority 
of participants were interested in attending a follow-up workshop within two years. 
 
Comments were made during the panel session on the content of CFD4NRS-3.  Two of the comments are 
that experiments can provide insight into the physics, and that CFD is now an accepted analysis tool, 
though it is very important to follow BPGs. There was a consensus on the need to maintain the high quality 
of the papers. The promotion of international benchmarking exercises for CFD was strongly encouraged. 
Another comment suggested that such workshops should be a forum to discuss novel approaches, but that 
one must also keep in mind that the end users are people from the nuclear safety community. The 
CFD4NRS, XCFD4NRS and CFD4NRS-3 workshops have proved to be very valuable means to assess the 
status of CFD code capabilities and validation, to exchange experiences in CFD code applications, and to 
monitor future progress. 
 
There was again an offer to publish selected papers from the workshop in a special issue of the Nuclear 
Engineering and Design (NED) journal. It was also mentioned that the special issue devoted to CFD4NRS 
and XCFD4NRS received a very high number of visits on the journal website and a large number of papers 
were subsequently downloaded. Session chairmen will make a selection of papers to be submitted to the 
NED Journal. It is anticipated that the special issue of NED dedicated to CFD4NRS-3 will appear early in 
2012. 
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The following additional comments were made: 
 
• Collaboration between academia and industry is occurring and producing valuable results. 

 
• It is useful to keep a view of the physics when interpreting the adequacy of CFD predictions. 

 
• Challenges abound when one is faced with a requirement to simulate a full-scale reactor scenario, 

because there is often little relevant experimental data, there is often uncertainty in the boundary 
conditions, and that the need for grid sensitivity studies must be balanced against computational 
resources. 
 

• When applying CFD to real problems, one should never lose sight of the overall picture in order to 
guide the decision-making in respect to the details of the CFD modelling approach. 
 

• Current capabilities of two-phase measurement techniques are still too limited for CFD validation.  
Further efforts are required to develop more advanced techniques, such as X-ray PIV, and international 
cooperation is necessary to support the high cost of model development. 
 

• Many CFD codes are commercial in origin and do not offer full transparency in respect to access to 
source code, which may be a problem from a regulatory point of view. 
 

• Application of CFD to NRS issues requires that code uncertainties be determined, as they are now for 
system codes. 

The participants made the following recommendations: 
 
• One should keep a close link between people developing experimental techniques and performing 

validation experiments, and the people developing CFD models and codes. 
 

• There is still limited use of BPGs in many applications, and often there is use of only one 
computational grid, sometimes even with first-order spatial discretization. This clearly limits 
understanding, since the physical and numerical errors are still superimposed. 
 

• Best Practice Guidelines should still be promoted, which requires that they are further developed and 
made more application-specific.  For two-phase CFD, the establishment of guidelines on the choice of 
the physical models depending on the phenomena being investigated has to be considered as a long-
term activity. 
 

• The papers indicated a consideration of CFD best practice guidelines, but their use is not documented 
in a systematic way by the authors. 
 

• The presentations in the workshop demonstrated virtually universal awareness and attention to BPGs, 
but with varied success in practical implementation. 
 



 NEA/CSNI/R(2011)14 

 9

• A good application of CFD doesn’t necessarily provide “margin”, but helps to understand its physical 
justification when such margin exists. 
 

• Experimental techniques should be further developed to provide CFD-grade data for validating CFD 
models, including estimates of measurement uncertainties. 
 

• It appears that CFD is now state-of-the-art for computing adiabatic bubbly flows, and that the 
implementation of heat and mass transfer models for boiling and condensation has begun. One can also 
expect advancements in the use of CFD to study boiling and condensation at a fundamental level in the 
near future. 
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TECHNICAL SESSION SUMMARIES 

 
Session 1: Advanced Reactors (1) (Session Co-Chairs: Y. Hassan and V. Mousseau) 
 
The first talk concerned CFD modeling of the primary circuit of a lead-cooled fast reactor.  One of the 
modeling issues emphasized was the solidification of the lead coolant due to freezing.  The talk illuminated 
the competing goals of ensuring a mesh-converged solution and the importance of doing model sensitivity 
studies.  Mesh convergence is often the largest burden on the computer resources available.  The mesh-
converged runs can take weeks to complete.  Because of the long run time, and sensitivity studies are often 
impractical. 
 
The second talk was about validation of CFD for the lower plenum of a high temperature gas reactor.  This 
talk pointed out the difficulties of not having CFD people involved in the original design of the 
experiment.  Experimentalist and CFD people need to work together to ensure that the correct 
measurements are made at a quality level to make them appropriate for CFD validation.  One of the 
successes of this work was to measure mass flow rate by two independent techniques.  The hardest part of 
this work was addressing the computational cost of multi-time-scale transient simulations.  In a simulation 
that has important fast (i.e. high frequency) information as well as important slow (low frequency) 
information, the time step has to be chosen small enough to resolve the high-frequency physics and the 
transient has to be run long enough to resolve the low-frequency information.  This can cause prohibitive 
computer run times. 
 
The third talk discussed using CFD to produce a conservative estimate of the pressure drop in a steam 
generator of a lead-cooled fast reactor.  The approach here was to run the simulation with different 
turbulence models to find the one that resulted in the largest pressure drop.  This is in contrast to other 
work where CFD was employed in a best-estimate plus uncertainty mode. 
 
The fourth talk was on CFD modelling of the core of a sodium-cooled fast reactor with wire-wrapped fuel 
pins.  The talk emphasized that resolving the wire wrap on the fuel pins requires a prohibitively large 
mesh.  Therefore the mesh generation was a compromise between accuracy and acceptable computer cost.  
The validation of the CFD code was undertaken with 30 year old experimental data. 
Summarizing, the two points that came out in all of the talks were the large computational cost and the 
difficulty of finding good CFD validation data.  Although everyone wanted to get a mesh converged CFD 
solution, the complexity of nuclear reactor safety calculations often makes this impractical.  The result is 
that often “mesh converged” means the largest grid that can effectively be computed.  The second point 
was the difficulty in finding high quality CFD validation data for nuclear reactor safety applications.  In 
this field, experiments have been designed to validate system codes, and new experiments are needed with 
the fidelity to validate CFD codes. 
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Session 2: Containment (1) (Session Co-Chairs: Jay Sanyal and Sam Durbin) 

 
This session focused on the application of CFD in modelling severe accident scenarios in various reactor 
systems. There were four presentations in this session, three from academic/research organizations and one 
from a corporation. Overall, all the presentations had detailed descriptions of the problem at hand and were 
able to clearly articulate the need to use CFD as an important  predictive tool in mitigating catastrophic 
failures. The presentations also involved comparison and validation of CFD results through carefully 
constructed and published experimental data. Following are the details of the individual presentations. 
 
In the first, a custom subroutine was developed for CFX to model bulk condensation of steam, as an 
alternative to the default models in the code, which are significantly more computationally expensive. The 
CFD model was described in detail in the presentation and a discussion of the sensitivity analyses 
performed to obtain grid-independent results.  The presentation also included detailed error estimates for 
both the CFD and experimental data, and thus was able to clearly demonstrate the feasibility as well as the 
limitations of conducting complex two-phase simulations in a containment region. The CFD results were 
compared with well-known PANDA experiments, and the authors included best practice guidelines for the 
CFD simulations. As a point of criticism, the author should have included a more detailed description of 
the specific condensation model used and especially the justification for the choice of parameters. 

 
In the second presentation, the author presented a CFD simulation and validation data of spray injection 
using the GASFLOW FVM code (originally developed at LANL). The results were validated against EPR, 
MISTRA and TOSQAN spray model experiments. The author spent an inordinately long time describing 
the experimental set-up and not enough time describing the CFD model. Typically, spray-models are 
Euler/Lagrange and perhaps the author presumed that the audience was familiar with the particular 
numerical model used, though a more detailed and complete description of this should have been 
presented. Also, although the author presented a detailed comparison with experimental results, most of the 
plots included steady-state regions where there was no significant variation of the parameters of interest.  
Perhaps the author should have focused more closely on regions of rapid initial variation, and talked about 
discrepancies between predicted and observed results. Also, sprays are frequently characterized by break-
up and coalescence, and it was not clear from the presentation whether either one of these processes had 
been modeled or not.  

 
In the third presentation, the author presented a FLUENT Euler/Euler simulation with a custom 
condensation model in the containment of a BWR. The model was explained in detail with all equations 
and relevant assumptions clearly illustrated. The CFD results were compared with data from the 
PPOOLEX experimental facility. The authors ran a fully 3D transient, two phase simulation with multiple 
species in the gas phase. The authors also adhered to best practice guidelines for CFD calculations, 
especially in demonstrating grid-independent solutions. The comparisons to experiments were however 
qualitative in nature, which is possibly due to the fact that it is virtually impossible to obtain experimental 
data which is of the level of detail required for validating a CFD simulation in this context. Additionally, 
the authors used standard k-epsilon models for turbulence which are diffusive in nature and could explain 
some of the discrepancies in comparison to experimental observations. 
 
In the fourth presentation, the author presented a turbulence model to simulate turbulent mass transfer 
involving mixing of a stable stratified flow and a free jet.  The model is called the Turbulent Scalar Flux 
model. The model involved several adjustable parameters which are being currently investigated for 
stratification of a free jet. The model is similar in flavor to the RSM and is being validated against the 
THAI experiments. The challenge for the author would be to extend this model for multiphase flows which 
are most frequently observed in nuclear reactors. It seems the applicability of the model so far is limited to 
the specific cases it has been developed for, and it remains to be seen how it compares to other well-known 
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and tested models such as LES or RSM. The application seems so far to be an academic exercise. There 
was no application of best practice guidelines. 
 
Session 3 Boiling Flow (1) (Session Co-Chairs: Emilio Baglietto & Dirk Lucas) 
 
This session focused on multiphase application and Best Practice Guidelines (BPGs) as they apply to 
nuclear reactor safety.  The presentations and discussions were very valuable.  Among the four 
presentations, two works presented validation of two-fluid models, one work presented a different flavour 
of modelling interfacial area concentration in two-fluid modelling, and the last work presented an 
interesting summary of the WG3 document of the OECD-CSNI-GAMA activity aimed particularly at 
proposing a methodology to consistently select model options and possibly a standardized nomenclature 
for the assembled modelling methods. 
 
The first presentation was about modelling of turbulent transport term of inertial area concentration in gas-
liquid two-phase flow.  The second presentation dealt with application of two-phase CFD to nuclear 
reactor thermal hydraulics and elaboration of best practice guidelines.  The third presentation used CFD to 
predict condensation in boiling flow.  The fourth presentation was about validation of Neptune_CFD 10.8 
for adiabatic bubbly flow and boiling flow. 
 
One presenter has proposed a useful simulation tree to help verify the consistency of the assembled two-
phase model.  There is a large consensus on these recommendations and on the fact that one cannot 
randomly mix and match the various components.  At the same time, there seems to be general agreement 
that while the consistency is a necessary condition, it is not a sufficient one, and the adequacy or quality of 
the submodels is the critical node.  There are a wide variety of closure models available, and more coming 
(as one of the papers introduced), and clearly the greatest emphasis is presently being placed on testing 
these closures and learning their capabilities and limitations. One often refers to this testing as validation, 
but, for the example presented, work should probably be referred to as testing rather than validation.  There 
are attempts to adopt some BPGs, but still the format is not that of a rigorous validation procedure.  
 
It is agreed that in order to construct more general models, separate-effect tests are extremely useful.  
These tests are neither readily available nor simple to construct, and while we all wish to have better data 
we must learn how to best deal with the available data and possibly supplement them with first-principles 
numerical simulations. 
 
One interesting conclusion is that although we clearly have space for improving and generalizing the 
closure models, and hundreds of coefficients within them, the testing gives clear evidence that well 
assembled two-fluid models with sufficient physical representation show great potential and often results 
of very high quality. 
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Session 4: Bundle Flow (Session Co-Chairs: Walter Schwarz and Brian Smith) 

  
This session had four presentations focusing on different aspects of flows through a rod bundle.  The first 
was about experimental data from a 5x5 test section representative of a PWR bundle with mixing vanes.  
The second presentation dealt with experiments and CFD on a 5x5 test section with mixing vanes.  The 
third presentation used CFD to predict the flow behavior at the inlet nozzle of a 17x17 PWR rod bundle.  
The fourth presentation was a CFD study of wire-wrapped fuel elements in a sodium cooled reactor. 
 
Common points from the presentations were: 
 

• There is a need to model the geometry as precisely as possible to capture the details of the flow, 
and often simplification is difficult to justify. 
 

• There is interest in being able to predict the pressure drop through different parts of a fuel 
assembly. 
 

• There was a recognition and adherence to Best Practice Guidelines (BPGs) for CFD: 
 

o Variation of meshing to obtain mesh-independent solutions; 
 

o Variation of choice of turbulence models to capture the flow physics. 
 

The key take-away points from this session are: 
 

• Experiments can provide insight into the physics of the flow development in bundles; 
 

• CFD is now recognized as an accepted analysis tool; 
 

• Attention to geometric detail is important; 
 

• It is important to follow BPGs; 
 

• Most of the presentations reported work which utilized commercial CFD software, but one 
employed an in-house spectral element code. 

Session 5: Fire (Session Co-Chairs: John Mahaffy and Jason Dreisbach) 
 
The Fire session included three papers, ranging from a V&V application for a new, open source CFD code, 
to application of CFD to hydrogen explosion, and guidance for mesh size for fluid-structure interactions. 
All papers were well received.  
 
In the first presentation, an open-source CFD code called ISIS was used and validated using a ventilated 
compartment fire. The tiered approach to validation appears to pay off well as the code predicted the 
subject parameters within experimental error.  Questions from the audience focused on the mechanics of 
the code itself, and comparison with other codes used for similar purposes. 
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Some interesting thoughts to consider: 
Example validation was for one experiment. Are other comparisons as good? There was no quantitative 
measure of the accuracy of fit between experiment and prediction. Rather, classic qualitative validation 
judgment was used. More should be done to develop a quantitative measure of accuracy of code 
predictions. The code was developed as open source. Are others in the community using open source 
CFD?  Are others developing open source CFD? 
 
The second presentation was about CFD modeling of a hydrogen explosion test series that used a range of 
conditions and barriers. The goal was to evaluate the appropriate stand-off distance between hydrogen 
generating plant and nuclear power plant using CFD.  Based on the comparison between code and 
experiment, a modified reaction rate was proposed to more accurately represent the near-field pressure 
wave. Evaluation of far-field pressure dissipation was not discussed. 
The third presentation provided a novel idea for selecting maximum mesh sizes for CFD calculations. The 
particular CFD application was for hydrogen explosion effects on containment structures. The suggested 
approach for mesh size generation identified the need to couple the fluid and structural calculations. A 
theoretical evaluation yielded a mesh size dependence on the speed of sound in gas and structural response 
frequency. The concept is simple and would be appropriate for inclusion in Best Practice Guidelines. 
 
Session 6: Dry Cask (Session Co-Chairs: Jorge Solis and Chris Bajwa) 
 
This session included four papers discussing the application and validation of CFD codes for dry cask 
storage and transportation. 
 
The first paper dealt with methodology, and steps were developed to achieve validation of the Fluent CFD 
code against test results for one of Transnuclear’s high capacity storage systems.  The steps included the 
choice of meshing scheme, fixed vs. temperature dependent thermal properties, choice of turbulence 
modelling approach (including wall treatment), and the use of steady vs. transient mode modelling 
techniques to capture the turbulent nature of the flow and heat transfer.  The work was not original and did 
not attempt to use existing CFD Best Practice Guidelines.   
 
The second presentation was concerned with spent fuel transfer casks, including validation of the Fluent 
and StarCCM+ CFD codes for such applications.  These transfer casks are horizontal cylindrical steel 
enclosures with integral gamma and neutron radiation shields.  The studied geometry is a 5 cm annulus and 
a diameter of 2 m.  A wide range of spatial and temporal scales makes this problem challenging to solve 
using CFD.  Relevant experimental data at these scales are not available in the literature, but some recent 
modelling studies offer insights into numerical issues and solutions.  The geometries in these studies, and 
experimental data in the literature at smaller scales, all have large annular gaps that are not prototypic of 
the transfer cask neutron shield.  The work is original and the results in the paper can be used to provide 
input to the CFD BPGs for this application.  Due to the critical nature of the application, the argument is 
made for new experiments at representative scales. 
 
The third presentation was about pressure drop experimental measurements through two commercial fuel 
assemblies, including 17x17 PWR and 9x9 BWR bundles.  The assemblies were tested in the laminar 
regime with Reynolds numbers ranging from 10 to 1000, based on the average assembly velocity and 
hydraulic diameter.  Pressure-drop measurements were made across individual bundle spans and grid 
spacers in the mock fuel assemblies using high-sensitivity differential pressure gauges.  The work is 
original and these type of data can be used in validation for applications involving evaluation of the 
complete loss-of-coolant accident scenario in spent fuel pools as well as performance analysis of dry 
storage casks. 
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The fourth presentation dealt with CFD validation of the ventilated concrete storage cask VSC-17 system. 
In this application, the Fluent software was used.  Turbulence model sensitivity analyses was undertaken in 
this work.  The sensitivity involved the standard k-ε model, RNG k-ε model and the k-ω turbulence model.  
The turbulence model sensitivity study included also the effect of wall treatment model choice.  Sensitivity 
to boundary conditions was also examined. The work is not original, but the experimental data used is a 
good source for CFD validation. 

Session 7: Advanced Reactors (2) (Session Co-Chairs: Morii Tadashi and Jay Sanyal) 

 
This session focused exclusively on experimental validation of CFD modelling. Specifically, the authors 
emphasized building “bottom up” unit-level experiments that could be used to a) quantify errors leading up 
to the complete experimental set-up, and b) to provide a suitable basis for comparison with CFD models in 
terms of initial and boundary conditions. The authors proposed methods for systematically quantifying 
errors in both experiments and CFD calculations.  Although most of the results were for single phase-flow, 
and are valuable in their own right, it is somewhat baffling that none of the studies investigated multiphase 
flows, which are frequently observed in nuclear reactors. 
 
In the first presentation, the author presented an application of a general-purpose, three-dimensional FV 
code called FUEGO, developed at Sandia. The code was validated against experimental data on swirling 
jets and then applied to an LP plenum with multiple jet interactions and stationary structures. According to 
the author, about $50 million was spent in developing these capabilities, although it would appear that any 
commercial CFD code would be able to easily model the presented scenarios. Nevertheless, the author 
presented a rigorous way of validating CFD codes through carefully constructed experiments.  

 
In the second presentation, the author presented P-CFD, a consistent set of input that produces output data 
for which the uncertainty can be accurately characterized. Basically, this holds experimental results to the 
same level of scrutiny that computations are frequently subjected to, and also provides a consistent basis 
for comparison between the two. The essence of the method lies in devising unit-level, well-understood 
experimental cases that can be used to validate CFD results. The motivation behind this bottom-up 
approach is the need to be able to accurately quantify the errors associated with both experimentation and 
simulation. The author pointed out that experiments and numerical analyses complement each other, so 
there needs to be a high level of cooperation between them for a successful V & V process. 

 
In the third presentation, the author presented an Euler/Lagrangian simulation of particle deposition on 
arrays of spheres. The approach is not novel and based on standard Lagrangian particle tracking with 
stochastic dispersion. The author was presenting on behalf of a colleague and did not have access to all 
details of the simulation. The study was conducted for dilute particle loading and no attempt to include 
particle/particle interaction was made. The particles were considered to “stick” to walls upon impact. 
Although lacking in originality, the study did validate the flow and turbulence models for standard flow 
past spheres before adding particle dispersion to the simulations.  

 
In the fourth presentation, the author reiterated the need to formulate a consistent and systematic basis for 
validation of CFD much along the lines proposed by Jack Buchanan. He presented experimental results on 
flow past cylinder arrays and compared them to numerical data produced using different turbulence 
models, the Detached Eddy Simulation model performing the best. The essence of the talk was a detailed 
comparison of unsteady experimental data against CFD simulations which mirrored the exact boundary 
and initial conditions. 
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Session 8: Boiling Flow (2) (Session Co-chairs: Dominique Bestion and Dirk Lucas) 
 
All papers of this session fully complied with the scope of the workshop, and were relevant to nuclear 
reactor safety. 
 
The three first papers dealt with the validation of CFD models for boiling flow, including some sensitivity 
to the available closure options. All CFD applications used the RANS approach. Attention was focused on 
wall transfers, including wall heat partitioning and DNB criterion. Reasonable predictions of experimental 
data were obtained, but the experimental information was not sufficient to provide a separate-effect 
validation of every closure model. For this reason, deficiencies of the single closure models may 
compensate each other. A first attempt to predict DNB with CFD using a very simple local DNB criterion 
produced an accuracy of about 10% in a simple geometry for a rather large range of flow rate, pressure and 
diameter.  A more accurate and physically based criterion would need more experimental information on 
the local flow processes which are responsible for the DNB occurrence. The three papers give a good idea 
of the present state of the art in using CFD for boiling flow and DNB investigations. 
There was some application of BPGs reported in all three papers, in particular to check the independence 
of results to mesh size. 
 
The fourth paper presented advanced experimental techniques used in boiling flow up to DNB. This is 
exactly the type of experiment which may provide the information required to progress in the CFD 
modelling. These experiments were limited to pool boiling, and one can encourage further efforts to extend 
the investigations to convective boiling.  
 
One must keep in mind that RANS simulations are very far from direct simulations and many closure laws 
are required which need experimental data for  separate-effect validation. The future progress of the CFD 
RANS approach used for boiling flow will mainly depend on the new experimental data which will be 
made available. 

Session 9: Mixing Flow (1) (Session Co-Chairs: Walter Schwarz and John Mahaffy) 

 
This session had four presentations on flow mixing analyses.  These presentations included: 
 

• CFD of mixing in the lower plenum of a PWR, calculating mixing coefficients and flow 
distribution; 
 

• Modelling and analysis of direct steam condensation in an advanced PWR; 
 

• Experimental and CFD study of thermal stratification and mixing in a relatively simple geometry; 
• CFD of severe accident natural circulation flows, and the challenges involved. 

Common points from the presentations are as follows: 
 

• All presentations involved code validation and two of them extended the modeling to full-scale 
reactor scenarios; 
 

• All presentations included the effects of grid sensitivity studies and turbulence model sensitivity 
studies, or at least scrutinized or rationalized the choices based on previous work. 

The key take-away points from this session are: 
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• Good application of CFD doesn’t necessarily buy increased safety margin, but helps to understand 

it; 
 

• Collaboration between academia and industry is occurring and can produce valuable results; 
 

• It is useful to keep a view of the physics when interpreting the adequacy of CFD predictions; 
 

• Challenges abound in which one is faced with a requirement to simulate a full-scale reactor 
scenario, because there is often little relevant experimental data, and uncertainty in the boundary 
conditions and grid sensitivity study demands must be balanced against computational resources; 
 

• When applying CFD to real problems, one should never lose sight of the “big picture” in guiding 
decision-making in the details of your CFD modelling approach 

Session 10 Plant Applications (Session Co-Chairs: Emilio Baglietto & Yassin Hassan) 
 
This session included five presentations.  Among the papers, three were pure CFD applications, one 
involved solving shallow-water equations, and the last was about the application of a porous body 
approach.  The papers involved a wide range of application and physics, including single phase, multiphase 
and Fluid Structure Interaction (FSI). 
 
Plant applications included: 
 

• Three-Dimensional Porous Media Model of a Horizontal Steam Generator 
 

• Fiber Agglomerate Transport in a Horizontal Flow  
 

• LES with Acoustics and FSI for Deforming Plates in Gas Flow 
 

• CFD Calculation of the Pressure Drop through a Rupture Disk 
 

• A Shallow Water Equation Solver and Particle Tracking Method to Evaluate the Debris Transport. 

All topics are clearly related to nuclear reactor safety applications, with two papers on debris transport and 
the others on components operation and reliability.  This session had a mix between method development, 
validation and application. 

Trying to derive conclusions was not simple as the applications and methods were very sparse: 

• On one side, it is interesting to note that from the application point of view there are still tendencies to 
use simpler approaches rather than full 3D CFD, in this case employing 2D shallow-water equations in 
one case, and the porous body approach in the other. 
 

• In contrast, there were advanced applications using acoustic analysis and FSI with a fully coupled 
solution approach, and good efforts in evaluating its potential and limitations.. 
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• It is clear that there are still quite different opinions on computational requirements and feasibility of 
applications. 

 
• In this session, there was still limited use of BPGs in the applications. Sometimes, only a single 

computational grid with first-order spatial discretization was employed. This clearly limits the 
understanding from the applications, since physical and numerical errors are still superimposed. 

Session 11: PTS (Session Co-Chairs: Eric Volpenhein and Chris Boyd) 

 
Four works were presented in the Pressurized Thermal Shock session (PTS). It was observed that PTS 
remains a demanding application for CFD, combining some of the simulation challenges of T-junction 
turbulent mixing, two-phase stratified flow, and buoyancy-driven plumes. In addition to PTS, these works 
accordingly examine the use of CFD for characterizing reactor conditions of broad contemporary interest 
to the international reactor safety community. 
 
The session provided information of noteworthy scientific value, generally building upon prior works to 
advance CFD technology and experience in incremental fashion. The sessions explored a variety of 
computational methods including single- and two-fluid models, Interface Tracking Methods, and hybrid 
approaches featuring Large Interface Tracking and Very Large Eddy Simulation (V-LES). Sensitivity 
analyses were commonly included to quantify the influence of turbulence models and mesh construction. 
Assessments of analysis results were also generally supported by a mix of high quality separate-effects and 
integral experimental data. 
 
The presentations demonstrated virtually universal awareness and attention to BPGs, with varied success in 
implementation. Application of BPGs toward simulation of PTS was, in fact, the focus of one presentation, 
providing unique insight into the BPGs themselves. Mesh dependency and other sensitivities were most 
often investigated. Where substantial compliance to BPGs was not complete, the work was acknowledged 
as “work-in-progress”. In some cases, explicit qualification of conclusions pending more complete 
compliance with BPGs would be appropriate. 
 
Regarding suitability for code validation, the works performed represented appropriate and substantial 
steps, though it was observed that more thorough and consistent comparison with included experimental 
data would be helpful. Furthermore, a deeper assessment of the model strengths and limitations with the 
reported models with regard to the underlying phenomena and numerical methods would improve 
confidence in the generality and predictive capabilities. Caution is also advisable when formulating 
conclusions in the absence of more complete compliance with BPGs. 

Session 12 – Containment (2) (Session Co-chairs: Fabio Moretti and Dominique Bestion) 

 
All papers of this session were fully complying with the scope of the workshop, and relevant to nuclear 
reactor safety.  
 
The first dealt with the validation of a CFD model for phenomena that govern the distribution of hydrogen 
and steam in a containment during severe accident scenarios.  
 
The second paper presented a selection of experimental tests from the SETH-PANDA program, and 
demonstrated the availability and adequacy of a CFD-grade experimental database for code validation for 
containment problems. 
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The third paper addressed the characterization and modelling of stratification build-up and stratification 
break-up phenomena in containment atmospheres, making reference to PANDA and MISTRA 
experiments. 
 
The fourth paper presented CFD simulations of hydrogen deflagration, performed with a recently 
developed in-house code. 
 
Regarding the papers focusing on experiments, CFD-grade data were presented and discussed, with 
particular attention to the test repeatability issue and, at least in one case, with an effort to evaluate the 
experimental uncertainties. At least two papers presented physical and theoretical analyses (with a 
noteworthy attempt to perform a scaling analysis), carried out prior to completing the modelling and the 
numerical simulation.  Even if large computing capabilities are available, one should never forget to do this 
kind of analysis as a preliminary step in the methodology, which may then involve some application of 
CFD. 

Session 13: Boiling Flow (3) (Session Co-chairs: B. L. Smith and Chul-Hwa Song) 

 
This was a short session, of just three papers, but both the Boiling Bubbly Flow (1) and Boiling Bubbly 
Flow (2) sessions had four papers each, demonstrating that the topic was of more general interest than the 
number of presentations indicates. None of the papers described CFD approaches to simulate boiling from 
first principles, but rather were focused on using CFD to predict the bubble dynamics, with and without 
mass and energy exchange between the phases. From the viewpoint of presentation, the papers were nicely 
balanced, with new experiments being reported together with associated CFD analyses.  
 
Paper 1 described interesting new data from the TOPFLOW facility at FZD Rossendorf in which steam is 
injected through jets into a vertical pipe (height 8m, diameter 200mm) containing sub-cooled water. 
Experiments were made for different flow conditions, varying the pressure, liquid flow rate, steam 
injection rate and degree of sub-cooling. Local measurements were made using wire-mesh sensors. 
Analysis of a selected test was described in Paper 3 in which ANSYS CFX was employed using a two-
fluid Euler/Euler modelling approach with a recent extension of the inhomogeneous MUSIG model to 
allow for bubble condensation. Comparisons between measurement and calculation of the radial 
distribution of void fraction and bubble-size distributions showed good correspondence. 
 
Paper 2 dealt with air-water flow, and centred on work being carried out at the University of Valencia, 
Spain. Tests were conducted using the PUMA experimental facility in which air is injected at the base of a 
water column and local measurements of void fraction, interfacial area concentration, interfacial velocity 
and Sauter mean diameter measured using a four-sensor conductivity probe. Liquid velocity and turbulence 
intensity were also measured using Laser Doppler Anemometry. Numerical simulation of the experiments 
was undertaken using an in-house code and employing a Lagrange/Euler modelling approach.  
 
In summary, it appears that CFD is now state-of-the-art for computing adiabatic bubbly flows, and that the 
implementation of heat and mass transfer models for boiling and condensation has begun. One can also 
expect advancements in the use of CFD to study boiling and condensation at a fundamental level in the 
near future. 

Session 14: Mixing Flow (2) (Session Co-Chairs: Chris Boyd and Fabio Moretti) 

 
All of the papers in Session 14 were considered original works and were within the scope of the 
conference. Each paper was directly tied to nuclear reactor safety issues in some way. 
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The papers indicated a consideration of CFD Best Practice Guidelines, but there was no systematic 
approach to follow the guidelines. 
 
Four of the five papers were related to LES simulation of a T-Junction problem and there were direct 
comparisons with the data. There was a discussion of the details of the fluid structures and interactions that 
went beyond the T-Junction problem to add further insights into the predicted phenomena. This type of 
discussion is beneficial to the modelling community. 
Two of the papers discussed ways to reduce the computational requirements for the T-junction models 
through investigations of simplified modelling approaches. One paper demonstrated the adequacy of using 
a wall-modelling approach compared to full resolution of the wall layer. This type of approach is important 
for analysts considering high Reynolds number plant simulations. An interesting Reynolds scaling 
approach was employed in one paper. In another, a low-dissipative and low-dispersive CABARET scheme 
was applied to the T-junction problem and relatively decent results were produced with a relatively small 
and efficient computational model.  
 
In a fifth paper, atmospheric dispersion modelling was discussed. Such simulations are noted to be 
challenging, due to the large extent of the model domain (on the order of kilometers) and the variability of 
the boundary conditions (incorporating weather conditions). It is noted that this is a “work-in-progress” 
endeavour, and that further refinements and consideration of best practices are needed. 
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Abstract 
 
Simple geometries such as circular pipes or annular channels have been used to investigate the heat 
transfer experimentally in the vicinity of the pseudo-critical temperature using water or CO2. A large 
database exists worldwide. In these experiments large deviations from the ‘normal’ heat transfer 
behaviour were documented, in particular a strong dependency of the heat transfer coefficient on high 
wall heat fluxes and a sharp, sometimes unexpected drastic rise of the wall temperature, known as the 
‘heat transfer deterioration’. This body of data is also useful for model testing. Our own efforts were 
directed towards an analytic modelling of the near-wall turbulent layer and the laminar sub-layer in 
order to derive RANS turbulence model parameters and CFD wall functions, which are reliable for a 
large range of the flow and wall heat flux parameters. A close investigation on the flow mechanisms 
under deterioration conditions reveals that the thickness of the laminar, heat-conducting sub-layer 
must be modelled accurately as a function of the local Prandtl number. Furthermore it is necessary to 
take account of the drastic property changes, in particular of the heat capacity, with temperature or 
enthalpy in the turbulent near-wall layer. An attempt to model this effect has been made by using a 
probability-density function approach (pdf model). Buoyancy effects must also be modelled. 
 
Various three-dimensional numerical examples of the flow and heat transfer within the reactor core 
cooling channels of the European High-Performance Light-Water Reactor (HPLWR) are presented. 
An important geometrical element of its core, are the wires wrapped around each rod as spacers. The 
wires enhance mixing and mass exchange between the sub-channels of an assembly, but they also may 
cause a non-uniform wall temperature distribution with local high-temperature regions. In order to 
validate our models, an experiment of a single rod with wrapped wire has been performed in the 
supercritical water flow loop of Xi’an Jiaotong University, China. The comparison of these and other 
experiments with CFD models shows, that great achievements have been made but the reliability of 
our models for supercritical flow conditions must be further improved. 
 
 
1. Introduction 
 
The Supercritical Water Reactor (SCWR) is presently studied as one of the six Generation IV nuclear 
reactor concepts due to its high thermodynamic efficiency and its economic advantages [1]. At 
supercritical pressure the cooling water is heated similar to a single-phase flow at high, supercritical 
pressure: thus no departure from nucleate boiling or dry-out can occur. However, in the vicinity of the 
pseudocritical temperature (382°C at 25 MPa) the fluid properties undergo drastic changes leading to 
nonlinear behaviour of the heat transfer, the mixing properties, and the moderation of neutrons. This 
has led to a complex geometrical design of an SCWR core, with separate moderator channels, 
wrapped-wire spacers, and support structures with thin walls. Therefore, design studies and safety 
analyses of such a core are often performed or supported by a detailed three-dimensional numerical 
flow simulation (CFD). In the present paper the ability of CFD methods to predict this complex heat 
transfer behaviour of turbulent flows at supercritical conditions is discussed. In particular such effects 
as heat transfer enhancement, deterioration and the formation of local high-temperature wall regions 
are of interest. 
 

 1 



These systems make use of the high heat capacity of water at pressures not far above the critical 
pressure, by operation at typical system pressures in the range 22,5-27,0 MPa (the critical pressure for 
water is at 22,1 MPa). In Europe this reactor concept is denoted as the High-Performance Light-Water 
Reactor (HPLWR); a first design concept has been presented in [2-5]. A supercritical steam cycle with 
pre-heater (economizer), inlet and outlet of the Reactor Pressure Vessel (RPV), high pressure (HP) 
turbine, intermediate (IP) and low pressure (LP) turbines is used. Here, the ´phase change´ from 
compressed water to compressed steam occurs continuously in absence of phenomena such as film 
boiling or surface dry-out, which are associated with an abrupt temperature rise. Also, a Pressurized 
Water-cooled Reactor with supercritical pressure in the primary circuit hat been considered [6].  
 
In order to prevent material overheating of the core cooling channels it is particularly important to 
predict the heat transfer accurately for very high heat fluxes and all mass fluxes in the bulk 
temperature range between 280 to 500 °C. Interesting for an HPLWR are pipe diameters between 5 
and 20 mm, pressures between 22,5 and 29,0 MPa enthalpies between 1000 and 3000 MJ/(kg K), mass 
flow rates between 300 and 2000 kg/m2 and wall heat fluxes up to 1500 kW/m2.   
 
The flow and heat transfer to fluids above the thermodynamic critical pressure, e.g. strongly heated 
pipe or channel flows, are influenced by the nonlinear variations of the fluid properties (density, 
viscosity, heat conductivity, enthalpy and heat capacity) with temperature near the critical point. The 
enthalpy and the heat capacity exhibit the most pronounced changes: in the above given pressure and 
temperature range the heat capacity has a local maximum at the pseudo-critical temperature (e.g. 656 
K at 245 bar), with values as much as 25 fold compared to neighbouring temperatures. 
 
This lecture gives an overview on the most important flow and heat transfer effects and mechanisms in 
supercritical flows with heat transfer. The present status of relevant CFD models is presented. Another 
overview has been given in [7-9]. 
 
 
2. Heat Transfer Phenomena at Supercritical Pressure 
 
a. Experimental Observations 
 
Simple geometries such as circular pipes or annular channels have been used to investigate the heat 
transfer experimentally in the vicinity of the pseudo-critical temperature using water or CO2. Some 
heat transfer mechanisms are discussed in [10] and [11]. A large database exists worldwide, see 
[12,13]. In these experiments large deviations from the ‘normal’ heat transfer behaviour were 
documented, in particular a strong dependency of the heat transfer coefficient on high wall heat fluxes 
and a sharp, sometimes unexpected drastic rise of the wall temperature, known as the ‘heat transfer 
deterioration’. This body of data is also useful for model testing. 
 
Various experimental investigations have been performed at supercritical conditions with water 
flowing upward or downward in circular pipes under intense electrical heating [14-19]. In these and 
other studies the various nonlinear effects of heat transfer enhancement and deterioration were 
identified, correlated, and classified. The data were summarized in a look-up table [20] 
 
In media other than water similar phenomena occur: In gas flows within strongly heated channels an 
increase of the wall temperature may be observed, which is sometimes attributed to re-laminarization 
due to flow acceleration [21]. To take advantage of its relatively low critical pressure and temperature 
CO2 can be used as a medium, e.g. [22-24], to understand the effects of property variations or to 
calibrate models. 
 
At positions where the pseudo-critical temperature (defined as the temperature where the specific heat 
at constant pressure has a local maximum), lies between the bulk and the wall temperatures, the heat 
transfer may exhibit unusual behaviour such as enhancement or ´deterioration´. Often the heat transfer 
coefficient increases near the pseudo-critical temperature for low heat flux (denoted as 
´enhancement´), but often decreases relative to this measure when the wall heat flux is increased. 
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These are local phenomena, which can be correlated purely on the basis of local parameters, i.e. 
without any upstream effects taken into consideration. The dramatic rise in the wall temperature for 
some cases at high heat flux and low mass flux is denoted as ´deterioration´.  
 
b. Insights from Direct Numerical Simulation 
 
The governing principles of continuum motion and heat transport are the conservation of mass, 
momentum end energy within a spatially fixed infinitesimal control volume, i.e. the ‘Euler’ frame of 
reference. For a Newtonian fluid such as water or water vapour these equations are known as the 
Navier-Stokes Equations of fluid mechanics. We consider these equations to be ‘exact’ in the sense 
that they describe all flows, even the very complex and unsteady turbulent flows, without further 
modelling. The simulations based on these equations are denoted as ‘direct’. Direct numerical 
simulations (DNS) of isothermal single phase turbulent flows have extensively been performed; a 
relevant review article is given in [25]. The method has extensively been applied to isothermal 
transitional [26, 27] and turbulent flows [28].  
 
For non-isothermal flows, when heat transfer between the wall and the fluid is relevant, we have in 
addition the energy equation, in which the temperature, the heat capacity and  the heat conductivity 
appear. Dissipation of kinetic energy into heat has been neglected. Simulations of channel flows heve 
been performed [29]. For natural convection bouyancy can be introduced into the system, making e.g. 
the DNS of  supercritical pipe flows with heat transfer possible. In a gas flow the effect of re-
laminarization could be reproduced [30]. In a supercritical flow of CO2 the effect of density variations 
in the fluctuations could be identified [31,32]. 
 
c. Results from Analytical Modelling 
 
Fundamental theories on the modelling of wall-bounded turbulence, see e.g. [33-35] may serve as the 
basis for the analytical modelling of variable-property flows. Various efforts were directed towards an 
analytic modelling of the near-wall turbulent layer and the laminar sub-layer in order to derive RANS 
turbulence model parameters and CFD wall functions, which are reliable for a large range of the flow 
and wall heat flux parameters [36-39]. A close investigation on the flow mechanisms under 
deterioration conditions reveals that the thickness of the laminar, heat-conducting sub-layer must be 
modelled accurately as a function of the local Prandtl number. Furthermore it is necessary to take 
account of the drastic property changes, in particular of the heat capacity, with temperature or enthalpy 
in the turbulent near-wall layer. Buoyancy effects must also be modelled. 
 
In [40] an attempt is made to extend existing models for heat transfer in channel or pipe flows to 
variable-property fluids, i.e. supercritical water in a pipe. Emphasis is laid on the effect of the local 
maximum of the Prandtl number and the heat capacity near the pseudo-critical temperature on the 
laminar or turbulent heat transport. The one-dimensional near-wall momentum equation (to determine 
the mean velocity) and the energy equation (to determine the temperature, including the wall 
temperature) in the wall normal direction are used as a strarting point of the analysis. We use Prandtl’s 
algebraic mixing-lengh turbulence model. For the temperature, which is of primary interest here, the 
wall layer is subdivided into a heat conducting, laminar sub-layer and a logarithmic layer. In the sub-
layer the heat transfer is determined by the Prandtl number of the fluid, which may vary depending on 
the temperature distribution across the layer. In the logarithmic region the heat transfer depends only 
on the turbulence Prandtl number. The thickness of the laminar sub-layer is very important for the heat 
transfer deterioration and must be modelled in a physical correct manner. 
 
The result is expressed in ‘wall units’ y+. The temperature rise in the logarithmic layer depends only 
on the turbulence Prandtl number and the van Karman constant, both being parameters of the 
turbulence model. The temperature rise across the heat conducting (laminar) sub-layer depends on the 
Prandtl number of the fluid and on the thickness of the heat conducting sub-layer, which in general 
differs from the thickness of the viscous (laminar) sub-layer of the velocity. Both mechanisms as an 
effect of the property change on laminar and turbulent flow regions or layers are modelled. Thus heat 
transfer deterioration is captured qualitatively and, with some restrictions, quantitatively. A close 
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investigation on the flow mechanisms under deterioration conditions reveals that the thickness of the 
laminar, heat-conducting sub-layer must be modelled accurately as a function of the local Prandtl 
number. Furthermore it is necessary to take account of the drastic property changes, in particular of the 
heat capacity, with temperature or enthalpy in the turbulent near-wall layer. 
 
The theory [40] contributes to a better understanding of heat transfer of supercritical flows. It can also 
be used for the development of numerical wall functions, which are needed for an efficient numerical 
simulation using Computational Fluid Mechanics. By comparison with experiments it is demonstrated, 
that it is able to capture the effects of heat transfer deterioration quantitatively well. Improvements of 
the accuracy, however, may be achieved by a further investigation of two important model parameters: 
the thickness of the heat-conducting sub-layer and the turbulence level, here represented by the width 
of the fluctuation spectrum. 
 
 
3. Accuracy of Present CFD and Turbulence Models 
 
The first to simulate such conditions numerically using a two-dimensional CFD model were 
Koshizuka et al. [41] using a low-Re k- turbulence model with fine resolution of the near-wall region. 
Acceptable qualitative agreement with the experimental data [19] was achieved. In the meantime, 
however, a large database of other experimatal investigations on supercritical heat transfer has been 
established, see chapter 2.1. A large variety of flow and turbulence mechanisms exist in these flows, 
such as heat transfer deterioration, enhancement, buoyancy effects, re-laminarisation and more. The 
heat transfer to supercritical water in the cooling channels of a Supercritical Light Water Reactor 
(SCLWR)  has been investigated by using CFD in numerous studies. Such investigations rely on the 
ability of a turbulence model to predict the wall temperatures accurately under the respective flow 
conditions  
 
A brief overview on some of these studies is given in the following: 
 

 The accuracy of the RNG-k-ε model was investigated in [42] and some guidelines for the near-
wall numerical resolution were derived. It was found that some kind of heat transfer deterioration 
could be predicted. 

 Another study has been performed in [44]. The k- model is recommended to simulate heat 
transfer deterioration.  

 The authors of [45] were able to predict the onset of overheating using the k--model with very 
fine wall resolution. 

 The analysis [46] focuses on results obtained by a low-Reynolds number k-ε model. The obtained 
results allow comparing the trends observed for heat transfer deterioration at supercritical pressure 
with those typical of the thermal crisis in boiling systems. 

 In a preliminary study [47] five turbulence model were used. All models were able to reproduce 
the general trend. 

 [48] concluded from their study of 14 different turbulence models that the RNG-k-ε model with 
enhanced wall treatment gave the most outstanding results.  

 Based on sensitivity tests of [49] with several FLUENT’s models, the standard k-ε model was 
found be sufficient as a base model for further development to handle supercritical flow. 

 
It becomes obvious, that the respective recommendations about the best turbulence model depends on 
the flow parameters of the respective test case as well as on some details on the near-wall numerical 
grid. To date, a reliable turbulence model for CFD, which covers all phenomena of supercritical water 
flow and is able to predict the wall temperature accurately in all cases, does not exist. This lack maybe 
due to the fact that none on the models, which have been implemented in commercial CFD codes, has 
been developed for supercritical flows. In particular the large changes of the heat capacity and the 
Prandtl number with temperature near the pseudo-critical point were not considered during the 
development of those models. It is therefore not yet permissible to conclude about the flow physics or 
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special turbulence mechanisms, e.g. re-laminarization, from the results of RANS simulations of 
supercritical flows. 
  
 
4. Three-Dimensional Effects at Supercritical Pressure 
 
Three-dimensional effects occur in the core cooling channels or in the mixing chambers below and 
above a core section [50]. We will focus on the core cooling channels, in which the noncircular shape 
is the main deviation from the pipe flows as discussed above. Although analytical criteria exist [51], 
many three-dimensional numerical examples of the flow and heat transfer within the reactor core 
cooling channels of an SCWR exist.  
 
In [52] investigated the heat transfer of supercritical water in various flow channels using the 
computational fluid dynamics (CFD) code CFX-5.6. In their paper and in [53,54] CFD analyses are 
carried out to study the flow and heat transfer behaviour of supercritical water in sub-channels of both 
square and triangular rod bundles. In [55] heat transfer in upward flows of supercritical water in 
circular tubes and in tight fuel rod bundles is numerically investigated by using the commercial CFD 
code STAR-CD 3.24. Other on smooth channels can be found in [56-58]. 
 
An important geometrical element of the core of the HPLWR are the wires wrapped around each rod 
as spacers. The wires enhance mixing and mass exchange between the sub-channels of an assembly, 
but they also may cause a non-uniform wall temperature distribution with local high-temperature 
regions. An attempt to determine the mixing coefficients for this geometry by unstedy RANS has been 
performed in [59]. 
 
Attempts were made to compute the flow in parts of the fuel bundle [60] using symmetries or the 
whole bundle [61]. A section with one revolution located in the evaporator region of the HPLWR core 
is investigated using hydraulic (to ensure fully developed flow inlet boundary conditions and reference 
for heated cases) and thermal-hydraulic boundary conditions. The geometry of wrapped wires gives 
rise to additional mixing and a circulating or ‘sweeping’ flow near the outer and inner regions of the 
fuel element next to the wall of the so called fuel assembly and moderator box. Some interesting flow 
features associated with the complex three-dimensional flow with significant transverse velocity 
components are visualized as the first evaluated result of this diversified investigation. The aim of this 
investigation is to gain experience about CFD modelling of the whole perimeter HPLWR fuel 
assembly and to provide firstly qualitative and then quantitative insight about the inter-channel cross 
flow and mixing. Considering the high number of computational cases relatively coarse numerical 
meshes have been used to discretize the geometry. Fine boundary mesh is not applied to model 
suitably the near wall region. That is why the wall temperature and the near wall fields are not 
accurate enough to be investigated in detail but the physically valid demonstration of qualitative 
features of the flow in such geometry is expected. The scalable wall function has been used to model 
the near wall region. The geometry and mesh (with the automatic tetra meshing method) was created 
in the ANSYS ICEM CFD 11 SP1. The unstructured tetrahedral meshes of the cases differ only in the 
total number of nodes due to different global mesh size. 
 
These computations were performed on a NEC Xeon EM 64T type cluster named “cacau1” at HLRS 
(Peak Performance: 2.5 TFlops). Cacau1 has 200 dual nodes with 400 Intel Xeon EM64T CPU's 
(3.2GHz) for high performance computation. ANSYS CFX 11 SP1 has been used in parallel mode on 
cacau1 for the computations. Table 2 summarizes the used number of processors, wall clock times, 
maximal residual and imbalance values for each computational group. Four so called “User Point” 
were monitored during the calculations: the area average of the pressure and velocity on the inflow 
and outflow regions. The User Points and the imbalances indicated that all of the cases are well 
converged which means each value converged to a certain value (almost zero for imbalances) and does 
not changing with the iterations any more. The convergence values are acceptable considering the 
proposal of the guidelines. Not swirling flows are well converged with a reduction of only 3-4 orders 
of the final/peak RMS residual ratios. In case of swirling flow (which is valid for all cases presented 
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here) 5-6 orders of the final/peak RMS residual ratios is necessary and acceptable for converged CFD 
calculation. 
 
The expected flow properties such as additional mixing and the sweeping flow are qualitatively 
reproduced as expected. A quantitative comparison to the results of a sub-channel code has now 
become possible in order to better understand and possibly improve the sub-channel models for 
wrapped-wire geometries. The expected counter-clockwise (outer swiping cycle) and clockwise (inner 
swiping cycle) swiping flow is demonstrated next to the fuel assembly and moderator box walls 
respectively which helps to eliminate the hot spots confirmed by previous studies. Unidirectional inter-
channel cross flows have been proven between sub-channels in the inner and outer sweeping cycle and 
bidirectional inter-channel cross flows have been found through such gaps which are between two fuel 
rods (gaps far from fuel assembly and moderator box walls). Such work demonstrates, that with 
reasonable numerical effort a sufficient accuracy of the CFD calculations can be achieved using 
unstructured tetrahedral grids, the Reynolds-stress turbulence model and a combination of cases with 
hydraulic and thermo hydraulic boundary conditions. 
 
In order to validate our models for a complex geometry, an experiment of a single rod with wrapped 
wire has been performed [62,63]. The comparison of these and other experiments with CFD models 
shows, that some achievements have been made but the reliability of our models for supercritical flow 
conditions must be further improved.  
 
The work [64-65] presents a three-dimensional simulation of the conjugated heat transfer to 
supercritical water flowing upward in a square annular channel around a single wire-wrapped rod. 
Some efforts have been made previously without taking the heat transfer of cladding material into 
consideration, in which a very high temperature region is observed in the upwind side of the wire on 
the rod surface. In these investigations a Local Deteriorated Heat Transfer (LDHT) occurs at a high 
heat flux over mass flux ratio, i.e. the wall temperature rises significantly within a hotspot. However, 
when the heat conduction in the cladding material is taken into account (conjugate heat transfer), the 
maximum wall temperature is reduced and the prediction reaches a better agreement of the mean 
surface temperature compared with experiments. The cladding temperature within the hotspots is 
remarkably reduced with elimination of the local heat transfer deterioration due to the heat conduction 
of the cladding material. However, the conjugate heat transfer does not remove the hotspot 
completely. In the paper investigations of a smooth rod (no wire) in a square and in an annular channel 
are also presented for comparison. 
 
 
5. Improvements of CFD Models 
 
a. Wall Functions 
 
In turbulence modelling there are two alternative approches for the treatment of the near-wall turbulent 
layer including the laminar, heat conducting sublayer a) full resolution schemes using a ‘low-Reynolds 
number’ turbulence model, or b) wall functions. An important parameter of these models is the non-
dimensional wall distance of the first data point adjacent to the wall y1

+. Here the index + refers to the 
non-dimensional ‘wall units’ and the index 1 to the first, wall-adjacent discretization point or cell. A 
small required value of y1

+ means, that the first grid point or cell must be close to the wall and 
therefore a fine near-wall grid is required. 
 
In order to achieve acceptable accuracy of method a) as well as to capture the complex heat transfer 
behaviour of supercritical turbulent flows, the near-wall region of the turbulent boundary layer has to 
be resolved with large numerical effort (y1

+ << 1) and numerically inefficient low-Reyonolds number 
turbulence models have to be applied. Method b) can only be applied when the state-of the art 
(standard) wall-functions are extended to variable-property fluids. Wall functions allow a much 
coarser grid resolution (y1

+ > 30) giving approximately the same results as low-Reynolds number 
turbulence models.  
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Recently, the near-wall turbulence processes, which are responsible for heat transfer enhancement and 
deterioration, have been much better understood and documented than in the past and thus analytic 
modelling of this near wall behaviour can be used to develop wall functions for supercritical flows 
[65]. Standard wall functions can be extended to supercritical flows with variable properties. In the 
heat-conducting sub-layer the temperature-dependency of the molecular Prandtl number can be taken 
into account by a subdivision into intervals and numerical integration. In the turbulent wall layer the 
enhanced transport by the high heat-capacity turbulent flow is taken into account by a modified 
turbulence Prandtl number. The nonlinear dependency of all properties on the temperature is 
modelled. As a  result we get analytic expressions for the heat transfer coefficient, which must be 
solved by an iteration.  
 
In [65] we have used the wall functions with a set of constant model parameters for all cases. By 
comparison with experiments it is demonstrated, that our wall functions are able to capture the effects 
of heat transfer deterioration quantitatively well. Improvements of the accuracy, however, may be 
achieved by a further investigation of two important model parameters: the thickness of the heat-
conducting sub-layer and the turbulence level. Improvements may also be achieved by modelling 
further details of the flow such as the buffer layer. 
 
b. Modification of the Turbulence Model 
 
In [67] we proposed a pdf model to take account of the important temperature fluctuations in the 
definition of an average (or turbulent) heat capacity, which exhibits the largest variation near the 
pseudo-critical temperature. This approach introduces an assumption about the amplitude and 
frequency spectrum of the turbulent temperature fluctuations, which is parameterized by using a 
Gaussian probability density (filter-)function. The model takes these average mean properties on 
physical grounds in contrast to other models, in which the fluid properties are simply determined at the 
local, average temperature or enthalpy. In the approach the local turbulence level is taken into account 
as a model parameter. 
 
We found in [67], that the agreement of CFD results with experiments [19] can be improved, when a 
turbulent heat capacity is modelled. Due to the nonlinear dependency of all fluid properties on the 
temperature the process of averaging must be modified. In general, any property taken at the local 
mean temperature may be different from a property arising from temporal averaging at fluctuating 
temperature. In particular the avaraging of the heat capacity is important. A parameter  is introduced as 
a measure for the fluctuation intensity of turbulence, because the range of instantaneous temperature 
values increases with it.  Our new pdf-model is tested for a case of super-critical heat transfer of pipe 
flows to water, using a semi-analytical method, in which the one-dimensional momentum and energy 
equations for turbulent flows are integrated numerically [68]. Quasi-fully developed flow is assumed, 
buoyancy is not considered. Good agreement with various experiments is achieved. The present results 
are independent of a particular CFD-code or numerical grid. Our pdf-model can be implemented as a 
modification of existing turbulence models into any CFD code. 
 
 
6. Conclusion 
 
The goals of a CFD analysis in reactor safety is to provide a reliable tool for the physical 
understanding of a flow and for the scaling between the spatial dimensions of laboratory experiments 
and a power plant. In order to meet these goals, turbulence models must to be physically correct (up to 
a high degree) and scalable. The consequences of these requirements on the choice of CFD turbulence 
models is discussed along with examples of present model developments. Some aspects towards a 
turbulence modelling strategy for the application of CFD methods in nuclear reactor safety have been 
discussed. 
 
 
 
 

 7 



7. References 
 
[1] GEN IV, 2002: A Technology Roadmap for Generation IV Nuclear Energy Systems, Gen IV 

International Forum 

[2] Y. Oka and S. Koshizuka, 1993: Conceptual Design of a Supercritical-Pressure Direct-Cycle 
Light Water Reactor, Nuclear Technology 103, 295-302 

[3] J. Hofmeister, C. Waata, J. Starflinger, T. Schulenberg, and E. Laurien: Fuel Assembly Design 
Study for a Reactor with Supercritical Water, Nuclear Engineering and Design 237, 1513-1521 
(2007) 

[4] T. Schulenberg, J. Starflinger, P. Marsault, D. Bittermann, C. Maraczy, E. Laurien, J.-A. 
Lycklama, H. Anglart, M. Andreani, M. Ruzickova, A. Toivonen.: European Supercritical 
Water Cooled Reactor, Nucl. Eng. Des. 2010 

[5] R. Duffey: Design Principles and Features of Supercritical Water-Cooled Reactors to Meet 
Design Goals of Generation-IV Nuclear Reactor Concepts, Technical Meeting on Heat Transfer, 
Thermal-Hydraulics and System Design for Super-Critical Water-Cooled Reactors, July 5-8, 
2010, Pisa, Italy 

[6] B. Vogt, K. Fischer, J. Starflinger, E. Laurien, and T. Schulenberg: Concept of a Pressurized 
Water Reactor Cooled with Supercritical Water in the Primary Loop, Nuc. Eng. Des., in press 

[7] M.L. Corradini: Transport Phenomena for Supercritical Fluids in GEN IV Reactor Designs, 12th 
Int. Topical Meeting on Nuc. Reactor Thermal Hydraulics (NURETH-12), Sept.30-Oct.4, 2007, 
Pittsburgh, PA 

[8] E. Laurien: Fluid Dynamics and Heat Transfer within Rod Bundles at Supercritical Pressure, 
Proc. Ann. Meeting Nucl. Technology, May 27-29, 2008, Hamburg, Germany 

[9] D.M. McEligot, J.Y. Yoo, J.S. Lee, E. Laurien, S.O. Park, R.H. Pletcher, B.L. Smith, P. 
Vukoslavcevic, and J. M. Wallace: Advanced Computational Studies and their Assesment for 
Supercritical-pressure Reactors (SCRs), Proc. of SCCO2 Power Cycle Symposium Troy, NY, 
April 29-30, 2009 

[10] B.S. Shiralkar and P. Griffith: Deterioration Heat Transfer to Fluids at Supercritical Pressure 
and High Fluxes, Journal of Heat Transfer, 27-36 (1969) 

[11] J.D. Jackson, W.B. Hall.: Forced convection Heat transfer to fluids at supercritical pressure, 
Turbulent forced convection in channels and bundles,  Hemisphere Publishing Corporation, 
563-611 (1979) 

[12] I.L. Pioro, H.F. Khartabil and R.B. Duffey: Heat Transfer to Supercritical Fluids flowing in 
Channels- empirical Correlations (Survey), Nuclear Engineering and Design 230, 2006, 69-91 

[13] Pioro and Duffey: Heat Transfer and Hydraulic Resistance at Supercritical Pressures in Power-
Engineering Applications, ASME Press, New York, NY (2007) 

[14] V.G. Razumovskiy, A.P. Ornatskiy, and Y.M. Mayevskiy: Local Heat Transfer and Hydraulic 
Behavior in Turbulent Channel Flow of Water at Supercritical Pressure, Heat Trasfer-Sov. Res. 
22, 91-102 (1990) 

[15] Shitsman M.E., Impairment of the transmission at supercritical pressures, Teplofizika Vysokih 
Temperature, Vol.1 No.2, p.237-244 (1963) 

[16] A.A. Bishop, F.J. Krambeck, R.O. Sandberg, “High temperature supercritical water loop -PART 
III- Forced convection heat transfer to superheated steam at high pressure and high Prandtl 
numbers”, Westinghouse, WCAP-2056 Part (1964) 

[17] H. Herkenrath, P. Mörk-Mörkenstein, U. Jung, F.-J. Weckmann, Wärmeübergang an Wasser bei 
Erzwungener Strömung im Druckbereichvon 140 bis 250 bar, EURATOM, EUR 3658 d (1967) 

 8 



[18] A.P. Ornatskii, L.F. Glushchenko and S.I. Kalachev: Heat Transfer with Rising and Falling 
Flows of Water in Tubes of Small Diameter at Supercritical Pressures, Teploenergetika, 1971 
18 (5) 91-93 

[19] K. Yamagata, K. Nishikawa, S. Hasegawa, I. Fujii, and S. Yoshida: Forced Convective Heat 
Transfer to Supercritical Water Flowing in Tubes: Int. J. Heat Mass Transfer 15, 2575-2593 
(1972) 

[20] M. F. Loewenberg, E. Laurien, A. Class, Th. Schulenberg: Supercritical water heat transfer in 
vertical tubes: A look-up table, Prog. Nucl. Energy 50 (2008), 532-538 

[21] D. M. McEligot, C.W. Coons and H.C. Perkins: Relaminarization in Tubes, Int. J. Heat and 
Mass Transfer 13, 431-433 (1969) 

[22] H. Kim, Y.Y. Bae, H.Y. Kim, J.H. Song, and B.H. Cho: Experimental Investigation on the Heat 
Transfer Characteristics in a vertical Upward Flow of Supercritical CO2, Proc. ICAPP 06, 
Reno, NV, USA, June 4-9, 2006 

[23] J.K. Kim, H.K. Kyu, and J.K.Lee: Wall temperature measurements and heat transfer correlation 
of turbulent supercritical carbon dioxide flow in vertical circular(non-circular tubes, Nucl. Eng. 
Des. 237, 1795-1802 (2007) 

[24] Y. Bae and H. Kim: Convective heat transfer to CO2 at supercritical pressure flowing vertically 
upward in tubes and annular channel, Experimental Thermal and Fluid Science 33, 329-339 
(2009) 

[25] P. Moin and K. Mahesh: Direct Numerical Simulation: A Tool in Turbulence Research, Ann. 
Rev. Fluid Mech, 539-578 (1998) 

[26] S. Biringen and E. Laurien: Nonlinear Structures of Transition in wall-bounded flows, Apllied 
Numerical Mathematics 7, 129-150 (1991) 

[27] L. Kleiser and T. Zang: Numerical Simulation of Transition in Wall-bounded Flows, Ann. Rev. 
Fluid Mech. 23, 495-537 (1991) 

[28] G.J.M. Eggels, F. Unger, M.H. Weiss, J. Westerweel, R.J. Adrian, R. Friedrich and F.T.M. 
Niewstadt: Fully developed turbulent pipe flow: a comparison between direct numerical 
simulation and experiment, J. Fluid Mech. 268, 175-209 (1994) 

[29] H. Kawamura: DNS of turbulent heat transfer – Present status and future perspectives, Int. Heat 
Transfer Conf., Sidney, Australia, 2006 

[30] S. Satake, T. Kunugi, A.M. Shehata, D.M. McEligot: Direct Numerical Simulation for 
Laminarization of Turbulent Forced Gas Flows in Circular Tubes with Strong Heating, Int. J. 
Heat and Fluid Flow, 21, 526-534 (2000) 

[31] J. H. Bae, Y. Yoo, and H. Choi: Direct Numerical Simulation of Supercritical Flows with Heat 
Transfer, Physics of Fluids 17, 105105 (2005) 

[32] J.H. Bae, J.Y. Yoo, H. Choi, and D.M. McEligot: Effects of Large Density Variation on 
Strongly Heated Internal Air Flows, Physica of Fluids 18, 075102 (2006) 

[33] F. M. White: Viscous Fluid Flow, McGraw-Hill, New York, International Edition 2006 

[34] W. Kays, M. Crawford, and B. Weigand: Convective Heat and Mass Transfer, McGraw-Hill, 
New York, International Edition 2005 

[35] B.A. Kader: Temperature and Concentration Profiles in Fully Turbulent Boundary Layers, Int. 
J. Heat and Mass Transfer 24, 1541-1544 (1981) 

[36] B.S. Pethukov: Heat Transfer and Friction in Turbulent Pipe Flow with Variable properties, 
Advances in Heat Transfer 6, 1970, 503-563 

[37] H. Griem: A new Procedure for the prediction of forced convection heat transfer at near- and 
supercritical pressure, Heat and Mass Transfer 31 (1996), 301-305 

 9 



[38] M. Bazargan, D. Fraser: Heat Transfer to Supercritical Water in a Horizontal Pipe: Modeling, 
New Empirical Correlation, and Comparison Against Experimental Data, Journal of Heat 
Transfer 131, 0611702 (2009) 

[39] M. Bazargan, and M. Mohseni: The significance of the buffer zone of boundary layer on 
convective heat transfer to a vertical turbulent flow of a supercritical fluid , The Journal of 
Supercritical Fluids 51 (2009), 221-229 

[40] E. Laurien: Analytical Modelling of the Heat Transfer to Supercritical Water in Pipe Flows, 
IAEA-ENEL Technical Meeting on ‘Heat Transfer, Thermal Hydraulics, and System Design for 
Supercritical Water-Cooled Reactors’, Pisa, Italy July 5-8, 2010 

[41] S. Koshizuka, N. Takano and Y. Oka, 1995: Numerical Analysis of Deterioration Phenomena in 
Heat Transfer to Supercritical Water, Int. J. Heat Mass Transfer 38, 3077-3084 

[42] F. Roelofs and Ed Komen: CFD Analysis of Heat Transfer to Supercritical Water Flowing 
Vertically Upward in a Tube, Jahrestagung Kerntechnik, 2005 

[43] X. Cheng, E. Laurien, and Y.H. Yang: CFD Analysis of Heat Transfer in Supercritical Water in 
Different Flow Channels, Proc. GLOBAL, Oct. 9-13, 2005, Tsukuba, Japan 

[44] D. Palko and H. Anglart: Theoretical and Numerical Study of heat Transfer Deterioration in 
HPLWR, Proc. Int. Conf. Nuclear Energy for Europe, Portoroz, Slovenia, Sept. 10-13, 2007 

[45] E. Laurien and M. Rashid: Prediction of Overheated Zones along the wall of strongly heated 
quasi-fully developed pipe flow at supercritical pressure, submitted to Int. Congress on 
Advances in Nuclear Power Plants (ICAPP 08), Anaheim, CA, June 8-12, 2008 

[46] M.Sharabi and W. Ambrosini: Discussion of heat transfer phenomena in fluids at supercritical 
pressure with the aid of CFD models, Annals of Nuclear Energy 36, 2009,  60-71 

[47] S. He, W.S. Kim, and J.H. Bae: Assessment of performance of turbulence models in predicting 
supercritical pressure heat transfer in vertical  tube, submitted to Int. J. heat and Mass Transfer 

[48] Kim S.H., Kim Y.I., Bae Y.Y., Cho B.H., 2004. Numerical Simulation of the Vertical, Upward 
Flow of Water in a Heated Tube at Supercritical Pressure. Proc of ICAPP, 2004 

[49] Seo et al. : Studies of Supercritical Heat Transfer And Flow Phenomena, 11th Int. Topical 
Meeting on Nuclear Reactor Thermal-Hydraulics  (NURETH-11) Avignon, France, October 2-
6, 2005 

[50] A. Wank, J. Starflinger, T. Schulenberg, E. Laurien: Mixing of Cooling Water in the Mixing 
Chambers of the HPLWR – High Performance Light Water Reactor, submitted to Nuc. Eng. 
Des.  

[51] D. M. McEligot and J.D. Jackson: ‘Deterioration’ criteria for convective heat transfer in gas 
flows through non-circular ducts, Nuclear Engineering and Design 232, 327-333 (2004) 

[52] X. Cheng, B. Kuang, Y.H. Yang: Numerical analysis of heat transfer in supercritical water 
cooled flow channels, Nuclear Engineering and Design 237(2007) 240-252 

[53] H.Y. Gu, X. Cheng, Y.H. Yang: CFD analysis of thermal–hydraulic behaviour in SCWR typical 
flow channels, Nuclear Engineering and Design 238 (2008) 3348-3359 

[54] H. Gu, Y. Yu, Xu Cheng, X. Liu: Numerical analysis of thermal-hydraulic behavior of 
supercritical water in vertical upward/downward flow channels, Nuclear Science and 
Techniques 19 (2008), 178-186 

[55] J. Yang, Y. Oka, Y. Ishiwatari, J. Liu, and J. Yoo: Numerical investigation of heat transfer in 
upward flows of supercritical water in circular tubes and tight fuel rod bundles, Nuclear 
Engineering and Design, 237 (2007), 420-430 

[56] Z. Shang: CFD investigations of vertical rod bundles of supercritical water-cooled nuclear 
reactor, Nuclear Engineering and Design 239 (2009), 2562 – 2572 

 10 



 11 

[57] E. Laurien and T. Wintterle: On the Numerical Simulation of Flow and Heat Transfer within the 
Fuel-Assembly of the High-Performance Light-Watr Reactor, KTH-Workshop on Modelling 
and Measurements of Two-Phase Flows and Heat Transfer in Nuclear Fuel Assemblies, Oct. 10-
11, 2006, Stockholm, Sweden 

[58] E. Laurien and T. Wintterle: Secondary Flows in the Cooling Channels of the High-
Performance Light-Water Reactor, Proc. Int. Conf. Advances in Nuclear Engineering (ICAPP), 
Nice, France, May 13-18, 2007   

[59] St. Himmel, A. Class, E. Laurien and T. Schulenberg: Determination of Mixing Coefficients an 
a Wire-wrapped HPLWR Fuel Assembly using CFD, Int. Congress on Advances in Nuclear 
Power Plants (ICAPP 08), Anaheim, CA, June 8-12, 2008 

[60] A. Kiss, Laurien and A. Aszodi: Numerical Simulation of a HPLWR Fuel Assembly Flow with 
Wrapped Wire Spacers, submitted to Int. Congress on Advances in Nuclear Power Plants 
(ICAPP 08), Anaheim, CA, June 8-12, 2008 

[61] A. Kiss, E. Laurien, A. Aszodi, Y. Zhu: Numerical Simulation on a HPLWR fuel assembly flow 
with One Revolution of Wrapped Wire Spacers, submitted to Kerntechnik 

[62] E. Laurien, H. Wang, Y. Zhu, H. Li: Flow and heat transfer of a heated rod with a wrapped 
wire inside a channel, 4th International Symposium on Supercritical Water-Cooled Reactors, 
March 8-11, 2009, Heidelberg, Germany 

[63] Li, H., Wang, H., Luo, Y., Gu, H., Shi, X., Laurien, E., Zhu, Y.(2009): Experimental 
investigation on heat transfer from a heated rod with a helically wrapped wire inside a square 
vertical channel to water at supercritical pressures, Nuclear Engineering and Design 239, 2004-
2012 (2009) 

[64] Y. Zhu and E. Laurien: Numerical Investigation of Supercritical Water Cooling Channel Flows 
around  a Single Rod with a Wrapped Wire, , Int. Congr. On Advances in Nuclear Power Plants 
(ICAPP ’10) June 13-17, 2010. San Diego, CA  

[65] Y. Zhu and E. Laurien: Conjugate Heat Transfer to Supercritical Water Flowing around a Single 
Wire-Wrapped Rod, 8Th Int. Topical Meeting on Nuclear Thermal-Hydraulics, Operation and 
Safety (NUTHOS-8), Shanghai, China, Oct. 10-14, 2010 

[66] E. Laurien: Development of Numerical Wall-Functions to Model the Heat Transfer of 
Supercritical Fluids, Int. Congr. On Advances in Nuclear Power Plants (ICAPP ’10) June 13-17, 
2010. San Diego, CA 

[67] E. Laurien, M. Rashid, and D. M. McEligot: Heat Capacity Model for Turbulent Heat Transfer 
at Supercritical Pressure, Int. Conf. Multiphase Flow, ICFM-2007, Leipzig, Germany, July 9-
13, 2007 

[68] E. Laurien and Y. Zhu: Application of a pdf-Turbulence Model to the Heat Transfer of 
Supercritical Water, 8Th Int. Topical Meeting on Nuclear Thermal-Hydraulics, Operation and 
Safety (NUTHOS-8), Shanghai, China, Oct. 10-14, 2010 

 
 
 



SYNTHESIS OF RESULTS FOR THE TEE-JUNCTION BENCHMARK 
 

John Mahaffy 
WheelSmith Farm, USA 

 
 
 

 

Introduction 
 
Because of the relatively large number of benchmark submissions, an extremely large number 
of possible comparisons with data and between submissions are possible.  As a result data 
reduction and plotting were all accomplished with a Python script to control the total level of 
effort.  In the end most of the man-hours expended in this synthesis dealt with initial problems 
in the submissions and trying to make sense of the plots produced by the script.   
 
The range of observations made during the synthesis was restricted by two factors.  The work 
was a part-time, unpaid effort by a single individual, and within the context of CFD the 
amount of information available for analysis was relatively small.   Anyone wanting a more 
detailed picture of the benchmark than presented here should also read the detailed description 
of experimental results and papers produced by benchmark participants. 

Available Data 
All data presented in this paper is property of Vattenfall Research and Development AB and 
has been used with their permission. 
 
Vattenfall provided time averaged temperature and temperature fluctuations for all 
thermocouples.  They are located at 0º, 90º, 180º, and 270º, two, four, six, eight, and ten 
hydraulic diameters downstream of the tee junction, and at 0º and 180º, fifteen and twenty 
hydraulic diameters downstream of the tee junction.  In addition time dependent temperature 
readings were provided two and four hydraulic diameters downstream of the tee junction at 
the four angular locations, at 0º, 180º, and 270º six diameters downstream, and at 0º, 90º, and 
180º eight diameters downstream. This data was collected every five milliseconds for three 
hundred seconds. 
 
Vattenfall provided PIV data at 1.6, 2.6, 3.6, and 4.6 hydraulic diameters downstream of the 
tee junction.  Time averaged and RMS fluctuations were provided for the x and z velocity 
components (U and W) along a vertical line through the center of the pipe at the four x 
locations. Time averaged and RMS fluctuations were provided for the x and y velocity 
components (U and V) along a horizontal line through the center of the pipe at the same four 
x locations. Reynolds stresses were also provided along these lines.  The number of values 
provided for each velocity component on each line varied a bit, but was roughly 35. 
 
Time dependent PIV information was provided at the same four downstream locations, but 
only for a restricted number of points.  All three velocity components were provided on the 
pipe centerline.  The x and z components (U and W) were provided at y=0 and z = ±35mm, 
and the x and y components provided at z=0 and y = ±35mm.  PIV data was sampled 60 times 



per second for 12 seconds, and two independent 12 second samples were provided for each 
velocity component at each location.  Time duration was limited by storage capacity for the 
digital images. 
 
Because of the PIV data's sparcity, standard visualization techniques cannot be applied to 
characterize flow oscillations resulting from the side leg injection.  However, Fourier analysis 
of the transient thermocouple and PIV data provides useful information for comparison with 
transient CFD results. Fourier spectra from both data and CFD tend to be noisy, so all results 
presented in this paper have been smoothed with a running average from five results before to 
five results after the actual result at a given time.   
 
For experiments in the same facility with flow ratios (cold inlet volumetric flow divided by 
hot inlet volumetric flow) of 1 and 2, Odemark et. al report peaks  in the temperature 
transforms at  3 Hz and 4 Hz respectively. The flow ratio for this benchmark is 1.5 and 
discrete Fourier transforms of thermocouple data at x=2D,  270º, x=4D,  90º and  270º show a 
distinct peak at approximately 3.5 Hz (e.g. Figure 1).  Weaker peaks are visible in transforms 
of transient data from thermocouples at x=2D, 90º, and x=6D, 270º.  No other thermocouple 
data showed this peak. 
 

 

Figure 1  Thermocouple Spectrum at x=4D, 270º 

 
Since the velocity field drives the temperature distribution, peaks are expected, and found, in 
transforms of some of the PIV data.  Strong peaks are seen around 3.5 Hz at all four 
downstream locations for U (x component) at z=0 and y = ±35mm and for V (y component) 
on the centerline (see Figure 2 and Figure 3).  Strong peaks are also seen for V 3.6 and 4.6 
hydraulic diameters downstream of the junction at z=0 and y = ±35mm.  Weak peaks appear 



to be present for U on the centerline at all four x locations and at y=0, z = ±35mm for x = 
3.6D and 4.6D. 
 
There is some indication of organized oscillations in the range of 4-6 Hz, and below 1 Hz.  
However, short duration of the PIV samples and the weak and infrequent occurrence of peaks 
above 4 Hz do not justify any conclusions at this time.  
 

 
Figure 2  Velocity x-component Spectrum at x=1.6D, y=-35mm, z=0 

 



 

Figure 3  Velocity y-component Spectrum at x=3.6D, y=0, z=0 

 

Simple Metric for Comparison 
 
Given the relatively large number of submissions and even larger number of possible 
comparisons between experiment and calculation, a good starting point was needed for the 
synthesis of results. A very simple metric was chosen to quickly compare the relative quality 
of the CFD calculations.  For any given curve (e.g. x component of velocity along a vertical 
line through the pipe center) the metric is defined as: 
 

∑
=

−=
Ni

ii DC
N

M
,1

1
, 

 
where N is the total number of CFD results in the curve, Ci is the ith result from the CFD 
calculation and Di is the experimental data at the same location.  In cases where reported CFD 
and experimental results are not co-located, a simple linear interpolation is applied to the 
experimental data to get an estimated value at the location of the specific CFD result. 
 
These metrics were generated for all benchmark submissions using all comparisons of time 
averaged velocity components, RMS velocity fluctuations, time averaged temperatures, and 
RMS temperature fluctuations.  No attempt was made to compare time dependent results in 
this way. 
 



Ranking of submissions was done separately for comparisons related to velocities and for 
those related to temperatures.  For each application of the metric the 29 submissions were 
assigned a rank from 1 (lowest metric value) to 29 (highest metric value).  After all 
comparisons were completed, those associated with velocities were summed to provide one 
summary score and those associated with temperature were summed for a second summary 
score.  The ranking of time averaged y-component of velocity was not included in the final 
score.  Because of the symmetry plane in the experiment, this time average should in theory 
be zero.  However, in practice, small non-zero values should be expected, and Figure 4 
suggests that small unreported asymmetries in the experiment result in non-zero values. 
 

 
 
The final ranking for velocity based comparisons is shown in Table 1 and ranking based upon 
temperature comparisons is shown in Table 2.  A lower score is a better result, but remember 
that the ranking method was just intended as a rough way to extract useful information from 
the results.  Better metrics are available, and with some study, better ways of weighting the 
metrics between data sets could be constructed. 
 
Detailed conclusions are not possible without a detailed review of nodalizations.  However, at 
least two features standout immediately for the velocity based comparisons.  For the same 
selection of turbulence model, total number of discrete volumes is generally a good indicator 
of quality. This suggests that most participants were reasonably careful in their selection of 
mesh within the constraints of available computer resources.  Also, for roughly the same 
number of volumes, the SAS-SST appears to be significantly under-performing LES with 
Dynamic Smagorinsky or WALE.  Other results show that SST is performing well, so 

       
Figure 4: Time Averaged y-component of Velocity at x = 2.6D 



problems with quality of results are probably due to SAS.  This is explored in more detail 
below.  
  
 

Table 1   Submissions Ranked by Comparison to PIV Data 

Submission 
Velocity 
Score Code Turbulence Volumes 

S20 75 FLUENT LES, Dyn. Smagorinsky 70.5M 
S2 166 Fluent 12 LES, Dyn. Smagorinsky 34M 
S8 178 STAR-CCM+/3.06.006 LES-Wale SGS 13.2 M 
S4 184 Fluent 6.3.26 LES, Dyn. Smagorinsky 5.8M 
S24 212 OpenFOAM 1.6 LES, Dyn. Smagorinsky 8 M 
S21 247 Nek5000 LES, spectral damping 21M 
S16 270 Fluent 12 LES-WALE 7.7M 
S3 311 CFX5 v12 LES, WALE 0.97M 
S11 312 CFX LES-Wale 3.4M 
S19 322 FLUENT 12.1 SST-kw 11M 
S18 349 CFX DES-SST 2.4M 
S14 358 CABARET ILES 1.8M 
S17 374 OpenFOAM 1.6 LES, 1eqn. Dyn. eddy 0.28M 
S9 375 Advance/FrontFlow/red v4 LES-Smagorinsky 4.1 M 
S22 404 Star-CCM+ LES 4.4 M 

S6 408 STAR-CCM+/3.06.006 LES-Wale 9.3 M 
S26 432 FLUENT v12.1 LES - Dynamic KE SGS  7.2 M 
S27 446 STAR-CCM+ V2F 0.62 M 
S23 458 CFX LES-WALE 1.9 M 
S10 477 Fluent 12 LES-Smagorinsky-Lilly 0.92M 
S5 531 Saturne LES, Dyn. Smagorinsky 6.2M 
S25 585 TransAT LES-WALE 2.5 M 
S1 589 Fluent LES 4.5M 
S7 603 CFX SAS-SST 5.0 M 
S15 605 CFX SAS-SST 2.3M 
S13 706 CFX 12.0 SAS-SST 1.1M 

S12 712 MODTURC_CLAS k-epsilon/RNG 0.89M 
S29 719 CFX SAS-SST 1.0M 
S28 772 STAR-CCM+ Dynamic Vreman 3.7M 

 
   

Table 2  Submissions Ranked by Comparison to Thermocouple Data 

Submission TC Score Code Turbulence Volumes 
S21 36 Nek5000 LES, spectral damping 21M 
S16 45 Fluent 12 LES-WALE 7.7M 
S8 48 STAR-CCM+/3.06.006 LES-Wale SGS 13.2 M 
S4 57 Fluent 6.3.26 LES, Dyn. Smagorinsky 5.8M 
S22 72 Star-CCM+ LES 4.4 M 
S23 78 CFX LES-WALE 1.9 M 
S5 81 Saturne LES, Dyn. Smagorinsky 6.2M 
S2 82 FLUENT 12.1 LES, Dyn. Smagorinsky 34M 
S20 82 FLUENT LES, Dyn. Smagorinsky 70.5M 
S19 83 FLUENT 12.1 SST-kw 11M 
S14 88 CABARET ILES 1.8M 
S25 88 TransAT LES-WALE 2.5 M 
S18 93 CFX DES-SST 2.4M 



Submission TC Score Code Turbulence Volumes 
S10 105 Fluent 12 LES-Smagorinsky-Lilly 0.92M 
S26 105 FLUENT v12.1 LES - Dynamic KE SGSl 7.2 M 

S6 110 STAR-CCM+/3.06.006 LES-Wale 9.3 M 
S17 121 OpenFOAM 1.6 LES, 1eqn. Dyn. eddy 0.28M 
S7 124 CFX SAS-SST 5.0 M 
S11 138 CFX LES-Wale 3.4M 
S1 139 Fluent LES 4.5M 
S24 151 OpenFOAM 1.6 LES, Dyn. Smagorinsky 8 M 
S9 164 Advance/FrontFlow/red v4 LES-Smagorinsky 4.1 M 
S15 164 CFX SAS-SST 2.3M 
S13 186 CFX 12.0 SAS-SST 1.1M 
S27 186 Star-CCM+ V2F 0.62 M 
S29 197 CFX SAS-SST 1.0M 
S3 201  CFX5 v12 LES, WALE 0.97M 

S12 224 MODTURC_CLAS-IST  k-epsilon/RNG 0.89M 
S28 232 STAR-CCM+ Dynamic Vreman 3.7M 

 
For those who prefer a metric based on root mean square error, the ranking and scores are 
very close to those above based upon a mean error magnitude.  For a root mean square based 
metric submissions S3 and S11 swap positions in Table 1, and submissions S19 and S20 swap 
positions in Table 2.  In both instances the scores only differed by one, so these are not 
significant changes. 
 

Performance on Time Averaged and RMS Velocity Components 
Figures 5 through 8 compare the submissions with the top four results rated by velocity.  
Quality judgments depend on the goals of an analysis.  For many purposes acceptable results 
for the averaged quantities can be obtained with far less that the 70 million volumes used in 
the LES analysis of submission 20. 
 
Note that the submission with the smallest number of volumes (S4, 5.8M volumes), fails to 
capture the shape of the time averaged U profile at x=4.6D, z=0.  While results from the other 
three LES calculations retain two slight maximums off-center, S4 has a maximum at or near 
the pipe centerline. 
 



 Figure 6: Time Averaged U at x = 1.6D, z = 0 

Figure 5: Time Averaged U at x = 4.6D, z = 0 



§ 

 
 

Figure 7: Time Averaged U at x = 1.6D, y = 0 

Figure 8: Time Averaged U for x = 4.6D, y = 0 



We've already seen in Figure 4 that results for time averaged V are poor, due to the symmetry 
about the y = 0 plane.  Figure 9 shows that results are not as close for time averaged W as 
already seen for time averaged U.  However, the basic shape of the curve is preserved by all 
calculations. 

 
 

Compare the quality of results for the RMS value of v in Figure 10 to those for time averaged 
V in Figure 4.  For these LES calculations it is normal to have reasonable predictions of RMS 
velocity fluctuations even when predictions of time averaged velocities are relatively poor. 

Figure 9: Time Averaged W for x = 1.6D, y=0 



 
 

The following six figures compare results from the best of the LES calculations using a 
dynamic Smagorinsky model to those from the best of the Scale-Adaptive Simulation 
approach with the Shear Stress Transport model (SAS-SST) along with those from use of a 
Detached Eddy Simulation (DES) model with SST, and a Very Large-Eddy Simulation 
(VLES) with an SST-kω turbulence model.  They correspond to Figures 5 through 10 for the 
LES runs. 

Figure 10: Time averaged RMS v for x = 1.6D, z = 0 



 

 

      
Figure 11: Comparison of Time Averaged U at x = 1.6D, z=0 

Figure 12: Comparison of Time Averaged U at x = 4.6D, z=0 



 

For Figure 11 the SAS-SST results have maximums that are significantly closer to the 
centerline than experimental or other CFD results.  The SST-kω analysis has significantly 
lower difference between magnitudes of maximums and the central minimum. The DES-SST 
does exceptionally well given the relatively low number of computational volumes (2.4M).  
For Figure 12 (x=4.6D, z=0) the SST-kω analysis has lost the double maximums, and SAS-
SST has a larger difference between the maximums and the central minimum. 

SAS-SST also shows distortions in time averaged U profiles along the z direction.  Values are 
lower than they should be below the centerline and significantly higher than they should be 
above the centerline at x = 1.6D (Figure 13).  At x = 4.6D the values aren't too out of line with 
data, but the shape of the curve is significantly different, retaining a central minimum (Figure 
14). 

 

Figure 13: Comparison of Time Averaged U at x=1.6D, y=0 



 

 

 

Figure 14: Comparison of Time Averaged U at x = 4.6D, y=0 

Figure 15: Comparison of Time Averaged W at x = 1.6D, y=0 



 
 

Problems with use of CFX and the SAS-SST turbulence model for this particular flow pattern 
suggest a need for better guidelines for use of this model.  Given the results for DES-SST 
with CFX, the guidelines might simply recommend use of the DES rather than SAS option for 
some range of flow conditions.  However, specific conclusions will require careful 
consideration of input details for submissions S7 and S18 not available in documentation 
requested for this benchmark exercise. 

Performance on Time Averaged and RMS Temperature 
Some significant shifts occur in ranking between Table 1 and Table 2.  However, much of that 
reflects the very similar behavior in results for the flow field over a wide range of 
submissions.  Figures 17 through 20 show that predictions of the time averaged component of 
velocity along the pipe are very close for the runs that are highest rank on velocity predictions 
(S20 and S2) and those with the highest rank on temperature predictions (S16 and S21). 

Figure 16: Comparison of RMS Fluctuations in V for x = 1.6, z = 0 



 

 

Figure 17: Time Averaged U at x=1.6D, z=0 

Figure 18: Time Averaged U at x = 4.6D, z = 0 



 

 
 

Figure 19: Time Averaged U at x = 1.6, y = 0 

Figure 20: Time Averaged U at x=4.6D, y=0 



Lower ranking on comparison with velocity data for submission 21 (a spectral element 
method) can be attributed to systematically poorer matches to the time averaged z component 
of velocity further downstream of the tee junction (e.g. Figure 21).  Lower ranking of 
submission 16 in Table 1 is primarily a result of slightly poorer comparison on RMS velocity 
fluctuations. 
 

 

Figure 21  Time Averaged W at x = 4.6D, y = 0 

 
 
Temperatures were reported in a non-dimensional form.  T* is the actual temperature minus 
the cold flow inlet temperature, divided by the difference between hot and cold inlet 
temperatures.  For this benchmark case the hot inflow temperature is 36oC and the cold is 
19oC. 
 
Figures 22 through 25 give experimental and calculated values for runs S21, S16, S20, and 
S2.  RMS fluctuations in T* are provided in Figures 26 through 29. 
 



 

 

Figure 23  Time Averaged Temperature at 90˚ 

Figure 22: Time Averaged Temperatures at Top of Pipe 



 

 

Figure 24  Time Averaged Temperature at Bottom of Pipe 

 
Figure 25: Time Averaged Temperatures at 270o 



 

 

Figure 26: RMS Temperature Fluctuations at Top of Pipe 

Figure 27: RMS Temperature Fluctuations at 90o 



 
 

 

Figure 29: RMS Temperature Fluctuations at 270o 

 

Figure 28: RMS Temperature Fluctuations at Bottom of Pipe 



Although S2 and S20 do well for the bottom thermocouple results, they have mixed more of 
the hot stream to other thermocouples nearer to the tee junction, explaining their lower rating 
for temperature results. 
  

Fourier Analysis 
The primary goal of Fourier analysis is to check for simulation of periodic low frequency 
flow oscillations.  A secondary goal is to compare the turbulence spectrum predicted by LES 
with that seen in data.  Comparison of calculations to experimental data or other calculations 
is a little tricky. For a meaningful comparison of amplitudes from the discrete Fourier 
transform, all data sets being compared should have the same time duration and same 
sampling frequency.  Because amplitudes generally drop rapidly with frequency, this analysis 
does not attempt to re-sample data sets at a set frequency.  This approximation does not have 
a significant effect on the primary goal of the analysis. 
 
Comparison of CFD results was much less automated than those presented in previous 
sections due to time requirements to assemble a good set of tools for spectral analysis.  
Twenty-nine plot sets were produced comparing transforms of each set of transient CFD 
results to the experimental data.  A long period of visual inspection followed, where notes 
were made of data locations (e.g. thermocouple 2D90, v on centerline at x=1.6D) with  
spectral peaks in both CFD and experimental data near 3.5 Hz.  Co-location of peaks does not 
imply a match in the height of the peaks. Finally the number of thermocouples with the match 
was totaled for each CFD calculation, and the same operation was performed for all available 
transient PIV information.   
 
Table 3 lists all submissions with more than 5 matches to peaks in PIV spectra near 3.5 Hz.   
 

Table 3  Number of Matches for PIV Peaks 

Label 
PIV 
Count Code Turbulence Duration 

Total 
nodes 

S4 27 Fluent 6.3.26 
LES, Dynamic 
Smagorinsky 15 s 5.8M 

S20 23 FLUENT 
LES-Dynamic-
Smagorinsky 23 s 70.5M 

S8 17 
STAR-
CCM+/3.06.006 LES-Wale SGS 28 s 13.2M 

S18 16 CFX DES-SST 13 s 2.4M 

S26 14 FLUENT v12.1 
LES - Dynamic Kinetic 
Energy SGS Model 18 s 7.2 M 

S6 14 
STAR-
CCM+/3.06.006 LES-Wale 10 s 9.3 M 

S1 13 Fluent LES 5 s 4.5M 

S17 13 OpenFOAM 1.6 
LES, 1eqn. Dynamic 
eddy 20 s 0.28M 

S19 12 FLUENT 12.1 SST-kw 10 s 11M 

S27 12 STAR-CCM+ V2F 5 s 
0.62 
M 



Label 
PIV 
Count Code Turbulence Duration 

Total 
nodes 

S2 11 Fluent 12 
LES, Dynamic 
Smagorinsky 20 s 34M 

S10 9 Fluent 12 LES-Smagorinsky-Lilly 14 s 0.92M 
S11 9 CFX LES-Wale 6.9s 3.4M 

S24 9 OpenFOAM 1.6 
LES-Dynamic-
Smagorinsky 5 s 8 M 

S25 9 TransAT LES-WALE 5.5 s 2.5 M 
S16 8 Fluent 12 LES-WALE 5.5 s 7.7M 
S21 8 Nek5000 LES, spectral damping 5.9 s 21M 

S5 8 Saturne 
LES, Dynamic 
Smagorinsky 5 s 6.2M 

S22 7 Star-CCM+ LES 6.2 s 4.4 M 
 
 
Although only minimal signs are seen of a peak in the temperature spectrum for the CFD 
results around 3.5 Hz, a significant number of peaks are seen there in the frequency spectra 
for U and V velocity components.  This indicates that some reproduction of the physical flow 
oscillations is present in CFD results. 
 
The count of matching peaks is only a partial measure of success in simulating flow 
oscillations; nearly all submissions in Table 3 had peaks in the spectrum for the y component 
of velocity (v) along the centerline.  Submission 5 is near the bottom of the list, but did fairly 
well matching the experiment at these locations (see Figure 30).  However, other details of the 
oscillations are different in this LES calculation from the experiment.  Spectral peaks seen 
halfway from the center to the wall along a horizontal line are missing from the calculation 
(see Figure 31).  However, the calculation has spectral peaks halfway from the center to the 
wall along a vertical line that are not present in the experiment (see Figure 32). It would be 
interesting to see how sensitive the oscillation mode is to relatively minor changes in 
nodalization or boundary conditions. 
 



 
 

 

Figure 30: Fourier Amplitudes for S5 and Data, v at x = 3.6D, y=0, z=0. 

Figure 31: Fourier Amplitudes for S5 and Data, u at x=3.6D, y=-35mm, z=0 



 

 
Submission 4 has a similar number of volumes and the same choice of turbulence model as 
Submission 5, but does a significantly better job capturing the periodic flow oscillations. The 
match of spectra for v on the centerline (Figure 33) is of similar quality to Submission 5, 
oscillations in the z=0 plane are at least partially captured (Figure 34), and spurious 
oscillations in the y=0 plane are absent (Figure 35).  Differences in experimental data spectra 
presented for the two submissions are due to different sample durations for the experimental 
data. 

Figure 32: Fourier Amplitudes for S5 and Data, u at x=3.6D, y=0, z=-35mm. 



 

 
Figure 34: Fourier Amplitudes for S4 and Data, u at x=3.6D, y=-35mm, z=0 

Figure 33: Fourier Amplitudes for S4 and Data, v at x=3.6D, y=0, z=0 



 
 
Nothing has been said about Fourier spectra of transient temperature results thus far due to the 
relatively weak peaks.  However, there is one phenomenon related to overall shape of the 
spectra worth noting.  At frequencies above about 10 Hz, LES calculations with higher 
numbers of volumes contain a frequency range with a flatter slope than the data (Figure 36).  
Note that Submission 21 uses spectral elements rather than a standard CFD approach, but 
shows the same trends as two finite volume calculations.  For smaller numbers of total 
volumes the spectra for the CFD results line up well with data until frequencies at which 
turbulence is not being well resolved and amplitudes drop rapidly (Figure 37). 
 
PIV data has not been provided very near to the thermocouples. Figure 38 provides the 
discrete Fourier transform of u at a nearby location.  The results from 70 million volumes, 6 
million volumes, and experimental data overlay well up to the cutoff of experimental results.   
However, discrete Fourier transforms of CFD results a millimeter from the wall show trends 
similar to those seen in Figure 36 and Figure 37, although not as pronounced.  Distortion of 
the basic turbulence spectrum near the wall is a possible cause of discrepancies above 10 Hz.   
 
Unfortunately, we did not collect details on approaches used for evaluation of the energy 
conservation equation and modeling of turbulent thermal conductivity.  There could be a 
mesh dependency in a common approach to modeling energy transport, or there could be a 
systematic difference in modeling approaches between those using 5-7 million volumes and 
those using more than 20 million. One argument for a mesh dependent effect is seen in Figure 
39.  The temperature spectrum for a STAR-CCM+ calculation using LES-WALE and 
approximately 13 million volumes falls between results presented in Figures 36 and 37. 
 

Figure 35: Fourier Amplitudes for S4 and Data, u at x=3.6D, y=0, z=-35mm. 



 
 

Figure 36: Flatter Spectrum with more Highly Nodalized LES Submissions 



 
 

 
Figure 38  Fourier Spectrum for u 

Figure 37: Closer Data Match with Fewer Volumes 



 

 

Figure 39 Results for 6, 13, and 70 Million Volumes 

 

Conclusions 
Results from the Fourier analysis confirmed the observation made for time averaged behavior 
that SAS-SST has some significant problems with this benchmark.  Submissions using this 
turbulence model did not do well enough matching spectral peaks to be included in Table 3.  
Hopefully some of the participants using this approach will perform follow-up studies to 
understand the source of problems and provide guidelines for future use. 
 
The relationship noted between number of computational volumes and ranking in Tables 1 
and 2 did not hold in Table 3.  Insufficient information is available to decide whether this is a 
question of care in nodalization, or sensitivity of flow oscillation modes to nodalization or 
boundary conditions.  Perhaps enough participants will publish results of post-benchmark 
sensitivity studies to improve understanding of simulation behavior and aid in creation of best 
practice guidelines for this class of problem. 
 
Two major lessons were learned during synthesis of benchmark results worth noting.  It was 
very difficult for participants to catch minor discrepancies between files submitted and file 
formats specified for the benchmark.  However, minor discrepancies generally halted the 
automated processing of results, and required significant time to correct.  The script driving 
production of plots should have been completed early in the process and provided to 
participants before they submitted data files, to guarantee compatibility of files with the 
script.  In addition information submitted on general features of calculations did not always 
follow the requested list of basic information, and as seen above the basic list was incomplete.  



Future benchmarks should consider providing a sample report in addition to the list of 
required information.  More time should be spent designing requests for a more detailed 
description of spatial discretization. 
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Abstract  
 
The high-speed camera had a rapid progress in early 2000s. The C-MOS chip camera now can record 
7,500 frames per second (fps) with 1M pixel image resolutions. We can capture 30,000fps images with 
VGA image resolution. These images have both of high-temporal and high-spatial resolutions. The 
two-phase flow and boiling phenomena are usually highly non-linear and need high-temporal and 
high-spatial resolutions to extract the physics. Therefore, the C-MOS based high-speed camera is the 
strong tool to extract the complicated basic structures of two-phase flows. 

One of the key issues of the two-phase flows is the moving boundary. High-speed camera is the strong 
tool to measure the moving boundary. On the image, both of the boundary motion and tracer particle 
could be simultaneously measured. Therefore, if the flow field were two-dimensional, only one high-
speed camera is needed to capture the structures. The interaction between the flow and moving 
component, e.g., bubbles, structures and droplets, were precisely evaluated using the Dynamic PIV 
system. 
 
1.  INTRODUCTION 
The rapid progress of the high-speed camera development in 2000s leaded the quantitative 
visualization technique to be time-resolved measurements. The high-speed camera and high-speed 
laser had been applied to Particle Image Velocimetry (PIV), Dynamic PIV(Okamoto, 2003). Thus, the 
high-temporal and high-spatial resolution velocity information can be captured with high accuracy. 
Huge amount of time-resolved accurate information can be easily obtained. The quantitative high-
speed visualization has two major directions, i.e., Application of high-speed camera to many flow 
fields and Post processing of huge amount of data. 
 
Using the high-speed camera and high-speed laser, two-dimensional or three-dimensional velocity 
information can be captured in the sampling frequency of around 10kHz. Just replacing the normal 
camera to high-speed camera, high-temporal resolution information can be very easily captured. The 
sampling frequency of LDV and HWA are also around 1~10kHz, so the high-speed PIV can capture 
the equivalent information of 10,000 LDV or HWA with two or three-dimension.  
Shinohara et al.(2006) applied the high-speed camera for micro-PIV measurement. They captured the 
transient micro-scale vortex at the oil/water interface. The high-speed PIV is very strong tool for micro 
structure analysis. Sugii et al. (2003) measured the red blood cell motion inside the mesenteric 
arteriole of living rat. Effects of heartbeat for the velocity distributions in 30μm arteriole were 
discussed. Jeong et al. (2006) measured the individual red blood cell (RBC) motion inside the 6μm 
capillary that is narrower than the RBC size itself. The relation between the RBC deformation and 
RBC velocity had been clarified. They also pointed out that the RBC entry to capillary was random 
process. 
 
For the three-dimensional measurement, holographic PIV system has been modified to using the high-
speed camera(Okamoto, 2004). The in-inline hologram of the particles were recorded onto the high-
speed camera, then the three-dimensional velocity distributions in 20mm x 20mm x 20mm cubic area 
were captured in 1kHz. The 3D-PTV technique had been measured by three high-speed cameras with 
70W pulse YAG laser with 1kHz to measure the time-resolved three-dimensional velocity distribution 
in  the 100mm x 100mm x 100mm cubic area(Hwang et al., 2005). 
 



For the micro-PIV, combining the vertical scanning direction system of microscope with high-speed 
camera, three-dimensional velocity distribution in 100μm tube were measured(Shinohara et al., 2005). 
The scalar property can be measured using high-speed camera. Ko et al. measured the density 
distributions using the speckle tomography technique with 3 high-speed cameras(Ko et al., 2006). 
For the two-phase flow experiments, the high-speed camera and Dynamic PIV system is the strong 
tool to verify the CFD codes. 
 
2. HIGH-SPEED VISUALIZATION ON DROPLET BOILING 
Someya et al. (2010a) experimentally investigated the Droplets impinging on a hot surface that is near 
the Leidenfrost temperature. Ejection of jets from the top of the droplet was observed during the 
transient interaction between the droplet and a hot wall. This phenomenon is called as jet ejection from 
droplets. When the bottom of the droplet initially impacts the hot surface, a jet is to be ejected from 
the top of the droplet. The jet ejection occurred only at low impact velocities and around the wetting 
limit temperature. It was not observed when droplets were dropped from large heights or when the 
surface was at a high temperature. 
 
Figure 1 shows the sequential images of the jet ejection phenomenon. Material was SUS304 and 
whose surface temperature was kept 260 deg. C, using the liquid metal pool. Water droplet with 2mm 
in diameter fell onto the heated SUS304 surface. The droplet attacking velocity was 0.48 m/s. Using 
the high-speed camera and halogen light illumination, the droplet image were recorded. The frame rate 
of the camera was 60,000 fps, and shutter speed was 1/250,000 sec, i.e. 4 ms. Figure 1 shows the time 
sequential images of the droplet after contacting the hot surface. The images were captured in every 
0.017ms (60,000fps). After contacting the surface, nothing happens during the first 0.1ms. However, 
the boiling may occur at the bottom of the droplet. Then, a small cloud of bubbles appears at 0.15ms at 
the bottom. The cloud moves to upward, keeping the droplet shape to be stable. The moving velocity 
is about 8 m/s. The cloud diameter is about 0.5 mm, thus, Reynolds number of the cloud is about 4000, 
i.e., turbulent. At 0.43ms, the cloud reaches the top of droplet, then, it ejects with entraining the liquid 
of the droplet. 
 
The mechanism of the jet ejection is not clear. The bubble is considered to be the vapour generated by 
the hot surface. It takes 0.15ms to generate the bubble. The time is thought to be the term to form a 
super-heated micro layer at the bottom of the droplet. Then, the nucleation at the droplet causes the 
rapid boiling to generate the vapor cloud. At this time, the temperature of surrounding liquid is not low, 
and the liquid does not move. Thus, the energy of vaporization pushes up the clouds relatively higher 
velocity. Although the cloud Reynolds number is 4000, the cloud moves very smoothly, without 
disturbing the surrounding liquid of droplet. The droplet surface is kept stable. Very small waves are 
visible, but it is caused by the pressure fluctuation of vaporization or contacting. 
 
The jet ejection can be observed in the small range of droplet velocity and surface conditions, incl. 
Surface roughness and temperature. Numerical simulation may confirm the above mechanism. 
However, because of the higher non-equilibrium condition, the CFD code could not simulate the 
phenomenon, yet. Although the phenomenon is micro-scale, the phenomenon affects on the splay 
cooling or post-dryout heat transfer in macro-scale. The mechanism of the phenomenon should be 
investigated. Without the high-speed camera, jet ejection phenomenon may not be discovered. The 
application of the high-speed camera to many multi-phase flows will be important to understand the 
complex phenomena. 

0.00ms 0.10ms 0.20ms 0.30ms 0.40ms 0.50ms 0.60ms  
Figure 1 High-speed camera images of jet ejection (Someya et al., 2010a) 



3. ESTIMATION OF PRESSURE FLUCTUATION AROUND MOVING BOUNDARY 

3.1 Experimental Setup 

As an example of the moving boundary, the self-induced oscillating cylinder has been evaluated. 
(Someya et al., 2010b) 
 
A double pulsed Nd:YLF 527-nm wavelength laser (Pegasas PIV, NewWave Research Inc.) was used 
as a light source. The output power of each laser head was about 7 W, i.e. 7 mJ/pulse at 1 kHz. The 
maximum repetition rate of the excitation of each laser head was 5 kHz, i.e. the double-pulsed laser 
with two heads could provide an image pair at 5 kHz max. The laser projected a sheet of light onto the 
central section of the circular cylinder. Particles of ion-exchange material of approximately 63 to 150 
µm in size, which absorbed fluorescent dye (Rhodamine 6G), were used as tracer particles.  
The particle images were captured using a high-speed camera (Fastcam APX-RS, Photron Ltd.). This 
camera was capable of capturing images with a resolution of 1024×1024 pixels at a sampling 
frequency of 3 kHz. The spatial resolution at 10 kHz was 512×512 pixels. Thus, using a frame 
straddling technique, the imaging system in the present study could capture image pairs at 5 kHz max. 
 
Figure 2 shows a schematic of the cantilever-mounted circular cylinder, 50 mm long and 10 mm 
diameter. One end of the circular cylinder is fixed using a stainless steel fixing pin, whilst the other 
end is free. Hammering tests were performed to estimate the cylinder‘s natural frequency. It was 
placed in quiescent fluid and hammered at 90° intervals around its circumference. As a result, the 
natural frequency was found to be f0=65 Hz. In addition, the reduced damping factor was Cn=2mδ/ρd2= 
1.56, where m is the structural mass of the cylinder (7.85x10-3 kg/m), δ is the logarithmic decrement, 
and ρ is the density of water (1.0×103kg/m3 at 20 °C).  
As shown in Fig. 2(a), the fixing pin was inserted deep into the rod forming part of the structure of the 
cylinder. Consequently, the material of the pin affects the damping factor and the Eigen frequency of 
the cylinder. The experiments were conducted with the reduced velocity in the range 1.8<Vr<4.0, at 
atmospheric pressure, and the Reynolds number was in the range 1.17×103<Re<2.6× 104. The reduced 
velocity Vr is dimensionless and is defined: 

df
VVr ⋅

=
0

       (1) 

where V is the mean upstream velocity of the test channel, f0 is the natural frequency of the cylinder in 
the quiescent fluid, and d is the outer diameter of the cylinder.  
Herein, a high temporal resolution PIV method was used to measure the velocity distribution of the 
flow around the circular cylinder, while the displacement of the cylinder was evaluated by image 
pattern matching.  
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(a) Side view       (b) Front view 

Figure 2. Schematic diagrams of the test section (Someya, 2010b) 
 



  
Figure 3 Area surrounding the acrylic (left) and MEXFLON (right) cylinders  

 
A transparent acrylic resin is widely used as a material for a solid structure in these kinds of 
experiments. The high transparency of acrylic resin is useful, especially in flow visualization. 
However, its refractive index is quite different from that of water. Consequently an acrylic structure 
like the cylinder may cast a shadow, resulting in measurement errors. To avoid this, the refractive 
indexes should be matched between the fluid and structure. Herein, the refractive index of the cylinder 
was matched to that of water by applying MEXFLON resin. The refractive index of MEXFLON, 
which has high transparency, is approximately equal to that of water (Water: 1.333, MEXFLON: 1.33, 
Acrylic: 1.4). Consequently, optical effects from the cylinder were minimized.  
Figure 3 shows photographic images around the acrylic and MEXFLON cylinders in water with 
suspended tracer particles. A sheet of laser light illuminates the cylinders. The image on the left shows 
the acrylic cylinder whilst on the right is the cylinder with MEXFLON resin. For the acrylic cylinder, 
the sheet of laser light is refracted at the cylinder surface resulting in a shadow behind the cylinder. 
Obviously, the tracer particles are invisible in this shadow. However, in the case of MEXFLON, there 
is no shadow and the tracer particles are uniformly visible.  
 

3.2 Velocity and pressure distributions around moving cylinder 

The Velocity distributions around the moving cylinder were measured using the PIV analysis. As the 
image pairs were sampled at 5 kHz, the temporal resolution was high enough to analyze the excited 
frequencies of the velocity field and of the cylinder with a relatively low, i.e. 65Hz. For the image 
processing, the uncertainties of the pattern matching and of the PIV analysis were higher than 0.1 
pixels per image pair. The minimum displacement of the vibrating cylinder was around 1.6 pixels 
across all experiments. The largest error was about 6.3%.  
Using the captured images, the instantaneous x-y positions of the circular cylinder were identified with 
the sampling frequency of 5kHz. The vibration amplitudes in the inline and cross-flow directions were 
calculated from the trajectories in the x and y directions, respectively.  
Figure 4(a) shows instantaneous velocity vectors and a contour map of vorticity at Vr=2.2, where the 
inline oscillation dominates that for the cross-flow direction. Symmetric twin-vortices are shed behind 
the cylinder, accompanied by inline vibration of the cylinder. Figure 4(b) shows the velocity and 
vorticity distribution at Vr=4.0, where the cross-flow vibration amplitude of the cylinder becomes large. 
Alternating vortices were shed behind the cylinder and were synchronous with the cross-flow 
oscillation. 
 

  
(a) Inline vibration mode     (b) Cross-flow vibration mode  

(Vr=2.2; Re=14,300).    (Vr=4.0; Re=26,000) 
[Symmetrical vortex pairs]   [Asymmetric vortex pairs] 

Figure 4 Instantaneous Velocity & Vorticity distributions for moving cylinder (Someya 2010b) 



The pressure distributions could be estimated with solving Navier-Stokes Equation using the PIV 
velocity data. Although the flow fields are three-dimensional, only two-dimensional information can 
be measured by PIV. With assuming the two-dimensional flow, the Navier-Stokes equation will have 
one unknown parameter, i.e., pressure.  

}{
Re
1})({2 VVV Δ⋅∇+∇⋅⋅∇−=∇ p  

The right hand side can be calculated by the 
PIV velocity data, thus, Poisson equation has 
been solved with considering the appropriate 
boundary conditions. The PIV data are usually 
obtained with the rectangular grid system. In 
the self-induced oscillation cylinder system, the 
boundaries are moving. Therefore, setting the 
boundary conditions are not so easy. In this 
study, the polar coordinate is used instead of 
Cartesian coordinate because of the cylinder 
shape. As shown in Fig. 11(a), the cylinder 
images are shown as circle shape. Figure 13 
shows the schematic procedure of the pressure 
analysis on the oscillating cylinder system. The 
centre of the moving cylinder is detected using 
the image analysis technique. The particle 
image is transferred to the polar coordinate 
system. Then, the velocity distributions are 
calculated using the transferred rectangular 
images using normal PIV technique.  
The right hand side of equation (2) can be 
rewritten with two-dimensional polar 
coordinate system as, 
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where p is pressure, u and v are the velocity components and r and θ are the polar coordinates. With 
using the obtained velocity vector, the above Poisson Equation has been solved under the appropriate 
boundary conditions, resulting in the pressure distributions. 
Figure 6(a) shows the temporal variation of the pressure distributions for the inline vibration mode, i.e., 
Figure 4(a), Vr=2.2; Re=14,300. The pressure at the upstream top position, (θ=π), shows the 
fluctuation during the oscillation cycle. While, the pressure at the side (θ=π/2, 3π/2), the high-pressure 
locations are moving to downstream side in the same phase. The blue dotted lines denote the motion of 
low pressure regions, which represent the vortex center. The pressure distribution clearly displays the 
in-line vibrations. 
Figure 6(b) shows the pressure distributions for cross-flow vibration mode, i.e., Figure 4(b), Vr=4.0; 
Re=26,000). The upstream top position (θ=π) has the almost constant pressure, which vibrates up and 
down, i.e., right and left in the figure. The blue dotted lines (vortex center) are not symmetrical, but 
periodically appears, in right and left sides (θ=0 and π). With the oscillation in cross-flow directions, 
the pressure distributions around the cylinder are clearly displayed.  
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Figure 5 Procedure of pressure calculation 



 
 

(a) in-line vibration condition.  
(Vr=2.2; Re=14,300). 

 
 
 

(b) cross-flow vibration condition.           
 (Vr=4.0; Re=26,000).                  

Figure 6 Pressure distribution around the moving cylinder in one cycle. 
 
 
4. HIGH-SPEED MEASUREMENT ON BUBBLE LIQUID INTERACTION 

4.1 Experiment 

In order to investigate the interactions between the bubble and surrounding liquid, the Shadow 
image technique and PIV technique had been combined (Tokuhiro et al., 1998). Replacing the 
conventional PIV system to Dynamic PIV, and Infrared Backlight to High-speed pulse infrared laser, 
the transient motion of the bubbles and fluids could be easily measured (Ishikawa 2007). Figure 7 
shows the schematic of the experimental setup. The simple air-bubble/water ejection tank had been 
used to check the applicability of the system. The Dynamic PIV system is the same with the previous 
section. Adding the high-speed camera and high-speed double pulse laser, we employed the high-
speed infrared pulse laser (HSI-1000, Japan laser Co.). The wave length of the infrared laser is 808nm. 
It can generate upto 2kHz pulses. Figure 8 shows the timing chart of these 3 lasers, 2 for PIV and 1 for 
Shadow. The PIV pulse lasers illuminated the flow field with green color laser sheet with frame 
straddling technique. Short time interval was about 0.1ms, while long one was 1.9ms, so that particle 
image interval between the odd and even frames was 0.1ms. The time interval was short enough to 
capture the tracer particle motion. The infrared laser had been controlled to illuminate the shadow 
image at the timing of just the centre of double PIV pulse lasers. As the tracer particle, same 
fluorescent particle with Rohdamin B had been used. With the high-pass optical filter, only the particle 
images could be recorded. The green light refracted at the bubble interface were not recorded onto the 
image. The bubble interface had been recorded by the infrared laser as a shadow image, because the 
high-pass optical filter passed the infrared light. Using only one high-speed camera, the particle image 
and bubble shadow image had been recorded simultaneously. Figure 9 shows an example 
instantaneous image. Both of the particle and bubble had been recorded clearly. Please note that the 



timing of particle and that of bubble had 50μs difference as shown in Figure 8. Using the image 
processing technique, bubble and particle images could be separated. For the fluid motion, the particle 
image had been analysed using PIV technique. The bubble motions had been analysed using the 
Particle Tracking Velocimetry (PTV). With combining the both information, the flow field and bubble 
motion had been evaluated. 

 
Figure 7 Schematic of bubble experiment Figure 8 Timing chart for simultaneous measurement 

(Ishikawa, 2007)                                                    (Ishikawa, 2007) 

       
Figure 9 Sample image   Figure 10  Example of measured velocity 

(Ishikawa, 2007)                                                    (Ishikawa, 2007) 
 

4.2 Proper Orthogonal Decomposition (POD) 

Using the high-speed PIV system, the temporal evolution of flow structures had been measured. For 
turbulent flows, the structures usually mean the “dynamically significant coherent vortical structures”. 
Proper Orthogonal Decomposition (POD) is well known as a non-conditional method for extracting 
coherent structures from the random turbulent flows. Implementation of POD requests at least 1 
spatial dimension measurement of the flow field. The POD analysis was useful to extract the coherent 
structures especially in the high time-resolved information. The coherent vortical structures in the 
bubble flow had been studied by 2- and 3-dimensional POD analysis. 
Bi et al. (2003) applied the 3D-POD onto the jet flow velocity information taken by the high-speed 
PIV system. The detail of the 3D-POD had been explained in the reference (Bi et al., 2003). Ishikawa 
et al. (2010) applied the technique onto the bubble flow. Figure 11 shows the power of the eigen mode 
for the 3D POD of the bubble flow. Lower spatial and temporal mode had a dominant power. 
Therefore, taking the lower mode of POD denoted the coherent structures. The POD analysis could be 
also considered to be the low-pass filter to eliminate the error taken by the experiments. The POD 
filtered velocity information will be applicable to compare the CFD results. Figure 12 shows the 



instantaneous velocity vector map for the liquid phase flow and POD first mode. Because the data had 
temporal variation, these figures should be shown as movie. In the paper, it is difficult to show the 
movie, instantaneous velocity map had been shown. Although the lack of temporal information, the 
first mode structure could clearly express the vortical structures. Usually, the PIV results contain 
measurement error. Also, the velocity is spatial and temporal filtered vector which represent the 
surrounding flow field in spatial and temporal directions. The POD filter is the spatial and temporal 
filter of the measured velocity information to eliminate the noise effects. While the fourier filter just 
eliminates the high-frequency fluctuation in temporal direction, the POD filter keeps the coherent 
structures in spatial and temporal directions. 

     
Figure 11 Eigen value for POD modes   (a) original data  (b) 1st mode 

                    (Ishikawa et al., 2010)     Figure 12Velocity map for liquid phase. 
(Ishikawa et al., 2010)                      

 
5. CONCLUSION 
 
For quantitative measurements and evaluation of two-phase flows, the C-MOS high-speed camera 
with high-spatial and high-temporal resolutions is the very strong tool. With controlling the camera 
and pulse laser illuminations, high accurate and high reliable data for CFD verification will be 
obtained. The temporal variation of the velocity distributions should be filtered using the POD 
technique to eliminate the noise for the experiments. The pressure distributions around the moving 
boundary could be also estimated using the velocity information. The quantitative and high-accurate 
information can be obtained using the high-speed visualization technique. The huge amount of the 
velocity information in temporal directions can improve the accuracy of the measured data. The data 
processing technique, i.e., post-processing technique, should be more carefully examined. Then, the 
verification data could be easily obtained. 
 
 

REFERENCES 

K Okamoto, “Dynamic PIV: a strong tool to resolve the unsteady phenomena,” Particle Image 
Velocimetry: Recent Improvements (Ed. M Stanislas et al.) Springer, (2003) 

K. Shinohara, Y.Sugii, A. Aota, A. Hibara, M. Tokeshi, T. Kitamori and K. Okamoto “High-speed 
micro-PIV measurements of transient flow in microfluidic devices,” Meas. Sci. Technol. Vol. 15 
(2004) 1965-1970. 

Y. Sugii, S. Nishio, K. Okamoto, A. Nakano, M. Minamiyama and H. Niimi "Red Blood Cell Velocity 
Field in Rat Mesenteric Arterioles Using Micro PIV Technique," Int. J. Vascular Biomedical 
Engineering, Vol.1, No.1, (2003), 24-31. 



JH Jeong, Y. Sugii, M. Minamiyama, K. Okamoto, “Measurement of RBC deformation and velocity in 
capillaries in vivo,” Microvasc. Res. 71 (2006) 212-217 

K. Okamoto, “Dynamic Holographic PIV,” International Workshop on Dynamic PIV, Tokyo, March 
23, 2004(2004) 

TG. Hwang, DH. Doh, K. Okamoto, “4D-PTV - Measurements of an impinged jet with a dynamic 3D-
PTV,” Jounal ofVisualization, 8  (2005) 245-252 

K. Shinohara, Y. Sugii, J.H. Jeong, K. Okamoto, “Development of 3D scanning micro particle image 
velocimetry system using a piezo actuator,” Rev. Sci. Instrum. 76 (2005) 106109 

HS Ko, K Ikeda, M Ishikawa, K Okamoto, YJ Kim, “Experimental analysis of high-speed helium jet 
flow using four-dimensional digital speckle tomography,” Exp. Fluids 40 (2006) 442-451 

S. Someya, S. Yoshida, K. Okamoto, Y. Li, M. Tange, M.M. Uddin, “Jet ejection from droplets near 
the Leidenfrost temperature,” Journal of Visualization, Vol.13, 41-47 (2010a) 

S. Someya, J. Kuwabara, Y. Li and K. Okamoto, “Experimental investigation of a flow-induced 
oscillating cylinder with two-degrees-of-freesom,” Nuclear Engineering Design, (2010b) in print  

A. Tokuhiro, M. Maekawa, K. Iizuka, K. Hishida and M. Maeda, “Turbulent flow past a bubble and an 
ellipsoid using shadow-image and PIV techniques,” Int. J. Multiphase Flow, 24, 1383-1406 (1998) 

M. Ishikawa, “Dynamic PIV measurement of bubble jet flow,” Journal of Visualization Soc. Japan, 
Vol.27, 265-269 (2007)  in Japanese 

W. Bi, Y. Sugii, K. Okamoto, H. Madarame, “Time-resolved proper orthogonal decomposition of the 
near-field flow of a round jet measured by dynamic particle image velocimetry,” Meas. Sci. 
Technol., Vol.14, L1-L5 (2003) 

M. Ishikawa, K. Irabu, I. Teruya, M. Nitta, “Temporal-spatial characteristic on a bubble jet flow by 
POD,” Journal of Visualization Soc. Japan, Vol.30, Suppl.1, 209-210 (2010)  in Japanese 

 



A-1 

Nuclear Energy CFD Application Management System 
 

Hyung Lee 
Bettis 

 
Kimberlyn C. Mousseau 

Idaho National Laboratory 
 

Abstract 
 
In modeling and simulation (M&S), it is virtually impossible to separately evaluate the 
effectiveness of the model from the data used because the results produced rely heavily on the 
interaction between the two. Both the data and the simulation are responsible for achieving the 
ultimate goal of providing defensible research and development (R&D) products and decisions. It 
is therefore vital that data verification and validation (V&V) activities, along with stringent 
configuration management, be considered part of the overall M&S accreditation process. In 
support of these goals is the Nuclear Energy CFD Application Management System (NE-CAMS) 
for nuclear system design and safety analysis. Working with Bettis Laboratory and Utah State 
University, a plan of action is being developed by the Idaho National Laboratory (INL) that will 
address the highest and most immediate needs to track and manage computational fluid dynamics 
(CFD) models and experimental data in an electronic database. The database will intrinsically 
incorporate the Nuclear Regulatory Commission (NRC) approved policies and procedures for 
quality. The quality requirements will be such that the model and data must conform to the 
quality specifications outlined by the NRC before they can be entered into the database. The 
primary focus of this database is CFD V&V for nuclear industry needs and will, in practice, serve 
as the best practice guideline that will accommodate NRC regulations. Such a database, along 
with a prescriptive methodology for how to utilize it, will provide the NRC with accepted CFD 
results that could potentially be used for licensing.  
 
Input from major organizations in government and industry have shown the need to develop a 
coordinated strategy at a national level to effectively accelerate the use of CFD for nuclear 
systems design and safety analysis.  The growth of CFD for nuclear applications is evident from 
publications, both in journals and conferences, where CFD is shown to be an essential tool in 
nuclear reactor design and safety analyses. The nuclear industry arguably has the most stringent 
and technically sophisticated regulatory body which carefully watches and scrutinizes not only 
the analysis results but even more so the tools used for such analysis.  It is critical that the applied 
CFD technology is brought to the level, through developments and demonstrations, such that the 
NRC will rule on requirements for using CFD in nuclear systems design and safety related 
applications and enforce them. To this end is the critical need for NE-CAMS, a CFD database 
that will incorporate the required V&V activities capable of producing results accepted by the 
NRC.   
 
NE-CAMS will incorporate data V&V as key precursors to the distribution of nuclear systems 
design and safety data, ensuring that these data are appropriate for use in a particular M&S 
application. Verification will be conducted to provide a level of confidence that the data selected 
are the most appropriate for the simulation and are properly prepared, i.e., they are complete, 
correct and conform to predefined procedures and requirements. Validation will ensure that the 
data accurately represent the real world activity that is being simulated, ensuring the analytical 
quality of the data. The level of detail and stringency applied against the data V&V activities will 
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be based on a graded approach principle; the higher the risk, the more rigorous the V&V 
activities. For the V&V activities to be complete, it will be necessary to scrutinize the physical 
and statistical properties of the extracted data during the overall process. Regardless of the 
specific technique or methodology, data V&V will be an important component of NE-CAMS. 

Introduction 
 
Over the past decade, there has been a worldwide increase in the use of modeling and simulation 
(M&S) for the analysis of nuclear reactors.  M&S provides a more affordable approach to 
scientific insights into a nuclear reactor than traditional testing and demonstration. With the 
advent of high resolution computing resources, modern information technologies and advanced 
modeling, government agencies, industry and academia are using M&S as means to virtually 
explore the physical structure and assess the performance of a nuclear reactor.  The Department 
of Energy Office of Nuclear Energy (DOE-NE), for example, is not only investing in these 
capabilities but has formally established a national M&S research, development and 
demonstration program referred to as the Consortium of Advanced Simulation for Light Water 
Reactors (CASL).  Similarly, in nuclear systems design and safety analysis, computational fluid 
dynamics (CFD) is one of several M&S tools that are increasingly being used to understand the 
operation and structural integrity of a nuclear reactor.  For CFD to be useful, however, the models 
in CFD codes, i.e., models for simulating turbulence, heat transfer, multiphase flows, chemical 
reactions, etc., and experimental data utilized to develop those models must be verified and 
validated to ensure the level of quality needed and expected for their intended use. To that end 
and in support of the general M&S accreditation process for the use of M&S in nuclear systems 
design and safety analysis, the effort to develop and implement the Nuclear Energy CFD 
Application Management System (NE-CAMS) was initiated. It is envisioned that NE-CAMS, 
when implemented, will serve as a readily accessible knowledge base and repository for critical 
CFD applications in nuclear systems design and safety analysis, including experimental data sets, 
CFD models and simulation input decks, to the nuclear energy community.    

NE-CAMS 
 
NE-CAMS is being developed by the Idaho National Laboratory (INL) with the primary 
objective of building a CFD database that collects, stores and maintains CFD models and 
experiment data for nuclear systems design and safety analysis. There are two key premises 
associated with this database, 1) a focus on CFD and experiments specific to the nuclear energy 
field and 2) work closely with the Nuclear Regulatory Commission (NRC) to define a best 
practice guideline that incorporates NRC regulations and policies. In the NE-CAMS project, 
verification and validation (V&V), uncertainty analysis and configuration control will be used to 
provide a methodical, industry-inclusive approach to developing and applying CFD technology, 
to the point that CFD models can be used as a qualifiable predictive tool for nuclear reactor 
design.  To achieve this, rigorous standards and support methods are required for CFD models 
(model development, qualification and application) experimental data (testing, data analysis, 
data/information storage). Availability of these models and their data, along with the associations 
between them, as implemented in NE-CAMS, will provide the basic technology needed to 
support the DOE-NE Advanced Modeling and Simulation Vision, i.e., “To rapidly create and 
deploy verified and validated nuclear energy modeling and simulation capability for the design, 
implementation, and operation of future nuclear energy systems to improve the U.S. energy 
security future.1   

                                                 
1 Larzelere, Alex R. Advanced Modeling and Simulation Facilities Requirements, Presentation, Office of Nuclear Energy, Fuel Cycle 
Management (NE-5) 
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NE-CAMS will be developed to satisfy several high-level primary goals, specifically to 

• Develop, implement, maintain and promote a database that incorporates CFD models and 
experiments involving relevant physical processes that span a parameter range of interest to 
the NRC. 

• Provide a selected set of data (experiments) that a CFD code must be benchmarked against 
before its results can be included in the database. 

• Standardize experimental and computational procedures from the perspective of data 
collection, processing, storage and qualification with the ultimately goal of maximizing and 
retaining the value of both the physical and numerical data.   

• Apply V&V activities against the models and data that result in well-defined, well-
characterized and defensible CFD analysis. 

• Develop knowledge-based tools and procedures, e.g., best practices, for industrial application 
of CFD. 

• Provide high performance computing and visualization support, including tools and utilities 
for V&V activities, data access and processing, and physics exploration. 

• Make the models, data and utilities available to the nuclear energy community via the web.   

• Include controls for security, integrity, and configuration management. 

The proposed NE-CAMS database will provide the foundation for identifying, collecting, and 
validating new experimental and high-fidelity CFD data that can be used for qualifying integrated 
performance and safety codes and ultimately used for NRC licensing. It will intrinsically 
incorporate NRC approved policies and procedures for quality. The requirements will be such 
that the data must conform to the quality specification outlined by the NRC before they can be 
entered into the database. Such a database, along with a prescriptive methodology for how to 
utilize it, will provide the NRC with accepted CFD results that can be used for licensing.  

Data V&V 
 
Today, most nuclear energy programs rely on expert knowledge to ensure that decisions 
are supported by the data of the type and quality needed and expected for their intended 
use.  This expertise is usually localized to the site or lab in which the data and/or models 
were generated, and is rarely codified and exported for more global application.  Because 
of the critical nature of nuclear engineering programs and the need to provide quality 
nuclear engineering data to a distributed community, the current expert-based V&V 
process must be expanded to include metadata, documenting the broader architecture that 
transforms physical observations to generalizations and meaningful insights. Without 
metadata, it is difficult to extract the meaningful information needed to create the 
knowledge to produce actionable insights and correct decisions.   

In the NE-CAMS project, to accomplish the goal of providing quality nuclear engineering data 
and the corresponding meta-data documenting the proper usage of data to a distributed 
community of users, a set of V&V activities will be defined and conducted during  the planning, 
implementation, and assessment phases of data collection. Specifically, the data quality V&V 
assessment workflow will include the following components: 

• Data origin and integrity checks 

• Data integration tags and metadata definitions 
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• Statistical data scrutiny, exploratory data analysis, and data mining approaches 

• Standard reference data, dimensional analysis, and scaling 

• Qualification of data generated from models 

• Adherence to appropriate data quality standards 
 
Thus, using a holistic approach with a strong emphasis on data V&V, the implemented methods 
(derived from different perspectives, e.g., physical, statistical, and engineering) could also be 
used to facilitate further use of the data for analyses. In addition, the V&V processes and methods 
used to achieve these ends must be defined and automated with a robust data integration 
environment that includes controls for security, integrity, and configuration management. 
 
One of the primary deliverables associated with the NE-CAMS project is the data management 
plan.  This plan will specifically describe the data analysis and management that will be done to 
support the modeling and simulation nuclear energy programs including descriptions of the data 
and collection and storage methods.  It will also describe the methods under consideration for 
data qualification and validation activities and data security.  
 
Data used in nuclear engineering projects have a configuration management (CM) burden that 
must be accommodated.  Part of that burden is due to the critical nature of the engineering tasks, 
but a large part is also due to the legacy data and the models and program codes derived from and 
applied to that data.  Thus, in this environment the nuclear engineering data CM activity must be 
an extremely disciplined operation that requires maintaining accurate records of all transactions 
involving the data.  An appropriate Configuration Management Plan (CMP) must therefore define 
the requirements and procedures necessary for all configuration management activities, including 
methodologies for generating configuration identifiers, controlling engineering changes, 
maintaining status accounting with time stamped logs for check-ins and check-outs, automatically 
triggering reviews and inspections upon detecting violations or discrepancies, and support for 
maintenance and longevity. 
 
While it is premature at this point to define the nuclear engineering data V&V CMP, a tentative 
outline of its contents includes: 

1. Definitions and acronyms 

2. Data domains, tags, identifiers 

3. Configuration Control Board (CCB) definition 

4. Baseline data pre-check-in procedures 

5. Data check-out procedures 

6. Modified data check-in procedures 

7. Procedures for modifying the CMP 

8. Forms and templates 
 
All the nuclear engineering data – with associated meta-data, models, and program codes – will 
be deposited into NE-CAMS using the proposed CMP and its associated CM tools, i.e., data will 
be supported and maintained under configuration and versioning control.     

Data V&V Methods and Tools 
 
The complexity of modern engineering systems, as well as the cost and difficulty associated with 
experimentally verifying system and subsystem design makes the use of M&S a future alternative 
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for design and development.  The predictive ability of simulations such as CFD and 
computational structural mechanics (CSM) has matured significantly. However, for numerical 
simulation to be used with confidence in design and development, quantitative measures of 
uncertainty must be available. As such, methods for assessing computational uncertainty are one 
of the focused areas of research for the computational science and engineering community.  In 
general, the approaches for dealing with computational uncertainty can be divided into method 
V&V, i.e., code verification and model validation, and prediction uncertainty quantification 
(UQ), i.e., solution verification, uncertainty analysis, uncertainty propagation and sensitivity 
analysis.  The generally accepted definitions for these terms are given below: 

Model V&V 

• Code verification – The process of gathering evidence that the mathematical model as 
implemented and its solution are correct. 

• Model validation – The quantitative determination that the model is an accurate 
representation of the real world for its intended use. 

Prediction UQ 

• Solution verification – The estimation of residual discretization error. 

• Uncertainty analysis – The identification and characterization of uncertainty sources. 

• Uncertainty propagation – The propagation of the uncertainty into the system response 
quantities. 

• Sensitivity analysis – The determination of the most important uncertainty contributors. 

The NE-CAMS as envisioned will include a suite of V&V and UQ methods and tools in support 
of the general M&S accreditation process for the use of M&S in nuclear systems design and 
safety analysis. As noted, the effort will initially concentrate on developing and implementing 
technically sound and V&V process-vetted, best practice guidelines for applying CFD analysis to 
obtain reliable and consistent results for nuclear systems design and safety analysis applications.  
Toward this end, a focused and system program for CFD V&V will be implemented as a part of 
the NE-CAMS.  In particular, a bottom-up approach for CFD V&V will be implemented where 
the assessments of fundamental, unit and separate-effects physics, flow configurations are 
performed to develop the large body of knowledge required to implement knowledge-based tools 
and procedures, e.g., best practices and design guidelines, for managing uncertainty and 
improving reliability of CFD analysis and simulations. In this approach, the flow field data 
obtained from validation experiments require a higher level of fidelity, resolution and 
documentation, including a complete and thorough description of the boundary and initial 
conditions driving the flows, the as-built geometry of the validation experiment and an 
appropriate uncertainty analysis of the experimental data. Datasets which meet these standards 
are termed validation-level datasets.  It is expected that over time, the amount of validation-level 
data in the NE-CAMS CFD V&V database and the knowledge gained from CFD V&V 
assessments will be sufficient to assure the accuracy of the associated CFD predictions over a 
wide range of applications with a minimal amount of additional, confirmatory physical testing. In 
time, automated and standardized CFD V&V methodology with associated best practices, design 
guidelines, and uncertainty quantification methods will provide a predictive capability in which 
sufficient confidence can be placed in CFD predictions that CFD analysis can replace large, semi-
scale physical testing and allow for designs to be developed using CFD up front in the design 
process.  

It is suggested that the current bottom-up approach for CFD V&V should create, over time, an 
extensive validation database that would be applicable to a wide variety of applications in nuclear 
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systems design and safety analysis. This validation database made up predominantly of physics-
based, unit and separate-effects physics validation assessments can then serve as a vehicle for 
developing and extending a generally applicable knowledge base from which validation to higher 
levels of confidence for a given application can be performed, as needed. In fact, as the validation 
database gets well populated with these more detailed, physics-based validation assessments, it is 
expected that extending an existing set of validation assessments to a specific application will 
become more straightforward and comparatively fewer validation assessments would be needed.  
In time, validation assessments for new applications will begin to systematically use and leverage 
existing validation assessments in the validation database so that synergy will be maximized and 
duplication and redundancy will be minimized. Thus, over time, the validation domain will begin 
to approach the application domain for large classes of thermal hydraulic analysis problems 
needed for nuclear systems design and safety analysis. 
 
This CFD V&V approach has some other significant and practical advantages.  First, because the 
underpinning validation assessments are performed predominantly at the base of the validation 
pyramid, one is dealing with simpler geometry and physics, which, in turn, makes the difficult 
tasks of a validation assessment more tractable. For instance, assessing and quantifying the 
uncertainty of computational results (grid convergence study and numerical uncertainty 
estimation) and experimental data (uncertainty analysis and propagation of uncertainty) are far 
easier tasks when one is dealing with the simpler geometries and flow physics at the lower tiers of 
the validation pyramid versus those at the top tiers. Second, because in this approach one is 
performing validation assessments with high-quality, high-resolution flow field data obtained 
from validation-level experiments, one is more likely to develop a better understanding of various 
physical phenomena embodied in the validation experiments. This better understanding of 
physical phenomena, in turn, can be used to develop knowledge-based procedures for applying 
CFD analysis or aid in developing physical models. As such, in this CFD V&V approach, the 
high-fidelity, high-resolution experimental data obtained from validation experiments can be used 
for other design related activities, such as physical modeling and methods development, in 
addition to validation assessments. Finally, the most important advantage of this CFD V&V 
approach is that it can foster and promote collaboration among interested parties and 
organizations in expanding the validation range of CFD analysis to cover a larger application 
space. In particular, because most of the flow geometries and unit or separate-effects physics at 
the base of the validation pyramid are not likely to be directly related to a proprietary application 
or design, interested parties are more likely to collaborate and share CFD V&V resources and 
knowledge. It is in everyone’s interest to have access to a well populated CFD validation database 
made up of fundamental, unit and separate-effects physics validation assessments to draw upon to 
support their CFD V&V efforts.   

Data Standards Clearing Committee 
 

A data standards clearing committee will be established to ensure that the data validation process 
has been completed per NE-CAMS policies and procedures. The committee is expected to meet 
at least annually with the specific and ongoing responsibility to:    

• Review the data quality objectives and ensure data that are entered into NE-CAMS meet the 
objectives. 

• Conduct a preliminary data review. 

• Ensure that strategies to address potential threats to the program’s success have been 
identified, costed and approved, and that the threats are regularly re-assessed. 
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• Be genuinely interested in the initiative to preserve experimental data and models, and the 
outcomes being pursued. 

• Review and steer NE-CAMS to ensure program feasibility and success. 

• Provide guidance to the development of NE-CAMS to ensure that the effort and expenditure 
are appropriate to stakeholder expectations. 

• Provide recommendations to address any issues which have major implications for NE-
CAMS. 

• Attend an annual oversight meeting and report findings that include an assessment of 
progress, recommendations to improve capabilities, and the risks associated with scope, 
schedule, and budget. 

Challenges 
 
There are several challenges associated with NE-CAMS that will need to be addressed.  First, 
because of the wide variety of thermo-fluid conditions in nuclear reactor thermal hydraulics, a 
large number of small scale, unit physics or separate-effects experiments will be required to 
develop the knowledge base and technical underpinning for V&V processes at the base of the 
validation pyramid.. Second, for large nuclear energy programs, the cost of designing, building 
and conducting the required set of separate-effects and integrated-effects experiments could be 
prohibitive to any one program.  Third, the resources needed to collect and process large, petabyte 
size, data sets and the infrastructure required to store and manage them are not readily available. 
Finally, proprietary information and data can be difficult to obtain and share, and in general 
cannot be shared with non-US citizens. 

Benefits of NE-CAMS 
 
Several benefits can be realized with the implementation of NE-CAMS.  

Globalization – with modeling and simulation programs being widely dispersed across industry, 
DOE national laboratories and universities, NE-CAMS will reduce the valuable time and 
resources that are wasted by recreating models that already exist and make available valuable data 
sets that have gone through a rigorous V&V process. 

Sharing of best practices – Millions of dollars per year could be saved by leveraging what 
geographically already exists, expanding modeling and simulation applications that have already 
been implemented and applying those models in similar situations elsewhere. 

Culture of quality – The widespread use of NE-CAMS creates an incentive to produce 
“benchmark-quality” products and encourages uncertainty quantification and best practices.  

Expertise – Applied expertise can enhance the value of M&S programs, making both the models 
and experimental data available will reduce the gap between hands on experience and modeling 
and simulation. 

These and other benefits foster improved problem solving and more rapid adaptation to program 
changes. 

3. Conclusion 
 
Because the nuclear energy community is geographically dispersed and fragmented, effectively 
communicating and collaborating with one another is difficult but this situation can be improved 
and further enhanced by making important and useful nuclear systems design and safety analysis 
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models and data readily available to the nuclear energy community through a trusted central 
exchange or repository. Thus, we recognize the strategic importance of implementing NE-CAMS 
and ensuring that it aligns with the business needs of the nuclear energy community.  And more 
precisely, the business case for establishing NE-CAMS is simple: Without a concerted effort to 
preserve, evaluate, document and disseminate existing nuclear systems design and safety analysis 
models and data, over time, they will be irretrievably lost; the money and resources invested to 
create them will be wasted and future generations will have to duplicate the R&D work to 
regenerate these models and data if nuclear energy is to be a factor in our energy future. 
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Abstract 
This paper presents CFD simulations of the boiling flow in a rod bundle with a Departure from 
Nucleate Boiling (DNB) condition at the end of the middle rod. “Large Water Loop” CHF 
experiments were used as a data set. The simulations were performed with multiphase code 
NEPTUNE_CFD V1.0.7. A simple criterion based on the void fraction at the wall was used for the 
CHF prediction.  
 Twenty one cases were selected from the data base and simulated on the coarse grid without 
grid spacers. The simulations were quite successful for cases with a low exit equilibrium quality. This 
method did not work for high exit equilibrium quality cases (Xeq>0.2). But these cases are most 
probably the dryout type of CHF while the numerical models were developed for DNB. 

Several cases were calculated with simplified grid spacers in the computational domain. 
Modelling of the grid spacers leads to higher mixing and to a slightly lower calculated maximum void 
fraction. The results suggest that this modelling approach could be used for simulating the critical heat 
flux in the geometry of a reactor fuel assembly.   
 The presented work was carried out within the 7th FP EURATOM NURISP project. 
NEPTUNE_CFD code is implemented in the NURESIM platform. 

1. INTRODUCTION 

The critical heat flux (CHF) condition is characterized by a sharp reduction in the local heat transfer 
coefficient which results from replacing the liquid with vapour adjacent to the heat transfer surface. If 
the surface heat flux is the independent variable, the condition manifests itself as a sharp increase in 
the surface temperature as the critical heat flux value is reached. The critical heat flux forms an 
important boundary for the performance of the heat exchange equipment. Determining the critical heat 
flux is one of the key issues in nuclear reactor safety. 
 The goal of the work presented in this report was to assess the capability of NEPTUNE_CFD code 
to simulate the boiling flow with the critical heat flux in rod bundle geometry. NEPTUNE is a 
multiphase CFD code developed jointly by EDF R&D and CEA. 
 This report follows on the work presented in our companion paper submitted to this conference: 
Vyskocil, L., Macek, J.: “CFD Simulation of Critical Heat Flux in a Tube”. 

2. THE LARGE WATER LOOP EXPERIMENTAL FACILITY 

The Large Water Loop (LWL) has been built at the Nuclear Machinery Plant, Skoda, Plzen Ltd., 
Czech Republic (see Bestion et al., 2006). The loop is non-active pressurised-water equipment with 
technological and thermal parameters corresponding to those of PWR. 

The CHF experimental facility (part of the Large Water Loop) has been designed for research 
into CHF in water flow through a bundle of electrically heated vertical rods (nineteen rods, 9.1 mm 
diameter, 12.75 mm pitch). The heated length is 3.5 m. The critical conditions were determined under 
constant pressure, inlet water temperature and mass flux and for a quasi steady-state by gradually 
increasing the heat input. 

The rods are modelled using hollow tubes with direct heating of the wall. The axial 
distribution of the wall heat flux is uniform while the radial distribution varies from a power 
coefficient of 1 for the central rod to 0.75 for the outer rods (see Fig. 1). 
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Fig. 1:  LWL – Bundle D: horizontal cross section 

3. MODELING BOILING FLOW UNDER CHF CONDITIONS 

This chapter briefly presents the generalized boiling model, which is implemented in NEPTUNE code 
and used for numerical simulations of CHF in the rod bundle. The same model was previously used 
for simulations of CHF in tube geometry. A description of the sub-models (interfacial momentum, 
heat and mass transfer etc.) as well as the results of CHF simulations in the tube can be found in our 
companion paper submitted to this conference (Vyskocil and Macek, 2010). 
 The boiling model simulates the onset of nucleate boiling, partitioning of the wall heat flux 
and interfacial liquid-vapour heat, momentum and mass transfer. Two phases are modelled: the 
primary phase is liquid and the secondary is vapour bubbles. The same pressure is shared by the two 
phases. Continuity, momentum and energy equations are solved for each phase. The “k-ε liq” model 
(Yao, 2004) is used for modelling the liquid turbulence; the flow of vapour is assumed to be laminar. 
The distribution of the mean bubble diameter in the flow is modelled using a one-group interfacial 
area transport equation with models for bubble coalescence and breakup. 

In order to account for a critical heat flux condition, the basic heat flux partitioning model by 
Kurul and Podowski (1990) was generalized as follows: 

( ) ( ) [ ]2
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where qwall is the total wall heat flux, qf  is the convective heat flux given to the liquid phase, qq is the 
quenching part, qe is the heat flux spent for liquid evaporation and qv is the diffusive heat flux given to 
the vapour phase. fα1 is the phenomenological function, which depends on the liquid volume fraction 
α1 (Lavieville et al., 2005). 
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The critical value for the void fraction is 8.01 ,1 =− critα . In our calculations, a local void fraction 

equal to 0.8 is used as a criterion for the CHF. Note that Weisman DNB criterion is a void fraction 
equal to 0.82 (Weisman, 1983). 
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4. SIMULATING CHF IN NEPTUNE 

4.1 Computational Grid 

The computational domain covers a 30° symmetric section of the actual channel (see Fig. 1). Only the 
3.5 m long heated section is included in the domain. The cutting planes are modelled as a symmetry 
boundary condition. Four versions of the computational grid were created – see Fig. 2.  
 

  
Coarse grid without spacers 

77,000 hexa cells 
boundary layers: 0.25mm 
(i.e. the first row of cells) 

Fine grid without spacers 
144,000 hexa cells 

boundary layers: 0.2 mm 

  
Coarse grid with grid spacers 

235,000 hexa cells 
boundary layers: 0.2 mm 

Fine grid with grid spacers 
414,000 hexa cells 

boundary layers: 0.15 mm 

Fig. 2:  Computational grids 

A coarse grid without spacers was used to simulate all selected data points. A fine grid was used to test 
grid independence. Both grids have the same resolution in the axial direction. 

The actual channel contains 7 grid spacers in the heated section – plates aligned with the flow. 
So as to assess the influence of the grid spacers on the results, several simulations were calculated on 
the coarse grid with simplified grid spacers. The actual grid spacers have braces that hold the rods in 
the correct position. These braces were omitted from the geometry so as to keep the total number of 
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cells within reasonable limits. A fine grid with spacers was then used to test grid independence. The 
shape of the simplified grid spacer is shown in Fig. 3. 

4.2 Calculation Procedure 

The actual experiments are quasi-steady. The inlet temperature, pressure and mass flux are constant 
and the wall heat fluxes are gradually increasing. The maximum temperature gradient is 2°C/min so 
the transients are too long to be calculated by NEPTUNE in a reasonable time. We decided to 
calculate the flow with steady boundary conditions (i.e. constant wall heat fluxes). 
 

 

Fig. 3:  Computational domain – exit part with simplified spacer grid 

 
The calculations were performed with 100% wall heat fluxes right from the beginning. When the flow 
rate (liquid + vapour) leaving the domain was equal to the inlet flow rate and the wall temperatures 
and other parameters were stabilized, we analyzed the results. Depending on the results, the wall heat 
fluxes were decreased or increased so as to find the interval of the wall heat fluxes in which the 
maximum void fraction exceeds the critical value of 0.8. 

5. TYPICAL RESULTS – SIMULATION WITHOUT GRID SPACERS  

This chapter presents the results of a simulation of Test 67 on a mesh without grid spacers. The results 
of other cases are similar. The parameters of Test 67 are: pressure 11.962 MPa, inlet temperature 
232.77 °C, mass flux 2054 kg/m2/s, CHF 1.315 MW/m2. 

In this case, if 100% wall heat fluxes were used in the calculation, the calculated maximum 
void fraction exceeded the critical value of 0.8 (Fig. 4) and the central rod wall temperature started to 
increase at the end of the heated section (Fig. 6, see arrow). Decreasing the wall heat fluxes to 90% led 
to a decrease in the void fraction below the critical value (Fig. 5) and there was no increase in the wall 
temperature at the end of the heated section (Fig. 7). 

 The simulation of this case was successful, because the predicted CHF was between 90 – 
100% of the experimental critical heat flux.  
 
Note: the calculation domain in the following figures is vertically shrunk for visualization (scale 1:20). 
The actual height of the computational domain is 3.5 m and the diameter of the rods is 9.1 mm. 

central rod (100% qw) 

inner rod (85% qw) 

outer rod (70% qw) 

symmetry 
plane 

simplified 
grid spacer 



  5 

 

Fig. 4:  Test 67: Void fraction [-], 100% wall heat 
fluxes, coarse mesh 

 

Fig. 5:  Test 67: Void fraction [-], 90% wall heat 
fluxes, coarse mesh 

100% wall heat fluxes: the wall heat fluxes used in the calculation were equal to those in the 
experiment. 

90% wall heat fluxes:    the distribution of heat fluxes was as follows – middle rod: 0.9·CHF, 
                                        inner rods: 0.9·0.85·CHF, outer rods: 0.9·0.7·CHF 
  

 

Fig. 6:  Test 67: Wall superheating above 
saturation temperature [K], 100% wall heat fluxes, 

coarse mesh 

 

Fig. 7:  Test 67: Wall superheating above 
saturation temperature [K], 90% wall heat fluxes, 

coarse mesh 

The colour map range was clipped to an interval of < 0, max > in Fig. 6. Zero means that Twall ≤ Tsat. 
For clarity, both figures have the same range. The maximum superheating in Fig. 7 is 18.6 K. 
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5.1 Solution Grid Independence Test 

 

Fig. 8:  Test 67: Void fraction [-], 100% wall heat 
fluxes, coarse mesh 

 

Fig. 9:  Test 67: Void fraction [-], 100% wall heat 
fluxes, fine mesh 

 
The same case was calculated on coarse mesh (77,000 cells) and fine mesh (144,000 cells). These 
meshes are displayed in Fig. 2. The above figures show a comparison of the calculated void fraction 
on coarse and fine mesh. 

Table 1:  Calculated maximum void fraction, Test 67: 

 100% wall heat fluxes 90% wall heat fluxes 
coarse mesh 0.816 0.732 
fine mesh 0.832 0.752 

  
It can be seen that the calculated void fraction distribution in the domain is almost the same on the 
coarse and fine mesh. The maximum void fraction is slightly higher on the fine mesh. CHF occurs 
between 90% and 100% of the experimental critical heat flux on both meshes. 
 

6. SUMMARY OF RESULTS – SIMULATIONS WITHOUT GRID SPACE RS 

The following tables summarize the results obtained on the coarse mesh without grid spacers. 
 
The calculation results with standard added mass force coefficient are not completely satisfactory in 
some cases; see for example Test 95 in Table 2. The use of added mass force coefficient by Zuber 
(1964) can improve the CHF prediction capability. On the other hand, the use of added mass force 
coefficient by Zuber leads to unstable solutions when the void fraction exceeds the critical value of 
0.8. “Unstable” means that the calculation does not converge and “blows up”. 
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Table 2:  LWL – summary of results – low exit equilibrium quality cases 

Test 
No. 

pout  Tin  Tsat G CHF Xeq qcalc/CHF αmax αmax 

  
[MPa] [°C] [°C] [kg/s/m2] [W/m2] [-]   

standard 
AM 

Zuber 
AM 

3 14.091 284.88 337.18 1350 781922 0.174 100% 0.813   
              90% 0.76 0.99 n 
              80%   0.706 

68 11.927 249.94 324.21 2062 1180507 0.077 100% 0.806 0.96 n 
              90% 0.733 0.779 

80 10.317 237.45 313.30 2458 1403022 0.076 100% 0.847   
              90% 0.789 0.89 n 
              80%   0.689 

83 10.088 269.31 311.64 2937 1217940 0.097 100% 0.828   
              90% 0.778 0.93 n 
              85%   0.788 
              80%   0.712 

87 16.098 151.22 347.85 979 1070983 -0.065 100% 0.711 0.702 
              110% 0.781 0.99 n 
              120% 0.863   

93 16.3 266.03 348.86 996 674477 0.096 100% 0.705 0.767 
              110% 0.774 0.98 n 
              120% 0.831   

112 13.858 300.41 335.86 4795 1646333 0.068 100% 0.681   
              110% 0.743 0.773 
              120% 0.796 0.94 n 

128 11.808 271.54 323.45 4274 1619992 0.029 100% 0.688 0.687 
              110% 0.76 0.94 n 

156 10.25 180.71 312.82 1548 1344101 0.080 100% 0.898   
              90% 0.836 0.96 n 
              80% 0.716 0.71 

157 10.347 181.42 313.52 2541 1894496 -0.003 100% 0.831 0.95 n 
              95%   0.93 n 
              90% 0.734 0.718 

158 10.095 180.71 311.70 3523 2338833 -0.051 100% 0.751 0.779 
              110% 0.901 0.95 n 

160 14.109 182.29 337.28 1559 1315680 -0.061 100% 0.711 0.727 
              110% 0.802 0.93 n 

69 11.913 269.7 324.24 2070 1023153 0.101 100% 0.804 0.91 n 
              90% 0.748 0.801 
              80%   0.653 

67 11.962 232.77 324.44 2054 1314987 0.058 100% 0.816 0.96 n 
              90% 0.732 0.761 

95 16.26 271.26 348.66 2060 1057812 -0.030 100% 0.557   
              110% 0.678 0.668 
              120% 0.76 0.96 n 

113 15.918 300.02 346.94 3798 1519479 0.039 100% 0.624 0.624 
              110%   0.725 
              120% 0.782 0.94 n 
 
The predicted CHF in the low exit equilibrium quality cases (Table 2) is in the range of 80-120% of 
the experimental CHF if the added mass coefficient by Zuber is used. 
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The meaning of the symbols in the tables is as follows. pout is the outlet pressure, Tin is the inlet 
temperature, Tsat is the saturation temperature, G is the mass flux. CHF is the experimental critical heat 
flux on the central rod and Xeq is the equilibrium exit quality calculated across the whole rod bundle. 
qcalc denotes the wall heat fluxes used in the calculation. For example, qcalc/CHF = 90% means that the 
heat fluxes used in the calculation were 0.9·CHF on the central rod, 0.9·0.85·CHF on the middle rod 
and 0.9·0.7·CHF on the outer rod (see the distribution of heat fluxes in Fig. 1). αmax is the calculated 
maximum void fraction. 
 
Standard AM means that the standard added mass force coefficient cAM = 0.5 was used in the 
calculation. 
Zuber AM means that the added mass force coefficient by Zuber (1964) was used in the calculation: 

v

v
AMc

α
α

−
+

=
1

21
5.0 , αv is the void fraction 

Symbol “n” denotes an unstable solution. 
 

Table 3:  LWL – Results – high exit equilibrium quality cases 

Test 
No. 

pout  Tin  Tsat G CHF Xeq qcalc/CHF αmax αmax 

  
[MPa] [°C] [°C] [kg/s/m2] [W/m2] [-]   

standard 
AM 

Zuber 
AM 

2 14.374 292.13 338.76 1236 725080 0.209 100% 0.826   
              90% 0.778 0.91 n 
              80%   0.75 

16 10.693 243.59 315.96 569 716068 0.554 60% 0.83   
              50% 0.71   

22 12.589 308.67 328.36 1225 625260 0.273 100% 0.904   
              90% 0.855   
              80% 0.814   
              70% 0.764 0.90 n 

41 12.497 230.95 327.80 503 648135 0.516 75% 0.853   
              60% 0.675 0.799 

155 9.922 182.66 310.42 518   798558 0.536 75% 0.897   
              60% 0.742   
 
The presented modelling approach does not work with high exit equilibrium quality cases (Table 3). 
But these cases are most probably dryouts while a generalized boiling model used in this work 
assumes a bubbly flow with a DNB-type of boiling crisis. 
 Unlike the simulations of CHF in the tube (Vyskocil, 2010), the CHF prediction method 
worked well for low pressure cases in the rod bundle (e.g. Test No. 83, 10.1 MPa) and low mass flux 
cases (e.g. Test No. 87, 979 kg/m2/s). In simulations of CHF in pipes, oscillating solutions were 
obtained for low pressure cases. The results were not satisfactory in low mass flux cases in a tube.   
 

7. SIMULATIONS WITH GRID SPACERS 

Several cases were calculated with simplified grid spacers in the domain. The influence of the grid 
spacers on the results is shown in the following figures. 

As expected, modelling the grid spacers leads to slightly higher mixing. The calculated 
maximum void fraction is lower than in the case without grid spacers. Note that the calculated 
maximum void fraction is below the CHF criterion in the case with grid spacers, however increasing 
the wall heat fluxes to 110% leads to a maximum void fraction of 0.849 which is above the CHF 
criterion. 
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Fig. 10:  Test 67: Void fraction [-], 100% wall 
heat fluxes, coarse mesh with grid spacers 

 

Fig. 11:  Test 67: Void fraction [-], 100% wall 
heat fluxes, coarse mesh without grid spacers 

 
Fig. 12 shows superheating of the wall above the saturation temperature when the wall heat fluxes 
were increased to 110% so as to create a CHF region in the calculation. The maximum void fraction is 
then 0.849. Note that there is a region with a sudden increase of wall temperature on the middle rod 
behind the last grid spacer (see arrow). The colour map range was clipped to an interval of < 0, 40K >. 
Zero means that Twall ≤  Tsat. 

 

   Fig. 12:  Test 67: Wall superheating above 
saturation temperature [K], 

110% wall heat fluxes,  
coarse mesh with grid spacers 

 

Fig. 13:  Test 67: Mean bubble diameter [m], 
100% wall heat fluxes,  

coarse mesh with grid spacers 
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Fig. 13 shows influence of grid spacers on the mean bubble diameter distribution. As the flow enters 
the grid spacer region, the bubbles break up. But just behind the grid spacer, the bubbles coalesce 
again. 
 
Table 4 summarizes the results obtained with grid spacers in the computational domain.  
 

Table 4:  LWL – influence of grid spacers on the results 
Test 
No. 

pout Tin Tsat G CHF Xeq grid qcalc/CHF αmax 

 [MPa] [°C] [°C] [kg/s/m2] [W/m2] [-]   std. AM 

68 11.927 249.94 324.21 2062 1180507 0.077 coarse, no GS 100% 0.806 
       coarse, GS 100% 0.774 

112 13.858 300.41 335.86 4795 1646333 0.068 coarse, no GS 100% 0.681 
       coarse, GS 100% 0.655 
       coarse, no GS 110% 0.743 
       coarse, GS 110% 0.725 

67 11.962 232.77 324.44 2054 1314987 0.058 coarse, GS 110% 0.849 
       coarse, no GS 100% 0.816 
       coarse, GS 100% 0.764 
       coarse, no GS 90% 0.732 
2 14.374 292.13 338.76 1236 725080 0.209 coarse, no GS 100% 0.826 
       coarse, GS 100% 0.826 
       fine, no GS 100% 0.855 
       fine, GS 100% 0.829 
       coarse, no GS 90% 0.778 
       coarse, GS 90% 0.775 

 
GS = grid spacers 
 

7.1 Solution Grid Independence Test 

The same case was calculated on the coarse mesh with grid spacers (235,000 cells) and on the fine 
mesh with grid spacers (414,000 cells). These meshes are displayed in Fig. 2. The calculated void 
fraction distribution in the domain is almost the same on the coarse and the fine mesh (see Fig. 14 and 
Fig. 15). 

The problem with the calculations with grid spacers is that the computational time drastically 
increases with the increasing complexity of the domain and the increasing total number of cells. 
Smaller cells in the domain require shorter time steps so as to fulfil Courant-Friedrichs-Lewy 
conditions. The calculation on the coarse mesh with grid spacers takes 8 days on 16 CPUs (Sgi Altix 
350, 1400 MHz Itanium) while the calculation on fine mesh with grid spacers takes 32 days on 16 
CPUs. 
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Fig. 14:  Test 2, Void fraction [-], 100% wall 
heat fluxes, coarse mesh with grid spacers 

 

Fig. 15:  Test 2, Void fraction [-], 100% wall heat 
fluxes, fine mesh with grid spacers 

8. CONCLUSIONS 

The capability of NEPTUNE_CFD code to simulate boiling flow with a critical heat flux in a bundle 
of heated vertical rods has been assessed. Large Water Loop CHF experiments were used as a data set. 
Twenty one cases were selected from the data base and simulated on coarse grid without grid spacers. 
The simulations were quite successful for cases with a low exit equilibrium quality. If the added mass 
coefficient by Zuber was used in the simulations, the predicted critical heat flux was within 80 - 120% 
of the experimental critical heat flux. Slightly worse results were obtained with the standard added 
mass coefficient. 

On the other hand, this method did not work for high exit equilibrium quality cases 
(Xeq > 0.2). These cases are most probably a dryout type of CHF while the numerical models were 
developed for a DNB type of CHF. 

Several cases were calculated with simplified grid spacers in the computational domain. 
Modelling the grid spacers leads to higher mixing and to slightly lower calculated maximum void 
fractions. The major problem encountered in the simulations with grid spacers is a significant increase 
in CPU time. The results suggest that this modelling approach could be used to simulate critical heat 
flux in the geometry of a reactor fuel assembly. 
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Abstract 

 

The Nuclear Training Reactor of the Institute of Nuclear Techniques (Budapest University of 

Technology and Economics, Hungary) is a pool-type reactor with light water moderator and with a 

maximum thermal power of 100 kW. The fuel elements are cooled by natural convection. An 

experimental setup was built to analyse the behaviour of natural convection around a heated rod. The 

flow field was investigated using an electrically heated rod, which models the geometry of a fuel pin 

in the training reactor. The electric power of the model rod is variable between 0–500 W. The rod was 

placed in a square-based glass tank. PIV (Particle Image Velocimetry) and LIF (Laser Induced 

Fluorescence) measurement techniques were used to study the velocity and temperature field in a two-

dimensional area.  

The thermal and the hydraulic boundary layers were detected near a rod in a lower section of the tank. 

The laminar-turbulent transition of the flow regime was observed, the maximum velocity of the up-

flow was 0.025-0.05 m/s. From the temperature measurements the local heat transfer coefficient was 

estimated.   

1. INTRODUCTION 

 

The Nuclear Training Reactor of the Institute of Nuclear Techniques has light water moderator and 

cooling, and has a maximum thermal power of 100 kW. The core is built of EK-10 fuel assemblies 

with 10% enrichment. The EK-10 fuel assemblies are 10 mm in diameter, with an active length of 

500 mm and an inactive length both in the upper and the bottom part of the fuel rods. The reactor core 

consists of 369 fuel rods in a square lattice, the lattice pitch is 17 mm. 

The flow regime around the fuel rods is governed by natural convection. In certain operation states the 

cooling system injects colder water below the core, but even in these cases natural convection ensures 

the cooling of the fuel rods. The reactor tank contains 8.5 m
3
 of water.   

New safety analyses programs are under development in the Institute of Nuclear Techniques. The 

investigations showed that the process of the reactor excursion and the maximum energy release are 

determined basically by the efficiency of the natural convection around the rods, the velocity of the 

cooling water and the heat transfer coefficient. The goal of this paper is to help these programs by 

measuring the natural convection around a vertical heated rod.  

A new experimental setup consisting of a model of a EK-10 fuel pin was built. PIV technique (Particle 

Image Velocimetry) was used to measure the two-dimensional velocity field, and LIF (Laser 

Introduced Fluorescence) technique was used to investigate the temperature field near the rod in the 

two-dimensional area.  

In this study the experiment setup and measurement results are presented. 
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2. EXPERIMENTAL TECHNIQUES AND SETUP 

 

In this section the experimental setup will be introduced. The velocity field was investigated with PIV 

technique (Raffel 2007). Small particles with a diameter of 50 μm were seeded to the water, the 

density of which is equal to the water density. Therefore, the velocity of the particles represents the 

velocity of the coolant. A fluorescent dye was added to the water too, the fluorescence intensity of the 

dye is proportional to the temperature. The fluorescence dye was Rhodamine B. Two cameras were 

used during the experiments, therefore it was possible to measure the temperature and the velocity 

field simultaneously.    

 

 
Fig. 1: The experimental setup 

 

2.1. Experimental Setup 

 

The experimental setup is shown in Fig. 1. There is a glass tank, which has the shape of a square-based 

prism. The height of the tank is 1m and the dimensions of the square are 0.15 m × 0.15 m. The 

electrically heated rod is placed in the middle of this tank, the rod is 0.15 m from the bottom. Spacers 

hold the rod in the centre of the tank in vertical position. The effect of the spacer on the flow is 

negligible.  

The electrically heated rod has an active length of 500 mm and variable electric heating power with a 

maximum of 500 W. The rod is 700 mm long. It has an inactive length of 100 mm both in the upper 

and the bottom part. The diameter of the rod is 10 mm.  The active length of the model is the same as 

the active length of the real fuel rods. 

The laser beam is converted into a vertical planar light sheet, which is perpendicular to the tank wall 

and directed to the vertical axis of the rod. The two cameras are perpendicular to the laser sheet. The 

cameras and the laser and therefore the detected field can be shifted along the vertical axis. 

A double cavity Nd:YAG laser was used with a wavelength of 532 nm, and the two CCD cameras 

with 1600 × 1200 pixels. The PIV camera was used in “double frame mode”, which allowed making 
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two images with very short time difference. The camera lens of the PIV camera was covered by a band 

pass filter around 532/533 nm. The lens of the LIF camera was covered by a high pass filter around 

570 μm. The PIV camera detected only the scattered laser light, and the LIF camera recorded only the 

fluorescence light of Rhodamine B (Sakakibara, Adrian 1999 and Meyer 2002). 

A vertical thermocouple line consisting of eight thermocouples was added to the setup. The 

thermocouple line allows us to control the temperature during a measurement, and helps to calibrate 

and check the LIF data. The coordinates of the thermocouples are in Table 1. The thermocouples 

measured the temperature with frequency of 1 Hz.  

 

Table 1.: The position of the thermocouples in the tank 

Number of the thermocouple t_01 t_02 t_03 t_04 t_05 t_06 t_07 t_08 

x coordinate (mm) 29 36 42 49 55 61 67 73 

y coordinate (mm) 11.50 11.50 11.50 11.50 11.50 11.50 11.50 11.50 

z coordinate (mm) -40 -40 -40 -40 -40 -40 -40 -40 

    

The collection and the processing of data, the synchronization of the devices were controlled by 

computer. The data analysis for PIV was performed using the commercial software package Dantec 

Dynamics v2.10 (Dantex 2008). The data analysis for LIF was performed using a self-developed C++ 

codes named lif_calibration and lif_calculation.  

2.2. Natural Convection 

 

The study of the natural convection near vertical surfaces is an extensively investigated area, because 

natural convection can be observed in technical applications as well as in the nature (George, Capp 

1979 and Tsuji, Nagano 1988). Both theoretical and experimental research is widespread. Fig. 2 shows 

the character of the natural convection near a heated vertical plate.  

In order to determine the flow characteristic around the heated vertical rod the Rayleigh number (Ra) 

has to be calculated (Gersten 1992). If         , the flow is laminar, if         the flow is 

turbulent.  

 

         
  

  
(     ) 

  (1) 

 

 
Fig. 2: Standard geometry for natural convection near the vertical plate 

 

The letters are used as follows: 

 

o Gr: Grashof number 

o Pr: Prandtl number 
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o g: acceleration of gravity 

o    : surface temperature 

o   : fluid temperature far from the surface 

o  : kinematic viscosity 

o  : thermal diffusivity 

o  : thermal expansion coefficient 

o  : linear length of the system. 

 

The Rayleigh number was calculated for this experiment series. The surface temperature was 

measured with thermocouple, the value is           . The Rayleigh number was calculated by 

equation (1), in our case Ra = 1.07∙10
11

, therefore a turbulent natural convection flow is expected next 

to the rod.   

The Nusselt number can be calculated by equation (2) from the Rayleigh number. This equation is true 

in natural convection with high Rayleigh number.  

 

               (2) 

 

Heat transfer coefficient (α) can be derived from the definition of Nusselt number (3). 

 

   
   

 
 (3) 

  

In this case the heat transfer coefficient is independent from the linear length of the system. The value 

of the average heat transfer coefficient is:       
 

   
 in the experimental setup.   

 

2.3. Velocity Measurement (PIV) 

 

For the experiments the flow was seeded with polyamide particles of 50 µm diameter. Preliminary 

measurements showed that the expected absolute value of the velocities is of order of magnitude 

0,001-0,02m/s. Therefore the time between laser pulses was set to 10000 μs. Data processing 

technique was adaptive correlation method of Dantec Dynamics. The final interrogation area was 

16 × 16 pixels (0.62 mm × 0.62 mm), starting at 256 × 256 pixels. The overlaps of the interrogation 

area in the horizontal and vertical direction were 50-50%. 

Hundred images were made consecutively with the frequency of 10 Hz. The mean of ten sequential 

velocity fields was calculated, the results of the experiments were these velocity fields for every 

measured second.   

 

2.4. Temperature Field Measurement (LIF) 

 

The LIF measurement technique is designed to determine a temperature field in a planar cross section 

of a flow field. The necessary devices of the experiment are a laser, a CCD camera, and temperature 

sensitive marker in the water. In this study Rhodamine B fluorescent dye was used.  

The temperature sensitive marker Rhodamine B was excited by the same laser, which was used for 

PIV measurement. The intensity of the local fluorescent light depends on the Rhodamine 

concentration, the exciting laser power as well as the temperature of the water. Therefore it is 

necessary to keep the laser power, the concentration and the experimental geometry fixed. The 
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calibration of the LIF data is indispensable before each measurement. The inhomogeneity of the laser 

beam can be eliminated by doing the calibration for each pixel individually. The calibration lines for 

each pixel were calculated by program lif_calibration at seven calibration temperatures with least 

squares fitting. The self-written lif_calculation program performed the proceeding of calculation. 

Hundred images were made, with frequency of 10 Hz. The LIF images are mean pixel value images of 

one hundred successive images. This procedure was applied for both the LIF calibration and 

evaluation.  

Seven temperature fields were used for the calibration of the LIF data, the temperatures are shown in 

Table 2.  

 

Table 2.: Calibration temperatures 

calibration temperature (˚C) 18.1 25.0 27.7 30.6 34.1 38.5 40.7 

 

2.5. Measurement Procedure 

 

The interest of the investigation was the natural convection near of the rod, and the detection of the 

hydraulic and thermal boundary layers. Therefore the detection area was chosen in vertical plane as it 

is shown in Fig. 1. The setup was symmetrical hence it was enough to investigate the half of the tank.  
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Fig. 3: The temperature data of the thermocouples in the tank during continuous heating 

 

The aim of the measurement is to analyse the heating process while applying maximum heating power 

(500 W). Our goal was to have scanning with very fine resolution, therefore the detected area was 

restricted to a close area near the rod. Z = 0 mm plane was the investigated area. Several 

measurements were made along the height of the tank. Each measurement started with turning on the 

heating. The heating was continuous for 10-30 minutes. The temperature and the velocity field were 

measured every two minutes with a frequency of 10Hz, for 10 seconds. One of the experiments was 

chosen to be presented in this study. During the measurement ambient water temperature was 

measured with the thermocouple line. The data of the thermocouples are shown in Fig. 3. By this 

measurement the heating period was between t=0s and t=780s. The end of the measurement was at 

t=910s.   



6 

 

The temperature of the ambient water was constant for about 300 seconds at x = 49 mm. The flow can 

be considered stationary for 300 seconds.  

Each thermocouple recorded a period of constant temperature. The length of this period depends on 

the vertical location of the thermocouple. The thermocouples above 61 mm had an intensive noise. At 

the lowest levels the temperature increase is smoother. The thermocouples below 36 mm do not show 

any increase in temperature.  

The detected area was 464 – 511 mm from the bottom of the tank. The right side of the area was at the 

rod surface, and the width of the pictures was 60 mm.  

The heating procedure was the same as above. The heating started at 0 s, and it stopped at 780 s. 

Table 3. shows the summary of the measurements, each one took 10s, and the sampling frequency was 

10 Hz. The velocity and the temperature fields were measured simultaneously. Six measurements were 

made during the heating, and two measurements were made after turning off the heating.  

 

 

Table 3.: Chronology of the experiment 

measurement p_l_01 p_l_02 p_l_03 p_l_04 p_l_05 p_l_06 p_l_07 p_l_08 

start time 0 s 120 s 240 s 360 s 540 s 660 s 780 s 900 s 

Electric power  500 W 500 W 500 W 500 W 500 W 500 W 0 W 0 W 

technique PIV, LIF PIV, LIF PIV, LIF PIV, LIF PIV, LIF PIV, LIF PIV, LIF PIV, LIF 

 

3. Experimental Results 

 

Fig 4. shows a temperature field of the measurement p_l_03 (t = 240 s ). Y coordinate shows the 

distance from the bottom of the tank. (The bottom of the rod’s heated part is at y = 250 mm.) The rod 

surface is at x = 70 mm, the wall of the tank is at x = 0 mm. Each measured temperature field is 

similar to the temperature field in Fig 4. The thermal boundary layer is visible near the rod in every 

image. The ambient water (further from the rod) has almost a constant temperature, but the upper side 

of the detected area shows lightly warmer areas. The difference is less than 2 °C. The velocity should 

be much lower, than the up-flow near the rod.  

     

 
Fig. 4: Temperature field, t = 240 s  
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For qualitative analyses Y = 490 mm line was chosen to investigate the results. The height of the 

fourth thermocouple was the same. The temperature data of sixteen continuous lines were averaged in 

this elevation (from 489.68 mm until 490.30 mm). In this way the same scanning was achieved as the 

scanning of the velocity field. The last three data for every horizontal line (3 pixels = 0.1 mm) were 

removed from the temperature curves, because a very strong laser light reflection caused non-physical 

results in this range. The temperature curves were extrapolated to the rod (this means 0.1mm) and a 

smoothing process was applied. Fig 5. shows the temperature distribution along a horizontal line for 

five measurements.  

Distribution along the detected area are shown in Fig. 5.a. The temperature of the ambient water can 

be investigated, and it can be said, that the temperature far from the rod is almost constant, and the 

value attend to the value of the fourth thermocouple. The boundary layers are shown in Fig. 5.b. The 

temperature has a similar distribution in each measurement. The boundary layer is about 3-4 mm 

thick.    
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 Fig 5.a: Temperature distributions Fig 5.b: The thermal boundary layers 

 

From the LIF results the local heat transfer coefficient was calculated along the y = 490 mm line. 

Newton’s Law of Cooling (4) was used. The heat flux was     
  

   in this case. The result of the local 

heat transfer coefficient is shown in Table 4.   

The order of magnitude of the heat transfer coefficient is in agreement with the theoretical expectation. 

Local parameters were used, therefore the value depend on the local characteristics of the flow. The 

assumption was that the flow in this location is laminar in the early measurements, then the flow 

becomes turbulent. The turbulent flow regime improved the heat transfer.  

 

 ̇    (       ) (4) 

 

Table 4.: The calculated local heat transfer coefficient 

       (°C)   (°C) 
α 

(W/m2K) 

t = 120 s 44 19.5 1298 

t = 240 s 65 20 707 

t = 360 s 41 22 1674 

t = 540 s 39 25 2271 

t = 660 s 40 27 2446 
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The results of the PIV measurements confirm the temperature measurements. The water far from the 

rod flows down, the values are 0.0005-0.001 m/s, and the flow velocity is constant in time. Near the 

rod there is an up-ward flow, with a maximum value of 0.02-0.05 m/s.  

The hydraulic boundary layer can be investigated based on the two dimensional velocity fields. The 

measurement p_l_01 started when the heating was turned on. The evolution of the boundary layer was 

detected. Fig. 7.a show this process along the horizontal line y = 490 mm. The wide of the up-flow 

increased in time as well the maximum velocity of the boundary layer.  

  

 

 
 Fig. 6.a: t = 122 s, velocity field Fig. 6.b: t = 129 s, velocity field 

 

 

 
 Fig. 6.c: t = 242 s, velocity field Fig. 6.d: t = 665 s, velocity field 

 

  

The subsequent measurements show the development of the flow regime. Until t = 125 s the flow was 

laminar in the detected area. After that, the laminar – turbulent transition can be observed above y = 



9 

 

495 mm. Fig. 6.a and Fig. 6.b represent the change. In the lower part of the area laminar flow regime 

was typical for a long time, Fig. 6.c shows the same structure as Fig. 6.b. Time elapsed between the 

two images was more than two minutes. About six minutes after the start of the heating the turbulent 

nature of the flow can be observed in the lower section of the flow field. One example is Fig. 6.d. In 

this figure the up-flow has vortices, the flow is turbulent.   

In Fig. 7.a-g the velocity distribution are shown along a horizontal line y = 490 mm. Fig. 7.a shows the 

development of the boundary layer, Fig. 7.g shows the decreasing the up-flow after the heating process 

shut down. The hydraulic boundary layer has an almost constant width in the experiment, it is about 

10 mm. The turbulent regime is a little thicker. Maximum velocities are shown in Fig. 7.c, for 

measurement p_l_03. Mean value of the maximum velocity is 0.05 m/s. After that velocity decreases 

constantly, because the turbulent behaviour or the flow intensifies. In measurement p_l_06 the 

velocities are 0.017-0.028 m/s.  

The velocity distributions agree with the fluctuation of local heat transfer coefficient. A turbulent 

regime of the flow caused more intensive interaction between the up flow and the ambient water, the 

layer became thicker. As a consequence heat transfer is the more effective heat and velocities decrease 

in the boundary layer. Both the temperature and the velocity measurement confirm this conclusion.    
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 Fig. 7.a: p_l_01 Fig. 7.b: p_l_02 

0 10 20 30 40 50 60 70

0,00

0,01

0,02

0,03

0,04

0,05

0,06

V
e
lo

c
it

y
 (

m
/s

)

x (mm)

 242 s

 246 s

 249 s

0 10 20 30 40 50 60 70

0,00

0,01

0,02

0,03

0,04

0,05

0,06

V
e
lo

c
it

y
 (

m
/s

)

x (mm)

 361 s

 365 s

 368 s

 
 Fig. 7.c: p_l_03 Fig. 7.d: p_l_04 



10 

 

0 10 20 30 40 50 60 70

0,00

0,01

0,02

0,03

0,04

0,05

0,06
V

e
lo

c
it

y
 (

m
/s

)

x (mm)

 542 s

 550 s

0 10 20 30 40 50 60 70

0,00

0,01

0,02

0,03

0,04

0,05

0,06

V
e
lo

c
it

y
 (

m
/s

)

x (mm)

 663 s

 665 s

 
 Fig. 7.e: p_l_05 Fig. 7.f: p_l_06 

0 10 20 30 40 50 60 70

0,00

0,01

0,02

0,03

0,04

0,05

0,06

V
e
lo

c
it

y
 (

m
/s

)

x (mm)

 781 s

 786 s

 791 s

 901 s

 
Fig. 7.g: p_l_07 and p_l_08 

4. Conclusion 

 

Simultaneous measurements of velocity and temperature fields were performed applying a combined 

PIV and LIF setup to investigate natural convection around a vertical heated rod. The design and 

optimization of the experimental setup was achieved. One of the performed measurements is presented 

in this paper.  

The boundary layer was detected and the velocity and temperature distributions along a horizontal line 

were analysed. The evolution of the flow regime was observed in time from the start of the heating 

over the stop of the heating until the stationary state. The laminar – turbulent transition was identified 

clearly. The local heat transfer coefficient was calculated, the value match with the expectations. The 

velocity measurement and the temperature measurement complete each other, and are in accordance.  

The determination of both the velocity distribution and the heat transfer coefficient will be essential 

for future reactor excursion calculations of the Training Reactor.     
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Abstract 
During the course of a hypothetical severe accident in a nuclear Pressurized Water Reactor (PWR), 
hydrogen may be produced by the reactor core oxidation and distributed into the containment. Spray 
systems are used in order to limit overpressure, to enhance the gas mixing to avoid hydrogen 
accumulation, and to wash out the fission products. In order to simulate these phenomena with CFD 
codes, it is first necessary to know the droplet size and velocity distributions close to the outlet nozzle. 
Furthermore, since most of the phenomena relative to droplets (condensation, gas entrainment, 
collision) are of particular importance in the region below the nozzle, accurate input data are needed 
for real-scale PWR calculations. The objective is therefore to determine experimentally these input 
data. 
Experimental measurements were performed on a single spray nozzle which is routinely used in many 
PWRs. This nozzle is generally used with water at a relative pressure supply of 350 kPa, producing a 
mass flow rate of approximately 1 kg/s. At a distance of 20 cm, where atomization is just achieved, it 
is found that geometric mean diameter varies from 305 to 366 µm, Sauter mean diameter from 430 to 
600 µm and mean axial velocity from 14.1 to 18.4 m/s.  
 

1.   INTRODUCTION  

 
One of the main contributors to the containment early failure during a PWR severe accident is 
associated to the presence of hydrogen within the containment building. The hydrogen produced by 
the reactor core oxidation and released from the reactor coolant system could mix or accumulate in 
different parts of the containment. If the composition of hydrogen-steam-air mixture reaches a certain 
threshold, combustion could occur. In order to prevent such a risk, array of spray nozzles systems are 
positioned at the top of the containment. They are used to limit overpressure, to enhance the gas 
mixing and avoid hydrogen accumulation, and to wash out fission products and structure materials 
which can be released. The spray system efficiency may depend on the evolution of the droplet size 
and velocity distributions during their fall (Rabe et al., 2009), especially in the region just below the 
spray nozzle where most of the droplet phenomena occur: condensation (Mimouni et al., 2009), gas 
entrainment (Lavieville et al., 1995) and collision (Qian and Law, 1997, Rabe et al., 2010).  
Nozzles which are usually used for the spray system in many PWR have already been characterized by 
Powers and Burson (1993), using photographic and freezing methods, and Ducret et al. (1993), using a 
micro-video system. These data can be considered as a first approximation for this spray nozzle 
characterization. However, considering recent developments of CFD codes as well as experimental 
techniques involving laser diagnostics, improvement of this spray characterization is necessary and 
can now be achieved. The objective of this work is thus to provide a more detailed characterization of 
the PWR spray nozzle, in terms of spray shape, spray size and axial velocity distributions as close as 
possible to the nozzle outlet. Such measurements will give accurate and detailed boundary conditions 
for CFD numerical simulation spray of spray behaviour, which constitutes valuable improvement, 



Experimental Validation and Application of CFD and CMFD Codes to Nuclear Reactor Safety Issues (XCFD4NRS-3) 
Washington D.C., USA, 14-16 September, 2010. 

 2

since it is known that appropriate boundary conditions for CFD calculations are mandatory for 
relevant CFD calculations. 
 
2.   PWR CONTAINMENT SPRAY SYSTEMS 
 
Spray systems are emergency devices designed for preserving the containment integrity in case of 
severe accident in a PWR. The French PWR containments have generally two series of nozzles placed 
in circular rows (Coppolani et al., 2004). More precisely, for the 900 MWe PWR, there are exactly 
four rings of nozzles having the characteristics presented in Table 1. A schematic view of these spray 
rings and the associated spray envelopes are given in Fig. 1. 
 

Table 1: Characteristics of spray rings for the French 900 MWe PWR. 
 

 Height (m) Diameter (m) Number of nozzles  Estimated minimum 
distance between nozzles 

(m) 
1st Ring 54.8 10.0 66 0.5 
2nd Ring 54.2 14.8 68 0.7 
3rd Ring 52.3 22.5 186 0.4 
4th Ring 51.0 27.0 186 0.4 

 
 

 
Fig. 1: Spray rings and envelopes in a French PWR (not at scale). 

 
 
The nozzle type used in many PWRs, in particularly French 900 MWe PWRs, is the so-called 
SPRACO 1713A, distributed by Lechler (Fig. 2). This nozzle is generally used with water at a relative 
pressure of 350 kPa, producing a flow rate of approximately 1 l/s. The outlet orifice diameter is 9.5 
mm. The temperature of the injected water during a hypothetical nuclear reactor accident is either 
from 20°C or 60°C to 100 °C, depending on the kind of process (the 60°C to 100°C process is the so-
called recirculation mode).  
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Fig. 2: Spray nozzle SPRACO 1713A (Lechler). 

 
The droplet size distribution measured by Powers and Burson (1993) for this nozzle is presented in 
Fig. 3 and the one obtained by Ducret et al. (1993) in Fig. 4. These results can be considered as a first 
estimation of the size distribution. Nowadays, more information can be obtained using methods such 
as Phase-Doppler Interferometer (PDI), Diffractometry or Shadowgraphy. Furthermore, the advanced 
techniques as PDI allow the determination of the spatial distribution of the droplet size and velocity 
close to the nozzle outlet.  
 

 
Fig. 3: Droplet size distribution for the nozzle displayed in Fig. 2, as measured by Powers and  

Burson (1993) using photographic and freezing methods. 
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Fig. 4: Droplet size distribution measured by Ducret et al. (1993), at 6 m under the nozzle, with a 

micro-video system, for two relative pressure supplies ∆P. 
 
3.   EXPERIMENTAL FACILITY 
 
The experiments have been carried out at the Von Karman Institute (VKI) in Belgium, in the VKI-
Water-Spray facility sketched in Fig. 5. The set-up is composed of a hydraulic circuit supplying, for 
those experiments, a single spray nozzle with a flow-rate of 1 l/s at 350 kPa. The pulverized water is 
collected in a 12 m3 pool. The position of the spray nozzle may be changed using a monitored three-
axes carriage.  
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Fig. 5: VKI water-spray experimental facility. 
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The measurement of the spray characteristics requires a technique such as the light diffraction, 
shadowgraphy or Phase-Doppler Interferometry (PDI). The latter was chosen since it provides local 
high resolution information about the spray drops. Indeed, PDI measures the size and velocity of drops 
passing through an optically defined probe volume (Bachalo and Houser, 1984). The laser light source 
of the present ARTIUM PDI system is a continuous-wave He-Ne laser. The laser probe volume is 
formed by the intersection of two laser beams, depicted as blue lines on Fig. 5. The off-axis angle 
(scattering angle), at which the receiving optics unit is placed, is 30°. 
PDI can only measure droplets of spherical shape. In order to determine where atomization is 
achieved, visualization has been performed with a Phantom high-speed camera used with a resolution 
of 800x600 pixels at a frequency of 4796 Hz, with an exposure time of 10 µs. The spray close to the 
nozzle outlet, where atomization occurs, is illuminated from the back in order to obtain consistent and 
machine readable images.  
 
 
4.   EXPERIMENTAL RESULTS 
 
 
4.1. Global spray characterization 
 
A spray is usually created by the instability of either a liquid jet or sheet at the outcome of the nozzle 
(Dumouchel, 2006). When surface forces become weaker than inertial forces, atomization occurs: the 
liquid jet/sheet breaks into filaments that shatter into droplets. The high-speed visualization shows that 
the distance from the nozzle exit at which most of the liquid is atomised into droplets (for a relative 
pressure of 350 kPa) is approximately at 20 cm as depicted in Fig. 6. Therefore, it can be anticipated 
that at such a distance, PDI measurements of droplets are reliable. It is also noticed that the spray is 
not symmetrical, the droplet density being higher on the right side. This observation is probably due to 
the inner geometry of the nozzle shown in Fig. 2. 
 

 
Fig. 6: High-speed camera imaging of the nozzle SPRACO 1713A at a relative pressure of 350 kPa. 

 
It is also found, as by the nozzle manufacturer, that the SPRACO 1713A nozzle creates a hollow cone 
spray. No droplets are found in the core of the spray. The annular ring, in which droplets are found, is 
characterized by the internal and external diameters of the annulus, which are, respectively, about 18 
and 26 cm at a 20 cm distance from the nozzle outlet (Fig. 7).  
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Fig. 7: Annular cross-section of the hollow cone spray at a 20 cm distance from the nozzle outlet. 

 
The spray angle is found to be around 60° (Fig. 8). 
 

 
Fig. 8: Estimation of the spray angle. 

 
 
 
4.2. Description of the measurement points 
 

PDI measurements of droplet size and velocity distributions are performed at 20 cm from the nozzle 
outlet. Eight measurements points, separated by 45° angles, are chosen at a radial position situated at 
the centre of the annular ring as described in Fig. 9. 
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Fig. 9: Position of the measurement points in the cross-section of the hollow cone spray, as viewed 

from the top. 
 

For each measurement point, droplet size and axial velocity distributions, are measured three times 
(three different days). 
 
 
4.3. Drop size distribution  
 
Size distributions measured at different angles at a distance of 20 cm from the nozzle outlet are 
presented in Fig. 10. For each graph of this figure, the three size distributions corresponding to the 
three day tests are given, as well as an “average” distribution obtained from the three others. This 
averaging has no physical meaning but helps to visualize the shape of the size distribution. Two main 
conclusions can be drawn from Fig. 10:  

- the shape of the droplet size distribution at each position is rather repeatable from test-to-test; 
- this shape is rather similar for all positions on the annular ring of the spray envelope. 
 

For each measured size distribution, global spray features, as the Geometric Mean Diameter D10 or the 
Sauter Mean Diameter D32, are calculated. Their evolution with the azimuthal angle is plotted in  
Fig. 11 and Fig.12 respectively. On these figures, the specified diameter for each test is given, as well 
as the average of this diameter on the three tests. These figures show that the tests exhibit good 
repeatability, even if small differences can be observed: the D10 diameter changes slightly with the 
angle position, from around 300 µm to 350 µm, and the Sauter mean diameter changes from around 
400 to 600 µm. Two reasons may explain this dissymmetry:  

- the liquid flow inside the spray nozzle is not symmetrical, since the inner geometry of the 
nozzle is not symmetrical; first CFD calculations with the CFX commercial code seem to 
confirm this effect; 

- an experimental bias can also occur: depending on the measurement position, the laser beam 
has to cross more or less spray, and the gain of the receiver has to be adjusted so that this 
could influence the detection of the smallest or biggest droplets. The calculations of the mean 
diameters can then be modified by the presence of those smallest or largest droplets. This is 
why the use of the size distribution as an input data appears to be more accurate than the use 
of an average diameter in order to characterize the spray in CFD codes. 
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____ : Test 1, ____ : Test 2, ____ : Test 3, ____ : Average 

 
Fig. 10: Experimental droplet size distributions at 20 cm from the nozzle outlet for an angle of a) 15°, 

b) 60°, c) 105°, d) 150°, e) 195°, f) 240°, g) 285°, h) 330°. 
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Fig.11: Geometric Mean Diameter D10 for different angles around the annular section of the spray 
envelope, at 20 cm from the nozzle outlet. Error bars represent the dispersion over the mean value. 

 

0

100

200

300

400

500

600

700

0 100 200 300

Angle (°)

D
32

 (
µ

m
) Test 1

Test 2
Test 3
Average

 
Fig. 12: Sauter Mean Diameter D32 for different angles around the annular section of the spray 

envelope, at 20 cm from the nozzle outlet. Error bars represent the dispersion over the mean value. 
 
The experimental size distributions can be approximated with a log-normal distribution, as it can be 
seen in Fig.13 for two different angular positions. The same kind of results is observed for all the other 
angular positions. 
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____ : Experimental average distribution, ____ : Log-normal fitted distribution 

Fig. 13: Experimental average and fitted log-normal droplet size distributions at 20 cm from the nozzle 
orifice for an angle of 15° (left) and 240° (right). 
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4.4. Axial velocity distribution 
 
Measurements of the droplet axial velocity have also been performed at a distance of 20 cm from the 
nozzle orifice. Normalized results are plotted in Fig. 14 and fitted with a Gaussian distribution 
function presented in the same figure. The average value of the axial velocity around the annulus of 
the spray envelope is given in Fig. 15. It can be observed from those figures that: 

- the shape of the axial velocity distribution at each position is very repeatable from one test to 
another; 

- this shape is rather similar for all positions on the annular ring of the spray envelope; 
- the axial velocity distribution at this position can be approximated by a Gaussian function 

(Sellens and Brzustowski, 1986);  
- the mean droplet axial velocity varies with the angle position, probably due to the nozzle inner 

geometrical dissymmetry and the resulting swirling behaviour of the spray discussed earlier;  
- the mean axial velocity varies from 14.1 to 18.5 m/s; associated experimental relative 

uncertainties have been estimated to be between 1 and 4 %. 
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Fig. 14: Droplet axial velocity distribution and Gaussian fitting at 20 cm from the nozzle orifice for an 

angle position of a) 15°, b) 60°, c) 150°, d) 195°, e) 285°, f) 330°. 
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Fig. 15: Mean value of the axial velocity for different angles around the annular section of the spray 
envelope, at 20 cm from the nozzle outlet. Error bars represent the dispersion over the mean value. 

 
4.5. Radial velocity 
 
Experimental measurements were only performed on the axial velocity of droplets, since a 1D PDI 
was used. However, an approximation can be given using the angle of the spray cone and the axial 
velocity (Fig. 16). On the Fig. 8, the angle of the cone is estimated at a value of 60°, and the mean 
value for the droplet axial velocity, at 20 cm from the nozzle outlet, is about 16.8 m/s  
(Fig. 15). Radial velocity is therefore given by )tan(αzr vv =  with °= 30α . The radial velocity is 
found to be equal to about 10 m/s. 
 

 
Fig. 16: Estimation of the droplet radial velocity, from the angle spray cone  

and the droplet axial velocity. 
 

 
5.   CONCLUSION 
 
Measurements of hydrodynamic characteristics of a real-scale spray nozzle (SPRACO 1713A) used in 
many PWRs, have been performed for the first time ever in terms of droplet size and axial velocity 
distributions. The detailed information obtained is now available as input data for CFD simulation. 
Measurements have been conducted as close as possible to the nozzle outlet, i.e. at 20 cm from the 
nozzle orifice, where the atomization process appears to be completed, as observed experimentally 
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with a high-speed camera. Droplet size and velocity distribution have been obtained for typical 
conditions used in nuclear reactors, i.e. a relative pressure supply of 350 kPa. 
Observations show differences across the spray section, in terms of droplet mean diameters and 
droplet mean axial velocities. These differences are supposed to be mainly due to the inner geometry 
of the nozzle which leads to a non symmetrical liquid flow just at the outlet of the spray nozzle. It is 
also found that the droplet size distribution can be well fitted by a Log-Normal distribution and the 
droplet axial velocity distribution by a Gaussian distribution. It is recommended to use these 
distribution functions as input data for CFD calculations of real-scale sprays in nuclear reactors.  
Further improvements in the analysis of these experimental data will include the velocity-size 
correlation and the axial velocity distribution for each droplet class. Other experimental data can also 
be obtained, in particular the radial and ortho-radial droplet velocities which are important quantities 
for the determination of the droplet cross-trajectories that lead to droplet collision. 
All these results are of particular importance to determine the input data for sprays in real-scale PWR 
calculations, since most of the phenomena relative to droplets (condensation, gas entrainment, 
collision) are enhanced in the region below the spray nozzle.  
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Abstract 
A commercial CFD code was applied, for validation purposes, to the simulation of the spacer grid of 
Atucha-II coolant channel. The calculations were aimed at evaluating the pressure drop across the grid 
during the normal operation. Two types of grid were simulated, i.e. the so-called “elastic spacer” and 
“rigid spacer”, which are made from different materials and have totally different geometries. Both 
designs are planned to be adopted in Atucha-II reactor. 
The numerical results were compared with the measured data obtained from experiments performed at 
the High Pressure Test Laboratory in the Atomic Centre “Ezeiza”, in Argentina. The spacer grids used 
for the experiments are exact replicas of those to be installed at Atucha-II. According to the Best 
Practice Guidelines recommendations, several calculations were performed to investigate the 
sensitivity of the results to the turbulence model, the advection scheme, the working fluid, etc. The 
results for the elastic spacer grid are in good agreement with the experimental values. The results for 
the rigid grid show a considerable sensitivity to the advection scheme; it appears that the first-order 
Upwind advection scheme yields better results than the higher resolution scheme available in the code. 

1 INTRODUCTION 

The aim of this work is to evaluate the pressure drop across the grid during the normal operation, and 
to qualify the CFD model for this kind of application. Two types of grid are being considered for 
utilization in Atucha-II reactor, i.e. the so-called “elastic spacer” and “rigid spacer” (also referred to as 
the KWU and IEC spacer, respectively), which are made from different materials and have totally 
different geometries. Both designs were simulated. The KWU spacer is constituted by bended plates, 
while the IEC spacer is obtained from a single metal sheet cut with high-pressure water jet. Both 
designs also include four rigid sliding shoes welded to the spacers and an elastic shoe connected to the 
spacers too. The sliding shoes serve as radial constraints between the fuel bundle and the coolant 
channel. 
The CFD code adopted for the simulation is ANSYS CFX 11.0. The meshes have been created with 
ANSYS ICEM 11.0. The obtained results have been compared with the experimental data found in a 
report provided by NA-SA [1] Furthermore, several sensitivity calculations have been performed in 
order to apply Best Practice Guidelines recommendations [2]. 

2 SPACER GRIDS 

2.1 The elastic spacer design (KWU) 

The elastic spacer (Figure 1) is constituted by bended plates. Four rigid sliding shoes are welded to the 
spacer; an elastic shoe is connected to the spacer too. The thickness of the spacer is 0.48 mm, except 
for the thickness of the external ring which is 0.75 mm. The total height of the spacer is 32 mm. The 
fuel rod clad is in direct contact with the spacer. The flow area of the coolant channel without 
accounting for the spacer can be calculated as follows: 
 

ANO GRID = π·(dCC
2 – 37·dFR

2) / 4        (1) 



 2

Imposing that the coolant channel diameter (dCC) and the fuel rod diameter (dFR) are 0.1082 m and 
0.0129 m respectively, the resulting flow area is 0.004359 m2. In presence of the grid, the flow area is 
reduced by the area of the spacer (i.e. 0.001422 m2). Consequently the resulting flow area ratio is 
0.674. 

elastic shoe

rigid shoe  
Figure 1. The elastic spacer design (KWU) 

1.1 The rigid spacer design (IEC) 

The rigid spacer (see Figure 2) is fabricated from a 34 mm metal sheet from which the material is cut 
with a high-pressure water jet. Four rigid sliding shoes are then welded to the spacer; an elastic shoe is 
connected to the spacer too. The thickness of the spacer in regular zones is 0.8 mm; thickness is larger 
in those locations where the fuel rods are supported (three per rod). Some holes are drilled on large-
thickness regions. 
The fuel rod clad do not directly touch the spacer; rather, metal parts (called “patines” in NA-SA 
drawings) welded on the rods clad are in direct contact with the spacer. 
The flow area of the coolant channel without accounting for the rigid spacer is the same of the elastic 
spacer calculated (i.e. 0.004359 m2). The resulting flow area ratio for the IEC design is 0.578. 
 

 
Figure 2. The rigid spacer design (IEC) 
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3 EXPERIMENTAL DATA 

The experiments were performed at the “Laboratorio de Ensayos de Alta Presión” (LENAP) in the 
“Centro Atómico Ezeiza” (CAE). The grid used for the experiments are both the IEC and the KWU 
spacer grid (i.e. similar to the ones installed at Atucha-II NPP). The scheme of the facility is reported 
in Figure 3. 
 

 
Figure 3. Scheme of the experimental facility 

The experiments were performed in order to evaluate the pressure drop along the coolant channel due 
to the presence of the spacer grids; the number of spacer grid inside the coolant channel was 15. 
Several tests have been performed using the heavy water at the constant pressure of 80 bar, at different 
temperatures (from 100° C to 250° C) and at different mass flows (from 4 kg/s to 31 kg/s). 
In Figure 4 and in Figure 5 the experimental values (i.e. the measured pressure drops) for different 
mass flow rates are reported for KWU and IEC spacer grids, respectively. The pressure drop is 
calculated between the inlet and the outlet of the fuel channel. 
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Figure 4. Experimental value for KWU spacer grid 
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Figure 5. Experimental value for IEC spacer grid 

In order to compare the experimental data with the CFD results two cases have been chosen, one for 
the KWU spacer grid and the other for the IEC spacer grid (Table 1) 
 

 KWU  IEC 
Temperature [°C] 250 250 
Mass flow rate [kg/s] 26.22 26.71 
Number of spacers 15 15 
DeltaP [bar] 5.001 6.95 
Area [m2] 0.004359 0.004359 
Density [kg/m3] (HW) 884.6 884.6 
Delta P for 1 spacer [Pa] 33340.0 46333.3 

Table 1 – Experimental value choosen for the comparison with the CFD results 

The CFD results reported in this paper are in terms of pressure loss coefficient related to one single 
spacer. The pressure loss coefficient is calculated from the following formula: 

2
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v
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K

&

⋅⋅∆⋅=
⋅
∆⋅= ρ

ρ
         (2) 

where ∆p is the pressure difference between inlet and outlet boundaries, ρ is the density (ρ = 884.6 
kg/m3 at 250°C), v  is the average velocity, A is the coolant channel flow area. 
Using the Equation 2, the experimental pressure loss coefficient values for the two types of grid are 
those reported in Table 2. 
 

 KWU  IEC 
K (HW) 1.63 2.18 

Table 2 – Experimental value used for the comparison with the CFD results 
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4 CFD SIMULATIONS  

4.1 Computational domain for KWU spacer grid 

The computational domain for the mesh of the KWU spacer is constituted by 1/6 of the whole domain; 
in particular, the sector including the elastic shoe has been chosen (see Figure 6). The axial length of 
the domain is 0.445 m (i.e. the distance between two adjacent spacers) and the smallest geometrical 
details have been considered. The computational domain used to create the mesh includes the coolant 
channel wall, the fuel rod wall the elastic shoe and the rigid spacer wall. 

ELASTIC SHOE

 

  

Figure 6. KWU computational domain 

4.2 Computational domain for IEC spacer grid 

As for the KWU spacer the computational domain is 0.455 m long and includes one single spacer, as 
shown in Figure 7. Moreover, the domain is reduced to one 60° sector (e.g. the three sectors in the 
figure). Sector 1 is affected by the presence of the elastic shoe, and is expected to yield the largest 
flow resistance. A lower flow resistance in expected in Sector 2 and in Sector 3. 
The left side is symmetric to the right side. The position of the spacer with respect to the coolant 
channel is not exactly coaxial, due to the presence of just one elastic shoe. The eccentricity is around 
0.3 mm and is taken into account in the CFD model. 

Sector 1

Sector 3

Sector 2  
Figure 7. IEC computational grid 
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4.3 Computational grid for KWU spacer grid 

The computational grid has been created using the ANSYS ICEM 11.0 package. The whole domain 
has been discretized with tetrahedral elements; a prism layer has been added on the walls of the spacer 
and of the fuel rods, in order to improve the turbulence treatment close to the walls [3]. An overview 
of the mesh is shown in Figure 8 – a, while a cross section is shown in Figure 8 – b. 
To summarize, the mesh of the KWU spacer grid is constituted by 2.7 million of nodes and 9.3 million 
of cells. 
 

  
a b 

Figure 8. KWU computational grid 

4.4 Computational grid for IEC spacer grid 

The mesh developed for each sector is made of tetrahedral elements, with prisms layers at the walls. 
The mesh of the sector 1 is constituted by 5.6 million of nodes and 18.2 million of cells. 

4.5 Set-up of CFD Simulations 

Steady state, single phase CFD analyses were conducted by using ANSYS CFX 11.0. All calculations, 
for both types of spacer grids (i.e KWU and IEC) were set-up according to the following operation 
conditions: 

• Working fluid: Heavy water (D2O) 
• Temperature: 250 °C (with little differences from case to case) 

• Mass flowrate: ∼26 kg/s (with little differences from case to case) 
The reference turbulence model adopted is the Shear Stress Transport (SST) model [4]. The Log-like 
wall functions available in CFX are used for turbulence near-wall treatment. Sensitivity analyses using 
different models were performed. 
Reference calculations were run using the High Resolution (HR) advection scheme (i.e. the highest 
order scheme available in CFX). Sensitivity calculations were run using the first-order Upwind (UW) 
scheme instead. 
A no-slip condition was imposed at the walls, with log-law approach for near wall turbulence 
treatment; i.e. the wall roughness is neglected. In fact, the surface roughness is for this case 
approximately 10-5; according to the Moody diagram, for the Reynolds number involved, such value 
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would increase the friction factor by only a few percents with respect to the smooth pipe case; hence 
the effect of wall roughness gives a negligible contribution to the overall pressure drop. 
Regarding the inlet and outlet boundary conditions, the assumption is made that the spacer is preceded 
and followed by another spacer, the distance between two successive spacers being 0.455 m. 
Considering an indefinite number of successive equidistant spacers, the flow field between spacers n 
and n+1 can be expected the same as between spacers n-1 and n, if no temperature variation occurs 
(i.e. no heat transfer is present). Therefore, a “periodic” flow configuration takes place, and this must 
be considered when defining the boundary conditions. 
With CFX code, the periodicity can be handled with either of the following two approaches: 

1. Iterative process:  
• Step 0: calculation with flowrate imposed at inlet, arbitrary velocity and turbulence 

profiles at inlet; pressure-controlled condition at outlet 
• … 

• Step k: calculation where the outlet velocity and turbulence profiles exported from Step k-
1 are imposed as inlet boundary conditions 

2. Single periodic calculation: 
The outlet and the inlet boundaries are handled as coupled interfaces, so that velocity and 
turbulence profiles on both of them are forced to be equal. Mass flowrate is imposed. 

Sensitivity calculations imposing the single periodic calculation were performed. 

5 CFD RESULTS FOR KWU SPACER GRID 

5.1 Summary of results 

As reported in Table 1 the reference measured pressure loss coefficient (k) is 1.63. 
The main features and the results of the calculations are summarized in Table 3, as well as the 
comparison with the experimental value. Reference calculation is the #14. The best result is given 
adopting the Upwind advection scheme, the worse one imposing a wall roughness of 16 µ. It is 
important to remember that the simulation regard only a 1/6 of the wall domain; in particular it has 
been chosen, the part of the spacer grid (i.e. the one with the presence of the elastic shoe) that should 
obstruct more the flow transit with respect to the other part of the domain. 
 

# Fluid  Turb. model Adv. scheme Periodicity K  
(K-Kexp) 

/Kexp 
14Ref D2O SST HR Y 1.40 -14.11% 
15 D2O SST UW Y 1.63 0.00% 
16 D2O SST HR N 1.45 -11.04% 
17 D2O SST UW N 1.66 1.84% 
18 D2O SST HR N 1.43 -12.27% 
19 D2O k-e UW N 1.69 3.68% 
20 H2O SST HR Y 1.39 -14.72% 

Table 3 – Summary of the results 

5.2 Sensitivity calculation 

In order to comply as far as possible with the BPG recommendations, some sensitivity calculations 
have been performed. 
Reference calculation was run using the High Resolution (HR) advection scheme. Sensitivity 
calculations were run using the first-order Upwind (UW) scheme instead. Results are reported in Table 
4, and show noticeable influence of the discretization scheme on the results. The adoption of UW 
yields an increase by 16% of the pressure loss coefficients. The results from the HR scheme are 
obviously expected to be more accurate than those from UW; on the other hand, the convergence of 
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HR calculations was lower-quality than for UW calculations (i.e. the residuals could not drop below 
10-4 with HR, while they could drop below 10-6 for with UW). 
 

# Turb. model Adv. scheme Periodicity K  
14Ref SST HR Y 1.40 

15 SST UW Y 1.63 (+16%) 
18 SST HR N 1.43 
17 SST UW N 1.66 (+16%) 

Table 4 – Sensitivity to advection scheme 

The pressure loss through the spacer is affected by the way the periodicity is dealt with. Results of this 
sensitivity analysis are reported in Table 5. The reference case involved the iterative process, which 
tends to a flow configuration where the outlet velocity and turbulence profiles fit with the inlet profiles 
(periodicity condition). The second calculation was run without accounting for the periodicity at all; 
uniform velocity and turbulence profiles are imposed at the inlet boundary, while the average pressure 
is imposed at the outlet boundary (p=0). 
What can be deduced from the Table is that deviations from the postulated periodicity condition 
(infinite number of equidistant spacers) can induce increases of the pressure loss coefficient up to 4%. 
 

# Turb. model Adv. scheme Periodicity K  
14Ref SST HR Y 1.40 

16 SST HR N 1.45 (+4%) 

Table 5 – Sensitivity to advection scheme 

The sensitivity analysis on working fluid seems not to put in evidence the influence of a different 
value of the fluid properties; in fact, as reported in Table 6, the K value for the H2O case is very close 
to the D2O case (difference less than 1%). 
 

# Fluid  Turb. model 
Adv. 

scheme 
Periodicity K  

14Ref D2O SST HR Y 1.40 
20 H2O SST HR Y 1.39 (-1%) 

Table 6 – Sensitivity to working fluid 

Two calculations were run not using the periodicity, both with UW advection scheme; k-ε model 
predicts little higher pressure drops (2%) than SST (see Table 7). 
 

# Turb. model Adv. scheme Periodicity K  
17 SST UW N 1.66 
19 k-e UW N 1.69 (+2%) 

Table 7 – Sensitivity to turbulent model 

6 CFD RESULTS FOR IEC SPACER GRID 

Also for the simulation of the IEC spacer grid the results are reported in terms of pressure loss 
coefficient related to one single spacer. The pressure loss coefficient is calculated using the Equation 
2. 
Under certain assumptions, the results for the two sectors can be combined to estimate the pressure 
loss coefficient for the entire FA cross section. In fact, if the coefficient associated with the i-th sector 
is Ki, and the flow area is Ai, then the overall pressure loss coefficient is given by: 
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It has to be considered that the results presented in the following include the contribution of the 
friction losses along the coolant channel to the overall pressure loss. 

6.1 Summary of results 

The main features and the results of the calculations addressed in this report are summarized in Table 
8. The cases from 21 to 36 are related to the sector 1; the cases 37 and 38 are related to the sector 2 
and to the sector 3 respectively. 
 

# 
Grid  Sector 

Flow 
rate 

[kg/s] 

Adv. 
scheme 

Turb. 
model 

Perio Solver 
Temp 
[K]  

K  

22 IEC extruded 1 27 UW SST N SS 278 2.67 
23 IEC 1 0.1 UW SST N SS 278 5.00 
24 IEC 1 1 UW SST N SS 278 2.68 
25 IEC 1 10 UW SST N SS 278 2.32 
26 IEC 1 27 UW SST N SS 278 2.24 
27 IEC 1 100 UW SST N SS 278 2.17 
28 IEC 1 27 UW SST N SS 313 2.23 
29 IEC 1 27 UW SST Y TR 278 1.79 
30 IEC 1 27 HR SST N SS 278 2.51 
31 IEC 1 27 HR SST N TR 278 2.88 
32 IEC 1 27 UW k-e N SS 278 2.30 
34 IEC extruded 1 27 HR SST Y SS 278 2.48 
35 IEC extruded 1 27 HR SST Y TR 278 2.38 
36 IEC 1 27 HR SST Y TR 278 3.25 
37 IEC 2 27 HR SST Y TR 278 2.57 
38 IEC 3 27 HR SST Y TR 278 2.33 

Table 8 – Summary of results 

The reference cases (three calculations) have the following features: 

• Domain: sector 1, sector 2 and sector 3 

• Turbulence model: SST 
• Advection scheme: High Resolution 

• Periodicity: activated 
The results of the three calculations (i.e. for each sectors) are reported in Table 9. The pressure loss 
coefficient for the entire fuel assembly cross section is estimated using Equation 4. 
 

Calc. # Domain Pressure loss coeff. (K) 
36 Sector 1 3.25 
37 Sector 2 2.57 
38 Sector 3 2.33 
- Entire cross section 2.68 

Table 9 – Reference results 
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As reported in Table 1, measured pressure loss coefficient is 2.18. The k value obtained with CFD 
simulation for the entire cross section is compared with the experimental value in Table 10. 
 

Domain Pressure loss coeff. (K) (K-Kexp) /Kexp 
Entire cross section 2.68 22.94% 

Table 10 – Comparison with the experimental data 

6.2 Sensitivity calculation 

Two simulations were performed to evaluate the sensitivity to the turbulent modelling. The use of k-є 
turbulent model gives an increase of 2.7 % in term of k factor with respect to the SST turbulent model 
(see Table 11). 

Run ID  Grid ID  Turbulent Model  K  
26 IEC SST 2.24 
32 IEC k-є 2.30 (+2.7%) 

Table 11 – Sensitivity to turbulence model 

Reference calculation was run using the High Resolution advection scheme; sensitivity calculation 
was run using the first-order Upwind (UW) scheme instead. Results are reported in Table 12, and 
show noticeable influence of the discretization scheme on the results. The adoption of UW yields an 
increase by 12% of the pressure loss coefficients. 
 

Run ID  Grid ID  Advection Scheme K  
26 IEC Upwind 2.24 
30 IEC High Res. 2.51 (+12%) 

Table 12 – Sensitivity to advection scheme 

A different position of the inlet and outlet boundary conditions (see Figure 9) was taken into account 
in order to consider the effect due to the distributed pressure drop. 
 

PPPPININININPPPPOUTOUTOUTOUT

PPPPOUTOUTOUTOUT

PPPPININININ

 
Figure 9. IEC boundary position 

The calculation with the extruded domain yields an increase by 12% of the pressure loss coefficients, 
as reported in Table 13. 
 

Run ID  Grid ID  Extruded K  
26 IEC N 2.24 
22 IEC Y. 2.67 (+19%) 

Table 13 – Sensitivity to boundaries position 
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The pressure loss through the spacer is affected by the way the periodicity is dealt with. Results of this 
sensitivity analysis are reported in Table 14. The periodicity condition (infinite number of equidistant 
spacers) can induce a decrease of the pressure loss coefficient up to 20%. 
 

Run ID  Grid ID  Periodicity K  
26 IEC N 2.24 
29 IEC Y. 1.79 (-20%) 

Table 14 – Sensitivity to periodicity 

Different mass flow rates have been taken into account; Figure 10 shows how the K factor is affected 
by the velocity. 
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Figure 10. Dependence on mass flow rate 

In Table 15 the dependence of the pressure drop for different value of mass flow rate is reported. 
 

Run ID  Grid ID  Mass Flow Rate [Kg/s] K  
23 CNA2 0.1 5.02 
24 CNA2 1 2.68 
25 CNA2 10 2.32 
26 CNA2 27 2.24 
27 CNA2 100 2.17 

Table 15 – Dependence on mass flow rate 

The reference calculation has been simulated considering the spacer grid at the inlet zone of the 
coolant channel where the temperature is 278° C. A sensitivity calculation has been made considering 
the spacer grid at the outlet zone of the coolant channel and imposing a temperature of 313° C. The 
increase of the temperature entails a decrease of the pressure drop (see Table 16). 
 

Run ID  Grid ID  Temperature [°C] K  
26 IEC 278 2.24 
28 IEC 313 2.23 (-0.4%) 

Table 16 – Sensitivity to temperature 

7 CONCLUSIONS 

CFD simulations of spacer grids of Atucha-II coolant channel were presented. The aim was to 
contribute to the qualification of the proposed CFD modelling approach for predicting the pressure 
drops along the channel during the normal operation. Two different spacer grids (namely KWU and 
IEC) were simulated using the ANSYS CFX 11 package.  
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Several sensitivity analyses (e.g. sensitivity to turbulent model, advection scheme, working fluid, etc.) 
were performed for the KWU and IEC spacer grids, in compliance with the BPG recommendations.  
A comparison with the experimental data was made. If the KWU results are in good agreement with 
the experimental value, the IEC results are improvable particularly changing the advection scheme; for 
this type of problem the use of upwind (i.e. the first-order scheme) advection scheme seems to yield 
better results with respect to the high resolution advection scheme.  
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Abstract 

Laminar gas flow in a nuclear fuel assembly is of interest for complete loss-of-coolant accident 
scenarios in spent fuel pools and for performance analyses of dry storage casks.  For this study, 
velocity profiles were measured across the bundle of a prototypic pressurized water reactor (PWR) 
fuel assembly using a laser Doppler velocimeter (LDV).  The results for two containment cells 
representative of values spanning pool and cask cells available in industry are reported here.  The 
apparatus was tested in what is traditionally considered the laminar regime for Reynolds numbers 
equal to 100 and 900, based on the average assembly velocity and hydraulic diameter. 

Mixing vanes present in the spacers and intermediate fluid mixers were observed to impart long-lived 
wake disturbances into the flow as evidenced by non-zero root-mean-square fluctuations in the flow.  
These fluctuations do not appear to influence the mean velocity profiles as compared to the fully-
developed laminar solution at Re = 100.  However, the mean velocity profiles at Re = 900 show 
significant deviation from laminar simulations.  These results suggest that flows inside PWR fuel 
assemblies of Re = 100 to 900 may be more aptly described by transitional or turbulent computational 
fluid dynamics (CFD) modelling. 

1.   INTRODUCTION 

Low Reynolds number flows in spent nuclear fuel are found in dry cask storage canisters and are 
expected in postulated, complete loss-of-coolant accidents.  These assemblies have been designed for 
operation in the turbulent flow regime.  As such, most of the available literature focuses on the 
performance and analysis of fuel assemblies and components in turbulent flow. 

Several investigators have examined the effects of spacers on the flow inside of a fuel bundle.  Rehme 
and Trippe (1980) examined the velocity distribution in triangular arrayed rod bundles with various 
rod pitches and spacer blockage ratios using Pitot tubes for Re = 15,000 to 90,000.  More recently, 
Dominguez-Ontiveros and Hassan (2009) have conducted studies using particle image velocimetry to 
measure the two-dimensional flow field in a square array bundle with swirl type spacers at Re = 6,400.  
They concluded that the spacers acted to attenuate the vorticity present in the flow. 

Similar to this study, Caraghiaur et al. (2009) used LDV to explore the velocity within a square rod 
bundle with spacer grids at Re = 25,000 to 42,000.  Caraghiaur determined that the turbulence 
intensity initially decreases downstream of the spacer grid for subchannels within the bundle and 
reaches a peak value at approximately two spacer lengths before decaying.  The wall subchannel did 
not display the initial depression in turbulence intensity, instead peaking just downstream of the spacer 
followed by monotonic decay.  Furthermore, Caraghiaur concluded that turbulence enhancements 
from spacer effects are not exclusively dependent upon the local geometric details of the spacer in the 
subchannel.  Chang et al. (2008) also used LDV to investigate the flow within a square array rod 
bundle with spacers of different mixing vanes for Re = 48,000.  For the split type mixing vanes like 
the ones in this study, Chang found that strong vorticity was introduced into the flow immediately 
downstream of the spacer.  This vorticity was short lived, being greatly reduced within four hydraulic 
diameters downstream of the spacer. 
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CFD simulations have had moderate success in modelling the flow within PWR bundles with spacers.  
Among others, Lee and Choi (2007) were able to successfully model a 17×17 PWR assembly 
complete with various types of mixing vanes at Re = 542,000.  This modelling effort used the 
Reynolds stress model for closure. 

2.   EXPERIMENTAL SETUP 

The apparatus was constructed from a commercial PWR fuel “skeleton” and stainless steel tubing with 
the assembly in a vertical orientation.  The stainless steel tubing functioned as surrogate fuel pins and 
had prototypic top and bottom fuel plugs.  The skeleton included the top and bottom nozzles, debris 
catcher, guide tubes, fuel spacers, and intermediate flow mixers.  Each containment cell was 
constructed from stainless steel on three sides and an acrylic window along the length of the remaining 
side.  Metered, dry air at ambient conditions was forced into the bottom of the assembly through a 
flow conditioner.  The LDV was arranged perpendicular to the optical window, and velocity traverses 
were taken in between the rows of simulated fuel rods.  Different axial positions of interest were 
investigated including pre-spacer, post-spacer, and mid-bundle locations. 

All experiments were conducted at isothermal conditions.  The assembly was oriented vertically with 
respect to gravity, as in spent fuel pools and vertical spent fuel casks.  Details of the air flow system 
are available in Lindgren and Durbin (2010).  The original experimental setup and details are 
documented in Durbin and Lindgren (2008). 

2.1 Fuel Assembly 

The highly prototypic fuel was modelled after a commercially available 17×17 PWR assembly.  
Commercial components were purchased to create the assembly including the top and bottom nozzles, 
spacers, intermediate fluid mixers (IFM), 24 guide tubes, one central instrumentation tube, and all 
related assembly hardware.  The mixing vanes of the spacers and IFMs were of the small scale vortex 
flow, or split type.  Many of these components are pictured in Fig. 1.  The central instrumentation tube 
and guide tubes are permanently attached to the spacers to form the structural skeleton of the 
assembly. 

Stainless steel tubing was substituted for the fuel rod pins for hydraulic testing. The diameter of the 
stainless steel rods was slightly larger than prototypic pins, 9.525 mm versus 9.500 mm.  Prototypic 
fuel rod end plugs supplied by the fuel vendor were press fit into the ends of the stainless tubing.  The 
guide tube diameter was 12.2 mm, and the pin pitch was 12.6 mm. 

 

 

Fig. 1:  Prototypic 17×17 PWR components. 

2.2 Storage Cells 

The extent of the gap between the outer row of rods and the inside cell wall influences the nature of 
flow inside the bundle.  In order to study this effect, two different sized storage cells were examined 
for this effort.  These two sizes were chosen to represent one of the larger, common commercial sizes 
and one tight-fitting cell size that minimized the annular flow.  Table 1 lists the dimensions of cells 
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used in these studies as well as two Holtec dry casks and a typical Holtec pool rack for reference.  The 
outer dimension of the 17×17 spacer is 214.0 mm, which is the smallest possible storage cell that 
would fit on the assembly.  The internal dimensions of the listed commercial cells range considerably 
from a low of 222.2 mm to a high of 226.6 mm. 

Since there is variation in the size of the cells used commercially, two different sized pool cells were 
tested as indicated in gray in Table 1.  Although the 217.5 mm size is not found commercially, it is an 
important case for comparison purposes as it minimizes the complexity of the annular gap flow.  The 
other experimental storage cell size of 226.6 mm is that like found in the Holtec MPC-24 cask.  This 
span of sizes includes the size used in a typical Holtec spent fuel pool rack. 

Table 1:  Summary of the reference flow areas and hydraulic diameters of commercial cask, pool cells, 
and areas of as-built experimental cells. 

Type Storage Cell Dimension (mm) Flow Area (m2) Hydraulic Diam., DH (m) 

Exp. Storage Cell 1 217.5 0.0256 0.0105 

Exp. Storage Cell 2 226.6 0.0296 0.0121 

Holtec MPC-24E/EF 222.2 0.0276 0.0113 
Holtec MPC-24 226.6 0.0296 0.0121 

Holtec Pool 224.8 0.0288 0.0118 

2.3 Laser Doppler Velocimetry Measurements 

The average velocity and root-mean-square (RMS) velocity fluctuations were measured in these 
experiments by a single-component laser-Doppler anemometer (Dantec 1-D FlowExplorer).  This 
LDA system is composed of the FlowExplorer probe head, a photomultiplier, a burst analyzer, a 
motorized stage and controller unit, a PC-based data acquisition (DAQ) system, and data processing 
software.   

Fig. 2 shows the layout of the test components for LDA measurements.  The LDA probe was mounted 
externally to the PWR assembly on two manual stages (z- and y-axis control) and a single motorized 
stage (x-axis control).  The laser beams pass through the optical window into the assembly and 
measure the velocity at the intersection of the beams.  In this manner the local velocity can be 
measured across the assembly in between rod banks.  All measurements in this report were recorded at 
y = 94.5 mm, or in the middle of the first and second rod banks.  This position was chosen to avoid the 
smaller clearances between guide tubes and fuel pins.  Also, the influence of the cell wall, which is of 
interest in these studies, is greater at this location than between the seventh and eighth rod banks y = 
18.8 mm.  All profiles were taken from the cell wall to the mid-plane of the bundle, x = 0 mm.  The 
three axial locations investigated are z = 1.326, 1.537, and 2.787 m corresponding to post-spacer, mid-
bundle, and pre-spacer positions in the bundle, respectively.  These locations are 3.7 and 3.2 hydraulic 
diameters (pre-spacer), 3.5 and 3 hydraulic diameters (post-spacer), and 23.6 and 20.5 hydraulic 
diameters from the spacer grids for the 217.5 and 226.6 mm cells, respectively.  Fig. 3 gives two 
photographs of the LDA setup.  These photographs depict a measurement just inside the optical 
window. 



 

 

Fig. 2:  Schematic of the LDA system for measuring velocity profiles in the PWR 17×17 assembly. 

 

Fig. 3:  Photographs showing the LDA probe system in relation to the fuel assembly. 

3.   RESULTS 

3.1 Comparison with Laminar Simulations 

The measured, time-averaged velocities (symbols) for the 217.5 mm cell are plotted against the 
corresponding fully-developed laminar solutions (lines) at Re = 100 (red) and 900 (blue) in Fig. 4.  
The measurements are from the mid-bundle location in the assembly (z = 1.537 m).  A FLUENT 
model with the same bundle geometry was used to generate the fully-developed laminar solutions.  A 
uniform velocity profile was introduced into the bottom of the laminar model with the same bulk 
average bundle velocity, Wo, as in the experiment.  The laminar velocity profiles were checked for 
convergence to the fully-developed condition by examining profiles significantly downstream from 
the model inlet.  The geometry of the spacer grids was not modelled.  These FLUENT solutions are 
presented as a reference to demonstrate the deviation of the actual data from the ideal laminar flow 
profile.  Uncertainty limits corresponding to a 95% confidence level are shown for each measurement.  
The uncertainty is primarily due to uncertainty in the mass flow controllers used to meter the air into 
the assembly.  The uncertainties for Re = 900 are smaller than the symbols. 

Measurements are not reported for positions between x of ~100 to 108.75 mm due to poor signal 
quality.  The time-averaged velocities agree within experimental uncertainty at Re = 100.  However, 
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the measured velocity profile at Re = 900 differs significantly from the laminar solution.  The maxima 
and minima are reduced more than predicted from strictly laminar flow, indicating enhanced mixing 
from the spacers. 
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Fig. 4:  Normalized mean velocity profiles for the 217.5 mm cell at Re = 100 (red) and 900 (blue) for 
fully-developed laminar (lines) and LDV measurements (symbols). 

Fig. 5 shows the normalized mean velocity profiles for the 226.6 mm cell at Re = 100 (red) and 900 
(blue) for fully-developed laminar (lines) and LDV measurements (symbols).  The velocity profiles 
are again normalized by the bulk average bundle velocity, Wo.  The velocity is underpredicted for both 
Reynolds numbers in the wall subchannel.  The laminar velocities for Re = 100 in the interior 
subchannels are slightly higher than the measurements.  Again, the velocity profile at the higher 
Reynolds number is distorted towards a more uniform distribution as compared to the laminar profile.  
These effects demonstrate the influence of the spacers on the distribution of flow away from the 
idealized laminar case. 
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Fig. 5:  Normalized mean velocity profiles for the 226.6 mm cell at Re = 100 (red) and 900 (blue) for 
fully-developed laminar (lines) and LDV measurements (symbols). 

3.2 Laser Doppler Velocimetry Measurements 

Normalized mean and root-mean-square (RMS) velocity fluctuation profiles of the 217.5 mm cell for 
Re = 100 are shown in Fig. 6.  The local time-averaged velocity in the z-axis, wavg, was normalized by 
the bulk average bundle velocity, Wo.  The RMS velocity fluctuations, w’, were normalized by the 
local time-averaged z-component of velocity.  Three axial locations in the bundle are shown at 3.7·DH 
upstream of a spacer (blue), 3.5·DH downstream of a spacer (red), and 23.6·DH downstream of a spacer 
(green).  All measurements have been corrected for measuring across velocity gradients as derived in 
Albrecht et al. (2003).  Uncertainty limits are shown for the 95% confidence level on the pre-spacer 
measurements and are typical for the other axial locations.  The estimated error limits are due 
primarily to uncertainty in the mass flow controllers used to meter the air into the assembly. 

Velocities are not reported for positions between x of ~100 to 108.75 mm due to poor signal quality.  
The velocity profiles for the pre-spacer and mid-bundle are identical within experimental uncertainty 
and demonstrate a regular periodicity that correlates with the pin pitch as expected.  The peak values 
of the post-spacer velocity profile are somewhat suppressed, indicating that part of the flow has 
diverted into the area between the spacer and the cell, or the wall subchannel.  The normalized RMS 
fluctuations, commonly referred to as turbulence intensities, show repetitive non-zero values.  A fully 
laminar treatment of this flow would require velocity fluctuations of zero.  However, the split type 
mixing vanes imparted a significant wake into the flow.  This wake is long lived, extending even to the 
mid-bundle measurement (23.6·DH). 

Fig. 7 shows the normalized mean velocity and RMS fluctuation profiles of the 217.5 mm cell for Re = 
900.  Again, axial locations in the bundle are shown for pre-spacer (blue), post-spacer (red), and mid-
bundle (green).  The uncertainty limits are again shown for the pre-spacer measurements.  The 
uncertainties appear smaller in this graph because the magnitudes of the time-averaged and bulk 
velocities are approximately nine times greater while the absolute value of the uncertainty is 
unchanged. 

The pre-spacer and mid-bundle time-averaged velocity profiles still demonstrate a semblance of 
periodicity with the pin pitch.  The post-spacer is also periodic.  However, the peaks and valleys now 
exhibit the strong influence of the repeating pattern of the split-type mixing vanes.  The difference in 



the maximum and minimum normalized velocities is reduced compared to Re = 100, indicating 
increased mixing.  The normalized velocity fluctuations confirm the potential for enhanced flow 
mixing.  The RMS values have greater magnitude than seen at Re = 100.  Although somewhat harder 
to discern than in the mean velocity, the velocity fluctuations also appear to show the periodic 
influence of the spacer mixing vanes.  
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Fig. 6:  Normalized mean velocity and RMS fluctuation profiles of the 217.5 mm cell for Re = 100 at 
pre-spacer (blue), post-spacer (red), and mid-bundle (green) axial locations. 
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Fig. 7:  Normalized mean velocity and RMS fluctuation profiles of the 217.5 mm cell for Re = 900 at 
pre-spacer (blue), post-spacer (red), and mid-bundle (green) axial locations. 



The LDV profiles for the 226.6 mm cell and Re = 100 are shown in Fig. 8.  The time-averaged 
velocity and RMS were normalized as before.  The pre-spacer measurements (blue) are at an axial 
location of 3.2·DH upstream of the spacer.  The post-spacer measurements (red) are at 3.0·DH 
downstream of the spacer, and the mid-bundle measurements (green) are at 20.5·DH downstream of the 
spacer.  The velocity of the flow in the wall subchannel is much higher for the 226.6 mm cell than the 
217.5 mm, as expected.  The profiles also suggest that a significant amount of cross flow has occurred 
downstream of the spacer, forcing flow into the wall subchannel from the bundle.  This cross flow is 
also evident in the pre-spacer measurement as well, where the peak wall subchannel is elevated as 
compared to the mid-bundle.  The increased RMS fluctuations at x < 20 mm for the pre-spacer and 
mid-bundle measurements were likely due to an increase in the photo-multiplier voltage and are not 
considered significant.  The RMS fluctuations are periodic with the pin pitch and are comparable in 
magnitude to the Re = 100 case.  As in the Re = 100 measurements, the fluctuations appear to be long-
lived extending well into the mid-bundle and pre-spacer locations. 

Fig. 9 gives the normalized velocity and RMS profiles for the 226.6 mm cell and Re = 900.  The time-
averaged velocity profiles for the mid-bundle and pre-spacer are periodic with the pin pitch with the 
maxima occurring in the middle of the subchannels and the minima at the points where the rods are 
closest to each other.  The post-spacer measurements are also periodic.  However, the cross flow 
created by the mixing vanes has redistributed flow away from the center of the subchannels. 
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Fig. 8:  Normalized mean velocity and RMS fluctuation profiles of the 226.6 mm cell for Re = 100 at 
pre-spacer (blue), post-spacer (red), and mid-bundle (green) axial locations. 
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Fig. 9:  Normalized mean velocity and RMS fluctuation profiles of the 226.6 mm cell for Re = 900 at 
pre-spacer (blue), post-spacer (red), and mid-bundle (green) axial locations. 

4.   CONCLUSIONS 

Mean and fluctuations of the axial velocity component were measured in a commercial PWR fuel 
assembly in the traditionally defined laminar regime with laser Doppler velocimetry.  Reynolds 
numbers of Re = 100 and 900 based on the bulk average assembly velocity and the hydraulic diameter 
were examined.  Two storage cells of inner diameter 217.5 mm and 226.6 were used to represent 
commercially available dry storage casks and pool cell dimensions.  Profiles were measured at three 
axial locations representing pre-spacer, post-spacer, and mid-bundle locations within the assembly. 

The mean velocity profiles agreed reasonably with the fully-developed laminar solution values at Re = 
100 for both cell sizes.  The measured mean velocities at Re = 900 deviated from the idealized laminar 
case, demonstrating evidence of cross flow from the center of the subchannels.  The increased cross 
flow leads to a more uniform velocity distribution as compared to the laminar profile.  The velocity is 
underpredicted for both Reynolds numbers in the wall subchannel for the 226.6 mm cell.  These 
effects demonstrate the influence of the spacers on the distribution of flow away from the idealized 
laminar case. 

With the exception of the Re = 900 and 217.5 mm cell size, the velocity profiles for the pre-spacer and 
mid-bundle are identical within experimental uncertainty and demonstrate a regular periodicity that 
correlates with the pin pitch.  The peak values of the post-spacer velocity profile at Re = 100 are 
somewhat suppressed, indicating that part of the flow has diverted into the wall subchannel.  The post-
spacer velocity profile at Re = 900 is also periodic.  However, the peaks and valleys exhibit the strong 
influence of the repeating pattern of the split-type mixing vanes. The normalized RMS fluctuations 
show repetitive non-zero values.  A fully laminar treatment of this flow would require velocity 
fluctuations of zero.  However, the split type mixing vanes impart a significant wake into the flow.  
This wake is long lived, extending even to the mid-bundle measurement. 

The flow within a bundle at Reynolds numbers conventionally considered laminar has been shown to 
deviate from the idealized laminar solution due to the complicating influence of the assembly spacers 
and intermediate fluid mixers.  These spacers introduce wake and cross flow into the bulk flow that 
does not dissipate significantly within the bundle before encountering another spacer.  Consideration 



of these secondary flow effects must be incorporated into modelling efforts at low Reynolds numbers 
in order to capture the observed deviation from the laminar solution. 
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ABSTRACT 
A large amount of Hydrogen gas is expected to be released within the dry containment of a pressurized 
water reactor (PWR), shortly after the hypothetical beginning of a severe accident leading to the 
melting of the core. According to local gas concentrations, the gaseous mixture of hydrogen, air and 
steam can reach the flammability limit, threatening the containment integrity. In order to prevent 
mechanical loads resulting from a possible conflagration of the gas mixture, French and German 
reactor containments are equipped with passive autocatalytic recombiners (PARs) which preventively 
oxidize hydrogen for concentrations lower than that of the flammability limit. 
The objective of the paper is to present numerical assessments of the recombiner models implemented 
in CFD solvers NEPTUNE_CFD and Code_Saturne. NEPTUNE_CFD is dedicated to the simulation 
of incompressible or compressible multi-component/multiphase flows. The multi-fluid set of equations 
is an extension of the “two fluid-one pressure” model to the case of m phases. Each fluid (fluid 
component and/or phase) is modelled through at least 3 conservation equations representing mass, 
momentum and total enthalpy. Code_Saturne is dedicated to homogeneous incompressible or low 
Mach number compressible multi-component flows, with only one momentum equation, representing 
the momentum of the mixture of gas, liquid and particles. NEPTUNE_CFD is mainly used for nuclear 
engineering, whereas Code_Saturne is used for nuclear and fossil energy engineering, and for 
environment (geophysical flows). 
Under the EDF/EPRI agreement, CEA has been committed to perform 42 tests of PARs. The 
experimental program named KALI-H2, consists checking the performance and behaviour of PAR. 
The CFD recombiner model implemented in the CFD codes is based on the manufacturer correlation 
for the hydrogen depletion rate. Concerning the KALI-H2 experiment, this model may lead to 
unrealistic values for the gas temperature, if the conjugate heat transfer and the wall steam 
condensation are not taken into account. The combined effects of these models give a good agreement 
between computational results and experimental data. Mesh sensitivity studies are systematically 
performed. 
But if the recombiner design evolves, another manufacturer correlation would be required. An 
alternative would be to develop a numerical model to describe the PAR functioning and then deduce 
global correlations. 

1 INTRODUCTION 

During a design-basis accident (DBA) or a severe accident (SA) in a nuclear power plant, 
certain chemical reactions may produce hydrogen (hydrogen is produced from the oxidation of 
zirconium sheaths and structures of fuel elements during the phase of core degradation), in such a way 
that hydrogen and oxygen volumetric concentrations may exceed the lower flammability limits 
(LFLs). The hydrogen risk in a nuclear power plant may be defined as the risk of hydrogen 
combustion in the containment building which represents a threat to the integrity of the confinement 
due to pressure and temperature levels. The nuclear safety is based on the concept called “defence-in-
depth” that consists of a hierarchical deployment of different levels of equipment and procedures to 
maintain the efficiency of the physical barriers (International Atomic Energy Agency, 1996). 
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The transport and distribution of hydrogen inside the containment or the different 
compartments are critical phenomena to determine the kinetic and the nature of combustion. The 
prediction of stratification phenomena and location of hydrogen pockets are essential to assess the 
hydrogen risk and then, to optimise the hydrogen hazard mitigation system. 

 
Among the different safety systems for limiting the pressure increase during the course of the accident 
and the impact of possible combustion (deflagration), French and German PWR reactors have three 
types of mitigation means. 

- Sprinkler systems: the injected water droplets cool the containment and lower the pressure by 
condensing steam on the droplets. They also promote mixing of gas and rapidly break possible 
stratifications of the lightest gases. 

- The walls of the containment building and metal structures also play an important role from a 
thermal viewpoint. The walls, significantly cooler than the gas, condense the water vapor in 
the gas mixture and thus limit the pressure increase in the containment. Furthermore, the 
temperature difference between fluid and walls generates a convection loop, enhancing the 
mixing of gases of different density.  

- The passive auto-catalytic recombiners (PAR): their role is to pro-actively oxidize hydrogen 
for preventing its accumulation in the containment. The catalytic recombiners initiate a 
controlled combustion, which is similar to a slow deflagration. 

 
A catalytic recombiner consists of a vertical channel or stack equipped with a catalyst bed in the lower 
part. In case of an accident, the catalyst is in contact with the gas mixture of the containment. 
Hydrogen molecules coming into contact with the catalyst surface are reacted with oxygen to form 
steam. The heat of the reaction at the catalyst surface causes a buoyancy-induced flow accelerating the 
inflow rate and thereby feeding the catalyst with a large amount of hydrogen that ensures high 
efficiency of recombination. The natural air circulation ensures a continuous air supply to the catalytic 
recombiner. This effect is increased by the height of the chimney, the inlet free area, and the fast heat 
up of the catalytic plates. 

Catalytic recombiners favour the chemical reaction H2 + ½ O2 → H2O by lowering the activation 
energy threshold so that the reaction takes place at low temperature and concentration. The active 
catalyst materials include the noble metals platinum or palladium. The cover of the housing at the top 
protects the catalyst against direct spray of water and aerosol deposition. A catalytic recombiner is 
considered as « passive » because such a device is self-starting and self-feeding, and requires no 
external energy. Catalytic recombiners can start up with hydrogen fraction equal to about 2 % 
This paper focuses on numerical assessments of PAR’s modeling implemented in CFD solver 
Code_Saturne and CMFD solver NEPTUNE_CFD (Braillard,1999), (Bachellerie, 2003), (Avakian, 
1999), (Fineschi, 1996), Deng, 2008), (Kudriakov, 2006). It is organized as follows. The first part 
describes briefly the NEPTUNE_CFD code (Mimouni, 2009). Next, the Gas dynamic model 
implemented in Code_Saturne is described (Archambeau, 2004). The second part presents the LP 
manufacturer’s models of recombiners and their implementation in these codes. The third part 
concerns the numerical assessments upon the H2PAR and KALIH2 experiments and the discussion of 
the results.  

2 TWO-PHASE FLOW MODEL USED IN NEPTUNE_CFD 

The solver belongs to the well-known class of pressure based methods. It is able to simulate multi-
component multiphase flows by solving a set of three balance equations for each field (fluid 
component and/or phase) (Ishii, 1975). These fields can represent many kinds of multiphase flows: 
distinct physical components (e.g. gas, liquid and solid particles); thermodynamic phases of the same 
component (e.g.: liquid water and its vapour); distinct physical components, some of which split into 
different groups (e.g.: water and several groups of different diameter bubbles); different forms of the 
same physical components (e.g.: a continuous liquid field, a dispersed liquid field, a continuous 
vapour field, a dispersed vapour field). The solver is implemented in the NEPTUNE software 
environment (Guelfi, 2007), (Mimouni, 2008), which is based on a finite volume discretization, 
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together with a collocated arrangement for all variables. The data structure is totally face-based which 
allows the use of arbitrary shaped cells (tetraedra, hexaedra, prisms, pyramids ...) including non-
conformal meshes. 
The main interest of the numerical method is the so-called “volume fraction – pressure – energy cycle” 
that ensures mass and energy conservation and allows strong interface source term coupling 
(Mechitoua, 2003). 
Mass balance equations, momentum balance equations and total enthalpy balance equations are solved 
for each phase. The gas turbulence is taken into account by the classical k-ε model. The droplet 
diameter evolution is calculated from a equation of transport on the density of drops. Additional 
equations are added to take into account the non-condensable gases (air and hydrogen). As concern the 
interfacial momentum transfer terms, the only force exerted on droplet is the drag force. Small droplets 
stick at the wall and large drop slide along the wall under the competition between the surface tension 
and the gravity force. As a consequence, the gas velocity near the wall does not tend to zero but to the 
droplets velocity because of the drag force. This is a major difference between single-phase and two-
phase flow approach (Mimouni, 2010). As concern the heat and mass transfer between droplets and 
the wall, it is based on the balance of heat and mass transfer between a drop and the gas mixture 
surrounding the drop using the correlations of Frössling/Ranz-Marshall which are of widespread use.  

 
The model of drop-wall interaction which was developed and implemented is written as a symmetric 
extension of the nucleate boiling model at the wall, and uses as a starting point the model of mass 
transfer in the core flow. To establish this model, we made the following assumptions:  

- the drops which accumulate on the walls take a hemispherical form; 
- there is no nucleate boiling inside the drops at the wall; 
- the drops which impact the walls successively see a stage of cooling (resp. heating) and a 

stage of condensation (resp. evaporation); 
- the droplets stick to the wall (no rebound), or slide along the wall. 

The total heat flux exchanged between the wall and the flow is split into four terms: 
• 1Cϕ a single-phase flow convective heat flux at the fraction of the wall area unaffected by the 

presence of droplets (heat transfer between the gas and the wall); 
• 2Cϕ a single-phase flow convective heat flux at the fraction of the wall area affected by the presence 

of a liquid film (heat transfer between the liquid film and the wall); 
• Thϕ a single-phase flow heat flux to decrease (resp. increase) the droplet temperature and reach the 

wall temperature (resp. the saturation state) (heat transfer between the droplets and the wall); 
• Eϕ a condensation (resp. vaporisation) heat flux. 
Details can be found in (Mimouni, 2010). An extensive validation process has been achieved in 
(Mimouni, 2010) against the COPAIN experiment and mesh sensitivity has been found acceptable. 

3 HOMOGENEOUS GAS DYNAMIC MODEL USED IN CODE_SATURNE 

The motion, the distribution of gases and heat transfer in containment enclosures can be described by 
the general momentum, partial masses and energy conservation equations. 
The predominant physical phenomena driving the motion, the distribution and heat transfer of fluids 
within containment enclosures are the following: 
Mixing and / or segregation of gas whose velocity, density and temperature are differents 

- - "Swelling" of containment: the compressibility of gas is taken into account, even if the flow 
velocities are low. 

-  - Laminar and controlled combustion of hydrogen in recombiners, in order to limit the 
concentration of this gas 

- - Condensation of steam on cold structure surfaces, which has the main effect of limiting the 
pressure rise.  

The general momentum, partial masses and energy conservation equations describing these 
phenomena can be simplified and stiffness due to the presence of physics having very different 
characteristic length and time scales can be removed or relaxed. 
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The used turbulence model for containment applications is the standard k-epsilon one, supplemented 
by wall log laws for taking into account the turbulent friction and gaseous heat transfer between the 
fluid and the surrounding structures. 

3.1 Low mach number approximation 

The flows are mainly low Mach number flows, whose motion is predominantly driven by free 
convection. A low Mach number model can be implemented in a pressure correction based solver 
usually used for incompressible or steady dilatable flows, as Code_Saturne (Archambeau, 2004). A 
spatial filtering of acoustic waves leads to separate the static pressure P into a uniform time-dependant 
thermodynamic pressure Pth(t) and a mechanical pressure p(x,t) : 

),();,()( txpPtxptPP thth >>+=  (1) 

The general motion conservation equation of the mixture 
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t

V
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t
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∂
∂

+
r

)(])([ 0ρρµρρ
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where ρ, V , µtot, p, ρ0, Γcond stand respectively for the mixture density, the mixture velocity vector, the 

total dynamic viscosity (including the turbulent viscosity deduced from the k-ε turbulence model), the 
mechanical pressure, the averaged density, the gravity acceleration and the condensation sink term. 
Thanks to the low Mach number approximation, the mechanical pressure is neglected for the 
computation of density, through the thermal equation of state: 

∑
=

k k

k

th

M

Y
TR

Pρ  (3) 

where R, T, Yk and Mk stand respectively for the perfect gas Constant, the absolute temperature (in 
Kelvin), and the mass fractions of the different gases contained in the reactor building during a severe 
accident (Oxygen, Nitrogen, steam and Hydrogen). 
The supplementary unknown Pth is solved, using integral forms over the entire domain Ω0 of mass or 
enthalpy equations, written below. 

dSnVdd
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000

ρρ
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ΩΩ∂Ω
dSdSnh

C
hVdh

tdt

dP
h

pt

tth

000

0 ])([ ρλ
σ
µρρ

 

3.2 Energy equation 

The enthalpy equation of the mixture is quite complex and contains several terms. The body forces, 
the viscous constraint contributions, the supplementary terms due to the presence of than more two 
different species are negligible, when compared to the convective and turbulent transport 
contributions. For low Mach number flows, the kinetic energy remains small when compared to the 
thermal energy. On the other side, the unsteady contribution of the thermodynamic pressure is 
conserved, as it plays a key role in the pressure rise in the containment. 
The Fourier laminar and turbulent conduction term is directly written according to the enthalpy 
variable through the  linearized relation: 



Experimental Validation and Application of CFD and CMFD Codes to Nuclear Reactor Safety Issues (XCFD4NRS-3)  
Washington D.C., USA, 14-16  September , 2010. 
 

5 

jpj x

h

Cx

T

∂
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∂
∂ λλ  where λ and Cp stand respectively for conductivity and specific Heat of the mixture. 

The enthalpy equation is written in the following form: 

dt
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Eh

dt
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h
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hVdiv

t
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steamcond

th

pt
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∂
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where h stands for the sensitive enthalpy, defined as ∫≡
T

T

dTCh p

0

, Cp is the mixture specific heat. 

Then, in presence of exothermic chemical reactions, due to the combustion of hydrogen by the 
recombiners, the transformation of formation enthalpy into sensitive enthalpy is taken into account 
through a source term proportional to the sensitive enthalpy E released by the chemical reactions and 

to the chemical reaction speed 
dt

dmH2 . The same term is implemented in the energy equation in the 

NEPTUNE_CFD code. 
We recall that the formation enthalpies and reaction heat E at ambient temperature are : 

kgMJEkgMJThThThThTh vapOHNOHeH /22.1/4.13)(;0)()()()( 0
0

,20
0

20
0

20
0

0
0

2 =−=====  

The heat transfer due to condensation at the walls is modelled through a sink term proportional to the 
steam mass reduced into liquid water Γcond and the latent heat Lcond. 
In the following sections, calculations performed with Code_Saturne do not take into account the 
condensation phenomena at wall. 

4 RECOMBINERS MODELLING IN BOTH CODES 

In this study we will use the following rate for the reaction H2 + 1/2 O2 � H2O : 

( ) [ ]005.0tanh...
d

d
2Hmin

2H −+−= XBAPX
t

m η   if  005.0min >X  

 (6) 

=
t

m

d

d 2H 0   if  005.0min <X  

Where tmH d/d 2 stands for the recombined mass rate of H2  (kg/s), and where minX is such as 

minX = ( )08.0;2;min 2O2H XX  ;  (7) 

with X the molar fraction. Otherwise, P is the pressure in bars, and  η  a parameter interpreted as the 
recombiner output, and allowing to take into account the decrease of the efficiency of the recombiner 
for the weak concentrations of oxygen: 





>=
<=

2O2H

2O2H

if6.0

if1

XX

XX

η
η

 (8) 

The previous constants, given by SIEMENS for the FR90/1-150 PAR, take respectively the values 
0.48 10-3 kg/s/bar and 0.58 10-3 kg/s (Braillard, 1999). 
A important point to underline is that the hydrogen depletion rate is a semi-empirical relation, based 
on experimental measures made at the input and the output of the recombiner. In other words, the rate 
given by this expression is a global rate on the whole recombiner.  
The reaction H2 + 1/2 O2 � H2O is exothermic. The released heat is equivalent to 1,22.108 J per kg 
of H2 burnt. The energy produced is released in the vicinity of the plates only if the reaction occurs, 
and is a function of the rate of H2 burnt. In the following, Hreac, is the enthalpy of the reaction (J/kg). 

5 MASS CONSERVATION EQUATION IN BOTH CODES 

The mass conservation equations are written as below: 
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- the global mass equation, containing the sink term of wall condensation. 
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Figure 1: H2 depletion rate 
 
- the conservation equations of non condensable gases, containing the slow combustion sink terms due 
to the recombiners: 
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- the relation for obtaining the condensable gas (steam) from the concentration of the other gases. 

2222 1 HNOOH YYYY −−−=  (11) 

6 H2-PAR TEST CASE 

To validate the model recombiners two H2PAR testing program were simulated and compared with 
experimental data. The experimental device consists of a sealed bag of flexible material to an 
approximate volume of 7.6 m3, which contains a Siemens FR90/1-150 type recombiners of 0.2m 
length, 0166 m wide and 1.03 m in height (Note that the actual area of recombination corresponds to 
the Plate Size: 0.2 x 0.14mx 0.12m). The volume of this pocket is not constant over time, the variation 
being of the order of a m3. The atmosphere is initially composed of air and water vapor. Hydrogen is 
introduced at the base of the plant for a specified period. Hydrogen concentrations were measured by 
gas chromatography every minute somewhere in the area (input and output recombiners particular). 
They are then averaged over the whole field. 
The computational domain is modelled by a cube and does not take into account the change in volume 
of the chamber (a flexible pouch) (Figure 2-Figure 3). The mesh contains 6859 cells, with 19 cells in 
each direction of space. The volume of recombiners is taken into account with approximately 40 
stitches. 
The operating conditions of test-E2 and E19 are summarized below: 
At inlet : 

E2-bis test : The mass flowrate is successively  1.3030 10-3 kg.s-1 (between 0 and 10s), 4.3435 
10-4 kg.s-1 (between 10 and 25s), 1.9743 10-4 kg.s-1 (between 25 and 36s) . The hydrogen mass 
fraction  is equal to 1 and the gas temperature is 85°C 

E19 test : the mass flowrate is 0.18 10-3 kg.s-1 beween 0 and t 200s. The hydrogen mass 
fraction is 1 and the temperature  is 70°C. 
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Walls : adiabatic conditions 
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Figure 2: H2PAR test 
case 

Figure 3: H2PAR test : 
computational domain 

Table : initial conditions – H2PAR 
test 

 
Figure 4 to Figure 7 show the velocity fields, temperature and hydrogen concentration on two planes 
of the mesh across the volume recombiners. The differences in density, generated by the combustion 
of hydrogen, create a natural convection loop that enhances the mixing at the same level and above 
recombiners. Moreover, cold stratified zone below the recombiners is calculated. The schematic 
modelling performed here may be representative of what can happen in the real case of the reactor 
building. Two opposing phenomena are in competition: the recombiners promote the controlled 
combustion of hydrogen, but according to their position in the enclosure, may also promote the 
creation of stratified layers of gas, "resistant" to the mix. Figure 8 and Figure 9 show the time 
evolution of the overall concentration of hydrogen dry gas (deduced from the volume fraction of water 
vapour) in the chamber and calculated with Code_Saturne and scenario MAAP code with the 0D 
model. The continuous curves represent the results obtained when the source term is distributed over 
all the meshes representing the volume of the recombiner. The source term is calculated in each mesh 
recombiners with the local concentration of hydrogen and oxygen, weighted by the volume of the 
mesh on the overall volume of recombiner. The exercise carried out in this paragraph remains modest 
compared to the real complexity of the operation of a catalytic recombiner. But the goal here is to 
qualitatively reproduce the local effects induced by the operation of recombiners and more quantitative 
results to find the model-time when gas concentrations are homogeneous. 
 

  
Figure 4: E19 test - Time evolution of hydrogen 
molar fraction 

Figure 5: E2bis test – Time evolution of hydrogen 
molar fraction 
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7 KALI-H2 TEST 

To test the catalytic capability of the SIEMENS recombiner model FR90 / 1-150, we used the KALI 
vessel. This 15.6 m3 vessel (4.6m height and 2.1m of diameter) is able to withstand a pressure of 12 
bar. The recombiner is located close to the wall, at the bottom of the vessel. 
The vessel is connected with specific systems: steam injection system, hydrogen injection system, cold 
water system (Figure 10). Figure 11-Figure 13 show measurements location. 
The vessel is also equipped with a fan to avoid any stratification during the hydrogen injection and 
also to start with a homogeneous mixture (it is stopped 45s after the beginning of the hydrogen 
injection). Since the test facility cannot accommodate a full size recombiner unit, a small size segment 
model was tested. Figure 12 shows that the small size recombiner is made of 15 cm height, 15 cm 
depth and 0.12 mm thickness with 1 cm spacing between them. 
 

 

 

 

Figure 6: KALI-H2 test Figure 7: Sketch of KALI-H2 test 
 

 

 

Figure 8: Sketch of KALI-H2 test Figure 9: Sketch of PAR unit 
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The recombiner was represented as a box of which the dimensions were the ones from the outside of 
the recombiner. Plates are not modeled. 
In our global approach, source terms are distributed over the meshes representing the active volume of 
recombiner containing the vertical plates. Source terms are calculated in each mesh of the recombiner 
with the local concentration of hydrogen and oxygen, weighted by the active volume of the 
recombiner. 
The simulations couple the two-phase flow and the solid heat conduction within the wall vessel. The 
wall condensation of vapor is taken into account with NEPTUNE_CFD code. In fact, in a real 
situation, heat transfer to the wall and condensation result in an enhanced mixing of the atmosphere. In 
order to underline these aspects, Code_Saturne simulations are performed with the artificial 
assumption of adiabatic walls and without wall condensation. 
The initial conditions of the test 008 are the following: 

• Pressure : 3.25 bars 
• Temperature : 30°C (303 K) 
• 4% of H2 
• 96% of air. 
• No steam (water) initially 

The area is initially homogeneous for the mass fractions as well as for temperatures. The volume of 
the ½ domain is  7.42 m3. The total volume of H2 is  4% * 7.42 = 0.2968 m3. Thus, the total mass of H2 
is 0.077 kg ( ≈ρ 0.26 kg/m3). The total volume of air (H2 and O2) is 96% * 7.42 = 7.123 m3. Thus, the 
total mass of air is 26.5 kg ( ≈ρ 3.72 kg/m3). 
As a consequence, the mass of non condensable gases is 26.58 kg. 
Successive stages have to be considered for calculations : mixing of the gases with a fan device occurs 
every 900s for 120s. Moreover, an initial mixing is present during the first 120s of the test. The 
successive stages of the simulation are given in Figure 14.  
We assume that the end of the mixing leads to an homogeneous gas mixing in the whole KALI-H2 
vessel. Hence, the initial thermal-hydraulics properties of the calculations are taken at this time: 
homogeneous repartition of gas and temperature. The simulation carries on up to the second phase of 
mixing (900s � 1020s of test time). To take into account the homogenisation stage by the fan device, 
we reinitialise the computational values with averaged values calculated in the entire computational 
domain. This operation begins at the half of the duration of homogenisation process. Nevertheless, 
values inside the recombiner remain unchanged. 
 

 
Figure 10: stages - test number 008 
 
Then the mixing stage is simplified, but avoids taking into account the fan device for which few data 
are available. Then, calculations continue up to a second point of experimental recording (1080s).  
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The number of cells is about 112000. The time step corresponds to CFL=1. 
The sensitivity to the turbulence modelling has been investigated with NEPTUNE_CFD code and 
calculations with three turbulent models (k-epsilon model, Rij-epsilon model (Mimouni, 2009, 2010), 
and laminar model) have been performed. The results are quite similar which means that the 
turbulence modelling does not affect the results significantly. In the following, the k-epsilon model is 
used in the calculations. 
Figure 15 and Figure 16 represent the hydrogen mass fraction below the recombiner and at the outlet 
of the recombiner, calculated with NEPTUNE_CFD and Code_Saturne. Results are similar which 
means PAR models are implemented in a similar way in both codes. As a consequence, 
NEPTUNE_CFD is indirectly checked against H2PAR test. 

  
Figure 11: H2 Mass fraction below the PAR Figure 12: H2 Mass fraction at outlet of the PAR 
 
Figure 17 shows the time evolution of gas temperature at the outlet of the PAR. We observe large 
discrepancies between Code_Saturne and NEPTUNE_CFD after 300s because the wall condensation 
effects and the heat exchange between the wall of vessel and the gas are not modelled in Code_Saturne 
in this calculation. Firstly, gas temperature decreases because of conduction inside the wall (heat and 
mass exchange). Secondly, vapour condensates at the wall which means that pressure decreases inside 
the vessel and thus the gas temperature decreases too because of the gas perfect law. Calculations and 
experimental data are in reasonable agreement. 
 

  
 Figure 13: Time evolution of gas temperature at 
outlet of the PAR 

Figure 14: H2 Molar fraction just below the PAR 

 
Figure 18 represents the hydrogen molar fraction just below the recombiner. The dashed line is the 
result directly calculated. The continuous line takes into account a start-up delay time described in 
(Avakian, 1999) and compares favourably with experimental values. 
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Figure 19 shows gas temperature and hydrogen mass fraction fields in the computational domain. The 
heat of the reaction at the catalyst surface causes a buoyancy-induced flow accelerating the inflow 
rate. Figure 19 clearly underlines the influence of the PAR outflow on the mixing process. 

 
Figure 15: Gas temperature and hydrogen mass fraction fields. 

8 CONCLUSION 

We have presented in this paper the models implemented in NEPTUNE_CFD, a three dimensional 
two-fluid code dedicated to nuclear reactor applications and in Code_Saturne, a three dimensional 
single-phase code. Thanks to a code–to-experiment benchmark based on the COPAIN and TOSQAN 
facilities (Malet, 2008), we successfully evaluated the ability of the code to reproduce the vapor 
condensation at wall, atmosphere mixing and stratification in a vessel. These phenomena are of 
relevant interest in many industrial applications, especially regarding nuclear power plant containment 
at accident conditions. These models have been applied to the KALI-H2 test. Moreover, PAR models 
have been tested against H2PAR and KALI-H2 test and results are in a reasonable agreement with 
experimental values. 
During the course of a severe accident in a Pressurized Water Reactor (PWR), spray systems are used 
in a containment in order to limit overpressure, to enhance the gas mixing in case of the presence of 
hydrogen and to drive down the fission products. Hence, vapor condensation on a cooled surface, 
spray effects and PAR systems act simultaneously in applications which is made possible with the 
two-phase flow approach proposed in the paper. 
The PAR models used in the paper are based on the manufacturer’s correlation to calculate the 
hydrogen depletion rate. In future works, it would be interesting to test the impact of the correlation 
uncertainties on gas temperature and hydrogen mass fraction at the PAR outlet calculated by a CFD 
code. Comparisons between manufacturer’s correlation and more sophisticated models based on gas 
phase and surface chemical mechanisms should be investigated. 
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Abstract 
 
The required technological and safety standards for future Gen IV Reactors can only be achieved if 
advanced simulation capabilities become available, which combine high performance computing with 
the necessary level of modeling detail and high accuracy of predictions. The development of a suite of 
high performance computational tools for multiscale simulations of Gen-IV Sodium Fast Reactor 
(SFR) has been undertaken by a DOE-sponsored university consortium (RPI, Columbia University and 
SUNY at Stony Brook). 

1. INTRODUCTION  

The purpose of this paper is to present a multiscale modeling approach for mechanistic three-
dimensional transient computer simulations of the injection of a jet of gaseous fission products into a 
partially blocked SFR coolant channel following localized cladding overheat and breach.  Schematics 
of the proposed SFR and of the consequences of local cladding failure are shown in Figs. 1 and 2.  The 
phenomena governing accident progression have been resolved at three different spatial and temporal 
scales by the inter-communicating computational multiphase fluid dynamics (CMFD) codes: FronTier, 
PHASTA and NPHASE-CMFD. A brief description of the major features of the individual codes is 
given in the Section 2 below.  

The smallest (mm) scale phenomena under consideration deal with the failure of an overheated 
fuel rod cladding and the subsequent fission gas discharge through the cladding breach into the liquid 
sodium coolant.  The underlying processes are resolved using the FronTier code. 

The intermediate (cm range) scale of the simulation deals with the fission-gas-jet formation along 
a short section of the coolant channel around the cladding breach region.  Using the geometry of the 
breach and the gas injection flow rate calculated by FronTier, a combined DNS/Level-Set simulation 
of two-phase turbulent flow is performed by the PHASTA code.  The turbulent two-phase PHASTA 
outflow is then averaged over time to obtain mean phasic velocities and volumetric concentrations, as 
well as the liquid turbulent kinetic energy and turbulence dissipation rate, all of which serve as the 
input to the next (macro) scale of simulations. A sliding window time-averaging has been used to 
capture the mean flow parameters for transient cases. 

The largest scale (m range) of the simulation considers the flow of liquid sodium-coolant/fission- 
gas mixture along the length of fuel elements.  This simulation has been performed by NPHASE-
CMFD code using the RANS modeling scale.  NPHASE-CMFD uses two-phase k-ε models along 
with transient inflow boundary conditions supplied by PHASTA to perform two- (or multi) phase flow 
simulations during the postulated accident.  NPHASE-CMFD also supplies the pressure value back to 
the PHASTA domain outflow. PHASTA, in turn, provides the pressure found at the inflow of its 
domain back to the FronTier outflow. Thus, all three codes used in the simulations are fully coupled. 
The use of such a multiple code platform allows one to perform full-scale mechanistic simulations of 
hypothetical reactor accidents, including both current and next generation reactors, while maintaining 
the required level of detail assured by the multiscale approach. 
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Fig. 1: A general schematic of a Gen-IV Sodium-Cooled Fast Reactor (Source: A Technology 
Roadmap for Generation IV Nuclear Energy Systems by the U.S. DOE Nuclear Energy Research 
Advisory Committee and the Generation IV International Forum) 

2. DESCRIPTION OF INDIVIDUAL COMPUTER CODES 

2.1. FronTier 
FronTier is a computational package for direct numerical simulation of multiphase flows (Du et 

al., 2006) developed at Stony Brook University in collaboration with LANL and BNL. FronTier 
development and optimization for massively parallel supercomputers is a part of the DOE SciDAC 
program. An important and unique feature of this package is its robust ability to track dynamically 
moving fronts or material interfaces using the method of front tracking. FronTier supports 
compressible and incompressible Navier-Stokes equations and MHD equations in the low magnetic 
Reynolds number approximation (Samulyak, 2007), and phase transitions such as melting and 
vaporization (Wang et al., 2010). 

2.2. PHASTA 
PHASTA (Whiting and Jansen, 2001; Jansen et al., 2000) is a parallel, hierarchic (between 2nd- 

and 5th orders of accuracy, depending on function choice), adaptive, stabilized (finite element) 
transient analysis DNS flow solver (both incompressible and compressible).  PHASTA was the first 
unstructured grid LES code, and it has been applied to turbulent flows ranging from validation 
benchmarks (channel flow, decay of isotropic turbulence) to complex flows (airfoils at maximum lift, 
flow over a cavity, near lip jet engine flows and fin-tube heat exchangers).  The PHASTA code uses 
advanced anisotropic adaptive algorithms (Sahni et al., 2006) and the most advanced LES/DES models 
(Tejada-Martinez and Jansen, 2005). The two-phase version of PHASTA utilizes the Level Set method 
to define the interface between the gas and liquid phases (Sethian, 1999).  The combined DNS/Level-
Set model has been extensively tested and validated for various two-phase flow problems and 
condiitons (Nagrath et al., 2005; Rodrigez, 2009).    
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2.3. NPHASE-CMFD 
NPHASE-CMFD (Antal et al., 2000) is an advanced Computational Multiphase Fluid Dynamics 

computer code for the simulation and prediction of combined mass, momentum and energy transfer 
processes in a variety of single-phase (Gallaway et al., 2008) and multiphase/multiscale systems, 
including  gas/liquid (Wierzbicki et al., 2007; Tselishcheva et al., 2010),  solid/liquid (Tiwari et al., 
2006; 2009) and gas/solid/liquid (Antal et al., 2000) flows.  It uses two-phase k-ε models of turbulence 
(the user can chose between the High Reynolds Number and Low Reynolds Number options of the 
model). The mixture and field continuity equations are solved in coupled and segregated (uncoupled) 
manner, using stationary coefficient linearization. The code is fully unstructured and can utilize 
second-order accurate convection and diffusion discretization. The technology used by the NPHASE-
CMFD code is an ensemble averaged multifield model of two-phase or multiphase flows. 

Fission gas

Liquid 
Sodium Fission gas

Fission gas

 
Solid fuel

 Cladding

Liquid
Sodium  

Fig. 2. Schematic of fission gas escape in SFR during fuel rod failure accidents. 

3. MODEL DESCRIPTION 

3.1. Physical Problem 
As it was mentioned before, a hypothetical channel-blockage accident scenario in Gen-IV SFR has 

been used as testing ground for the proposed approach of using three interacting codes in multiscale 
simulations. Fig. 3 presents an overview of the problem geometry.  It has been assumed that as a result 
of the accident, one of the fuel rods overheats and causes a failure of the stainless steel cladding. This 
results in fission gas injection into the coolant. 

The modeled phenomena include: 
 stainless steel failure mechanisms 
 pressurized fission gas escape from the fuel rod into the liquid sodium coolant 
 two-phase side jet injection into the coolant 
 transient two-phase flow propagation downstream from cladding failure 
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3.2. Computational Domains 
Figure 4 shows the computational domain sharing in the multiscale approach used in the 

simulations. Let us overview the main reasons for choosing the multiscale approach consisting of the 
three different scales: 

 The largest scale simulation performed using NPHASE-CMFD code is capable of resolving 
the whole fuel rod assembly. However, to achieve that we employ RaNS equations with quite 
coarse mesh resolution (about 5 to 10 mesh cells between the fuel rods). This does not allow 
adequate model performance around the cladding failure.  

 DNS approach is used within 10 mm of cladding failure using PHASTA code. The 
unstructured mesh capabilities of PHASTA allow modeling the jet propagation in the complex 
flow domain between the fuel rods.  

 FronTier is resolving the fission gas flow though the growing crack in the stainless steel 
cladding in the immediate vicinity of the failure.  

A description of the domain used by each of the three codes and their interfaces is given next. 

 
Fig. 3. Geometry and dimensions of a section of SFR fuel rod assembly with the cladding failure 
location. 

 
Fig. 4. Computational domains overview. 
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3.2.1. FronTier computational domains 
FronTier simulates both cladding failure and fission gas escape through the failure. The cladding 

failure computational domain includes a short section of the cladding tube. The fluid flow domain 
includes small regions about 3 mm in size inside and outside the stainless steel cladding and resolves 
the gas jet using a rectangular grid. Since FronTier must use uniform grid it is suitable to relatively 
small domains and restricted to the region very close to the cladding breach. Computational grid used 
in the FronTier simulations of cladding breach is shown in Fig. 5 (a).  

(a) (b)
Fig. 5. Computational meshes used in the FronTier simulations of cladding breach (a) and PHASTA 
simulations (b). 

3.2.2. PHASTA computational domain 
The PHASTA domain is about 10 mm tall and includes the region around the cladding breach, 

which overlaps with the FronTier domain, as well as section of the coolant channel which starts below 
the breach and extends to a short distance above the breach. The finite element mesh used in PHASTA 
simulation is shown in Fig. 5 (b). It is characterized by the following parameters: 

 Number of vertices: 1.52 million 
 Number of elements: 8.36 million 
The computational mesh has been designed to provide adequate resolution for interface tracking in 

the region of interest. This mesh accurately captures the near-wall (inside the boundary layer) flow 
details for both laminar and turbulent flow conditions.   As an illustration, Fig. 6 shows that the 
PHASTA predictions are in excellent agreement with the fundamental “law of the wall” for turbulent 
flows. 
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Fig. 6. PHASTA velocity profile in turbulent channel flow compared with law of the wall (Bolotnov et 
al., 2009). 
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The gas flow rate computed by FronTier simulations is used for setting up gas inflow boundary 
conditions in PHASTA. Other boundary conditions are: no-slip boundary conditions applied on all 
solid surfaces, and a pressure boundary condition that corrects for the effects of surface tension at the 
outflow of the domain. This outflow pressure is supplied by the NPHASE flow solver. 

 
3.2.3. NPHASE computational domain 

The computational domain of NPHASE, shown in Fig. 4, actually encompasses and extends along 
the coolant channels around 30 fuel rods. This is shown in Fig. 7 (a), where the NPHASE domain 
overlays the PHASTA domain. Due to the symmetry of the problem and the ensemble averaged nature 
of the NPHASE calculation, the data taken from PHASTA is averaged across the symmetry line 
shown in Fig. 7 (a). The corresponding computational mesh in the NPHASE simulations is shown in 
Fig. 7 (b). 

The mesh used in the NPHASE simulation is shown in Fig. 7 (b). It is axially non-uniform and 
consists of approximately 500k elements. Since the NPHASE mesh is much coarser than the PHASTA 
mesh, data is interpolated from the PHASTA onto the NPHASE meshes to generate the inlet 
conditions for the NPHASE simulation.  The total physical length of the NPHASE domain is 0.5m. 
This, in turn, illustrates the advantages of coupling the DNS results of PHASTA, limited for practical 
reasons to a relatively small computational domain, with the NPHASE-based large-scale model which 
uses accurate PHASTA predictions as input (Bolotnov et al., 2009). 

3.3. Description of mathematical models 

3.3.1. FronTier Models 
The FronTier package has the ability to evaluate moving fronts or material interfaces using the 

method of front tracking. A volume-filling finite difference grid supports smooth solutions located in 
the region between interfaces. In the FronTier's solution algorithm (Menikoff and Plohr, 1989), the 
Riemann problem is solved for the left and right interface states to predict the location and states of the 
interface at the next time step. Then a corrector technique is employed which accounts for fluid 
gradients on both sides of the interface.  

For the simulation of overheating and melting of the nuclear fuel rod, new elliptic/parabolic 
solvers have been developed, based on the embedded boundary method (Wang et al., 2010), as well as 
an algorithm for the classical Stefan problem describing first order phase transitions.  

A new approach, based on the energy minimization of the network of springs with critical tension, 
has also been applied to develop mesoscale models for the simulation of fracture of inhomogeneous 
solid materials. Such a description of solids makes it possible to avoid fast time scales associated with 
acoustic waves and capture important features of the material fracture. The main emphasis has been on 
the study of brittle fracture. Two regimes of the fracture have been considered: (a) adiabatically slow 
deformation and breakup and (b) instantaneously fast deformation and the formation and propagation 
of cracks in stressed materials.   The most computationally intensive step in the algorithm is the energy 
minimization. The methodology applied to both constrained and unconstrained optimization problems 
is done through the interface with TAO, a package developed by Argonne National Lab within the 
DOE SciDAC initiative. 

Model testing included a comparison of the breakdown stress with experimental data, studies of 
the breakdown stress as a function of the probability of defects up to the rigidity percolation threshold, 
and scaling of the distribution function of the breakdown stress. 

 
3.3.2. PHASTA models 

The spatial and temporal discretization of the Incompressible Navier-Stokes equations within 
PHASTA has been described in Whiting and Jansen (2001). The strong form of the INS equations is 
given by 

Mass conservation       , 0i ju        (1) 

Momentum conservation    , , , ,
ˆˆ ˆi t j i j i ij j iu u u p f            (2) 
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where ρ is density, ui  is the i-th component of velocity, ˆ,p i  is pressure, ˆij is the stress tensor, and f̂i  

represents body forces along the i-th  coordinate.   
For the incompressible flow of a Newtonian fluid, the stress tensor is related to the strain rate tensor, 
Sij, as 

                     , ,ˆ 2 ( )ij ij i j j iS u u          (3) 

Using the Continuum Surface Tension (CST) model of Brackbill et al. (1992), the surface tension 
force is computed as a local interfacial force density, which is included in f̂i . 

The stabilized finite element formulation is used in the PHASTA code (Whiting and Jansen, 
2001). The level set method (Sethian, 1999) involves modeling the interface as the zero level set of a 
smooth function, φ, where φ represents the signed distance from the interface. 
 

 (a) (b) 
 

Fig. 7. NPHASE-CMFD domain: (a) Cross section of the NPHASE domain showing overlap with the 
PHASTA domain (blue) and the added coolant channels (red), the arrow indicates the location of gas 
jet injection. (b) Computational mesh used in the NPHASE simulations. 

3.3.3. NPHASE physical model 
The multiphase model in the NPHASE-CMFD code is based on the multifield modeling concept.   

The ensemble-averaged mass and momentum equations, respectively, are given by 

Mass conservation     

    

   k k
k k k kt

  
    


v

    

(4) 

Momentum conservation     
    ( )

( )

k k k i
k k k k k k k kj k

j

t t i i
k k k kj k kj k k

j j

p p p
t

  
        



       



 

v
v v

M g  
     

(5) 

In Eqs.(4)–(5), (j,k)  are the field indices, the subscript ‘i’ refers to the interfacial parameters,

 

i
kjM  

is the interfacial force per unit volume exerted by field-j on field-k, and the remaining notation is 
conventional. 

3.4. Boundary conditions and interfaces between the codes 
 To achieve coupling between the three codes used in the analysis, a consistent data transfer must 

be provided between the individual codes. A file-based data transfer method has been used to transfer 
the multiphase inflow boundary conditions needed by the “downstream” software using additional 
processing, such as space and time interpolation as well as averaging techniques when converting the 
DNS results into RaNS inflow boundary conditions. In order to fully couple the codes, a pressure 
feedback has been developed as a data transfer method from NPHASE-CMFD to PHASTA and from 
PHASTA to FronTier.  Once this feedback is fully implemented, the PHASTA and FronTier time-
transient solutions will directly depend upon the large scale dynamics modeled by NPHASE-CMFD. 
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3.4.1. FronTier to PHASTA interface description 
The FronTier crack formation simulation generates mesh coordinates along with a connectivity 

array for the crack shape at each time step of the crack growth simulation.  The PHASTA simulation 
uses this information to block selected internal mesh nodes in its computational domain, to 
dynamically change the effective crack size in the two-phase flow simulation. 

Since both FronTier and PHASTA provide instantaneous velocity fields as their solutions, no 
averaging of the data is required for this interface.  The following steps are taken to use the fission gas 
velocity profile flowing though the failed stainless steel cladding opening computed by FronTier as 
PHASTA inflow boundary conditions: 
 Velocity distribution is recorded by FronTier in the plane of interest 
 For each FronTier time step velocity profiles are interpolated on the PHASTA mesh inflow nodes 
 During the PHASTA run the time-dependent velocity profiles from FronTier are used as jet 

inflow boundary conditions (linear time interpolation is performed when PHASTA time step is 
smaller than FronTier time step) 

3.4.2. PHASTA to NPHASE-CMFD data transfer 
The DNS results produced by the PHASTA code require averaging before they can be used in 

NPHASE-CMFD as inflow boundary conditions. The following technique is used to provide the 
boundary conditions for the NPHASE domain: 
 A list of coordinates at the NPHASE domain inflow is generated. 
 At every time step of PHASTA execution instantaneous velocity components (u1, u2, u3) and 

distance to interface field are interpolated from PHASTA solution at the NPHASE coordinates. 
 A postprocessing code performs the analysis of the data and computes the mean velocity 

distribution (U1
k, U2

k, U3
k), volume fraction, turbulent kinetic energy and turbulence dissipation 

rate, for each flow field, k (e.g., k = 1 for liquid and k = 2 for gas). 
For transient flow we perform sliding window averaging. The analysis results in the following 

time-dependent functions of the described quantities: 
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where Xk is the phase indicator function for field k, ( ) ( ) ( )i i
m j m j iu t t u t t U t      is the fluctuation of 

velocity component i computed during the ensemble run m at the time instant t + tj; Nw is the number 
of velocity samples in each window, t is the current time,  2j wt j N t    is the local window time, 

t  is the time step. 

4. RESULTS 
The models discussed in Section 3 have been used to simulate the consequences of a loss-of-flow 

accident in a Gen. IV Sodium fast reactor (SFR).  The phenomena modeled included: fuel element 
heatup, cladding heatup and failure due to combined effects of thermal stresses and fission gas 
pressure inside the fuel pin, injection of pressurized fission gas into the coolant channels surrounding 
the failed fuel element, and the transport of gas/liquid-sodium mixture toward the top of the core.  The 
results of the multiscale simulations are presented next.   

4.1. FronTier Calculations 
The cladding fails before melting, causing the ejection of fission gases into the coolant channels.  

The increasing fuel temperature causes the pressure inside the fuel rod to increase as well, thus 
augmenting the mechanical load on the cladding wall. The combined effects of elevated gas pressure 
and cladding temperature weaken the cladding wall and eventually lead crack formation. The predicted 
crack side is shown in Fig. 8. The FronTier code was used for the simulation of the fission gas ejection 
into the sodium coolant. Boundary conditions behind the crack were estimated based on the flow in 
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porous medium equations describing the flow of fission gases from the gas plenum to the crack.  The 
gas jet simulation (see Fig. 9) provided input to the PHASTA code.       

                 
Fig. 8. Formation of crack in the fuel rod cladding (left). Magnified view of the crack surface with 
mesh for the FronTier simulation of the gas jet ejection is shown on the right. 
 

 
Fig. 9. FronTier simulation of the ejection of fission gas into sodium coolant: isosurfaces of pressure 
(left) and longitudinal component of velocity (right) at 1 ms after the crack formation.  
   

4.2. PHASTA Calculations 
The PHASTA code has been used to perform the two-phase DNS of the jet injection. Once the 

codes are fully coupled, it will use the gas inlet information provided by FronTier (Fig. 9) to simulate a 
time-varying crack shape with time-dependent gas inflow profile. A set of numerical test has been 
performed to develop and test PHASTA ability to handle variable gas inflow profiles through growing 
crack shapes. These numerical tests have shown that PHASTA is capable in accepting the FronTier 
information about the arbitrary crack shape and gas velocity profile. Current results use simplified 
assumptions about the crack shape (a rectangular shape 3 mm long and 1 mm wide) and a constant gas 
flow rate. Side cuts of the instantaneous PHASTA solution development are shown in Fig. 10. We can 
observe how the fission gas jet behaves during the modeled accident scenario. Note that the simulation 
time is quite short for the conditions under consideration (liquid volume flow rate is 18.2×10-6 m3/s; 
gas volume flow rate is 10.1×10-6 m3/s in the domain enclosing 2 fuel rods). 

In order to better illustrate the behavior of the gas jet simulation we chose time instant of 0.18 s to 
provide several domain cuts normal to the coolant flow direction (Fig. 11). The locations of these cuts 
are shown as white lines in Fig. 10 (i). The present two-phase PHASTA simulation was performed on 
2,048 IBM BlueGene/L processors for about 250 wall clock hours, which corresponds to 
approximately 500,000 CPU-hours. The PHASTA simulation results are averaged using a plane of 
virtual probes located normal to the coolant flow direction at the distance of 7 mm from the center of 
the fission gas inflow. The location of the data gathering plane is shown by a white gap between the 
computational domains in Fig. 12. The averaged data is then supplied to the NPHASE-CMFD RANS 
based simulation of as the inflow boundary conditions. 

FronTier-to-PHASTA interface 
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Fig. 10. Time evolution of the instantaneous PHASTA velocity field. The gas/liquid interface is 
marked with a solid black line. Each instant corresponds to the following computational time: (a) 0.0 s; 
(b) 0.0003 s; (c) 0.003 s; (d) 0.03 s; (e) 0.06 s; (f) 0.09 s; (g) 0.12 s; (h) 0.15 s; (i) 0.18 s; (j) 0.21 s. 

 
 

 
x = 0 mm 

 
x = 4 mm 

 
x = 8 mm 

 
x = 12 mm 

Fig. 11. Two-phase velocity distribution around the fuel rods at different locations downstream of the 
center of the gas jet. The time instant is 0.18 s and velocity scale is the same as in Fig. 10. 
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Fig. 12. PHASTA/NPHASE-CMFD data transfer: PHASTA domain (bottom part) computes gas (red) 
/ liquid (blue) phase distributions which are averaged to provide the time-varying inflow to NPHASE 
domain (volume fraction distribution shown on top). 

4.3. NPHASE-CMFD Calculations 
The NPHASE-CMFD code has been used to simulate the largest scale part of the present 

multiscale problem. To study the accuracy of NPHASE-CMFD results, a grid-convergence study has 
been performed for a complex geometry of reactor fuel channels.   Two grids have been compared 
against each other: a coarse grid of about 45K elements, shown in Fig. 13(a), and a fine grid of about 
180k elements, shown in Fig. 13(b). 
 

(a) (b) 

Fig. 13: Cross sectional views of two computational grids used in this study of grid-independence of 
NPHASE-CMFD calculations, (a) fine grid, (b) coarse grid. 
 

These two grids were run for a steady state simulation closely matching the expected conditions of 
the PHASTA/NPHASE coupled gas jet.  The case examined in the grid study uses an assigned gas 
distribution at the inlet as well as constant velocity values for both the liquid and gas phases.   The 
calculated axial velocity components of both gas and liquid phases, as well as the gas volume fraction, 
along the main flow direction are shown in Fig. 14.  As it can be seen, the results for the coarse grid 
are very close to those for the fine grid.  Similar conclusions can be drawn from Fig. 15, where the 
lateral profiles are shown of both the axial phasic velocities and gas volume fraction.    Thus, one 
concludes that the “coarse” mesh yields accurate, practically grid-independent results. 

NPHASE-CMFD 
 domain 

PHASTA 
 domain 
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(a) (b) 
Fig. 14: Axial distributions of the: (a) x-velocity components of both liquid and gas phases, and, (b) 
volume fraction of the gas phase for the fine and coarse grids.  The red and green lines represent the 
fine grid whereas the blue and orange lines represent the coarse grid. 
 
 

(a) (b) 
Fig. 15: Lateral (i.e., across the y axis) distributions at x= 0.09 cm of the: (a) x velocity components of 
both phases and (b) volume fraction of the liquid and gas phases for the fine and coarse grids.  The red 
and green lines represent the fine grid whereas the blue and orange lines represent the coarse grid.  

The data has been collected at a cross plane in the PHASTA domain and used at the inlet of the 
NPHASE simulation.  The inflow data taken from the PHASTA simulation has been applied to the 
blue region shown in Fig. 7 (a).  For the inlet condition used in the NPHASE domain in the regions not 
covered by the PHASTA simulation, a fully developed turbulent profile has been used matching the 
coolant mass flux specified by PHASTA.  This profile has been calculated using the NPHASE code. 

The NPHASE-CMFD model has been used to determine how the gas released into the coolant 
spreads as it travels along the coolant channel.  Fig. 16 (c) shows how the volume fraction of gas 
changes along the reactor channel. The turbulent dispersion force causes it to spread out over a 
significant portion of the channel cross section. The NPHASE model tracks the velocity fields of the 
gas and liquid phases independently. These can be seen in Figs. 16 (a) and 16 (b). The complex inlet 
flow pattern is a direct result of large scale eddies produced by the jet hitting the neighboring fuel rods.  
These are long standing fluid structures which are not eliminated by the time averaging done on the 
PHASTA data.  Downstream from the jet, these structures decay into a much less chaotic flow.  As can 
be seen in Fig. 16 (b), the gas velocity increases along the channel due to gravity. This causes a drop in 
volume fraction which is observed in the initial section of the channel. 
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(a) (b) (c) 

Fig. 16. (a) U velocity component of liquid phase; (b) U velocity component of gas phase; (c) volume 
fraction of the gas phase in the NPHASE solution (inlet at bottom, outlet at top, equally-spaced 
intervals in between). 

5. SUMMARY AND CONCLUSIONS 

A multiscale modeling approach to the analysis of nuclear reactor transients and accidents has 
been discussed. It has been demonstrated that by using multiple computer codes in a coupled mode 
(NPHASE/PHASTA interface), a broad range of phenomena governing accident progression can be 
simulated in a physically-consistent and numerically accurate manner. Future work will include the 
development of a closer coupling between FronTier and PHASTA, and the modeling of multi-
component flows, such as molten/frozen fuel particles mixed with fission gas, and the effect of sodium 
bubbles mixed with the evaporating liquid sodium.  
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Abstract 
During the course of a hypothetical severe accident in a nuclear Pressurized Water Reactor (PWR), 
hydrogen may be produced by the reactor core oxidation and distributed into the containment. Spray 
systems are used in order to limit overpressure, to enhance the gas mixing to avoid hydrogen 
accumulation, and to wash out the fission products. In order to simulate these phenomena with CFD 
codes, it is first necessary to know the droplet size and velocity distributions close to the outlet nozzle. 
Furthermore, since most of the phenomena relative to droplets (condensation, gas entrainment, 
collision) are of particular importance in the region below the nozzle, accurate input data are needed 
for real-scale PWR calculations. The objective is therefore to determine experimentally these input 
data. 
Experimental measurements were performed on a single spray nozzle which is routinely used in many 
PWRs. This nozzle is generally used with water at a relative pressure supply of 350 kPa, producing a 
mass flow rate of approximately 1 kg/s. At a distance of 20 cm, where atomization is just achieved, it 
is found that geometric mean diameter varies from 305 to 366 µm, Sauter mean diameter from 430 to 
600 µm and mean axial velocity from 14.1 to 18.4 m/s.  
 

1.   INTRODUCTION  

 
One of the main contributors to the containment early failure during a PWR severe accident is 
associated to the presence of hydrogen within the containment building. The hydrogen produced by 
the reactor core oxidation and released from the reactor coolant system could mix or accumulate in 
different parts of the containment. If the composition of hydrogen-steam-air mixture reaches a certain 
threshold, combustion could occur. In order to prevent such a risk, array of spray nozzles systems are 
positioned at the top of the containment. They are used to limit overpressure, to enhance the gas 
mixing and avoid hydrogen accumulation, and to wash out fission products and structure materials 
which can be released. The spray system efficiency may depend on the evolution of the droplet size 
and velocity distributions during their fall (Rabe et al., 2009), especially in the region just below the 
spray nozzle where most of the droplet phenomena occur: condensation (Mimouni et al., 2009), gas 
entrainment (Lavieville et al., 1995) and collision (Qian and Law, 1997, Rabe et al., 2010).  
Nozzles which are usually used for the spray system in many PWR have already been characterized by 
Powers and Burson (1993), using photographic and freezing methods, and Ducret et al. (1993), using a 
micro-video system. These data can be considered as a first approximation for this spray nozzle 
characterization. However, considering recent developments of CFD codes as well as experimental 
techniques involving laser diagnostics, improvement of this spray characterization is necessary and 
can now be achieved. The objective of this work is thus to provide a more detailed characterization of 
the PWR spray nozzle, in terms of spray shape, spray size and axial velocity distributions as close as 
possible to the nozzle outlet. Such measurements will give accurate and detailed boundary conditions 
for CFD numerical simulation spray of spray behaviour, which constitutes valuable improvement, 
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since it is known that appropriate boundary conditions for CFD calculations are mandatory for 
relevant CFD calculations. 
 
2.   PWR CONTAINMENT SPRAY SYSTEMS 
 
Spray systems are emergency devices designed for preserving the containment integrity in case of 
severe accident in a PWR. The French PWR containments have generally two series of nozzles placed 
in circular rows (Coppolani et al., 2004). More precisely, for the 900 MWe PWR, there are exactly 
four rings of nozzles having the characteristics presented in Table 1. A schematic view of these spray 
rings and the associated spray envelopes are given in Fig. 1. 
 

Table 1: Characteristics of spray rings for the French 900 MWe PWR. 
 

 Height (m) Diameter (m) Number of nozzles  Estimated minimum 
distance between nozzles 

(m) 
1st Ring 54.8 10.0 66 0.5 
2nd Ring 54.2 14.8 68 0.7 
3rd Ring 52.3 22.5 186 0.4 
4th Ring 51.0 27.0 186 0.4 

 
 

 
Fig. 1: Spray rings and envelopes in a French PWR (not at scale). 

 
 
The nozzle type used in many PWRs, in particularly French 900 MWe PWRs, is the so-called 
SPRACO 1713A, distributed by Lechler (Fig. 2). This nozzle is generally used with water at a relative 
pressure of 350 kPa, producing a flow rate of approximately 1 l/s. The outlet orifice diameter is 9.5 
mm. The temperature of the injected water during a hypothetical nuclear reactor accident is either 
from 20°C or 60°C to 100 °C, depending on the kind of process (the 60°C to 100°C process is the so-
called recirculation mode).  
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Fig. 2: Spray nozzle SPRACO 1713A (Lechler). 

 
The droplet size distribution measured by Powers and Burson (1993) for this nozzle is presented in 
Fig. 3 and the one obtained by Ducret et al. (1993) in Fig. 4. These results can be considered as a first 
estimation of the size distribution. Nowadays, more information can be obtained using methods such 
as Phase-Doppler Interferometer (PDI), Diffractometry or Shadowgraphy. Furthermore, the advanced 
techniques as PDI allow the determination of the spatial distribution of the droplet size and velocity 
close to the nozzle outlet.  
 

 
Fig. 3: Droplet size distribution for the nozzle displayed in Fig. 2, as measured by Powers and  

Burson (1993) using photographic and freezing methods. 
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Fig. 4: Droplet size distribution measured by Ducret et al. (1993), at 6 m under the nozzle, with a 

micro-video system, for two relative pressure supplies ∆P. 
 
3.   EXPERIMENTAL FACILITY 
 
The experiments have been carried out at the Von Karman Institute (VKI) in Belgium, in the VKI-
Water-Spray facility sketched in Fig. 5. The set-up is composed of a hydraulic circuit supplying, for 
those experiments, a single spray nozzle with a flow-rate of 1 l/s at 350 kPa. The pulverized water is 
collected in a 12 m3 pool. The position of the spray nozzle may be changed using a monitored three-
axes carriage.  
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Fig. 5: VKI water-spray experimental facility. 
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The measurement of the spray characteristics requires a technique such as the light diffraction, 
shadowgraphy or Phase-Doppler Interferometry (PDI). The latter was chosen since it provides local 
high resolution information about the spray drops. Indeed, PDI measures the size and velocity of drops 
passing through an optically defined probe volume (Bachalo and Houser, 1984). The laser light source 
of the present ARTIUM PDI system is a continuous-wave He-Ne laser. The laser probe volume is 
formed by the intersection of two laser beams, depicted as blue lines on Fig. 5. The off-axis angle 
(scattering angle), at which the receiving optics unit is placed, is 30°. 
PDI can only measure droplets of spherical shape. In order to determine where atomization is 
achieved, visualization has been performed with a Phantom high-speed camera used with a resolution 
of 800x600 pixels at a frequency of 4796 Hz, with an exposure time of 10 µs. The spray close to the 
nozzle outlet, where atomization occurs, is illuminated from the back in order to obtain consistent and 
machine readable images.  
 
 
4.   EXPERIMENTAL RESULTS 
 
 
4.1. Global spray characterization 
 
A spray is usually created by the instability of either a liquid jet or sheet at the outcome of the nozzle 
(Dumouchel, 2006). When surface forces become weaker than inertial forces, atomization occurs: the 
liquid jet/sheet breaks into filaments that shatter into droplets. The high-speed visualization shows that 
the distance from the nozzle exit at which most of the liquid is atomised into droplets (for a relative 
pressure of 350 kPa) is approximately at 20 cm as depicted in Fig. 6. Therefore, it can be anticipated 
that at such a distance, PDI measurements of droplets are reliable. It is also noticed that the spray is 
not symmetrical, the droplet density being higher on the right side. This observation is probably due to 
the inner geometry of the nozzle shown in Fig. 2. 
 

 
Fig. 6: High-speed camera imaging of the nozzle SPRACO 1713A at a relative pressure of 350 kPa. 

 
It is also found, as by the nozzle manufacturer, that the SPRACO 1713A nozzle creates a hollow cone 
spray. No droplets are found in the core of the spray. The annular ring, in which droplets are found, is 
characterized by the internal and external diameters of the annulus, which are, respectively, about 18 
and 26 cm at a 20 cm distance from the nozzle outlet (Fig. 7).  
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Fig. 7: Annular cross-section of the hollow cone spray at a 20 cm distance from the nozzle outlet. 

 
The spray angle is found to be around 60° (Fig. 8). 
 

 
Fig. 8: Estimation of the spray angle. 

 
 
 
4.2. Description of the measurement points 
 

PDI measurements of droplet size and velocity distributions are performed at 20 cm from the nozzle 
outlet. Eight measurements points, separated by 45° angles, are chosen at a radial position situated at 
the centre of the annular ring as described in Fig. 9. 

 



Experimental Validation and Application of CFD and CMFD Codes to Nuclear Reactor Safety Issues (XCFD4NRS-3) 
Washington D.C., USA, 14-16 September, 2010. 

 7

 
Fig. 9: Position of the measurement points in the cross-section of the hollow cone spray, as viewed 

from the top. 
 

For each measurement point, droplet size and axial velocity distributions, are measured three times 
(three different days). 
 
 
4.3. Drop size distribution  
 
Size distributions measured at different angles at a distance of 20 cm from the nozzle outlet are 
presented in Fig. 10. For each graph of this figure, the three size distributions corresponding to the 
three day tests are given, as well as an “average” distribution obtained from the three others. This 
averaging has no physical meaning but helps to visualize the shape of the size distribution. Two main 
conclusions can be drawn from Fig. 10:  

- the shape of the droplet size distribution at each position is rather repeatable from test-to-test; 
- this shape is rather similar for all positions on the annular ring of the spray envelope. 
 

For each measured size distribution, global spray features, as the Geometric Mean Diameter D10 or the 
Sauter Mean Diameter D32, are calculated. Their evolution with the azimuthal angle is plotted in  
Fig. 11 and Fig.12 respectively. On these figures, the specified diameter for each test is given, as well 
as the average of this diameter on the three tests. These figures show that the tests exhibit good 
repeatability, even if small differences can be observed: the D10 diameter changes slightly with the 
angle position, from around 300 µm to 350 µm, and the Sauter mean diameter changes from around 
400 to 600 µm. Two reasons may explain this dissymmetry:  

- the liquid flow inside the spray nozzle is not symmetrical, since the inner geometry of the 
nozzle is not symmetrical; first CFD calculations with the CFX commercial code seem to 
confirm this effect; 

- an experimental bias can also occur: depending on the measurement position, the laser beam 
has to cross more or less spray, and the gain of the receiver has to be adjusted so that this 
could influence the detection of the smallest or biggest droplets. The calculations of the mean 
diameters can then be modified by the presence of those smallest or largest droplets. This is 
why the use of the size distribution as an input data appears to be more accurate than the use 
of an average diameter in order to characterize the spray in CFD codes. 
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Fig. 10: Experimental droplet size distributions at 20 cm from the nozzle outlet for an angle of a) 15°, 

b) 60°, c) 105°, d) 150°, e) 195°, f) 240°, g) 285°, h) 330°. 
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Fig.11: Geometric Mean Diameter D10 for different angles around the annular section of the spray 
envelope, at 20 cm from the nozzle outlet. Error bars represent the dispersion over the mean value. 
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Fig. 12: Sauter Mean Diameter D32 for different angles around the annular section of the spray 

envelope, at 20 cm from the nozzle outlet. Error bars represent the dispersion over the mean value. 
 
The experimental size distributions can be approximated with a log-normal distribution, as it can be 
seen in Fig.13 for two different angular positions. The same kind of results is observed for all the other 
angular positions. 
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____ : Experimental average distribution, ____ : Log-normal fitted distribution 

Fig. 13: Experimental average and fitted log-normal droplet size distributions at 20 cm from the nozzle 
orifice for an angle of 15° (left) and 240° (right). 
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4.4. Axial velocity distribution 
 
Measurements of the droplet axial velocity have also been performed at a distance of 20 cm from the 
nozzle orifice. Normalized results are plotted in Fig. 14 and fitted with a Gaussian distribution 
function presented in the same figure. The average value of the axial velocity around the annulus of 
the spray envelope is given in Fig. 15. It can be observed from those figures that: 

- the shape of the axial velocity distribution at each position is very repeatable from one test to 
another; 

- this shape is rather similar for all positions on the annular ring of the spray envelope; 
- the axial velocity distribution at this position can be approximated by a Gaussian function 

(Sellens and Brzustowski, 1986);  
- the mean droplet axial velocity varies with the angle position, probably due to the nozzle inner 

geometrical dissymmetry and the resulting swirling behaviour of the spray discussed earlier;  
- the mean axial velocity varies from 14.1 to 18.5 m/s; associated experimental relative 

uncertainties have been estimated to be between 1 and 4 %. 
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Fig. 14: Droplet axial velocity distribution and Gaussian fitting at 20 cm from the nozzle orifice for an 

angle position of a) 15°, b) 60°, c) 150°, d) 195°, e) 285°, f) 330°. 



Experimental Validation and Application of CFD and CMFD Codes to Nuclear Reactor Safety Issues (XCFD4NRS-3) 
Washington D.C., USA, 14-16 September, 2010. 

 11

 

0

2

4

6

8

10

12

14

16

18

20

0 100 200 300

Angle (°)

A
xi

al
 v

el
oc

ity
 (

m
/s

)

Day 1
Day 2
Day 3
Average

 
Fig. 15: Mean value of the axial velocity for different angles around the annular section of the spray 
envelope, at 20 cm from the nozzle outlet. Error bars represent the dispersion over the mean value. 

 
4.5. Radial velocity 
 
Experimental measurements were only performed on the axial velocity of droplets, since a 1D PDI 
was used. However, an approximation can be given using the angle of the spray cone and the axial 
velocity (Fig. 16). On the Fig. 8, the angle of the cone is estimated at a value of 60°, and the mean 
value for the droplet axial velocity, at 20 cm from the nozzle outlet, is about 16.8 m/s  
(Fig. 15). Radial velocity is therefore given by )tan(αzr vv =  with °= 30α . The radial velocity is 
found to be equal to about 10 m/s. 
 

 
Fig. 16: Estimation of the droplet radial velocity, from the angle spray cone  

and the droplet axial velocity. 
 

 
5.   CONCLUSION 
 
Measurements of hydrodynamic characteristics of a real-scale spray nozzle (SPRACO 1713A) used in 
many PWRs, have been performed for the first time ever in terms of droplet size and axial velocity 
distributions, have been achieved for the first time ever. The detailed information obtained is now 
available as input data for CFD simulation. Measurements have been conducted as close as possible to 
the nozzle outlet, i.e. at 20 cm from the nozzle orifice, where the atomization process appears to be 
completed, as observed experimentally with a high-speed camera. Droplet size and velocity 
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distribution have been obtained for typical conditions used in nuclear reactors, i.e. a relative pressure 
supply of 350 kPa. 
Observations show differences across the spray section, in terms of droplet mean diameters and 
droplet mean axial velocities. These differences are supposed to be mainly due to the inner geometry 
of the nozzle which leads to a non symmetrical liquid flow just at the outlet of the spray nozzle. It is 
also found that the droplet size distribution can be well fitted by a Log-Normal distribution and the 
droplet axial velocity distribution by a Gaussian distribution. It is recommended to use these 
distribution functions as input data for CFD calculations of real-scale sprays in nuclear reactors.  
Further improvements in the analysis of these experimental data will include the velocity-size 
correlation and the axial velocity distribution for each droplet class. Other experimental data can also 
be obtained, in particular the radial and ortho-radial droplet velocities which are important quantities 
for the determination of the droplet cross-trajectories that lead to droplet collision. 
All these results are of particular importance to determine the input data for sprays in real-scale PWR 
calculations, since most of the phenomena relative to droplets (condensation, gas entrainment, 
collision) are enhanced in the region below the spray nozzle.  
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ABSTRACT 
Condensation heat transfer in the presence of non-condensable gases is a relevant phenomenon in 

many industrial applications. The present work is focused on the condensation heat transfer that plays 

a dominant role in many accident scenarios postulated to occur in the containment of nuclear reactors. 

The aim of the study is to contribute to the understanding of the heat and mass transfer mechanisms 

involved in the problem. The study also compares a general multiphase approach implemented in 

NEPTUNE_CFD with a homogeneous model, of widespread use for engineering studies, implemented 

in Code_Saturne. The NEPTUNE_CFD code is developed within the framework of the NEPTUNE 

project, financially supported by CEA (Commissariat à l'Énergie Atomique), EDF, IRSN (Institut de 

Radioprotection et de Sûreté Nucléaire) and AREVA-NP. 

The model implemented in NEPTUNE_CFD assumes that liquid droplets form along the wall within 

nucleation sites. Vapor condensation on droplets makes grow. Once the droplet diameter reaches a 

critical value, gravitational forces compensate surface tension force and then droplets slide over the 

wall. Droplets can also join the neighbouring droplets and form a liquid film. The starting point of the 

model is based on the balance of heat and mass transfer between droplets and the gas mixture 

surrounding the droplets. Each fluid (gas mixture or droplets) is modeled through at least 3 

conservation equations representing mass, momentum and total enthalpy. This approach allows taking 

into account simultaneously the mechanical drift between the droplet and the gas, the heat and mass 

transfer on droplets in the core of the flow and the condensation/evaporation phenomena on the walls. 

The homogeneous condensation heat transfer implemented in Code_Saturne is modeled through a 

mass transfer between the steam and the water liquid. This term depends on the difference between the 

non condensable gas mass fractions at the gas/liquid interface (wall) and in the fluid. The exchange 

coefficient is given by correlations based upon boundary layers laws driven by free or forced 

convection. The creation of liquid mass is taken into account through a sink term in the steam mass 

conservation equation and the global mass equation of the gases. The motion of the liquid film due to 

the gravitational forces is neglected, as well as the volume occupied by the liquid. 

Both condensation models and compressible procedures are validated and compared to experimental 

data provided by the TOSQAN ISP47 experiment (IRSN Saclay). Computational results compare 

favorably with experimental data, particularly for the Helium and steam volume fractions. 

Nevertheless, the cross-comparison of the gas velocity profiles should be improved in plume-jet 

configuration. It concerns turbulence modeling for accurate predictions of heat transfer in the whole 

containment. The NEA/CSNI Best Practice Guidelines were followed as much as possible, especially 

in the mesh generation process by keeping acceptable quality for the grids, by exploring the grid 

convergence, and also by assessing the numerical convergence. 

 

1 INTRODUCTION 

Condensation heat transfer in the presence of noncondensable gases is a relevant phenomenon in many 

industrial applications, including nuclear reactors. 

mailto:stephane.mimouni@edf.fr
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In particular, during the course of a hypothetical severe accident in a nuclear Pressurized Water 

Reactor (PWR), hydrogen may be produced by the reactor core oxidation and distributed into the 

reactor containment according to convective flows, water steam wall condensation and interaction 

with the spraying droplets. In order to assess the risk of detonation generated by a high local hydrogen 

concentration, hydrogen distribution in the containment vessel has to be known. The TOSQAN 

experimental programme (Vendel, 2007) has been created to simulate typical accidental thermal 

hydraulic flow conditions of the reactor containment. The heat and mass exchanges between the spray 

droplets and the gas with thermal hydraulic conditions representative of this hypothetical severe 

accident has been studied in (Mimouni, 2009b). The aim of this work is thus to study the wall 

condensation.  

To evaluate the condensation modelling of containment codes, ISP47 test was performed in the 

TOSQAN facility (OECD). The TOSQAN facility is a large enclosure devoted to simulate typical 

accidental thermal hydraulic flow conditions in PWR containment. It is highly instrumented with non-

intrusive optical diagnostics. Therefore, it is particularly adapted to nuclear safety CFD code 

validation. 

 

This issue has already been addressed by using computational fluid dynamics (CFD) codes as CFX 

code (Kljenak, 2006). In these calculations, the flow is modelled as single-phase and the condensation 

acts as a sink of mass and energy. In this approach, the liquid film and the influence of the non 

condensable gas layer are reduced to a simple sink term. On the other hand, the use of explicit 

correlations to evaluate heat and mass transfer processes, though it represents a feasible approach for 

large experimental facilities and reactor plant containments, partly ignores the useful information 

provided by the detailed CFD models in relation to local conditions. 

Another modelling is proposed in (Forgione, 2005). With this approach, heat and mass correlations are 

replaced by using “fundamental” physical laws. But, in that case, a very fine computational grid is 

required: the adopted two-dimensional grid discretizes the vessel gas region of TOSQAN experiment 

in about 28500 cells instead of 4800 for the former case. 

The main objective of the paper is to propose a novel condensation model based on “fundamental” 

physical laws without requiring a very fine computational grid: 7500 cells are used for TOSQAN 

ISP47 test and the grid is uniform. In reactor applications, droplets at the wall come from vapor 

condensation or sprays. The computation of heat and mass transfer between a spray and a gas mixture 

has already been addressed (Mimouni, 2009b). 

In fact, thanks to a code–to-experiment benchmark based on 2 tests of the TOSQAN facility (Malet, 

2008), we successfully evaluated the ability of the code to reproduce the droplet heat and mass transfer 

on one hand (TOSQAN 101 case) and the gas entrainment and atmosphere mixing by the spray on the 

other hand (TOSQAN 113 case). An novel model dedicated to the droplet evaporation at the wall was 

also proposed (Mimouni, 2009b). As a consequence, the vapor condensation model can be seen as an 

extension of the previous model.  

Moreover, it is of primary importance to take into account both evaporation and condensation 

phenomena. In fact, Andreani et al. (Andreani, 2008) underline that depending on the break location 

and the geometry of the containment, liquid films could flow into dry regions where the liquid would 

evaporate. If walls are hotter than the liquid film, this would result in an enhanced evaporation rate. 

The paper is organized as follows. First we describe briefly the set of equations solved in the 

NEPTUNE_CFD and Code_Saturne codes. In the last part, the two-phase flow model and the 

homogenous models are compared and validated by simulating the TOSQAN ISP47 test on global and 

local variables. Both models have been already validated against COPAIN test (Mimouni, 2010). 

 

2 THE NUMERICAL SOLVER AND PHYSICAL MODELING : NEPTUNE_CFD CODE 

The solver belongs to the well-known class of pressure based methods. It is able to simulate multi-

component multiphase flows by solving a set of three balance equations for each field (fluid 
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component and/or phase) (Ishii, 1975), (Delhaye, 1981). These fields can represent many kinds of 

multiphase flows: distinct physical components (e.g. gas, liquid and solid particles); thermodynamic 

phases of the same component (e.g.: liquid water and its vapour); distinct physical components, some 

of which split into different groups (e.g.: water and several groups of different diameter bubbles); 

different forms of the same physical components (e.g.: a continuous liquid field, a dispersed liquid 

field, a continuous vapour field, a dispersed vapour field). The solver is implemented in the 

NEPTUNE software environment (Guelfi, 2007), (Mimouni, 2008), which is based on a finite volume 

discretization, together with a collocated arrangement for all variables. The data structure is totally 

face-based which allows the use of arbitrary shaped cells (tetraedra, hexaedra, prisms, pyramids ...) 

including non-conformal meshes. 

The main interest of the numerical method is the so-called “volume fraction – pressure – energy cycle” 

that ensures mass and energy conservation and allows strong interface source term coupling 

(Mechitoua, 2003). 

Mass balance equations, momentum balance equations and total enthalpy balance equations are solved 

for each phase. The gas turbulence is taken into account by the classical k- model. The droplet 

diameter evolution is calculated from an equation of transport on the density of drops. Additional 

equations are added to take into account the non-condensable gases (air and helium). As concern the 

interfacial momentum transfer terms, the only force exerted on droplet is the drag force. Small droplets 

stick at the wall and large drop slide along the wall under the competition between the surface tension 

and the gravity force. As a consequence, the gas velocity near the wall does not tend to zero but to the 

droplets velocity because of the drag force. This is a major difference between single-phase and two-

phase flow approach (Mimouni, 2010). As concern the heat and mass transfer between droplets and 

the wall, it is based on the balance of heat and mass transfer between a drop and the gas mixture 

surrounding the drop using the correlations of Frössling/Ranz-Marshall which are of widespread use.  

 

The model of drop-wall interaction which was developed and implemented is written as a symmetric 

extension of the nucleate boiling model at the wall, and uses as a starting point the model of mass 

transfer in the core flow. To establish this model, we made the following assumptions:  

- the drops which accumulate on the walls take a hemispherical form; 

- there is no nucleate boiling inside the drops at the wall; 

- the drops which impact the walls successively see a stage of cooling (resp. heating) and a 

stage of condensation (resp. evaporation); 

- the droplets stick to the wall (no rebound), or slide along the wall. 

The total heat flux exchanged between the wall and the flow is split into four terms: 

• 
1C a single-phase flow convective heat flux at the fraction of the wall area unaffected by the 

presence of droplets (heat transfer between the gas and the wall); 

• 
2C a single-phase flow convective heat flux at the fraction of the wall area affected by the presence 

of a liquid film (heat transfer between the liquid film and the wall); 

• Th a single-phase flow heat flux to decrease (resp. increase) the droplet temperature and reach the 

wall temperature (resp. the saturation state) (heat transfer between the droplets and the wall); 

• E a condensation (resp. vaporisation) heat flux. 

Details can be found in (Mimouni, 2010). An extensive validation process has been achieved in 

(Mimouni, 2010) against the COPAIN experiment and mesh sensitivity has been found acceptable. 

3 HOMOGENEOUS GAS DYNAMIC MODEL USED IN CODE_SATURNE 

The motion of gases and heat transfer in containment enclosures can be described by the general 

momentum, partial masses and energy conservation equations (Williams, 1985). 

The predominant physical phenomena driving the distribution and heat transfer of fluids within 

containment enclosures are the following: 

 Mixing and / or segregation of gas whose velocity, density and temperature are different. 

 "Swelling" of containment: the compressibility of gas is taken into account, even if the flow 

velocities are low. 
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 Laminar and controlled combustion of hydrogen in recombiners, in order to limit the 

concentration of this gas. 

 Condensation of steam on cold structure surfaces, which has the main effect of limiting the 

pressure rise. 

The general momentum, partial masses and energy conservation equations describing these 

phenomena can be simplified and stiffness due to the presence of physics having very different 

characteristic length and time scales can be removed or relaxed. 

 

Steam condensation on the walls of the containment enclosure plays a key role in the dynamic and 

heat transfer. The heat and mass sink terms of gases due to condensation are modeled through 

correlations based on heat and mass transfer analogy of Chilton-Colburn type. The liquid film is not 

modeled and it is assumed that vapor and non condensable gases are in direct contact with the wall. 

The modelling of the heat transfer by condensation of steam in liquid can be found in (Mechitoua, 

2010). 

 

4 TOSQAN FACILITY 

The TOSQAN experiment (Figure 1) is a closed cylindrical vessel (7 m
3
, i.d. 1.5 m, total height of 

4.8 m, condensing height of 2 m) into which steam or non-condensable gases are injected through a 

vertical pipe located on the vessel axis. This vessel has thermostatically controlled walls so that steam 

condensation may occur on one part of the wall (the condensing wall), the other part being superheated 

(the non condensing wall). The entire transient of the ISP47 test lasted about 18000 s. During certain 

phases of the experiment, steady states were reached when the steam condensation rate became equal 

to the steam injection rate, while all boundary conditions (in particular, wall temperatures and steam 

injection rates) were kept constant. The boundary conditions during different steady states were 

different. The boundary conditions are summed up in table 2 (Vendel, 2007). 

 
Figure 1: Precise geometry of TOSQAN vessel. 
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Figure 2: Fields of axial velocity, gas temperature and iso-values of steam molar concentration. 

 
The initial conditions for the thermo-fluid-dynamic variables necessary to start the simulation of the 

transient were evaluated through a preliminary calculation, with no mass flow rate at the inlet section 

and with only air present inside the vessel. 

The mean upper (resp. lower) non condensing wall temperature is maintained constant and equal to 

122.0°C +/-1 (resp. 123.5°C +/-1) during the whole test. 

 

Gas temperature, volume fractions and gas velocity measurements are available on TOSQAN at 

different heights Z. The flow is assumed to be axi-symmetric so that a two-dimensional axi-symmetric 

mesh is used. Two-dimensional representations of axial velocity and gas temperature are illustrated on 

Figure 2. Computations have been performed on two kinds of meshing: a grid with 7500 cells (average 

size of 2 cm) and a fine grid with 32000 cells (average size of 1 cm). Results are similar (Figure 5) 

between “standard” (4460 cells) and fine mesh (32000 cells). Hence, the subsequent computations are 

performed on the coarse grid. Calculations performed with Code_Saturne use about 1700 cells. 

The evolution of the relative pressure during the whole transient is illustrated by Figure 3 and 

compares quite favourably with experimental data. This figure gives a general idea of the successive 

stages. 

Gas temperature profiles 

The gas temperature compares favourably with experimental results in the lower part of the TOSQAN 

vessel but is overestimated in the upper part in plume or jet-plume configuration (Figure 8-Figure 9-

Figure 14-Figure 16). In jet configuration, the gas temperature profiles are in good agreement with the 

experimental data, including near the wall (Figure 10-Figure 11). 
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Table 2 : injection characteristics of the TOSQAN ISP47 test (mass flow rates and temperatures) 

Stage 

 

Description 

 

Proposed 

time 

Steam 

mean 

mass flow 

rate (g/s) 

Injection 

mean 

temperature 

(°C) 

Air 

Mean 

mass 

flow rate 

(g/s) 

Helium 

mean 

mass flow 

rate (g/s) 

Mean 

condensing 

wall 

temperature 

(°C) 

0 Initial phase -600-0     101.3 +/-1 

1 Transient 1 

 

0-1800 1.40 to 

1.14, 

linear 

function 

of time 

 

124 +/-3   101.8 +/-1 

1 +1a Transient 1 

+ short 

steady state 

1a 

1800-5000 1.14 +/- 

0.05 

 

125 +/-3   

1b Transient 

air 

5000-5600 1.14 +/- 

0.05 

 

125 +/-3 3.16 +/- 

0.02 

 

2 Steady state 

1 

5600-6500 1.11 +/- 

0.10 

126 +/-0   

3+4 Transient 2 

and steady 

state 2 

6500-9500 12.27 +/- 

0.12 

 

134 +/-0   107.8 +/-1 

5 Transient 3 9500-

12000 

1.11 +/- 

0.11 

131 +/-0   101.8 +/-1 

6 Steady state 

3 

12000-

13000 

1.11 +/- 

0.06 

126 +/-0   

6a Transient 

air 

13000-

13600 

1.11 +/- 

0.06 

126 +/-0 3.16 +/- 

0.02 

 

6b Short 

steady state  

6b 

13600-

14000 

1.11 +/- 

0.06 

126 +/-0   

7 Transient 4 14000-

14600 

1.11 to 

0.89 

linear 

function 

of time 

126 +/-4  1.03 +/- 

0.02 

8 Steady state 

4 

14600-

18000 

0.89 +/- 

0.08 

 

138 +/-0   

 

Gas velocity profiles 

The gas temperature results are correlated to the gas velocity that is correctly predicted in the steady 

state 2 (Figure 13) whereas discrepancies are observed for the steady state 1 (Figure 4). 

Steam mean mass flow rate Gsteam at steady state 1 is 1.11g/s. At the injection mean temperature 

namely 126°C, the vapor density is vap=0.55 kg/m
3
. The internal diameter of the injection tube is 

Dtube=41 mm. 

We deduce the vapor velocity at outlet (z=2.1 m) of the injection tube by: Gsteam =vap ..Dtube
2
.Vvapor/4 

which leads to Vvapor = 1.52 m/s. This value is coherent with the radial profile of the axial velocity at 

z=2.8 m where a peak along the axis is observed (Figure 4). If we assume that condensation may occur 

in the core flow, then droplets may form (wet vapor). Because of the mass flow rate conservation, the 
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gas velocity at injection is lower and the comparison calculated/experimental values is improved for 

the velocity profiles. But, with condensation in the core flow, calculations show that the gas 

temperature is globally overestimated in the vessel. As a consequence, more investigations are still 

needed to check if the mass transfer in the core flow can be neglected. Particularly, the heat and mass 

transfer in the core flow strongly depend on the droplets diameter for which the initial values are 

crucial.  

Another reason could explain the discrepancies about the vertical gas velocity: the modelling of 

turbulence in buoyant jet configuration, since the empirical constants of the turbulence models are 

fitted to jet configurations. In fact, the axial gas velocity profile is in reasonable agreement with the 

experimental data for the steady state 2 (Figure 13). But, the axial gas velocity profiles (Figure 15) for 

the steady state 3 and 4 (plume jet configuration like the steady state 1) are also in reasonable 

agreement with the experimental data: hence, discrepancies are not only due to the turbulence 

modelling.  

 

Helium and vapor volume fraction 

Vapor volume fraction globally compares favourably with the experimental results (Figure 5-Figure 6-

Figure 7-Figure 12-Figure 17-Figure 18). Hence, the two-phase flow approach proposed to predict 

vapor condensation on a cooled surface in the TOSQAN ISP47 test is successfully validated in terms 

of condensation flux whereas discrepancies remain for the heat flux between the wall and the gas 

mixture in plume configurations. However, these discrepancies should have no impact on safety 

considerations according to (Vendel, 2007). 

As a consequence, the helium volume fraction profiles are in good agreement with the experimental 

data (Figure 17-Figure 18) because the mixture density equals the sum of vapour, air and helium 

density. Nevertheless, the accuracy prediction of the global condensate liquid is only a necessary 

condition. In fact, at t=14600 s., the helium injection is stopped and hence the mass of helium is 

constant in the vessel. In most of numerical CFD codes, the helium mass balance equation is usually 

solved after the mass, momentum and energy balance equations which leads to a numerical error on 

the helium mass conservation. This numerical error can be neglected for short physical times but can 

exceed 20% for long transient calculations. Therefore, in a word, the non condensable gases (air and 

helium) mass balance equations are solved inside the so-called “volume fraction – pressure – energy 

cycle” that ensures mass conservation. 

These results are relevant for safety considerations given that in applications, hydrogen (explosive gas) 

is produced in nuclear power plan containment at accident conditions instead of helium. 

 

 
Figure 3: Evolution of the relative pressure during the whole transient 
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Figure 4: Radial profile of the axial gas velocity at 

Z10=2.8 m – steady state 1. 

Figure 5: Radial profile of the steam molar 

concentration and temperature at Z13=3.93 m  at 

time=3900 s – grid convergence. 

 

  
Figure 6: Radial profile of the steam molar 

concentration at Z5=1.9 m and Z13=3.93 m– 

steady state 1. 

Figure 7: Vertical profile of the steam molar 

concentration along the axis – steady state 1. 

 

  
Figure 8: Radial profile of the gas temperature at 

Z4=1.47 m and Z13=3.93 m – steady state 1. 

Figure 9: Vertical profile of the gas temperature 

along the axis – steady state 1. 
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Figure 10: Radial profile of the gas temperature at 

Z4=1.47 m and Z9=2.675 m – steady state 2. 

Figure 11: Vertical profile of the gas temperature 

along the axis and r=0.72 m (near the wall) – 

steady state 2. 

 

  
Figure 12: Radial profile of the steam molar 

concentration at Z10=2.8 m and Z13=3.93 m – 

steady state 2. 

Figure 13: Radial profile of the axial gas velocity 

at Z10=2.8 m and Z14=4 m – steady state 2. 

 

  
Figure 14: Radial profile of the gas temperature at 

Z4=1.47 m and Z13=3.93 m – steady state 3 

Figure 15: Radial profile of the vertical gas 

velocity at Z14=4 m – steady state 3 and 4. 
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Figure 16: Radial profile of the gas temperature at Z4=1.47 m 

and Z13=3.93 m – steady state 4 

 

  
Figure 17: Radial profile of the helium and vapor 

molar concentration at Z5=1.9 m and Z13=3.93 m 

– steady state 4 

Figure 18: Vertical profile of the helium and 

vapor molar concentration at r=0.375 m – steady 

state 4 

NEPTUNE_CFD results and Code_Saturne results are in good agreement globally. 

5 CONCLUSION 

A large amount of steam and Hydrogen gas is expected to be released within the dry containment of a 

pressurized water reactor (PWR), after the hypothetical beginning of a severe accident leading to the 

melting of the core. The accurate modeling of gas distribution in a PWR containment concerns 

phenomena such as wall condensation, hydrogen accumulation, gas stratification and transport in the 

different compartments of the containment. The paper presents numerical assessments of CFD solvers 

NEPTUNE_CFD and Code_Saturne, and is focused on the analysis and the understanding of gas 

stratification and transport phenomena. 
We have presented in this paper the wall condensation modelling implemented in NEPTUNE_CFD, a 

three dimensional two-fluid code dedicated to nuclear reactor applications. An novel model dedicated 

to the droplet evaporation at the wall was proposed in (Mimouni, 2009b), and generalized in this work 

to the vapor condensation on a cooled surface. 

Thanks to a code–to-experiment benchmark based on the COPAIN facility, we successfully evaluated 

the ability of the codes to reproduce the vapor condensation at wall in a previous work (Mimouni, 

2010). In this paper, both codes are validated and compared with experimental data corresponding to 

the TOSQAN ISP47 test. The obtained computational results compare fairly well with experimental 

data and other computational results obtained with others codes. 

Moreover, during the course of a severe accident in a Pressurized Water Reactor (PWR), spray 

systems are used in containment in order to limit overpressure, to enhance the gas mixing in case of 
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the presence of hydrogen and to drive down the fission products. Hence, vapor condensation on a 

cooled surface and spray effects act simultaneously in applications which is made possible with the 

two-phase flow approach proposed in the paper. 

Predictions regarding axial velocity do not agree in some cases because of turbulence modelling. One 

alternative in further studies might be to use Reynolds Stress Transport Model to deal with turbulence 

modelling (Mimouni, 2009c). Future work also concern mesh sensitivity studies comprising structured 

mesh (hexahedra) or unstructured mesh (tetrahedron). 
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Abstract 
 
This paper presents an overview of the model development and validation of an advanced Computational 
Fluid Dynamics (CFD) computer code (CFD-BWR) that allows the detailed analysis of two-phase flow 
and heat transfer phenomena in Boiling Water Reactor (BWR) fuel bundles. The CFD-BWR code is 
being developed as a customized module built on the foundation of the commercial CFD-code STAR-CD 
which provides general two-phase flow modeling capabilities. The model development strategy that has 
been adopted by the development team for the prediction of boiling flow regimes in a BWR fuel bundle 
includes the use of local flow topology maps and topology-specific phenomenological models specifically 
designed for a 3-dimensional CFD code. The paper reviews the key boiling phenomenological models 
and focuses on several key experiment analyses for the validation of two-phase BWR phenomena models 
including flow regime experiments, cladding-to-coolant heat transfer and Critical Heat Flux experiments, 
and the BWR Full-size Assembly Boiling Test (BFBT).  
 

1. INTRODUCTION 
 

An effort to develop and validate an advanced Computational Fluid Dynamics (CFD) model, CFD-BWR, 
which allows the detailed analysis of the two-phase flow and heat transfer phenomena in Boiling Water 
Reactor (BWR) fuel assemblies under various operating conditions has been underway in recent years. 
The CFD-BWR code uses an Eulerian Two-Phase approach and is also referred to as the E2P modeling 
framework. It is being developed as a customized module built on the foundation of the commercial CFD-
code STAR-CD which provides general two-phase flow modeling capabilities. We described in [1-3] the 
model development strategy that has been adopted by the development team for the prediction of boiling 
flow regimes in a BWR fuel bundle. The model validation strategy and results of experiment analyses 
focused on individual two-phase phenomena as well as integral system behavior have been presented in 
[4,5].  
 
The paper reviews the two-phase models implemented in the CFD-BWR code, and emphasizes the 
modeling of inter-phase and coolant-cladding momentum and energy exchanges. The boiling model used 
in the BFBT analyses is the second generation of the CFD-BWR model, which includes a local flow 
topology map that allows the cell-by-cell selection of the local flow topology [6]. Local flow topologies 
can range from a bubbly flow topology where the continuous phase is liquid, to a transition flow 
topology, to a droplet flow topology where the continuous phase is vapor, depending primarily on the 
local void fraction. Results of three experiment simulations using these models are presented, including: 
a) Flow regime experiment analyses, b) Wall heat transfer and Critical Heat Flux experiment analyses, 
and c) BWR full bundle experiment analyses.   
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2. EULERIAN TWO-PHASE BOILING CFD MODEL 
 

2.1 Methodology 
 
The model development strategy that has been adopted by the development team for the simulation of 
boiling flow phenomena in a BWR fuel bundle was described in [2].  A central concept is that of a local 
inter-phase surface topology map which determines the local flow configuration as a function of flow 
conditions and prescribes which models and properties are relevant for each computational cell. The E2P 
Boiling model uses an inter-phase surface topology map that includes a bubbly topology, a droplet or mist 
topology and a transition topology. This topology map is described in more detail below. The inter-phase 
surface topology map is used to determine the local configuration of the vapor and liquid phases as a 
function of local flow conditions and prescribes which models and properties are relevant for each 
computational cell. The ensemble of many computational cells with relatively simple inter-phase surface 
topologies can provide complex global topologies that include all the traditional sub-channel flow 
regimes, as shown in [6]. 
 
The direct simulation of individual bubbles or the transition from bubbly flow, through slug and 
churn flow, to annular flow is not currently within our scope for practical reasons. To resolve 
individual small bubbles or large bubbles of size comparable to channel diameter would 
consume large computer resources on the necessarily fine grids and short timescales, and above 
all on the extraction of suitable time-averaged results from the simulation of a chaotic process. 
Instead, we use a representative bubble diameter dependent on the local conditions for each cell. 
For transition-topology cells we use a topology-based combination of the terms appropriate for 
the basic topologies, bubbly and mist. This can be interpreted as having a transition topology cell 
where a fraction of the cell volume presents the bubbly topology while the remaining volume 
presents the mist topology. An alternative interpretation is that the map is prescribing the 
probability of being in one topology or the other while solving equations for the time-averaged 
flow. This approach is illustrated in more detail below. 
 

2.2 Transport Equations 
 

The STAR-CD Eulerian two-phase solver tracks the mass, momentum, and energy of the liquid and vapor 
phases in each computational cell. Full details of the Eulerian two-phase flow models in STAR-CD and 
discussion of prior academic and commercial two-phase experience can be found in [7, 8]. The main 
equations solved are the conservation of mass, momentum and energy for each phase. 

 
The conservation of mass equation for phase k  is: 

( ) ( ) ikkikkkkk mmu.
t

&& −=∇+
∂
∂ ραρα                                                                                (1)                                         

The conservation of momentum equation for phase k  is: 

( ) ( ) ( )( ) Mgpuuu
t kkk

t
kkkkkkkkkk ++∇−=+∇−∇+

∂
∂ ραατταραρα ..                                (2) 

The conservation of energy equation for phase k  is: 

( ) ( ) ( ) QT.eu.e
t kkkkkkkkkk =∇∇−∇+

∂
∂ λαραρα                                                                 (3) 



 3

An extended k - ε  model containing extra source terms that arise from the inter-phase forces present in 
the momentum equations is used to model turbulence in the flow [7].  
 
2.3 The boiling model 
 
The inter-phase heat and mass transfer models were obtained by considering the heat transfers from the 
gas and the liquid to the gas/liquid interface, see Fig. 1. The net heat transfer to the interface is used to 
compute the mass transfer rate between the two phases. The heat transfer rate from the liquid to the 
interface is: 
 

( )satldll TTAhq −=&                                                                        (4) 
The heat transfer rate from the gas to the interface is: 
 

( )satgdgg TTAhq −=&                                                                        (5) 

Assuming that all the heat transferred to the interface is used in mass transfer (i.e. evaporation or 
condensation), the mass transfer rate can be written as: 
 

fg

gl

h

qq
m

&&
&

+
=                                                                        (6) 

A model describing the heat transfer between the heated wall and the coolant has also been 
developed. The heat flux from the wall is divided into three parts according to a wall heat 
partitioning model which includes convective heat for the liquid, evaporative heat for generation 
of steam and quench heat for heating of liquid in the nucleation sites. The details of the boiling 
model and the wall heat partitioning model can be found in [2,  8]. 
 

 
 
 

Figure 1 Heat and mass transfer between a vapor bubble and liquid  
 

2.4 Inter-phase Surface Topology Map and Local Flow Configuration 
 
Inter-phase interactions in multiphase fluids depend on both the area and the topology of interface. Sub-
channel thermal-hydraulic codes rely on flow regime maps to evaluate the interface topology using cross-
section-averaged flow parameters. CFD codes, which divide the flow space into much finer 
computational cells cannot rely on the traditional sub-channel flow regimes, but must evaluate instead the 
local inter-phase surface topology. The ensemble of many computational cells with relatively simple 
inter-phase surface topologies can provide complex global topologies that include all the traditional sub-
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channel flow regimes, as illustrated in Figure 2. We have shown in [6] that results of CFD simulations of 
upward boiling flow experiments lead to sub-channel flow regimes in agreement with the established 
Hewitt and Roberts flow regime map [9].  
 

 
 

Figure 2 Schematic view of upward boiling flow in a channel with heated walls and selected cell 
topologies 

 
Most of the advanced CFD codes currently allow the simulation of dispersed flows only (bubbly or mist 
flows) where the topology is originally defined. The E2P boiling model uses a locally calculated topology 
variable to allow the following topologies: a) a bubbly flow topology with spherical vapor bubbles in a 
continuous liquid, b) a droplet or mist topology with spherical liquid droplets flowing in a continuous 
vapor field, and c) a transition topology which combines the features of the two previous topologies in 
various proportions. The local topology is determined in this model using a local topology map based on 
the local void fraction. This 1-dimensional topology map is illustrated in Fig. 3 together with the 
associated flow topologies. 
 

 
 

Figure 3 Inter-Phase Surface Topology Map used for the 2nd Generation Boiling Model. 
  
This topology map does not address directly the presence of cells that contain a sharp single-connected 
interface, such as wall cells that contain a thin liquid film. To address this problem, the second generation 
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E2P model has introduced an extended two-dimensional local inter-phase surface topology map [3] 
illustrated in Figure 4. According to this map, the inter-phase surface topology in each mesh cell is 
determined by two quantities, i.e. void fraction gα  and void fraction difference gαδγ ∇⋅= , at distances 

of about the characteristic mesh size { }zyx ∆∆∆= ,,minδ .  

 
This extended inter-phase surface topology map is currently used only for near-wall cells. Wall cells that 
satisfy specific conditions that include both the local void fraction and the void fraction difference are 
treated in the E2P boiling model as a special liquid film topology case. Inter-phase mass, momentum, and 
energy transfer models have been developed for the two-phase flow topologies illustrated in Fig. 3 and 
calculations for the verification and validation of these models are discussed below. As demonstrated in 
[6], the use of the local inter-phase surface topology map allows the modelling of complex sub-channel 
scale topologies that emerge from combinations of many computational cells with one of the topologies 
shown in Figure 3. E.g., the typical sub-channel annular flow regime could be resolved into a distinct core 
flow region in which the gas phase is continuous and the local mist topology is used, separated by 
transition topology cells from a liquid film on the wall where the local bubbly topology is used. 
 

2.5 Two-phase Heat, Mass and Momentum Exchange Models 
 

The inter-phase heat and mass transfer models were obtained by considering the heat transfers from the 
vapor and the liquid to the vapor/liquid interface [1].  Assuming that the net heat transferred to the 
interface is used in mass transfer (i.e. evaporation or condensation), the inter-phase mass transfer rate can 
be calculated as a function of the heat transfer rates from the vapor and the liquid to the interface as well 
as the latent heat of vaporization. The local inter-phase surface topology is determined using the topology 
map discussed above, and is then used to determine the appropriate vapor and liquid heat transfer 
coefficients and inter-phase surface area. Since bubble or droplet populations rather than individual 
bubbles or droplets are followed in this method, the energy and mass exchange are applied to a 
characteristic bubble or droplet which would represent the ensemble average of all bubbles or droplets 
within a given cell.  A mixture of large Taylor bubbles and small bubbles is assumed to exist in the slug-
flow transition topology which is used to determine the local heat transfer coefficients and inter-phase 
surface area.  
 
A model describing the heat transfer between the heated wall and the coolant has also been developed [1, 
8].  The heat flux from the wall is divided into three parts according to a wall heat partitioning model 
which includes convective heat for the liquid, evaporative heat for generation of steam and quench heat 

Figure 4 Extended inter-phase surface topology map. Figure 4 Extended inter-phase surface topology map. 
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for heating of liquid in the nucleation sites.  If the wall heat flux is specified, rather than the wall 
temperature, this model allows the calculation of the wall temperature that corresponds to the specified 
heat flux.  If the flow analysis is coupled with neutronics, the temperatures of the fuel pin and cladding 
must be determined together with the coolant temperatures as a conjugate heat transfer problem. Heat 
transfer within the solids is described by a separate equation, which is solved together with the coolant 
energy equation to obtain the temperature at the solid/fluid interface. When this wall temperature is 
greater than the saturation temperature, the boiling model described above is applied on the fluid side to 
produce vapor. Vapor condensation on walls with a temperature below the saturation temperature is also 
considered. 
 
The inter-phase and wall forces considered in the model are: drag, turbulent dispersion, virtual mass, lift, 
and wall lubrication forces. In addition, inter-phase momentum transfer is associated with mass transfer, 
hence the total force applied to phase i, which may be in contact with phase k and/or a channel wall, is 
expressed as: 

 

kikikiWLLMVTDD umumFFFFFF && −+++++=                                                                               (7) 

 
The second generation E2P boiling model has extended the treatment of the inter-phase forces to cover 
the spectrum of flow topologies expected in a BWR fuel assembly. The force models cover vapor bubbles 
in the sub-cooled or saturated bubbly flow topology, a mixture of Taylor bubbles and smaller bubbles in 
the slug-flow transition topology, and liquid droplets in the droplet or mist topology. Details of the 
treatment of inter-phase drag can be found in [3, 7, and 8]. 
 

3. TWO-PHASE FLOW MODEL VALIDATION 

  
Rigorous validation efforts during the model development phase have focused on numerous two-phase 
flow experiments focused on separate boiling effects. The location of vapor generation onset or film dry-
out onset, axial temperature profile and axial and radial void distributions were calculated and compared 
with experimental data. Reasonable agreement between computed results and measured data was obtained 
in these analyses [2, 3, and 5]. In this paper we review results of three experiment analyses that were used 
to validate important capabilities of the CFD-BWR model: a) Flow regime experiment analyses, b) Wall 
heat transfer and Critical Heat Flux experiment analyses, c) BWR full bundle experiment analyses.   
 
 
3.1 Flow Regime Experiment Analyses 
 
The ability of the CFD-BWR code to reproduce the experimentally observed flow regimes of upward 
vapor-water flow in vertical tubes have been verified in analyses of experiments performed by Bennett et. 
al. described in Ref. [10]. These experiments recorded the flow regimes of a water-vapor mixture flowing 
in a vertical circular column with diameter 0.127 m at pressures ranging from 3.45 to 6.9 MPa, The flow 
regimes were observed at an instrumented observation section of the circular pipe. We used the flow 
regime map of Hewitt and Roberts, introduced in Ref. [9] to establish the correspondence between the 
CFD calculated results and the traditional sub-channel flow regimes. The borders of the flow regime map 
proposed by Hewitt and Roberts using the coordinates ( )2

llll Wαρχ ⋅=  and ( )2

gggg Wαρχ ⋅=  are shown in 

Fig. 5. As shown in Ref. [9], the map describes well the observations of the experiments performed by 
Bennett et al.  
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The CFD simulations of the upward pipe flow assumed to be axis-symmetric were performed in a quasi-
steady-state mode, for each set of specified initial conditions, and were stopped when the specified 
convergence condition was satisfied. The calculated flow conditions at the observation station, at z=1.5 m 
from inlet, were used to determine: a) the coordinates of the corresponding point in the flow regime map 
and the corresponding flow regime predicted by the map, and b) the flow regime determined by the 
calculated void fraction distribution at the observation station and a fixed set of rules describing the 
accepted flow regime topology.   
 
In the calculations, the channel inlet conditions were specified to cover the flow regime map uniformly.  
For each set of inlet conditions the coordinates of the corresponding point in the flow regime 
map presented in Fig. 5 were determined at the observation section at z=1.5 m from inlet by 
integration over the channel section: 

2

iiii dSW
S

1










⋅⋅= ∫αρχ ,                                                                                                      (8) 

 
where iρ  is density of phase i, iα  is the volume fraction of phase i ( 1lg =+ αα ), S is sectional 

area at z=const, and iW  is axial velocity for phase i. 
 

 
Figure 5 Calculated flow regimes on the original Hewitt and Roberts flow regime map 

 
The flow regime corresponding to each case studied is determined by the map position, determined in 
turn by the coordinates calculated with Equation 8. Various cases studied are shown by markers in the 
flow regime map presented in Fig. 5. The flow regime for each case was also determined using the 
calculated void fraction radial distributions at the observation station and a set of topology criteria. The 
computed flow regime symbols, based on calculated void fraction topology features, are explained in the 
legend. It is noted that the flow regime determination from visual or calculated data using topology 
features can be quite subjective. To ensure consistency, a fixed set of criteria have been used to determine 
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the flow regime corresponding to the calculated radial void fraction distribution. The physical 
characteristics for each flow regime were identified by Hewitt and Roberts in Ref. [9] and the 
corresponding criteria used to determine the flow regimes in our analysis were described in Ref. [6].  
 
The flow regime results plotted in Fig. 5 show that the calculated bubbly and slug flow regimes fit well 
into the experimental flow regime bounds defined by the Hewitt and Roberts flow regime map. As 
discussed in Ref. [6] the separation of the churn and wispy annular regimes is quite artificial, and in more 
recent flow regime maps the churn and wispy annular regimes are not separated [11].  Thus, we did not 
separate the calculated churn and wispy annular regimes, which are represented by the same symbol in 
Fig. 5. If the churn and wispy annular flow regimes are not distinguished, then the calculated churn flow 
regime fits well in the combined churn and wispy annular flow regime areas on the Hewitt and Roberts 
flow regime map.  
 
3.2 Critical Heat Flux Experiment Analyses 
 
The cladding-to-coolant heat transfer is described by a wall heat partitioning model which, used in 
conjunction with various local flow topologies that range from bubbly to droplet to film flow, allows the 
prediction of a wide range of cladding-to-coolant heat transfer regimes, including the onset of Critical 
Heat Flux (CHF), without the use of empirical correlations traditionally used in sub-channel codes [12]. 
Results of two analyses of experiments that have measured the axial distribution of wall temperature in 
two-phase upward flow in a vertical channel with a heated wall are presented, illustrating the ability of the 
cladding-to-coolant heat transfer model to capture the onset of CHF. 
 
To validate the wall heat transfer models included in the CFD-BWR code we analyzed the static dryout 
experiments conducted by Becker, et al. [13, 14]. The experimental setup and results used in this paper 
are based on the description given by Hoyer [15]. These experiments were designed to study CHF and 
post-dryout heat transfer in vertical circular pipes. The loop consisted of a 7 m long test section, a 
condenser, feed water and main recirculation pumps, flow measuring devices and a preheater. Subcooled 
water was fed at the bottom of the test section. The wall was heated uniformly and all typical to BWR 
flow regimes were produced in the upward water/steam flow. In the experiments the outer wall 
temperature was measured, and the inner wall temperature has been calculated assuming an adiabatic 
boundary condition. The experimental data are presented as axial distributions of the inner wall 
temperature. 
 
Analyses of two experiments involving flow in a vertical channel 0.01 m in diameter and 7 m in length 
with a uniformly heated wall were used as verification cases. Pressure in both experiments was 7.01 MPa. 
The experiments differed in inlet mass flux G (497 kg/(s⋅m2) and 1495 kg/(s⋅m2)) and wall heat flux 
(350000 W/m2 and 797000 W/m2).  
 
The calculated void fraction distributions are shown for the two experiments analyzed in Figs. 6a and 7a, 
respectively, with the test section shown horizontally. The characteristic flow regimes in a pipe with 
heated walls are simulated. Since the experiments were focused on the dryout and post dryout heat-
transfer, the bubbly flow regime was not practically produced, but the slug, annular-mist and mist flow 
regimes were clearly observed, as well as liquid film on the wall. The calculated wall temperature is also 
shown in these figures, illustrating the fact that the sharp rise in the wall temperature coincides with the 
disappearance of the calculated liquid film in both cases.   
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Figure 6a Calculation 1: Void fraction distribution and wall temperature 
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Figure 6b Wall temperature: experiment and calculation 1 

 
 
In the simulation of the first experiment two wavy film regions are clearly noticeable (Fig. 6a). These 
waves are unlikely to be a numerical effect, since: a) the peak-to-peak distance is about 7-10 times the 
longitudinal cell size, b) the waves do not disappear with mesh refinement, and c) the waves are steady, 
i.e. they do not change noticeably with the number of iterations. There are no film waves in the second 
calculation (Fig.7a), which was performed in the same manner but at higher heat flux and higher inlet 
mass flux. 
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Figure 7a Calculation 2: Void fraction distribution and wall temperature 
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Figure 7b Wall temperature: experiment and calculation 2 

 
The calculated wall temperature for the two experiments analyzed is compared with the corresponding 
measured temperature in Figs. 6b and 7b respectively. The dryout location is close to experimental data 
for both experiments. As for the post-dryout heat-transfer, there is rather good agreement between 
computed and measured wall temperatures in the first experiment, as illustrated in Fig.6b. In the second 
experiment, the calculated wall temperature peak is near the outlet, while the experimental temperature 
peak is near the dryout location, after which wall temperature decreases (Fig.7b). According to Hoyer 
[15], the wall temperature non-monotony is caused by evaporation of water droplets in superheated steam 
after the dryout elevation. This evaporation makes steam mass and, therefore, its velocity, rapidly 
increase. In its turn, this increases wall-steam heat transfer coefficient and decreases wall temperature. 
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Another potential reason for the post-dryout wall temperature decrease in the presence of many droplets is 
the direct heat transfer from the wall due to the impinging droplets. This heat transfer mechanism was not 
modeled in the analyses described above. 
  
The comparisons of calculated wall temperatures with the corresponding measured temperatures show 
that the cladding-to-coolant heat transfer model implemented allows the prediction of a wide range of 
cladding-to-coolant heat transfer regimes, including the onset of Critical Heat Flux (CHF), without the 
use of empirical correlations traditionally used in sub-channel codes. Future work will enhance the 
cladding-to-coolant heat transfer model to include models of droplet dynamics and droplet interactions 
with the liquid film and the walls.  
 
3.3 BWR Full Bundle Experiment Analyses 
 

A central component of the integral model validation is the analysis of the OECD-NEA/US-NRC 
Benchmark based on NUPEC BWR Full-size Fine-mesh Bundle Tests (BFBT) [16].  The benchmark, 
begun in 2004, aimed to assess current computational capabilities for the prediction of detailed void 
distributions within BWR fuel assemblies. The benchmark is based on experiments, completed by 
NUPEC using an electrically-heated full-size model of a BWR  assembly, that are sufficiently well-
instrumented to provide a basis for validation of such detailed void distribution predictions. Three cases 
have been selected as validation problems for two-phase CFD models by the benchmark program. In 
these three cases, the benchmark geometry consists of 60 electrically heated pins organized in an 8 by 8 
array.  The electrically heated pins use the same cladding materials as BWR fuel pins and match typical 
BWR dimensions.  The test assembly includes a large circular water channel which displaces the 4 rods at 
the center of the assembly.  Seven ferrule spacer grids with perimeter vanes are found at uniform axial 
positions to both restrict the motion and deformation of the pins and introduce turbulence mixing into the 
flow field.  The external boundary of the test section geometry is representative of a standard square 
BWR assembly can and is assumed to be well insulated. 
 

All cases identified for the CFD benchmark exercise use a flat axial power profile and the radial 
profile shown in Figure 8. The selected cases have an inlet subcooling of 50.2 kJ/kg, an outlet pressure of 
7.2 MPa, and a pin bundle inlet velocity of approximately 2.33 m/s. Variations in exit quality were 
achieved in the experiments considered by controlling the total current supplied to the test section.  Three 
different exit qualities – 5, 12, and 25 percent – are considered in these analyses.  For each of these cases, 
both macro-scale sub-channel averaged void fractions and micro-scale CT-scan void fraction distribution 
data are available for validation of the two-phase boiling model performance. The BFBT computational 
model is a finite volume model using a conformal mesh built from a combination of hexahedral and 
prismatic computational elements to describe the geometry of the test section. The baseline model used in 
the analyses described in this paper contains approximately 1.3 million cells, with 95 axial layers and 
13924 cells in each axial plane, as shown in Figure 9. The model includes a simplified representation of 
all 7 spacer grids, as shown in Figure 10.  
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Baseline case simulations previously described in [17] were performed using the baseline computational 
mesh as well as all default settings for user defined coefficients and parameters required by the E2P 
model, e.g., bubble/droplet diameters and lift coefficient. The wall lubrication and turbulent dispersal 
components of the momentum transfer function were not activated in these simulations. Predicted void 
fraction distributions at the measurement plane are shown for the high exit quality case in Figure 11, 
together with the corresponding measured void fraction distributions. The detailed calculated void 
distributions are generally in good agreement with the detailed observed void distributions capturing the 
formation of liquid films on the fuel pins, water channel, and assembly walls, as well as the formation of a 
high void fraction central region in the sub-channels. However, the predicted void fraction tends to be 
higher than the observed value in the corner channels, and the predicted liquid film tends to be thicker 
than the observed liquid film in the larger sub-channels adjacent to the water channel.                                   
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Figure 8.  Radial Pin Power Distribution Used in 
BFBT CFD Benchmark Cases. 

 

 

 

 

Figure 9.  Radial distribution of computational cells 
in each axial layer of baseline block-structured 

computational mesh. 
 

 Figure 10.  (a) Illustration of the arrangement of 
heated pins and spacer grids in the BFBT test 

section, and (b) simplified spacer grid. 
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The predicted sub-channel average void fractions for all three cases are compared with the corresponding 
measured values in Figure 12, where the error is defined as: 
 
E [%] = α s, calculated - α s, measured                                                                                                                                                                                 (9) 
 

 

where: 
α s, calculated = Average sub-channel calculated void fraction [%] 
α s, measured =  Average sub-channel measured void fraction [%] 
                                                                                                                                                   
 
The location of the sub-channels referred to in Figure 12 is shown schematically in Figure 13. Agreement 
is particularly good for the highest exit quality case, and predicted sub-channel averages are within 5 - 
15% of measured values for the majority of sub-channels in all cases. However, errors are particularly 
high in the corner sub-channels A, H, and L, where the simulation tends to over-predict the observed void 
fraction, and near the water channel boundary, e.g. sub-channels D and E, where the simulation tends to 
under-predict the observed void fraction.  We showed in [18] that the higher errors in these regions are 
partially attributable to the increased importance of the neglected forces in these regions. The detailed 
void distributions calculated after the inclusion of the wall lubrication and turbulent dispersal forces 
indicate that the effect of these forces is to decrease the amount of vapor in the corner channels and also 
decrease the thickness of the liquid film on the water channel and assembly walls. These trends tend to 
bring the predicted detailed void distributions closer to the observed results in the sub-channels where 
larger errors were present in the base case, as illustrated in Figures 14 and 15 for the medium exit quality 
BFBT case results. 
 
 
 

 
 

 
                                                   Measured                                                          Predicted                                                    
 

Figure 11.  Measured and predicted detailed void fraction (%) distribution at the measurement plane for the high exit quality 
case (25%), baseline simulation results. 
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Figure 12 Sub-channel average void fraction errors for selected sub-channels, all three cases 

 
 

 
Figure 13 Sub-channels studied in the void fraction error analysis 

 

 

 

 
Figure 14.  Void fraction simulation results 

BFBT Test 4101-58, Exit Quality = 12% 
 

 Figure 15. Sub-channel average void fraction errors for 
selected sub-channels, BFBT Test 4101-58, Exit Quality = 12% 

 

Baseline + Lubrication + Lubrication 
+Turbulent  
  Dispersion 
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CONCLUSIONS 
 
An Eulerian 2-phase boiling model has been developed for computational fluid dynamics simulations of 
two-phase flow phenomena in BWR fuel assemblies. The use of local inter-phase surface topologies in 
conjunction with a local inter-phase surface topology map allows the modeling of complex sub-channel 
flow regimes using a small number of basic local topologies defined for each computational cell. The 
extensive validation effort includes analyses of numerous two-phase flow experiments focused on 
separate boiling effects as well as integral fuel assembly boiling flow phenomena. 
 
 
The validation of the local flow topology models has focused on the analysis of two-phase flow 
experiments in which flow regimes of the two-phase mixture have been observed. The detailed void 
distribution and local flow topologies obtained from simulations at the observation station have been 
aggregated to obtain calculated flow regimes, which have been compared with the flow regime map based 
on experimental observations. Reasonably good agreement between the computed flow regimes and the 
experimental flow regime map was obtained. Future work will enhance the thin-film models and expand 
the current local inter-phase surface topology approach to include inter-phase surface transport.  

 
The validation of the wall-to-coolant heat transfer models has been illustrated by results of analyses of 
two experiments involving upward boiling water flow and dryout in a heated circular channel were 
presented. Comparisons of the calculated wall temperatures with the corresponding measured values 
show that the cladding-to-coolant heat transfer model implemented allows the prediction of a wide range 
of cladding-to-coolant heat transfer regimes, including the onset of Critical Heat Flux (CHF), without the 
use of empirical correlations traditionally used in sub-channel codes. Future work will enhance the 
cladding-to-coolant heat transfer model to include models of droplet dynamics and droplet interactions 
with the liquid film and the walls.  
 
The integral validation of the boiling flow models has focused on the comparison of predicted void 
fraction distributions with experimental data in the framework of the international benchmark based on 
the NUPEC BFBT experiments.  The void fraction distribution results presented provide a rather accurate 
picture of the detailed void fraction distribution in the BFBT measuring plane, capturing the formation of 
liquid films on the fuel pins, water channel, and assembly walls, and the formation of high void fraction 
central regions in the sub-channels. Future model development work will focused on enhancing the link 
between the local inter-phase surface topology calculations, sub-channel geometry and sub-channel flow 
regimes. This can be particularly relevant for the analysis of BFBT fuel assemblies, where multiple sub-
channels with significantly different geometry are present.   
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NOMENCLATURE 
  

Latin 
A   interfacial area, m2 

iA   specific interfacial area, m-1 

pC   specific heat  

D   diameter of bubbles or droplets, m 
e   enthalpy, J/kg 
g   gravitational acceleration, 9.806 m/s2 

h  heat transfer coefficient, W/(m2 K) 
hfg  latent heat, J/kg 
m&   mass transfer rate, kg/m3 
M   sum of the inter-phase forces, N/m3 
p   pressure, Pa 

S   sectional area, m 
Q   inter-phase heat transfer, W/m3 
T   temperature, K 

satT   saturation temperature, K 
u   velocity vector components, m/s 
W   axial velocity component, m/s 
z   distance from inlet, m 
 
Greek 
α   volume fraction 
γ   void fraction differential 

zyx ,, ∆∆∆  numerical mesh size in x, y and z direction 

δ   characteristic numerical mesh size 
λ   thermal conductivity, W/(m⋅K) 
µ   viscosity coefficient 
θ   topology variable  
ρ   density, kg/m3 

tenσ   surface tension coefficient, N/m 
τ , tτ   laminar and turbulence shear stresses, N/m2 
 
Subscripts 
b   bubble (dispersed phase) 
d   droplet (dispersed phase) 
g   gas 
i, k  phase number 
l   liquid 
sat          saturation 
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Abstract  
The role of direct numerical simulations (DNS) of multiphase flows, where all continuum length and 
time scales are fully resolved, in validation and verification of models for the average flow, is 
discussed. Although DNS are usually limited to relatively small problems and are generally 
impractical for predictions of full-scale multiphase systems, DNS offer unprecedented data and 
insight. Indeed, if correctly done, DNS provide an essentially exact solution for the system under 
study. With the growing ability to conduct DNS of increasingly larger and more complex multiphase 
systems, they are bound to play a major and critical role in the development and validation of models 
designed for the predictions of the average or large-scale behaviour of industrial flows. Methods 
designed for DNS of multiphase flows are briefly discussed and two examples where DNS have lead 
to fundamentally new insight are reviewed. In the conclusion we look at the immediate needs for 
further development of multiphase DNS and how such development will impact multiphase flow 
modelling. 

1.   INTRODUCTION  
Numerical modelling of practical problems usually requires the inclusion of many different processes, 
taking place over a wide range of time and length scales. Accounting for everything that matters, on 
computers that exist, and in a time that is realistic, has traditionally required considerable tradeoffs in 
terms of details that can be included in a model. The challenges to the modeller are of two major 
types: 

• Often the governing equations are not completely known, or include processes only poorly 
understood, and 

• frequently the range of scales is so large that even when the governing equations are known it 
is not practical to resolve all time and length scales fully. 

This does not, of course, eliminate modelling as a viable prediction tool. Equations for the average 
large-scale behaviour of systems ranging from turbulence in pipes to the evolution of the climate are 
routinely solved and used to predict industrial and natural processes. To account for unknown 
processes and unresolved behaviour we resort to phenomenological modelling. For unknown physics, 
experimental correlations of observable quantities substitute for our lack of understanding of the 
underlying processes. For unresolved but known physics, such as the unsteady motion in turbulent 
flows, direct numerical simulations (DNS) are increasingly providing an alternative to experimental 
measurements. In DNS the conservation continuum equations with the appropriate constitutive 
material models are solved on a grid that is sufficiently fine to resolve every space and length scale for 
a system that is sufficiently small so this is feasible, yet sufficiently large so that non-trivial scale 
interactions take place. The simulations are generally run for long enough times that well converged 
average and statistical information can be collected. DNS of turbulence go back over a quarter century 
and in the last decade and a half, DNS of multiphase flows have become increasingly common. The 
availability of DNS results where every flow variable is available for realistic—although small—
systems, is already changing how we obtain closure for the average descriptions.  

Attempts to follow the unsteady motion of multiphase systems go back to the very beginning 
of computations fluid dynamics. Much of the early effort at the Los Alamos National Laboratory was, 
for example, directed at free surface or multiphase flows (Harlow and Welch, 1965). Although the 
literature in the seventies and eighties contains many examples of impressive—for the time—
multiphase flow computations done by the early MAC method or early versions of the VOF method, 
significant progress had to wait for faster computers and improved algorithms. The early nineties saw 
the emergence of a number of new algorithmic ideas that although building firmly on the approach 



taken by earlier researchers, nevertheless marked the beginning of significant progress. The new 
methods include new advection schemes for sharp interfaces and new strategies for computing surface 
tension in improved VOF methods, level set methods and new front tracking methods (Brackbill, 
Kothe and Zemach, 1992; Osher and Sethian, 1988; Unverdi and Tryggvason, 1992). All these 
methods are based on solving the so-called one-fluid form of the Navier-Stokes equations on regular 
structured Cartesian grids. 

DNS of larger and more complex systems will be emerging rapidly over the next few years 
and with new results come new opportunities for modelling. The development of new models and new 
ways to use the massive amount of data provided by DNS may well turn out to be the biggest obstacle 
to progress. However, it seems unlikely that a significant progress can be made in the development of 
fully validated models without the data provided by DNS. Here we review briefly methods designed 
for DNS of multiphase flows and then discuss two examples where DNS has lead to fundamentally 
new insights. In the last section we examine the immediate outlook for further development of 
multiphase DNS and how DNS can impact multiphase flow modelling in the near future. 

2.   NUMERICAL METHODS FOR DNS OF MULTIPHASE FLOWS 
The numerical methods responsible for the progress in DNS of multiphase flows over the last decade 
and a half all rely on the so-called ‘one-fluid’ form of the Navier-Stokes equations, solved on regular 
structured Cartesian grids. This approach was already used in the Marker-and-Cell (MAC) method and 
early VOF methods, but more accurate advection and surface tension computations—along with more 
powerful computers—opened up new possibilities. 

The Navier-Stokes equations for the simultaneous flow of many fluids and phases, separated 
by a sharp interface, can be written for the whole computational domain by allowing for variable 
material properties and adding singular terms to account for surface tension. The source terms are in 
the form of delta-functions localized at the interface and are selected in such a way to satisfy the 
correct matching conditions at the phase boundary. For incompressible flows, for example, the ‘one-
fluid’ Navier-Stokes equations are: 

� 

ρ ∂u
∂ t

+ ρ∇ ⋅uu = −∇P + ∇ ⋅ µ(∇u+ T∇u ) + σ fκ fn
F
∫ δ(x − fx )d fA .    (1) 

Here, u  is the velocity, P  is the pressure, and ρ  and µ  are the discontinuous density and viscosity 
fields, respectively. δ  is a three-dimensional delta-function constructed by repeated multiplication of 
one-dimensional delta functions. κ  is twice the mean curvature. n  is a unit vector normal to the front.  
Formally, the integral is over the entire front, thereby adding the delta-functions together to create a 
force that is concentrated at the interface, but smooth along the front. x  is the point at which the 
equation is evaluated and fx  is the position of the front. In most cases the flow is assumed to be 
incompressible so equation (1) is supplemented by 

� 

∇ ⋅u = 0 .           (2) 
When combined with the momentum equation, equation (2) leads to a non-separable elliptic equation 
for the pressure. For non-isothermal flows the energy equation needs to be solved also and for mass 
transfer and reactions we need to add equations for species conservation. The one fluid formulation 
naturally incorporates the correct mass, momentum and energy balances across the interface, yielding 
the standard jump conditions if we integrate the governing equations across the interface. Equations 
(1) and (2) can be solved by essentially any method designed for homogeneous flows and in most 
implementations a relatively conventional projection method is used. The key challenges are advection 
as the Reynolds number gets larger and the solution of the pressure equation. The main different 
between the various methods are the way the interface is advected and surface tension is computed.  

The Navier-Stokes equations are usually solved by a second-order accurate projection method 
on a fixed, staggered grid. The interface can be advanced in many different ways but in our approach 
we track the fluid interface by connected marker points (the "front"), in order to keep the boundary 
between the phases sharp and to accurately compute the surface tension. The front points are advected 
by the flow velocity, interpolated from the fixed grid. The surface tension is represented by a 
distribution of singularities (delta-functions) located at the front. The gradients of the density and 
viscosity become delta functions when the change is abrupt across the boundary. To transfer the front 



singularities to the fixed grid, the delta functions are approximated by smoother functions with a 
compact support on the fixed grid. At each time step, after the front has been advected, the density and 
the viscosity fields are reconstructed by integration of the smooth grid-delta function. The surface 
tension is then added to the nodal values of the discrete Navier-Stokes equations. Finally, an elliptic 
pressure equation is solved to impose a divergence-free velocity field. For a detailed description of the 
original method and various verification tests, see Unverdi and Tryggvason (1992), Tryggvason et al. 
(2001), Esmaeeli and Tryggvason (1999) and Tryggvason, Scardovelli and Zaleski (2010). For high 
Reynolds number flows we usually use the QUICK or the ENO schemes for the advection terms. For 
the pressure equation we originally used a multigrid method but more recently we have used a Krylow 
method (BiCGSTAB) to give us better robustness for large density differences across the interface. 
For large-scale simulations we use a version of the code that has been fully parallelized, using MPI.  

The purpose of tracking the front is to advect a marker function (and compute surface 
tension) that is used to set the density and other material properties used when solving the Navier-
Stokes equations. Instead of generating the marker function from the location of the front at every 
time-step, most other approaches to multiphase flow simulations are based on advecting a marker 
function on the grid used for the fluid solver. The Volume of Fluid (VOF) and the level set methods 
are the best-known `front capturing’ methods, although other ways to advect the marker function 
certainly exist (Takewaki, Nishiguchi and Yabe, 1985; Jacqmin, 1999). In the VOF method the marker 
function is advected directly and special strategies are used to keep the edge of the marker function 
confined to just one grid cell. In the level set method a smooth function is advected and the interface 
identified with the zero contour. The marker function is then generated from the level set function. 

3.   EXAMPLES OF DNS OF BUBBLY FLOWS  
A large number of DNS studies have focused on bubbly flows. Bubbly flows are found in an 
extraordinary number of natural and industrial processes, ranging form explosive volcanic eruptions 
and the mass transfer between the ocean and the atmosphere to boiling heat transfer, the stirring of 
metal melts and suspensions of cells in bioreactors. Here we review briefly two DNS studies of bubbly 
flows. 

3.1 Bubbly Flows in Vertical Channels 
Bubbly flows in vertical channels are found in a large number of practical applications and several 
researchers have examined such flows experimentally, see, for example, Serizawa, Kataoka and 
Michiyoshi (1975); Wang, Lee, Jones and Lahey (1987); Liu and Bankoff (1993); Liu (1997); 
Kashinsky and Randin (1999); and Matos, Rosa and Franca (2004). These experiments show that 
nearly spherical bubbles in upflow result in a wall-peaking of the void fraction but a bubble free wall-
layer for downflow. The velocity in the core of the channel is nearly uniform in both cases. 
Experiments of laminar upflow include Song, Luo, Yang, and Wang (2001) who studied flows with 
both uniform and nonuniform distribution of bubble sizes and Lou, Pan, and Yang (2003) who 
examined the motion of light particles. Wall peaking was found in both cases. Modeling of bubbly 
flows in channels has generally treated the mixture using the two-fluid model where separate 
equations are written down for the motion of the liquid and the gas. Such models for turbulent flows 
can be found in, for example, Lopez De Bertodano, Lahey, and Jones (1994), Kuo, Pan, and Chieng 
(1997), and Guet, Ooms and Oliemans (2005). A two fluid model for laminar flow was developed by 
Antal, Lahey and Flaherty (1991).  

We have recently examined bubbly flows in vertical channels in a series of paper. In Lu, 
Biswas and Tryggvason (2006) we simulated the motion of several nearly spherical bubbles in a 
laminar flow in a vertical channel, both for upflow and downflow, fully resolving all flow scales. The 
simulations showed that in both cases the flow consists of two well-defined regions: A thin wall-layer 
and a homogeneous core, occupying most of the channel. The formation of these regions is due to lift 
induced lateral motion of the bubbles. For a nearly spherical bubble rising due to buoyancy in a 
vertical shear, it is well known that the lift force pushes the bubble toward the side where the liquid is 
moving faster with respect to the bubble. Thus, a bubble near the wall in upflow is pushed toward the 
wall and in downflow the bubble is pushed away from the wall. The weight of the bubble/liquid 
mixture and the imposed pressure gradient must be balanced by a shear stress induced by a velocity 



gradient. For upflow the mixture, on the average, must be sufficiently light so the imposed pressure 
gradient can push it upward. As bubbles are removed from the core, its average density decreases until 
the weight is balanced exactly by the pressure gradient. The shear is then zero and the migration of the 
bubbles to the wall stops. For downflow the opposite happens. Bubbles move into the core and make it 
more buoyant, until its weight is balanced by the pressure gradient and further lateral migration is 
stopped. Thus, in both cases the core is in hydrostatic equilibrium and it is only in the wall-layer where 
there is a non-zero velocity gradient. For upflow where the weight of the mixture in the core is 
increased by pushing bubbles to the wall, the light, bubble rich mixture in the wall-layer is driven 
upward by the imposed pressure gradient. For downflow, on the other hand, bubbles must be drawn 
away from the wall to decrease the weight of the mixture in the core and the dense bubble-free wall-
layer is driven downward by its weight and the imposed pressure gradient. The distribution is stable in 
the sense that if too many bubbles end up in the wall layer for upflow, the core slows down with 
respect to the wall layer, thus generating shear that will drive the bubbles out of the wall-layer. Similar 
if too many bubbles end up in the core for downflow, its velocity is reduced and bubbles are driven 
back to the wall. For downflow, where the wall-layer is bubble free, the velocity profile is easily found 
by integrating the Navier-Stokes equations for steady laminar parallel flow and the flow rate can be 
predicted analytically, with a fair degree of accuracy. For upflow, on the other hand, the presence of 
the bubbles makes the situation more complex and the velocity profile is not as easily found. Figure 1 
shows the bubble distribution for upflow at one time, as well as a comparison of the computed void 
fraction distribution for both up and down flow and an analytical model based on the considerations 
described above. 

For turbulent flow we have examined the effect of both bubble size (Lu and Tryggvason 2007) 
and void fraction (Lu and Tryggvason, 2008) in some detail. The overall conclusions are the same as 
for laminar flow. There is a bubble free wall-layer whose thickness is determined by how many 
bubbles are needed to reduce the average density of the core layer to the hydrostatic value and the flow 
in the wall-layer can be predicted by the law-of-the-wall. The velocity in the core layer is constant and 
determined by the velocity increase in the wall-layer, just as for the laminar flow but since the velocity 
profile in a turbulent channel flows without bubbles is nearly flat, the changes in the flow rate are not 
as dramatic as for laminar flow.  

  
Figure 1. The bubble distribution at one time for upflow in a vertical channel is shown on the left 
and the void fraction profiles for both upflow (top) and downflow (bottom) on the right. The 
analytical prediction for the average void fraction is shown by a dashed line. 



For spherical bubbles in turbulent upflow the results are also similar to the laminar cases. The 
void fraction consists of a wall-peak and a uniform profile in the channel core and as for the laminar 
flow the bubbles in the wall layer reduce the total flow rate significantly. Making the bubbles more 
deformable (experimentally this is usually the results of making them bigger but we isolated the effect 
of deformability by reducing surface tension) results in a completely different void fraction. 
Deformable bubbles generally experience significant less lift than spherical ones, and sometimes 
negative lift, so there is no force driving the bubbles to the wall. Thus, the bubbles remain in the centre 
of the channel and the wall region is essentially free of bubbles. The effect of the bubbles on the net 
flow rate is therefore relatively small. We have looked at the transition between the bubble 
deformability that results in wall hugging bubbles and bubbles that drift into the centre and generally 
find that the results are consistent with experimental observations. For details see Lu and Tryggvason 
(2008).  

The simulations described above have shown that while averaged models capture the void 
fraction distribution reasonably well, particularly in the bulk away from wall, the models do very 
poorly in describing the velocity in the wall layer. Since the velocity in a bubbly upflow in a pipe is 
completely determined by what happens in the wall layer, accurate prediction of the wall layer 
velocity profile is obviously of major importance. We should contrast this situation with downflow, 
where the wall layer is generally free of bubbles and averaged models do a very good job at predicting 
the overall flow rate. The difficulty of accurately including the observed mechanisms in averaged 
models (Kunz et al., 2007) argue for the importance of examining new ways to include bubble rich 
wall layers. The wall layer is usually very thin and limited to about a bubble diameter (1-2 mm for air 
bubbles in water). For large scale simulations of industrial size systems, this layer cannot be resolved 
and even if it could, the evidences suggest that it needs to be treated by models that are different than 
those used for the flow in the bulk, such as by the introduction of a wall function, as often used in the 
modeling of turbulence in single phase flows. 

3.2 Drag Reduction due to Bubble Injection into Turbulent Boundary Layer  
It has been known for a long time that the injection of bubbles into a turbulent boundary layer can 
result in drag reduction (see Merkle and Deutsch, 1990, Kato et al., 1995; and Kodama et al., 2002, 
for a review). The reason for the reduction has been essentially unknown and there has been, for 
example, little agreement about what size bubbles are needed. In a study described in detail in Lu, 
Fernandez and Tryggvason (2005) we attempted to cast some light on the mechanisms underlying drag 
reduction due to bubble injection and to provide data to help with the modeling of such flows. This 
was a fairly challenging study, in part because the need to accurately resolve both the turbulent flow 
and bubbles but also due to the subtlety of the interactions of the bubbles with the turbulence. Our 
results showed that slightly deformable bubbles can lead to significant reduction of the wall drag by 
sliding over streamwise vortices and forcing them toward the wall where they are cancelled by the 
wall bound vorticity of the opposite sign. Spherical bubbles, on the other hand, often reach into the 
viscous sublayer where they are slowed down and lead to a increase in drag. The results were in 
general agreement with experimental results obtained in the Navy’s Large Cavitations Channel (Kunz 
et al., 2007) and small scale experiments carried out subsequently by van den Berg et al., 2005). 
Figure 2 shows one frame from a simulation of bubbles in a turbulent channel flow with a Reynolds 
number of 4000 (top). In addition to the bubbles, iso-contours of spanwise vorticity are also shown, 
with different shading indicating positive and negative vorticity. The wall shear on the bottom wall is 
also showed. The integrated wall drag is plotted versus time in the bottom frame, for simulations 
without bubbles (solid thick line) and bubbles of different deformability. The most deformable bubbles 
(thin solid line) result in significant drag reduction while the least deformable ones (dot-dashed line) 
increases the drag. The flow rate in these simulations is kept constant and the wall drag changes as the 
flow evolves, since the computational domain is relatively small. The results presented by Lu, 
Fernandez and Tryggvason (2005) showed that the drag reduction due to bubble injection is a subtle 
phenomenon that depends on a detailed understanding of how bubbles of just the right deformability 
interact with the vortical structure of the flow. How to account for this interaction in models of the 
average flow remains an open question. 

“Real” problems tend to have a large range of scales, and material properties that can vary 
greatly. On the computer, however, it is easiest to work with problems where the range of scales is 



small and the values of the material properties differ by a modest amount. Thus, a compromise is 
generally needed between what is desirable (real material properties and system size) versus what is 
practical (or possible). However, in spite of these limitations—which get less severe every year as 
better methods are developed and computers get faster—DNS have already shown that they will 
transform the way we study bubbly flows. The two examples discussed here are only meant to 
demonstrate what can be done. For other simulations of bubbly flows see, for example, Tomiyama et 
al. (1993); Takada et al., 2001; van Sint Annaland et al., 2006; and Bothe, Schmidtke and Warnecke, 
(2006). Similar studies have been done for flows with suspended solid particles and the reader can 
consult Feng, Hu, and Joseph (1994); Hu (1996); Choi and Joseph (2001) and Pan et al., (2001) for an 
introduction to the literature.  

4.   OUTLOOK  
DNS of multiphase flows have come a long way over the last decade and a half. We now have the 
ability to simulate turbulent flows containing hundreds of fully resolved bubbles, for example. While 
larger systems, higher Reynolds numbers and more complex situations are certainly desirable, the 
most urgent need for bubbly flows is actually a theoretical framework to condense the information 
from DNS. Simulations of turbulent flows of homogeneous fluids have lead to significant progress in 
theoretical modelling of turbulence, particularly for filtering as applied to large eddy simulations and 
the generation of subgrid models for the unresolved motion. For multiphase flows there is essentially 
nothing similar available yet and refinements of the two-fluid model, originally introduced in the mid 

 

 
Figure 2. Top: One frame from a simulation of several bubbles in a turbulent channel, showing 
the bubbles and the vortical structures near the wall, along with the shear stress distribution on the 
wall. Bottom: The integrated wall shear for both walls, from several simulations with and without 
bubbles.  



seventies (Harlow and Amsden, 1975) remains more or less the state-of-the-art. The need for a more 
sophisticated approach is, however, well understood and a few authors (Liovic, Lakehal, and Liow, 
2004, for example) have started to examine what such models might look like.  

Solid-fluid multiphase flows generally consist of small solid particles suspended in the fluid 
phases (when the solid bed is fixed we generally talk about porous media flow rather than multiphase 
flow). Multiphase flows of two fluid phases can often also be described as disperse flows, with one 
phase appearing as bubbles or drops suspended in another continuous phase. Although such flows 
have been studied intensively and most DNS efforts have so far been devoted to disperse flows, they 
are only seen under relatively restrictive conditions. In some cases the phases are better separated as in 
stratified and annular flows and in other cases they are more intermingled, such as in churn-turbulent 
flows. In many situations, including in disperse flows, the flow undergoes repeated topology changes 
where fluid interfaces merge and fluid masses break up. Topology changes pose a significant new set 
of challenges, both because we have to account for effects not included in the usual continuum 
description and because the rupture is preceded by the formation of very thin films and threads that are 
hard to resolve in a computation designed to resolve much larger flow scales. Because surface tension 
is high and viscosity is large on the scale of the small features, the geometry and the flow are relatively 
simple. Thus, it is likely that these features can be captured by semi-analytical subgrid models, 
building on the rich body of work that has been devoted to such problems. Relatively little has, 
however, been done yet in exploring the utility of such an approach. An explorative study for a thin 
film beneath a drop sliding down an inclined wall can be found in Thomas, Esmaeeli and Tryggvason 
(2010). 

Closure laws for average models of multiphase flows have in the past been developed mostly 
using experimental data coupled with dimensional analysis, simplified analytical models, physical 
intuition and arm-waving. Experimental results, where available, do of course provide the “ground-
truth” in the modelling of a physical process. Such results are, however, often hard to obtain and 
usually hard to control. For multiphase flows we often have to be contend with a control of only the 
overall experimental conditions and the experimental results are frequently best described by `you get 
what you get.’ The size distribution of bubbles is usually determined indirectly by, for example, 
adjusting the flow rate of air through a nozzle and eliminating the effects of surfactants for air-water 
systems is next to impossible. In numerical simulations we can choose to work with bubbles of one 
size only and clean interfaces, for example, leading to “clean” results of the type we obtained for the 
bubbles in a vertical channel described above.  

The use of DNS to help with the development of new models and better closures is different 
then simply studying interesting multiphase flows. The critical path must, in particular, include 
simulations of large but well-controlled and characterized systems that involve large range of scales. 
Although the results of such large simulations may often motivate us to examine specific aspects by 
looking at smaller systems, we believe that going the other way—starting with small systems of, say, 
one or two bubbles with the hope of eventually adding complexity—will frequently lead to efforts 
being diverted to problems that are not critical. Similarly, we believe that the systems simulated need 
to be well characterized and designed to answer specific questions. There certainly is a role for 
simulations where we attempt to include every process and replicate realistic systems, but for 
modelling those are generally less useful. If topology changes take place in an uncontrolled and poorly 
understood way, for example, then we no longer have results that are `exact.’ On the modelling side, 
we believe that we need to accept that there will be different models for different processes and that 
hoping for one universal set of equations is not realistic. For bubbly flows, for example, it is likely that 
bubble rich wall layers will need to be treated in a different way from the interior flow, in the same 
way a wall function is used for turbulent homogeneous flows. Similarly, we should expect that while 
small bubbles may be captured by a two-fluid like model, other aspect will need to be resolved. 
Models recognizing this already exists but DNS should help us take them to a new level.  

While DNS of two-fluid systems, consisting of two different immiscible fluids, still provide 
considerable computational and theoretical challenges, the ultimate goal is, of course, to simulate 
much more complex flows where different physical processes are simultaneously taking place. Often 
such flows include other fields, such as temperature, species concentration, electric fields, that affect 
the interfacial forces, or a change of phase as in boiling and solidification. Adding another field 
usually poses little problem if the time scales are comparable, but in many cases that is not the cases. 



The mass transfer from bubbles in liquid is generally much slower than the momentum transfer so 
mass boundary layers are much thinner than the flow scales (Radl et al., 2008) and in boiling flows the 
thickness of the microlayer below a growing vapour bubble is usually much smaller than the bubble 
size. Such small features have recently been modelled by semi-analytical subgrid models and it is 
likely that such models will find a much more widespread use as the complexity of problems being 
examined increases.  

DNS of multiphase flows has been developed over the last decade and a half to the point that 
such computations are now routinely being used to examine the unsteady motion of mixtures of two 
immiscible fluids. However, their use to guide the modelling of multiphase flows and their application 
to flows where many complex physical processes are taking place is only beginning. The 
transformative impact of DNS of multiphase flows is yet to be realized but, as outlined in this paper, 
we can expect that to start to take place in the very near future. 
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Abstract 

The accurate calculation of temperature distribution in key parts of a nuclear plant plays a crucial 
role in maximising the power output and the plant efficiency, whilst ensuring safe operation. The 
need for making the most profitable use of the available sources of energy requires the full 
exploitation of plant operational capacity. Temperature dependent material properties mean that 
increasing the power output in a nuclear plant may reduce the life of the welds in the pipes of the 
heat exchanger (boiler), operating in very demanding conditions. Rolls-Royce plc was requested to 
come up with a suitable solution that shielded critical pipe weld locations, reducing local 
temperatures, so allowing a useful increase in power output from the plant. Part of the heat shield 
design process was a comprehensive thermal analysis of the installation. Traditionally fluid and 
solid simulations are conducted separately or using conjugate analysis. Standard methods rely on the 
application of boundary conditions to the wall surface, which are commonly based on empirical heat 
transfer coefficient correlations or approximate read across of the CFD results. An alternative 
approach using conjugate calculations can be adopted, but the computational cost and meshing 
difficulties in matching the fluid and solid grids makes this unaffordable in terms of analysis time. 
This paper presents the application of an improved method using a communication library (SC89) 
between the in-house finite element (FE) code SC03, and the commercial computational fluid 
dynamics (CFD) code FLUENT. The method has been validated using test data from a Perspex 
model, where heat transfer coefficients were measured using a transient liquid crystal technique. 

Nomenclature  

D Diameter  (m) 
h Heat transfer coefficient (W/m2 K) 
k Thermal conductivity  (W/m K) 
Lc Characteristic length  (m) 
ṁ  Mass flow rate  (kg/s) 
q Heat flux  (W/m2) 
T Temperature  (K) 
t Time  (s) 
U Velocity  (m/s) 
Ret   Steam Re Number   

Rere  CO2 Re Number   
∆T   Temperature difference  (K) 
δ      Non dimensional diameter 
θ      Non dimensional temperature 
µ      Dynamic viscosity                      (kg/m s) 
ρ      Density  (kg/m3) 

Subscripts 
f Fluid 
m Metal 
w Wall

1. INTRODUCTION 

Rolls-Royce plc was awarded a contract from a power generation customer to design heat shields 
for two critical regions of the boiler (heat exchanger) assembly of a civil nuclear reactor plant. In 
order to support the design of these heat shields a thermal analysis of the local installation is 
required, i.e. to determine the local pipe work temperature reductions made possible by the heat 
shields. It is understood that the plant is currently restricted to operating at a certain power capacity 
(nominal), due to boiler pipe weld temperature level restrictions. For reasons of improving the plant 
efficiency it is desirable to run the plant at a higher power condition (design); a 20 % increase has 
been suggested as a suitable target. Two locations were identified as critical, i.e. the bifurcation pipe 
and tailpipe welds. A shroud for each component of the boiler was designed at Rolls-Royce plc 
under the task leadership of the Civil Nuclear Division. The Thermals Team in Rolls-Royce plc Gas 
Turbine Supply Engineering was engaged to conduct the thermo-mechanical analysis of these 
designs. This paper presents the results of the bifurcation pipe analysis and the experimental 
verification carried out in a Perspex test rig. The novelty of this work is on the application of a 
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coupled CFD-FEA solution in a heat exchanger with an internal (superheated steam) and an external 
fluid (CO2 gas).   
In the initial phase, a 3D thermal model was created and run using traditional stand-alone FEA 
based on heat transfer coefficient empirical correlations, using the proprietary software SC03 [4].  
In a second stage of the analysis, CFD FLUENT models were created in order to get more accurate 
predictions of h, focusing in the main weld, located at the bifurcation mid height. The calculation 
was initially run adiabatically. Afterwards, temperature profiles read from the CFD were applied 
and, from the new solution, heat transfer coefficients were extracted to read across to the SC03 
model as explained by Alizadeh et al. [3]. At this stage, the experimental data from the Perspex test 
rig was available and allowed validation of the h calculated from the CFD. Very good agreement 
between the measurements and the numerical solution was observed.  
The final step was to couple the FE SC03 model with the CFD results using the plugin 
(communication library) SC89. The methodology and the models are described in Section 5 below. 
In parallel to the computational analysis, a test rig was run. The tests were performed in the Heat 
Transfer Facility at Rolls-Royce plc Bristol. The conventional transient, liquid crystal experiment 
used by Rolls-Royce plc Turbine Systems was adapted for this application. The model scale is the 
same as the power station and is operated at equivalent Reynolds number conditions. A brief 
description of the experiment and the results for verifying the stand alone CFD are included in this 
paper.  

1.1 Geometry and materials.  

The geometry of the analysis can be seen in Figure 1. It was provided by the customer and re-
created in CAD format by the Rolls-Royce plc NNPPI design team. The bifurcation consists of two 
pipes that combine into one that collects and mixes the steam from individual pipes in the boiler 
(heat exchanger). Physically, the assembly consists of four parts: two elbow pipes of different 
through flow diameter and bend radii; a sawn bend tube and a connection tube that merges the pipes 
as described previously. The parts are welded together and connected to longer pipes in the boiler. 
The critical section of the installation is the main weld that connects the sawn tube with the nozzle. 
In the heat shield design improvement proposal the welds were required to be insulated as much as 
possible from the hot gas.   

 

Figure 1 – Extent of the geometries in the analysis. 1a, Left, un-shrouded bifurcation, 1b right shrouded 
pipes. 

The heat shield designed was a stainless steel shroud. The installation consists of two metallic shells 
that enclose the pipe work. At the interface with each tube, a metallic collar was placed to minimize 
the possible leakage of hot CO2 into the shroud. The design team worked out the maximum 
clearance between the bifurcation pipes and the collars of the shroud. Figure 1 b shows the 
geometry used in the analysis i.e. the bifurcation with the shroud in place.   
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The dimensions of the pipes are given as a fraction of a characteristic dimension, Lc, equal to the 
distance between the bottom and the top of the bifurcation. Hence, the bottom tube internal diameter 
is of δ=0.0628 whereas the top elbow pipe diameter of the bifurcation is of δ=0.0854.  

1.2 Operating conditions. 

The installation operates in a nuclear power plant at nominal power output capacity, although the 
desired working conditions for the installation is at a 20 % higher output (namely design 
conditions). Table 1 shows the environmental variables in which the bifurcation works. The values 
have been made non-dimensional based on the CO2 thermodynamic properties at the design 
condition, except the steam mass flow rate, non-dimensionalized based on the design point. In 
addition, the flow Re number for each fluid has been included in the table as defined in the 
nomenclature section. For the steam, Ret is defined as a function of the outlet pipe radii whereas for 
the reactor gas Rere, Lc is the same as for the geometry definition from the previous section.  

Reactor Power Nominal conditions Design Conditions ∆ (%) 
Reactor Gas Temperature  0.963 1 3.84 

Reactor Gas Pressure  1  1 0 
Reactor Gas Velocity 0.985 1 1.52 
Reactor Gas Density  1.019 1 -1.86 

Rere 1.68·106 1.68·106 --- 
Steam Temperature  0.608 0.635 4.49 

Steam Pressure  3.252 3.625 11.48 
Steam Mass Flow Rate  0.888 1 12.61 

Ret  10300 (10352) 11693 (11700) --- 

Table 1 – Nominal and design conditions in the installation. 

The table shows that the bifurcation will be exposed with the new operating conditions to an overall 
temperature raise of about 4%. In this condition, the customer requirement was that the temperature 
reduction in the external weld surface must be more than θ=0.0185.  

2. MODELS AND ASSUMPTIONS 

The work presented is based on the analysis carried out with an in-house software tool, SC03, and a 
commercial code, FLUENT. SC03 is a finite element code performing transient thermal and 
mechanical analysis. For this paper, the comments will be focused in the application for the thermal 
problem. Although the numerical method implemented is common to many of the commercial 
solvers available, it is specifically designed for turbomachinery applications due to a wide range of 
specialist thermal modelling features. A description of the SC03 code and its use in engine thermal 
analysis is given by Armstrong et al. [4]. 

2.1 FE Models. 

The fully 3D models were meshed using 10 node tetrahedrons. The resulting finite element meshes 
consisted of 66421 nodes, 33176 elements in a single domain for the bifurcation model and 97380 
nodes, 48690 elements in 2 domains for the model with the shroud in place. 
The material properties for the SC03 model were read from the Rolls-Royce plc Material Properties 
(COMMIT) Database. The fluids passing through and surrounding the relevant feature are 
superheated steam (inside) and CO2 (outside). The fluid properties for these materials are not 
available in the SC03 libraries; hence these had to be imported from external sources. Two SC03 
data files were created in the appropriate format to be readable by the code, as defined in the Rolls-
Royce plc Thermo-mechanical Analysis best practices. The steam properties were extracted from 
the latest water and steam properties, using the tables released by the International Association for 
the Properties of Water and Steam [6], whereas the CO2 properties were extracted from the Fluent 
database [5].  
The model was run to a steady state point at the conditions referred to above. This was achieved 
using a transient cycle consisting of a 10 second ramp from the initial condition, and a ‘flat’ steady 
condition of 2000 seconds.   
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2.2 Thermal boundary conditions. 

In SC03 convective and radiative heat transfer boundary conditions are applied to the pipe surfaces 
in contact with the fluids.  
For the un-shrouded bifurcation, the model is divided into two zones (Figure 2a): 
• Inside: SC03 ‘stream’ (finite source advection), boundary conditions were applied. For the 
circular pipes, the Nunner heat transfer coefficient [9] correlation was used. At the bifurcation, 
where the flow mixes, the average of the large and small pipe calculated htc's was used, as both pipe 
htc's were very similar. 
• Outside, two boundary conditions were considered: 
• An SC03 convecting zone, (‘infinite’ heat source) was applied in the model, with the CO2 
temperature applied and a htc calculated with the Sieder-Tate correlation [10], assuming a square 
pipe surrounding the bifurcation of a certain cross sectional area consistent with the CFD model and 
the plant geometry.  
• External radiation. The remote temperature was taken as the CO2 temperature and the 
emissivity 0.8 (read from tables for polished stainless steel). This corresponded to the worst possible 
scenario of radiation to the pipes.  

    
Figure 2 Un-shrouded 2a) and shrouded 2b) bifurcation boundary conditions. 

• For the shrouded bifurcation, three zones were defined instead (Figure 2b). 
• For the steam pipe internal surfaces, the boundary conditions were kept the same as for un-
shrouded installation. 
• Outside the shroud and at the external faces of the bifurcation, an infinite source (SC03 
convecting zone) was applied, as for the un-shrouded bifurcation model. The heat transfer 
coefficient (htc) correlation was assumed to be the same as for the un-shrouded model but modified 
to account for the new cross sectional flow area. Also, specifying external radiation with an 
emissivity value of 0.8, and a remote temperature of the hot gas temperature. A different boundary 
condition was applied at the lower surface of the shroud. There, the flow was assumed to separate 
and, thus, the correlation for natural convection below a horizontal inverted flat plate was applied 
[2]. At the collars, the leakage was modelled with a heat finite source (SC03 stream). Initially, the 
mass flows were worked out based on a hand calculation: m=0.377% of the steam mass flow rate. 
Later on this value was refined, based on the CFD results. 
• Inside the shroud box, a controlled volume heat balance (SC03 void) was applied with the 
corresponding natural convection correlation for each of the surfaces. The void was also vented by 
the leakage at the gap. In addition to this, internal radiation was applied.  

2.3 CFD model. 

Three CFD models were created to model the fluid conditions in the different areas of the 
bifurcation.  Common to all of them was the software to create the meshes, ICEM CFD v11, and the 
topology, unstructured (based on tetrahedral cells) with layers of prismatic cells close to the solid 
walls. The worst tetrahedral quality (cell aspect ratio) was fixed to be 0.1. This was achieved in the 
steam and un-shrouded CO2 models. For the shrouded models, the worst quality value was not as 
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good, 0.01, in some cells close to the collar leakage gap. This region was monitored using a static 
temperature point probe in every moment showing no divergence issues.   
Regarding the FLUENT v6.3.26 set up, the k-epsilon turbulence model with enhanced wall 
functions was used for the analysis, see section 12.10.4 in the Fluent User Guide [5]. Following 
these guidelines, the grids were created to get y+ values lower than 10 and ~1 in the proximity of 
the weld. The fluids were modelled as incompressible-ideal gas, as the flow Mach number was 
below 0.1 at all points in the fluid domain.  The segregated solver in double precision mode was 
chosen. The equations were run initially in first order and after a number of iterations were switched 
to second order.  
The calculations were performed on a Xeon 8 core 2 GHz processor 64 bit Windows Vista machine. 
Full convergence was reached in about 20000 iterations for all of the models in about 80 hours.  

2.3.1 Steam CFD model.   

The computational domain was the interior volume of the pipe. The mesh is unstructured, and a 
prismatic layer of 12 cells ‘depth’ was applied all around the walls, with a first cell size of 0.001 
mm and an expansion ratio of 1.2. The grid consisted of 2356810 cells and 802674 nodes.  
The boundary conditions in the model were defined as follows: 
• Two inlets are defined in the model. Both were defined as mass flow inlet with specified 
inlet total temperature as for the design conditions. The turbulence intensity was TI=5% hydraulic 
diameter equal to the pipe inlets.  
• The walls were defined as viscous and adiabatic, firstly, and isothermal later on. The 
applied temperature was extracted from the SC03 model, area averaged at the weld, uniform at the 
walls. 
• The outlet was defined as a pressure outlet, with a gauge pressure p=0 Pa.  

2.3.2 Un-shrouded CO2 CFD model.  

For this model, the computational domain was defined as a box around the pipe of twice Lc in the 
longitudinal pipe dimension and a length of 0.5 Lc in the horizontal direction. This was specified to 
ensure linear periodicity between different pipes. The grid consists of 2996146 cells and 610024 
nodes with a prismatic layer of 10 cells ‘depth’ and a first cell size of 0.01 mm and an expansion 
ratio of 1.2.  
The boundary conditions in the CFD model are: 
• The inlet was modelled as velocity inlet normal to the boundary as for the design condition. 
The turbulence intensity was TI=1% and the hydraulic diameter corresponding to the box inlet. 
• The walls were defined as viscous and, equally, adiabatic first and then isothermal. The 
applied temperature was extracted from the SC03 model. 
• The outlet was defined as pressure outlet with a gauge pressure p=0 Pa.  
• The surrounding boundaries, namely front, back and periodic, where defined as symmetry 
boundary conditions, modelling the free stream conditions around the weld. 

2.3.3 Shrouded CO2 CFD model.  

The same extent of the domain was used as in the previous case. The cell and node count is now 
3375059 cells and 1117183 nodes. At the bifurcation, 6 cells have been applied all around the walls, 
with a first cell size of 0.01 mm and an expansion ratio of 1.2. At the shroud, three layers were 
applied.  
At the collars, the near wall cell size was 0.003 mm, to be able to apply up to 6 cells in the 
bifurcation side and 3 in the collar side.     
The boundary conditions remain unchanged from the previous model. 

3. PERSPEX TEST RIG DESCRIPTION 

The heat transfer coefficient over the surface of the bifurcation was measured using the transient 
heat transfer method developed for evaluating turbine blade cooling systems- see Ireland Jones [7].   
The technique subjects an insulated model to a change in gas temperature and measures the model 
surface temperature with a coating of temperature sensitive liquid crystals. The bifurcation was 
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tested over a range of Reynolds number in a rectangular wind tunnel, Figure 3, with a cross-section 
designed to achieve conditions representative of the periodically spaced bifurcations in the power 
station. The dimensions allowed for boundary layer displacement thickness growth on the two 
tunnel side walls. The wind-tunnel is fed from the laboratory compressed air supply through a 
choked orifice installed upstream of a cylindrical, perforated flow distributer. The tunnel is divided 
into two parts. The upstream section includes the flow distributer, pressure drop flow resistance (a 
sheet of Scotchbrite) and honeycomb flow straightener (not shown). A heater mesh is installed 
between the flanges that join the two sections. The fast response heater mesh consists of two sheets 
of fine stainless steel mesh that produce a step change in temperature. A bursting disc is connected 
to the upstream section. The bifurcation is installed in the larger section. The flow exhausts through 
two 100mm diameter hoses to the lab vacuum system.  

 
Figure 3 - Photograph of the rig set-up, with the main features highlighted. Flow is from right to left. 

The air temperature is increased by the Heater Mesh to give a test gas temperature of about 60°C. 
The regions of interest on the model were painted with black paint and then coated with a 
thermochromic liquid crystal. The crystal undergoes a colour change at a specific, calibrated 
temperature (either 35°C or 30°C), which is recorded by video cameras. The change time at each 
pixel is related to the driving gas temperature and a htc value is calculated for each pixel. 
The h results are scaled to power station conditions using standard methods developed for turbine 
blades and other Rolls-Royce heat transfer research.  These are well summarised in the case of fire 
simulation by Abu Talib et al. [1].  In broad terms, two main parameters affect the scaling of h, 
specifically the Reynolds number and gas thermal conductivity.  The htc levels measured were then 
converted to power station conditions using dimensional similitude. The scaling factor at 100% flow 
is 1.82. 

4. STAND-ALONE SOLUTION AND TEST DATA VERIFICATION 

In this section, some representative results will be described. Although the main objective is to show 
the stand-alone solution to allow benchmarking with the coupled analysis results, the effect of the 
shroud in the installation will be also assessed. In addition to this, the results of the test rig and the 
comparison done with the stand-alone CFD is shown. All the temperature values are shown in non-
dimensional form based on the CO2 inlet total temperature. The htc values are defined as  
 

( )fw TTq=htc −/          (1) 
 

where Tf is: 
- The boiler gas temperature for the bifurcation un-shrouded. 
- The CO2 temperature inside the enclosure either calculated in the CFD or measured in the tests.   
- The steam inlet temperature inside the pipes.  

4.1 SC03 predictions based on correlations. 

Figure 4a shows metal temperature predictions for the bifurcation pipe at the design point. The 
maximum temperature is around θ=0.899 at the upper weld. The area averaged metal temperature at 
the main weld is θ=0.898. Figure 4b shows metal temperature predictions at the bifurcation with the 
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shroud in place. The area averaged face wall temperature is θ=0.880. The solution shows some of 
the limitations of the traditional modelling. Although the heat transfer coefficients were chosen to 
model correctly the external temperature at the welds, on the pipes the contours look uniform 
showing none of the actual fluid behaviour, as will be shown later in this paper.  
This initial result met the customer requirement, as the reduction in temperature is θ=0.018 for the 
worst case scenario.  

     
Figure 4 – Contours of metal temperature at the bifurcation outer face un-shrouded (4a) and shrouded 
without showing the heat shield (4b).  Stand alone SC03 solution. 

4.2 CFD stand alone solution and comparison with test data. 

The CFD was used to extract heat fluxes, fluid temperatures and mass flows through the collar. In 
this section the focus will be on the flow patterns and their implications in terms of heat transfer 
coefficient.  
Figure 5a shows streamlines coloured by velocity magnitude. The flow is, as expected, unsteady in 
many parts of the fluid field i.e. downstream in the tubes where the CO2 is showing the typical von 
Karman vortices street for laminar flows. However, close to the weld, the fluid behaves steadily and 
is sufficiently far away from the horizontal pipes wake.   

Figure 5b shows streamlines inside the box coloured by velocity magnitude. The picture justifies the 
use of a void boundary condition with natural convection, as applied in the SC03 model. The flow 
velocities in all the control volume are under 1 m/s and the mean average value is around 0.2. This 
means that the Re number, based on the size of the box is of the order of 104. In addition to this, the 
flow structure is highly chaotic and a number of vortices flowing in all the space directions are 
shown, making it extremely complicated to assign a flow direction to the thermal model. This will 
also cause the htc coefficients not to be symmetric in the model, although the variation in time will 
be small (see below).  

   
Figure 5a) – Streamlines at the un-shrouded 
bifurcation coloured by velocity magnitude.     

Figure 5b) – Streamlines at the shrouded pipes 
inside the heat shield. 
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These results were benchmarked with the results from the test rig. Figure 6 compares the weld htc 
for the un-shrouded case. In general, the CFD appears to be slightly lower than the experiments but 
the agreement is generally within 10%. The CFD under-predicts the level on the centre line (CL) by 
about 15%. This means that the benefit in pipe temperature achieved by fitting the shroud may be 
under-estimated. Nevertheless, there is a narrow region of significant discrepancy in the trough 
behind the weld. The CFD predicts a higher htc level than measured.  This is most likely a region of 
separation, which is challenging to model with CFD.   Fortunately this region is narrow and will not 
significantly affect the thermal model. 

 
Figure 6 - htc plots of un-shrouded tests at 100% condition analysed using gas stream temperature. 

 
Figure 7 - htc plots of shrouded tests at 100% condition analysed using gas stream temperature. 

Figure 7 compares the weld htc for the shrouded case. Both the CFD and experiments show that the 
shroud has resulted in an asymmetric distribution, and both have the same sense of a-symmetry 
caused by the vortex shedding. The CFD over-predicts the h by about 22% in the central region of 
the weld on the EAST side and thus the CFD is conservative. At the top of the weld, the CFD under-
predicts the htc.  These results, however, may vary slightly in time due to the unsteady nature of the 
flow. The main conclusion, though, is that the CFD is capturing the values in the correct ‘ball park’, 
and hence the solution is reliable for predicting the temperature distribution inside the shroud.  
The shape of the CFD and the model htc distributions are sensibly consistent.  The weld presents 
itself as a protuberance to the flow and, similar to a turbulator in a turbine cooling passage, 
corresponds to a zone of elevated htc. 
The effect of these discrepancies in h was assessed using a simple 1D model and compared to the 
stand-alone SC03 predictions. This assessment indicated that the original SC03 model 
underestimates the benefit of the shroud by approximately a 1.6ºC of the desired temperature 
reduction.  

5. COUPLING 

5.1 Coupling methology. 

The work presented here is based on the coupling between an in-house software tool, SC03, and a 
commercial code, FLUENT. A brief summary of the method is given below, while a more detailed 
description is given by Verdicchio et al. [12].  
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Figure 8 - Cycle definition example 

Within SC03, the user defines a transient analysis by specifying an analysis cycle for the particular 
geometry under investigation, i.e. the evolution of a set of environment parameters through the time 
span simulated. These are user-input parameters and include mass flow rates, operating 
temperatures and pressures (a typical example is given in Figure 8). The code is time marching and 
as such, SC03 needs an initial condition i.e. an initial metal temperature distribution for each node 
in the solid. To solve the heat equation in the solid, SC03 uses an implicit time discretisation and a 
Newton-Raphson solver [4]. 

 
Figure 9. Schematic representation of the coupling process. 

The thermo-mechanical coupling process is schematically depicted in Figure 9. First, the system 
invokes the fluid solver FLUENT, passing to it the current values of boundary temperatures Tn (the 
superscript n indicates that these quantities refer to the temporal level tn). An important assumption 
is made here: as the fluid response to a change of operating conditions occurs on time scales much 
shorter than that appropriate to the metal heat conduction, the influence of unsteadiness in the fluid 
is expected to be negligible, and steady CFD calculations can be employed using the boundary 
conditions passed by SC03 [8,11]. More precisely, the CFD solver applies the wall temperature 
boundary conditions passed from SC03 and runs a steady state case to find the solution 
corresponding to these prescribed wall temperatures. After a certain degree of convergence has been 
achieved, based on user inputs, FLUENT outputs the heat fluxes qn computed on the boundaries. 
These heat flux values are returned to SC03, which runs the Newton-Raphson solver to obtain an 
improved estimate of the temperature field at time tn. The CFD solver and the FEA Newton-
Raphson solver loop is then repeated until the solution has stabilised to within a user defined 
tolerance. 
When the temperatures are stabilised (typically this requires around five iterations) the analysis 
moves to the next time step in the analysis cycle. The coupling communications are controlled by 
the plugin (SC89) of the SC03 program. It is within SC89 that the user specifies one or more 
coupled walls, outlining a CFD domain, which may cover part or the whole of the finite element 
model.  

5.2 Coupling models set up. 

The external and internal radiation boundary conditions remain unchanged from the previous 
models. However, all the convective boundary conditions were deleted and replaced by coupled 
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boundary conditions (one per CFD boundary wall), that exchange the heat fluxes and wall 
temperatures with Fluent, as described in the previous section. The initial domain temperature, Tn at 
time t=0, was assigned to be the steam temperature to help with convergence. 
Except at the walls, the CFD boundary conditions are not changed from the previous models. While 
the option exists within SC89 to use temperatures and mass flows from the FE model at the CFD 
inlets, in this case, for model stability, the inlet temperature was kept constant during the cycle.  
At this stage there is just one additional parameter to set up, which is the number of iterations per 
CFD call, i.e. the convergence level in the CFD, before passing the information to the FEA model. 
The maximum number of iterations was set to 100 for every CFD call. A sensitivity study was 
carried out, running the models to a certain convergence criteria until the maximum change in 
temperature between solutions was less than 0.1K. This number was reached only in the “power 
increase ramp”, as during the flat part of the cycle, a convergence criterion based on the energy 
equation residual, just some few CFD iterations to be run, saving a considerable amount of 
computational time, One further approximation was made. The models were run with the energy 
equation only, meaning that the fluid is ‘frozen’, assuming that the flow patterns do not change due 
to the heat transfer, also that the metal response is much slower than the fluid.  
The calculations were conducted on an 8 processor 64 bit Windows Vista machine. The running 
time was about 17 hours for the un-shrouded model and 26 for the shielded pipe work.  

5.3 Coupling results. 

In this section, the power of the coupling is shown. The heat flux distribution calculated by Fluent is 
applied to SC03 identically at the end of the process and these results in a very realistic temperature 
distribution, shown at the end of this section.  

5.3.1 Un-shrouded bifurcation 

Figure 12a, the first final result, shows contours of metal temperature at the external surface of the 
bifurcation. The influence of both fluids can be seen in the picture by benchmarking with the heat 
flux contours extracted from the CFD (Figure 10a and Figure 10b). The blue contours in the steam 
domain are areas where the fluid is absorbing heat, and that line up with the red contours in the CO2 
domain, mirroring the behaviour of the steam inside (e.g. the flow separation at the mixing area). 
However, in the areas of high unsteadiness such as in those affected by the Von Karman street 
vortices (as seen in Figure 5a), this temperature is expected to be more uniform. This is a limitation 
in the model (frozen fluid) that must be considered even if it does not affect the main result: the 
predicted surface average metal temperature in the main weld, at the mid size of the cavity where 
the fluid behaves steadily, is θ=0.897. In spite of this clear unsteadiness, this only results in a slight 
asymmetry in the metal temperature distribution, as shown in the previous section. 

   
Figure 10 – Contours of heat flux at the un-shrouded bifurcation. The left picture 10a shows the 
external face surrounded by the gas whilst the right picture 10b shows the internal surface. 
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5.3.2 Shrouded bifurcation 

Figure 11 shows contours of heat flux outside the tubes for both Fluent and SC03. The contours 
match up very well. The effect of the heat shield is clearly shown in the pictures: the calculated hot 
side flow is reduced to a minimum (m=0.2 % of leakage though the collar), and hence, the level of 
heat transfer to the metal is also reduced. Note that this leakage is calculated by the CFD analysis, 
and applied in the coupled analysis without any estimated or measured leakage flow at the shroud 
collar position.  
Figure 12b shows contours of surface metal temperature for the shielded bifurcation. As in the un-
shrouded model, the distribution is now more realistic. The flow is still unsteady although two 
comments can be made here: outside the shroud, the hardware breaks the shedding and that reduces 
the unsteady behaviour in the CO2; inside, the flow is totally unsteady, although as the heat fluxes in 
the fluid are driven by conduction the solution is clearly acceptable.  

          
Figure 11 – Contours of heat flux at the shrouded bifurcation inside the box. The left picture 11b shows 
the Fluent solution whilst the right picture 11b shows the SC03 contours applied by SC89. 

From these metal temperature contours, the area averaged surface metal temperature in the weld has 
been extracted, being equal to θ=0.880. The figures below are the final solution.  
 

 
Figure 12a - Contours of metal temperature at 
the un-shrouded bifurcation. Coupled solution 

 
Figure 12b -Contours of metal temperature at the 
shrouded bifurcation. Coupled solution
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Conclusions 

The main conclusion is that the mechanics of the Rolls-Royce plc CFD/FE coupling method has 
been successfully run for the very first time in a heat exchanger configuration with two different 
fluids. The model is robust, runs quickly and produces a reliable solution capturing features that the 
stand-alone models can not predict.  
The method produces a very similar answer to the traditional stand-alone calculation, which is really 
encouraging, i.e. leading to the expectation of producing more accurate heat transfer models in the 
future, when CFD analysis is applied in conjunction with the FE conduction analysis. The running 
time compared to the ‘read-across’ method time, i.e. from a CFD solution to an SC03 standard 
model, is comparable or smaller, and has the potential of capturing the recirculations and flow 
behaviour correctly, also minimizing the number of user specified boundary conditions applied to 
the models.  
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Abstract 
 
The coolant outlet temperature in VVER-440 type nuclear reactors is measured using 
thermocouples. In the Loviisa nuclear power plant, the thermocouple readings are used in the 
evaluation of the fuel assembly power. The assembly power is needed as an input for the reactor 
core performance monitoring system. However, since the coolant is not perfectly mixed in the 
assembly head, the thermocouple reading might differ from the real average temperature of the 
flow in the fuel assembly. In order to study the coolant mixing in the fuel assembly head, a 3D 
computational fluid dynamics (CFD) analysis is conducted. The CFD model describes the head 
parts of the fuel assembly, including the ends of the fuel rods, a central tube, a top flow plate, 
lifting bars, a catcher and the thermocouple. The computation grid is a tetrahedral and 
hexahedral hybrid mesh consisting of 22 - 32.5 million cells. Following The Best Practice 
Guidelines, the model's sensitivity to boundary conditions, turbulence models and grid 
resolution is assessed. The CFD analysis provides information on the coolant mixing in the 
assembly head and thereby helps to define the average coolant outlet temperature from the 
thermocouple reading. 
 

1. INTRODUCTION 

In the Loviisa nuclear power plant, a VVER-440 type nuclear reactor, the coolant outlet temperature 
is measured using thermocouples. The thermocouples are placed above 190 of the total 313 fuel 
assemblies, depicted in Figure 1, and the temperature readings are used in the evaluation of the 
enthalpy rise of the coolant in the reactor. The thermocouple readings are processed in the reactor 
core performance monitoring system, RESU (Antila, 1999), which monitors the performance of the 
reactor in order to insure safe operation. Knowing the mass flow and the temperature of the coolant 
entering the fuel assembly, RESU interprets the thermocouple reading into enthalpy rise of the 
coolant. The result is used in adjusting the power distribution obtained from the theoretical neutron 
flux calculation.  
 

 

Fig. 1: A VVER-440 type fuel assembly. The length is reduced in the picture. The flow direction is 
from down to up (from left to right in the figure). 
 
The coolant, flowing upwards through the fuel assembly, is heated by the fuel rods. The fuel rods 
have different powers and therefore the temperature field of the coolant at the rod bundle outlet is not 
homogeneous. Since the mixing of the coolant in the fuel assembly head part is not perfect, the 
thermocouple might not register the average coolant temperature but a slightly higher or a slightly 
lower reading.  



 2

 
In order to study the mixing of the coolant in the assembly head, a 3D computational fluid dynamics 
(CFD) model is created. The goal is to predict the thermocouple reading for different coolant 
temperature distributions at the fuel rod bundle outlet. 
 
Previous work regarding the CFD simulation of the fuel assembly head has been done in Fortum 
Nuclear Services Ltd in 1999 - 2004 (Toppila, 2004). Mixing of the returning bypass flow (the 
coolant flowing in the gap between assemblies and returning through holes in the shroud box) was 
studied both by CFD methods and experimentally. In the experiments, a full-scale assembly model at 
room temperature was used.  CFD models were created for all fuel assembly geometries used at the 
Loviisa power plant at that time. The models contained 3x105 - 9x105 cells. The effect of the central 
tube flow and different central tube geometries was also studied using CFD. In addition to the fuel 
assembly head studies, the flow in the fuel rod bundle has been modelled using CFD in (Brandt, 
2009a,b) and (Lestinen, 1999). Boundary conditions for the fuel assembly head model can be 
obtained from the fuel rod bundle calculations. 
 
Similar CFD studies regarding the coolant mixing in the head parts of the VVER-440 type fuel 
assembly have also been conducted by (Tóth, 2008, 2009), confirming the incomplete mixing of the 
coolant and the deviation in the thermocouple reading compared to the real average temperature. 

2. CASE DESCRIPTION 

The coolant, leaving the rod bundle, enters the assembly head with a mass flow rate of about 24 kg/s. 
The shroud box surrounding the fuel rods is of hexagonal shape. The shroud box defines the coolant 
and thus prevents it from mixing with the neighbouring fuel assemblies. The coolant flows through 
the top flow plate, past the catcher and the thermocouple, and through the channel in the upper core 
support plate. 
 
The Reynolds number at the rod bundle outlet is about 300 000, based on the average velocity and the 
hydraulic diameter, and the flow is fully turbulent. A mass flow of about 0.12 kg/s enters the central 
tube on the same level as the main inlet. The Reynolds number of the flow in the central tube is about 
200 000. A bypass flow of about 1.4 kg/s enters through the twelve bypass inlets, with a Re-number 
of about 150 000. 
 
The CFD model, depicted in Figure 2, contains the ends of the fuel rods, a central tube, twelve bypass 
flow inlets, a top flow plate, two lifting bars, a catcher and the thermocouple.  
 
In the radial direction, the main inlet is divided in 7 sections with the shape of rings, each of which is 
the inlet for a different species of water. The inlet sections are depicted in Figure 2. The species have 
same material properties and they are named species 1 - species 7 at the main inlet, species 8 at the 
central tube and species 9 at the bypass inlets. The division of the coolant fluid, water, into different 
species allows monitoring of the mass fraction of species at the thermocouple. The mass fractions can 
be further used for defining the thermocouple reading for different coolant temperature distributions 
at the rod bundle outlet. 
 
 



 3

 

 
 

 
 

 

Fig. 2: CFD model of fuel assembly head. The outlines of the model are shown on the left, together 
with some measures. On the right, upper figure, the division of the inlet is presented. The lower figure 
on the right represents the top flow plate. 
 
The case is modelled using ANSYS FLUENT 12.0 software and the computational grid is 
generated with ANSYS Gambit 2.4.6. The simulations were run on a 64-bit Linux 
workstation with Intel Xeon X5482 @ 3.20 GHz processor. Parallel simulation with 4 cores 
took about 250 hours of wall clock time for the base mesh and about 400 hours for the fine 
mesh. 

3. CFD MODEL DESCRIPTION 

3.1 Geometry 

The geometry is created based on original drawings of the fuel assembly head. Some minor 
modifications were made to the geometry. The wedge, which is formed on the outer periphery around 
the catcher, is made somewhat less sharp in order to facilitate meshing. 
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3.2 Grid 

The computational grid, shown in Figure 3, is a hybrid mesh consisting of both hexahedral and 
tetrahedral cells. Due to the complexity of the geometry, the bypass inlets and a zone 30 mm above 
and 40 mm below the top flow plate are meshed using tetrahedral cells. The rest of the model is 
meshed using hexahedral cells. In order for turbulence model wall functions to work properly, the aim 
was to have a few cells in the log-law layer and keep wall y+ values between 30 - 300, although this 
was not achieved in all parts of the model. Two grids with different resolutions were made for testing 
the grid independency of the solution. Due to computational capacity restrictions, the grid resolution 
could not be doubled throughout the entire flow field. Therefore, adaption was performed only on the 
flow path of one species of water. The species chosen was species 7, which represents the mass flow 
of inlet 7. The adaption was performed in areas where the mass fraction of species 7 was in the range 
of 0.06 to 1. The volume contained 1.5x106 cells. Each of these cells was divided in eight, thus 
augmenting the size of the computational grid by 10.5x106 cells. The adaption was done using the 
automatic adaption tool of ANSYS FLUENT. Information of the computational grid is listed in Table 
1. 
 
Table 1: List of computational grids. 
Computational 

grid 
Number 
of cells 

Average 
cell size 

[m3] 

Max cell 
size [m3] 

Min cell 
size [m3] 

% of wall 
bound cells 

with 
30 ≤ y+ ≤ 300 

 

Adaptions 

Base mesh 22x106 1.1x10-8 5.1x10-8 7.1x10-14 92.5 % - 
Fine mesh 32.5x106 1.1x10-8 5.1x10-8 2.1x10-14 93.5 % Adaption on the 

flow path of 
species 7 
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Fig. 3: Computational grid (basic mesh). The two upper figures represent the upper part of the mesh, a 
cutaway figure on the left and the surface mesh on the right. The lower figures represent the lower 
part of the mesh with a cutaway view on the left and the surface mesh on the right. 

3.3 Physical and numerical models 

The equations for conservation of mass and momentum are solved, Eq. (1) and (2). The local mass 
fraction of each species, Yi, is predicted by solving a convection-diffusion equation, Eq. (3). The mass 
diffusion in turbulent flow is computed according to Eq. (4). The turbulent Schmidt number, defined 
in Eq. (5), is involved in the computation of the turbulent mass diffusion of species. The mass 
diffusion of turbulent flows is more effective than the mass diffusion of laminar flows. The turbulent 
Schmidt number is used to convert the turbulent viscosity into turbulent diffusion.  
 
When needed, the energy equation is solved for, as well. For turbulence modelling, the standard κ-ε 
turbulence model (Launder, 1972) with standard wall functions was used. The κ-ω turbulence model 
(Wilcox, 1998) was tested, as well. 
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In Eq. (1) and (2), ρ is the density [kg/m3], v

r
 is the velocity [m/s], p is the pressure [Pa] and τ is a 

stress tensor. In Eq. (3), iJ
r

is the turbulent mass diffusion, defined in Eq. (4). In Eq. (4), Di,m is the 

mass diffusion coefficient for species i in the mixture, µt is the turbulent viscosity, Sct is the turbulent 
Schmidt number, defined in Eq. (5). Dt is the turbulent diffusivity. 
 
The standard pressure-based solver of ANSYS FLUENT is used. For pressure-velocity coupling, the 
SIMPLE scheme is used. Second-order upwind spatial discretization is used for momentum, 
turbulence, species transport and the energy equation. 

3.4 Boundary conditions 

The boundary condition values are chosen to correspond to the real plant parameters of Loviisa NPP. 
The main inlet of the CFD model is divided in seven sections, inlet 1 - inlet 7, as depicted in Figure 2. 
For each inlet, a different species of fluid is used. The fluids are named water 1 - water 9 and they 
have equal material properties. Water 1 is used in inlet 1 and so on. Water 8 is used for the central 
tube inlet and water 9 is used in the bypass inlets. For the main inlet boundary, a velocity of 3.659 m/s 
is used. The central tube inlet is a mass flow inlet of 0.12 kg/s, which corresponds to a velocity of 2.8 
m/s. The bypass inlets have a total mass flow of 1.36 kg/s, which corresponds to a velocity of 1.4 m/s. 
Both inlets have the same turbulence values as the main inlet. The walls are treated as adiabatic walls 
with no slip boundary condition. The space after the upper core support plate channel, before the 
outlet, is treated as symmetry boundaries. The outlet is a pressure outlet with a gauge pressure of 0 Pa 
and backflow turbulence values are the same as the inlet values. The backflow mass fraction is set to 
0.1 for each species. 
 
The bypass inlets consist of 12 holes in the shroud box. In order to minimize the disturbance caused 
by the boundary, the bypass inlets were extended further away, see Figures 2 and 3. 
 
Since experimental results are not available, the turbulence quantities are approximated. The 
turbulence values were given as turbulent intensity I = 2% and the hydraulic diameter Dh = 0.01 m at 
the main inlet. For the bypass and central tube inlets the values were given as turbulent kinetic energy, 
κ = 1x10-4 m2/s2 and for turbulent dissipation rate ε = 1x10-5 m2/s3. Sensitivity studies are performed, 
as recommended by the Best Practice Guidelines. As a sensitivity study, the turbulence values from 
the fuel rod bundle model (Brandt, 2009) are used. The values were κ = 8x10-3 - 9x10-2 m2/s2, ε = 0.3 - 
132 m2/s3 and I = 7.2 - 25 %. 

3.5 Material properties 

The average temperature of the water is 302.9 °C and the pressure is 123 bar. All nine species created 
have equal material properties, a constant density of 714 kg/m3 and a viscosity of 1x10-4 kg/ms. When 
the energy equation is enabled, the material properties are given as a temperature dependent piecewise 
linear function including eleven points. The material properties were taken from the NIST Standard 
Reference Database (Lemmon, 2010). 
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4. CALCULATIONS 

A reference case, corresponding as closely as possible to real plant parameters, was first simulated as 
steady state using both the base mesh and the fine mesh. Sensitivity studies for boundary conditions 
and turbulence models, and numerical studies for grid independency and convergence criterion were 
performed on the reference case. Convergence was monitored by plotting residuals and selected target 
values. The target variables chosen were the mass fraction of species 2, species 5 and species 7 at the 
thermocouple, velocity magnitudes at two different points and the static pressure at inlet 7. The 
velocity points, a and b, were located in two important areas where mixing occurs, above the top flow 
plate and above the core catcher. The most important target values are the mass fractions of different 
species at the thermocouple housing, since determining them was the main goal of the simulation. The 
influence of different inlet sections at the thermocouple can be studied using a variable β, called the 
"weight factor". The variable β works as either a gain factor or a damping factor, telling how much a 
certain inlet affects the outcome of the thermocouple reading. If the coolant was perfectly mixed, the 
weight factor would be 1 for each inlet section. Since this is not the case in reality, some inlet sections 
will have a weight factor larger than 1 and some less than 1. A weight factor larger than 1 indicates 
that the mass flow from the inlet section is strongly present at the thermocouple and vice versa. The 
weight factor is defined as the mass fraction of a certain species at the thermocouple, divided by the 
mass fraction of the same species at all inlets. In equation form, the weight factor can be written as 

i

tci
i α

α
β ,=            (6) 

 
where αi,tc is the mass fraction of species i at the thermocouple housing and αi is the mass fraction of 
species i at the inlets. Mass fraction is defined as the mass flow [kg/s] of a species divided by the total 
mass flow [kg/s] of all species. 
 
When the weight factors are determined for a reference case, one can use them to calculate an 
estimate for the thermocouple readings for another coolant temperature distribution at the rod bundle 
outlet. The estimated thermocouple temperature is written as 
 

∑
∑
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ii
ref
i

i
i

ref
i

estTC TT )(
)(

1
, αβ

αβ
        (7) 

 
where βi

ref is the reference case β-value for inlet i and Ti is the average temperature of inlet i. 
 
Determining the weight factors by using a CFD model gives a possibility to implement them in the 
RESU system, if needed. 

4.1 Numerical studies 

Case 1 represents the reference case. For monitoring convergence, the approach of the Best Practice 
Guidelines (Casey, 2000) was used. The mass imbalance of the flow field was monitored together 
with the target values. The sum of the absolute values of the mass imbalance in the flow field was 
plotted. Mesh sensitivity was studied in Case 3 by using the finer mesh. The values of the target 
values give some information on the grid independency of the result. If the values remain unchanged 
after the adaption, it indicates that the mesh resolution is sufficient to produce an accurate result. Of 
course, adapting on the path of species 7 mostly confirms the grid accuracy in this particular area. 
However, due to restrictions in computational resources, adaption of the whole flow area was not 
possible. The uncertainty due to the grid convergence can be described via the grid convergence index 
(GCI), (Roache, 2009). The GCI is a measure of the percentage the computed value is away from the 
value of the asymptotic numerical value. For a case with two meshes, the GCI for the fine grid is 
presented in Eq. (8) and for the coarse grid in Eq. (9). 
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GCI [fine grid]
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F         (8)

  

GCI [coarse grid] = pr GCI [fine grid]        (9) 
 
The term FS is a factor of safety, in this case FS = 3, as recommended in (Roache, 2009), since it is not 
confirmed that the grids are in the asymptotic region and only two grids are available in stead of three. 
Θ is the target value, index one indicating the finer mesh and index two the coarser mesh. r is the 
mesh refinement ratio and p is the truncation error order of the discretization scheme. In the ideal 
case, for a second order discreatization scheme, p would equal to 2. The cases for numerical studies 
are shown in Table 2. 

4.2 Sensitivity studies and simulation case 

The turbulence model is assessed by using both the κ-ε and κ-ω turbulence models. The κ-ω 
turbulence model is tested in Case 2. The sensitivity for the central tube inlet boundary was studied in 
Case 4 by using a mass flow rate value based on previous CFD studies of the central tube for the mass 
flow rate. Sensitivity studies for the boundary conditions are performed by using the data from the 
fuel bundle model (Brandt, 2009) in Case 5. In Case 6, the turbulent Schmidt number is changed from 
the default value of Sct = 0.7 to Sct = 0.85.  
 
Case 7 is simulated using a temperature profile from RESU calculations at the inlet. The energy 
equation is solved during the simulation, thus allowing temperature readings of the thermocouple to 
be monitored. The temperature readings are then compared to the "weight factor" approach. A matrix 
for sensitivity studies is shown in Table 2. 
 
Table 2: Case matrix for numerical studies, sensitivity studies and simulation case. Varied parameters 
are printed as bold. 

Case Mesh 
Turbulence 

model 

Turbulence 
model inlet 

values 

Main inlet 
boundary, v 

[m/s] 

Central 
tube inlet 
boundary, 
m& [kg/s] 

Bypass 
flow inlet 
boundary, 
m& [kg/s] 

Energy 
eq. 

solved 

1 
Base 
mesh 

κ-ε standard 
wall functions 

I = 2 %, 
Dh = 0.01 m 

3.659 0.12 1.36 - 

2 
Base 
mesh 

κ-ω standard 
wall 

functions 

I = 2 %, 
Dh = 0.01 m 

3.659 0.12 1.36 - 

3 Fine 
mesh 

κ-ε standard 
wall functions 

I = 2 %, 
Dh = 0.01 m 

3.659 0.12 1.36 - 

4 
Base 
mesh 

κ-ε standard 
wall functions 

I = 2 %, 
Dh = 0.01 m 

3.659 
0.3192 
(best 

estimate) 
1.36 - 

5 
Base 
mesh 

κ-ε standard 
wall functions 

κ and ε profiles 
from fuel rod 
bundle CFD 

model 

Velocity 
profile from 
fuel bundle 
CFD model 

0.12 1.36 - 

6 
Base 
mesh 

κ-ε standard 
wall 

functions, Sct 
= 0.85 

I = 2 %, 
Dh = 0.01 m 

3.659 0.12 1.36 - 

7 
Base 
mesh 

κ-ε standard 
wall functions 

I = 2 %, 
Dh = 0.01 m 

3.659, 
temperature 
profile from 

RESU 
calculation 

0.12 1.36 yes 
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5. RESULTS 

5.1 Numerical studies 

The cases seemed to approach a converged solution. However, instead of settling to a final value, the 
target variables seemed to oscillate. The value, around which the oscillation occurred, was then 
approximated as the final value. Oscillation may be a sign of time dependent behaviour. In order to 
improve convergence, the under-relaxation factors were reduced. The pressure under-relaxation was 
reduced from 0.3 to 0.2, turbulent kinetic energy and dissipation rate from 0.8 to 0.7 and turbulent 
viscosity from 1 to 0.7. The sum of the absolute value of the mass imbalance over all cells in the 
computational grid was monitored during simulation.  
 
Figure 4 shows the mass imbalance as a function of iterations in Case 1. The mass imbalance 
decreases rapidly during the first 1000 iterations, after which it steadily settles to a value of about 
2x10-3 kg/s. 
 

Case 1. Sum of mass imbalance as a function of iterations.
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Fig. 4: The sum of the absolute values of mass imbalance over all cells as a function of iterations in 
Case 1. 

 
The target values also seem to settle to their final value after about 1000 iterations. Figure 5 shows the 
mass fraction of species 7 at the thermocouple housing as a function of iterations.  

Case 1. Mass fraction of species 7 at thermocouple housing.
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Fig. 5: Mass fraction of species 7 at the thermocouple housing as a function of iterations. 
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Figure 6 shows the mass fraction of species 7 as a function of the mass residual. The target value does 
not change very much after the mass balance has decreased below 6x10-3 kg/s. Figure 6 illustrates the 
level of mass residual after which the case has reached the maximum achievable accuracy. 

Mass fraction of species 7 as a function of mass imbalance
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Fig. 6: Mass fraction of species 7 at the thermocouple as a function of mass residual. 

The results of the numerical studies are shown in Table 3. The interesting target value in Case 3 is the 
mass fraction of species 7, since the mesh was adapted based on the concentration of this species in 
the flow field. The increase in mesh resolution shows a 1 % change in the mass fraction. 
 
The grid convergence index for the fine mesh, Eq. (8), and the coarse mesh, Eq. (9) was calculated 
using Case 3 as fine mesh and Case 1 as coarse mesh. The target value used was the mass fraction of 
species 7 at the thermocouple housing. The grid refinement ratio is approximated to be 2, since the 
grid resolution is doubled on the flow path of species 7. For the truncation error of the discretization 
scheme, p, the values 2 and 1.5 are tested. Using these values, the GCI [fine grid] is 1.3% and 2%, 
and the GCI [coarse grid] is 5% and 6%.  These GCI values are fairly small, considering that the 
factor of safety used is conservative, FS = 3, thus providing confidence that the solution is not very far 
from the asymptotic value. 
 
The results of the target value monitoring and GCI index indicate that the mesh resolution in the base 
mesh is sufficient and an increase of mesh resolution would not significantly improve accuracy of the 
solution. 
 
Figure 7 shows the β- values, Eq. (6), for Case 1. It can be seen clearly that the inlets closest to the 
middle of the fuel assembly, and thereby closest to the thermocouple, have the largest weight on the 
thermocouple reading, compared to the mass fraction at inlet. 
 

 

Fig. 7: β -values for Case 1. 
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5.2 Sensitivity studies and simulation case 

The κ-ω turbulence model was tested in Case 2. The differences in the mass fractions compared to 
Case 1, with the κ-ε turbulence model, were about 0.4 % - 11 %. The difference of species 7 mass 
fraction was about 9 %, and while the GCI [coarse grid] was 5 % it is clear that the turbulence model 
affects the results. Which model is better cannot be justified based on simulation of this study, but 
would require e.g. comparison with some experimental data. 

The static pressure and velocities at points a and b differ in Case 5 since a different velocity profile 
was used at the inlet. However, the mass fractions are similar to the other cases; the differences in 
mass fractions compared to the reference case are 0.7 - 2 %. The change of boundary conditions for 
the central tube in Case 4 did not have a large effect on the results. The mass fractions differed 1 - 3 
% compared to the reference case. The results of the target values are given in Table 3. 

The turbulent Schmidt number was altered in Case 6, which resulted in 2 - 16 % changes in the mass 
fractions compared to the reference case. While the difference is this large, it is clear that the turbulent 
Schmidt and Prandtl numbers should be carefully chosen. 

In Case 7, a temperature profile from RESU was used at the inlet. The thermocouple temperature 
given by Fluent was then compared to the temperature given by weight factor calculations. An 
estimate for the thermocouple reading is formed, using Eq. (7). For Case 7, the estimate was 312.404 
°C, using Case 1 as reference case. The thermocouple temperature given by Fluent was 312.418 °C. 
The estimate is therefore very accurate. Should the coolant be perfectly mixed, the thermocouple 
would register the average temperature of the fuel rod bundle outlet, which in Case 7 is 308.572 °C. 
The deviation between the thermocouple reading and the real average temperature is 3.8 °C. The 
results of (Tóth, 2008 and 2009) were of the same order of magnitude, with maximum deviations of 
about -2.6 °C, even though the cases studied in (Tóth, 2008 and 2009) are not identical to the cases 
presented in this paper. 

The last row in Table 3 reports the result from earlier work (Toppila, 2004). Though a different 
computation grid, containing about 3x105 - 9x105 cells, and different boundary conditions were used, 
the results are somewhat similar. 
 
Table 3: Results for sensitivity studies and simulation case. 
Case Mass fraction 

of species 2 at 
thermocouple 

Mass fraction 
of species 5 at 
thermocouple 

Mass fraction 
of species 7 at 
thermocouple 

Static 
pressure at 
inlet 7 [Pa] 

Velocity 
magnitude 
at point a 
[m/s] 

Velocity 
magnitude 
at point b 
[m/s] 

1 0.044 0.283 0.080 22700 9.44 3.99 
2  0.039 0.282 0.087 23300 9.47 3.90 
3 0.045 0.281 0.079 22700 9.44 4.00 
4  0.043 0.273 0.079 23000 9.49 3.99 
5  0.043 0.285 0.080 15700 7.80 3.15 
6  0.037 0.289 0.088 22700 9.44 3.99 
7  0.040 0.280 0.081 22500 9.67 3.56 
Previous 
studies 
(2004) 

- 0.3 0.05 - - - 
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6. SUMMARY 

A CFD model of the head parts of a VVER-440 type fuel assembly was created. The aim was to study 
the coolant mixing in the fuel assembly head, and to predict the reading of thermocouples located in 
the fuel assembly heads. The thermocouple reading depends on the temperature distribution of the 
coolant at the fuel rod bundle outlet and on the mixing before the thermocouple. In the ideal case, the 
coolant would be perfectly mixed and the thermocouple would register the average temperature. In 
reality, the coolant is not perfectly mixed and there will be a small deviation between the real average 
temperature of the coolant and the temperature registered by the thermocouple. 

The CFD model contains the ends of the fuel rods, surrounded by the shroud box, the central tube, the 
top flow plate, bypass inlets, lifting bars, the catcher and the thermocouple. The model outlet is placed 
beyond the upper core support plate of the reactor. The computational grid is a hybrid tetrahedral and 
hexahedral mesh containing 22 - 32.5 million cells. A reference case was first calculated, using 
boundary conditions that correspond to real plant parameters. Sensitivity studies for mesh resolution, 
turbulence model and boundary conditions were conducted on the reference case. Convergence was 
monitored by plotting target values and residuals. A solution approaching convergence was found, 
however, the case showed signs of what might be time dependent behavior. The case was not very 
sensitive for changes in the boundary conditions or mesh resolution. The case was more sensitive to 
the turbulence model and altering of the turbulent Schmidt number, showing up to 11% and 16% 
differences in target values compared to the reference case. 

Weight factors, denoted as the β variables, were determined for the reference case. The weight factors 
were then used for estimating the thermocouple reading for another case with a given temperature 
distribution. The estimate was very similar compared to the value given by the CFD simulation with 
the energy equation solved. 
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Abstract 

 

Pressure Suppression Pool (SP) is an important passive element in a Boiling Water Reactor 

(BWR) safety system. Containment pressure depends on the efficiency of steam condensation 

inside the SP. Thermo-gravitational stratification induced by steam injection at small flow 

rates can reduce steam condensation capacity of the SP and significantly increase pool surface 

temperature and steam partial pressure in the wetwell. Parameters which are important for the 

SP operation are time scales of (i) stratification development, and (ii) mixing of initially 

stratified SP. In the present work we discuss “Effective Heat Source” (EHS) and “Effective 

Momentum Source” (EMS) approaches to prediction of stratification and mixing time scales 

in the SP. The GOTHIC code is used as a computational platform. The data from the 

POOLEX tests STB-20 and STB-21 is used for validation. Analysis of the simulation results 

obtained with EHS and EMS models and comparison with experimental data confirms (i) 

reasonably good accuracy of the EHS model in predicting of temporal evolution of 

stratification in a large scale pool, and (ii) feasibility of the EMS approach for predicting of 

characteristic time scales of mixing in the pool. 

 

1. INTRODUCTION 
 

The work presented pertains to a research program whose objective is to evaluate and 

eventually improve performance of methods, which are used to analyze thermal-hydraulics of 

pressure Suppression Pools (SP) in Boiling Water Reactor (BWR) plants under different 

transients and accident conditions. SP is an important passive element in a Boiling Water 

Reactor (BWR) safety system. Reactor containment pressure in Loss of Coolant Accident 

(LOCA) and in case of Safety Relieve Valve (SRV) operation depends on the efficiency of 

steam condensation in the SP. This paper focuses on late stages of LOCA scenarios,  when 

steam injected at small flow rate condenses rapidly in the pool; hot condensate flows up in a 

narrow plume above steam injection source and spreads into a thin hot layer at the pool’s free 

surface. If momentum of the plum is not big enough to mix the pool, then stable thermal 

stratification is formed in the pool. Stratification can significantly impede the pool’s pressure 

suppression capacity and increase the pool surface temperature which defines partial pressure 

of steam in the wetwell of the containment. Stratification also affects conditions for operation 

of different safety and non-safety systems which use SP as a source of water. Heat exchangers 

and high momentum jet mixers installed in the SP are used to chill and mix the SP. As non-

passive and non-safety systems the mixers and the heat exchangers can fail or can be 

temporarily unavailable (e.g. in case of station blackout). Therefore important is to understand 

behavior of the SP during long transients with steam blowdown flow rate changing in time 

and with activation of systems for mixing and cooling of the pool at arbitrary time moments. 

In this work we consider time scales of thermal stratification development and mixing of 

initially stratified pool as most important characteristics for the SP operation. 

 

Numerous experimental and analytical studies have been performed in the past to develop 

better understanding and simulation tools for prediction of basic phenomena of steam 

condensation, thermal stratification and mixing in a pool. Separate effect experimental studies 

of mixed convection flow phenomena have received considerable attention since the late 
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1970s. A review of the early woks is given by Incropera and Dewitt (1996). Discussions of 

experimental results with analytical interpretations for transient stratification of SPs were 

reported in Fox et al. (1992) and Smith et al. (1992). It was claimed that experimental results 

for transient stratification of BWR pressure suppression pools could be predicted using 

numerical solutions of one-dimensional differential equations describing the effect of buoyant 

jets on the vertical temperature distribution. Important experiments and analytical studies on 

mixed convection have been performed by Peterson and coworkers at University of California, 

Berkeley. Experimental studies on transient thermal stratification in pools with shallow 

buoyant jets and plumes were discussed by Peterson et al. (1991). Peterson (1994) provided a 

criterion for assessing when the momentum injected by forced jets would break up 

stratification in large enclosures. A method for reduction of the governing conservation 

equations for mass, momentum, energy to simpler one-dimensional forms under stratified 

conditions in an enclosure also has been proposed (Peterson, 1994). Peterson and Gamble 

(1996) presented a scaling method for the design of scaled experiments for studying jet-

induced heat and mass transfer in large enclosures. Kuhn et al., (2002) studied heat transfer in 

a jet-agitated enclosure with a heated or cooled bottom surface. A correlation was proposed 

using a weighted relation to balance the contributions of natural convection and forced 

convection to heat transfer. Niu et al. (2007) studied mixed-convection and heat transfer 

augmentation by forced jets inside a large enclosure with a vertical cooling surface in order to 

support validation of the BMIX++ code (Berkeley mechanistic MIXing code in C++) (Zhao, 

2003; Niu et al., 2007). The BMIX++ code is a one-dimensional Lagrangian transient flow 

and heat transfer code. The code is used if Archimedes number (ratio of square of Reynolds 

number to Grashof number) is low and stratification can develop, for high Archimedes 

number the enclosure is assumed to be a well mixed lumped volume. 

 

Direct Contact Condensation (DCC) of steam in subcooled water as a common phenomenon 

in many two-phase systems has been a subject of intensive research since 70ies. Past 

experimental and theoretical studies are focused on three closely related topics (i) steam jet 

penetration length (e.g. Kerney et al., 1972; Weimer et al., 1973); direct contact condensation 

heat transfer (Chun at al., 1996; de With, 2009); and (iii) hydrodynamic regimes of steam 

injection (Chan and Lee, 1982; Liang and Griffith, 1994; Cho et al., 1997; Youn et al., 2003; 

Petrovic-de With et al., 2007). 

 

One of the reasons for studying steam injection flow regime was that in chugging oscillation 

regime (Chan and Lee, 1982; Liang and Griffith, 1994) pressure impulses can be strong 

enough to threaten integrity of concrete containment. Experimental investigation of steam 

condensation and CFD analysis of thermal stratification and mixing in subcooled water of In-

containment Refueling Water Storage Tank (IRWST) of the Advanced Power Reactor 1400 

(APR1400) were performed by Song et al. (2003), Kang and Song (2008) and Moon et al. 

(2009). The IRWST is, in fact, a BWR SP technology adopted in PWR designs to reduce the 

risk of containment failure by condensing steam in a subcooled pool of water. Contemporary 

CFD codes don’t have a standard model for direct contact condensation. Therefore a lumped 

volume model for condensation region was used by Kang and Song (2008) to provide 

boundary conditions for temperature and velocity of condensed and entrained water in the 

CFD simulations. Only stable flow condensation regime was addressed (Kang and Song, 

2008; Moon et al., 2009). Similar approach to modeling of steam injection was initially 

proposed by Austin and Baisley (1992). 

 

Integral test facilities POOLEX (Laine and Puustinen, 2006) at Lappeenrata University of 

Technology, Finland, and PUMA (Cheng et al., 2006) at Purdue University, US were 

designed to study effect of steam and non-condensable gas injection on thermal stratification 

and mixing in a large volume of the SP. 

 

Analysis of stratification tests performed in the Pressure Suppression Test Facility (PSTF) for 

a SBWR (simplified boiling water reactor) with the modified TRACG code is discussed in 
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Gamble et al. (2001). In the modified TRACG code the mass and energy deposited by the jet 

in a cell is modeled with a “source” while entrained liquid from a cell is modeled as a “sink” 

(Gamble et al., 2001). Good general agreement with the test data is reported by Gamble et al., 

(2001). However, proposed computational model has quite high degree of freedom in 

selection of parameters and configurations of “sinks” and “sources”. That may affect 

predictive capabilities of the model in cases when experimental data is not available for 

calibration of the model. 

 

Results of experiments in a scaled-down SP designed to study condensation and mixing 

phenomena for a LOCA event in a SBWR design are reported by Norman and Revankar 

(2010a). Analysis of the experiments performed with the TRACE code (Norman and 

Revankar, 2010b) indicated that the code is deficient in predicting thermal stratification. 

 

GOTHIC code was used by Li and Kudinov (2008) to simulate thermal stratification 

development and cooling of stratified pool under the test conditions of STB-20 POOLEX 

experiment. Injected steam was completely condensed inside the blowdown tube in the STB-

20 test. It was proposed to simulate the effect of steam injection by an equivalent heat source 

uniformly distributed over the surface of the blowdown pipe. It was demonstrated that 

GOTHIC code is capable in predicting development of thermal stratification and cooling of 

the pool, and also it is a computationally efficient tool to study hundreds of thousands seconds 

long transients (Li and Kudinov, 2008). 

 

Sate of the art in research on condensation and mixing in the pool is summarized below: 

I. The influence of steam injection and condensation regimes on stratification and mixing 

has not been addressed systematically, although experimental databases on condensation, 

mixing and stratification are quite representative for each of the separate effects.  

II. Existing simulation tools have considerable limitations in predicting transient scenarios of 

the SP operation and in resolving feedbacks between the SP and other plant containment 

systems: 

a. Lumped-parameter scaling models are not capable to describe dynamical 

characteristics (e.g. time scales of mixing) of thermal stratification and mixing in 

different scenarios (e.g. SP mixing systems switched on/off for a short time, 

momentum inertia, history effects in the pool mixing/stratification, etc.). 

b. General purpose 1D thermal-hydraulic codes (such as TRACE and RELAP) were not 

designed for predicting stratification. It is possible to introduce modification in such 

codes (e.g. Gamble et al., 2001) to achieve stratification and mixing in simulations, 

however such modifications are often design specific and may require calibration to 

match experimental results for each particular case. BMIX++ 1D code was designed to 

predict thermal stratification in large enclosures, but it doesn’t have a model for 

predicting effect of steam condensation phenomena. 

c. Higher fidelity CFD (RANS, LES) methods are not practical due to excessive 

computing power needed to calculate transient 3D high-Rayleigh-number flows in real 

geometry of a BWR containment. 

d. Well validated model for DCC is not available yet in CFD codes. Accuracy of CFD 

model prediction is contingent upon the accuracy of a lumped parameter model which 

has to provide boundary conditions (temperature, mass and momentum source) to 

simulate the effect of condensing steam jet. Such models have not been developed yet 

for the condensation oscillations and chugging regimes. 

 

The objective of the present research is to develop reasonably-accurate and computationally 

affordable simulations methods for predicting of thermal stratification and mixing transients 

in the SP. Toward this objective, we employ a general-purpose thermal-hydraulic code 

GOTHIC, using its distributed-parameter CFD-like option as a computational vehicle. 

Specifically, in the present work we discuss implementation of the “Effective Heat Source” 

(EHS) and the “Effective Momentum Source” (EMS) approaches to prediction of 
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stratification and mixing in the SP. The POOLEX experimental data (Laine and Puustinen, 

2006) is used for validation. We demonstrate that stratification and mixing are not predicted 

correctly if direct injection of steam into the pool is modeled with GOTHIC standard models. 

Validation of the EHS and the EMS models confirms (i) reasonably good accuracy of the 

EHS model in predicting of stratification development in a large scale pool; (ii) feasibility of 

the EMS approach for predicting of characteristic time scales for mixing in the pool. 

 

 

2. DISCUSSION OF RESULTS 
 

The data from the POOLEX tests STB-20 and STB-21 is used for validation in this work. The 

POOLEX water tank is 5 m height and 2.4 m in diameter. Vertical blow down pipe 200 mm 

in diameter with the outlet directed downwards is submerged by 1.81 m into the water pool. 

Three vertical trains of thermocouples are installed in the pool for measuring of temperature 

distribution. More detailed description of the facility and test data is available in Laine and 

Puustinen, (2006). 

 

                      
a) small flow rate of steam                           b) large flow rate of steam 

Fig. 1: Two characteristic flow regimes of steam injection into a subcooled water pool 

 

Fig. 1 depicts two different characteristic regimes of steam injection into a pool of subcooled 

water which are considered in the present work. In the first case (Fig. 1a) steam is completely 

condensed inside the blowdown pipe and only a hot condensate flows out of the pipe (as in 

the STB-20 test). Momentum provoked in such regime is normally too small to mix the pool 

volume, while heat source is sufficient to develop thermal stratification. Second regime (Fig. 

1b) is characterized by considerable amount of steam (or non-condensable gases) flowing out 

of the blow down pipe. In this case significant momentum injected in the pool can cause 

mixing of stratified layers as it was observed in the STB-21 test by Laine and Puustinen 

(2006). 

 

2.1 Effective Heat Source (EHS) Approach to Simulating of Stratification Development 

at Small Rate of Steam Injection 

 

For predicting of thermal stratification development at small steam flow rate the EHS 

(Effective Heat Source) has been proposed by Li and Kudinov (2008). According to the 

experimental observations from the POOLEX STB-20 test, it is assumed that steam is 

condensed completely inside the blowdown tube. In this case the effect of the steam injection 

is taken into account by introducing a heat flux (effective heat source) which is distributed 

uniformly over the surface of the blowdown pipe and is equal to the total heat released by 

completely condensed steam. The heat source causes development of thermal stratification in 
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the pool. In the EHS approach it is further assumed that momentum introduced in the pool by 

the condensate flowing out of the pipe outlet is negligible.  

 

The first step in the validation of the EHS model is to demonstrate that average temperature in 

the pool can be accurately predicted by GOTHIC. This implies that heat losses at the free 

surface of the pool and through the walls of the tank are calculated correctly. This is 

important step, considering that POOLEX tank is open to atmosphere of the lab and the walls 

of the tank are not isolated. 

 

            
                           a)                                                                      b)  

Fig. 2: GOTHIC simulations: a) mesh with liquid and gas space; b) comparison of 

experimental and predicted averaged liquid temperature in STB-20  

 

Water level in the tank can increase considerably due to steam injection in a long transient. In 

this case, liquid free surface has to be explicitly modeled in the simulation. That can 

significantly increase computational time. In the previous work (Li and Kudinov, 2008) 

changes of water inventory were neglected in analysis of the POOLEX STB-20 experiment. 

In present work two GOTHIC models were developed and applied. In the first model only 

part of the tank volume filled with liquid is considered in simulations to reduce computational 

expenses. Heat loss on the pool free surface is simulated by time dependent heat flux (Li and 

Kudinov, 2008). In the second model the gas space of the tank is also considered in 

simulations. Water pool geometry is modeled as 2D axisymmetric in both cases. The coarsest 

grid used in analysis has in vertical direction 29 cells in liquid part, 1 cell with liquid-gas 

interface and 4 cells in gas space, and in horizontal direction 12 cells. Mesh cell size is 

0.1m×0.1m in liquid part, 0.5m×0.1m for the cell with interface, and 0.4m×0.1m in the gas 

space of the tank (Fig. 2a). Heat conduction through the blowdown pipe wall and through the 

tank walls is modeled with the GOTHIC models for thermal conductors. A large size lumped 

volume connected to a pressure boundary conditions simulates atmosphere of the lab. A 3D 

connector is used in the open tank to model flow and heat transfer between the lab and the 

pool. 

 

Results presented in Fig. 2b suggest that GOTHIC can predict heat losses from the open tank 

and thus averaged liquid temperature in the POOLEX experiments. Average temperature 

predicted by GOTHIC in the models with and without gas space is practically identical. 

 
Temperature distribution in the tank (Fig. 3) shows the process of thermal stratification 

development. As can be seen in Fig. 3a, a buoyant raising boundary layer is formed along 

heated pipe surface. Hot water flows up and spreads along the free surface of the pool. 
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Fig. 4 shows good agreement between experimental data for time dependent vertical 

temperature distribution in the STB-20 and results predicted by the GOTHIC with EHS model 

with and without considering the gas space in the tank. Temperature of the very top layer of 

the pool is slightly overestimated (Fig. 4) in both cases during first 5000 seconds of the 

transient which can be attributed to underestimation of the momentum by the EHS model. 

 

 
                a)                               b)                               c) 

Fig. 3: Temperature distribution in the tank during heating phase predicted with grid 24x59: 

a) t= 500 s; b) t=5000 s; c) t=14600 s 

 

 
Fig. 4: Temperature history in simulation with heat source and with/without free surface 

 
Results of the grid convergence study are presented in Fig. 5. The first GOTHIC input model 

which is considering water filled space only is used to reduce computational time. Effect of 

grid refinement on improvement of the numerical solution quality can be seen in Fig. 5, 

especially in the layer below the pipe outlet. One can see that results obtained on the grids 

48x236 and 48x118 are very close to each other. Over-prediction by several degrees of the 

water temperature above 1.6 m and respectively under-prediction of water temperature below 

1.6 m can be because of underestimated mixing in the pool when momentum induced by 

steam injection is neglected. 

 
Simulations with EHS approach were also performed with CFD code Fluent. Standard k-ε 

turbulence model was used in the simulations. Results presented in Fig. 5a shows that Fluent 

also can predict well development thermal stratification. However, GOTHIC is preferred for 

containment applications because it has quite developed set of well validated build-in 
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physical models for two phase flow phenomena and different engineering components such as 

valves, pumps, heat conductors, etc. 

 

 

  
                                     a)                                                                     b) 

 
c) 

Fig. 5: Vertical temperature distribution with different grid resolutions at time: 

a) t=14600 s b) t=30000 s c) t=100000 s 

 

 
Data about computational efficiency of the GOTHIC code in simulation of thermal 

stratification development is presented in Table 1.  

 

 

Table 1: Computational efficiency 

Code GOTHIC 

Computer 
Pentium IV,  

2.8 GHz 

Physical time 187,600 s (~52 hrs) 

Mesh cells 48*118 48*236 

Computational time 7 days 15 days 

Physical/Computational 
time ratio 

0.31 0.144 
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2.2 Simulation of Direct Steam Injection into the Pool in the STB-20 Test 

 

In this work we also present results of simulation of STB-20 test with direct steam injection 

modeled in GOTHIC. Specifically, a flow boundary condition was connected to the 

blowdown pipe supplying transient steam injection with characteristics (pressure, temperature, 

flow) which were measured in the test. Blowdown pipe was modeled by a lumped volume. 

Another flow path connects blowdown pipe volume with the pool. 

 
As can be seen from comparison of data presented in Fig. 6 and in Fig. 4, results obtained 

with modeling of direct steam injection into the pool are qualitatively wrong. The pool 

volume is predicted to be well mixed starting from the beginning of steam injection (Fig. 6). 

Beginning of thermal stratification development is observed at about 3000 seconds (Fig. 6). 

Maximum temperature difference in the pool is predicted to be about 15ºC, while 

experimentally measured temperature difference is 35ºC (Fig. 4). Comparison of 

instantaneous velocity fields and total liquid momentum plotted in Fig. 7 indicates that 

mixing predicted with direct steam injection (Fig. 6) is caused by strong circulation in the 

pool. Maximum liquid velocity obtained with EHS approach (0.077 m/s in Fig. 7a) is much 

smaller than that predicted with direct steam injection into the pool (0.35 m/s in Fig. 7b). 

Total momentum predicted with EHS is 10 times smaller than that in case of direct steam 

injection (Fig. 7c). Possible reasons for the overestimation of momentum induced in the water 

pool could be explained in Fig. 8. As can be seen in Fig. 8, GOTHIC predicts that steam is 

not completely condensed inside the pipe and that there are strong oscillations of steam-water 

flow inside the pipe. Both buoyant plum of steam bubbles and flow oscillation are 

considerable sources of momentum in the pool. As steam injection flow rate decreases 

(according to the test conditions Laine and Puustinen, 2006), predicted flow of steam leaking 

out of the pipe also decreases (Fig. 8a). Although some flow oscillations are still observed 

after 3000 seconds, the induced momentum (Fig. 7c) is insufficient to provide complete 

mixing in the pool (Fig. 6). 

 

 
Fig. 6: Simulation of STB-20 test with direct steam injection. Temperature history at different 

elevations in the pool 

 

Analysis of presented results suggest that (i) EHS approach enables sufficiently accurate 

prediction of thermal stratification development in a large scale pool at small flow rate of 

steam injection; (ii) to predict accurately mixing in a pool at higher steam flow rate, GOTHIC 

requires a model which can provide correct momentum source induced by the steam injection. 

Simulation of direct steam injection into the pool with models currently available in GOTHIC 

doesn’t provide correct momentum source which leads to artificial mixing in the pool. 
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                     a)                                     b)                                             c) 

Fig. 7: Simulations of the STB-20 test. Velocity field at 2000 seconds:  

a) modeling with EHS; b) modeling of direct steam injection; c) total momentum 

 

  
                                    a)                                                                 b) 

Fig. 8: Volumetric rate of a) vapor b) liquid 

 

2.3 Feasibility Study of the Effective Momentum Source (EMS) Approach 

 

The Effective Momentum Source (EMS) approach follows main ideas proposed initially by 

Austin and Baisley (1992) and further developed by Kang and Song, (2008). The EMS 

requires a closure model which can predict effective source of momentum induced by steam 

injection and then take into account this source of momentum in GOTHIC simulations. As a 

first step towards development of the EMS approach we perform a feasibility study in this 

work. Specifically we address the question if thermal-hydraulics of mixing in the pool can be 

predicted with GOTHIC if effective source of momentum is provided. The data on mixing of 

initially stratified pool in the POOLEX experiment STB-21 (Laine and Puustinen, 2006) is 

used for the feasibility study. Stratification in the pool was developed at low steam flow rate 

during first stage of the STB-21 test (4000 sec). Then rapid increase of the steam flow rate 

was provided for about 600 seconds. As a result the pool was mixed and all thermocouples 

installed at different elevations indicated uniform temperature distribution in the pool (Fig. 9). 

 

We define characteristic time scale of mixing Δtmix as the interval of time starting from the 

beginning of the increased steam flow rate till the moment when temperature is distributed 
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uniformly in the pool (see Fig. 9). The objective of the feasibility study is to demonstrate if 

GOTHIC can predict Δtmix with reasonable accuracy. It worth mentioning that mixing in 

different layers of the pool occurs at different rates. In Fig. 9 one can see that mixing rate is 

higher in the bottom layer of the pool, which is located below the pipe outlet (thermocouples 

T101-T106, Laine and Puustinen, 2006). The topmost layer with hottest temperature (T114) is 

mixed last. Generally speaking this means that one can introduce a mixing time scale for each 

layer of the pool. 

 

 
Fig. 9: History of vertical temperature distribution in STB-21 (Laine and Puustinen, 2006) 

 
To provide effective momentum in the GOTHIC model a pump element is installed in the 

junction between two adjacent control volumes right under the pipe outlet. For the effective 

momentum source, both value of momentum and its direction are to be specified.  

 

Two cases with vertical upward and downward direction of the effective momentum are 

studied in this work. Fig. 10 shows results of the simulations of mixing in different layers. 

Apparently downward direction of the effective momentum (Fig. 10b) provides better 

qualitative agreement with the experimental results because mixing starts in the bottom layers 

and propagates gradually to upper layers as it was observed in the STB-21 test (Fig. 9).  

 

  
                                             a)                                                                               b) 

Fig. 10: Results of mixing prediction in STB-21 with EMS:  

a) upward direction of effective momentum; b) downward direction of effective momentum 

 

Two time scales of mixing in the layers below and above the pipe outlet respectively are 

introduced for quantitative comparison between experimental and simulation data. In Fig. 11 

mixt
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the mixing time scales predicted by GOTHIC for upper and lower layers of the pool are 

presented as a function of the momentum rate provided by the pump. Results obtained with 

upward and downward direction of effective momentum are presented in Fig. 11a and Fig. 

11b respectively. Experimentally observed in the STB-21 test (two horizontal lines) time 

scales are also shown in the figures for comparison. As can be seen in Fig. 11, the mixing 

time scale increases rapidly if the pump momentum rate is smaller than some threshold value. 

If downward direction of the effective momentum is used then time scale for mixing of the 

bottom layers is smaller than that for the upper layers. Analysis of the results indicates that 

the best agreement with the experimental data for the mixing time scales can be achieved in 

case of the downward direction of effective momentum with momentum rate about 0.055 

m4/s2 (Fig. 11b). In this case both time scales of mixing in the top layer and in the bottom 

layer can be simultaneously reproduced in the GOTHIC simulation. 
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a)                                                              b) 

Fig. 11: Calculated mixing time scales in different layers as functions of the momentum rate:  

a) upward direction of the effective momentum; b) downward direction of the effective 

momentum 

 

3 SUMMARY AND OUTLOOK 
 

Development and validation of reasonably-accurate and computationally affordable 

simulation tool for predicting thermal stratification and mixing transients in the prototypic SP 

are objectives of the present research work. A general-purpose thermal-hydraulic code 

GOTHIC is used as a simulation platform for implementation and validation of the “Effective 

Heat Source” (EHS) and the “Effective Momentum Source” (EMS) approaches. The 

POOLEX tests STB-20 and STB-21 data is used for validation. Validation of the EHS and the 

EMS models indicates (i) reasonably good accuracy of the EHS model in predicting of 

temporal evolution of stratification in a large scale water pool at low steam flux conditions; 

and (ii) feasibility of the EMS approach to predicting of characteristic time scales of mixing 

in the pool. Further development of the EMS approach requires adequate closure models for 

prediction of effective momentum in different flow regimes of steam injection into a 

subcooled pool.  
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Abstract 
 

The present paper discusses an approach to reduction of uncertainty in prediction of transient 
thermal loads imposed on the boiling water reactor (BWR) lower head vessel wall during a severe 
accident. The approach is built on synergistic use of computational fluid dynamics (CFD), experimental 
data and the effective convectivity model (ECM) which has been developed for simulation of melt pool 
heat transfer. 

The paper focuses on synergistic use of detailed CFD numerical “experiments”, experimental and 
ECM data to identify and quantify sources of epistemic uncertainty due to modeling assumptions in the 
ECM. Specifically, heat transfer correlations that underlie the ECM, obtained as surface-averaged (even 
though implemented as spatially distributed) and derived from experiments conducted at different 
geometries and using fluids that are not reactor prototypical (molten corium) are examined. Previous CFD 
simulations have revealed so-called low fluid Prandtl number effect on local peaking of the pool’s 
downward heat flux for corium as working fluid. Detailed data obtained by the CFD method are 
implemented in the Phase-change ECM (PECM) models to examine the integral heat transfer effect on the 
vessel wall. The PECM is also employed to assess the influence of the experimental error uncertainty 
related to the downward heat transfer correlation. PECM simulation results show that the modeling 
uncertainty is significant factor in prediction of the integral heat transfer effects. The proposed approach 
offers an effective strategy for uncertainty reduction with minimal available resources. 

1. INTRODUCTION 

During the last years, one of the important research topics in the division of Nuclear Power Safety, 
KTH is to study the possibility of using the control rod guide tube (CRGT) purge flow as a severe accident 
management (SAM) measure for Swedish boiling water reactors (BWRs). Namely CRGTs cooled by the 
purge flow may help to remove effectively the decay heat from the corium melt relocated in the lower 
plenum and thus delay or even prevent vessel failure (Tran and Dinh, 2008) leading in the last case to in-
vessel melt retention. Reliable and computationally efficient prediction of transient melt pool formation 
and thermal loads on the vessel is necessary for evaluation of the CRGT cooling efficiency and for 
determination of vessel failure modes (Rempe et al., 1993). Timing of the vessel failure and melt 
discharge characteristics is of paramount importance for the ex-vessel melt risk quantification in the 
Swedish BWR with a deep water-filled reactor cavity (Kudinov et al., 2008). 

Melt pool heat transfer simulations can be performed using the CFD methods, and lumped-
parameter models implemented in system codes such as RELAP/SCDAP (RELAP/SCDAP-3D, 2003), 
MELCOR (Gauntt et al., 2005). The high-resolution computational fluid dynamics (CFD) method is a 
uniquely tool capable to gain the insights into flow physics and to reveal and examine local fluid flow and 
heat transfer effects. However, the CFD method is computationally expensive and thus not feasible in 
many cases for direct application to solution of nuclear reactor safety problems, such as severe accident 
analysis. In contrast, simplified models which are more suitable for analysis of long transient processes 
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often lack the capability to resolve important details, including local heat transfer effects. For example 
severe accident analysis codes such as RELAP/SCDAP, MELCOR, MAAP (MAAP4, 1999) are not 
capable to predict detailed mechanics of vessel failure modes due to limitations of lumped-parameter 
models for describing natural convection heat transfer of a melt pool. 

Aiming at the development, validation and application of computationally efficient and sufficiently 
accurate tools for prediction of core melt pool heat transfer in a BWR lower head, a “five steps” approach 
has been proposed recently (Tran et al., 2010). The general framework is presented in Fig. 1 where the 
CFD method is an important tool for understanding flow physics, especially the local heat transfer effects, 
and generation of data for validation purpose. 
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Fig. 1: A framework for development, validation and application of analysis methods for core melt pool 
heat transfer in a BWR lower head (Tran et al., 2010). 

The effective convectivity model (ECM) and Phase-change ECM (PECM) have been developed for 
simulation of turbulent melt pool heat transfer in a BWR lower plenum (Tran and Dinh, 2009a, 2009b). 
Computational efficiency of the ECM/PECM methods is achieved by eliminating necessity of solving the 
full system of Navier-Stokes equations for predicting convective heat transfer. Instead the ECM is solving 
heat conduction equations with a source term which represents the effect of melt convection on the pool 
three-dimensional energy splitting. The accuracy of the ECM models is maintained by the use of the 
experimental heat transfer correlations which capture the effects of turbulent natural convection in a 
volumetrically heated liquid pool, while retaining a capability of the ECM to represent local heat transfer 
effects. Specifically the ECM and PECM use the directional characteristic velocities employing the 
Steinberner-Reineke correlations (Steinberner and Reineke, 1978) to represent turbulent heat fluxes 
upwards, sideward and downwards from an internally heated volume to its cooled boundaries. 

Validated CFD tools are exploited in the development of the ECM for two purposes. First is to 
translate experimental information and correlation obtained in the tests with reduced scale, non-prototypic 
geometry and melt properties to the conditions of heat transfer in real geometry of BWR lower plenum. 
Second is to provide data for validation of the ECM, when applying to BWR specific geometry and melt 
properties. Insights and data obtained from the CFD simulations are used to modify ECM correlations 
(closures) in order to account for non-uniform spatial distribution of heat flux in a complex geometry of 
the lower head. Thus information about the effect of micro-scale turbulent heat transfer phenomena 
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resolved in the CFD is implemented in the macro-scale ECM model through the modified closures. 
Fortunately the physics of the systems allows us to use pre-calculated closures and no two-ways coupling 
with feedback between micro-scale turbulent fields (resolved by CFD) and macro-scale (resolved by 
ECM) heat transfer characteristics is not necessary. 

To take all the advantages of a commercial CFD code solver and its pre- and post processing tools, 
the ECM is implemented in the Fluent (Fluent, 2006). However, the effective models like ECM/PECM 
can be implemented and used with any other computational engines, including the advanced system codes 
that have 3D meshing and parabolic heat equation solver. 

The ECM enables calculations of complex heat transfer phenomena during long transients thanks to 
its unique combination of computational efficiency and reasonable accuracy. Parametric studies based on 
serial simulations using higher-fidelity methods, such as CFD are not practical due to excessive 
computational costs. Predictive capability of the ECM and PECM has been validated against a large 
number of experimental and CFD generated data (Tran et al., 2010). The validation matrix covers a wide 
spectrum of physical phenomena involved in melt pool heat transfer: transient heat transfer including 
transient cooldown; turbulent natural convection; stratification; boundary layer development; flow 
impingement; phase change and crust formation. A wide range of Rayleigh number including reactor 
prototypic conditions and different fluids (Prandtl number) are considered in the validation including 
corium melt behavior predicted by high resolution, validated CFD method. 

In the present work we address the uncertainty in ECM/PECM prediction of heat transfer 
characteristics in prototypical accident conditions. General approach to the uncertainty/sensitivity analysis 
in nuclear power safety is based on the code scaling, applicability and uncertainty (CSAU) evaluation 
methodology (Boyack et al., 1990; Wilson et al., 1990; Wulff et al., 1990), and the best practice guidelines 
proposed in NEA/CSNI/R(2007)5 report (Mahaffy et al., 2007). Followed the methodology proposed in 
the CSAU, a number of methods for uncertainty quantification have been developed, see IAEA Safety 
Reports Series 52 (D’Auria et al., 2008), among them the GRS (Glaeser, 2008), ENUSA, IPSN (D’Auria, 
2006), CIAU (D’Auria, 2004) methods are widely used for uncertainty analysis of general thermal-
hydraulic system codes (e.g. RELAP/SCDAP, CATHARE). 

Generally, uncertainties can be classified into two types, the aleatory uncertainty which is stochastic 
and epistemic uncertainty which is due to imperfect knowledge. The epistemic uncertainty is quantifiable 
in relation with state-of-knowledge and can be reduced through enhancement of state of relevant 
knowledge (Theofanous, 1996; Yamaguchi et al., 2009). Aleatory uncertainties are of stochastic nature 
and thus cannot be reduced by increasing knowledge about phenomena. Non-reducible aleatory 
uncertainties can be a component of scenario uncertainty or modeling uncertainty, e.g. experimental errors 
in correlations. Quantification of the aleatory uncertainty requires systematic parametric studies and thus 
high computational efficiency of the models. Epistemic uncertainties in ECM/PECM modeling can be 
reduced if higher-fidelity models can be applied to understand better the underlying physical phenomena. 
Thorough comparative analysis of numerous sources of uncertainty in the in-vessel accident progression is 
beyond the scope of the present paper. The present study is concerned with three sources of uncertainty. 
First, the properties of molten core materials which are dependent on the extent and timing of core melting 
and relocation to the reactor lower plenum define heat exchange between the pool and the vessel wall. 
These properties define so called low Prandtl number effect which changes the local heat transfer 
characteristics (Nourgaliev et al., 1997; Tran et al., 2010). Second, amount of melt mass relocated in the 
lower plenum also depends on scenario of core damage and defines the melt pool depth and resulting 
thermal loads on the vessel wall (scaling effects). The third is experimental errors uncertainty which is 
present in the correlations employed in ECM/PECM model. 

These three sources of uncertainty are considered to demonstrate application of the developed 
approach. We discuss results of CFD simulations which address uncertainties associated with scaling 
effects and corium melt Pr number. Then we present results of PECM sensitivity to experimental errors 
accounted in the correlations and results of simulations with improved models which take into account 
low Pr number effect. The proposed approach is supplementary part to the general approach to numerical 
simulations and analysis of severe accidents in a BWR lower head (Fig. 1). 
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The structure of the paper is as follows. In Section 2, the schematic diagram of the approach to 
uncertainty reduction is described. Section 3 focuses on using of the CFD method for sensitivity analysis 
and model uncertainty quantification, the main results of the CFD study and insights into flow physics are 
presented. Section 4 is concerned with model improvement based on the detailed local heat transfer effects 
obtained by the CFD method. Integral heat transfer effects are quantified with improved PECM 
simulations of melt pool formation and development heat transfer in a BWR lower head. The influence of 
the experimental errors on the integral heat transfer effect is also examined using the PECM. Section 5 
summarizes the key findings and messages of the paper. 

2. SYNERGISTIC USE OF CFD, EXPERIMENTS AND PECM FOR REDUCTION OF 
UNCERTAINTY 

This section describes the approach where the high-fidelity CFD methods and experimental data are 
used to reduce epistemic uncertainty in the ECM/PECM modeling of heat transfer in the BWR lower 
plenum during accident progression. Then it is demonstrated how high computational efficiency of the 
ECM/PECM enables us to address aleatory uncertainty in the accident scenario. 

The CFD methods are indispensable for investigating complex flow physics, can be used to perform 
“numerical experiments” and obtain useful data which could not be acquired experimentally. However, 
high-fidelity CFD simulations are very expensive, thus not directly applicable to simulation of long 
transients in nuclear reactor accidents. Meanwhile the accident analysis models (e.g. correlation-based 
methods) which are more efficient are not capable for revealing local heat transfer effects. 

In this paper, an approach to effective use of the CFD method, experiments and the ECM/PECM is 
developed, aiming at reduction of uncertainty in BWR safety analyses (Fig. 2). The approach is based on 
synergistic leveraging on the inherent advantages of both the CFD methods and the accident analysis 
methods. 

The approach focuses on Step V of the previously proposed method (Fig. 1), namely reduction of 
uncertainty in thermal load prediction using the ECM/PECM. In the first stage, sources of uncertainty are 
identified, divided into modeling uncertainty and scenario uncertainty, and ranked according to their 
significance and cost of reduction (as epistemic uncertainty) or quantification (as aleatory uncertainty). 
Decision on whether to treat particular source of uncertainty as epistemic or aleatory is conditional upon 
the available resources and task at hands. 

For instance, the important parameters which govern melt pool heat transfer (the task at hands) are 
melt properties and melt pool’s scales. Particular scenario of core degradation defines both melt amount 
and composition in deterministic way. Thus uncertainty in core degradation scenario can be considered as 
epistemic, which would imply then significant investment of resources into reduction of such 
phenomenological uncertainties as core melt heatup, oxidation, progression and relocation to the lower 
plenum, boiling heat transfer in porous media, melt chemical interaction, vessel penetrations failure etc. 
However, the influence of melt amount and composition can be quantified at much less cost if these 
parameters are considered as aleatory parameters. Therefore we put detailed analysis of core degradation 
phenomena beyond the scope of the paper and use outcomes of these phenomenological processes (melt 
amount and properties) as uncertain aleatory parameters. 

Another source of modeling uncertainty considered in this work is experimental correlations which 
are used for modeling of natural convection heat transfer in the ECM/PECM. The uncertainty in 
prediction of integral heat transfer effect (i.e. the predicted thermal loads) can be significant if the 
experimental error uncertainty in the correlations is large. It is obviously not feasible to redo all 
experiments trying to reduce uncertainty in the correlations. Instead we use parametric study to assess and 
quantify sensitivity of integral thermal loads to the uncertainties in the correlations. Thus we treat this 
component in ECM/PECM modeling uncertainty as aleatory (quantifiable, but not reducible). 

The local heat transfer effects can be in principle affected by the scenario parameters, namely melt 
property, i.e. the corium melt Pr number, and pool scales (see Fig. 2). In the present work we consider the 
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uncertainty in local heat transfer phenomena as reducible at affordable price and therefore we decide to 
treat it as epistemic uncertainty in modeling. 

 
 

 
 
 

 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 

Fig. 2: Schematic diagram of the uncertainty reduction approach applied in prediction of transient thermal 
loads on BWR lower head vessel wall. 

At the second stage (Fig. 2), the CFD method is employed to perform sensitivity analysis with the 
melt property parameter and melt pool depth ranges of interest. Thus the reliable CFD method is used for 
quantification of epistemic uncertainty in local heat transfer modeling. The model bounds are identified 
and quantified. The gained insights are used for improvement of the ECM. 

In the next stage, the modified ECM/PECM tools are used for quantification of the influence of (i) 
experimental error uncertainty on the integral heat transfer effects, and (ii) local heat transfer effect 
uncertainty (due to the Pr number effect and scale effect). The ECM and PECM are the tools which allow 
us to study the influence of local heat transfer effect on the resulting integral thermal loading due to melt 
pool heat transfer. 

Finally, the last block of the diagram presents application of the improved ECM/PECM, the 
uncertainty in thermal load prediction for BWR lower head is quantified. The proposed approach presents 
a synergetic use of the CFD method, in combination with the other tools to offer an effective way to 
reduce uncertainty in severe accident analysis. 

3. SENSITIVITY ANALYSIS USING CFD METHOD 

In the present work, the selected CFD method is the implicit large eddy simulation (ILES) 
(Margolin et al., 2006). The ILES method employs high resolution grids especially in the near wall 
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regions to effectively provide large eddy simulations without sub-grid scale (SGS) models. The ILES 
method was validated against various experiments (Tran et al., 2010). 

Considering a melt pool in the BWR lower plenum in the presence of CRGT cooling, it is seen that 
the BWR lower plenum can be divided into unit volumes. A unit volume is a rectangular cavity filled with 
corium melt, containing a CRGT and cooled at the top and bottom boundaries and on the CRGT surfaces 
(Fig. 3). It is assumed that the flow pattern and heat transfer in the unit volume are representative for the 
whole lower plenum. The boundary conditions applied for a unit volume are as follows. The top, bottom 
and CRGT walls are isothermal (corium melt liquidus temperature of 2770K is applied). On the vertical 
side surfaces of the unit volume symmetric adiabatic conditions are applied. Simulation start with uniform 
distribution of initial temperature which is liquidus temperature of the corium melt. All obtained ILES 
solutions are grid-dependent with about a million of computational cells. 

The CFD ILES simulations in unit volumes revealed the local heat transfer effect which is 
attributed for corium melt (Tran et al., 2010), and is called low Prandtl number effect (Nourgaliev et al, 
1997). That is, the downward heat flux from a melt pool to the vessel wall is locally enhanced, in the 
vicinity of CRGT which is cooled by water flow from the inside. The enhanced heat flux is significant, 
about 5-7 times higher than that of the peripheral areas where the heat flux is consistent with semi-
empirical (analytical) model (Fig. 4). The analytical model is based on the heat transfer coefficients along 
the cooled boundaries (Steinberner-Reineke correlations) and the unit volume geometry (Tran and Dinh, 
2009a). This effect is related to boundary layer flow development along the cooled CRGT and flow 
impingement on the bottom wall. 
 

 

Fig. 3: Unit volume geometry and grid resolution along the cooled boundaries. 

During the process of melt pool formation, the depth of melt pool can be increased as it depends on 
the mass of the relocated melt. Furthermore, in a debris bed, melt pools are formed gradually, further 
development of melt pools results in increasing of melt pool depth. It is therefore important to quantify the 
low Pr number effect on the downward heat flux for different pool’s depths. CFD simulations performed 
for three different values of the pool depth (0.3 m; 0.4 m and 0.6 m) show that the enhancement of the 
downward heat flux is less sensitive to the pool depth, and consequently to internal Rayleigh number (Fig. 
5). Therefore, this scaling effect will not be taken into account in the local downward heat transfer 
coefficient model for improvement of the ECM/PECM. 
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Fig. 4: Downward heat flux profiles predicted for three different fluid Pr numbers (Tran et al., 2010). 
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Fig. 5: CFD predicted downward heat flux profiles for different melt pool depths (different internal 
Rayleigh numbers). 

Prandtl number is the control parameter in the heat flux enhancement phenomenon. Clearly, 
dependent on the accident scenario, the homogeneous corium melt may have different fraction of metallic 
components. As a consequence, the corium Pr number is changed, largely is due to different thermal 
conductivities of the metallic components and oxidic melt. Thermal conductivity of the corium melt can 
be calculated as follows: 
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Where k cm is the homogeneous corium melt conductivity; f i
ox and k i

ox are the mass fraction and 
conductivity of oxidic i-component; f j

ml and k j
ml are the mass fraction and conductivity of metallic j-

component. The value of the corium Pr number depends on fraction of metallic components. The 
calculation based on data of a reference ABB-Atom BWR design shows that the corium Pr number may 
vary from the lowest value of 0.1 to the highest value of 0.6. To quantify the low Pr number effect with 
different Pr values, CFD simulations are performed for three different Pr number in the range of interest 
(Pr = 0.12; 0.28 and 0.56). Respective values of melt viscosity and thermal conductivity are: for Pr = 
0.56, µ=0.0046 [Pa·s] and k=3.95 [W·K−1·m−1]; for Pr = 0.12, µ=0.003 [Pa·s] and k=12 [W·K−1·m−1]. 

Three profiles of the downward heat flux obtained from CFD simulations for a unit volume of 0.4m 
height are presented in Fig. 6. It can be seen, the local peaked heat flux is lower for the lower bounding 
value of Prandtl number, however the area where heat flux enhancement is observed continues to grow 
when Pr decreases (Fig. 4, Fig. 6). In the vicinity of the CRGT, the peaked heat flux is about 7 times 
higher than that in the peripheral area for Pr = 0.56, while for Pr = 0.12, the peaked heat flux is about 5 
times higher than that in the peripheral area. Note that the heat flux value in the peripheral area (about 13 
KW/m2) remains unchanged and consistent with that of the analytical model. 
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Fig. 6: Downward heat flux profiles for different melt property (different fluid Prandtl numbers). 

Apparently the phenomenon of non-monotone influence of Pr number on the peaking value of 
downward heat flux (Fig. 4; Fig. 6) is a result of non-linear interplay between different factors. On the one 
hand, when Pr number is decreasing due to increasing melt thermal conductivity and decreasing viscosity 
a thicker and higher velocity boundary layer of gravity driven descending flow is formed along the CRGT 
(Fig. 7a). The thickness of thermal boundary layer grows by 50% when Pr decreases from 0.56 to 0.12 
(Fig. 7b) suggesting that contributions of turbulence and thermal conduction to the total heat transfer are 
comparable. The descending flow of cold melt also entrains hot liquid from the ambient pool (Fig. 7a, b). 
When the descending flow impinges on the bottom wall, it leads to intensification of the convective heat 
transfer in the vicinity of the vertical surface of cooled CRGT (see Fig. 8). Higher inertia of the downward 
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flow in case of Pr=0.12 leads to increase of the area where intensification of the convective heat flux is 
observed. On the other hand, in the stably stratified bottom layer, temperature of the entrained (bulk) 
liquid is reduced mostly because of the conduction, which is known as “alpha phenomenon” (Nourgaliev 
et al., 1997), melt superheat and thus difference between ambient and wall temperature decreases (Fig. 7a, 
b; Fig. 9) when Pr decreases. More detailed study of local flow and heat transfer conditions in the vicinity 
of flow impingement on the bottom wall is necessary to reach better understanding of these nonlinear 
phenomena. 
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Fig. 7: CFD simulation, profiles: a) Velocity magnitude at the middle horizontal plane of unit volume 
(vertical component of velocity); b) CRGT-wall normal temperature profiles at different elevations. TWALL 

is wall temperature. 
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Fig. 8: CFD simulation: Fluid velocity magnitude radial distribution above the bottom surface (average 
values at elevations of 1mm and 2 mm above the bottom wall). 
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Fig. 9: CFD simulation: Bulk fluid temperature distribution along vertical direction (Pr = 0.56 and Pr = 
0.12). 

Fig. 8 shows the fluid velocity magnitude above the cooled bottom surface. It can be seen that in the 
case of Pr = 0.12, the fluid is moving faster, over a broader area on the bottom surface, due to higher flow 
rate and inertia of the downward impinging flow. Therefore, the lower peaked value and broader area of 
the enhanced downward heat flux in the case of Pr = 0.12 is a result of a less amount, and a larger 
spreading area of the entrained hot liquid accumulated in the unit volume lower region. 
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To demonstrate the synergy of methods presented in the approach, in the next section, the PECM 
tool is employed to examine the influence of the local heat transfer effects revealed by CFD method, on 
the integral heat transfer effect, i.e. the transient thermal loads on the vessel wall. 

Two bounding profiles of the downward heat fluxes obtained by the CFD (Fig. 6) are implemented 
in the ECM/PECM for the downward Nusselt number model (Fig. 10). The lower bounding profile is for 
Pr = 0.1, the upper bounding profile is for Pr = 0.6. For the lower bounding profile, the peaking value of 
the downward Nusselt in the vicinity of the CRGT (Nu max) is 5 times higher than peripheral Nusselt 
number which is calculated by the downward Steinberner-Reineke correlation (Nu min). For the upper 
bounding profile, Nu max is 7 times higher than Nu min. The area where Nu is enhanced for the upper 
bounding case is narrower than that of the lower bounding case, according to the obtained with CFD data. 
The linear profile is applied for the Nusselt in the area where it changes from Nu max to Nu min. 
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Fig. 10: Different models of the downward Nusselt number implemented in the ECM. 

4. PECM SIMULATION TRANSIENT THERMAL LOADS ON THE BWR LOWER 
HEAD VESSEL WALL 

In this section, the PECM is applied for heat transfer simulations of melt pool formation in the 
BWR lower plenum. Thermal loads on the lower head vessel wall and subsequent transient vessel wall 
temperature are calculated. 3D slice geometry of the ABB-Atom BWR lower plenum is used for PECM 
simulations (Fig. 11). The slice is a segment of lower plenum, full of corium, containing 6 cooled CRGTs. 
Simulations with 3D geometry ensure that the local heat transfer effects are preserved. The corium inside 
the slice is connected below with the vessel wall which is 182 mm thick. 

We assume that a debris bed of 0.7m thick (about 25 tons of melt) is formed in the lower plenum. 
Due to inadequate cooling, the debris bed is heated up and remelted. Melt pools are forming in the midst 
of cooled CRGTs inside the debris bed, developing and merging together to form a common melt pool 
which is assumed to be homogeneous. It is assumed that water is spilled out of CRGTs and is available on 
top of the debris bed. Therefore, the boundary conditions applied to the slice are as follows. The debris 
bed top, CRGT surfaces are isothermal with boiling temperature at 3 bars. The vessel external surface is 
insulated, therefore, a small heat flux is allowed (about 20 W/m2). Other boundaries are either adiabatic or 
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symmetric. Simulations are performed with the assumption that instrumentation guide tubes are intact 
during the accident progression, do not influence melt pool heat transfer. 
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Fig. 11: 3D slice geometry of the ABB-Atom BWR lower plenum (H = 0.7 m). 

Table 1 shows the PECM simulation matrix which includes sensitivity analysis to the experimental 
errors (15%) and uncertainty analysis with improved models based on the insights gained from the CFD 
sensitivity analysis data. Different downward heat transfer coefficient models defined for PECM 
calculations are as follows. In the base case, namely the correlation-based model, the downward heat 
transfer coefficient is calculated using the original downward Steinberner-Reineke correlation. In the other 
cases, the downward heat transfer coefficient is modified according to the models described in the table. 

Table 1: PECM simulation matrix with different models of downward Nusselt number 

Type of analysis Downward heat transfer coefficient model 

Sensitivity analysis with 
experimental errors (±15%) 

85% of downward Steinberner-Reineke correlation 

100% of downward Steinberner-Reineke correlation 

115% of downward Steinberner-Reineke correlation 

Uncertainty analysis with 
improved models (based on the 
insights gained from CFD study) 

Lower bounding Nu profile (Pr = 0.1) 

Correlation-based model (no modification of Nu) 

Upper bounding Nu profile (Pr = 0.6) 

 
Results of the PECM simulations according to the simulation matrix show that integral energy 

splitting in the formed melt pool is insensitive to different models of the downward heat transfer 
coefficient. The transient upward heat flux from the debris bed (and melt pool later on) to the top cooled 
surface where water is available is nearly identical to the sensitivity analysis (with experimental errors of 
15%). Even with different Nu profile models the transient heat flux is merely changed, about 1.6% (Fig. 
12). PECM simulations for different Nu profile models show that the transient surface-averaged heat 
fluxes to the cooled CRGTs for 12.5 hours are not significantly changed (Fig. 13). The difference between 
the base case (correlation-based Nu) and upper bounding profile case is not larger than 10%. 
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Fig. 12: Transient surface-averaged heat flux to the top cooled surface for different models of downward 
Nusselt number. 
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Fig. 13: Transient surface-averaged heat flux to CRGTs for different models of downward Nusselt 
number. 

There is significant influence of different Nu profile models on the transient downward heat flux to 
the vessel wall (Fig. 14). It can be seen that there is very small influence of possible 15% experimental 
error implemented in the PECM correlations on the transient downward heat flux, i.e. the thermal loads to 
the vessel wall. However, different models of the downward heat transfer coefficient profile implemented 
in the PECM result in a significant change of the transient downward heat flux. The upper bounding 
profile model (Pr = 0.6) increases the heat flux to the vessel wall about 30% compared with the base case 
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(correlation-based model). The lower bounding profile model (Pr = 0.1) also results in 20% increase of 
the downward heat flux in the later time period. 
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Fig. 14: Transient surface-averaged heat fluxes to the vessel wall for different models of downward 
Nusselt number (thermal loads to the vessel wall). 

Apparently, the integral heat flux imposed on the vessel wall from the melt pool through the crust 
surrounding the melt pool is sensitive to the local distribution of downward heat flux and sideward heat 
flux (due to inclination of the vessel wall). The crust thickness distribution (Fig. 15) depends on the 
distribution of heat fluxes imposed on the crust boundary. Thus different models of the downward heat 
transfer coefficients implemented in the ECM/PECM result in different dynamics of the local crust 
thickness. 

 
 

 
 
 
 
 
 
 
 
 
 
 
 
 
 
 

Fig. 15: Melt pool and its surrounding crust in the BWR lower head. 

Crust along Top Surface

Crust Surrounding CRGTs

Crust on Vessel Wall

Phase-change Boundary

Crust along Top Surface

Crust Surrounding CRGTs

Crust on Vessel Wall

Phase-change Boundary



 15 

Explanation of the difference in predicted thermal loads in the lower and upper bounding cases 
compared with the base case (Fig. 14) is as follows. First of all, it can be seen in Fig. 10 that localized 
enhancement of the heat transfer in the vicinity of the CRGT surface leads to increase of the average 
Nusselt for the upper and lower bounding profiles in comparison with that of the base case. Second, due to 
the peaked value of the Nusselt, the thinning of the crust in the vicinity of cooled CRGT wall is faster in 
the upper and lower bounding cases than in the base case. Crust thinning causes slight redistribution in the 
energy splitting between vertical and horizontal directions. Larger amount of heat is transferred to the 
bottom vessel wall. Consequently the vessel wall is heated to higher temperature as shown in Fig. 14. 

Note that two different models of Nu (i.e. upper and lower models) also result in different transient 
heat flux, although the difference between them is about 10%. The difference between the cases calculated 
with experimental errors (±15%) and with base case is only about 1.5%. 

For the preliminary evaluation of vessel wall creep failure (failure mode and timing), the PECM 
calculated vessel wall temperature profiles along polar angle are plotted in Fig. 16. 
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Fig. 16: PECM predicted vessel wall temperature profiles along the lower plenum polar angle for different 
models of the downward Nu at 12.5 hours. 

As it is shown in Fig. 16, the influence of experimental error uncertainty is negligible for the vessel 
wall temperature. However, different models of the downward Nu profiles significantly affect the vessel 
wall temperature. The temperature obtained with the upper and lower bounding Nu profile models are 80-
150oC higher than that of the base case. According to Rempe et al. (1993) thermal creep in the vessel steel 
may take place at temperature of about 1100oC. In the cases predicted with the models for enhanced 
downward heat flux, vessel temperature exceeds the creep limit, suggesting vessel failure in about 8 hours 
since the start of the debris bed heating up in the lower plenum (Fig. 17). Further study on the vessel wall 
creep and failure using the PECM predicted transient thermal loads is necessary to determine the vessel 
failure mode and timing. 

Plots of the maximum vessel wall temperature predicted with different models show that the vessel 
wall temperature exceeds the creep limit at much earlier time, at about 8 hours after the start of debris bed 
heatup if the upper and lower bounding Nu profiles models are used, while for the base case vessel wall 
temperature is lower than creep limit after 12 hours. 

Comparison of transient temperature profiles in two cases at different time moments (Fig. 18) 
shows that the maximum temperature of the vessel wall predicted with the upper bounding Nu profile 
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model reaches at 7.8h the same level as predicted in the base case model at 12.5h (see Fig. 17). The 
difference in time is about 5 hours. This implies that additional severe accident management (SAM) 
measures (e.g. external cooling for the BWR lower plenum) have to be activated at much earlier time to be 
most effective. 
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Fig. 17: Transient maximum vessel wall temperature for different models of downward Nusselt number. 
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Fig. 18: Transient vessel wall temperature profiles for different models of downward Nusselt number. 

5. CONCLUDING REMARKS 

The present work proposes an approach to uncertainty reduction in boiling water reactor (BWR) 
severe accident analysis by synergistic use of computational fluid dynamics (CFD) methods, experiments, 
and the effective convectivity model (ECM) (Tran and Dinh, 2009a, 2009b). The present study is a next 
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step in development of the previously proposed approach to numerical simulations and analysis of molten 
corium coolability during a severe accident in a BWR (Tran et al., 2010). In the framework of this 
approach the effective convectivity model (ECM) makes use of experimental heat transfer correlations to 
capture the effect of turbulent natural convection in a volumetrically heated liquid pool, while retaining 
the pool three-dimensional energy splitting and employing insights from CFD modeling to represent 3D 
local heat transfer effects. 

Three sources of uncertainty in prediction of melt pool heat transfer and thermal loads on the vessel 
wall are considered in present work: (i) uncertainty in melt properties (Pr number) and melt pool scales; 
(ii) modeling uncertainty due to the experimental error in correlations used in the ECM/PECM; (iii) 
uncertainty in local heat transfer effects due to melt properties (Pr number) and pool scales. First two 
sources are treated as aleatory (non-reducible) uncertainties. Parametric studies are used to quantify the 
influence of these two sources of uncertainties. The uncertainty in modeling local heat transfer is 
considered as epistemic (reducible). Detailed CFD modeling is used to perform “numerical experiments” 
and reduce the uncertainty by developing more accurate models which take into account melt material 
properties. CFD study revealed that the modeling uncertainty due to scale of a formed melt pool is 
negligible while the influence of corium melt Prandtl number is significant. 

The improved models are implemented in the phase-change ECM (PECM) to examine the effects of 
the modeling uncertainty on the transient thermal loads imposed on the BWR lower head vessel wall. The 
sensitivity analysis on the experimental errors is performed with the PECM tool. Results of the sensitivity 
study for the thermal loads on the vessel wall show that the uncertainty in the ECM correlations due to 
experimental errors plays a minor role in comparison with the uncertainty due to modeling of the local 
heat transfer effects. Calculations with the improved models of the downward Nu show that vessel wall 
temperature increases faster which can cause earlier failure of the vessel. Additional SAM measure such 
as external vessel wall cooling is required to increase the probability of in-vessel retention for Swedish 
BWRs. 

The reliable CFD methods are indispensable tools for examining and better understanding of flow 
physics. Data produced by CFD is used for improvement of “effective” models to reduce epistemic 
uncertainty in the accident analysis of BWR lower head heat transfer. The proposed approach provides 
guidance towards an effective strategy for uncertainty reduction and quantification with optimal use of 
available resources. 
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NOMENCLATURE 

 Arabic  Greek 

f Fraction 

 

α Thermal diffusivity, m2/s, 
pC

k

.ρ
α =  

g Gravitational acceleration, m/s2 β Thermal expansion coefficient, 1/K 

H Height of a volume or fluid layer, depth of a 
melt pool, m 

∆T Temperature difference, K 

k Thermal conductivity, W/(m.K) ν Kinematics viscosity, m2/s 

Nu Nusselt number, 
Tk

qH
Nu

∆
=   

 

Subscripts and superscripts 

Pr Prandtl number, αν /Pr =  pool Pool 

q Heat flux, W/m2 
max, 
min 

Maximum, Minimum 

Qv Volumetric heat source, W/m3 cm Corium melt 

Ra’ Internal Rayleigh number, 
να

β
k

HQg
Ra poolv

5

' =  ox Oxide 

T Temperature, K ml Metal 
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2D SIMULATION OF TWO-PHASE FLOW ACROSS A TUBE
BUNDLE WITH NEPTUNE_CFD CODE

D. Soussan, S. Pascal Ribot, M. Grandotto

CEA, DEN, Département d’Etudes des Réacteurs, CEA Cadarache, 13108 St Paul-lez-Durance,
France

1 Abstract

Nowadays, the life time extension of a Pressurized Water Reactor (PWR) steam generator (SG) is a world-
wide concern, jeopardized by several factors, among which tube wear due to flow induced vibrations. There-
fore, increasing accuracy in understanding and predictingtwo-phase flows across the tube bundle is required.
Nonetheless, due to the device complexity (around 6000 tubes), industrial computational tools are based on
porous medium concept, which means solid obstacles are homogenized inside a homogenization cell. Con-
sequently, studies describe the flow in the subchannel scale, and predictive models are either founded on
two-fluid approach (balance equations for both phase) or homogeneous model (mixture balance equations).
However, current trend turns towards CFD tools in open medium to go beyond the limits of the component
scale for a finer description of the flow. Hence we have chosen as a primary application to study a bubbly
two-phase mixture upflowing across a square rod bundle (1.44pitch to diameter, non boiling). Comparisons
between experiment and simulation are based on void fraction, bubble velocity and bubble mean diameter.
Experimentally, void fraction and interfacial velocity inside a central subchannel are measured by bi-optical
probes. Numerical simulation is performed with the NEPTUNE_CFD module for open medium. It offers
advanced physical models (two-fluid model in the present case combined with interfacial area transport and
turbulence). Then, in order to assess the information feedback from CFD analysis (at local scale) to indus-
trial softwares (at component scale), an analysis of predicted kinematic disequilibrium at both scales, local
scale (computed with two-fluid model in open medium) and subchannel scale (computed with homogeneous
model in porous medium) is proposed.

Nomenclature

ia : Abbreviation for interfacial area
CD : Drag coefficient
Db : Bubble diameter (m)
g : Gravitational acceleration (= 9.81 m/s2)
G : Mass flux (kg/m2/s)
SG : Steam generator
J : Velocity of the center of volume of the mixture (m/s)
La : Laplace length (m)

P : Pressure (Pa)
S Mock-up section (m2)
v : Velocity (m/s)
X : Quality
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Greek characters :

α : Void fraction (time fraction of gas phase)
µ : Dynamic viscosity (kg/m.s)
ρ : Density (kg/m3)
σ : Surface tension (N/m)

Subscripts :

G : Gas
L : Liquid
r : Relative

Formalisms :

« » : Phase fraction weighted spatial average, «X» =<αX>

<α>

< >: Spatial average (in the homogenized volume, porous medium concept)
v : Local velocity (CFD average meaning)
V: Spatial average velocity,V =<< v >> (porous code average meaning)
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Figure 1: Region definition in the subchannel

2 Introduction

Nowadays, the life time extension of steam generators (SG) in a Pressurized Water Reactor (PWR) is a
world-wide concern, jeopardized by several factors, amongwhich tube wear due to flow induced vibrations.
As a result, the prediction of two-phase flow across a rod bundle, and its consequences on mechanical struc-
ture behaviour, are of major concern for nuclear power plantsafety and dependability. In this view, the
improvement of the simulation tools will lead to a reductionof the uncertainties linked to safety margins.
Historically, and due to the device complexity (around 6000tubes are involved in a steam generator), in-
dustrial computation tools were based on porous medium concept, which means solid obstacles are homog-
enized inside a homogenization cell. Therefore, relevant data are spatially averaged within the subchannel,
bound by 4 quarters of tube, in a subchannel analysis. This isthe case of so-called component codes such
as Genepi [Obry et al., 1990], or Thyc [David, 1999]. But the current trend in the field of flow induced
vibrations is to catch the physical phenomena at a scale smaller than the subchannel in view of better under-
standing and predicting the fluid-elastic coupling [Pascal-Ribot and Blanchet, 2007, 2008]. Thus, simulation
studies turn towards the use of smaller scale models and related codes to get more local and more accurate
information on flow behaviour. This has led to a new field of investigation, namely the multi-scale approach
seen as an additional way to the experimental way. For instance, Jamet et al. [2008] presented the use of
Direct Numerical Simulation for larger scale models in the context of Departure of Nucleate Boiling mod-
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elling. Our purpose here is to establish the preliminary bases for the use of Computational Multifluid Flow
Dynamics (CMFD) in open medium to improve the modelling at porous scale, based on subchannel analysis.
In this view, we propose in the present paper to simulate an upward two-phase flow across a horizontal rod
bundle with the CFD scale module for open medium of NEPTUNE platform project [Guelfi et al., 2006].
Experimental data are issued from Minnie 2 cross-flow program [Haquet and Gouirand, 1995], using R-114
refrigerant fluid to simulate steam generator flow conditions. Following a brief description of Minnie 2 test
section and related program, we present the results obtained for a 20 % void fraction test. Comparisons
between computations and experiment are discussed, the challenge being to reproduce the measured void
fraction distribution inside the rod bundle.
Then, to go further, the kinematic disequilibrium between phases, which is a closure law of crucial impor-
tance in industrial component codes, is used to illustrate the multi-scale approach. As a matter of fact, in
vertical ducts or vertical arrays of tube, the well-known one dimensional drift flux model [Ishii and Zu-
ber, 1979] usually provides an area averaged velocity difference between phases. Besides, in much more
complex configuration such as cross-flows, the drift-flux model is not so appropriate due to recirculation oc-
curences and 2D flow development. Nevertheless, its use is maintained with sometimes multi-dimensional
extension attempts [François, 2001]. Moreover, although several experimental studies under cross-flow con-
ditions are reported in the literature [Serizawa et al., 1997], [Suzuta et al., 1999], [Noghrekhar et al., 1999],
[Xu et al., 1998], [Aprin et al., 2007], they are mostly reduced to void fraction measurement and are mostly
related to air-water mixture. Thus, there are too few information to develop a specific cross-flow model and
to extrapolate it to steam-water flow under high pressure. This gives an opportunity to multi-scale approach
in the aim of providing missing information. Thus, the last part of the analysis endeavours to link the relative
velocity of gas and liquid, as predicted at porous scale by the Drift flux model, with the relative velocity
assessed from the computed local data fields of both gas and liquid velocities.

3 Simulation of a vertical R-114 two-phase flow across a horizontal tube
bundle

3.1 Experimental setup and test operating condition

Basically, the Minnie 2 cross-flow test section consists of arectangular channel (0.0975 x 0.08 m2 section)
with a square pitch horizontal tube bundle (30 rows of 5 tubes: 4 tubes plus 2 half tubes on the wall per row),
see Fig.2. The mixture, liquid-vapor R-114 under 9 bars, is produced upstream from the test section through
a water-Freon boiler, then travels vertically upward in therod bundle. Initially, R-114 has been selected
to simulate water steam under the nominal conditions of the secondary flow inside a steam generator: in

particular, the liquid density to vapor density ratio is respected, and the Weber number, defined as
gvrDb

σ
,

with pool boiling approximate diameter and Ishii relative velocity, are comparable, see Table 1.
As explained before, the present study is not devoted to validate a CFD tool, but is aimed at linking two
predictive scales around a common physical phenomenon which is the kinematic disequilibrium between
phases. To start with, it is necessary to study a flow whose features are rather well known and quite well
modeled at both scales. Consequently, the study is focused on a 20% void fraction test, where the regime
according to Ulbrich and Mewes [1995] is assumed to be bubbly. In the central subchannel (located in heart
of the bundle), pressure, temperature and quality are measured. Together with the mass flow rate measured
upstream from the test section, these parameters define the operating conditions of the test (see Table 2).
Moreover, the central subchannel is scrutinized by a bi-optical probe (BOP) in 149 measurement points,
providing the spatial void fraction distribution. In the gap region, see Fig. 3, interfacial velocity issued
from BOP signals cross-correlation function is reliably associated to gas velocity for bubbly flows. On the
basis of past studies dedicated to work out the BOP device anddata processing, uncertainty on local void
fraction measurement is around 2.5% and relative uncertainty on bubble velocity measurement is around 7%
[Gouirand and Haquet, 1991] & [Soussan et al., 2001]. From the interfacial velocity measurement, the mean
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Sauter diameter can be assessed providing the bubble mean size assuming a monodisperse bubbly flow. Over
the 149 measurement points, 8 characteristic measurement points are extracted for the comparison between
the experiment and the computation : 4 are located in the “gaparea”, and 4 in the “wake region”, see Fig.
3. Moreover, 2 additional points located respectively at the inlet (probe n◦ 1) and at the outlet (probe n◦3)
of the test section, outside the bundle, for which no experimental measurement has been performed, are
analyzed to check the inlet boundary conditions and to follow the axial flow development betwen inlet and
outlet.

Steam-water R-114
ρL (kg/m3) 736 1267

ρG−ρL (kg/m3) 698 1200
Db (m) 0.003 0.001
σ (N/m) 17 10−3 6−3

La (m) 1.57 10−3 7 10−4

for 20 % void fraction
CD 1.45 1.064

vr en m/s 0.143 0.096
We 2.55 1.71

Table 1: Specific features of steam water under 6 MPa and R-114under 0.9 MPa
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Figure 2: Minnie 2 test section
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Figure 3: Probe location within the central subchannel

3.2 Test simulation

Computations have been performed with the version 1.0 of NEPTUNE_CFD, a computational fluid dynam-
ics tool for open medium. The average scale (millimeter or less) allows to get a finer description of the flows
than component scale, since it provides the volume fractionand velocity distribution for both phasis inside
the subshannel. NEPTUNE_CFD is based on a cell centered finite volume method and solves a six equation
two-phase flow model [Guelfi et al., 2006]. These equations have been obtained using a Reynolds Averaged
Navier-Stokes (RANS) process extended to two-phase flows. The test section is adiabatic. Only the flow
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Pressure (Pa) 903400
Saturation temperature (K) 352.078

Mass flow-rate (kg/s) 2.344
Quality 0.0186

Mean void fraction 0.203
Mean Sauter Diameter (mm) 1.16

Table 2: Selected test operating conditions

dynamics under the tube bundle confinement is of interest. Hence, the physical origin of the closure models
are twofold: turbulence and mass momentum interfacial transfers. For simplicity, the computed domain has
only 1 cell in depth, assuming flow is 2 dimensional. Furthermore, in order to limit the CPU time of the
simulation, and on the basis of preliminary calculations, the number of rows has been reduced to 11 rows
compared to the actual 30 rows. The investigated cell is located between the 7th and the 8th row (Fig. 6).
The computation mesh has 32720 hexahedric cells, to describe an area of 0.0975 x 0.3915 m2 see Fig. 4. To
give an idea of the discretization, the space between two adjacent tubes, of 6 mm width, is described with
12 cells (see Fig. 5).

0.00  

0.196 

0.391 

Z

0.00  

0.0487

0.0975Y

X

Figure 4: Computation mesh

Figure 5: Zoom on the mesh

Figure 6: Central subchannel

As for the fluid flow simulation, the liquid phase is the continuous phase. Turbulence is modelled with
a k-ε model for the liquid phase that imposes turbulence on the gasphase (one-way coupling). Momentum
interfacial transfers are based on the Ishii drag coefficient, constant coefficient for the added mass (= 0.50),
lift ( = 0.29) and turbulent dispersion (= 1.). On the wall, a logarithmic wall law is applied to the liquid
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phase whereas a condition of vanishing velocity is used for the gas. Computations have systematically been
run over 5 seconds (physical time). The boundary conditionsare reached in less than 1 second, thus result-
ing data have been time averaged over the last 4 seconds and compared to experimental data. However, one
can notice after 1 second that the histograms inside the bundle (probe n◦ 2) exhibit high fluctuations of both
void fraction and gas velocity, see Fig. 7.
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Figure 7: Time evolution of local void fraction at probe 2

The next section presents the result of two runs :

run # 1: with bubble diameter imposed (Db = 1.16 mm)

run # 2: with the Wei & Yao model relative to the interfacial area transport equation

3.3 Computation results

First, results are analyzed from a “CFD” point of view, that is to say at local scale. Conventionnaly, in all
figures, experimental data are reported in blue, data from run # 1 (set diameter) are in green, and data from
run # 2 (interfacial area transport) are in red. Fig. 8 compares computed local void fraction to experimental
measurements for all probe locations. At first glance, except for probes n◦ 6, 7, 9, run # 1 with set bubble
diameter is closer to experiment. The Wei & Yao model leads toglobally overestimate the void fraction.
This is the consequence of underpredicting the bubble diameter (see Fig. 9), thus drag coefficient is un-
derestimated (the relative velocity is lower for run # 2 thanfor run # 1, see Fig. 10), thus gas velocity is
underpredicted (Fig. 11), which is consistent with overpredicted void fraction.
Hence, run # 1 is a posteriori the reference computation for the following. Let us examine it in details.
Experimentally, in the spanwise direction (probes n◦ 6-2-7), a slight U-profile is observed, with minimum
void fraction at the center (probe # 2) and maximum behind therods (probes n◦ 6-7) [Haquet and Gouirand,
1995]. This tendency has been also observed by Ueno et al. [1997] who studied HCFC-123 two-phase flow
across tube bundles. Serizawa et al. [1997] in their air-water experiments did not observe exactely this pro-
file. For this latter, the profile in the spanwise direction varies significantly depending on the location within
the wake, that is the Z-elevation here between 2 rods. Indeed, in the wake region (probes n◦ 8-6-9), a void
fraction profile increasing with Z is observed, bubbles being entrapped in the vortices behind the rod, the
space just behind the tube being quite poor in bubbles. This profile is slightly reproduced by run # 1, but not
so well. Following the analyses of Serizawa et al. [1997], the bubble diameter is likely overestimate in this
region (small bubbles are more easily trapped in vortices than bigger ones).
The highest discrepancies between computed data and experimental measurements are observed near the
tube walls (probes # 8-9-10). The purpose of this study is notto assess the NEPTUNE_CFD code for satu-
rated boiling flows in rod bundle geometry, since experimental data are clearly not sufficient (too few data
on velocity). However, the physical models are failing in accurately predicting the gas distribution, specifi-
cally in the wake region and near the tube wall. Many physicalphenomena are obviously implied: break-up
and fragmentation processes in confined medium with free path reduction at each row of tubes, two-phase
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turbulence in bundle geometry, influence of bubble size distribution.
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Figure 8: Time averaged local void fraction
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The next section analyses the simulation runs at a larger scale, the porous scale. Relevant data are no more
local but are averaged within the periodic cell.

3.4 Analysis through the drift flux model

Refering to the fundamental paper of Zuber and Findlay [1965] relative to the drift flux model to describe
the relative velocity between phases in a vertical duct, we simply recall the main definitions:

• < α > represents the volume averaged void fraction

• J corresponds to the volume averaged velocity of the mixture in axial direction:J =< j >=< αvG +
(1−α)vL >

• VGorL =<< vGorL >> are the phase fraction weighted volume averaged velocity

• Vr stands for the relative velocity issued from previous velocities: Vr = VG−VL

• C0 = <α j>
<α>< j> is the distribution parameter designed to model the wall effects on phasis distribution

within the representative volume

• VGJ is the drift velocity
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Table 3 gathers all these values issued either from experiment or computations. We notice that data is-
sued straight forward from experimental measurements (J,< α >, VG) are satisfactory computed. CFD
computations allow to obtain the mean gas velocity<< vG >> within 7 % at porous scale. Besides, high
discrepancies are noticed on drift flux parameters, which enhances the differences on resulting relative ve-
locity. The drift velocityVGJ in particular varies significantly between computations first. Those results
have to be considered very cautiously since first, the gas velocity has not been reliably measured all over
the central subchannel. Moreover, the physical modelling at porous scale is based on the assumption that
flow characteristics vary weakly between two nearby subchannels, thus considering the flow in only one di-
rection (Z direction, axial development). This assumptionhas to be checked all over the computed domain,
which means the volume averaged data have to be computed everywhere, by means of a continuous volume
average processing. Additional computations based on a volume average over the entire 5 subchannels in
the spanwise direction exhibit a non flat profile for run # 1. This leads us to suggest to control accurately
the experimental profile regularity before extrapolating aphysical model. Currently, the correlations issued
from experimental analysis have not been reproduced by CFD computations.

RUN #1 RUN #2 exp.
< α > 0.199 0.269 0.20

J 0.500 0.498 0.51
C0 0.996 1.013 0.92
VGJ 0.010 0.006 0.085

<< vG >> 0.508 0.510 0.55
Vr 0.024 .017 0.058∗

Table 3: Relevant data at porous scale (* not measured but deduced from the drift flux model)

4 Conclusion

A bubbly two-phase flow, 20 % void fraction R-114 mixture, circulating upwardly across an in-line rod
bundle has been simulated with the CFD module for open mediumof the NEPTUNE platform project. Due
to the lack of accurate experimental data, issued from Minnie 2 cross-flow program, the present study is not
used to validate the CFD software. Rather, attention is directed towards analysing kinematic disequilibrium
between gas and liquid at two scales: local scale and porous scale. More precisely, we attempt to draw the
connection between the two-fluid model at local scale and themixture model at porous scale. In the former,
the relative motion of gas with respect to liquid results from interfacial mass momentum transfers, mainly
due to drag force, whereas the latter predicts directly the relative velocity through a closure law based on
the drift flux model.

All potentials of NEPTUNE_CFD have not been used. Computations have been focused on the influence
of bubble diameter, either set or assessed via the interfacial area transport equation. This exploratory study
gives the following results:

• At local scale, computations are in satisfactory agreementwith experimental data. The analysis is
limited by the lack of experimental information on velocityfields.

• As far as the multiscale approach on kinematic disequilibrium in concerned, high discrepancies are
observed between the correlation at porous scale issued from experimental data interpretation and
coefficients predicted by computations. It is rather difficult to discreminate the uncertainty linked to
the lack of experimental measurements (liquid and gas velocity field) from the numerical issues linked
to the change of scaling. For this latter, a way of improvement consists in applying a continuous
averaging process all over the computation domain.
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• Finally, as the pursued target is to use local computations together with experimental programs to set
up physical models at porous scale, CFD tools have to be validated under steam generator conditions.
The present study suggests to explore the break-up and coalescence mechanisms which govern the
bubble size distribution, as well as the influence of the polydisperse flow features on phasis distribution
within the rod bundle. Also, theRi j − ε turbulence model should be more appropriate to describe the
recirculation behind the tubes.

• Yet, this study demonstrates how CFD in open medium can be used to support future experimental
programs.

5 Acknowledgments

This work have been achieved in the framework of the NEPTUNE project, financially supported by CEA
(Commissariat à l’Energie Atomique), EDF, IRSN (Institut de Radioprotection et de Sûreté Nucléaire) and
AREVA-NP.

References

L. Aprin, P. Mercier, and L. Tadrist. Experimental analysisof void fractions measurements for boiling
hydrocarbons in complex geometry.Int. J. Multiphase Flow, 33:371–393, 2007.

F. David. Three dimensional thermal-hydraulic simulationin steam generators with THYC exchangers code
Application to the UTSG model 73/19. InNURETH-9, San Francisco, California, USA, 3-8 October
1999. NURETH-9.

F. François. Etude des écoulements diphasiques dans les REP embarqués. PhD thesis, Institut National
Polytechnique de Grenoble, Grenoble, 2001. Thèse de Docteur Ingénieur.

J.M. Gouirand and J.F. Haquet. High performances bi-optical probe for two-phase flow measurements. In
Advances in Multiphase Flow. Elsevier Science B.V., 1991.

A. Guelfi, D. Bestion, M. Boucker, P. Boudier, P. Fillion, M. Grandotto, J.M. Hérard, E. Hervieu, and
P. Péturaud. A new software platform for advanced nuclear thermal-hydraulics.Nuclear Science and
Engineering, 2006.

J.F. Haquet and J.M. Gouirand. Local two-phase flow measurements in a cross-flow steam generator tube
bundle geometry: the Minnie II XF Program. InAdvances in Multiphase Flow. Elsevier Science B.V.,
1995.

M. Ishii and N. Zuber. Drag coefficient and relative velocityin bubbly, droplet and particulate flows.AIChE
Journal, 25:843–855, 1979.

D. Jamet, O. Lebaigue, C. Morel, and B. Arcen. Towards a multi-scale approach of two-phase flow mod-
elling in the context of dnb modelling. InXCFD4NRS’08, 2008.

G.R. Noghrekhar, M. Kawaji, and A.M.C. Chan. Investigationof two-phase flow regimes in tube bundles
under cross-flow conditions.Int. J. Multiphase Flow, 24:857–874, 1999.

P. Obry, J.L. Cheyssoux, M. Grandotto, J.P. Gaillard, E. de Langre, and M. Bernard. An advanced steam
generator design 3D code. InASME’90, Dallas, Texas, USA, 25-30 November 1990. ASME Winter
Annual Meeting.

S. Pascal-Ribot and Y. Blanchet. Buffeting Lift Forces and Local Air-Water Flow Aspects around a Rigid
Cylinder. International Journal of Multiphase Flow, 33:1237–1254, 2007.

9



S. Pascal-Ribot and Y. Blanchet. Scaling buffeting forces of air-water flow in a rod bundle. InProceedings
of FIV 2008, Prague, 2008. Paper 211.

A. Serizawa, K. Huda, Y. Yamada, and I. Kataoka. Experiment and numerical simulation of bubbly two-
phase flow across horizontal and inclined rod bundles.Nuclear Engineering and Design, pages 131–146,
1997.

D. Soussan, A. Gontier, and V. Saldo. Local two-phase flow measurement in a oblique tube bundle geometry
- the MAXI program. InICMF’01, New Orleans, Louisiana, USA, 27 May - 1 June 2001. ICMF.

T. Suzuta, T. Ueno, Y. Hirao, K. Tomomatsu, K. Kawanishi, andA. Tsuge. Measurement of interfacial ve-
locities in gas-liquid upward two-phase flow across tube bundle. In7th Int. Conf. on Nuclear Engineering
ICONE, 1999.

T. Ueno, K. Tomomatsu, H. Takamatsu, and N. Nishikawa. Void fraction and interfacial velocity in gas-
liquid upward two-phase flow across tube bundles. InProceedings of 8th International Topiacal Meeting
on Nuclear Reactor Thermal-Hydraulics, Volume 1, September 30-October 4 1997.

R. Ulbrich and D. Mewes. Experimental studies of gas void fraction for two-phase flow across tube bundle.
Two-Phase Flow Modelling and Experimentation, 1995.

G.P. Xu, C.P. Tso, and K.W. Tou. Hydrodynamics of two-phase flow in vertical up and down-flow across a
horizontal tube bundle.Int. J. Multiphase Flow, 224:1317–1342, 1998.

N. Zuber and J.A. Findlay. Average volumetric concentration in two-phase flow systems.Trans. ASME
Journal of Heat Transfer, pages 453–468, 1965.

10



CFD MODELING OF THE TEST 25 OF THE PANDA EXPERIMENT 
 

N. Mechitoua+, S. Mimouni+, M. Ouraou*, E. Moreau* 

 
+ Electricité de France R&D Division 6, Quai Watier, 78400 Chatou Cedex France 

* INCKA 85, avenue Pierre Grenier, 92100 Boulogne Billancourt France 
namane.mechitoua@edf.fr 

 
 
Abstract 
 
The accurate modeling of gas distribution (air, steam and Hydrogen) in a PWR containment, which 
can be released after the hypothetical beginning of a severe accident leading to the melting of the core, 
concerns phenomena such as wall condensation, hydrogen accumulation, gas stratification and 
transport in the different compartments of the containment. Numerical simulations performed with 
CFD solvers NEPTUNE_CFD and Code_Saturne are compared with experimental data corresponding 
to the test 25 of the PANDA experiment. The overall dimensions of the experiment (Diameter~4 m, 
Height~8 m, Volume of the 2 vessels~180 m3) are not yet representative of the right scale of the 
reactors, but they already provide valuable information when compared to smaller scales (as 
experience TOSQAN~7m3). The obtained computational results compare fairly well with 
experimental data and with computational results obtained with other flow solvers. The formation of 
high concentration helium layers in the two vessels is predicted, as well as the earlier arrival of helium 
with respect to steam at the vent. The analysis of the different fields (velocity, concentrations, density, 
mechanical pressure) and their comparisons with experimental data permit to explain the observed 
stratifications and to understand the formation of the complex flow structures. Ongoing works concern 
mesh sensitivity studies comprising structured mesh (hexahedra) or unstructured mesh (tetrahedron) 
and multiphase flows simulations. 
 
 
 
1. INTRODUCTION 
 
A severe accident in a PWR nuclear power plant generally originates from a lack of cooling of the 
core, whose residual power can no longer be evacuated. In a few hours, due to multiple failures, 
human or hardware, including the failure of backup procedures, the structure of fuel elements 
deteriorates. Hydrogen is produced from the oxidation of zirconium sheaths and of structures of fuel 
elements during the phase of core degradation. 
The hydrogen and water vapor thus produced are transferred to the containment and then transported 
by convection loops. Given the significant differences in density between hydrogen and other gases in 
the containment (nitrogen, oxygen, water vapor, carbon monoxide, carbon dioxide, ..), hydrogen can 
accumulate preferentially in the upper parts of the compartments of the reactor building. In case of 
strong heterogeneity, hydrogen can achieve high local concentrations that exceed the threshold 
flammable gas mixture. 
 
Among the different safety systems for limiting the pressure increase during the course of the accident 
and the impact of possible combustion (deflagration), French and German PWR reactors use two types 
of mitigation means: 

- The passive auto-catalytic recombiners (PAR): their role is to pro-actively oxidize hydrogen 
for preventing its accumulation in the containment. The catalytic recombiners initiate a 
controlled combustion, which is similar to a slow deflagration. 

- Sprinkler systems: the injected water droplets cool the containment and lower the pressure by 
condensing steam on the droplets. They also promote mixing of gas by breaking quickly 
possible stratifications of the lightest gases (Mimouni et al, 2009). 
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The walls of the containment building and metallic structures play an important role from a thermal 
viewpoint. The walls, colder than the gas, condense the water vapor contained in the gas mixture and 
thus limit the pressure increase in the containment. Furthermore, the temperature difference between 
fluid and walls generates convection loops, enhancing the mixing of gases having different density. 
 
This paper focuses on numerical assessments of gas transport and stratification phenomena with CFD 
solver Code_Saturne (Code_Saturne website, 2010, Archambeau et al, 2004) and CMFD solver 
NEPTUNE_CFD (Méchitoua et al, 2003, Guelfi et al, 2007). It is organized as follows. The first part 
describes the homogeneous gas dynamic model implemented in Code_Saturne. As the multi-fluid 
model of NEPTUNE_CFD has already been presented several times (Mimouni et al, 2008, Mimouni 
et al, 2009, Mimouni et al, 2010), it is not described here. The second part concerns the numerical 
assessments upon the test n° 25 of the PANDA experiment, performed at PSI (De Cachard, 2007). 
 
 
2. HOMOGENEOUS GAS DYNAMIC MODEL USED IN CODE_SATURNE 
 
The motion of gases and heat transfer in containment enclosures can be described by the general 
momentum, partial masses and energy conservation equations (Williams, 1985). The predominant 
physical phenomena driving the distribution and heat transfer of fluids are the following: 
- Mixing and /or segregation of gas whose velocity, density and temperature are different. 
- "Swelling" of containment: the compressibility of gas is taken into account, even if the flow 
velocities are low when compared to the acoustic speed. 
- Laminar and controlled combustion of hydrogen in recombiners, in order to limit its concentration. 
- Condensation of steam on cold structure surfaces, which has the main effect of limiting the pressure 
rise and of concentrating other gases. 
The general momentum, partial masses and energy conservation equations describing these 
phenomena can be simplified and stiffness due to the presence of physics having very different 
characteristic length and time scales can be removed or relaxed. 
 
2.1 Low mach number approximation 
 
The flows are mainly low Mach number flows, whose motion is predominantly driven by free 
convection. A low Mach number model can be implemented within a pressure correction based solver 
usually used for incompressible or steady dilatable flows, as Code_Saturne (Archambeau et al, 2004). 
A spatial filtering of acoustic waves leads to the separation of the static pressure P into a uniform time-
dependent thermodynamic pressure Pth(t) and a mechanical pressure p(x,t) (Kudriakov et al, 2006): 
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The general motion conservation equation of the mixture 
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where ρ, U, µtot, p, ρ0, g and Γcond stand respectively for the mixture density, the mixture velocity 
vector, the total dynamic viscosity (including the turbulent viscosity deduced from the k-ε turbulence 
model), the mechanical pressure, the averaged density, the gravity acceleration and the condensation 
sink term. Thanks to the low Mach number approximation (1), the mechanical pressure is neglected 
for the computation of density, through the thermal equation of state: 
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where R, T, Yk and Mk stand respectively for the perfect gas Constant, the absolute temperature (in 
Kelvin), the mass fractions of the different gases contained in the reactor building during a severe 
accident (Oxygen, Nitrogen, Steam and Hydrogen). 
 
The additional unknown Pth is solved, using integral forms over the entire domain Ω0 of mass or 
enthalpy equations, written below: 
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2.2 Energy equation 
 
The enthalpy equation of the mixture is quite complex and contains several terms. The body forces, 
the viscous constraint contributions, the supplementary terms due to the presence of more than two 
different species are negligible, when compared to the convective and turbulent transport 
contributions. For low Mach number flows, the kinetic energy remains small when compared to the 
thermal energy. On the other side, the unsteady contribution of the thermodynamic pressure is 
conserved, as it plays a key role in the pressure rise in the containment. 
The Fourier laminar and turbulent conduction term is directly written according to the enthalpy 
variable through the  linearized relation: 
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∂ λλ  where λ and Cp stand respectively for conductivity and specific Heat of the mixture. 

The enthalpy equation is finally written in the following form: 
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where h stands for the sensitive enthalpy of the gas mixture, defined as . ∫≡
T

T

dTCh p

0
Cp is the gas mixture specific heat. 
Then, in presence of exothermic chemical reactions, due to the combustion of hydrogen by the 
recombiners, the transformation of formation enthalpy into sensitive enthalpy is taken into account 
through a source term proportional to the reaction heat E released by the chemical reactions and to the 
chemical reaction speed wH2. 
We recall that the formation enthalpies and reaction heat E of Hydrogen at ambient temperature are : 

kgMJEkgMJThThThThTh vapOHNOHeH /22.1/4.13)(;0)()()()( 0
0

,20
0

20
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20
0

0
0

2 =−=====  
The heat transfer due to condensation at the walls is modeled through a sink term proportional to the 
steam mass reduced into liquid water Γcond and the latent heat Lcond (~2.44 MJ/kg). 
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2.3 Mass conservation equations 
 
The mass conservation equations are written as below: 
 
- the global mass equation, containing the sink term of wall condensation: 
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- the conservation equations of non condensable gases, containing the slow combustion sink terms due 
to the recombiners: 
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- the relation for obtaining the condensable gas (steam) from the concentration of the other gases: 
2222 1 HNOOH YYYY −−−=         (8) 

 
2.4 Turbulence Modeling 
 
The standard k-ε turbulence model, adapted to the variable density flows, is used. The equations of the 
kinetic energy k and the turbulence dissipation ε obtained by a Favre averaging are as follows: 
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where P and G represent respectively the contribution to the turbulence production of the inertia and of 
the buoyancy forces: 
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Then, the turbulent viscosity is given as: 

ε
ρ=µ µ

2kCt           (12) 

 
The constants of the model are that given by (Launder and Spalding,1974) and (Launder, 1980) 

σt σε σk Cµ Cε1 Cε2 Cε3 
0.9 1.3 1 0.09 1.44 1.92 1 if G<0, 0 if G>0 

 
2.5 Wall condensation modeling 
 
Steam condensation on the walls of the containment enclosure plays a key role in the dynamic and 
heat transfer. The heat and mass sink terms of gases due to condensation are modeled through 
correlations based on heat and mass transfer analogy, of Chilton-Colburn type (Murty Kanury, 1975). 
The liquid film is not modeled and it is assumed that vapor and non condensable gases are in direct 
contact with the wall. The heat transfer by condensation of steam in liquid is written as: 

4 
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where and (~2.44 MJ/kg) represent respectively the mass per unit time of steam condensed 
in liquid and the latent heat between liquid water and steam. 
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The analogy with the Chilton-Colburn correlation is used for modeling the mass transfer: 
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where : 
- Dinc/vap is the molecular diffusion coefficient between steam and non condensable gases. 
- Yi an Y are the mass fractions of the non condensable gases respectively at the liquid/gas interface 
and far from the interface (in fact, in the cell adjacent to the cold wall). 
- Shz is the Sherwood number based on the distance z representing the length of the boundary layer 
 
The interface non condensable gases mass fraction is deduced from the molar fraction, which depends 
on the thermodynamic pressure Pth and the steam saturation pressure PH2Oi. 
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The Sherwood number depends on local Reynolds and Grashoff numbers, defined as below. 
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For buoyancy dominated flows, the Sherwood number mainly depends upon the Grasshoff number. 
Then, the correlation is independent of the distance z representing the length of the boundary layer. 
 
2.6 Wall temperature modeling 
 
The long term mixing phenomena in the containment are closely related to the heat and mass transfer 
due to the condensation of steam in contact with colder structures. Then, it depends on the wall 
temperatures, which evolves in function of unsteady heat conduction. The use of a one dimensional 
unsteady formulation approach gives enough precision, because the unsteady behavior of wall 
temperature depends much stronger on the condensation heat flux than on the transverse heat 
conduction. The boundary conditions of this computation are given by : 
- equation (13) for the heat transfer due to condensation and a log law type for heat transfer in gaseous 
phase, which is generally much smaller than the condensation heat transfer, 
- an external condition, taking into account the presence or not of insulation and the external 
temperature. 
 
2.7 Numerical Procedure 
 
A numerical procedure based on a segregated approach of SIMPLE type is used for advancing in time 
(Méchitoua et al, 2003, Archambeau et al, 2004). The first step consists of predicting the velocity field 
from the momentum equations. This step solves an implicit equation for velocity, all other variables as 
pressure being frozen. Then, a reduced form of the momentum equation containing the predicted 
velocity and the implicit part of the mechanical pressure is coupled with the global mass equation. The 
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mass accumulation term verifying the global conservation (4) is taken into account in the right hand 
side of the mechanical pressure equation. A strong conservative form of all transport equations 
according to the time and spatial derivatives is preferred to a volumetric form of the mass equation 
used for fire simulations (Sapa et al, 2009). The volumetric form of mass equation is more precise for 
coarse discretization for which the mesh Reynolds number is high, but this formulation can be too 
sensitive to loss or gain of mass for long transient simulation within closed containment, as it is the 
case for safety studies concerning nuclear severe accidents. 
Spatial discretization follows a 3D full unstructured finite volume approach, with a collocated 
arrangement of all variables. A face based data structure allows the use of arbitrary shaped cells, 
including non matching meshes. Numerical consistency and precision for diffusive and convective 
fluxes for non orthogonal mesh and irregular cells are taken into account through a gradient 
reconstruction technique and non linear schemes. The collocated arrangement of all variables 
necessitates a careful treatment of gradient terms of momentum equations, similar to a Rhie&Chow 
interpolation, for avoiding spurious oscillations of pressure and velocity components. 
 
 
3 PANDA TEST 25 SIMULATIONS 
 
The PANDA experiments performed at PSI (De Cachard et al, 2007) provide data of 3D gas flow and 
distribution issues in both PWR and BWR containments. The addressed phenomena play a key role for 
code prediction capability improvements, accident management and design of mitigating measures. 
The experiments are conducted at large scale in a multi-compartment geometry in order to provide 
data suitable for the improvement and validation of safety analysis codes. 
The PANDA experiment represents containment compartments and the Reactor Pressure Vessel by six 
cylindrical pressure vessels. The total height of the facility is 25 m, the total volume of the vessels is 
about 460 m3 and the maximum operating conditions are 10 bars and 200°C. For the SETH tests 
concerning local investigations of flows, only some parts of the facility are used. Experiments are 
carried out in a large volume of about 180 m3 consisting of two identical vessels, 8 m in height and 4 
m in diameter. Figure 1 gives an overview of the experiment. 
 

 
 

Figure 1 
PANDA facility configuration for the SETH Three Gas Mixtures test 25 
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The test 25 experiment consists of injection of steam and Helium through a vertical pipe of 0.2 m 
diameter in the vessel 1 (DW1). The mixture is vented into the PANDA Wetwells (WW1, WW1), 
which are used as a buffer volume smoothing the pressure increase in vessels DW1 and DW2 due to 
the gas injection. The experimental conditions are summarized below: 
 
Initial conditions: 
Pressure=1.3 bars; Fluid Temperature=27°C, Structure temperature=27°C, Gas composition: Air only. 
Scenario 1: time=0 up to 7200 s 
Linear pressure increase : 1.3 to 2.6 bars 
Injection Fluid Temperature : 120°C 
Helium flow-rate : 0.008 kg/s 
Water vapor flow-rate : 0.064 kg/ s 
Scenario 2 : time=7200 up to 14400 s 
Linear pressure increase : 2.6 to 3.0 bars 
Injection Fluid Temperature : 150°C 
Helium flow-rate : 0.000 kg/s 
Water vapor flow-rate : 0.064 kg/ s 
 
Three Cartesian meshes and three unstructured tetrahedron meshes have been used, ranging from a 
coarse discretization of 3,500 cells up to a fine discretization of 224,000 cells, representing the two 
drywells, the interconnecting pipe and the two manholes. Figure 2 shows the mesh of the surfaces, as 
well as for the Cartesian and unstructured mesh, ranging respectively from 3,500 cells at the left to 
224,000 cells at the right. 
 

 
 

Figure 2 
Meshes of the PANDA test case 

Representation of DW1, DW2 and Interconnecting pipe 
 
Figure 3 shows the different global flow-rates and mass balances concerning steam, Helium and air 
gases obtained with the structured intermediate mesh of 28,000 cells. The mass accumulation term 
significantly decreases at the beginning of the scenario. Then, after 4000 seconds, this term stabilizes 
to a lower value, which corresponds to an increase of mass in the two rooms. At the end, the mass is 
about the same that at the beginning of the transient. 
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The condensation flow-rate is very important and nearly corresponds to 2/3 of the injected steam. The 
mass decreases at the beginning because the lightest fluid as helium and steam replaces the heaviest 
fluid as air. The slightly increase in pressure smoothes this decrease. The Helium and steam masses 
both increase during the first part of the transient. Then, the mass of helium slightly decreases (no 
injection of this gas during the second part of the transient) and this gas is replaced by steam (increase 
in steam mass stronger than that during the first part of the scenario). 
 

 
 

Figure 3: Global mass balances during the scenario 
 
Figure 4 shows snapshots of helium volume fractions in the vertical symmetry plane of the two 
vessels. The beginning of the transient is driven by positive buoyancy effects, for which the lightest 
fluid as Helium rises rapidly in the upper part of the two rooms. Then, as steam is condensed upon the 
cold structures surrounding the gases, the helium concentration in the first room relatively increases 
according to the other gases and fluid become lighter than the injected fluid mainly composed of 
steam. A negative buoyancy effect is then observed, for which the injected fluid falls down in the first 
room, as it can be seen in the 3rd and 4th snapshot. The sedimentation of the fluid in the first room is 
observed a short time after the beginning of the transient. 
Figure 5 compares some experimental data with numerical results. It concerns the volume fractions of 
gases at the vent and at three positions along a vertical line in the two vessels (dome, middle and low). 
The first figure shows the unsteady behavior of the different gases (air, helium and steam) at the vent. 
The stratification is eroded slightly earlier, when compared to other numerical results (Royl et al, 
2008, Paladino et al, 2007). We observe the arrival of Helium and steam too early. At the end of the 
transient, the numerical curves join the experimental curves, indicating a good behavior of the 
condensation model and the global conservation in time and space of the numerical model. 
The second figure shows the helium volume concentration with respect to the time at 3 spatial levels 
in the first room. The lowest level, below the vent, is not well predicted, indicating a too early arrival 
of helium and steam. This behavior is also reproduced by other flow solvers (Royl et al, 2008, 
Paladino et al, 2007). At the end of the transient, the numerical results compare fairly well with 
experimental data. 
The last figure of figure 5 shows the obtained results in the second room. The simulations reproduce 
much better the experimental behavior, when compared to the numerical results obtained for the first 
vessel. The flow in this room, much less perturbed than in the first room, is mainly driven by positive 
buoyancy leading to stratifications. The stratifications of dominantly helium gas in the upper parts and 
of a mixture of air, helium and steam in the intermediate part, at the level of the interconnecting pipe 
remain quite stable for a transient of about 14,000 seconds. Besides, the stratification of dominantly air 
gas in the lowest part is slowly eroded by the arrival of helium and steam from the upper levels of the 
vessel. Indeed, the helium volume concentration continuously rises from 0 to 0.2 for a duration of 
about 10,000 seconds, as it is shown as well as by experimental data that by numerical simulations. 
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Figure 4 
Helium molar fractions in the vertical plane of DW1 and DW2 

Positions four times 5, 4000, 8000 and 12000 seconds 
 

 

 
 

Figure 5 
Gas volume concentration (air, steam, Helium) 

at the vent and at 3 heights in DW1 and DW2 rooms 
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Figure 6 shows the transient of fluid temperature at 4 locations in the first room (DW1) computed with 
different time steps and the comparison with available experimental data. The main trends of the 
temperature behavior, as well as in term of levels that in term of unsteady behavior, are captured by 
the numerical model. Nevertheless, the computed temperatures are slightly over-estimated at the 
beginning of the transient, indicating that the characteristic time of the condensation model based on 
an analogy with Chilton-Colburn correlation is probably too large. 
 

 

 
 

Figure 6 
Fluid temperature at 4 locations in DW1 room 

(dome, slightly ex-centered near the dome,  
ex-centered 1 m above inlet, centered 1 m above the inlet) 

 
Figure 7 shows two snapshots of the internal structure temperature (time 3,700 and 14,400 seconds) 
obtained by an unsteady one dimensional heat conduction model, applied to the 2 cm large steel 
structure of the rooms DW1 and DW2, insulated by 20 cm of rockwool. The stratification and 
sedimentation phenomena within the fluid strongly influenced the structure temperature. The highest 
level of structure temperatures at the end of the transient are located at the intermediate and lower part 
of DW1 room, where mixing phenomena between air, steam and helium due to sedimentation of the 
fluid enhances heat transfer between the fluid and the structures. The lowest level of structure 
temperature at the end of the transient are located at the upper parts of DW1 and DW2 rooms and at 
the lower part of DW2 rooms. The presence of light Helium gas stratification in the upper part and 
heavy air gas in the lower part block the arrival of hot steam gas and prevent mixtures and the 
structure temperature increase. The transient of the structure temperature at three levels (dome, 
intermediate, low) in the first room is correctly predicted and is comparable to the results obtained by 
other flow solvers (Royl et al, 2008). 
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Figure 7 

Internal structure temperature at times 3,700 and 14,400 seconds 
Comparison with experimental data in DW1 at 3 levels (dome, intermediate, low) 

 
 
4. CONCLUSION 
 
A large amount of steam and Hydrogen gas is expected to be released within the dry containment of a 
pressurized water reactor (PWR), after the hypothetical beginning of a severe accident leading to the 
melting of the core. The accurate modeling of the gas distribution in a PWR containment concerns 
phenomena such as wall condensation, hydrogen accumulation, gas stratification and transport in the 
different compartments of the containment. The paper presents numerical assessments of CFD solvers 
NEPTUNE_CFD and Code_Saturne], and it is focused on the analysis and the understanding of gas 
stratification and transport phenomena. 
The numerical simulations are compared with experimental data corresponding to the test 25 of the 
PANDA experiment. This test concerns the distribution of a mixture of Helium (replacing hydrogen) 
and steam in air in two vertical and cylindrical vessels, interconnected by a horizontal and cylindrical 
pipe. The overall dimensions of the experiment (Diameter~4 m, Height~8 m, Volume of the 2 
vessels~180 m3) are not yet representative of the true scale of the reactors, but they already provide 
valuable information when compared to smaller scales (as experience TOSQAN~7m3). The obtained 
computational results compare fairly well with experimental data and computational results obtained 
with other codes. The formation of high concentration helium layers in the two vessels is well 
predicted, as well as the earlier arrival of helium with respect to steam at the vent. The analysis of the 
different fields (velocity, concentrations, density) and their comparisons with experimental data permit 
to explain the observed stratifications and to understand the formation of the complex flow structures. 
Ongoing works concern numerical simulation of PANDA test case 25 with NEPTUNE_CFD, using a 
multiphase approach for the modeling of condensation (in the fluid and on the walls) and the 
mechanical drift between steam and liquid water. Future work also concerns mesh sensitivity studies 
comprising structured mesh (hexahedra) or unstructured mesh (tetrahedron). The analysis and the 
comparison of the numerical results with the rich PANDA database (concentrations, temperature, 
velocities) remain to be done. 
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Abstract 
 
This contribution aims at introducing a new multiscale, multicomponent CFD/CMFD approach for the 
simulation of thermal-hydraulics flows evolving in complex component-scale configurations. In this 
novel approach, the flow system could involve one or two fluids, convective and conductive heat 
transfer in solids, and phase-change heat transfer. This is made possible thanks to the Immersed 
Surfaces Technology (IST), a methods inspired from Interface Tracking techniques for two-phase 
flow, whereby solid bodies contained in the system are defined using a solid level set function to 
describe their surfaces, transcending conventional unstructured and body-fitted grids (BFC). In a 
typical two-phase flow, material properties of the fluids and the solid are segregated based on the gas-
liquid and solid Level-Set functions. The technique helps solve conjugate heat transfer problems 
without resorting to explicit jump conditions. Selected validation test-cases are presented here. The 
main application includes steady and transient solutions of the boron dilution in the ROCOM test case. 

1. INTRODUCTION  

Computational thermal hydraulics – by reference to mesoscale or component scale (see Yadigaroglu 
& Lakehal, 2005) - has been facing the same set-up problems encountered in many other engineering 
applications that resort to CFD (e.g. aerodynamics, turbomachinery, etc.), namely dealing with 
complex configurations in terms of grid generation. The task is known to require sometimes up to 70% 
time of the entire simulation process. Although unstructured grids have somewhat helped invert the 
tendency, these techniques still need to be coupled with structured body-fitted coordinate (BFC) 
meshes in the boundary layer. The IST method of TransAT has solved the grid generation problem in 
this area, whereby all sorts of geometries are mapped into a Cartesian grid. IST helps solve the 
problem in a convenient way, using a Cartesian structured grid in which solid bodies are described 
using the level set technique borrowed from two-phase flow modelling (using Interface Tracking 
Methods –ITM-; see Lakehal et al, 2002). These approaches are shown to be applicable to different 
turbulence modelling approaches, including standard k ε−  model and LES. The IST approach will 
be presented in the first part of this paper, without details of the model implementation, together with 
the BMR technique, short for Block Mesh Refinement. This was developed in TransAT to help better 
solve the boundary layer zone when use is made of IST. In BMR, more refined sub-blocks can be 
automatically generated around solid surfaces; with dimensions made dependent on the Reynolds or 
Grashoff number. The associated applications will be presented in the second part of the paper, 
including flow past a circular cylinder. The main application to be discussed includes the steady and 
transient solution of the boron dilution in the ROCOM test case introduced next. 

2. FLOW MIXING FOR SAFETY ANALYSIS  

Within nuclear reactor safety analyses, one of the events that could potentially lead to a criticality 
accident is a small break loss of coolant accident (LOCA) inducing a dilution in the steam generators 
tubes by reflux condensation followed by the restart of the natural circulation (Rohde et al, 2008). In 
the event of a LOCA, density differences between the coolant water and the primary loop inventory 
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play an important role, as the injection of cold emergency core cooling (ECC) water induces thermal 
stratification increasing thermal stresses on the RPV walls (Bieder & Graffard, 2008). This situation 
can only be mitigated by the mixing at the core inlet, where partial mixing takes place. In pressurized 
water reactors (PWR), boric acid is used as a neutron absorber for reactivity control. If the boric acid 
concentration in the core region is reduced, a power excursion with possible fuel damage might occur.  
 

 
Figure 1: The ROCOM vessel model (from FZD). 

 
Mixing is a direct consequence of a complex three-dimensional fluid flow, which itself depends on 
the concentration of the additives (Höhne et al., 2006). Detailed mixing pattern at the core inlet is 
required to make accurate and realistic predictions about the safety of the reactors, a task that is today 
within reach of state-of-the-art CFD. Indeed, Höhne et al. (2006) used both CFX-5 and Trio-U for the 
same problem in steady state. Schaffrath et al. (2007) employed the CFD code FLUENT, in steady-
state and transient conditions. Höhne et al. (2008) report new transient results (U-RANS), also using 
ANSYS CFX. Various measurement campaigns were performed worldwide to understand the 
phenomena associated with boron dilution in PWRs. The Rossendorf Coolant Mixing Model 
(ROCOM) operated by FZD is one of these (Prasser et al., 2003; Höhne et al., 2006, 2008. The 
transparent 1:5 linear scaled test facility shown in Fig. 1 simulates German PWRs and includes all 
important details for coolant mixing. It has four loops each equipped with an individually controlled 
pump to enable the performance of tests in a wide range of flow conditions: ranging from natural 
convection flow-up to forced convection flow at nominal flow rates, including flow ramps (e.g., due 
to pump start-up). ROCOM is operated with water at ambient temperatures as the reactor RPV mock-
up and its internals are made of Perspex. The designers paid special attention to all components which 
significantly influence the velocity fields: the core barrel with the lower support plate and the core 
simulator, the perforated drum in the lower plenum, and the inlet and outlet nozzles of the main 
coolant lines with diffuser elements. For the investigation of boron dilution transients, disturbances 
are created by computer-controlled injection of a tracer (salt water solution) into the cold leg of one or 
two of the loops near the inlet nozzle. The facility was equipped with fast-acting pneumatic gate 
valves (opening time 3 s) to cut-off the part of the loops where disturbances are generated. The initial 
test conditions were checked by a wire mesh sensor at the RPV mock-up inlet nozzles. Since the 
boron content influences the fluid density, this was adjusted by adding ethyl alcohol. 

2. THE MULTISCALE, MULTICOMPONENT APPROACH  

2.1. The Physical Model 

In TransAT, the RANS equations for incompressible single-fluid flow and convective heat transfer 
are formulated in the following conservative form:  
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water reactors (PWR), boric acid is used as a neutron absorber for reactivity control. If the boric acid 
concentration in the core region is reduced, a power excursion with possible fuel damage might occur.  
 

 
Figure 1: The ROCOM vessel model (from FZD). 
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phenomena associated with boron dilution in PWRs. The Rossendorf Coolant Mixing Model 
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test conditions were checked by a wire mesh sensor at the RPV mock-up inlet nozzles. Since the 
boron content influences the fluid density, this was adjusted by adding ethyl alcohol. 
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where u stands for the fluid velocity and P for the pressure, ρ is the density, µ is the viscosity, is the 
thermal conductivity, Sij is the rate of deformation tensor, and Q’’’  is the volumetric heat source. The 
third term in the RHS of the momentum equation (Fb) represents body forces, e.g. to account for 
buoyancy effects due to temperature variations. The Reynolds stress tensor τ and the turbulent scalar 
flux qt are modelled using the eddy viscosity concept, i.e. within the k ε−  model. The turbulent 
kinetic energy and rate of dissipation k  and ε  equations are solved taking into account the effect of 
buoyancy-induced production/dissipation. 

2.2. The IST/BMR Approach 

The IST was developed by ASCOMP, and differs slightly from the Immersed Boundary Methods (see 
for review, Mittal & Iaccarino, 2005), albeit the methods share the same principle of immersing solid 
objects within a Cartesian grid. The idea is to represent solid walls by a Level Set function 
representing the exact distance to the surface, which is zero at the surface, positive in the fluid and 
negative in the solid (c.f. Fig. 2). The fluid and the solid have their own material properties, based on 
the Level Set function: density, heat capacity and thermal conductivity. The technique has the major 
advantage to solve conjugate heat transfer problems, in that conduction inside bodies is directly linked 
to external fluid convection. In practice, the CAD file of the solid is immersed into a cubical grid 
covered by a Cartesian mesh, but the Navier-Stokes equations are modified to account for the 
presence of the solid Level-Set function. The treatment of wall shear is handled differently though, as 
explained below. Compared to Peskin’s (1972) 1st-order method, IST is second order near the walls. 
 

 
Figure 2: Representation of materials using IST. The right panel shows the smooth wall layer. 

 

The BMR technique was developed in TransAT to help better solve the boundary layer zone when use 
is made of the IST technique discussed above. In BMR, more refined sub-blocks can be automatically 
generated around solid surfaces; with dimensions made dependent on the Reynolds number (the sub-
block scale should always be set such that it covers the boundary layer thickness), or the first wall-cell 
is determined based on the turbulence model to be used; e.g. Wall Functions or Two-Layer model for 
both smooth and rough walls. Sub-blocks of different refinement can be generated, with connectivity 
between the blocks matching up to 1-to-8 cells.  
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The BMR technique was developed in TransAT to help better solve the boundary layer zone when use 
is made of the IST technique discussed above. In BMR, more refined sub-blocks can be automatically 
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2.3. The Multicomponent Formulation 

The immersed surface is represented on the Eulerian grid by a solid Level-Set function denoted by sφ  
that is a signed distance function, which is positive in the solid domain, is negative in the fluid phase, 
and is zero at the fluid–solid frontier. The equations in the solid and fluid domain are combined using 
a smooth Heaviside function which takes value 1 in the fluid phase and 0 in the solid domain:  

( )( ) 1 tanh 2 / / 2s s sfH φ φ δ = −       (2) 

where sfδ is the solid–fluid finite interface thickness. In the multicomponent formulation implemented 

in TransAT, the momentum equations for the fluid phase are reformulated as follows:  
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where the additional source terms in Eq. (3) denote the viscous shear at the wall (Fw) and the surface 
tension between the fluid phases (Fs) formulated within the level set approach of Sussman et al. 
(1994). The wall shear itself is modelled as:  
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where n is the normal to the fluid–solid interface, Uw is the fluid velocity parallel to the wall, and δ(φs) 
is the Dirac delta function representing the location of the wall surface. Material properties including 
density, viscosity, thermal conductivity, heat capacity depend locally on the gas-liquid and fluid-solid 
level set functions, φ and φs. The well-known turbulence scalar (k ε− ) equations are also slightly 
modified to account for immersed solids. When used in combination with RANS turbulence 
modelling with wall-functions, the wall shear is calculated using the logarithmic law of the wall, and 
is incorporated as a retarding wall-adjacent force in the momentum equations. Since the walls are 
immersed in a Cartesian grid, meshing time is considerably reduced and the accuracy of the numerical 
scheme can be preserved since the grid-skewness induced diffusion is simply eliminated. These 
advantages are particularly desirable for LES and ITM schemes (e.g. VOF and Level Sets), which are 
not very satisfactory when use is made of BFC and unstructured grids; in both LES and ITM the 
results are very sensitive to grid quality. These elements make the IST/BMR approach very useful to 
simulate unsteady turbulent single and multicomponent flows evolving in complex geometries. 

2.4. The Numerical Approach 

The CMFD code TransAT© of ASCOMP is a multi-physics, finite-volume code based on solving 
multi-fluid Navier-Stokes equations. The code uses structured meshes, though allowing for multiple 
blocks to be set together. MPI parallel based algorithm is used in connection with multi-blocking. The 
grid arrangement is collocated and can thus handle more easily curvilinear skewed grids. The solver is 
pressure based (Projection Type), corrected using the Karki and Patankar (1989) technique for 
subsonic-to-transonic compressible flows (M < 2). High-order time marching and convection schemes 
can be employed; up to third order Monotone schemes in space (Quick scheme of Leonard), and 3rd to 
5th order Runge-Kutta schemes for time marching. Turbulent flows can be tackled within both the 
RANS and LES and its variant V-LES (short for Very Large Eddy Simulation). Multiphase flows can 
be tackled using (1) interface tracking techniques for both laminar and turbulent flows (level set, VOF 
with CVTNA interface reconstruction, and Phase Field), (2) phase-averaged homogeneous model 
(Algebraic Slip), and (3) Lagrangian particle tracking (1-to-4 way coupling, with heat transfer).  
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3. VALIDATION EXERCISES  

3.1. Laminar Flow past a Circular Cylinder 

 

 
Figure 2: Meshing techniques used for the flow past a cylinder: body-fitted grid, IST and IST/BMR 

 

This first validation test-case consists in the laminar flow past a circular cylinder at Re = 20-100, 
based on cylinder diameter and inflow velocity. Steady and unsteady simulations were performed 
using body-fitted grids (BFC) as the reference case, and Cartesian grids within the IST context, with 
and without BMR manifolds refinements. For all these simulations, a grid independence study has 
been performed, with mesh sizes ranging between 25’000 and 40’000 cells to address the gridding 
effect with IST/BMR. The different types of mesh used are presented in Fig. 3; the first panels show 
the single-block IST grids (medium and fine) with no additional BMR manifolds; the second panels 
show the IST grids with 3 and 4 BMR levels, respectively. The simulation result discussed here is the 
flow at Re = 40. Pressure and velocity fields of the fine-grid BFC and 4-level IST/BMR solutions at 
steady state are compared in Fig. 4. The comparison shows that the two approaches deliver identical 
results. Further validation results are discussed in Table 1, summarizing the predicted Drag 
coefficients obtained with the different approaches: BFC (from coarse to very fine); IST (1 BMR level, 
from coarse to very fine), and IST/BMR (from 2 to 4 levels BMR sub-blocks). 
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Figure 4: Flow past a cylinder (Re=40): pressure field and streamlines for BFC (left) and IST/BMR (right). 

 

 

Grid Description No of cells Grid efficiency CD 

1 Base Grid 2500 6.25% 1.71300 

2 Fine Grid 10000 25.00% 2.12050 

3 Very fine grid 40000 1000.00% 2.09636 

4 2-level BMR grid 2756 6.89% 2.24825 

5 3-level BMR grid 4788 11.97% 2.13764 

6 4-level BMR grid 23756 59.39% 2.09909 

7 Coarse body-fitted grid 2500 6.25% 2.04300 

8 Fine body-fitted grid 40000 100.00% 2.08700 
Table1:  Drag coefficients obtained with different meshing techniques and different grid refinements. 

 

The simulation on the finest BFC grid (40’000 nodes) is taken as the reference solution, delivering a 
drag coefficient of CD = 2.087. From these results it can be seen that if the mesh is not too coarse, IST 
provides results which are in excellent agreement with reference results. Looking now at the 
IST/BMR results reveals that results are also in very good agreement with the BFC mesh, while the 
number of cells has sharply decreased: when using three levels of refinement, more than 40% of the 
number of cells is saved to obtain results with the same quality; CD = 2.099, equivalent to the finest 
IST results (CD = 2.096). The conclusions to be drawn here are: (1) single-block IST deliver similar 
results as BFC (the advantage here is rapid gridding) for the same grid resolution, and (2) multi-block 
IST/BMR deliver the same results as BFC, for the same grid resolution near the boundary layer, but 
overall saving up to 40% cells in 2D; about 75% in 3D depending on the test cases. 
 
For flow past the cylinder at Re = 100, the motion is now unsteady featuring vortex shedding. Thus, 
the Strouhal number (St) could be compared to values found in the literature. The St obtained with the 
Grid-3 simulation is St = 0.166, which compares very well to previous experimental results of 
Williamson (St = 0.166) and Roshko (St = 0.167); both reported by Lai and Peskin (2000). Lai and 
Peskin (2000), who performed a similar calculation using immersed boundaries found St = 0.13-0.165. 
The results obtained with IST/BMR are in excellent agreement with the data. 
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4. BORON CONCENTRATION PREDICTION: THE ROCOM TEST C ASE 

4.1. Simulation Parameters 

 

Figure 5: The original ROCOM CAD file (details of the drum). 
 

 

Figure 6: IST-based grid for the ROCOM problem. 

 
Steady state and transient flow simulations were performed by TransAT using the k ε−  model for 
turbulence, combined with wall functions. The model employed is as described in Eq. (3), in the 
single-phase formulation, where Fs = 0. The high-order convection scheme (Quick) of Leonard was 
employed for all variables. The CAD files shown in Fig. 5 including the details of the drum (right) 
were immersed in a Cartesian grid consisting of 2.15 million cells (Fig. 6); the fine grid used for 
comparison consists in 4.47 million cells. The analyzed experiment is characterized as density 
dominated (Froude number = 0.366). For this calculation, the main pump no. 1 is delivering 5% of the 
nominal mass flowrate. The density difference between the injected ECC water and the primary loop 
coolant is 10%. The other pumps are not working. Inlet boundary conditions were specified at the 
ECC injection line using uniform velocities to simulate the one-loop Operation. An outflow condition 
was specified at the outlet nozzles. A no-slip boundary condition with all functions was used at all 
solid walls. The IST method was applied. OpenMP parallel steady-state computation took 8h on 4-
CPU PC cluster operating under Linux; transient runs took 72H. The simplifications brought to the 
original geometry by the FZR group (Höhne et al., 2006) were maintained here, too.  
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4.2. Steady State Results 

 

Figure 7: Flow and scalar mixing obtained by TransAT. 

 

Figure 8: Measured vs. simulated boron mixing in a cross section above the perforated drum. 

 
The CFD results are discussed in the context of Figs. 7 and 8. The left panel of Fig. 7 displays the 
velocity iso-contours, showing the details of the flow captured by the method without use of the 
porosity approach. The flow penetrates deep into the vessel then raises upward through the perforated 
drum. The right panel displays the boron distribution along the downcomer internals. Figure 8 
compare experimental and CFD results of the scalar mixture at a flow cross-section located just above 
the perforated drum. The simulation results agree pretty well with the data of Rohde et al. (2005), 
although the maximum concentration is underestimated compared to the data (red contour-lines). This 
was to be expected from isotropic eddy viscosity model, which are known to underestimate the rate of 
spreading of scalars near the walls, where turbulent stresses and fluxes are actually highly anisotropic.  
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4.3. Transient Results 

  

Figure 9: Transients of Boron distribution in the vessel. 

 

 

Figure 10: Measured vs. simulated scalar concentration at inlet at core inlet. 

 

 

Figure 11: Measured vs. simulated boron mixing scalar concentration at inlet at lower and upper downcomer. 

 
In the transient simulation, the flow is initiated at one pipe only. The simulation conditions considered 
here are widely inspired from the paper of Höhne et al., (2008) dealing with transients in this flow. 
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The same computational parameters are employed as in the steady-state case discussed previously, 
except that here the pipe length is substantially larger now to ensure developed flow conditions be 
reached before the flow enters the core inlet. A second-order implicit time marching scheme is 
employed. A U-RANS approach is employed, with an adaptive time step oscillating around a mean 
value of 0.001s, controlled via both convective and diffusive CFL criteria bounded between 1 and 2. 
The simulations run for 20s before reaching pseudo steady-state conditions.    
 
Qualitative results of the transient simulation are discussed in the context of Fig. 9, depicting the 
tracer concentration with time. Figures 10 and 11 present the history of the maximum, average and 
minimum tracer concentrations at selected locations. The left panel of Fig. 9 depicts the early stage of 
tracer penetration, suggesting that the scalar behaves like a vertical jet with little lateral/radial 
spreading around the vessel internals. The behaviour is more visible in the right panel, showing a 
later-stage snapshot of the scalar. At the pipe inlet, the scalar concentrations (maximum, minimum 
and maximum) are in line with the data; at the core inlet, however, deviations between CFD and 
experiments are visible when looking at the minimum values in particular, and thus the space 
averaged value. The maximum values are in accordance though. This is due to the fact that the pipe is 
not long enough to allow the flow and scalar concentration to reach fully developed conditions. At the 
lower and upper downcomer locations, again, the maximum concentration values match, but not the 
minimum values, and the thus the space averaged values. This could be interpreted by a low or slow 
lateral/circumferential spreading of the tracer along the internals. The reasons could be either 
numerical or physical (turbulence), or both: from the numerical viewpoint, it is likely that the grid is 
not fine enough to capture this distribution; while in terms of modelling, eddy viscosity models should 
systematically fail to predict momentum and scalar diffusion neighbouring the walls, because of the 
anisotropy of the stresses and fluxes. While the various papers from the FZR group report mainly 
space averaged distributions of the tracer, with no clear indication concerning the maxima and minima. 
Schaffrath et al. (2007) who employed the CFD code FLUENT for the same problem report 
comparison of the experimental and computational history of the maximum, space average and 
minimum tracer concentrations at the same locations (inlet, core inlet, lower and upper downcomer) 
showing similar deficiencies as observed here with TransAT.  
 

5. CONCLUDING REMARKS  

This paper describes a new multiscale, multicomponent CFD/CMFD approach for the simulation of 
single and multiphase thermal-hydraulics flows evolving in complex component-scale (mesoscale) 
configurations. In this approach the flow system could involve one or more fluids, convective and 
conductive heat transfer in solids, and phase-change heat transfer. The approach is based on the so-
called Immersed Surfaces Technology (IST), whereby solid bodies contained in the system are 
defined using a solid level set function to describe their surfaces, transcending conventional 
unstructured and body-fitted grids (BFC). The method has been successfully employed to treat the 
Boron distribution in the complex ROCOM configuration, both under steady-state and transient 
conditions. The quality of the present simulations is comparable to TRIO-U, CFX and FLUENT 
results reported by Höhne et al. (2006, 2008) and Bieder and Graffard (2008). 
 
Overall the quality of TransAT simulations pleads in favour of this multiscale, multicomponent 
approach based on IST/BMR. The method can now be can be faithfully used for a variety of thermal-
hydraulics mixing problems with a major advantage that it generates realistic transient simulations of 
turbulent single and multiphase flows in reasonable computing times (of the order of 24H on PC 
Linux clusters), since it reduce the grid size and thus the simulation time. The method is now widely 
used in TransAT for other types of flows, using other modelling frameworks, including LES and V-
LES. It has recently been successfully used to predict single phase flow and temperature mixing in a 
128-tube steam generator, the results of which will be presented as well. 
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Abstract 
 
In this paper decay heat removal scenarios of the lead cooled European reactor generation IV concept 
ELSY are presented. Based on a CFD model of the primary loops with all their components, an analy-
sis of the steady state operation mode is performed and the critical issues of the concept are presented. 
In case of a reactor shutdown the decay heat of the core can be removed by several passive systems. It 
can be shown that for all scenarios taken into account the temperatures can be stabilized within an 
acceptable range and a safe state is achieved. One exception is demonstrated in case of heat removal 
by isolation condensers, where in the lower parts of the steam generators at certain conditions lead 
freezing occurs.    
 
1. Introduction  
    
The nuclear reactor concept ELSY (European Lead-cooled System), presented in Fig. 1, is character-
ized by its very compact, innovative design. Inside the reactor vessel 8 primary loops and all their 
components like steam generators (SG) and primary pumps are integrated. Furthermore, 4 decay heat 
dip coolers (WADHR – Water Air Decay Heat Remover), symmetrically distributed around the core, 

are foreseen. For 
the permanent 
cooling of the outer 
vessel a piping 
system operating 
with air and con-
sisting of 8 loops is 
foreseen. The 
RVACS system 
(Reactor Vessel 
Air Cooling Sys-
tem), whose U-
pipes are mainly 
located in a gap 
between the reactor 
vessel wall and a 
heat-resistant con-
crete layer, which 
is not shown here, 
collects cold air by 
its inlets and heats 
it up along its way 
through the U-pipe 
loops by radiative 
heat transport be-
tween the outer 
vessel wall and 

RVACS U-pipe surfaces. The hot air is removed outside the plant building by a piping system with 2 
chimneys at a height of 30 m acting as outlet.  
 

 
Fig. 1: Configuration of the ELSY reactor 
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For the primary loops lead is considered as coolant because of its chemical inertia against water and 
advantageous thermodynamic properties. The main disadvantages are the high solidification tempera-
ture of 327°C and the oxidation and corrosion that make the use of a purification system mandatory. 
 
The thermal power of one unit at nominal conditions will be 1500 MW at a total mass flow rate of 
about 126 tons/s. As for the secondary cycle superheated water-steam is used, the thermal efficiency 
due to the electrical power conversion will be about 43% , which converts to an electrical power re-
lease of 600 MW. For the coolant, temperatures of 400°C at the core inlet and 480°C at the outlet are 
taken into account. A detailed description of the ELSY reactor is presented by Cinotti (2008). 
 
As it is presently not possible to run a CFD model, that is able to simulate the complete primary circuit 
and the decay heat removal systems of a nuclear reactor in detail, several models covering only one 
component were developed, such as for the RVACS system by Böttcher (2009) and for the SGs by 
Onea et. al. (2009 and 2010). For the dip coolers (WADHR), simulations with the system code 
TRACE were performed by Imke (2008) in order to compute the amount of heat removed from the 
primary system at specific lead temperatures. These results were used as source terms for a global 
CFD model (by applying ANSYS CFX 11.0), that takes advantage of the reactor symmetry and covers 
a 90° part of the vessel including 2 of 8 primary circuits with all their components. 
 
2. Model description 
 
To model the ELSY reactor several individual CFD models were developed. The vessel model, which 
is mainly described in this paper, considers a 90° part of the vessel with all its components and con-
sists of a hybrid mesh of about 20 million cells, see Fig. 2. The dimensions of the vessel are about 8.5 
m (height) by 12 m (diameter). 
 

 

Fig. 2: The vessel model Fig. 3: Detail of the vessel model 
 
 
 
 
The lengths of the cells vary between 10 mm in regions with large gradients and approximately 75 
mm. Solid structures like the vessel wall, the core barrel and pipe walls are represented by the grid 
cells with corresponding heat conduction mechanism, see Figs. 2 and 3. Fig. 3 shows details of the 
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mesh inside the steam generator. The coolant enters into the lower center of the SG through radial 
pipes coming from the core. The lead passes through the pump impellers which are not shown here 
and flows upwards along the axis of the pumps. On its radial way through the SG a perforated wall 
(W1) has to be passed. Between W1 and the outer perforated wall W2 the heat is removed by a sec-
ondary flow cycle consisting of superheated water flow through a couple of spiral type rods. The heat 
sink is modeled here by a volumetric energy source term derived from a RELAP model by Barucca 
and Gregorini (2008). The pressure loss of W1, W2 and at the region between W1 and W2 covered 
with spiral type tubes is computed by using loss coefficients derived from detailed CFD models by 
Onea et. al. (2009), and from correlations taken from VDI Wärmeatlas (2006). 
 
2.1 The core model 
 

  
Fig. 4: Assembly power factors Fig. 5: Assembly axial power distribution 

 
For the core, which is resolved on assembly basis, an open square sub-assembly design is chosen. It 
consists of 170 fuel assemblies with different enrichment zones with an active length of about 1 m. 
The active part of the core is indicated by the region with a temperature rise in Fig. 2. Each fuel as-
sembly with a cross section of 294 x 294 mm2 contains 428 fuel pins of mixed oxide (UO2 and PuO2). 
Fig. 4 shows the assembly power factors. The assemblies containing control rods are providing only a 
small amount of power and are left empty. Each cross section is meshed by 5 x 5 hexagonal cells with 
an axial length of 50 mm. The volumetric heat source of the core is assembly dependent with an axial 
power distribution given in Fig. 5. The power distribution is following the proposals of Travleev 
(2009). 
 
Pressure loss coefficients based on the work of Rehme (1973) are implemented, which take into ac-
count the losses at the inlet and outlet of the core, the losses by the flow through the subchannels and 
of 6 spacers. At nominal conditions of 126 tons/s  the pressure loss is about 0.85 bar with an average 
velocity in the power assemblies of 1.38 m/s. The coolant temperature in the average assembly is as-
sumed to be 400°C at the  inlet and 480°C at the outlet. The inactive upper part of the core above the 
radial outlets towards the SGs is considered as solid with the density, heat capacity and conductivity of 
liquid lead. The region between the reflector and the active part of the core is filled with dummy as-
semblies without power production. A bypass flow of about 3% is assumed, which is achieved by 
setting loss coefficients 400 times larger than for the power assemblies. 
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2.2 The SG model  
 
Because of computational limitations it is not possible to resolve the perforated walls and the heat 
exchanging spiral pipe structures. As consequence, the frictional losses and the heat exchange have to 
be implemented by volumetric source terms. 
 
The standard operation conditions of the 8 SG units are given by an average inlet temperature of 
480°C and 400°C at the outlet. At standard conditions each unit has to remove 187.5 MW at a coolant 
flow rate of  15.75 tons/s. The formulation of the heat sink of the SGs is of main interest for the model, 
as it is used for establishing the temperature level of the primary loops. The heat release of the core is 
considered as temperature independent. The system is closed and the boundaries are treated as adiabat-
ic except the outer vessel wall. The RVACS system is permanently removing heat, but its capacity is 3 
orders of magnitude lower (at standard conditions) than the heat production by the core.  
 
The secondary system is operating with supercritical water with a temperature of 335°C at the inlet. If 
the coolant on the primary side has reached this temperature, no heat is transferred anymore. A linear 
dependency of the heat flux based on the two fixed temperatures at inlet and outlet of the SGs is as-
sumed. Furthermore, the influence of the local lead velocities is neglected and the heat sink is consi-
dered to be spatially constant. The volumetric source term is implemented as 
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where VSG is the total volume of heat exchanging region and Tlead,in is the averaged lead temperature at 
the SG inlet. 

 
The SGs are treated as porous media with a porosity of 0.65 for the pipe region. For the perforated 
wall regions a porosity of 1 is assumed. Otherwise the radial discretization by 3 cells at a radial wall 
thickness of 60 mm leads to convergence difficulties. Loss coefficients for the perforations and the 
pipe bundle region are assumed based on the results by Onea et al. (2008 and 2010). Fig. 6 presents 
the main pressure losses within the ELSY primary circuits. At standard conditions the pressure loss in 
the core is about 0.89 bar, while for the SGs about 0.3 bar is reached. The pressure loss inside the SGs 
is 0.103 bar for the inner perforated wall, 0.1 bar for the pipe region and 0.078 bar for the outer perfo-
rated wall. At standard conditions the pressure loss inside the core is dominant, but at free convection 
conditions with low flow rates the situation is changing and the influence of the losses by the SGs 
becomes more important. The loss coefficients of the various components are shown in Fig. 7. The 
implementation of the pressure losses is done as directional loss model given by 
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Fig. 6: Component pressure losses Fig. 7: Loss coefficients of components 



 5 

where λ is the loss coefficient, u the velocity component in x direction and  ρ the coolant density. For 
the SG perforations in radial direction loss coefficients specified by Fig. 7 are used, while for the axial 
and circumferential direction the loss coefficients are multiplied by a factor of 10. For the spiral tube 
region and for the core an isotropic loss model is applied. 
  
For large Reynolds numbers the loss coefficients are approaching an asymptotic value, while for low 
Reynolds numbers they are increasing significantly. As consequence, the design of the SG due to its 
perforated walls becomes the limiting factor of the natural convection flow rate, if the pumps are 
switched off and the decay heat production of the core becomes the driving force due to density differ-
ences. 
 
2.3 The pump model 
 
Each of the 8 primary loops contains a pump, for which only its impeller axis is considered as non-
rotating solid. The impellers are located below the bottom of each SG inside the annular channel be-
tween the pump axis and the inner perforated wall W1 (Fig. 3). They are not taken into account by the 
computational mesh but in terms of a volumetric momentum source. The vessel model is a closed sys-
tem, so that in case of forced convection the coolant flow has to be fixed by the imposed momentum 
source terms of the pump impellers. A simple approach is given by a formulation of a Dirichlet type 
condition (see ANSYS User Manual (2009)): 
 

)( specuuK
x
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∂
∂−   (3), 

 
where K is set to a large number, e.g. 106 kg/m3s, u is the velocity component in x-direction, which is 
equivalent with the pump axis, and uspec is a specified velocity. For the flow volume, which is occupied 
by the pump impellers but left free in the CFX model, uspec is set to a constant value derived from the 
theoretical mass flow, the density of the coolant and the local cross section area. For the components 
in transversal direction an equivalent formulation is used, but the specified velocity component is set 
to 0, so that the solution is pushed towards a parallel flow with a constant velocity uspec. For more ad-
vanced models it would be possible to implement 3D velocity profiles obtained from a standalone 
pump model or even to resolve the pump impellers by the computational mesh and to simulate its rota-
tions with a frozen rotor approach. 
 

2.4 The dip cooler model 
(WADHR) 
 
Each of the 4 dip coolers (Fig. 1) is 
made of a bayonet tube bundle, which 
can be operated in case of decay heat 
removal, if the isolation condenser 
systems (ICS), acting through the SG 
secondary circuits, are not available. 
Each WADHR loop, for which a power 
of 5 MW is envisaged in case of a lead 
temperature of 430°C, is constituted by 
a cooling water storage tank vertically 
above, so that the coolant flow is 
driven by gravity. Alternatively, in 
case of low decay heat production, an 
air operation mode with less power is 

foreseen. In the CFD vessel model the WADHR systems are considered as porous media with volu-
metric heat sinks, which are obtained from a TRACE model by Imke (2008) based on a heat transfer 
coefficient of 1880 W/(m2K) and a mass flow of water of 0.023 kg/s on the secondary side, see Fig. 8. 
Between 0 s and 750 s after the shutdown is initiated an operation level of 16.6% (due to flow instabil-
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Fig. 8 : Power of a single dip cooler (TRACE model) 
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ities on the secondary side) is assumed. Between 750 s and 1000 s the level increases with linear time 
dependency to 100%. For larger times full availability is assumed. The instantaneous heat exchange of 
the WADHR system is calculated by evaluation of the spatially averaged lead temperature inside the 
WADHR´s volume.  
 
 
2.5 Model assumptions and boundary conditions 
 
For the spatial discretization a 1st order donor cell method is applied in order to stabilize the simula-
tions, especially for the transients. The time integration is performed with a 2nd order Euler-backward 
method with an adaptive time step management of the solver. As mentioned before a closed system is 
modeled, where the temperature and the mass flow are controlled by source terms. As boundary condi-
tions a heat flux derived from RVACS CFD results is imposed on the outer vessel wall, furthermore 
symmetrical zero-gradient boundary conditions are used in circumferential direction. The RVACS 
system removes 0.83 MW at a vessel wall temperature of 400°C and 1.04 MW at 500°C with a quasi-
linear dependency on the wall temperature. So for all presented cases the RVACS heat flux is eva-
luated by the mean vessel wall temperature and introduced as a local constant, but it needs to be 
pointed out that for the presented cases it is one order of magnitude lower than for the other systems.  
 
Because the free lead surface is not taken into account, the top of the model is treated as a simplified 
free-slip adiabatic wall. With the exception of the vessel wall all model boundaries are considered as 
adiabatic. For all simulations ANSYS CFX 11.0 is used. 
 
3. Results for the standard operation conditions 
 

 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 

As mentioned before the reactor is operating at nominal conditions, which means a thermal power 
production of 1500 MW and a coolant flow rate of 126 tons/s. Fig. 9 presents the temperature distribu-
tion for a case where the core reflector is considered as liquid lead and a bypass flow of 3% through 
the dummy assemblies is assumed. In the left part a radial cut through a control rod position is shown. 
An unheated jet-like structure propagates through the core just into the pipe towards the SG. Due to 
the high density of the liquid lead the crosswise mixture is rather small and the influence of the low 
power control rod assembly is – together with the unheated bypass flow- responsible for temperature 
differences of about 20°C at the inlet of the SG. Furthermore, strong temperature differences at the 
radial core pipe outlets up to 60°C are predicted, which may cause material problems due to thermal 

 
 

Fig. 9: Steady state temperature distribution at nominal operation conditions 
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stresses. Those temperature differences can be lowered by a core reflector of solid steel to about 30°C, 
but the constructive details for these parts are still an open issue.  
 
 
4. Decay heat removal scenarios    
 

Two different cases of DHR are inves-
tigated in this paper. The first one con-
siders the heat removal by isolation 
condenser systems, which are operat-
ing through the secondary circuits of 
the SGs, while for the other case the 
decay heat is removed by the WADHR 
systems in water operation mode. In 
Fig. 10 the decay heat production of 
the core and the heat sinks of the ICs 
and the WADHR systems are pre-
sented. 0.1 s after the control rods are 
inserted the heat production of the core 
has decreased very rapidly to 6% of its 
initial level of 1500 MW. Up to about 
1000 s the isolation condensers are 
removing more heat than produced, 
while the WADHRs are starting at 
about 3 MW and are reaching 20 MW 

after 1000 s. The data for the ICs are taken from a RELAP model simulation by ANSALDO (2008) 
and are used as input data for the CFD simulation, as it is presently not possible to model the secon-
dary circuit due to multiphase flow effects. The WADHR data are based on the temperature difference 
between lead on the primary side calculated by our CFD model and the secondary side. The volumet-
ric averaged coolant temperature at the WADHR locations is used and the total heat consumption is 
derived from TRACE simulation results (Fig. 8). As mentioned before for both scenarios the heat con-
sumption is introduced as a locally constant, volumetric sink term which is updated after each time 
step. Up to 10000 s are simulated by using a second order Euler-backward method with adaptive time 
steps. At average time steps of 6 s about 3 weeks of computational time (using 12 parallel processes) 
are necessary. It has to be mentioned that convergence criteria are weakened compared with the steady 
state calculations, because otherwise a computational time of about half a year would have been nec-
essary. Precisely the convergence level was increased by a factor of 5 to 5e-04 for the normalized re-
siduals, furthermore 0.01 for the global balances was applied. Compared with the standard high order 
discretization method the applied 1st order donor method has a higher damping and allows larger tim-
steps . The accuracy of the transient simulations is reduced but at least sufficient to obtain a qualitive 
understanding of the flow field.     
 
 
5. Results of DHR studies 
 
Fig. 11 shows the mass flow through one pump cross section for the two cases. Together with the reac-
tor scram the pumps are shut off and because of inertia effects it is assumed, that the impellers rotation 
has decreased to 0 after a delay time of 5 s. The flow conditions are very rapidly changing from forced 
convection to buoyancy driven natural convection. The mass flow per pump decreases from initially 
15.75 tons/s to values below 500 kg/s. 
The design of the steam generator is important, mainly because of the wall perforations. The heat up of 
the coolant in the core is the driving force of a natural convection circulation due to density differ-
ences, but the core temperatures should be kept within reasonable limits. The temperature minima and 
maxima for the core are shown in Fig. 12. At standard conditions the average heat up of coolant in the 
core is about 80°C and the maximum differences (calculated by the CFD model) are about 110 °C.  

 
Fig. 10: Heat production and consumption 
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In case of natural convection and decay 
heat release the temperature differences 
become significantly smaller and are 
only reaching about 50°C for both sce-
narios.   
 
However, there  is one exception where 
the coolant temperatures are outside an 
acceptable range. Inside the steam gen-
erators the lead velocity is significantly 
lower close to the bottom and larger 
towards the top of the SG. If the heat is 
removed by isolation condensers, then 
the local heat flux mainly depends on 
the large temperature differences be-
tween the fluids on the primary and 
secondary side, while the compara-
tively low velocity on the primary side 
is of less influence. So the simulation 
locally predicts lead temperatures be-
low the freezing point. 5 minutes after 
the ICs are started solidification at the 
bottom of the SGs takes place. The 
situation is shown in Figs. 13 and 14. 
Within a short time interval between 
300 and 500 s the temperatures are 
locally below the melting point of lead 
(327°C), which is indicated by an iso-
surface with metallic texture.  
 

 
As consequence, a modification of the IC system and /or its operational logics seems to be necessary. 
The time dependent development of flow patterns for the WADHR scenario, in terms of streamlines 
coloured with the local temperatures, is demonstrated in Fig. 15. At 0 s the flow is in forced convec-
tion conditions which are visible by a straight global flow circulation nearly without secondary struc-
tures. The core is still operating at 100% of its nominal power, which is visible by the average heat up 
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Fig. 11: Mass Flow through one pump 

 
Fig. 12 : Maximum and minimum core temperatures 

300

320

340

360

380

400

420

440

460

480

500

0 2000 4000 6000 8000 10000

Time [s]

T
em

pe
ra

tu
re

 [°
C

]

4 IC´s on/ SG1 Tmax

4 IC´s on/ SG1 Tmin

WADHR on/ SG1 Tmax

WADHR on/SG1 Tmin

  
Fig. 13: Temperature minima and maxima at the SG´s Fig. 14: IC scenario at 353 s 
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of about 80°C of the lead passing through the core. At 4.9 s the flow is utmost transient dominated by 
the primary pumps shut off and the sudden decrease of the core power. The initial structures of the 
forced convection flow are still visible, but additional large scale structures similar with a stop vortex 
below the SG bottom level are developed now. Furthermore the flow seems to be noisier in detail, 
which may be due to the reduced convergence criteria of the transient calculation against the steady 
state solution. After 1000 s the average lead temperature has increased by more than 20°C because up 
to this time the decay heat of the core is larger than the removed heat of the WADHR systems. At 
10000 s the average coolant temperature has decreased again because now more heat is removed as 
produced. It can be stated that the natural convection is stable for both scenarios and for all times the 
coolant temperature is well above the melting point with one exception discussed before. Also, the 
structural integrity of core materials is not compromised. 

 
6. Summary and conclusions  
 
In this paper a detailed CFD investigation of the ELSY reactor concept at nominal operation condi-
tions and for decay heat removal scenarios is presented. It is shown that the concept is working in 
principle but there are some points which still have to be improved, mainly strong temperature gradi-
ents at the core outlet. In case of a reactor shutdown the passive heat removal systems are working in 
stable conditions and the temperatures can be controlled in an acceptable range. For the case of heat 
removal by isolation condenser systems a solidification of lead close to the steam generator bottom is 
possible. Apart from a modification of the IC systems the flow through the steam generators could be 
homogenized by the introduction of an axial dependent pressure loss of the perforated SG inner and 

  

 
 

Fig. 15: Flow situation for the WADHR scenario 



 10 

outer walls, which should be larger in the upper parts. For future Gen. IV systems the innovative com-
pact design of ELSY provides an interesting approach because of its safety and commercial aspects.     
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Abstract 
 

The very high temperature reactor (VHTR) has been chosen as the concept for the next generation 
nuclear plant (NGNP), supported by the U. S. Department of Energy. There are two basic designs for 
the VHTR: a prismatic design and a pebble-bed design. In the prismatic design, the coolant (helium) 
exits the core into a lower plenum as jets. The helium then turns 90° and flows toward the exit duct 
around cylindrical support posts. Safety analysis by computational fluid dynamics (CFD) is desired to 
determine the level of mixing of the jets and check for hot spots. Experimental data were taken in a 
scaled model of a slice of the lower plenum of a prismatic VHTR. Numerical investigations have been 
made using CFD to determine if the data are suitable for validation. This paper provides the findings 
of the investigations including results for a modified version of the flow field. The investigations 
include a determination of the extent of the computational domain needed, the best outlet boundary 
condition to use, the accuracy of the inlet data, application of several turbulence models and the 
search for the cause of an instability that causes large random excursions of flow variables. It is found 
that the inlet data measured by PIV are not sufficiently accurate and that the instability is apparently 
caused by the presence of the first inlet jet which impinges on a recirculation zone. 

1.   INTRODUCTION 

After traversing the VHTR core, the heated gas enters the lower plenum as jets where it mixes and 
exits the reactor vessel. The heat generation in the core is not uniform, leading to coolant jets of 
varying temperatures. Figure 1 gives a plan view of ½ of the prismatic VHTR lower plenum showing 
numerous cylindrical support pillars, locations of jet inlets (smaller circles amongst the pillars) and 
the exit duct. There are concerns that the heated helium may create hot spots in the lower plenum of 
the reactor vessel. There is also concern that the helium will not be sufficiently mixed to attain a 
uniform temperature as it exits the reactor vessel. The application of a CFD code to characterize the 
helium flow in the lower plenum requires that the calculations be validated against experimental data. 

 
Figure 1. Plan view of the VHTR lower plenum. 

Isothermal experimental data have been taken using stereo particle image velocimetry (PIV) in 
the Idaho National Laboratory’s matched index of refraction (MIR) facility for a 1:6.55 scaled model 
of a narrow section of the lower plenum (MacIlroy et al., 2008). Figure 2 provides isometric and plan 
views of the scaled model, showing inlet ports, half and full cylindrical posts, the exit plane and the 
origin and coordinate axes used for the CFD model. The half cylinders are included in the scaled 
model because the model was designed as an exact scaled replica. The inner model geometry is 53.98 
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exits the core into a lower plenum as jets. The helium then turns 90° and flows toward the exit duct 
around cylindrical support posts. Safety analysis by computational fluid dynamics (CFD) is desired to 
determine the level of mixing of the jets and check for hot spots. Experimental data were taken in a 
scaled model of a slice of the lower plenum of a prismatic VHTR. Numerical investigations have been 
made using CFD to determine if the data are suitable for validation. This paper provides the findings 
of the investigations including results for a modified version of the flow field. The investigations 
include a determination of the extent of the computational domain needed, the best outlet boundary 
condition to use, the accuracy of the inlet data, application of several turbulence models and the 
search for the cause of an instability that causes large random excursions of flow variables. It is found 
that the inlet data measured by PIV are not sufficiently accurate and that the instability is apparently 
caused by the presence of the first inlet jet which impinges on a recirculation zone. 

1.   INTRODUCTION 

After traversing the VHTR core, the heated gas enters the lower plenum as jets where it mixes and 
exits the reactor vessel. The heat generation in the core is not uniform, leading to coolant jets of 
varying temperatures. Figure 1 gives a plan view of ½ of the prismatic VHTR lower plenum showing 
numerous cylindrical support pillars, locations of jet inlets (smaller circles amongst the pillars) and 
the exit duct. There are concerns that the heated helium may create hot spots in the lower plenum of 
the reactor vessel. There is also concern that the helium will not be sufficiently mixed to attain a 
uniform temperature as it exits the reactor vessel. The application of a CFD code to characterize the 
helium flow in the lower plenum requires that the calculations be validated against experimental data. 

 
Figure 1. Plan view of the VHTR lower plenum. 

Isothermal experimental data have been taken using stereo particle image velocimetry (PIV) in 
the Idaho National Laboratory’s matched index of refraction (MIR) facility for a 1:6.55 scaled model 
of a narrow section of the lower plenum (MacIlroy et al., 2008). Figure 2 provides isometric and plan 
views of the scaled model, showing inlet ports, half and full cylindrical posts, the exit plane and the 
origin and coordinate axes used for the CFD model. The half cylinders are included in the scaled 
model because the model was designed as an exact scaled replica. The inner model geometry is 53.98 
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mm wide, 558.8 mm long with the first jet located at 88.93 mm from the origin, and 217.5 mm high. 
Diameters for the inlet jets and posts are 0.0221 mm and 0.03175 mm, respectively. 

 

           

Figure 2. Isometric and plan views of the scaled model and coordinate axes for the CFD model. 

The overall objective of the CFD study of the scaled model is to investigate issues related to the 
suitability of the experimental data for use as a validation data set. These issues include the suitability 
of the model geometry, how many inlet jets should be employed, how sensitive the internal flow is to 
the symmetry/asymmetry of the inlet jets and how complex the flow actually is. Other issues include 
the completeness and accuracy of the inlet conditions and whether the flow involves vortex-shedding. 
Three dimensional CFD calculations have been made to investigate these issues for a jet inlet 
Reynolds number = u djet /ν = 12,400, where u  is the bulk velocity of the jet. The study employs the 
Reynolds-averaged Navier-Stokes (RANS) turbulence models for the investigation of the MIR data. 

2.   NONSTATIONARY TURBULENT FLUID DYNAMICS 

Turbulent flow is characterized by random fluctuations in all three spatial directions. In addition 
to these motions, there may be additional unsteady motions that are not from turbulence. Such flows 
are termed nonstationary. Examples of these include turbulent flow in turbomachinery where there is 
unsteadiness from rotating blades, turbulent flow around bluff bodies that causes vortex-shedding and 
turbulent flow that is being pumped by a pulsating pump. In the present case, it is assumed that the 
flow around the cylindrical posts generates vortices. For nonstationary turbulent flow, two averaging 
operations can be applied to the instantaneous flow quantities (Johnson, 2008a). First, the random 
turbulence is averaged out of the Navier Stokes equations by performing an ensemble average. The 
procedure is called Reynolds averaging and the resulting equations are called the Reynolds-averaged 
Navier Stokes (RANS) equations. An approach that employs the unsteady RANS equations is called a 
URANS approach. Mathematically, for nonstationary flow the instantaneous quantities are 
decomposed into an ensemble average and a random fluctuating component. For example, for the X-
component of velocity: 

u = <u> + u΄ (1) 

where <u> is the ensemble average and u΄ is the turbulent fluctuation. The ensemble average can vary 
in time because of non-turbulent unsteadiness. The ensemble-averaged quantity can be decomposed 
further into a time-averaged component and a coherent fluctuation. The coherent fluctuation is related 
to non-turbulent unsteadiness such as vortex-shedding. For example 

<u> = U + u~  (2) 

where U is the time average of the ensemble average (or long-time average or just time mean) and u~

is the coherent fluctuation. These averaging processes are applied to the velocity components and 
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pressure. The velocity components are given as u, v and w in the X, Y and Z directions, respectively. 
The present CFD simulations compute the ensemble averages. These are concurrently time-averaged 
(by a running time-averaging calculation) because the experimental data of McIlroy et al. (2008) are 
long-time averaged. Furthermore, the data were taken at a rate of 2 - 3 data planes per second, which 
is insufficiently rapid to capture the vortex shedding. However, the data were taken for time intervals 
of about 375 seconds such that a fairly representative long-time average should have been obtained. 

3.   CFD MODELS 

3.1 Flow Domain and Outlet Boundary Condition 

The 104.8 mm wide scaled model was positioned inside the test section of the INL’s MIR facility, 
which has a cross section of 609.6 mm square. The mineral oil working fluid not only flows into the 
scaled model, but also around the outside of the model. A concern was that the outer flow would alter 
the flow at the exit of the scaled model, possibly affecting the flow inside the model. A two-
dimensional study, using a URANS approach, was performed to assess the effects of the outer flow on 
the inner flow and determine if the outer flow should be included in the CFD model (Johnson, 2008b). 
The commercial CFD code FLUENT (2008) was used in the 2-D study. The Reynolds stress transport 
turbulence model (RSM) was employed. Mesh and iterative convergence were achieved. 

Figure 3 illustrates the geometry and streamlines for the 2-D case where both inside and outside 
flows are included. As can be seen, the flow develops shedding vortices around the full and half 
cylinders inside the model; it can also be seen that there are vortices forming beyond the 25.4 mm 
thick walls of the scaled model. It was found that because of the vortex shedding from the last 
cylinder there is inflow at the exit plane of the scaled model. 

 

Figure 3. Stream function contours of the flow in the 2-D CFD model that includes the outer flow. 

Additional 2-D cases were computed where only the inner flow was included and where two 
different boundary conditions were employed at the outlet plane. The two boundary conditions used 
were the ‘outflow’ and ‘pressure-outlet’ conditions. These two boundary conditions are available in 
both commercial CFD codes FLUENT (2008) and STARCCM+ (2008). The ‘outflow’ boundary 
condition enforces a constant gradient condition for the velocity components while the ‘pressure-
outlet’ condition sets a constant static pressure just downstream of the outlet plane. Actually, neither 
of these conditions is exactly correct because of the vortex shedding behind the last post. 

Figure 4 illustrates the time mean streamwise velocity U at the outlet plane and at profile location 
‘3f,’ (see Fig. 3), for cases employing the ‘outflow’ and the ‘pressure-outlet’ conditions compared to 
the reference case, which includes the outer flow (inner-outer). As can be seen, the three cases are 
distinctly different at the outlet plane. However, at location 3f, results for the ‘pressure-outlet’ case 
compare very closely with the reference case. Figure 5 compares the three cases for time mean 
transverse velocity V and the kinematic Reynolds stress vu  at 3f. As shown, the ‘pressure-outlet’ 
results closely match those for the reference case. These results provide confidence that including 
only the flow domain inside the scaled model along with using the ‘pressure-outlet’ boundary 
condition will not cause inaccuracy in the results except in the region very close to the outlet plane. 

3f 
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 (a) (b) 

Figure 4. Profiles of the time mean velocity U at (a) the outlet plane and at (b) location 3f (Fig. 3). 

 
 (a) (b) 

Figure 5. Profiles of (a) the time mean velocity V and (b) the Reynolds stress vu  at 3f (Fig. 3). 

3.2 Inlet Conditions 

Accurate and complete inlet boundary conditions are critical to the usefulness of any CFD 
validation data set. These include the velocity components and turbulence parameters, usually the 
turbulent kinetic energy (TKE). The inlet mass flows for the experiment were adjusted and measured 
by calibrated mass flow rotameters, one for each inlet duct. The mass flow to the first jet was set to be 
two-thirds that of the others because of the smaller flow area (see Fig. 2). The rotameters provided 
accurate mass flow rates. Additionally, PIV data were taken for a vertical stretch of the inlet ducts of 
the scaled model. Three-dimensional velocity data were taken in eleven 2 mm thick X-Z planes 
illuminated by laser sheets. Data at Z = 9.7 and 11 mm were extracted for use as inlet conditions. 

The inlet data were read as tables into STARCCM+. Values were interpolated onto the grid and 
then integrated to obtain the mass flow rates. Unfortunately, the reduced PIV data do not generally 
compare well with the mass flow rotameter data, Johnson (2009). Table 1 provides information on the 
percent difference the mass flows based on the PIV data are from the rotameter data. 

Table 1. Percent difference of mass flows from measured rotameter values for the PIV-based flows. 

 jet 1 jet 2 jet 3 jet 4 total 

PIV @ 9.7 mm 25.1% low 7.98% low 4.46% low 8.99% low  10.4% low 

PIV @ 11 mm 18.1% low 0.78% low 2.99% low 8.80% low 6.70% low 

Clearly, there are some significant differences between the rotameter data and the mass flows, in 
particular for Jet 1. Greater confidence in the PIV-measured inlet data would be obtained if the 
differences from the rotameter data were less than 5%. This is actually true for jet 3 at 9.7 and 11 mm 
and Jet 2 at 11 mm. However, there are also significant differences between the PIV inlet data from 
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9.7 to 11 mm for Jets 1 and 2, which casts further doubt on the accuracy of the PIV-based inlet data. It 
was decided that the best approach for the inlet conditions is to use the rotameter data to compute bulk 
velocity in the Z-direction, set the other two velocities to zero and match the TKE in the core of the 
inlet ducts to the MIR data. The inlet data are applied at Z = 88.5 mm, which is the height of the inlet 
ducts. Just above this level are turbulence generating screens preceded by flow straighteners. 

3.3 Meshing 

In the aforementioned 2-D study (Johnson, 2008b), three different grids of increasing fineness 
were employed. It was found that the intermediate and finest grid yielded very similar results. For the 
3-D meshes, two 2-D grids were constructed based on the coarsest and intermediate 2-D grids above, 
then extruded vertically. Inlet ducts of 88.5 mm were added to the coarser grid, denoted a4. The 
number of cells in the Z-direction is 100 in the inlet ducts and 110 cells in the main body for a total of 
5.8 million cells. Though it was intended to use the finer grid for final data comparison, it was decided 
to use the coarser grid for initial investigations of the MIR data. GAMBIT 2.4.6, which comes with 
FLUENT, was used to create the meshes. Figure 6 shows a detail of grid a4 plus an isometric view. 
The inlet jet ports are green, the outlet plane is red and the walls are gray. 

    

Figure 6. A detail of the cross-section and an isometric view of grid a4. 

3.4 Computational Details 

The commercial CFD code STAR-CCM+ was used for the 3-D computations. The best practice 
guidelines used in the present study consist of those specified for the ASME Journal of Fluids 
Engineering. The flow problem is set up using a URANS approach, because of the expectation of 
vortex shedding. Second-order differencing is used for both spatial and the implicit temporal 
discretization; the segregated solver is used. Walls are considered smooth and are assigned the no-slip 
condition. Simulations using grid a4 employ a time step of 2.0 x 10-4 second. The ‘pressure-outlet’ 
boundary condition is used at the outlet as discussed above. The iterative convergence for each time 
step was set based on the calculation of a Poiseuille flow, which has an analytical solution. It was 
found from the Poiseuille flow calculation that a residual computed in STARCCM+ in the default 
mode is converged at a value of about 2 x 10-4. 

Figure 7 illustrates profile locations in the scaled model that will be referred to for data 
comparisons. The profiles shown in the plan view each represent two profiles: one at Z = -0.07 m 
(given suffix ‘u’) and one at Z = -0.15 m (suffix ‘d’). So for example, profile ‘x1d’ is at location ‘x1’ 
at Z = -0.15 m, while ‘p2u’ is at point p2 at Z = -0.07 m. 

 

 

Figure 7. Locations of profiles and points for data comparison. 
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The CFD calculations must be long-time averaged to compare with the MIR data, which are 
averaged over 375 seconds. The long-time averaging is computed concurrently with the unsteady 
calculations. The question arises as to how long the simulation must be carried out to provide an 
unchanging long-time average. Figure 8 plots the time mean velocity W along profile ‘y0u,’ for five 
points in time. Grid a4 and the SST k~ω turbulence model and uniform inlet profiles are used. This 
profile captures the four jet inlets along the centerline. Computations for 2.4 seconds or less are 
significantly different from longer time averages in the region of the first jet. These results actually 
are an indication that there is some kind of instability in the vicinity of Jet 1. This instability is 
investigated further below. It is concluded that calculations need to run for at least 3 seconds. 

 
Figure 8. Time mean velocity W along data profile ‘y0u’ at five different times. 

3.5 Initial Conditions 

Two methods for beginning the unsteady calculations were investigated. The first method is to 
begin a steady calculation until the residuals stop decreasing, then initiate unsteady calculations. The 
second is to start from a stagnant condition. Computations were made using the AKN k~ε turbulence 
model starting from these two initial conditions. Differences in results were not significant compared 
to differences using different turbulence models, Johnson and Schultz (2009). 

3.6 Turbulence Models 

RANS turbulent models are employed to represent the turbulence in the flow. Any turbulence 
model that is to be used for reactor safety analysis must be validated for the range of phenomena to 
which it is to be applied. The behavior of the turbulence model in the near-wall region is important 
because its large effects on wall friction and heat transfer. A nonturbulent region exists adjacent to the 
wall and has been found experimentally to be where the dimensionless wall distance y+ = yuτ/ρ < 11. 
Here y is the dimensional distance, uτ is the friction velocity defined as the square root of the wall 
shear stress divided by the density ρ, and µ is the dynamic viscosity. Some turbulence models require 
the additional specification of a wall treatment while others are designed to intrinsically apply all the 
way to the wall. The near-wall y+ values for grid a4 are mostly between 1 and 12 and therefore in the 
viscous region or sublayer. This is appropriate for turbulence models that are designed to handle the 
viscous sublayer. However, standard wall functions are also designed to work within the viscous 
sublayer. Four turbulence models are employed within STARCCM+ in the present study. These are 
the Reynolds stress transport turbulence model (RSM) with the two layer all y+ wall treatment, the 
standard k~ε (SKE) two layer model with the all y+ wall model, the Abe-Kondoh-Nagano (AKN) k~ε 
low Re model with the all y+ wall model and the Menter shear-stress transport k~ω model (SKW) 
with the all y+ wall model. The latter two models are specifically designed to apply up to the wall. 

4.   RESULTS AND DISCUSSION 

4.1 Detailed Results for Four Jets 

Results are obtained for the four turbulence models described above. The inlet conditions are 
based on the rotameter data as mentioned. The turbulent kinetic energy and turbulent dissipation rates 
are set to 0.1 J/kg and 1.0 J/kg-sec for all jets for the RSM, SKE and AKN models. For the SKW, the 
inlet turbulent kinetic energy is the same while the specific dissipation rate is set to 1.0 sec-1. All cases 
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use grid a4 and are computed to 5 seconds, except for the SKE case, which becomes periodic and is 
cut off at 3.7 seconds. The long-time averages are performed over the five seconds, except for SKE, 
where it is performed over four periodic cycles. 

Figure 9 plots time mean results for vertical velocity W for the four turbulence models for profiles 
y0u and y0d. The four jet signatures are clearly visible in the data at y0u. The calculations are poorest 
near Jet 1, but improve until they match the signature for Jet 4 for all four turbulence models. 
Calculations for profile y0d are quite similar for all cases, though the signature for Jet 1 is missing. 

 
Figure 9. Time mean velocity W at y0u and y0d. 

Figure 10 compares results for the four turbulence models with the MIR data at profiles x3u, x3d, 
x4u, x4d, x6u and x6d. At x3u, just upstream of Jet 3, the flow is mostly vertical and the results differ 
significantly. At x3d, the flow has turned and become mostly horizontal. The spikes seen at x3 in the 
MIR data are not present in the calculations. The flow accelerates at x4 because of the presence of the 
two half posts. Again, the computed results vary widely, though the SKW results look best overall. By 
profile x6, the effects of the jet inflow have reduced considerably and all of the results are showing 
correct trends. Overall, the calculations in the vicinity of the inlet jets show the poorest agreement. 
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Figure 10. Comparison of time mean velocity U results for the four cases with the MIR data. 

Figure 11 plots time evolution curves for the computed ensemble mean velocity <w> at point p2u 
for the four turbulence models. This point is located in the center of Jet 3 at Z = -0.07 m. All of the 
results do show periodic behavior. However, only the SKE and the RSM show well-behaved periodic 
behavior. The traces for AKN and SKW exhibit dramatic variations that appear to be random in time. 

 
Figure 11. Time traces at point p2u for the four turbulence models. 

Figure 11 suggests that the four turbulence models produce different levels of turbulent viscosity 
because of the varying levels of damping of the time traces. In fact, when contour levels of the ratio of 
turbulent to molecular viscosity are plotted for the end times of the computations at Z = -.07 m, Fig. 
12, it is seen that the RSM and SKE, which both show well-behaved periodicity in Fig. 11 have 
similar relatively high levels, while the AKN has lower levels and the SKW has the lowest levels. 

 

 
 (a) (b) (c) (d) 

Figure 12. Turbulent to molecular viscosity ratio for the (a) RSM, (b) SKE, (c) AKN and (d) SKW. 

It is also interesting to compare contours of time mean vertical velocity W for the four cases to 
obtain an overall picture of how well the flow is predicted. Figure 13 illustrates contours for W at Z = 
-0.07 m. Signatures of the four jets are visible in the plots. As can be seen, the RSM and SKE cases 
show similar asymmetric contours with Jet 1 skewed to one side; the AKN shows a skewing in the 
opposite sense, while the SKW shows a very symmetric solution. Apparently, the four turbulence 
models have “found” differing solutions. This may be because the flow is so unstable that there is no 
actual periodically stable solution. Also, the skewed results for Jet 1 explain the absence of a signature 
for Jet 1 in Fig. 9 for the RSM, SKE and AKN models. For SKW, the Jet 1 signature is quite small. 
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 (a) (b) (c) (d) 
Figure 13. Contours of mean velocity W at Z = -0.07 m for (a) RSM, (b) SKE, (c) AKN and (d) SKW. 

The MIR data show symmetry in the contours of W at Z = - 0.07 m, Fig. 14, indicating that the SKW 
model gets the more correct solution. Note that the range of contour levels is the same for all graphics. 

 
Figure 14. Contours of time mean velocity W at Z = - 0.07 m from the MIR data. 

Additional investigations have shown that an unstable recirculation zone is present below Jets 1 
and 2, Johnson et al. (2010). Figure 15 illustrates streamlines calculated at specific points in time for 
the SKW model. As can be seen, the recirculation zone below the first two jets changes dramatically 
in time. The flow from the two jets is seen to detach from the left wall flowing outwards and then 
back around in a recirculation flow which then impinges upwards on the jets flowing downwards. 
This mutual impingement is apparently what causes the recirculation zone to change in time because 
of its instability. Also, the instability is predicted to be random in time as can be seen in Fig. 11. 

In comparing the results for the four turbulence models, it is interesting to observe that the three 
with the highest turbulent viscosity levels have found inappropriate solutions for the first two jets. It 
may well be the case that the turbulence level in the scaled model is not very high, even though the 
inlet jets have a Reynolds number of 12,400, well in the turbulent range. It is the low viscosity SKW 
model that shows the most appropriate behavior. 

 

Figure 15. Streamline plots for the SKW case at 3.6, 3.9 and 4.2 seconds, respectively. 

4.1 Detailed Results for Three Jets 

Figure 16a illustrates time traces from the MIR data at point p2u. The range of variation of the 
amplitude for w is even greater than for the SKW calculations, Fig. 11. These high amplitude 
oscillations are apparently a result of the unstable recirculation zone. It was decided to investigate the 
flow field for the case of shutting off Jet 1, inasmuch as it impinges on the recirculation zone and may 
be the cause of its random instability. Figure 16b provides time traces for calculations for the same 
four turbulence models for point p2u with Jet 1 shut off; compare to Fig. 11. Calculations of the time 
traces for all four models now show very low or no oscillations, indicating that the instability has 
disappeared. Streamline plots of the flow using the SKW model show a large recirculation zone that 
appears to be stable at three different calculation times, see Johnson et al. (2010). Figure 17 provides 
predictions for the three-jet cases for W at y0u and y0d and U at x3u, x3d, x4u, x4d, x6u and x6d 
compared to the four-jet MIR data. The long-time averages do not include the initial transients. 

-9.00 -7.74 -6.48 -5.23 -3.97 -2.71 -1.45 -.19 1.06 2.32 3.58
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 (a) (b) 

Figure 16. Time traces for point p2u for (a) the MIR data with four jets active and (b) calculations for 
four turbulence models for Jet 1 turned off. 
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Figure 17. Blind predictions for time mean profiles for Jet 1 turned off (MIR data for Jet 1 active). 

Clearly, the calculations for the four turbulence models for the three-jet case are much closer to 
each other than for the four-jet case. The signatures of the three remaining jets at y0 have changed 
significantly. At x3u and x3d, predictions are now the reverse of what the four-jet data show. 
Calculations at x4u are all symmetric in contrast to the four-jet data. The predictions for x4d, x6u and 
x6d are fairly close to the four-jet data, especially for the latter two, as the influence of the jets has 
diminished significantly. Figure 18 illustrates contours of W in the vicinity of the inlet jets at Z = -.07 
m. The jet signatures are clearly visible and are all quite symmetric and quite similar. 

It has been seen that two significant objections have been identified and discussed for the existing 
MIR data to be used for validation data. These are the discrepancy between the measurements of inlet 
mass flow between the calibrated rotameters and the detailed PIV data and the presence of an unstable 
and randomly varying recirculation zone in the bottom corner of the model below the first two jets. 
The reasons that the presence of the unstable zone makes the data unsuitable are first that the 
instability appears to be random in time such that there may not be a periodically stable solution and 
second that the time scale of the change of the zone is about an order of magnitude longer than the 
time scale of shedding vortices, Johnson (2010), making it very impractical to compute because of the 
long simulation time that would be needed. It seems far more appropriate to validate a CFD model for 
the case of no Jet 1 and then apply it to the problem of the four-jet data to see if it can be calculated. It 
is recommended that the MIR data be retaken with improved accuracy for the inlet conditions and 
with Jet 1 turned off. 

 

Figure 18. Contour plots of W at Z = -0.07 m for the RSM, SKE, AKN and SKW for no Jet 1. 

5.   SUMMARY AND RECOMMENDATIONS 

Experimental data were earlier taken in the INL’s MIR test facility for a scaled section of the 
lower plenum of a prismatic VHTR with the objective of providing a CFD validation data set. The 
present report provides a summary of CFD simulations performed to investigate the suitability of the 
data for validation purposes. Important findings include the observation that inlet data taken using 
PIV do not match the flow rates measured by calibrated rotameters. This discrepancy is a serious 
shortcoming of the MIR data and should be remedied. Present calculations were made using the 
rotameter data for inlet conditions. Four turbulence models were used to simulate the MIR data: the 
standard k~ε two-layer model, the AKN low Re k~ε model, the Menter SST k~ω model all with all y+ 
wall treatments and the Reynolds stress transport model (RSM) with the two layer all y+ wall 
treatment. Time trace results from the k~ω model indicate that an unstable recirculation zone present 
below Jets 1 and 2 causes significant perturbation to the flow field with an apparently random time 
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scale. CFD calculations show large differences amongst the four models and the data. Calculations 
made with Jet 1 turned off indicate that the unstable zone has been stabilized and that CFD results for 
the four models are more closely matched. The calculations represent blind predictions for flow in the 
scaled model. It is recommended that the MIR data be retaken with improved accuracy for the inlet 
conditions and with Jet 1 turned off. Finally, it is clear from the above CFD investigation that CFD 
should be used in the design of new validation data sets. 
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Abstract 
 
The present paper discusses the pressure loss through the spiral heat exchanger (HX) proposed 
in the ELSY (European-Lead cooled SYstem) project. An approach based on CFD 
(Computational Fluid Dynamics) using the commercial code ANSYS CFX has been used for 
exploring the flow through the HX. The HX consists of perforated double inner and double 
outer walls, as well as an innovative spiral design of the pipe bundle. Two investigation ways are 
considered, namely a detailed local approach by employing unit slice models and a simplified 
global approach. The unit slice models discretize accurately small parts of the HX, while the 
global models consider geometrical simplifications of the main HX components. ANSYS CFX 
was qualified for pressure loss simulations through perforated plates. At nominal conditions, the 
pressure loss estimated meets the requirements issued in the reactor design.  
 

1.   INTRODUCTION 

The nuclear reactor ELSY is a project for a fast lead-cooled reactor, developed within the 6th European 
Framework Programme of EURATOM (Alemberti et al., 2009). The Italian company Ansaldo 
Nucleare coordinated the project, in which a consortium of 19 participants took part.  
The ELSY project is a 600MWe pool-type reactor. It aims to demonstrate the feasibility of a lead-
cooled fast critical reactor for generation of electricity, the identification of solutions for a reduced 
volume of the primary system and for simplified reactor internals. The project aims to comply with the 
requirements of the IVth generation of nuclear power plants.  
The reactor is designed to burn its own minor actinides (MA) and to be self-sustaining in plutonium.  
For the plant layout, the simplicity, the economics, and safety were the main design criteria. Therefore, 
a compact reactor vessel (RV) is proposed, while all internal components are designed to be 
removable. As a safety-by-design measure, it is desired that the overall lead pressure loss through the 
primary circuit would allow the decay heat removal by natural circulation in case of planned or 
unplanned reactor shutdown. For this purpose, the knowledge of the lead pressure loss in every 
component of the primary side is mandatory. The task of the present paper is the discussion of the lead 
pressure loss through the heat exchanger.  
We employed the commercial CFD code ANSYS CFX to investigate the flow of lead through the heat 
exchanger. The heat exchanger has the smallest relevant length scale in the millimetre range and the 
longest relevant length scale in the meter range. This inhibits the construction of a detailed CFD model 
of the entire reactor with today’s computational resources. Therefore, the first approach considered 
(Onea et al., 2010) focuses on determining the pressure loss using detailed unit slice models that 
consider only small parts of the reactor. These results are further used in this paper for the setup of unit 
slice models that consider all major components (the lateral walls and the pipe bundle) and for the 
setup of a simplified complete model. The pressure losses determined were further employed in a 
global CFD thermo-dynamic analysis of the ELSY reactor by Böttcher and Onea (2010).  
The ELSY HX distinguishes itself through the innovative design of its pipe bundle, which consists of 
tubes arranged in a staggered way. In comparison to a conventional U or J-type arrangement, the 
possible advantages brought by a spiral pipe arrangement are reduced volume, lower pressure loss, 
higher resistance to thermal loads and reduced number of pipes. The cross flow through such a pipe 
bundle is fluctuating due to the periodic generation of vortices. Shedding of these vortices on the tubes 
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causes them to vibrate, i.e. the mechanical stresses generated on the tubes have the potential to cause 
them mechanically to fail. Even a steady flow through a pipe bundle can cause vibrations of the tubes 
in a heat exchanger, resulting in flow fluctuations, as discussed by Blevins (1977). These flow-induced 
vibrations are due to the jet switching - which is a result of the coupling and uncoupling of the fluid 
jets behind the tube array - and due to the interaction of the tubes with the wake of the upstream tubes. 
Within the study no model has been deemed for the vibration of the tubes, therefore the flow-induced 
vibration, which causes flow instabilities, can be ruled out as a possible reason for the flow 
unsteadiness.  
Iwaki et al. (2004) used particle image velocimetry to determine experimentally the characteristics of 
the flow through a staggered pipe bundle. They report three kinds of flow regions, namely the vortex, 
the converging, and the diverging regions, designated as X-type flow by other authors. A stable, 
similar, and symmetric pair of vortices is observed behind all tubes. The flow exhibits a strong non-
uniform character only in the region of the last pipe rows. Oscillations of the axial flow between 
vertical neighbouring tubes were observed in that region. Behind the second row of pipes, the vorticity 
magnitude decreases to about half the value behind first row and steady afterwards.  
Aiba et al. (1982) report experimental results for two staggered pipe arrangements. Different flow 
behaviours are observed, due to the differences in the geometric arrangement. The tightest pipe 
arrangement exhibits non-uniform flow characteristics with large velocity fluctuations, while the flow 
is smoother for the second, larger spaced, pipe array considered. Therefore, for the first pipe array, the 
drag has a larger magnitude and oscillates for the first rows in comparison to the almost constant drag 
determined for the second case.  
In the experiments performed by Simonin and Barcouda (1988), the measurements indicate that the 
flow instabilities decrease after the forth row of the pipe bundle, which consists of seven layers of 
cylinders, displaced in a staggered way. It is found that in the wakes of the tubes, regions of low 
velocity and high turbulent intensity are developing. The turbulence level rises after the first row, 
reaches a maximum at the second row and decreases to a rather constant value afterwards. A strong 
anisotropy of the turbulent kinetic energy is observed. The Reynolds number in these experiments, 
based on the cylinder hydraulic diameter and inlet velocity is about 18000. Based on the flow 
steadiness reported, several numerical studies considered only a small part of the passage between 
tubes, by employing periodic boundary conditions (Rollet-Miet et al.; 1999, Kuehlert et al.; 2008, 
Benhamadouche and Laurence; 2003). Rollet-Miet et al. (1999) report good agreement with the 
experiment for the Large Eddy Simulation (LES) approach, since the size of the large vortices equals 
the size of the tubes. Limitations are reported for the Reynolds Averaged Navier Stokes (RANS) 
approach, since the length scale of the turbulence equals the length scale of the mean flow 
inhomogeneity. Kuehlert et al. (2008) report reasonable agreement with the experimental data for the 
velocity field, for both LES and RANS approaches. Nevertheless, LES exhibits clearly a better 
comparison for turbulence kinetic energy, which has a significant impact on heat transfer.  
Hassan and Barsamian (2004) performed also a LES analysis of the experiments reported by Simonin 
and Barcouda (1988). They argue that the periodic separation of eddies from the cylinders results into 
an unsteady flow, which induces vibrations on the structures. It is observed that the highest pressure 
gradients are obtained at the top of the bundle, between the tubes and the wall. While the pressure is 
relatively constant in the passages between tubes, it fluctuates in the wake of the bundle and at the 
impact zones. Vortex shedding is observed in the wake of the bundle. The rotating structures, which 
separate in the shedding region, are transported by the flow from regions of low velocity to regions of 
high velocities. 
Benhamadouche and Laurence (2003) performed a comparison of the transient RANS and LES. For 
both approaches, acceptable agreement is reported for coarse meshes (for coarse LES 99% of the cells 
have y+ < 11). This finding suggests that the dominant turbulent structures are large enough to be 
captured satisfactorily even with meshes suitable for engineering purposes. The LES results are 
slightly more consistent with a DNS benchmark data than the transient RANS (employing the 
Launder, Reece and Rodi - Reynolds stress turbulence model – LRR RS TM). Severe overestimation 
of the total Reynolds stresses and unrealistic strong vortex shedding is reported for 2D simulations 
(transient RANS with LRR TM).  
Considering the numerical treatment needed to solve adequately the flow through a pipe bundle, the 
major drawbacks imputed to the eddy viscosity TMs are their inability to capture the turbulent 
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anisotropy, poor prediction of the stresses in the wake region and of the vortex-shedding pattern. 
While some authors report rather good results for the prediction of the velocity field, the turbulent 
kinetic energy remains an issue. Based on the reported remarks and considering the engineering tasks 
in the present study, the flow through the pipe bundle has been treated by transient RANS using 
Reynolds-stress TMs. 

1 ELSY NUCLEAR REACTOR 

At nominal design conditions, the ELSY reactor estimated thermal power is about 1500 MW at a total 
lead mass flow rate of 129.12 tons/s.  
The main advantages offered by the employment of lead as primary coolant are its good thermal 
properties, low chemical activity in contact with air and water (no explosion danger), low moderation 
rate, and acceptable costs. The main drawbacks are its high solidification temperature (327 °C), rather 
high oxidation and corrosion effects, and the reduced operation experience with lead.  
The compact design (see Figure 1) proposes that the reactor vessel will contain the core, the control 
rods and their drive mechanism, all eight heat exchangers with their corresponding primary pumps, 
four decay heat removal (DHR) systems, and the Reactor Vessel Air Cooling System (RVACS) 
cooling system. The RVACS system is located between the reactor vessel and the concrete support of 
the reactor. The task of the system is to transfer by natural circulation into the atmosphere part of the 
heat dissipated by the core. The HXs and DHR HXs are distributed symmetrically around the core of 
the reactor. In each HX the pump is coaxially installed and has a rotational velocity of 140 rpm at 
nominal conditions.  

Lead is employed for the primary circuit, while for the secondary circuit supercritical water is used. It 
is estimated that lead enters the core at about 400 °C and exists at approximately 480 °C.  
The HX design is based on the “safety-by-design” approach described by Carelli et al. (2004). 
Potential issues that arise from the flow in the primary circuit out of the vessel are eliminated in the 
design stage, by placing the entire primary circuit in the RV. Furthermore, the next measures are 
considered to eliminate the risks of tube ruptures in the HX:  
 
a) the water and steam collectors are placed outside of the RV, to prevent this low probability severe 

accident, which has catastrophic consequences;  
b) check valve installation on each tube and Venturi nozzle on the feed water header, to inhibit the 

reverse steam flow, while any leakage is limited to choke flow;  
c) in case of pressure surge in the HX due to a HX tube rupture, the mixture of water-steam-lead shall 

be forced to flow upwards, exiting the primary boundary and without risking to damage the reactor 
internals. For this purpose the lateral 50 mm thick inner and outer walls are doubled by perforated 5 
mm thick companion shells (CS), placed on the bundle side, at a horizontal distance of 5mm. The 
CSs are held by spacers that are designed to collapse under certain pressure and since the 

  
Figure 1 Vertical cut sketch of the ELSY RV (from Alemberti et al., 2009); Cross-section through the RV 

 

Core HX 

DHR 
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perforations in the CSs are staggered to the ones in the walls, the lateral flow will be inhibited (see 
inset in Figure 2).  

 
 

                           
Figure 2 Sketches of cross-sections through the heat exchanger 

 
The 76 vertical perforations on the inner wall (IW) are distributed on a height of 3 m and on a height 
of 2.7 m for the outer wall (OW). In circumferential direction, 118 perforations are uniformly 
distributed. All perforations have a hydraulic diameter of 20 mm. The HX is shown in a vertical cut 
and in cross-section in Figure 2. The pipe bundle, placed perpendicular to the HX axis, has all 218 
spiral tubes arranged in a staggered way (see inset in Figure 2). The feed water pipes are placed on the 
OW side, while the steam outlet pipes are placed on the IW side. The supporting elements for the pipe 
bundle were not considered in the CFD models.  
 

Table 1 Pitch-to-diameter ratios (see inset in Figure 2) for several experiments with staggered pipe bundles 
(Reynolds number based on the inlet velocity and pipe hydraulic diameter) 

Experiment Reynolds 
number 

Dh Pt/Dh Pd/Dh Pl/Dh 

Aiba et al. (1982) 
30 000 

25 
1.2 1.34 1.2 

40 000 1.6 1.79 1.6 
Balabani and Yianneskis (1996) 12 858 10 3.6 2.41 1.6 
Iwaki et al. (2004) 1 260-6 933 15 1.5 1.5 1.3 
Konstantinidis et al. (2004)  10 3.6 2.77 2.1 
Paul et al. (2007) 4 800-14 400 25.4 3.8 2.83 2.1 
Simonin and Barcouda (1988) 18 000 21.7 2.07 1.47 1.04 
ELSY Reactor (present study) ~21 250 22.22 2.16 1.21 0.54 

 
An overview of the pitch-to-diameter ratios for some pertinent experiments found in literature is given 
in Table 1. The transversal pitch Pt is the vertical distance between two neighbouring tubes, the 
diagonal pitch Pd is the diagonal distance between two staggered neighbouring tubes and the 
longitudinal pitch Pl is the distance between two staggered tubes in radial flow direction (see inset in 
Figure 2). The ELSY design exhibits the most compact geometry, having the smallest pitches in 
longitudinal and diagonal directions. The experiments performed by Simonin and Barcouda (1988) 

  

Perforations in CSs 

Perforations  
in walls 

Staggered tube 
bundle 
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match best the geometry and flow conditions in the present study. Nevertheless, the Pl/Dh ratio differs 
by a factor of about 2. According to the results of Aiba et al. (1982) an unsteady flow field is expected 
for a tight pipe arrangement having a Pl/Dh < 1.2. Since the longitudinal pitch in the present study is a 
factor 2.2 smaller, strong flow instabilities are expected.  

2 RESULTS AND DISCUSSION 

The pressure loss has been determined using Bernoulli’s law, considered between locations A and B: 

{ { {
2 2

∆P ρv 2 ρgh p ρv 2+ρgh+p
B

hydraulic pressure static pressuredynamic pressure A

 
  = + + −  

  
    (1)  

where ∆P is the pressure loss, v is the mean velocity, ρ is the mean density, h is the height difference 
and p represents the static pressure. The law can be used along continuous streamlines, for flows with 
no viscous effects and constant densities.  
The relevant parameter for flows exhibiting vortex shedding is the Strouhal number:  

f D
St=

V∞
           (2)  

where f is the frequency of the vortex shedding and V∞ is the free stream velocity. For tube arrays the 
Strouhal number is based on the tube diameter and average flow velocity at the minimum cross-
section between tubes (Blevins, 1977), which is the diagonal space between tubes for ELSY project. 
Based on the data presented by Blevins (1977), who cites the work of Fitz-Hugh (1973), the Strouhal 
number is estimated to be St ~ 0.95.  
For an array of tubes in which the vortex shedding pattern is complex, the Strouhal number is much 
larger than for a single cylinder. As discussed by Zukauskas and Ulinskas (1990) St decreases up to 
50% with increasing Reynolds number. The flow instabilities in an array of tubes result in a strong 
variation of the local velocities, consequently affecting St. Results presented by Zukauskas and 
Ulinskas (1990) suggest that the Strouhal number decreases continuously with increasing transversal 
and longitudinal pitches, Pt/D and Pl/D, until it reaches a constant value. For a constant transversal 
pitch, the Strouhal number decreases sharply with increasing longitudinal pitch. This leads to the 
expectation of a rather high value of the Strouhal number for the present study, since the Pl/D ratio is 
very small (see Table 1).  
Weaver et al. (1993) report Strouhal values for different diagonal pitches (and based on the flow 
velocity upstream of the tubes). They conclude that, except for one diagonal pitch ratio, the 
experimental data fit two curves, corresponding to the first and second tube rows. The pitch ratio for 
which only one frequency is detected is equal to the ratio of the ELSY bundle, namely Pd/D = 1.21. 
For this pitch ratio, the Strouhal number reported is 1.94, which is twice the value reported by Fitz-
Hugh (1973). Weaver et al. (1993) consider the experimental results of Fitz-Hugh (1973) of limited 
use due to the scatter data that is attributed to inconsistent methods of measurement, experimental 
error or to the existence of multiple Strouhal numbers, since the parameter is dependent on the 
Reynolds number. The frequency of vortex shedding should be compared to the natural frequency of 
the tubes and with the fluid acoustic frequency, in order to avoid the vibrations caused by a possible 
resonance.  

2.1 Validation of the numerical models for pressure loss calculations 

In a previous study (Onea et al., 2010) we report the qualification of our CFD models for pressure loss 
calculations through pipe bundles against the empirical prediction proposed by Gaddis and Gnielinski 
(1997). The Speziale, Sarkar and Gatski (SSG) Reynolds-stress TM is recommend over eddy-viscosity 
TMs, mainly due to the ability of handling the anisotropy of the turbulent structures. The numerical 
results obtained for pressure loss are within the accepted validity range of ± 35%. 
No empirical predictions for pressure loss through double walls having staggered perforations have 
been found in literature. Therefore, the correlations proposed by Idelchik (1986) and Stichlmair (2006) 
have been considered in order to validate the CFD models for pressure loss calculations. Both authors 
discuss the case of one contraction in a channel, while the former one considers also a plate having 
multiple uniform vertical perforations.  
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The pressure loss for a channel with contraction has been derived by Idelchik (1986) and Stichlmair 
(2006) in a similar form:  

2

2
hw

P
ρ

∆ = ζ           (3)  

where wh represents the mean velocity in the perforation and ζ is the coefficient of pressure loss. 
Idelchik (1986) uses in Equation (3) for both cases the mean velocity in the tube w1, downstream of 
the perforation, instead of the mean velocity in the perforation wh, which was used by Stichlmair 
(2006). Since the correlations in Idelchik (1986) are valid for Re = whdh / ν > 105, while the Reynolds 
number based on wh and dh for the ELSY geometry is about 62 000, the relations proposed in Idelchik 
(1986) should be treated with caution. From the mass balance the mean hole velocity is wh = 0.546 m/s 
and the mean channel velocity is w1 = 0.137 m/s. The results are summarized in Table 2.  
 

Table 2 Pressure loss for perforated plates. Comparison between the theoretical predictions and CFD models 

 Tube with 
contraction 

(Stichlmair; 2006) 

Tube with contraction; 
perforated plate 

(Idelchick; 1986) 

ANSYS CFX 

Coarse grid Fine grid 

Coeff. pressure loss ζ0 [-] 1.47 ÷ 1.57 0.9375   
Coeff. pressure loss ζ [-] 1.0325 ÷ 1.1325 15.8   
Pressure loss [bar] 0.01616 ÷ 0.01773 0.01546 0.0178 0.017 
Deviation [%] Reference - 5 0.7 

 
The CFD models consider a long pipe having a contraction in the centre. The length of the pipe before 
and after the contraction is about 30 times larger than the hydraulic outer diameter of the pipe, in order 
to allow the flow to develop. The diameter and length of the contraction correspond to one hole in the 
ELSY inner wall, namely the inner diameter is dh = 20 mm and Dh = 40 mm. For the mesh 
construction, the recommendations given by Erdal and Andersson (1997) have been considered, 
especially in the region of the contraction. Therefore, the thickness of the first cell upstream the 
contraction was set to 0.001×Dh. The coarse mesh has 4.9 million cells (80 cells in radial direction), 
while the fine mesh has almost 9.2 million cells (140 cells in radial direction). At the walls, no slip 
boundary conditions have been employed. All simulations have been performed with the SST TM. 
The results are compared in Table 2 against the empirical correlations previously mentioned. 
The flow exhibits a typical behaviour, namely a rather small bottleneck effect at the beginning of the 
contraction and the toroidal vortex after the contraction. The pressure loss for the CFD model has been 
considered at positions with no streamwise pressure gradient (and not influenced by the hole), namely 
at the inlet and close to the outlet of the model. The deviation between the CFD models and the 
arithmetic averaged value of the pressure loss determined with relation (3) is 5% for the coarse model 
and less than 1% for the fine model, as displayed in Table 2. Therefore, it can be concluded that the 
CFD model is qualified for pressure loss simulations. Accordingly, it can be stated that the 
employment of a small radial cell is of significant importance. 

2.2 Detailed local approach 

The first approach considers a unit slice that consists of one hole in circumferential direction (i.e. a 3° 
arc), and three vertical holes in the IW and OW. For this configuration, five horizontal layers of pipes 
fit into the model. We mention that the pipes have not a spiral form, but follow the shape of a circle 
arc. This aspect has no influence on the pressure loss, but simplifies the construction of the model. 
Since no uniform and periodic flow patterns were observed during a run for 3 s, the final transient runs 
were restricted to 1.5 s, with data being saved every 0.1 s. Based on the results from Onea et al. 
(2010), the time step was set to 0.005 s, in order to keep the Courant number under 5 (see Table 3). 
Two mesh sizes were tested, the coarse one having 2.77 million cells, while the fine one has 5.27 
million cells. The hexagonal unit cell grids used to discretize the tubes are shown in Figure 3. They 
consist of 10 cells for the coarse mesh and 18 cells for the fine mesh in radial direction, while in 
circumferential direction the tubes are discretized by 48, respectively 88 cells. The main 
recommendations proposed by OECD/NEA (2007) for the mesh construction have been respected.  
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For the walls, the largest part of pressure loss occurs in the narrow gap between the walls and the CS, 
where the flow is forced to split in four and make two 90° turns in the diagonal path between the holes 
in the wall and CS. In the present paper, we will not focus on the flow through the walls, since this 
discussion was already made in our previous study (Onea et al., 2010), where the flow characteristics 
through the IWs were analyzed.  

The flow through the pipe bundle is unsteady. In Figure 4 the 
time dependent velocities are displayed for relevant points in 
the bundle. The jet coming from the IW is slightly oscillating 
in time (Point 1) and has the largest velocity. The lowest 
velocity is encountered in the region between the IW and 
bundle (Point 2), where chaotic vortices are created. The 
velocities in the pipe bundle have almost the same magnitude, 
but at the outlet of the pipe bundle (Point 5) the velocity is 
slightly smaller due to the divergent shape of the model and 
frictional losses. The velocity fluctuations are chaotic in time 

and no clear time evolution of the profiles could be established, even if a longer time period was 
considered. The flow follows a sinuous path in the passages between two vertically neighbouring 
layers of pipes (see velocity streamlines in Figure 5). In Figure 6 are displayed the time-averaged 
velocities in cylindrical coordinates for relevant vertical lines placed in the bundle (at entrance, centre, 

and exit). The dominant flow in the 
bundle is in radial direction. The flow 
exhibits fluctuations even before 
contacting the first row of tubes, due to 
the unsteady vortices developed between 
the inner CS and the pipe bundle. This 
behaviour is confirmed by the negative 
radial flow encountered at the first tube 
row (see velocities for line 1 in Figure 6). 
The jet-type flow at the CS holes 
contributes also to the generation of these 
vortices. Nevertheless, the growth of 
these vortices will be prohibited in a real 
design due to the presence of the vertical 
outlet pipes, which were not considered 
in this model. The vortices created 
between the CS and the pipe bundle 
induce an asymmetry of the axial 
velocity (vertical direction) at the first 
contact of the main sinuous flow with the 
first staggered tube row (see velocities 
along line 2 in Figure 6).  
At the flow contact region with the 
tubes, the flow is accelerated, leading to 
strong velocity gradients in the boundary 
layers. The lead flow behaves as a high 
velocity jet. It can be observed that the 
radial velocity profiles have a U-type 
shape, due to the presence of the next 
row of staggered pipes. The peaks in the 

radial velocity are encountered rather equidistantly, as it is also reported in Iwaki et al. (2004). 
Nevertheless, the time averaged peaks in the radial velocity vary in the pipe bundle in the range of 0.3 
÷ 0.6 m/s, while in the mentioned study they are constant. The flow has a pulsating behaviour due to 
the tight longitudinal arrangement of the pipes (low Pl/Dh). Generally, it can be stated that the axial 
velocity has larger fluctuations than the circumferential velocity. In the first half of the pipe bundle 
flow structures at the upper side of the bundle tend to flow downwards, while flow structures at the 

       
Figure 3 Coarse/fine mesh around tubes 

 

 
Figure 5 Time series of velocities at shown points (SSG RS) 

   
Figure 4 Instantaneous velocity field through the detailed unit 

slice model (SSG RS) 

Point 1 

Point 2 

Point 3 Point 4 Point 5 
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bottom part tend to flow upwards (see results along lines 2 and 4). This pattern is attributable to the 
model delimitations in height. 
 

 

 

Figure 6 Time-averaged velocity profiles (cylindrical coordinates) along vertical lines at entrance, centre and 
exit of the pipe bundle 

In the typical pipe bundle studies in literature, the shedding of vortices in the tube wake is observed. In 
the present design, the dense pipe arrangement allows physically no room for vortex shedding in the 
tube wake. Therefore, the flow structures are reflected by the horizontal pipe layers, giving birth to a 
pulsating main radial flow and creating fluctuations in the flow. The complex interaction between the 
main sinuous radial flow in the passage between pipe layers and the reflected vortices leads locally to 
partial blockages of the flow. In these regions, the flow is partially diverted towards vertically 

circumf. 

axial 

radial 

Line 1 

Line 2 

Line 5 

Line 6 
Flow direction 

Line 3 Line 4 
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neighbouring flow passages. Hence, the velocity fluctuations in the axial velocity are larger than for 
the circumferential velocity. Vortices are also generated due to the flow deviations and contact with 
the pipe walls. Another source of flow asymmetry is the fact that the lead enters the pipe bundle not as 
a uniform vertical field, but in a jet form, generated by the holes in the CS.  
Between the IW and OW the pressure loss was calculated using Bernoulli’s law (1). The values 
calculated differ less than 0.5 % in comparison to the pressure difference determined at the same 
locations. As seen in Table 3, the total pressure loss for the coarse grid is about 4 % smaller than for 
the fine grid, which is a satisfactory result for engineering purposes. Three turbulence models have 
been tested. The SSG Reynolds-stress TM is able to capture the flow turbulent anisotropy and it is 
recommended over eddy-viscosity TMs for flows in pipe bundles. The Baseline Explicit Algebraic 
Reynolds-stress (BSL-EARSM) TM considers a nonlinear relation between the Reynolds stresses, the 
mean strain-rate, and the vorticity tensors. The model is based on the standard k-ε and Baseline (BSL) 
TMs and it is recommended for cases exhibiting secondary flows and strong streamline curvatures 
(ANSYS CFX, 2009). The Scale Adaptive Simulation (SAS-SST) TM is based on the eddy-viscosity 
SST TM by introducing the von Karman length-scale into the turbulence scale equation. By means of 
a blending function, the model switches between LES behaviour in the unsteady regions and RANS 
(SST) behaviour in the stable regions. The time step requirement for the model is rather strict, i.e. 
Courant number < 1. Both Reynolds-stress TMs gave the same results for the pressure loss, while the 
SAS-SST predicted a pressure loss about 8.6 % larger, an acceptable value considering the fact that 
the Courant number was slightly larger than the model requirement.  
In the present study, we do not claim to solve the heat transfer issue between the primary and 
secondary sides, since our main interest was the flow hydrodynamics. Therefore, our approach for the 
heat transfer is rather simple. In our previous study (Onea et al., 2010), the calculation has been 
considered isothermal (average temperature of 400 °C), in contrast to the present simulations, where 
the tubes temperature was set to the mean value of 440 °C. The lead temperature was set to 480 °C at 
the inlet and to 400 °C at the outlet. Therefore, the total pressure loss determined in this study is 
slightly smaller than the one reported in Onea et al., 2010.  
For the SSG RS TM, the time averaged pressure losses estimated with Bernoulli’s law for each major 
component are 0.108 bar for IWs, 0.11 bar for the pipe bundle and 0.076 bar for the OWs. The results 
are in excellent agreement with the pressure losses estimated using models that have treated each 
component separately and reported in our previous study.  
 

Table 3 Pressure loss for the unit slice CFD models 

Grid size [mil. cells] 2.77 (coarse) 5.27 (fine) 5.27 (fine) 5.27 (fine) 
Turbulence model SSG RS SSG RS BSL-EARSM SAS-SST 
Pressure lossIW – OW [bar] 0.290 0.303 0.303 0.329 
Tubes mean y+ [-] 56.8 37.5 36.3 34 
Courant number [-] 4.02 3.63 3.26 3.72 

 
For both meshes, the distribution of the y+ has a similar pattern. The y+ magnitude lies in the viscous 
sub-layer (y+ < 5) at the lateral front side (that corresponds to the stagnation points) and lateral back 
side of the tubes. On the upper and bottom regions of the tubes, the y+ magnitude reaches the log-law 
domain (y+ > 60), but are in general smaller than 120 (fine mesh). The largest mean y+ values are 
encountered on the first row of cylinders, on the upper and bottom regions. In streamwise direction, 
the tube upper and bottom areas corresponding to the log-law region decrease continuously in a 
significant manner, in parallel with the decrease of the maximum y+ peaks. The maximum local y+ 
peaks reach about 200 for the fine mesh and about 300 for the coarse mesh. The time averaged y+ 
values are summarized in Table 3. The time averaged y+ for the coarse mesh is about 50 % larger than 
for the fine mesh. Nevertheless, the influence on the pressure loss is rather negligible.  

2.3 Simplified global approach 

A simplified model of the entire HX has been considered, in order to determine the total pressure loss 
and to account for the rotating jet generated by the pump. The velocity field considered at the entrance 
in the HX has been issued from the CFD analysis of the pump, using a model developed by Ansaldo 
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Nucleare (Corsini, 2008). Since the pump analysis considered a steady-state approach, the velocity 
field was averaged in space. The SSG Reynolds-stress TM was employed for the CFD analysis of the 
pump. 
For the simplified global model, the IWs, the OWs and the pipe bundle were not considered in a 
detailed geometrical manner, but structured uniform domains were used to emulate their presence (see 
mesh in Figure 7 b). Directional losses were implemented within these sub-domains. The streamwise 
resistance loss coefficients ζ were determined using Equation (3) and considering the pressure losses 
determined in Onea et al. (2010), namely 0.103 bar for the IW, 0.1 bar for the pipe bundle, and 0.078 
bar for the OW. The transversal losses were set accordingly, namely 100 (IW), 100 (pipe bundle) and 
150 (OW) times larger than the streamwise loss coefficient. Within these domains, the lead was 
allowed to flow only in radial direction, as can be seen in Figure 7 b). An extended domain was 
considered to enclose the HX, to allow the lead to flow downwards. The TMs considered are SSG RS 
and BSL RS. For the temperature field, the inlet was set to 480 °C, the outlet to 400 °C, while in the 
pipe bundle region a heat sink was considered. The total pressure loss determined by Bernoulli’s law 
applied between the horizontal inlet surface and the corresponding horizontal surface from the 
extended domain (light blue surface in Figure 7) is 0.50 bar (SSG RS), respectively 0.49 bar (BSL 
RS). Nevertheless, the pressure losses for each main component are slightly larger than the losses 
estimated with the detailed local models, due to imperfect setting of the loss coefficients. Extracting 
the differences to the detailed local models, the pressure loss in this simplified global model reaches 
about 0.43 bar (SSG RS), respectively 0.41 bar (BSL RS).  
 

               
           a) Isometric view    b) Model cross-section (mesh view) 

Figure 7 Velocity streamlines and mesh visualisation for the simplified complete HX model 

The pressure loss determined with Bernoulli’s law between the horizontal HX entrance and the 
vertical IW is 0.116 bar (SSG RS) and 0.102 bar (BSL RS). This pressure loss is caused physically by 
the energy lost in the generation of the lead swirl by the pump. Summing this pressure loss and the 
pressure loss determined for the major components (IW, pipe bundle, and OW) in the previous section, 
namely 0.303 bar, a pressure loss of about 0.42-0.43 bar is estimated.  
The flow is represented by streamlines in Figure 7. The pump, which is situated just below the 
entrance in the HX, generates a swirl in the region enclosed by the IWs. In this cylindrical region, the 
axial velocity decreases relatively strongly in magnitude along the height of the HX, as displayed in 
Figure 8, where the velocity distribution between the pump shaft and the IWs is shown. A 
recirculation zone is developing inside the swirl, on the pump shaft side, due to the centrifugal force 
that pushes the lead towards the IW, thus creating a “void” on the shaft side. The circumferential 
velocity decreases significantly below this inner vortex. The radial velocity has a peak at the entrance 
into HX, decreases constantly near the IW and fluctuates around zero in the inner recirculation region. 
Since there are no perforations on the upper part of the IW a vortex is formed in that region.  

Extended domain 

Outer wall region 

Inner wall Inner wall region 

Flow directions 
Pipe bundle region 
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Figure 8 Velocity distributions along the height of the heat exchanger 

The flow pattern implies that, for the region between the pump shaft and the IW, the largest part of the 
mass flow will stream through the bottom part of the HX. The flow in the bottom part has a larger 
circumferential component and a larger magnitude than the flow in the upper region. Therefore, the 
holes in the IW will be streamed vertically in a slight non-uniform manner.  

3 CONCLUSIONS 

The present study focuses on the estimation of pressure loss through the HX of the ELSY nuclear 
reactor project. A detailed approach by using unit slice models and a simplified global approach have 
been considered. For the former approach, the pressure loss determined is about 0.3 bar, which 
represents the pressure loss in the major components of the HX. Considering also the entire swirl 
generated by the pump, at the entrance in the HX, by means of the second approach, the pressure loss 
for the entire HX is estimated to be about 0.41-0.43 bar.  
At nominal conditions, the accepted values for pressure loss in the primary circuit are about 0.9 bar in 
the reactor core, 0.5 bar in the HX and 0.25 bar in the upper plenum and in the pumps. The total 
pressure loss in the primary circuit is therefore estimated at 1.65 bar. Accordingly, it can be stated that 
the pressure loss estimated for the HX is below the requirements issued in the design.  
It should be mentioned that other sources of additional pressure loss still have to be considered, e.g. 
the pipe supports and other mechanical elements that were not considered in the study.  
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Abstract: 
In the past, extensive numerical thermal-hydraulic investigations have been performed on the coolant 
of LMFBR fuel assemblies. These investigations have usually been limited to 7 to 19 pins and axially 
periodic boundary conditions due to the lack of available computer power. A generic investigation has 
been performed at CEA-Grenoble to develop a modeling and validation strategy in order to analyze 
the thermal-hydraulic behavior of full scale helical wrapped fuel bundles by using the Trio_U1 code. 
This strategy respects as far as possible the recommendations of Best Practice Guidelines (BPG) 
concerning the selection of appropriate physical and numerical models, the meshing procedure as well 
as sensitivity studies on the meshing and modeling. The proposed validation procedure has been 
focused on a correct prediction of the pressure distribution (not only the pressure drop) and of the 
velocity field within the fuel bundle as well as of the temperature distribution within the bundle. 
 

1 INTRODUCTION  
Fuel assemblies of liquid-metal fast breeder reactor (LMFBR) usually consist of wire-wrapped fuel 
pins in triangular arrangement. The fuel pins form sub channels in which the coolant circulates. The 
wire coils helically around each fuel pin and provides spacing between the fuel pins, increases the 
coolant mixing between the sub channels, and reduces the peak temperature as well as temperature 
gradient in the assembly. These desired effects of the wire spacer are compensated by an undesired 
increased pressure loss of the assembly. 
 
Numerous experimental and numerical results are available on the flow behavior in wire spacer rod 
bundles. Hereby, the analyzed domain range from basic 7 pin bundles to realistic 61 or even 217 pin 
bundles and from simplified one wire pitch with axial periodic conditions to full scale assemblies. 
When analyzing the published data (e.g. Bubelis, 2008), the reader is rapidly lost in the quantity of 
experimental and numerical results which often do not converge to a common behavior and even 
contradict each other. Moreover, the published data rarely satisfy the quality demands for CFD 
validation.   
 
At CEA-Grenoble a R&D project is under way to develop and validate numerical tools to analyze the 
performance of 4th generation LMFBR fuel assemblies. In this context, the prediction of the pressure 
loss of fuel assemblies as well as the prediction of possible hot spots on the pins surfaces, which limit 
the critical heat flux (CHF), needs both a reliable modeling strategy and a profound validation of the 
numerical approach. This approach and stepwise validation of the tool in order to qualify the modeling 
strategy is presented in this paper.  
 
In Chapter 2, a brief characterization of the problem and a critical review of existing pressure loss 
correlations, which might be used for code validation, are presented. Different possibilities to achieve 
a good meshing are discussed in Chapter 3. The CFD reference code of the CEA, Trio_U, is presented 
in Chapter 4 as well as the numerical model which was used for all calculations presented in this paper. 
Chapter 5 explains the procedure to validate the Trio_U code for the application to rod bundles with 
wire spacers in Sodium cooled reactors. Finally, in Chapter 6, the validated model is applied to a full 
scale rod bundle of the PHÉNIX reactor, which has 61 pins and 9 wire-pitches.    
 

                                                
1 http://www-trio-u.cea.fr 
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2 CHARACTERIZATION OF THE PROBLEM 
From a thermal hydraulic point of view, the helical spacer wires on the fuel pins are the origin of: 
 

o A transversal flow which is an important mode of heat transfer and 
o Secondary flows in the wake of the wires which increases the turbulence level. 

 
Both effects improve on one hand the mixing in the fuel assembly (more homogeneous temperature 
distribution) and increase the pressure drop on the other hand. Both effects must be predicted correctly 
when analyzing the thermal hydraulic behavior of LMFBR fuel assemblies with numerical models. 

2.1 Geometry 
Figure 2.1 gives an overview over the geometrical complexity of a fuel assembly of the PHENIX 
reactor. The overall pressure drop of the assembly is defined by the individual pressure drops of the 
entry tube with the assembly base, the fuel zone with the 61 fuel pins and 9 pitches of the helical wire 
spacer, and the assembly head.   

 
Fig. 2.1: Global view of an assembly of the PHENIX reactor 

 
It is known that after about 1.5 wire pitches, the flow in the fuel zone is hydraulically well established. 
This justifies for a hydraulic analysis of the fuel zone the approximation of a periodic zone of the 
length of one pitch. As a matter of cause, this approximation is not correct for thermal considerations 
since the temperature field in the assembly is developing axially along the whole assembly.    

2.2 Pressure distribution 
With ρ being the density and v the mean velocity of the coolant, the pressure loss due to the flow 
friction along a smooth pipe is calculated as: 
 

25.0 v
d

L
fP

h

⋅⋅⋅







⋅=∆ ρ .      (2.1) 
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L is the tube length and dh the hydraulic diameter of the flow channel. For turbulent single phase flow 
the friction factor f can be estimated for many applications by using the Blasius formula as a function 
of the Reynolds number Re, namely: 
 

25.0Re316.0 −⋅=f        (2.2) 
 
Bubelis (Bubelis et al., 2008) has published an evaluation of the existing wire wrapped fuel bundle 
friction factor/pressure drop correlations. In order to determine which friction factor correlation is 
most appropriate, the authors retraced the results of a large set of openly available experimental data 
on wire wrapped fuel assemblies and compared them to correlations which are incorporated in code 
SIM-ADS.  
 
For a 19 pin experiment, performed in the ESTAIR test facility (Berthoux et al., 2008), Figure 2.2 
shows the friction factors which are calculated for various correlations by SIM-ADS. 
 

 
Fig. 2.2: Comparison of friction factor correlations to the ESTAIR experiment  

(Picture from Bubelis et al., 2008) 
 
Friction factors calculated for the same Reynolds number vary up to 100% for different correlations 
although these correlations are widely used in pressure loss predictions. This wide range of 
“approved” correlations raises some questions:  
 

o Each originally proposed correlation has been adapted to a specific experiment. Why do 
similar experimental setups lead to so different correlations? 

o Some experimental configurations are well represented by many correlations. Why do the 
same correlations fail on other similar configurations?    

o Assembled correlations promise to represent the majority of experiments. Is such a mean 
value over different experiments more justified than a correlation done under specific 
conditions? 
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o For the same Reynolds number, some authors (e.g. Bubilis et al., 2008) have proposed fluid 
dependant (air, water, sodium) correlations. What is the physical justification of such a 
proposal? 

o Which experiment and correlation should code developers refer to for their model validation? 
 
Further discrepancies exist also in the assessment of the same correlation done by different authors:  
 

o Bubilis (Bubelis et al. 2008) proposed to use Rehme’s correlation as a reference. This 
correlation represents most experiments. For some applications, the predicted friction factors 
are only about 5% above the lower limit of Blasius’ law.  

o Chun (Chun et al., 2001) concluded: “Rehme’s correlation appears that it does not represent 
the effects of P/D (wire pitch to rod diameter) and H/D (wire length to rod diameter) well 
enough, and this correlation consistently under predicts the friction factor for overall flow 
regions”.  

 
As a consequence of the high bandwidth of results detected in published data, the authors of this paper 
have decided to rather analyze specific experiments with precisely defined boundary conditions for 
code validation than to hark back on general correlations. The direct contact between theoretician and 
experimenter has turned out to be essential for a successful numerical analysis of an experiment.  

2.3 Temperature distribution and possible hot spots 
In the contact region between rod and spacer wire, the flow velocity is significantly reduced, in 
particular in the wake of the wire. At this location, the rod surface might locally heat up above the 
saturation temperature of the coolant. This might lead the evaporation of the coolant and create vapor 
bubbles which on their part can influence the neutron fluxes. This phenomenon is related to the critical 
heat flux (CHF), one of the limiting factors in all kind of nuclear reactors. 
 
It is widely accepted that without a mixing device, the departure from nucleate boiling (DNB) occurs 
mainly on the central rod and there preferentially at the location facing azimuthally the adjacent rods. 
With a mixing device, generally the CHF is significantly higher; however the location of the DNB is 
dependent on many parameters as pressure and local mass velocity. It is thus of main interest to 
understand both, the global temperature distribution in the assembly and the possible occurrence of hot 
spots in the wake of the spacer wire. For this kind of application, unfortunately, only very limited 
experimental data are published to date for code validation.  
 

3 MESHING OF THE CALCULATION DOMAIN 

3.1 Hexa- or tetra/poly meshes 
The flow in fuel assemblies consists primarily of a directional flow in axial direction with a 
superposed secondary flow in the sub-channels. This main flow is disturbed by the presence of the 
spacer wire which on one hand forces the flow to follow locally the direction of the wire rotation and 
on the other hand creates a secondary flow in the wake of the wire. A hexagonal mesh which follows 
globally the rotation of the wire can impose a non physical global rotation of the flow due to the fact 
that the flow tends to follow the mesh. Further, the geometrical complexity can lead to highly 
deformed hexahedral meshes, especially in areas where the wire spacer approaches the adjacent pin. In 
order to avoid these problems, most of the recently performed numerical analysis has been done on 
either tetrahedral or polyhedral meshes (e.g. Gajapathy et al., 2009, Raza et al., 2008 and Hamman et 
al., 2010). 

3.2 Imperfectly large meshes 
Calculations with meshes which do not respect standard recommendations of Best Practice Guidelines 
(BPG) (e.g. Mahafy et al., 2007) can nevertheless lead to realistic pressure losses. When creating large 
meshes near solid walls and applying wall functions, the whole physics of the problem is imposed by 
the wall function. Hence, the pressure drop can be close to Blasius’s correlation, which describes the 
pressure loss in fully turbulent channels.  This can easily lead to the wrong conclusion that a modeling 
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approach is validated although the approach does not respect the slightest requirements for a CFD 
calculation. In this context is it important to note that the friction factor of the correlation of Rehme is 
for some applications only 5% higher than that of the correlation of Blasius (see chapter 2.2).     

3.3 Mesh refinement 
The effect of the mesh refinement was tested with the Trio_U code on an ESTAIR experiment 
(Berthoux et al., 2008). The friction factor of various correlations applied to this experiment is given 
in Figure 2.2. The pressure losses, calculated for Re=17479 and different mesh refinements, are given 
in Table 3.1.  
 

Table 3.1: Pressure loss for an ESTAIR experiment: Function of the mesh refinement 
Turbulence 
Model 

k-ε k-ε k-ε 

Mesh 
refinement 

 
  

Nb of points 
between rods 

5 7 11 

Pressure loss 1160 m²/s 1185 m²/s 1200 m²/s 
Difference to 
ESTAIR 

20 % 22 % 23 % 

 
One wire pitch was simulated and periodic axial boundaries are used. The numerical model is 
described with more details in Chapter 4.2. The calculated pressure loss which corresponds to the term 
1/ρ.∆P/∆x are compared in Table 3.1 to the experimental pressure loss of 970m2/s. A mesh 
convergence can be found for a mesh refinement of at least seven calculation points between the rods. 
The significant over prediction of the pressure loss is probably related to the use of the k-ε turbulence 
model (see chapter 4.1). It is important to note that, although the calculation with the largest meshes 
lead to the best comparison to the experiment, the application of this mesh refinement is to avoid since 
basic recommendations of BPG (e.g. Mahaffy et al. 2007) are violated! 
 
In recent publications, unstructured meshes are used with mesh refinements of about 60,000 
tetrahedrons (Raza (2008)) to 8 Million polyhedrons (Hamman (2010)) per rod and wire pitch. The 
number of meshes signifies in this context also calculation points, for in the used commercial codes, 
mesh centered discretization schemes are used. In the presented Trio_U calculations, generally 
150,000 tetrahedrons per rod and wire pitch were used to get mesh independent results. This 
refinement corresponds to about 300,000 calculation points per rod and wire pitch (face centered 
discretization).  

3.4 Axial expansion of the tetrahedral meshes 
The meshes have been generated with commercial mesh generators. The tetrahedral cells of the 
meshing can be expanded in flow direction in order to reduce the total mesh number. However, a too 
strong one-directional degradation of the tetrahedrons can also degenerate the accuracy of the 
calculation. To achieve an axial mesh expansion, the CAD model is compressed in flow direction 
before meshing. Then, after the meshing, the resulting mesh is decompressed in flow direction by the 
same factor. Although expansion factors up to eight did not show a significant change of the pressure 
drop, a factor four has been used in most calculations presented here. 
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3.5 Modeling of the wire spaces 
The helically wrapped spacer wire has different tasks to perform: 
 

o To prevents a horizontal displacement of the fuel rods, 
o To suppress vibrations and 
o Acts as a mixing device which reduces in the assembly: 

o The temperature gradients and 
o The critical heat flux. 

 
These desired effects are bought by an increased pressure loss. In the wake of the wire, in locations 
with low fluid velocities, increased rod surface temperatures can form. Therefore, the modeling of the 
wire should allow the formation of both realistic hot regions in the vicinity of the wire and correct 
axial pressure drops. In order to insure such a correct modeling the meshes in the contact region 
between wire and rod should not sustain a degradation of the mesh quality.  
 
Table 3.2 shows four fundamentally different options to model the spacer wire. Remarks on potential 
meshing restrictions and on the possibility to predict hot spots are added to the Table for each wire 
form. When the wire is modified, it is difficult to conserve both the cross section and the wetted 
perimeter of the wire, which play an important role in the pressure loss.  
 

Table 3.2: Comparison of various approaches used to model the wire spacer 
Contact between the 
rod and the wire 

Characterization Meshing  Temperature in contact 
zone 

 
 
 
 
 
 

Reality  Almost impossible to 
mesh due to tangencies 

Can be calculated 
correctly 

 
 
 
 
 
 

Radial displacement of 
the circular wire into 
the rod for about 5% of 
the wire diameter  

Homogeneous meshing 
with only some 
degraded tetrahedrons 

Possible hotspots 
between rod and wire 
can be predicted. 

 
 
 
 
 
 

Blending which can be 
degraded to large radii 
(so called open wires) 

Very small meshes in 
the contact zone might 
be created 

Possible hotspots 
between rod and wire 
can be predicted with 
some uncertainty. 

 
 
 
 
 
 

Square wire of 
equivalent surface as 
the wire  

Easy to mesh Possible hotspots 
between rod and wire 
can not be predicted 

 
Calculations with the Trio_U code have shown an increased pressure loss for square wires of up to 5% 
compared to a displaced wire. Hamman (Hamman et al., 2010) has shown that open wires can increase 
the pressure drop by up to 15%, depending on the rod/wire contact form. As shown by Raza (Raza et 
al., 2008), hexagonal forms of the wire as well as rhombi also overestimate the pressure drop in the 
assembly of 16% and 19%, respectively, compared to calculations with open wires.  
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As a conclusion it seems that the displacement of the circular wire into the rod of about 5% of 
the wire diameter might be an acceptable compromise to model the wire. This technique has 
also been applied successfully by Gajapathy and Hamman (Gajapathy et al., 2007, Hamman 
et al., 2010). 
 

4 THE NUMERICAL MODEL  

4.1 Turbulence Modeling 
Most of the numerical investigations have been done with the k-ε turbulence model and logarithmic 
wall functions. This modeling seems to overestimate the pressure loss. This is particularly true when 
the Rehme correlation (see Bubelis et al. 2008) is taken as a reference. The overestimation of the 
friction factor, calculated recently by Gajapathy (2007) and Raza (2008), is shown in Table 4.1. The 
corresponding correlations used by the authors for model verification are added to the Table. 
 

Table 4.1: Predicted friction factors by using a k-ε turbulence model 
Reference Reynolds 

number 
Friction Factor 
Calculated 

Friction factor  
Correlation and Correlation  

Trio_U 17479 0.0086 0.0070 /   Rehme 
Gajapathy (2008) 10000 0.0107 0.0099 /   Novendstern 
 50000 0.0072 0.0063 /   Novendstern 
Raza (2008) 56000 0.046 0.0300 /   Cheng&Todereas 
 
This observed overestimation is in accordance to the conclusion of Hamman et al. (2010): “The 
realizable k-ε turbulence model agreed well with data produced using Novendstern’s empirical 
correlation, while the SST (Menter) k-ω turbulence model showed good agreement with Rehme’s 
empirical correlation”. 

4.2 Trio_U code 
Trio_U (Trio_U, 2010) is a thermal-hydraulic code for strongly instationary low Mach number, 
turbulent flows. The code is especially designed for industrial CFD calculations on structured and non-
structured grids of several tens of millions of nodes (Ducros et al., 2010). The platform independent 
code is developed at the CEA-Grenoble. It is based on an object oriented, intrinsically parallel 
approach and is coded in C++ language. The flexible code structure allows the user to choose a suitable 
discretization method and to combine various appropriate physical models, including different 
treatments of turbulence. Several convection and time marching schemes as well as a wide range of 
boundary conditions are available. This flexibility is implemented for massively parallel computing 
without a significant reduction of the overall performance of the code.  
 
For unstructured grids, the hybrid « Finite Volume based Finite Element » method (VEF) is applied. 
This method consists in determining for a continuous problem a discrete solution in the space of the 
finite element by maintaining the balance notation of finite volumes. The space discretization is 
performed on triangles in 2-dimensional cases and on tetrahedral cells in 3-dimensional cases. In 
Trio_U, the main unknown velocity and temperature are located in the centre of the faces of an 
element (triangle or tetrahedron). The pressure however is discretized in the centre and in the vertices 
of the element (staggered mesh) in order to improve the velocity/pressure coupling. 
 
The following numerical scheme was used in the simulation presented in this paper. More information 
on the code and the discretization can be found in Ducros et al. 2010. 
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Table 4.2: Assembly of the numerical model to simulate the flow around helical wire spacers 
Meshing Tetrahedrons o At least 7 calculation point 

between pins 
o Radial displacement of the 

circular wire into the rod for 
about 5% of the wire 
diameter  

o Expansion factor of four of 
the tetrahedrons in axial 
direction  

Discretization Finite Volume Elements P0/P1 for : 
o Pressure 

P1-non conform  for : 
o Velocity 
o Temperature 
o K and ε 

Time scheme:  Euler implicit 
First order backward 

Navier-Stokes equations Convection Ef_stab 
 Diffusion centered 
 Presser solver GCP, SSOR preconditioning  
 Thermal effects Boussinesq’s hypothesis 

(∆ρ/ρ<0.1) 
 Wall treatment Wall law « Reichardt » 

y+ > 40 
Turbulence modeling Approach Boussinesq’s hypothesis with 

turbulent viscosity (νt) 
 Turbulence model RANS type k-ε 
 Convection of k et ε Ef_stab 
 Diffusion of k et ε Centered 
 Thermal effects An-isotherm terms 
 Wall treatment Equilibrium wall laws 
Energy equation Convection of Temperature Ef_stab 
 Diffusion de la Temperature Centered 
 Wall treatment Wall law « Kader » 
 Treatment de la turbulence Turbulent Pr  
Conservation of masse Incompressible fluid 

div(u)=0 
Pressure projection method 

 

5 VALIDATION OF THE MODEL 
The qualification of the modeling methodology implies three elementary steps (Bieder et al. 2008), 
one verification and two validation steps: 
 

o verification (solving the equations right, what is usually done by code developers),  
o validation (solving the right equation) 

o elemental (separate effect studies) and 
o integral (coupled multiple effect studies and benchmarks) 

 
The qualified model can then be applied to the real, full scale geometry by using the same modeling 
methodology which was developed during the qualification process. The validation process for 
Sodium cooled reactor applications is performed here in three successive steps with increasing 
complexity of the associated physics by simulating: 
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o Boundary layers on solid wall in straight tubes (Helium test), 
o Pressure losses and flow fields in wire wrapped rod bundles (Water test), 
o Temperature distribution in heated rod bundles without wire spacer (Sodium test). 

 
It is mandatory that the same modeling strategy is applied in each validation step. 

5.1 Flow in straight tubes  
In industrial applications it is often not possible to follow in detail all requirements of BPG (Mahaffy 
et al. 2007). Concerning the geometry, this is related to the complexity of the topology of the 
calculation domain and to the available computer power which prevents the use of a perfectly adapted 
meshing. In the context of wire wrapped fuel bundles it is mandatory to verify the correct modeling of 
hydraulic and thermal boundary layers on solid walls when mesh sizes are used which are similar to 
those presented in Chapter 3.3.  
 
For this purpose, a periodic turbulent channel flow at Re= 105 (Helium at 70bar and 273K) with heat 
transfer is analyzed with two mesh refinements:  
 

o A reference meshing which is based on the application of BPG; 
o An industrial meshing which is close to the mesh refinement proposed Chapter 3.3.  

  
Both meshes are presented in Figure 5.1. Axially only two layers of tetra meshes are generated. A 
laminar flow profile with a mean velocity of 0.655m/s and at temperature of 0°C is used as initial 
condition. A constant heat flux of 1000 W/m² is imposed at the tube wall. The turbulence is modeled 
by a k-ε model with logarithmic wall functions. Constant physical properties are used and thermal 
feedback effects on the flow are neglected.  
 
Since the constant wall heat flux heats up a flow of constant mass flow rate, the mean temperature in a 
tube cross section increases linearly in time. Hydraulic convergence is achieved after 300s. Taking the 
center velocity as a reference this time span corresponds to a fictive tube length of about 150 times the 
diameter. The resulting temperature distribution in the tube is given in Figure 5.2 at 600s.  
 

Reference meshing Industrial meshing 

  
Fig. 5.1: Two mesh refinements for the same application in different situations 
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Reference meshing Industrial meshing 

  
Figure 5.2: Temperature distribution in the periodic tube after 600s 

 
Moreover, as also shown in Table 5.1, the friction velocity and the pressure loss are very similar for 
both meshes. Extrapolating the result with the industrial meshing to tube bundles, it seems that a 
simulation with mesh convergence in the hydraulic part underestimates the wall temperature. 
Although this is against the rule of conservative assumptions for nuclear safety analysis, an error of 
10% to15% in the prediction of wall temperatures seems to be acceptable for many industrial 
applications. 
 

Table 5.1: Periodic tube flow: Quantitative comparison of the results of two meshes 
 Theoretical 

values 
Reference 
meshing 

Industrial 
meshing 

Bulk velocity [m/s] 0.655 0.655 0.664 
Friction velocity [m/s] 0.0309 (Blasius) 0.0317 0.0321 
Pressure loss [Pa] 0.0019 (Colebrook) 0.0020 0.00206 
Wall temperature [°C] 114.5 112.17 101.88 
 

5.2 Flow in rod bundles 

5.2.1 The hydraulic Lafay experiment 
A simple pressure loss comparison, as shown in Table 3.1 for meshing purpose, is not sufficient for 
code validation. Unfortunately, only limited published experimental data exist on local pressure field 
measurements (e.g. Fernandez et al., 2000) and local velocity measurements in order to improve the 
knowledge of the fine flow structures in the flow sub channels of the tube bundle. The authors still 
consider the results of the 19 pin water experiment performed at CEA in 1975 (Lafay et al., 1975) as 
high quality data.  
 
a) Setup of the experiment 
The mockup consists of glass rods placed in a hexagonal housing. Three faces of the hexagonal tube 
were transparent. In these experiments static pressure traps were connected to differential manometers 
at various locations in the hexagonal stainless steel walls. The movement of the fluid was observed 
through the transparent faces using fine bubble visualization technique. The top view of the 
experimental device and the locations of the pressure measurements in the hexagonal stainless steel 
wall (rectangular sub channel) are given in Figure 5.3. The geometrical specifications of the 
experimental set up and the corresponding CAD model as well as the condition of the simulation 
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presented here are given in Table 5.2. Only one wire pitch with periodic axial boundary conditions 
was modeled. 

Figure 5.3: The setup of the Lafay experiment 
 
As for the ESTAIR experiment (Chapter 3.2), numerical test calculations with the Trio_U code have 
shown that mesh independent results can be obtained when at least seven calculations points are 
located between two rods. This mesh refinement leads for the simulation of the Lafay experiment to a 
mesh of about 3 Million tetrahedrons (6 Million calculation points for the used discretization) when 
using an axial expansion factor of four. The modeling strategy involves further the application of the 
numerical model described in chapter 4.2 and the treatment of boundary layers with industrial meshes 
as described in chapter 5.1.  

Top view of the mock up 
 

 
Axial pressure traps locations 
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Table 5.2: Specification of the Lafay experiment (geometry and experimental condition) 
Specification of the Subassembly 
 

 
 
 
 

 

Number of Pins 19 
 

Diameter of Pin 8.00  [mm] 
 

Pin Array Pitch 9.50  [mm] 
 

Diameter of Spacer Wire 1.32 [mm] 
 

Total Length of Pin 810   [mm] 
 

Wire-wrapping Pitch 150   [mm] 
 

Experimental Conditions 
 
Flow Rate 795  [g/s/m²] 

 
Inlet Temperature 20    [°C] 

 
Average Velocity  7.94 [m/s] 

 
Reynolds Number 30 000 

 
 
b) The axial pressure distribution 

Figure 5.4 shows the axial static pressure 
distribution on the peripheral hexagonal wall 
(rectangular sub channel) of the fourth wire 
pitch. The mean pressure gradient of 2.6 bar/m 
is subtracted from the axial profile. This 
gradient is identical for both experiment and 
calculation. Since wires of small diameters 
produce a less important wake than wires of 
large diameters, it seem that the configuration 
of the Lafay experiment can be better 
represented by the k-ε model than the 
ESTAIR configuration (see Table 3.1).   
 
The comparison of this reduced pressure 
between experiment and calculation shows a 
good accordance. The highest pressure 
difference shown in Figure 5.4 between 

maximum and minimum pressure can reach 70 % of the mean axial pressure drop of one pitch. 
 
c) Azimuthal pressure distribution 
On Figure 5.5 the transverse static pressure around the complete hexagonal duct at the same axial 
location has been plotted versus the side length. On the left side, the experimenters have plotted a 
continuous line in the experimental values. The notation of the faces is also given on this side. On the 
right side, the experimental values (stars) are compared to the calculated values (line). The values of 
the experiment and the calculation are in good accordance.  Minimum and maximum of the pressure 

 
Fig. 5.4: Axial pressure distribution in the 

Lafay experiment 

Inlet 

Outlet 

W
ater F

low
, 7.94 m

/s 
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are obtained on both sides of the face where the wire is in the peripheral gap. This azimuthal pressure 
difference represents 64% of the pressure drop of the axial pressure drop of one wire pitch. 
 

Experiment Trio_U calculation 
 
 

 

 

 
 

Fig. 5.5: Azimuthal static pressure distribution in the hexagonal duct in one elevation 
 
d) Peripheral velocity distribution 
Figure 5.6 shows on the left a typical flow pattern observed experimentally trough one transparent face 
of the hexagonal tube. A clear movement of the fluid in the peripheral channel is induces by the helical 
wire in the direction of the wire rotation. This swirl flow is periodic with axial direction and is a 
function of the wire position.  
 
The analysis of fine bubble photographs have shown that the peripheral velocity vectors angles are not 
the same as the wire wrap angles and depend on the wire position. The highest swirl velocities of 
about 48% of the local axial velocity are detected for the position 16 (the axial location is given on 
Figure 5.3). The lowest swirl velocities of 6% to13% of the local axial velocity are detected 
approximately for the position 12. These features of the flow are represented qualitatively by the 
Trio_U calculation (right side of Figure 5.6). 



 14

 
Experiment Trio_U calculation 

 

 

 
 
 
 

 
 

Fig. 5.6: Qualitative comparison of the velocity vectors near a transparent face of the duct 

5.2.2 The thermal-hydraulic GR16 experiment 
Sodium experiments on core thermal-hydraulics in tube assemblies with spacer wires, which can be 
used for code validation, have not been published to date (Smith et al. 2008). However, the heat 
exchange in tube bundles without spacer wire has been investigated in the framework of the French 
program of thermal-hydraulics on Sodium/Sodium heat exchangers (Bertoux et al., 1992, Berthoux, 
1995).The GR16 test facility of the CEA-Grenoble simulates the heat transfer within a 4x4 vertically 
arranged and electrically heated rod bundle (d=18.7 mm) which is placed non-centered in a 
rectangular container (see Figure 5.7 and Table 5.3). Detailed temperature measurements were 
performed at four levels (Z0 to Z1) in the upward Sodium flow as well as on the surfaces of the rod 
and container walls. For the level Z0, spatially highly resolved temperature profiles in x direction were 
measured with a mobile device in the central sub-channels along the lines of y=0.001275m, 
y=0.003825 and y=0.006375m. The temperature profiles in x direction at y=0m were measured at the 
levels Z1, Z2 and Z3. 
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Fig. 5.7: Vertical cross section through the GR16 experimental setup 
 
Table 5.3: Characterization of the analyzed experiment 
Specification of the Subassembly 
 

 

 

Number of Pins 16 
 

Diameter of Pin 18.7 [mm] 
 

Pin Array Pitch 33 [mm] 
 

Diameter of Spacer Wire - [mm] 
 

Total Length of Pin 3400 [mm] 
 

Length of Heated Region 1200 [mm] 
 

Wire-wrapping Pitch - [mm] 
 

Experimental Conditions 
 
Flow Rate 2.77 [l/s] 

 
Total Power 300 [kW] 

 
Inlet Temperature 302.4 [°C] 

 
Average Velocity  0.017 [m/s] 

 
Reynolds Number 20 200 

 

 
The thermal hydraulics of the flow in the whole bundle (total length of 3.4m) has been simulated with 
the Trio_U code without modeling the inlet and outlet devices. The specification of the assembly, the 
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CAD model as well as the definition of the analyzed experiment is given in Table 5.3. An experiment 
with mixed convection condition has been selected for code validation (Re=20200, Ri=5). The 
modeling strategy involves the application of the numerical model described in Chapter 4.2, the 
treatment of boundary layers with industrial meshes as described in Chapter 5.1 and the validation of 
the hydraulic modeling as described in Chapter 5.2.1. When using an axial expansion factor of four, 
the mesh contains about 6 Million tetrahedrons (12 Million calculation points for the used 
discretization). A steady state solution was found for a simulation time which corresponds to two 
traverses of the calculation domain.  
 
In the heated zone, a constant heat flux of integrally 300 kW is imposed on the outer surfaces of the 
rods. The same temporally and spatially constant heat flux density is imposed on each rod 
independently from its axial and radial localization.  
 

Temperature distribution Temperature distribution a t the Z0 level 

  
Fig. 5.8: Stationary temperature field in perspective view and in a vertical cut plane 
 
The steady state temperature field is shown in Figure 5.8 in a perspective view and in a horizontal cut 
plane in the Z0 level. The domain, shown in a perspective view, is truncated at the end of the heated 
zone and in a vertical cut in the Z0 level. As a consequence of the injected energy, the fluid mean 
temperature increases from 302°C to 412.5°C with a maximum temperature attaint in the peripheral 
sub channels. 
 

  
Fig. 5.9: Comparison of the measured and calculated temperature distribution 
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The quantitative comparison of measured and calculated temperature profiles in the Z0 level is shown 
in Figure 5.9. Two horizontal profiles in x direction, each at constant y abscises, are shown. The 
location of the profiles in the central sub channels is added to Figure 5.8. Both profiles show a good 
agreement between GR16 experiment and Trio_U calculation. The calculation underestimates globally 
the experimental profile by 2°C. Larger difference exist in the predicted temperature in the wider sub 
channel at x=-0.084m. Investigations are under way to understand this behavior (probably the 
modeling of the outflow). 
 

6 FULL SCALE FUEL ASSEMBLY 
The prediction of hot spots in fuel assemblies (axially developing flow) is of major interest for reactor 
safety. It requires the simulation of the whole assembly. The thermal load of a full scale 61-pin wire-
wrapped fuel assembly of the PHÉNIX reactor (fertile blanket) under hypothetical non uniform 
thermal conditions has been analyzed by using the Trio_U code. Retaining the mesh refinement 
presented in Chapter 3.3 (about 150,000 tetra per rod and wire pitch and using an axial expansion 
factor of four), the aimed full scale rod bundle (nine wire pitches on 61 pins) needs approximately 82 
Million tetrahedrons or about 170 Million calculation points. Such a mesh can not be created with the 
commercial mesh generators available at CEA. Thus a high quality meshing of only one wire pitch 
with periodic faces in flow direction (master mesh) was created with CENTAURsoft (CENTAURsoft, 
2010). This master mesh has been reproduced nine times and then gathered within Trio_U to build the 
final mesh of nine wire pitches.  
 
Table 6.1: Characterization of the assembly and of the hypothetical thermal hydraulic situation 
Specification of the Assembly 
 

 

 
 

Number of Pins 61 
 

Diameter of Pin 13.4   [mm] 
 

Pin Array Pitch 14.57  [mm] 
 

Diameter of Spacer Wire  1.08  [mm] 
 

Total Length of Pin 1800 [mm] 
 

Length of Heated Region 1680  [mm] 
 

Wire-wrapping Pitch 200 [mm] 
 

Experimental Conditions 
 
Flow Rate 190 [l/min] 

 
Total Power 442  [kW] 

 
Inlet Temperature 450  [°C] 

 
Average Velocity  1.00 [m/s] 

 
Reynolds Number 8660 

 

 

Inlet 

Outlet 

Sodium
 F

low
, 1.00  m

/s 
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The specification of the assembly, the CAD model as well as the definition of the analyzed 
hypothetical thermal situation is given in Table 6.1. 
 
The radial and normalized axial power distributions within the fertile blanket and in a single rod, 
respectively, are given in Figure 6.1 (radial power in W/cm). The fertile blanket is assumed to be 
located next to an experimental device with a central test channel (DAC). In the analyzed case, the 
DAC test channel contains light atoms which can decelerate neutrons. These neutrons, in their turn, 
might interact with the fuel atoms in the fertile blanket. An inhomogeneous power distribution in the 
fertile assembly can thus be the consequence of the presence of light atoms in the DAC. 
 

Radial power distribution in the assembly Axial power distribution in a rod 

 

 
 

 

Fig. 6.1: Radial and normalized axial power distribution in the assembly  
 
The radial distribution has been predicted by three-dimensional ERANOS calculations (ERANOS, 
2008) which lead to a total power of 442 kW. An equivalent axial power distribution is applied to all 
rods.  
 
The inhomogeneous temperature distribution in the fertile assembly was calculated by Trio_U for 
steady state conditions. The calculation has been performed in 10 days of CPU on up to 3000 
processors. The modeling strategy involves the application of the numerical model described in 
Chapter 4.2, the treatment of boundary layers with industrial meshes as described in Chapter 5.1 and 
the validation of the hydraulic and thermal-hydraulic modeling as described in Chapter 5.2.1 and 5.2.3, 
respectively. This procedure leads to the qualified model which now allows the prediction of thermal 
hydraulic phenomena in real, full scale geometries. 
 
The predicted temperature distribution is shown in Figure 6.2 in a perspective view and for a vertical 
cut plane at x=-0.1m. The effect of the wire spacer in the temperature distribution is well visible in the 
perspective view. It is also visible, that the maximum temperature is not achieved at the assembly 
outlet, as in the homogeneously heated case of the PLANDTL experiment (Chapter 5.2.2) but at about 
0.5m downstream of the location of maximum thermal power (at about 78% of the total length of the 
heated zone). This displacement is related to the mixing of the hot fluid near the DAC with the cool 
fluid on the opposite side of the DAC. 
 

DAC 
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Fig. 6.2: Predicted inhomogeneous temperature distribution in the assembly 
 
This temperature difference is illustrated in more detail in Figure 6.3, where axial temperature profiles 
in two sub channels are compared; one for the centre of the assembly and one near the DAC. The 
sinusoidal course of the temperature in the central sub channel beyond the maximum thermal power is 
related to the mixing of hot and cold fluid induced by the mixing wire. 
 

Centre of the assembly Near to the DAC 

  
Figure 6.3: Axial temperature profiles in different sub channels 
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7 CONCLUSION 
In the past, extensive numerical thermal-hydraulic investigations have been performed on the coolant 
of LMFBR fuel assemblies. These investigations have usually been limited to 7 to 19 wire wrapped 
pins and axially periodic boundary conditions due to the lack of available computer power. A 
modeling and validation strategy has been accomplished at CEA-Grenoble in order to analyze the 
thermal-hydraulic behavior of full scale, helical wrapped fuel bundles by respecting as far as possible 
the recommendations of Best Practice Guidelines.  
 
The proposed validation strategy was designed for a correct prediction of the pressure and temperature 
field within the bundle. Validation calculations on meshes which are similar to that of the final full 
scale calculation and by using the same numerical modeling have been performed with a stepwise 
increase of the complexity of the geometry and the incorporated flow phenomena: 
 

o Temperature development in straight tubes, 
o Pressure distribution in isothermal rod bundles with wire spacers, 
o Temperature distribution rod bundles with wire spacers. 

 
Concerning the meshing, it was concluded that tetrahedral meshes with at least seven calculation 
points between adjacent rods are sufficient to get the pressure distribution correctly. The wall 
temperature with this kind of mesh might be under-predicted by at most 15%.  
 
A critical review of existing pressure loss correlation and their usefulness for code validation has 
shown that it seems preferable to analyze high quality, detailed experimental data rather than using 
general pressure loss correlations. The axial, horizontal and azimuthal pressure distribution within a 16 
pin rod bundle was predicted in good accordance to such a high quality experiment (Lafay experiment 
of CEA-Grenoble). 
 
Concerning the prediction of thermal effects, the temperature distribution near the end of the heated 
zone of a 4x4 test bundle without wire spacers has been calculated. The calculated horizontal 
temperature profiles in the central sub-channels are is in good accordance to data of the GR16 Sodium 
experiment, performed at CEA-Grenoble.  
 
Finally, by using the validated model, the temperature distribution within a full scale 61-pin fuel 
assembly of 9 axial helical wire pitches of an assembly of the Phénix reactor was predicted. Generic, 
inhomogeneous heating conditions of a fertile blanket, located in the vicinity of an experimental test 
device (DAC), were assumed. The hottest region within the bundle was predicted within the heated 
zone, horizontally in the vicinity of the DAC and axially at approximately 78% of the total length of 
the heated zone. 
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ABSTRACT 
In cooperation with other institutions, GRS adapts and validates the CFX code developed by 
ANSYS for LWR containment applications. In a severe accident scenario in a LWR large 
amounts of steam and hydrogen are released into the containment at different locations. To si-
mulate the main phenomena relevant for accident scenarios within LWR containments models, 
especially the ones provided to CFX by the users have to be validated. A simplified wall and 
bulk condensation model was implemented by GRS in CFX using USER-FORTRAN routines 
and has been validated by simulating several experiments where condensation processes are 
significant.  
The main focus of this paper will be on the simulation of the experiments Panda4 and Panda4bis 
performed at the Paul Scherrer Institute. These experiments differ only in temperature boundary 
conditions; hence condensation occurred in Panda4bis only. For the simulation of the Panda4 
experiment a grid sensitivity study was performed and the influence of the turbulence model and 
other parameters like turbulence intensity of the inflowing steam were investigated. CFX is able 
to simulate very well the flow pattern of the experiment with the counter current in the connect-
ing pipe between the two Panda vessels and the steam distribution. The developed model for the 
wall and bulk condensation was validated by calculating the Panda4bis experiment using similar 
models as for Panda4. The influence of the mesh resolution near the vessel walls was investi-
gated, because this is a critical parameter for the condensation model. Some model shortcom-
ings lead to larger deviations from experimental data than in simulating Panda4, but in general 
the simulation results are satisfactory. 

 
1.  INTRODUCTION 
In cooperation with other institutions GRS adapts and validates the CFX code developed by 
ANSYS for LWR containment applications. Thus for a correct prediction of the gas composi-
tion an accurate simulation of the wall and bulk condensation of steam is necessary as well. For 
containment application a modelling of the condensation with the multiphase approach, as im-
plemented in ANSYS CFX, is too CPU-time consuming. Thus a simplified condensation model 
was implemented in CFX using USER-FORTRAN routines [Heitsch 2005]. The condensation 
model has been validated by simulating several experiments performed at different facilities. 
The main focus here will be on the CFX-11 simulation of the experiments Panda4 and Pan-
da4bis performed at the Paul Scherrer Institute [Auban 2005], [Cachard 2006] in the framework 
of the PANDA SETH experimental program. This experimental program investigates jets and 
plumes generated by an injection of steam or steam/helium mixture and the resulting propaga-
tion of stratification fronts.  
These experiments differ only in temperature boundary conditions; hence condensation occurred 
in Panda4bis only. The simulation of both experiments offers the opportunity to separate errors: 
errors of the condensation model from other model and numerical errors (e.g. turbulence mod-
el).  
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2.  CONDENSATION MODEL 
In the following chapter only a short overview of the condensation model will be given, a de-
tailed model description can be found in [Heitsch 2005]. The condensation model consists of a 
model for bulk condensation and a model for wall condensation. 
Bulk condensation occurs when the partial pressure of steam is greater than the saturated vapour 
pressure of water at the temperature of the gas mixture. When bulk condensation occurs the 
excess steam is removed from the gas mixture and a corresponding latent heat is released into 
the gas. In this simplified bulk condensation model the droplets produced are not considered any 
further. It is not possible to assume an instantaneous new equilibrium; instead the transition to 
this state has to be calculated. Thus additional source terms for the removed steam and for the 
released heat were implemented. 
The wall condensation model determines the mass flux into the condensate film at the wall. The 
steam mol fraction at the interface is determined by the partial pressure of the vapour, assuming 
the vapour to be saturated at the interface temperature. The condensate film is not modelled in 
detail. Instead a correlation is used to determine the effective heat transfer coefficient through 
the film. The released heat due to the condensation process is taken into account by an addition-
al temperature source term in the wall.  
 
 
 
3.  SIMULATION OF THE PANDA4 EXPERIMENT 

3.1  Initial and boundary conditions 
The experimental facility consists of two vessels (D1 and D2; height ~ 10.7 m; diameter ~ 4 m) 
connected by a pipe with a curvature of 110° (Fig. 1). Initially the vessels are filled with dry air. 
Steam flows through a horizontal pipe into the vessel D1 with a mass flow rate of about 50 g/s. 
In the upper part of the second vessel D2 is a valve, which is used to keep the pressure constant 
at 1.3 bar. The initial temperature is 108 °C and the temperature of the inflowing steam is 140 
°C [Paladino 2006]. Under these conditions no condensation processes occur. The steam con-
centration is measured at different locations in the vessels and in the connecting pipe. The error 
of the measured molar fraction is assessed to be within +/- 1.5%. The time resolution of the 
measurements at most points is 10 to 15 concentration measurements during the whole experi-
ment [Cachard 2006]. 

  

Fig. 1 Geometry of the experiments Panda4 and Panda4bis (left) and  
measurement points in vessel D1 (right) 
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3.2  Modelling with CFX 
CFX-11 was used for the simulation of both Panda experiments. The turbulence was modelled 
by the SST model (Shear Stress Transport), which is a two-equation URANS (Unsteady Rey-
nolds Averaged Navier-Stokes equations) turbulence model. Using the SST model the “auto-
matic near-wall treatment” of CFX was applied. In this method CFX automatically switches 
from a low-Re formulation to wall functions based on the grid spacing provided by the user. 
The influence of the turbulence model is investigated and described in chapter 3.4. The mass 
flow and the temperature are defined at the inflow and a pressure boundary condition is chosen 
at the venting valve. At the inlet a medium turbulence level is assumed. Investigations per-
formed show that the turbulence level assumed at the inlet has a minor effect on the flow in the 
Panda vessels, because the inlet is in the pipe.  
The heat transfer in the walls is modelled by CFX, too, which is important for Panda4bis. 
Air and steam are modeled as ideal gases and a kinematic diffusivity of 2.5-5 m2/s for steam is 
assumed. A hybrid mesh is used for the simulation consisting of 190000 structured cells and 
3000 unstructured cells. A grid sensitivity study (see chapter 3.3) shows that this discretisation 
is sufficiently fine enough. Adaptive time steps are used for all simulations; typical values are 
0.5 s - 1 s. The standard numerical schemes were adopted for all simulations (advection scheme: 
“High resolution”, transient scheme: ”Second order”). 
 
3.3  Comparison with experimental data 
The calculated steam concentration in vessel D1 is in good agreement with the measured values. 
Only in the lower part (T20, height 0.54 m) of the vessel larger deviations occur (Fig. 2). In this 
part the increase of the steam concentration is overestimated. At T20 a steam concentration of 
20 % is measured after 1450 s, but in the simulation this concentration is already reached after 
700 s. At other measurement points (R20-C20, height >1.7 m) the steam concentration is meas-
ured with a sufficient accuracy. After 4000 s the steam concentration is overestimated by 2 vol 
%, which corresponds to a relative error of 2-3 %. The deviation is only slightly higher than the 
measurement error, estimated by the experimenter to be +/- 1.5 %.  
In the second vessel D2 the steam concentration is well predicted in the part above the connect-
ing pipe. At M20 (height=3.02 m) the deviations are smaller than the measurement errors. At 
H20 and C20 the deviations of the steam concentrations are about 2 vol % after 4000 s, which is 
only slightly larger than the measurement accuracy.  
Below the connecting pipe the delay in the mixing and the slower increase of the steam concen-
tration is simulated qualitatively correct, but quantitatively larger deviations occur. The steam 
concentration at N20 (height = 2.376 m) is overpredicted and at T20 underpredicted. A too 
strong stratification is simulated in the lower part of the vessel D2. 
CFX calculates the flow pattern with the counter current in the connecting pipe correctly (Fig. 
3). The steam concentration in the connecting pipe is well predicted, the largest errors occur at 
TDD10. Even at this point the error is smaller than 4 vol %, which corresponds to a relative er-
ror of 5 %. 
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Fig. 2 Molar concentration of steam in the two vessels D1 (left) and D2 (right) 

 

Fig. 3 Left: Steam concentration in the connecting pipe        
Right: Steam concentration in the two vessels after 500 s 

 

3.4  Grid dependency study 
In order to investigate the influence of the mesh a simulation is performed with a finer grid. The 
standard mesh consists of 193000 elements, the finer mesh of 608000 elements. This corres-
ponds more or less to a refinement factor of 1.5 in each dimension.  
At most measurement points no significant grid dependency can be observed (Fig. 4). Only at 
measurement point T20 in vessel D1 and at measurement point M20 a grid dependency can be 
observed, but the differences due to the discretisation are small compared to the differences in 
the experiment. Due to the high CPU-time needed (47 CPU days with a mesh of 193000 ele-
ments for 7200 s simulation time and 90 CPU days with a mesh of 60800 elements for 3400 s 
simulation time) no further mesh refinement was performed. 
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Fig. 4 Influence of mesh refining on the steam concentration; vessel D1 (left) and D2 
(right) 

 

 

Fig. 5 Influence of turbulence model on the steam concentration in vessel D2 

 
3.5  Influence of turbulence model 
In order to investigate the influence of the turbulence model, simulations with different turbu-
lence models (SST, k-ε, RNG-k- ε, and SSG-Reynold-Stress) were performed. Due to numerical 
instabilities the simulation with the SSG-Reynold-Stress model stopped after ~246 s. Thus this 
simulation will not be taken into account for the comparisons.  
The simulation results show very similar steam distributions at all measurement points (Fig. 5). 
The discrepancies in the lower part of the vessel D2 (point R20) are similar in all tested turbu-
lence models. It has to be considered that the SST, the k- ε and the RNG- k-ε model are all 
URANS turbulence models describing the turbulence by two equations. Therefore they have 
common limitations, for example they cannot take into account the anisotropy of turbulence.  
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3.6  Conclusions 
The Panda4 experiment was successfully simulated with CFX-11. For the most part of the fa-
cility the calculated steam concentrations are in good agreement with the measured values, but 
in the lower part (below the connecting pipe) of the vessel D2 larger deviations occur. A grid 
dependency study shows that with a mesh consisting of 193000 cells a satisfying accuracy can 
be achieved. Different 2-equation URANS turbulence models (SST, k-ε, RNG-k-ε) lead to simi-
lar steam concentrations.  
 
 
4.  Simulation of the Panda4bis Experiment - Validation of the Steam Con-
densation Model 
 
4.1  Initial and boundary conditions 
The geometry of the Panda4bis experiment is similar to the Panda4 experiment (Fig. 1). The 
main differences are the initial temperature and the temperature of the inflowing steam. The ini-
tial temperature of the dry air in the facility and the steel walls is 76 °C [Zboray 2006]. Steam is 
released with an average mass flow of 54.16 g/s and a temperature of 107.8 °C into the vessel 
D1, which is only slightly higher than the saturation temperature of steam at 1.3 bar. Due to 
these conditions condensation occurs in this experiment and has a major influence on the steam 
concentration. 
 
4.2  Comparison with experimental data 
When comparing the steam concentration it has to be taken into account that the experimental 
time resolution of the concentration measurement is quite coarse. Typically 10 to 15 measure-
ments were performed at each location during the first 5000 s. At some points even less than 10 
measurements were performed. Due to this coarse time resolution fast changes in the steam 
concentration cannot be measured. Yet, when comparing temperatures this problem does not 
occur because the time resolution of the temperature measurements is much higher (~∆t 2 s). 
In the simulation the steam concentration in vessel D1 increases up to 45 vol % in the first 
1000 s (Fig. 6). After 1000 s there is a slower increase due to condensation processes. After 
6000 s a steam concentration is reached of about 80 vol %. This corresponds qualitatively with 
the measured concentration, but in the experiment the concentration is 5 vol % to 10 vol % low-
er. The steam concentration is relatively homogeneous distributed, but in the experiment higher 
fluctuations are measured between the different locations. In the upper part of the vessel no dis-
tinct stratification can be found (C20-L20).  In the simulation no significant regional distinctions 
were found in this area. 
In the lower part of the vessel the increase of the steam concentration is delayed. During the 
whole experiment a lower steam concentration is measured in this area. This weak stratification 
is predicted in the simulation, too, but the absolute value of the steam concentration is overpre-
dicted. 



7 

 

  

Fig. 6 Steam concentration in vessel D1 (left) and D2 (right) 

 

 

Fig. 7 Steam distribution in the Panda vessels after 100 s, 500 s, 1000 s and 3000 s 
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Hot gas with a high steam concentration accumulates in vessel D1 above the connecting pipe 
(Fig. 7). The gas flows into vessel D2 through the upper part of the pipe. Through the lower part 
of the pipe cold gas with a low steam content flows back into D1. Due to its higher density the 
cold gas sinks down to the bottom of D1. This flow pattern is observed during the whole expe-
riment und is well predicted by the simulation. In the upper part of vessel D2 an increase of the 
steam concentration is measured during the whole experiment (B2-G2). This increase is pre-
dicted in the simulation, too, but as in D1 the concentration is overpredicted by 5 vol % to 10 
vol %. 
In the simulation a layer with a low steam concentration is predicted in the lower part of vessel 
D2. This layer dissolves slowly in the calculation. In the experiment much higher steam concen-
trations are measured. The reason for the large discrepancies is, that in the experiment conden-
sate is generated in the upper part of the vessel and transported into the lower part [Cachard 
2006]. There some of it evaporates and steam is generated. Due to model limitations condensate 
is not modelled and thus no evaporation processes can be simulated. An improvement of the si-
mulation results for this part of the vessel is only possible if the condensation model will be im-
proved (modelling of condensate) and evaporation processes will be taken into account.  
The evaporation process may also be the reason for the increase of massflow through the vent-
ing valve between 2000 s - 4000 s.  
The steam is flowing through a several meter long pipe into the vessel D1. A part of the pipe 
lies in vessel D1. It can be assumed that this part of the pipe has initially the same temperature 
as the gas and the walls of the Panda facility (76 °C). Thus condensation and heat losses appear. 
Therefore it has to be expected that less steam with a lower temperature is flowing into vessel 
D1 than the measured 64 g/s in the first period of the experiment. 
Simulations, which have taken into account the condensation in the pipe, failed due to numerical 
instabilities. Numerical instabilities may be the result of the fact that the wall condensation 
model was developed for condensation, if non-condensing gas components are existent. Thus 
condensation and the heat losses were neglected in the simulation. This will lead to an overesti-
mation of the inflowing steam and can explain the overprediction of the massflow at the venting 
valve in the first 750 s. An overprediction of the massflow into D1 would correspond to the 
overprediction of the steam concentration in D1 and the upper part of D2. 
 

 

Fig. 8 Steam concentration in the connecting pipe (left)  
and massflow through venting valve (right) 

 



9 

 

After 750 s the simulated massflow through the venting valve is in satisfactory agreement with 
the measurement, after 3000 s the massflow tends to be overpredicted. The deviations at 2500 s 
might be explained through the neglection of evaporation in the simulation. 
The temperature development is well predicted in vessel D1 and in the upper part of D2 (Fig. 9 
D1C20, D1L20, D2C20). The slower temperature increase in D1 at the beginning was not pre-
dicted. An explanation for this might be the neglection of the influence of the inlet pipe. There 
is a satisfactory agreement later on between experiment and simulation, but there is a moderate 
overestimation of the temperature increase. After 6000 s the temperature is overpredicted by 2 
to 3 K. At the bottom of D2 (Fig. 9, D2S20) the temperature decreases due to evaporation in the 
experiment. Due to the already mentioned model limitation, this cannot be simulated.  
 
 

 

Fig. 9 Temperature at different measurement points in vessel D1 (left) and D2 (right) 

 
4.3  Influence of the grid resolution near walls 
The simulation of Panda4 shows, that a grid of 193000 cells is sufficient to simulate the flow 
field at similar steam injection rates. From previous studies it is known, that the grid size near 
the walls has a large influence on the simulated wall condensation. Therefore in this grid sensi-
tivity study only the grid size near the walls is refined (Fig. 10). In the grid used by default the 
size of the first cell in the gas is about ∆x~ 5 cm. In the next refinement step ∆x was reduced to 
1 cm. The finest mesh resolution has a ∆x~1 mm. It has to be mentioned that ∆x might differ at 
edges or in some areas with curvature. The surface temperature is a significant parameter for 
wall condensation, therefore the heat transfer in the walls is modelled, too. The cell size in the 
steel walls is about 5 mm. 
The investigation shows that there is only a minor grid influence (Fig. 12, Fig. 13). The steam 
concentration and the temperature at the measurement points and the massflow through the 
venting valve differ only slightly, refining the grid near the walls (Fig. 10, Fig. 11).  The mesh 
resolution has a large influence on the computational power needed (Table 1). Beside the in-
crease of the number of mesh cells, a refinement of the grid near the walls can lead to a reduc-
tion of the time step size, which can be used to achieve a converge solution. In the simulation 
with ∆x~ 5 cm and ∆x~ 1 cm a time step size of 0.1 s could be used, but for the finest grid (∆x~ 
1 mm) the time step size has to be reduced to 0.025 s. 
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Fig. 10 CFD mesh used for grid dependency study. Right: ∆x~ 5cm 

 

Fig. 11 CFD mesh used for grid dependency study. Left: ∆x~ 1 cm Right: ∆x~ 1 

 

  

Fig. 12  Steam concentration using different grid resolutions near walls;  
vessel D1 (left) and D2 (right) 
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Fig. 13  Massflow through venting pipe and temperature using different  
grid resolutions near walls; vessel D1 (left) and D2 (right) 

 

Table 1 CPU time needed for 1000 s problem time on a linux cluster with 4 CPUs 

Mesh CPU time 

∆x~ 5 cm 64 h 

∆x~ 1 cm 157 h 

∆x~ 1 mm 582 h 

 

 

5.  SUMMARY 
The experiments Panda4 and Panda4bis performed at the Paul Scherrer Institute were simulated 
with CFX-11. These experiments differ only in temperature boundary conditions; hence con-
densation occurred in Panda4bis only. The simulation of both experiments offers the opportuni-
ty to separate errors of the condensation model from numerical and other model errors (e.g. tur-
bulence model). The simulated steam distribution is in good agreement with experimental data. 
CFX is able to simulate the flow pattern of the experiment with the counter current in the con-
necting pipe between the two Panda vessels.  
A model for the wall and bulk condensation was validated by calculating the Panda4bis experi-
ment, all other models were as for Panda4. The simulated steam concentration and the tempera-
ture in vessel D1 and in the upper part of D2 are in satisfactory agreement with the experiment, 
but for the lower part of D2 larger deviations occur due to the neglection of condensate and 
evaporation. Thus a reasonable enhancement of the condensation model would be an additional 
model for the transport of the condensate. 
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Abstract 

Within the framework of the EU (European Union) project SARNET (Severe Accident Research 
Network), spray experiments were performed in the TOSQAN facility in France. The experiments, 
Test 101 (thermal hydraulic part, without He release) and Test 113 (dynamic part, with He release), 
were selected for benchmark calculation with different CFD (Computational Fluid Dynamics) and LP 
(Lumped Parameter) codes. The CFD participants performed their calculations with a 2D geometry of 
the TOSQAN vessel without considering the pre-steam injection phase, but using the average values 
from the experiment for the simulation of the initial condition at the start of the spray.  

AREVA performed two GASFLOW post-test analyses of the Test 101 with the full 3D geometry 
simulation of the vessel: 

• Part simulation (PS): without considering the pre-steam injection phase, but using the 
average values from the experiment for the simulation of the initial flow conditions at the start 
of the spray. 

• Full simulation (FS): considering the pre-steam injection phase resulting in determination of 
the initial flow conditions at the start of the spray. 

FZK performed 2D calculations simulating the spray injection phase with and without He release in 
Tests 101 and 113, respectively. Furthermore FZK simulated the pre pressurization of the vessel with 
He in Test 113. 

The calculations of the TOSQAN spray experiments were necessary for validating the GASFLOW 
spray model because the effect of sprays on hydrogen risk had been investigated with this code for 
different LOCA (Loss of Coolant Accident) events, with and without delayed depressurization 
resulting in fast homogenization of the EPRTM containment atmosphere. 

The comparison of the calculations with the measured experimental results showed good agreement 
between calculation and measurements for Test 101 in all four phases; namely, vaporization phase, 
fast condensation phase, and slow condensation phase, as well as the equilibrium phase. Furthermore, 
it showed the same tendency for fast homogenization of the vessel atmosphere as mentioned above in 
the spray calculation for the EPRTM. The comparison showed maximum deviations of only about 3% 
for all three global values; namely, pressure, gas mean temperature, and gas mole number. Simulation 
of Test 113 showed less then 6% deviation for the He volume concentration after 250 s spray time 
while the He stratification is fully destroyed as was seen in the experiment. 

The selected mesh or control volumes for TOSQAN geometry provides an extrapolation from the 
compared results to prototypic containment scale. The linear scale of the TOSQAN vessel relative to 
the EPRTM nuclear power plant is about 1:22. 

The GASFLOW code is a finite volume computer code, which has been developed at the Los Alamos 
National Laboratory in USA and the research centre Karlsruhe in Germany. The code is designed to be 
a best-estimate tool for predicting the transport of steam/hydrogen/air mixtures, with/without spray, as 
well as the recombination and combustion of hydrogen with the possibility of adding other gases for 
simulating design basis or severe accidents in nuclear reactor containments. GASFLOW models are 
validated with numerous experiments describing different thermohydraulic phenomena in the 
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containment. These simulation analyses have shown that the GASFLOW spray model is applicable 
and reliable for the containment analyses due to good agreement with experimental results and can be 
applied for simulating all relevant phases during spraying, particularly during the thermodynamic 
equilibrium phase with and without light gas release. 

1. INTRODUCTION 
The EPRTM power plant is equipped with a two train spray system for maintaining the containment 
pressure below its design value and to avoid failure of the containment by over-pressurization in case 
of severe accident. It minimizes the leakage rate to the annulus, as may result from long-term steam 
production caused by decay heat removal from the melt; either in the spreading room, or in case of 
arrested core degradation, in the reactor pressure vessel. Thus, the numerical simulation of the spray 
system is necessary for the assessment and prediction of the atmospheric composition as well as the 
impact on possible hydrogen combustion modes during its action. 

In accident events with core degradation, hydrogen can be produced in considerable amounts and 
released into the containment. Although the installed auto-catalytic recombiners in the containment 
remove significant amounts of hydrogen in the long term, the accumulation of hydrogen in the short 
term can not be avoided, and a combustible mixture can form. 

After spray system actuation, steam in the containment atmosphere condenses on cold droplet surfaces 
flowing from the spray nozzles. Consequently, the steam volume concentration is reduced resulting in 
an increase of the hydrogen/air/steam mixture sensitivity with respect to combustibility. On the other 
hand, due to the high density of the droplets flowing in the upper part of the containment, strong 
convection flows will be initiated and established. Hence an effective fast homogenization of the 
atmosphere can occur with continuous reduction of hydrogen mass due to the action of the auto-
catalytic recombiners.  

Thus, there is a competition (in terms of gas mixture ignition) between steam condensation, with 
increased hydrogen risk, and atmosphere homogenization and hydrogen removal, with a decreased 
hydrogen risk. Therefore, the French Authorities have requested AREVA to demonstrate that early 
operation of the spray system will not interfere with hydrogen risk. To demonstrate that the operation 
of the spray system will not interfere with hydrogen risk, the GASFLOW CFD code (Travis et al. 
2007) has been used to determine the hydrogen distribution and removal, as well as for the assessment 
of combustion modes in the containment for the licensing of the EPRTM. The effect of sprays on 
hydrogen risk has been investigated with the GASFLOW code among others for a bounding scenario 
20 cm2 small break LOCA with delayed depressurization. The spray system is actuated at an 
unfavorable moment when high amounts of hydrogen accumulate in the containment (Movahed et al. 
2003). The calculations show fast homogenization of the EPRTM containment atmosphere associated 
with decreasing hydrogen risk.  

In the framework of the EU project SARNET, spray experiments were performed in the French 
TOSQAN facility (Malet et al. 2006). TOSQAN experiments 101 and 113 were selected for 
benchmark calculations with both CFD and LP codes. The CFD participants performed their 
calculations on a 2D axial-symmetric geometry. 

AREVA participated in the EU project SARNET by performing post-test calculations of the TOSQAN 
experiment 101 with the same code parameters as was used in the GASFLOW assessment for spray 
impact on hydrogen risk in the EPRTM. The initial and boundary conditions of the TOSQAN 
experiment were fully accounted for in the 3D geometry simulation of the vessel. FZK also 
participated in the project and performed pre and post-test calculations for both Tests 101 and 113 
with a 2D geometry simulation of the vessel during the spray phase and He release. 

This paper describes the results of the AREVA and FZK analyses for the TOSQAN Tests 101 and 
113, respectively, and compares the results of the calculations with the experimental results and 
assesses the spray model in GASFLOW for the determination of the impact of sprays on hydrogen 
risk. 
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2. GASFLOW CODE 
GASFLOW is a finite-volume computer code that was developed at the Los Alamos National 
Laboratory in USA and FZK in Germany (Travis et al. 2007). The code is designed to be a best-
estimate tool for predicting the transport of steam/H2/air mixture as well as for the recombination and 
combustion of hydrogen with the possibility of adding other gases for simulating design base or severe 
accidents in containment of nuclear power plant. The prediction of the mixture quality is achieved by 
solving the transient, three-dimensional, compressible Navier-Stokes equations with multi-component 
gas mixtures. The code can model geometrically complex facilities with multiple compartments and 
internal structures in a multi-block computational domain. One-dimensional complex ventilation 
systems can be included to couple the multi-block capability. GASFLOW solves transport equations in 
Cartesian or cylindrical coordinates for multiple component gas mixtures using the k-ε, k-ω or an 
algebraic turbulence model. 

GASFLOW predicts pressure and temperature developments during the course of an event, 
distribution of the specified gas species, stratification of the gas species, removal (recombination and 
burning) of combustible gases (hydrogen and carbon monoxide), heat and mass transfer to the 
structure/film, heat and mass transfer to the droplets, formation of mist, natural and forced convection 
flows, gas diffusion between neighboring cells, release of decay heat in the atmosphere (according to 
input), heating and cooling of the atmosphere, heating and cooling of the sump, leakage flow to 
environment, jet formation, spray simulation, formation of the water film on the structure surfaces and 
its transportation to the sump, collection of the condensate in a sump, thermal radiation, turbulence, 
and buoyancy effects. 

The thermo-chemical properties are extracted from JANAF tables, and the transport properties are 
derived from the data base of the CHEMKIN code. 

2.1 GASFLOW Spray Model 
GASFLOW has an applicable and reliable spray model for containment analysis with the use of 
separate temperatures for gases and droplets. This model assumes a mechanical equilibrium between 
the phases (equal velocities for gas and droplets) and allows for thermal non-equilibrium between the 
phases (non-equal temperatures of gas and droplets). In particular, this means separate specific internal 
energy equations are applied for the liquid and gas phases. The pressure field is determined only from 
the gaseous components, while convective heat and mass transfer are modeled between liquid and 
vapor components to obtain appropriate coupling phenomena. Droplet depletion is modeled to provide 
the effect of liquid sinks from the fluid field resulting in droplet sedimentation or rainout and droplet-
wall interaction. This model is similar to the model developed by CEA (Commissariat à l'Energie 
Atomique) for the CASTEM code (Caroli, 2000) with the assumption of the mechanical equilibrium. 

Users can define the spray nozzle locations on the GASFLOW mesh. In addition, the spray water 
temperature, the effective diameter of the droplets, the spray water mass flow rate along with the 
direction of the spray jet (simultaneous injections of the spray water in all directions are possible) must 
be defined. Normally the area of the GASFLOW mesh faced to the spray nozzle is much larger than 
the actual nozzle diameter. Therefore, the droplet jet velocity is higher than the calculated droplet 
velocity close to the spray nozzle resulting in a broad droplet jet with small velocity close to the spray 
mesh. This means that the momentum of the droplet jet is neglected close to the nozzle opening. This 
is acceptable because the droplet velocity reduces rapidly from the jet velocity at the nozzle opening to 
the gas velocity over a few meters distance. Furthermore, due to the high density of the droplet flow 
close to the spray nozzle, the gravitational body force is dominate for initiating and establishing 
effective convection flows which transport the droplets to lower elevations below the spray nozzle. 

2.2 Experimental Background and GASFLOW Code Validation 
The available experimental facilities vary from small shock tubes up to full containment facilities like 
the HDR (Heiβdampf-Reaktor) in Karlstein Germany. It is not the intention of this paper to present a 
comprehensive overview of all the related facilities and experiments, rather some recent and important 
large scale experiments will be identified. Many experimental tests have been performed in the HDR 
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facility. The most important experiments for hydrogen distribution and mixing are the E11.2 and 
E11.4 experiments, which had simulated the high and low hydrogen and steam release location, 
respectively. The results showed clear stratification or homogenization of the atmosphere depending 
upon the release position (high or low). FZK participated in the ISP-47 program using the GASFLOW 
code for pre- and post-test calculations for specified experiments in the TOSQAN, MISTRA and 
THAI test facilities. Some of the objectives of these International Standard Problems are: code 
comparisons between predictions and experimental transients, identifying and decreasing codes 
deficiencies, reducing the uncertainties of the codes, and finally improvement of the quality of the 
assessment of the relevant safety issues. 

Large numbers of pre- and post-test calculations with GASFLOW have been performed over many 
years showing good agreement with the observed steam and hydrogen distributions.  

The following Table 1 summarizes the key phenomena and experiments for GASFLOW validation. 

 

Table 1: Some of the experiments applied for the GASFLOW models validation 
Phenomena Experiments 
Steam/hydrogen transport HDR T31.5; Battelle Rx4, Rx5; Phebus FPT0; Phebus hydraulic 

tests; HDR E11.2 
Steam inertization Battelle Gx7 
Helium jet injection Battelle Hyjet Jy7 
Hydrogen recombination Battelle Gx4, Gx6, Gx7; Battelle MC3 
Hydrogen combustion, igniters HDR E12; Battelle HX; FZK tube; Battelle Gx7; Bureau of Mines 

tests; SNL Flame experiment 
Steam condensation ThAI 7 (blind calculation); ThAI 1 (open calculation), ThAI 7 (blind 

calculation); MISTRA (MICOCO exercise) 
He/steam distribution ThAI 10 (blind calculation); TOSQAN (blind calculation) 
Spray TOSQAN 101 (steam test); TOSQAN 113 (He test); MISTRA 

MASPn (steam test), MARC2B (He test) 

 

3 SIMULATION 
These sub-chapters describe briefly the EPRTM containment and TOSQAN vessel geometry with a 
delineation and outline of the main features, relevant differences, and similarities between them. 

3.1 EPRTM Containment Geometry Delineation 
The GASFLOW CFD code has been applied to computationally validate the hydrogen control system 
in the EPRTM. The containment volume of about 80000 m3 is subdivided in a cylindrical coordinate 
mesh with 30 control volumes in the radial direction, 69 control volumes in vertical direction and 60 
control volumes in azimuthal direction for a total number of 124,200 control volumes. The 
computational cells were uniformly spaced in the azimuthal direction (6º) (see Fig. 1). The inclusion 
of internal structures, containment shell with steel liner, plus all features relevant for the assessment of 
the hydrogen concept have been modeled (e.g. spray system and recombiners as well as the 
CONVECT system for making the EPRTM containment partly accessible for safe maintenance working 
condition during plant operation and which ensures in case of accident global and local convection 
flow).  

This detailed nodalization of the containment geometry is indispensable, since the influence of 
structures, components, doors, grids, and openings have considerable impact on the gas transport and 
mixing as well as on the turbulence generation and combustion processes. The water reservoir IRWST 
(In-Containment Refueling Water Storage Tank) is located in the lower part of the containment. This 
water is available for different purposes such as core melt cooling in the spreading area in case of a 
severe accident or for suction of the spray system. Also the steam condensate on structures during a 
LOCA scenario will be collected in the IRWST. 



CFD4NRS-3: Experimental Validation and Application of CFD and CMFD Codes to Nuclear Reactor Safety Issues 
OECD/NEA & IAEA Workshop Hosted by United States NRC Washington D.C., USA 14–16 September 2010 

5/14 

3.2 TOSQAN Vessel Geometry Delineation and Experimental Procedure 
Fig. 2 (left side 2 plots) shows a sketch and an instrumentation arrangement for the TOSQAN facility. 
The vessel boundary consists of double thin steel walls with oil circulated in the gap. The gap is sub-
divided into different sections. The temperature of the wall can be controlled by circulating oil in 
different sections with different temperatures (Malet et al., 2006). The vessel volume is about 7 m3 
with the internal diameter and the height equaling 1.5 m and 4.8 m, respectively. A pot is located in 
the lower part of the TOSQAN vessel. The condensate can be collected in the pot and removed 
through a drain line. The spray nozzle can be moved along the central vertical axis, which allows 
experimental measurements under different conditions. Fig. 2 (2 right side plots) shows the mesh for 
the GASFLOW 3D and 2D simulations, respectively.  

Fig. 1: GASFLOW model for EPRTM containment geometry (left side) and GASFLOW mesh cross 
section at level +19.50 m (right side). 

 

Fig. 2: Sketch of the TOSQAN facility and the instrumentation (left side 2 plots) and 
GASFLOW 3D and 2D geometry (right side 2 plots). 

In the 3D simulation, the vessel volume is subdivided in a regular Cartesian coordinate system with 10 
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in the vertical direction for a total number of 10,800 computational volumes. In the 2D simulation, a 
square mesh size of 5 cm was used resulting in 1,440 control volumes. 

The location of the spray nozzle, the air/steam/He injection pipe, and the sump floor can be seen in the 
TOSQAN vessel sketch and the corresponding GASFLOW 3D geometry representation. The selected 
10 cm cube volumes in a regular Cartesian coordinate system has the advantage of representing the 
spray nozzle with one cell exactly along the central axis (similar to the use of one control volume for 
simulating a spray nozzle in the EPRTM analyses), and at least five horizontal computational cells 
applied to the sump area, which allows possible counter current flow in the pot, while sub-dividing the 
vessel diameter in exactly 15 control volumes. The 3D simulation of the vessel allows the simulation 
of the steam injection pipe which results in a small non-symmetrical flow field. Comparison of the 
local parameters can be provided at the exact position of the corresponding measurement points. 

In Test 101, super-heated steam is injected into the vessel (initially air at 1 bar pressure) from a boiler 
at 8 bar through an aperture of regulation valves. The steam is throttled from 171.4ºC (8 bar) to 145ºC 
and 151ºC at 1 bar and 2.5 bar as the vessel pressurizes. The steam mass flow rate is about 13 g/s. The 
wall temperatures were controlled by heated oil circulations and measured. The measured wall 
temperatures are used as boundary conditions from the start of spraying up to the end of the test. 
Table 2 shows the measured mean wall temperatures of each section for the time after the injection of 
the super-heated steam. 

The total numbers of moles were determined at the start of spraying to be 213 and 308 for air and 
steam, respectively, which corresponds to a steam volume fraction of 59.1%. The flow rate of spray 
water was 30 g/s with a temperature of 119.1ºC at t = 0 s, 22.1ºC at 311 s and 22.7ºC from 1000 s to 
the end of the test. The water temperature during the evaporation phase is required to correctly predict 
the pressure and temperature development. The pressure at the initiation of spraying was 2.5 bar and 
the gas temperature was between 130.0ºC close to the spray zone and 131.1ºC elsewhere, while the 
droplet size was 145 µm and the spray angle was 55º in both tests. 

 

Table 2: TOSQAN Test 101: Measured wall temperatures 

Time 

[s] 

Mean wall 
temperature 

[ºC] 

Upper wall 
temperature 

[ºC] 

Middle wall 
temperature 

[ºC] 

Lower wall 
temperature 

[ºC] 

Just before spray injection 122.1 121.8 122.3 121.7 

0 - 102 121.5 121.4 121.6 121.3 

107 – 300 120.4 120.8 120.4 120.3 

306 – 601  119.9 120.3 120.0 119.4 

End of the test 118.9 119.3 120.1 115.4 

 

In Test 113, initially air at 1 bar, He is injected radially with a flow rate of 1 g/s until the pressure is 2 
bar. The distribution/stratification was measured with a mass spectrometer and indicated a uniform 
profile along the radius. After a 400 s delay, spraying was activated with cold water at 30ºC and a 
mass flow rate of 30 g/s. The outer boundary walls were only insulated and not controlled (Malet et 
al., 2006). Droplet size was 137 µm. Table 3 shows the measured mean gas temperature and He 
volume concentration at different levels at spray activation. The test condition (no steam) in the vessel 
is not similar to the EPRTM containment during relevant events for spraying because there steam is 
always present. FZK simulated the He injection phase. 
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Table 3: TOSQAN Test 113: Initial condition at the start of spray water injection 

Level Z (from bottom) [m] Helium concentration [vol%] Mean gas temperature [ºC] 

Z13 = 3.93 m 99.0 ± 0.5 31.8 

Z11 = 3.135 m 85.8 ± 0.5 36.9 

Z10 = 2.8 m 47.6 ± 1.0 at Z9 = 2.675 m: 34.72 

Z5 = 1.9 m 2.3 ± 0.5 at Z6 = 2.045 m:30.13 

Z1 = 0.87 m 1.9 ± 0.5 at Z2 = 1.210 m: 28.70 

 

The size of the mesh for these calculations must be sufficiently large to ensure the applicability of 
comparing the simulations and experiment with the assessment of the EPRTM spray analysis. On the 
other hand, the mesh must be small enough to resolve all relevant phenomena occurring during the 
experiment. Fig 3 shows the GASFLOW 3D mesh scaling between the EPRTM analysis and the 
TOSQAN Test 101 simulation. This figure exhibits also the second root of the ratio of the control 
volume surfaces (perpendicular to the three coordinate directions) and third root of the ratio of the 
control volume, spray mass flow rate and containment/vessel volume which are of the same order of 
magnitude as the other ratios of the relevant geometry parameters.  

 

Fig. 3: EPRTM/TOSQAN scaling factors. 
 

The data for determining the ratio between spray analysis in the EPRTM and the TOSQAN experiments 
is the respective control volume sizes. It should be mentioned that all computational volumes used for 
EPRTM analyses have a similar shape (hexahedral mesh) except those at the center. As mentioned 
before, all control volumes in the TOSQAN Test 101 calculations are cubes and have the same size. 
Scaling factors for different parameters and length scales between EPRTM and TOSQAN analyses are 
of the same order of magnitude. The choice of the 10 cm cubes for the TOSQAN calculations results 
in proper scaling factors for all significant geometry parameters between 3.4 and 31.2. 

Since the scaling factors for significant geometry parameters are within an acceptable order of 
magnitude, the results of the comparison between TOSQAN experimental results and GASFLOW 
calculations are applicable for the EPRTM GASFLOW analyses. The linear scale of the TOSQAN 
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vessel relative to the EPR TM nuclear power plant is about 1:22 in comparison to the average scaling 
factor from all parameters of about 1:15. 

 

4 EXPERIMENTAL RESULTS AND PERFORMED CALCULATIONS 
The discussion of the global and local results is now presented separately for each test. 

4.1 Thermal Hydraulic Part: Test 101 
Figs. 4 to 6 show the comparison of the time history for three global values:  pressure, average gas 
temperature and gas mole number in the TOSQAN vessel for the two calculations PS (part simulation) 
and FS (full simulation). The comparison of the calculations with the measured experimental results 
shows good agreement in all four phases; namely, vaporization phase, fast condensation phase, slow 
condensation phase, and in the equilibrium phase. The comparison shows maximum deviations of 
about 3% for all three global values which occur during the evaporation phase. The lack of sufficient 
experimental information for adequately describing the pre-steam injection phase and spray water 
temperature history is apparent. 

 

Fig. 4: TOSQAN Test 101: Comparison of the absolute pressure 
 

Fig. 5: TOSQAN Test 101: Comparison of the average gas temperature 
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Fig. 6: TOSQAN Test 101: Comparison of the gas mole number 
 

Figs. 7 to 8 and 9 to 10 show the local radial gas temperature profiles below the spray nozzle (Z14) 
and at a lower location in the vessel (Z6, above the pot) at times of 600 s and 6000 s, respectively. The 
comparison shows very good agreement outside the vicinity of spray nozzle. The deviation close to the 
location below the spray nozzle on the central axis indicates the insufficient resolution of the spray 
flow area with one computational volume. This inaccuracy close to the spray nozzle head has no 
impact on the determination of the flow variables elsewhere as can be seen in figures that present the 
local variable (Figs. 7 to 15).  

 

Fig. 7: TOSQAN Test 101: Gas temperature, radial profile on the level Z14 at t = 600 s 
 

Fig. 8: TOSQAN Test 101: Gas temperature, radial profile on the level Z6 at t = 600 s 
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Fig. 9: TOSQAN Test 101: Gas temperature, radial profile on the level Z14 at t = 6000 s 
 

Fig. 10: TOSQAN Test 101: Gas temperature, radial profile on the level Z6 at t = 6000 s 
 

Figs. 11 and 12 show the local vertical gas temperature profiles on the central axis, R12, and 
at the radius R = 0.296 m, respectively, at t = 6000 s during the equilibrium phase. In these 
figures, the location of the spray nozzle is indicated. The comparison exhibits the same 
behavior as was seen in the radial profiles. 

 

Fig. 11: TOSQAN Test 101: Gas temperature, vertical profile on the central axis of the vessel at 
t = 6000 s 
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Fig. 12: TOSQAN Test 101: Gas temperature, vertical profile on the axis at radius R = 0.298 m near 
central axis at t = 6000 s 

 
Figs. 13 and 14 show the local radial steam volume concentration profiles below the spray nozzle 
(Z14) and in lower part of the vessel (Z5, above the pot), respectively, at, t = 6000 s during the 
equilibrium phase. For the same time, Fig. 15 displays the local vertical steam volume concentration 
profiles close to the central axis R11 at a radius R = 0.1 m. The comparison yields very good 
agreement outside the vicinity of the spray nozzle. The deviation close to the spray nozzle is explained 
on the one hand as before for the gas temperatures on the other hand the measurement with the mass 
spectrometry Mass sp. 180106 at 3.91 m shows in Figs. 13 very good agreement between calculated 
and measured data at radius 0.7 m near vessel wall just below the level of the spray nozzle. This 
measurement shows the same deviation as the calculation with others measurement like Ramman sp 
261004 at 4 m (R = -0.67 m) which indicates some uncertainty of the experimental data. 

 

Fig. 13: TOSQAN Test 101: Steam volume fraction radial profile on the level Z14 at t = 6000 s 
 

Fig. 14: TOSQAN Test 101: Steam volume fraction radial, profile on the level Z5 at t = 6000 s 
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Fig. 15: TOSQAN Test 101:  Steam volume fraction, vertical profile close to the axis of the vessel at 
t = 6000 s 

4.2 Dynamic Part: Test 113 
Fig. 16 shows the comparison of two global values, pressure and average gas temperature, in the 
TOSQAN vessel Test 113. The calculated and measured experimental results show good agreement 
after global mixing is reached (after about t = 250 s). The comparison exhibits maximum deviations of 
about 3% for these two global values. This occurs during the He stratification break-up phase and 
when the global gas mixing is reached for temperature and pressure, respectively. 

 

Fig. 16: TOSQAN Test 113: History of the absolute pressure and gas temperature 
 

Fig. 17 shows the local vertical He volume fraction profiles on the axis, R8, at half of the TOSQAN 
vessel radius for different times. In this figure, the location of the spray nozzle and He injection 
nozzles are indicated. The comparison shows very good agreement between calculation and 
measurement throughout the experiment.  
 
Fig. 18 shows at the time t = 1000 s (after global gas mixing was reached at about t = 250 s) the local 
radial He volume concentration profiles below the spray nozzle (Z13; 22 cm below the spray nozzle) 
and in the upper part of the pot (Z1; in the sump area). The comparison demonstrates very good 
agreement outside the vicinity of spray nozzle. The deviation close to the location below the spray 
nozzle is explained by the same reasoning as mentioned for the gas temperature. 
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Fig. 17: TOSQAN Test 113: He fraction, vertical profile on the axis between centre and wall of the 
vessel at different times 

 

Fig. 18: TOSQAN Test 113: He volume fraction, radial profile below the spray nozzle (Z13) and in 
the sump (Z1) at t = 1000 s 

 

Fig. 19 shows the time history of the local He volume fractions at different levels located on the axis 
R8, at half TOSQAN radius. For the He break-up phase, the comparison is sufficient; particularly, 
since the initial conditions at spray activation display up to 5.5 vol% deviation from the measurement 
in the central region of the vessel due to insufficient resolution of the complex He injection system 
which releases He in a horizontal level. The absolute errors at the time of activation of the spray are 
about -2.6 vol%, 3.2 vol%, 5.5 vol%, -0.2 vol% and -0.3 vol% at levels Z13, Z11, Z10, Z5 and Z1, 
respectively. This simulation shows less then 6% deviation in the He volume concentrations after 
250 s spray time.  

 

Fig. 19: TOSQAN Test 113: History of He volume fraction in different levels on the axis between 
centre and wall of the vessel (0: time of spray actuation) 
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The comparison shows sufficient agreement in all three phases namely during the He injection phase 
and around the time of spray activation as well as after the break up phase taking into account the 
impossible proper delineation of the complex He injection system with the selected mesh size to 
ensure the applicability of comparing the simulations and experiment with containment spray 
analyses. 

5 CONCLUSION 
The TOSQAN experiments 101 (thermal hydraulic test without He release) and 113 (dynamic part 
with He release) were simulated with the GASFLOW CFD code. AREVA performed two post-test 
analyses of the experiment 101 with a full 3D geometry of the vessel. FZK performed pre- and post-
test analyses for both tests in a 2D geometry. The FZK analysis of Test 101 is without considering the 
pre-steam injection phase, but the analysis of Test 113 takes into account the He release phase before 
spray activation. Calculations considering the pre-steam/He injection phase have the advantage of 
calculating the initial conditions at the time of spray activation. 

These analyses of the TOSQAN spray tests are useful for validating the GASFLOW spray model to 
ensure the effects of spraying on the hydrogen risk are adequately simulated and investigated for 
severe accidents. 

Comparison of the calculated results with measurements show good agreement for Test 101 in all four 
phases; namely, vaporization phase, fast condensation phase, slow condensation phase, and 
equilibrium phase (around 3% deviation). For Test 113, the agreement is good for the phase after 
global gas mixing is reached. The comparison shows maximum deviations of about 3% for both global 
values which occur during the He stratification break-up phase and when the global gas mixing is 
reached for temperature and pressure, respectively. For the He break-up phase, the comparison is 
sufficient; particularly, since the initial conditions at spray activation display up to 5.5 vol% deviation 
from the measurement in the central region of the vessel due to insufficient resolution of the complex 
He injection system. Furthermore, the tests show the same tendency for fast homogenization of the 
atmosphere as mentioned above for the spray calculations of the EPRTM.  

The mesh resolution provides an extrapolation for the results to prototypic containment scale. The 
linear scale of the TOSQAN experiment relative to the EPRTM nuclear power plant is about 1:22. The 
reliability and applicability of the GASFLOW spray model is demonstrated with good agreement 
between simulation and experiment for the TOSQAN Tests 101 (steam test) and 113 (He test). 
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Abstract 

The behaviour of a pressure suppression containment is studied experimentally and by performing 
CFD calculations. The experiments have been performed with the PPOOLEX test facility, which 
is a scaled-down two-compartment model of a pressure suppression containment of a BWR. In the 
experiments, vapour is blown into the drywell compartment initially filled with air. When the 
pressure increases, the mixture of air and vapour flows through the vent pipe into the water pool of 
the wetwell compartment. 

CFD simulation of the first 100 seconds of the experiment has been performed by using the Euler-
Euler two-phase model of FLUENT code. In the model, the gas phase consists of air and vapour 
species components. In wall condensation, the condensing water forms a film layer on the wall 
surface, which is modelled by mass transfer from the gas phase to the liquid water phase in the 
near-wall grid cell. The heat transfer from the gas phase through the water film to the wall is 
resolved. The direct-contact condensation in the wetwell is modelled with a heat transfer 
coefficient. The calculated temperature, pressure and wall-condensation are compared to the 
results of the PPOOLEX experiment. 

1.   INTRODUCTION 

In boiling water reactors (BWR), the major function of the containment system is to protect the 
environment if a loss-of-coolant accident (LOCA) should occur. The containment is designed to 
accommodate the loads generated in hypothetical accidents, such as sudden rupture of a main 
steam line. In such an accident, a large amount of steam is suddenly released in the containment. 
An essential part of the pressure suppression containment is a water pool, where condensation of 
released steam occurs. 

In a BWR, the pressure suppression containment typically consists of a drywell and a wetwell with 
a water pool. In a hypothetical LOCA, steam and air flow from the drywell through vent pipes to 
the wetwell, where the outlets of the vent pipes are submerged in the water pool. In the early part 
of the accident, mainly non-condensable air or nitrogen flows through the vent pipes into the 
wetwell. Then, the volume fraction of vapour increases in the gas mixture. When all the non-
condensable gas from the drywell has been blown into the wetwell, the blowdown consists of pure 
vapour. The pressure suppression pool changes this large volume of vapour to a small volume of 
liquid water (Lahey and Moody, 1993). 

The PPOOLEX test facility is a scaled-down model of a pressure suppression containment of a 
BWR (Puustinen et al., 2009). The pressurized PPOOLEX vessel shown in Figure 1 consists of a 
drywell compartment and a wetwell compartment with a water pool. The compartments are 
connected with a vent pipe, whose outlet is submerged in the water pool in the wetwell. In 
experiments, vapour is generated with steam generators and blown into the drywell. 
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Fig. 1: Pressure (Pn) and temperature (Tn) measurements in the PPOOLEX pressurized test 
facility at Lappeenranta University of Technology. On the right, the surface mesh of the CFD 

model and the outer wall temperature (°C) at time t = 0 are shown. 

In the PPOOLEX experiment WLL-05-02, vapour was blown into the preheated drywell 
compartment of the facility. The vapour jet hit the opposite wall of the drywell, where wall 
condensation occurred. The temperature of the wall structures of the drywell rose and heat was 
conducted through uninsulated walls to the ambient laboratory. When the pressure in the drywell 
increased, the mixture of air and vapour started flowing through the vent pipe into the water pool 
of the wetwell. The vent pipe was cleared of water and large gas bubbles formed at the pipe outlet 
with a frequency of about 1.4 hertz. The volume fraction of vapour in the drywell increased and 
direct-contact condensation at the outlet of the vent pipe became significant. 

In the present work, a computational fluid dynamics (CFD) simulation of the first 100 seconds of 
the experiment is performed by using the Euler-Euler two-phase model of FLUENT (Fluent, 2006). 
In the model, the gas phase consists of air and vapour species components. In wall condensation, 
the condensing water forms a film layer on the wall surface, which is modelled by mass transfer 
from the gas phase to the liquid water phase in the near-wall grid cell. The heat transfer from the 
gas phase through the water film to the wall is resolved. The direct-contact condensation in the 
wetwell is modelled with a heat transfer coefficient. The wall condensation and direct-contact 
condensation models are implemented with user-defined functions in FLUENT. 

In Section 2, the PPOOLEX facility and the experiment WLL-05-02 are described. The two-phase 
CFD models for condensation are described in Section 3. In Section 4, the CFD results for the 
experiment WLL-05-02 are presented and compared to the measurements. Finally, Section 5 
contains a summary and discussion. 

2.   THE PPOOLEX TEST FACILITY 

PPOOLEX is a pressurized cylindrical vessel with a height of 7.45 meters and a diameter of 2.4 
meters. The volume of the drywell compartment is 13.3 m3 and the volume of the wetwell 
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compartment is 17.8 m3. The DN200 (∅219.1 × 2.5 mm) vent pipe is positioned in a non-
axisymmetric location 300 mm away from the centre of the facility. The water level in the 
beginning of the experiments was 2.14 m from the bottom of the pool. The submergence depth of 
the DN200 vent pipe was 1.05 m, which corresponds to a hydrostatic pressure of about 10.2 kPa at 
the vent pipe outlet. The PPOOLEX facility is shown in Figure 1. 

In the experiments, the drywell compartment was initially filled with air at atmospheric pressure. 
Preheating of the wall segments was executed with vapour. After preheating, the test vessel was 
shortly ventilated to dry the wall surfaces and to clear the viewing windows. In the experiments, 
pure vapour was blown into the drywell compartment of the PPOOLEX facility through the 
horizontal DN200 pipe. Vapour was obtained from the PACTEL steam generators connected to 
the DN200 pipe with a DN50 pipe. The mass flow rate of vapour into the drywell was measured 
with a vortex meter located in the DN50 line. In addition, the temperature of vapour was measured 
in the inlet plenum. The measured mass flow rate and temperature were used as boundary 
conditions in the CFD simulations. 

Three different condensation phenomena occur in the experiments. First, some bulk condensation 
of vapour may occur, when vapour flows from the DN50 pipe through the DN200 inlet plenum 
into the drywell. Second, part of the vapour is condensed on the walls of the drywell. The wall 
condensation is determined by the initial wall temperature in the drywell and by the heat transfer 
through the uninsulated walls of the drywell to the laboratory. Third, direct-contact condensation 
occurs in the water pool of the wetwell. 

3.   CFD MODELS FOR CONDENSATION 

The Euler-Euler model of FLUENT 6.3 was used in modelling the experiment. In the Euler-Euler 
model, the conservation equations of mass, momentum and enthalpy are solved for the gas phase 
and liquid phase. The gas phase is wet air, which consists of two species components: dry air and 
vapour. Gas phase is treated as a compressible ideal gas, where wall condensation, direct-contact 
condensation and bulk condensation are modelled with user-defined functions of FLUENT. 
Different implementations of wall-condensation models were recently benchmarked by Ambrosini 
et al. (2008). The direct-contact condensation models have been reviewed by Kim et al. (2004). 

3.1 Wall-condensation 

The idea of the diffusive wall-condensation model is illustrated in Fig. 2, where the mass and 
energy balances at the gas-liquid interface are shown. In condensation or evaporation, the mass 
balance reads 

 "
water

"
steam mm && =  (1)1 

where "
steamm&  is the mass sink or source in the gas phase and "

waterm&  is the mass source or sink in 

the liquid phase. The energy balance at the interface is 

 )()( waterwater
"
water

"
liquidsteamsteam

"
steam

"
gas ThmQThmQ && +=+  (2) 

where Tsteam and Twater depend on the direction of the mass transfer (i.e., condensation/evaporation). 

In condensation, steam disappears at the gas temperature Tgas and water appears at the interface 
temperature Ti . In evaporation, steam appears at the interface temperature Ti and water disappears 
at the liquid temperature Tliquid. 
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Fig. 2: Heat transfer from the gas phase through the liquid film to the solid wall. 

The heat flux densities are determined by 

 )( igasgas
"
gas TThtcQ −=  

(3) 
)( liquidiliquid

"
liquid TThtcQ −=  

The condensation mass flux density is determined by near-wall diffusion 
 










−
−

⋅−=
i

steam

mixture

steam"
steam 1

1
ln

y

y
mtc

w

w
m&  (4) 

where ysteam is the mole fraction of steam in the near-wall grid cell and yi is the mole fraction of 
steam in the interface. The turbulent mass transfer coefficient is mtc and wsteam and wmixture are the 
molecular weights of steam and mixture, respectively. The mole fraction of steam at the interface 
is a function of the interface temperature: 

 
totisatii /)()( pTpTy =  (5) 

The interface temperature Ti is determined by using Eqs (3)–(6) so that Eq. (2) is satisfied. 

3.2 Direct-contact condensation 

A simple model was used for describing the direct-contact condensation in the water pool. The 
model is intended to describe the basic features of direct-contact condensation in two-phase 
simulations with FLUENT. 

The properties of the phases (Tgas, ysteam, Tliquid ) and the heat transfer coefficients (htcgas , htcliquid) 
are assumed to be known. The gas phase is treated as a two component mixture, comprising of a 
condensable and a non-condensable gas component. The effects of the components to the heat 
transfer are estimated from the volume fractions of the components, i.e., the heat transfer area is 
reduced by the mole fraction (yair, ysteam) of the component. The mass and heat transfer at the gas-
liquid interface is determined by the phase properties (Tgas, Tliquid) of the fluid. 

The mass balance at the interface is again given by Eq. (1). The energy balance at the interface is 

 )()( waterwater
"
water

"
water

"
noncondsteamsteam

"
steam

"
steam

"
air ThmQQThmQQ && ++=++  (6) 

gas=steam+noncondensables liquid=water/solid 
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Tinterface 
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where Tsteam and Twater depend on the direction of mass transfer. In condensation, steam disappears 
at the gas temperature Tgas and water appears at the saturation temperature Tsat . In evaporation, 
steam appears at the saturation temperature Tsat and water disappears at the liquid temperature 
Tliquid. The enthalpies are estimated by Eq. (3), where the interface temperature is Ti = Tsat. 

The heat transfer of the non-condensable gas component is determined by 
 

( )liquidgas
liquidgas

liquidgas
air

"
noncond

"
air TT

htchtc

htchtc
yQQ −

+
⋅

==  (7) 

The condensation or evaporation is determined by the saturation temperature of the condensable 
gas component: 
 

)( steamsatsat pTT =  (8) 

The heat flux densities are 
 ( )satgasgassteam

"
steam TThtcyQ −⋅=  (9) 

 ( )liquidsatliquidsteam
"
water TThtcyQ −⋅=  (10) 

When condensation occurs, i.e., "
steam

"
water QQ > , the mass flux density of steam is 

 

( )satwatersteamsteam
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water"
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QQ
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When evaporation occurs, the mass flux density of steam is 
 

( )waterwatersatsteam

"
steam
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water"

steam )( ThTh

QQ
m

−
−=&  (12) 

In the FLUENT model, a volumetric mass transfer rate is needed, which is obtained by 

multiplying the mass flux by area density. The area density is estimated by α∇=ai , where α is 

the void fraction. In the present simulation, the heat transfer coefficient of gas has a constant value 
of  htcgas = 1000 W/m2. The heat transfer coefficient for liquid is calculated from the correlation of 

Chen and Mayinger: 5.07.0
liquid PrRe185.0=htc . 

4.   CFD MODELLING OF THE EXPERIMENT WLL-05-02 

The CFD mesh of the PPOOLEX facility consists of 135 000 hexahedral grid cells. The surface 
mesh is shown in Fig. 1. The QUICK scheme was used for the spatial discretization of the volume 
fraction equation and the second order upwind scheme for other variables. The first order implicit 
method was used for the time discretization with a time step 0.01 s. The gas phase was modelled 
as compressible ideal gas, and the floating operating pressure option of FLUENT was used. 

The interfacial drag was modelled by using the symmetric drag model of FLUENT (Fluent, 2006). 
In the near-wall grid cells of the drywell, a large droplet size (dp = 4 mm) was used so that liquid 
water was flowing downwards along the wall. The thickness of the liquid film on the wall was 
estimated from the amount of liquid water in the near-wall grid cell. 
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In the PPOOLEX experiment WLL-05-02, vapour was blown into the preheated drywell 
compartment of the facility. The initial temperature of the drywell was about 65 °C, and the initial 
temperature of the water pool in the wetwell was about 20 °C. The initial mole fraction of vapour 
in the gas phase was ysteam = 0.01. Temperature of the ambient laboratory was 25 °C. The 
convective heat transfer coefficient from the uninsulated wall to the ambient laboratory was 
assumed to be 4.53 W/m2K, and the emissivity of the outer wall was assumed to be ε = 0.3. The 
thickness of the steel wall of the drywell was 8 mm. 

In the experiment, the gas jet was injected into the drywell through the inlet plenum. In the CFD 
calculation, the gas was assumed to be almost pure vapour containing a mass fraction of one 
percent of air. The maximum mass flow rate of the jet was 0.54 kg/s, and the vapour temperature 
in the inlet plenum was about 140 °C. The mass flow rate into the drywell is shown in Fig. 3. 

When the pressure in the drywell increases, the water plug in the vent pipe starts moving 
downwards. The vent pipe is cleared at time t = 3 s and the first bubble is formed at the outlet of 
the vent pipe in the water pool. After this, new bubbles are formed with a period of about 0.72 s. 
The periodic formation of bubbles can be clearly seen in the sinusoidal mass flow rate through the 
vent pipe that is shown in Fig. 3. When bubbles are detached from the vent outlet, the mass flow 
rate in the vent pipe becomes for awhile almost zero or is even reversed. 

In Fig. 4, the shape of the gas bubble at the vent outlet is shown at a few instants of time. The 
calculated shapes of bubbles are quite similar to the ones observed in experiments. The calculated 
interface between the phases is, however, quite diffuse, when the bubbles are compared to those 
calculated earlier with the Volume Of Fluid (VOF) method (Pättikangas et al., 2009). The 
diffusive nature of the Euler-Euler method clearly affects the result. 

In Fig. 5, the temperature of the gas phase is shown at a few instants of time. The initial 
temperature of the preheated drywell is somewhat stratified. Some heat conduction occurred 
through the floor of the drywell to the top part of the wetwell. The temperature was initialized to 
correspond to the measured temperatures at time t = 0. The initial temperature of the outer wall is 
shown in Fig. 1. The hot steam jet injected into the drywell bends slightly downwards before 
hitting the opposite wall of the drywell. The velocity of the steam jet is about 25 m/s. The 
temperature of the drywell rises during the first 100 s to about 120 °C. 

In Fig. 6, the mole fraction of vapour in the gas phase is shown. The mole fraction of vapour 
increases rapidly from its initial value of one percent, and at time t = 100 s it is about 90% in the 
drywell. At this time, the gas flowing through the vent pipe into the water pool contains almost 
80 % of vapour. Strong condensation of vapour occurs on the walls of the drywell and on the walls 
of the vent pipe that is submerged in cold water. 

 

Fig. 3: Mass flow rate into the drywell (red line) and through the vent pipe (blue line). 
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Fig. 4: Photographs of gas bubbles in the water pool during the experiment WLL-05-02. On the 
right, iso-surfaces of void fraction in the CFD simulation are shown (α = 0.1). 



CFD4NRS-3, 14–16 September 2010, Washington D.C., USA 

 
 

t = 0 s 
 

20 s 
 

100 s 

Fig. 5: Temperature of gas (°C) in the cross-section of the inlet plenum at a few instants of time. 
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Fig. 6: Mole fraction of vapour in the cross-section of the vent pipe at different instants of time. 

In Fig. 7, the wall condensation is shown on the back wall of the drywell, where the injected 
vapour jet hits. In the beginning of the experiment, the wall is fairly cold. Therefore, condensation 
is first strong and decreases gradually. The maximum condensation rate is about 3.6 kg/m2s, and it 
occurs at time t = 18...22 s. 

In Fig. 8, the direct-contact condensation rate at the outlet of the vent pipe is illustrated at a few 
instants of time. In the early phase of the experiment, the gas flowing through the vent pipe 
contains mainly air and, therefore, almost no condensation occurs. Later in the experiment, when 
the gas in the vent pipe contains mainly vapour, strong condensation occurs near the outlet of the 
vent pipe. The condensation is still affected by air, which has a mole fraction of about 20 %. 

In the experiment, wall condensation in the drywell is studied by collecting condensate from the 
wall with a gutter system. The cumulative amount of condensate on the back wall, where the 
vapour jet hits first, is collected from a wall area of 5.25 m2. The condensate from the front wall, 
where the inlet plenum is located, is also collected from a wall area of 5.25 m2. The flow of 
condensate through the gutter system to the tanks causes a delay of about 25 s in the experiment. 



CFD4NRS-3, 14–16 September 2010, Washington D.C., USA 

 

 
t = 10 s 

 
20 s 

 
40 s 

 
60 s 

 
80 s 

 
100 s 

Fig. 7: Mass transfer rate (kg/m2s) between the gas and liquid phases in wall condensation. 
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Fig. 8: Mass transfer rate (kg/m3s) between the gas and liquid phases during direct-contact 
condensation at the outlet of the vent pipe. 

The calculated results are compared to the measurements in Fig. 9, where the cumulative amount 
of condensate is shown. On the back wall, the condensation is slightly overestimated by the CFD 
calculation. On the front wall, the condensation is clearly underestimated by the calculation. In the 
total amount of condensation, the errors partly cancel each other. The calculated total amount of 
condensation is about 10% smaller than the measured value. 

The PPOOLEX facility was uninsulated when the experiment was performed. In the early phase of 
the experiment, the amount of wall condensation is determined by heat transfer from the gas to the 
solid structures of the facility. Later, the heat transfer from the outer wall to the ambient laboratory 
determines the amount of condensation. The heat transfer to the laboratory is only modelled with a 
convective heat transfer coefficient and an emissivity for radiation heat transfer. 
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Fig. 9: The cumulative mass of condensate. Fig. 10: Calculated and measured pressures in 
the drywell and wetwell. 

  

Fig. 11: Calculated and measured temperatures in the drywell (left) and wetwell (right). 

 

 

Fig. 12: Measured temperature in the vent pipe (top) and calculated temperatures of gas and 
liquid (bottom). 
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In Fig. 11, the calculated temperatures are compared to measurements at a few points in the 
drywell and wetwell. In the drywell, the measurement shows a few abrupt changes of temperature 
which are not captured by the calculation. Otherwise, the calculated temperature in the drywell is 
quite close to the measurement. 

In the wetwell, the temperature of the gas space is stratified already in the beginning of the 
experiment. The measurements show that the stratified condition persists all the time during the 
experiment. In the calculation, more mixing occurs and stratification is weaker. The calculated 
temperature at the top of the wetwell drops already in the beginning of the calculation and differs 
from the measurement. 

In Fig. 12, the measured temperature inside the vent pipe is shown. The measurement is done near 
the outlet of the pipe, where the sensor is initially submerged in water. When bubbles are forming 
at the outlet of the vent pipe, hot gas is surrounding the sensor. When the bubbles detach from the 
vent outlet, water flows into the vent pipe surrounding the sensor. Therefore, the sensor alternates 
in measuring the temperature of gas and water. 

In the bottom part of Fig. 12, the calculated temperatures of gas and water are shown. The 
calculated temperatures of gas are somewhat lower than the measurements. The calculated 
temperature of water is higher than the measured value. This indicates that the calculated mixing 
of water near the vent outlet is not quite as strong as it is in reality. 

The calculated pressures are compared to the measurements in Fig. 10. The calculated pressures 
are clearly higher than the measured values. The reason for this is the too small amount of wall 
condensation in the drywell, which in turn is caused by too weak heat transfer to the ambient 
laboratory. In addition, the direct-contact condensation in the water pool is also too weak. In Fig. 6, 
one can see that some vapour escapes through the water pool to the gas space of the wetwell. This 
is not observed to occur in reality. The reasons for this are the challenges in modelling the 
interfacial area and the interfacial heat transfer in the water pool. 

5.   SUMMARY AND DISCUSSION 

CFD modelling has been performed for an experiment performed with the PPOOLEX test facility, 
which is a scaled-down model of a BWR pressure suppression containment. Models for wall 
condensation and direct-contact condensation have been implemented in the FLUENT code. The 
models have been tested against the PPOOLEX experiment WLL-05-02. 

Comparison of the wall condensation model to the experiment was complicated by the uninsulated 
wall of the drywell of PPOOLEX. When the wall structures have been heated by the hot vapour, 
the wall condensation is determined by the heat transfer from the outer wall of the drywell to the 
ambient laboratory. In the CFD model, the chosen heat transfer coefficient on the outer wall 
determines the amount of condensation. In the calculation, this also affects the pressure level 
inside the drywell and wetwell. 

In modelling the direct-contact condensation, the challenges are in the estimation of the interfacial 
surface area and the heat transfer coefficient. The heat transfer and condensation in the present 
calculation was found to be too weak. Some vapour was able to escape from the water pool to the 
gas space of the wetwell. An additional challenge is presented by modelling the interfacial drag in 
the different regions. In the drywell, some mist is formed by the bulk condensation. In the water 
pool, at the outlet of the vent pipe a large bubble is formed. In addition, small air bubbles are 
carried away by the flow in the water pool. More work is needed in order to find suitable 
modelling techniques for these phenomena. 

An attempt was made to follow the Best Practise Guidelines in performing the calculations. A 
finer mesh size was used near the walls of the drywell and near the inner and outer surfaces of the 
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vent pipe in order to achieve small enough y+ values. One of the problematic regions is the vent 
pipe, where the flow velocity and the y+ value vary from very small values (< 1) to values of about 
200. When a finer mesh is used near the outlet of the vent pipe, the bubble shape is reproduced 
somewhat more accurately than in the present calculations. Using a finer mesh in this region leads 
to a smaller time step and increased computing time. Therefore, the finer mesh was not used in 
these lengthy calculations. 

The second order upwind scheme was used for the spatial discretization of all variables except for 
the void fraction, which was discretized by using the QUICK scheme. First order implicit scheme 
was used in the time discretization. The transient calculation would benefit from using the more 
accurate second order time discretization, but this was not used because of numerical stability. 

The Euler-Euler model of FLUENT was used in the present simulations because it has separate 
enthalpy equations for each phase. This is necessary in modelling the heat and mass transfer 
between the phases. In modelling pressure suppression pools, the Volume Of Fluid (VOF) method 
is usually used (Hirt and Nichols, 1981; Yan and Bolger, 2010). The VOF method is suitable for 
modelling the beginning of the discharge, when non-condensable gas flows into the water pool. 
The large bubbles at the outlet of the vent pipe are described better by the VOF model than the 
more diffusive Euler-Euler model. On the other hand, in the experiments small bubbles of non-
condensable gas are observed in the water pool, which cannot be captured by the VOF model. 
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INVESTIGATION OF THE TURBULENT MASS TRANSPORT DURING THE MIXING OF A 
STABLE STRATIFICATION WITH A FREE JET USING CFD-METHODS

I1. Armin Zirkel, I2. Eckart Laurien

Institute of Nuclear Technology and Energy Systems, Universität Stuttgart

Abstract
During a severe accident, hydrogen can be produced by a chemical reaction between the Zircaloy cladding 
and water and escape into the containment through a leak in the primary circuit. The prediction of the  
mass transport of hydrogen is vital for an optimized positioning of countermeasures like recombiners. It is  
possible that a stable stratification of hydrogen and air occurs, due to the different densities of those fluids.  
This  paper  discusses  the  simulation  of  mass  transport  processes  during  the  mixing  of  such  a  stable 
stratification with a free jet. The mixing of a stable stratification with a free jet is characterized by the time 
dependency of the flow, sharp velocity and density gradients as well as the non-isotropy of Reynolds  
stresses and turbulent  mass  fluxes.  This paper discusses results  of  the eddy diffusivity model  for the 
turbulent mass flux as well as improvements with the use of a newly implemented non-isotropic model.

1. INTRODUCTION
This  paper  presents  the  current  state  of  an ongoing analysis  and validation of  turbulence models  for 
computational fluid dynamics (CFD) for containment flows after a loss-of-coolant accident (LOCA) in an  
existing light water reactor. The topic of this work is to investigate turbulence modeling for  the mixing of 
a stable stratification with an intruding turbulent free jet. Both, the free jet and the stable stratification are 
causing non-isotropic turbulence. Buoyancy turbulence production also has an influence, as turbulence is 
not only produced by shear stresses.  
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Fig. 1: Stable stratification inside a containment



Lumped  parameter  models  have  been  developed,  verified  and  used  to  analyze  and  predict  transport 
processes within a containment  (Fig. 1) (Allelein, 2005; Allelein, 2008). These  models  are  based  on 
mass  and  energy  budgets between given control volumes  inside  a  containment building.  They  can 
provide  valuable  information  about  complex  flows, such  as mixing,  condensation  and  aerosol 
transport. However, flow  models are  often  specialized  to  a  narrow  range  of application and the user 
influence is rather large. Recently,  methods of computational fluid dynamics have also been used  to  
simulate containment flows (Kljenak, 2006; Houkema, 2008). They are based on temporally averaged 
mass, momentum and energy conservation equations, which appear as a set of coupled partial differential  
equations. Their  turbulence models,  see  Laurien (2007)  for  an overview, can be applied to a wide range 
of flow situations and geometries, represented by a fine  boundary  fitted numerical grid. The Reynolds  
stress  turbulence  models  are  capable  of  yielding  good  results  for  flows  with  non-isotropic  turbulent  
stresses. Models to calculate non-isotropic turbulent fluxes are available (Rodi, 1993) but not implemented 
in commercial software. Currently, the mixing of a stable stratification calculated by CFD takes longer  
time than measured mixing due to the isotropic calculation of the turbulent fluxes. 

The aim of this work is to develop a formulation of a non-isotropic turbulent flux model that is able to  
predict the mixing of a stable stratification. This new turbulent flux model can replace the eddy diffusivity 
concept  in  the  Reynolds  stress  turbulence  models.  In  order  to  do  this,  the  influence  of  buoyancy 
turbulence  production  as  well  as  the  impact  of  the  isotropic  approach  of  eddy  viscosity  models  is  
investigated. 

To get detailed information about the turbulence, a theoretical steady state test case is designed. A large  
eddy simulation (LES) is performed to be the reference case. 

2. EXPERIMENT
Experiments  for  containment  flows  are  the  THAI-experiments  (Thermohydraulic,  Hydrogen/Helium, 
Aerosol and Iodine) performed by Becker Technologies. The experiments referred to in this paper are the  
TH20  experiments  (Kanzleiter,  2007).  Fig.  2 shows  a  model  of  the  geometry  and  a  schematic 
representation of the experiment. 
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Fig. 2: left: TH20 geometry model; right: TH20 scheme
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The height of the vessel is 9.2m with a diameter of 3.16m. The configuration of the THAI-vessel for TH20 
contains a short inner cylinder in the lower vessel with a diameter of 1.4m. Inside the inner cylinder is the 
fan that  generates  the  free  jet.  For  safety reasons,  helium is  used instead of  hydrogen for  the  TH20  
experiments.

Before the actual  experiment,  the stable stratification is  created.  Helium is carefully brought into the  
THAI-vessel  to  prevent  mixing  due  to  the  incoming  mass  flow  of  helium.  This  results  in  a  stable 
stratification, because the less dense fluid accumulates in the upper vessel and is on top of the denser fluid.  
The sharp density gradient between the light gas cloud on top and air below is denoted as density layer. It  
is the reason for the non-isotropic turbulence because the gradient only appears normal to the density 
layer. 

After  the creation of the stratification is  complete,  a free jet  is  generated by the fan inside the inner  
cylinder of the vessel. The jet tends to penetrate the density layer but is reflected because the layer is  
stable.  During the redirection process, the jet takes in helium and erodes the density layer. The duration of  
the experiment, from the start of the fan until the helium distribution inside the vessel is homogeneous, is  
13 minutes.

3. GOVERNING EQUATIONS
The governing equations  for  CFD with turbulence models  are  the  Reynolds  averaged Navier-Stokes-
equations (RANS) with the concentration equation (1) for the mass transport. 
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The concept of Reynolds averaging is the averaging of the turbulent values over time, which are then 
determined by an appropriate turbulence model  (Rodi, 1993). In commercial CFD code, the turbulent 
mass fluxes ui

' '  are calculated with the isotropic eddy diffusivity model (2).
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value is used to determine the turbulent mass flux in every direction. The turbulent scalar flux model  
(TSF) has a transport equation for each spatial direction (3) and the variance (4). With this four additional  
equations, the non-isotropy of turbulent mass fluxes can be calculated.
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The  model  contains  several  coefficients,  CY , C1Y , C2Y , C3Y , C4Y , CYY and C1YY , 
which are to be adjusted as part of this work. 

4. STEADY STATE TEST CASE
An important factor for turbulence modeling is the comparability of different calculations. For the present 
case of eroding a stable stratification with a free jet, spatial comparison is necessary because the mixing 
happens locally.  So a transient case is disadvantageous, because the time has always to be considered  
when comparing spatial distributions of turbulent values. Therefore a theoretical steady state test case is  
designed (Fig. 3).

The geometry is an open cylinder with height h = 1000 mm and radius r = 500 mm. Air is flowing with 2 
m/s into the domain through the air-inlet, generating a free jet. To create a steady state, an equal amount of  
helium that left the domain through the outlet is reinserted through the helium-inlet. The outgoing mass-
flow of helium is also a value for the mixing quality of the used turbulence model.  A larger helium 
outflow means a better mixing of the turbulence model. 

A stable stratification is given through an initial helium distribution.  Fig. 3 shows three different initial 
distributions, where the mass of helium is 70.42 g for the thin, 78.87 g for the normal and 84.34 g for the  
broad initial distribution. A preliminary investigation shows no influence of the initial distribution on the 
shape or thickness of the final stratification. The height of the layer varies with the amount of helium.
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Fig. 3: left: Scheme of the steady state test case; right: initial helium distribution
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5. DIMENSION ANALYSIS

5.1 Dimension Matrix
To ensure that  the test  case is  a reasonable representation of the TH20 case,  a dimension analysis is  
performed to determine independent dimensionless numbers to compare those cases (Szirtes, 2007). A set  
of seven parameters describes the TH20 case at a given time. Those parameters are the length L of the jet  
which is the distance between the nozzle and the stable stratification, the velocity u of the jet, the density 
ρ, the density difference Δρ between the jet and the light-gas cloud, the viscosity v, the gravity g and the  
diffusion constant D. The three base units for those parameters are m, s and kg. 

Seven parameters with three base units means that there are four independent dimensionless numbers. The 
expected relevant dimensionless numbers for this dimension analysis are the Reynolds number Re, the  
Richardson number Ri, the Archimedes number Ar and the Schmidt number Sc. The Reynolds number is 
the ratio of inertial forces to viscous forces. The Richardson number is the ratio of potential to kinetic  
energy. The Archimedes number is the ratio of buoyancy forces to friction forces. The Schmidt number is  
the ration of convective to diffusive mass transport.

To prove that the dimensional numbers are independent, the determinant of the dimension matrix must not 
be zero. The dimension matrix (Fig. 4) is the correlation of the describing parameters and the base units 
and dimensionless numbers.

Fig. 4: Dimension matrix

Every parameter has its column and every base unit and dimensionless number has its row. The values of  
the matrix are the exponents with which the base units appear in the dimension of the parameter or the 
exponent with which the parameter appears in a dimensionless number. For example, velocity has the  
dimension m/s. So the value for meter is 1 and for second -1. Velocity appears with the exponent 1 in the  
Reynolds number and with -2 in the Richardson number. The determinant of the dimension matrix is -56, 
so it is demonstrated, that the dimensionless parameters are independent. 
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Table 1: Paramters for the dimension analysis

L u ρ Δρ ν g D Re Ri Ar Sc

m m
s

kg
m3

kg
m3

m2

s
m
s2

m2

s
L⋅u


g⋅L
u2

⋅g⋅L3

⋅2

D

L u    g D

m 1 1 −3 −3 2 1 2
s 0 −1 0 0 −1 −2 −1

kg 0 0 1 1 0 0 0
Re 1 1 0 0 −1 0 0
Ri 1 −2 0 0 0 1 0
Ar 3 0 −1 1 −2 1 0
Sc 0 0 0 0 1 0 −1



5.2 Parameters
The length of the free jet, which is the distance between the nozzle outlet and the stable stratification, is 
the characteristic length. 

L test=0.66 m; LTH20=2.27 m

The maximum velocity of the free jet is taken as the characteristic velocity.

utest=2.013m
s ; uTH20=1.827 m

s

Reference density is the density of air, Air=1.185 kg
m3 . For the density differences, the density of the 

light  gas  cloud  is  necessary.  In  the  test  case,  the  light  gas  cloud  is  pure  helium with  a  density  of  
He=0.1785 kg

m3 . In the TH20 case, the cloud has 36% helium and a density of He=0.84 kg
m3

The characteristic density difference is the difference between air and the light gas cloud.

test=Air−He=1.0065kg
m3 ;TH20=Air−Mix=0.345 kg

m3

The kinematic viscosity is

test=
1
2 AirHe =

1
2 1.545⋅10−5 m2

s
10.4202⋅10−5 m2

s =5.9826⋅10−5 m2

s

TH20=
1
2 AirMix =

1
2 1.545⋅10−5 m2

s
2.183⋅10−5 m2

s =1.864⋅10−5 m2

s

The gravity constant is g=9.81m
s2 and the diffusion constant for helium and air D=26.5 cm 2

s .

5.3 Dimensionless numbers
Table 2 shows the dimensionless numbers for both cases. The Reynolds number indicates a fully turbulent 
flow for both cases. The Richardson number shows a slight dominance of the potential energy in both 
cases.. The Archimedes number in both cases is very large. This stands for a domination of the buoyancy 
forces. The Schmidt number is almost the same for both cases. It is possible to have an even better match  
of both cases, but this would lead to a larger computational domain which increases the computational  
effort. 

6. IMPACT OF THE EDDY DIFFUSIVITY MODEL
All two-dimensional simulations are carried out  on a two-dimensional equidistant structured grid which 
meets all criteria of the best practice guideline  for CFD code validation for reactor-safety applications 
(Menter, 2002). A grid dependency study shows no grid influence on the result. 

To investigate  the  impact  of  the  turbulence model,  two simulations  are  performed,  one  with a  eddy 
viscosity  model  (kω) and on with  a  Reynolds  stress  model  (ωRSM).  Both simulations  use  the  eddy 
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Table 2: Dimensionless numbers

Re Ri Ar Sc

Test case 2.22⋅104 1.6 6.69⋅108 0.02

TH20 2.22⋅105 6.67 7.8⋅1010 0.01



diffusivity model to calculate the turbulent mass fluxes. The simulations are carried out 

The  helium  outflow  of  the  simulation  using  the   kω-model  is  Heout=3.31 g
s .  With  the   ωRSM 

Heout=3.37 g
s .  Fig. 5 gives a comparison of the results for the helium mass fraction and the vertical  

velocity. Both distributions are almost identical for both turbulence models. 

This shows that the result is dominated by the model for the mass flux and the impact of the turbulence  
model is negligible. 

7. Large Eddy Simulation
A Large Eddy Simulation directly simulates the large, energy bearing eddies. A subgrid-scale model is  
used for the eddies that are too small to be resolved by the grid. Therefore a LES has high demands on the 
quality of the grid. To get meaningful results, the inertial range of Kolmogorov's energy cascade has to be 
resolved (Fröhlich, 2007). 

The left hand side of Fig. 6 shows a generic turbulent spectrum (energy E over wave-number k). The three 
important regions are the large eddies with lower wave-numbers, the inertial range and the dissipation  
range with high wave-numbers. The typical slope of the inertial range is k−5

3 . 

To check the quality of the LES, turbulent spectra must be analyzed as part of the post-processing. The 
right hand side of Fig. 6 shows a representative turbulent spectrum of the performed LES for the steady 
state  test  case.  It  shows  that  the  inertial  range  with  its  characteristic  slope  is  resolved  by  the  grid.  
Therefore it can be assumed, that the grid quality is sufficient. To verify this assumption, a second LES 
with a considerably finer grid will be performed to investigate a possible impact of a simulation of smaller 
eddies on the result. 
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Fig. 5: Comparison ωRSM ↔ kω, left: helium mass fraction; right: vertical velocity



The grid used for this LES is a three-dimensional block-structured grid with  2.5∙106 nodes. The central 
differences advection scheme is used. The time step is 0.001 s with the 2nd order backward Euler transient 
scheme. Small eddies are modeled with the Smagorinski subgrid-scale model. The simulation is carried 
out on 64 CPUs. It takes 24 hours to simulate 0.8 s physical time.

After 10 seconds physical time, a statistically steady state is reached. The transient averaged results are  
averaged over additional 10 seconds physical time. The helium outflow is  Heout , LES=3.8 g

s , which is
0.49 g

s more than with the eddy diffusivity and  kω-model.
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Fig. 6: Turbulent spectrum
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Fig. 7: Vertical velocity, density layer and mass flux; left: transient averaged; right: instantaneous



Fig. 7 shows the helium layer, which is defined as an isosurface of 50% helium. It is colored with the  
turbulent  mass  flux of helium  u '  ' .  The xz-plane below the layer shows the vertical  velocity.  A 
comparison of the averaged (Fig. 7, left) and instantaneous (Fig. 7, right) helium layer shows strong three-
dimensional, transient effects, despite the symmetric geometry and boundary conditions. The interaction 
between the jet and the stable stratification causes the jet to move unpredictable around the symmetry axis  
of  the  geometry without  a  preferred  direction.  However,  transient  averaging  shows that  the  result  is 
symmetric. 

The left hand side of Fig. 8 shows the transient averaged vertical velocity of the LES. As opposed to the  
free jet calculated with the eddy diffusivity model (Fig. 5), the down-flow region of the jet is less distinct. 
It is broader and reaches to the wall of the vessel. The maximum velocity of the down-flow is 0.5 m

s

where simulations with the eddy diffusivity model yield a faster down-flow with 1 m
s . This is an effect 

of the three-dimensional movement of the flow in the LES case, which can not be captured in the two-
dimensional RANS simulations. 

Fig. 7 (left) and Fig. 8 (right) show, that the primary turbulent mass flux is in the redirection region of the 
free jet. The possible impact of the three-dimensional movement of jet and layer on the mixing is not yet 
determined. 

8. CONCLUSION
Simulations of the TH20 experiment has shown that currently available commercial cfd-software has no 
turbulence model to predict the mixing of a stable stratification with a free jet. To improve this situation,  
the Turbulent Scalar Flux model will be tested and adjusted for this case. To accomplish this, a theoretical  
steady state  test  case  was  designed  to  improve  the  comparability  of  different  simulations.  This  also  
provides a more detailed view on specific physical aspects like the turbulent mass fluxes. 
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Fig. 8: Transient averaged values; left: Vertical velocity; right: Turbulent mass flux



A dimension analysis has shown, that the test case is a reasonable representation of the TH20 experiment.  
The defining dimensionless numbers are the Reynolds, Richardson, Archimedes and Schmidt number.

Preliminary,  two-dimensional  simulations  were performed  to investigate  the  impact  of  the  turbulence 
model compared to the model for the turbulent mass fluxes. An eddy viscosity model (kω) and a Reynolds 
stress model (ωRSM) were used for this investigation. Both simulations were using the eddy diffusivity 
model to calculate the turbulent mass fluxes. It turned out, that the eddy diffusivity model dominates the 
result.

A large eddy simulation was performed as the reference case. The used grid has  2.5∙106 nodes, which is 
sufficient  to  resolve the inertial  range of  the  energy cascade.  The geometry as  well  as  the  boundary 
conditions  are  symmetric,  but  the  interaction  of  the  free  jet  and  the  stable  stratification  causes  an  
unpredictable  three-dimensional,  transient  behavior  of  the  flow.  The  transient  averaged  result  is  
symmetric. The calculated helium outflow is up to  0.49 g

s larger than the outflow of the preliminary 
simulations which indicates that the helium mixing is better in the LES case. 

Another difference between the preliminary RANS simulations and the LES is the down-flow between 
helium layer and outlet boundary. 

A second LES on a finer grid will  be performed to investigate a possible impact of the resolution of  
smaller eddies on the result.

For a more detailed investigation of the three-dimensional behavior, two- and three-dimensional RANS-
simulations will be carried out. The eddy diffusivity model and the new turbulent scalar flux model will be  
used.  As  part  of  this  investigation,  the  model  coefficients  of  the  turbulent  scalar  flux  model  will  be 
adjusted. The adjusted model will then be used to calculate the original TH20 experiment.

ACKNOWLEDGMENTS
This  work  has  been  supported  by  the  German  Bundesministerium  für  Wirtschaft  und  Technologie 
(BMWi), GRS 1501339

REFERENCES
H.-J.  Allelein,  S.  Arndt,  W.  Klein-Heßling,  S. Schwarz, C. Spengler, G. Weber: “COCOSYS: 
Status of  development  and  validation  of  the  German containment  code  system”,  Nuclear 
Engineering  and Design, 238, 872-889 (2008) 
H.-J.  Allelein,  K.  Neu,  J.P.  Van  Dorsselaere: “European  validation  of  the  Integral  Code 
ASTEC (EVITA)  –  first  experience  in  validation  and sequence  calculation”,  Nuclear  
Engineering  and Design, 235, 285-296 (2005)
I.  Kljenak,  M.  Mabic  and  I.  Bajsic:  “Modeling  of Containment  Atmosphere  Mixing  and 
Stratification Experiment  using  a  CFD  Approach”,  Nuclear Engineering and Design, 236, 
1683-1692 (2006) 
M.  Houkema,  N.B.  Siccama,  J.  A.  Lycklama  à Nijeholt,  E.  M.  J.  Komen:  “Validation  of 
the CFX4 CFD code for containment thermal-hydraulics”, Nuclear Engineering and Design, 238, 
590-599 (2008)  
E. Laurien: “Turbulence Modeling for CFD in Reactor Safety”,  Proc.  Ann.  Meeting  on 
Nuclear  Techology, Karlsruhe, May 22-24, 2007, Inforum GmbH, Bonn

10



W. Rodi: Turbulence Models and Their Applications in Hydraulics, A. A. Balkema (1993)
T. Kanzleiter, A. Kühnel. K. Fischer, M. Heitsch, B. Schramm: “THAI Blower Test TH20”, GRS 
Reactor Safety Research, Report No. 150 1325 - TH20 (2007)
T. Szirtes: Applied Dimensional Analysis and Modeling, Elsevier (2007)
F. Menter: CFD Best Practice Guidelines for CFD Code Validation for Reactor-Safety 
Applications, EVOL-ECORA-D01 (2002)
J. Fröhlich: Large Eddy Simulation turbulenter Strömungen, Teubner (2006)

11



 1

MODELING OF TURBULENT TRANSPORT TERM OF INTERFACIAL AREA 
CONCENTRATION IN GAS-LIQUID TWO-PHASE FLOW 

 
Isao Kataoka1, Kenji Yoshida1, Masanori Naitoh2, Hidetoshi Okada2 and Tadashi Morii3 

 
1. Department of Mechanical Engineering, Osaka University 

2. Nuclear Power Engineering Center, Safety Analysis Group, The Institute of Applied Energy 
3. Japan Nuclear Energy Safety Organization 

 
 
Abstract  

A new and rigorous modeling of basic transport equation and constitutive equations of 
turbulent transport terms of interfacial area concentration was carried out.   Based on these local 
instant formulation, basic transport equation of interfacial area concentration was rigorously 
formulated in term of spatial correlation functions of characteristic function (local instant volume 
fraction) and its directional derivative of each phase.   In the basic transport equations, interfacial 
area concentration is transported by averaged interfacial velocity    In the previous models, 
interfacial velocity is roughly approximated by velocity of each phase.    In the present model, 
interfacial velocity is rigorously formulated in term of spatial correlation functions of characteristic 
function and velocity of each phase and their directional derivatives.  In this new formulation, the 
averaged interfacial velocity was shown to be correlation functions of fluctuation of velocity and 
local instant void fraction and their derivatives which reflect the transport of interfacial area 
concentration due to interaction between interfacial area and turbulence of each phase.   Basic 
conservation equations of spatial correlation functions of characteristic function and velocity of 
each phase were also derived based on the conservation equations momentum and its fluctuation of 
each phase.  For practical purpose, further modeling of this turbulent transport terms of interfacial 
area concentration was carried out.  As a result, constitutive equations of turbulent diffusion and 
lateral migration of interfacial area concentration were obtained which can be applied to various 
flow regime of two-phase flow. 

 
I. Introduction 

The two-phase flow phenomenon is playing an important role about safety issues of a 
nuclear reactor. In order to analyze two-phase flow phenomena, various models such as 
homogeneous model, slip model, drift flux model and two-fluid model have been proposed.  
Among these models, the two-fluid model (Ishii (1975), Delhaye (1968)) is considered the most 
accurate model because this model treats each phase separately considering the phase interactions at 
gas-liquid interfaces.   

More realistic evaluation is attainable especially by taking a multi-dimensional effect into 
consideration appropriately. That is, it is desirable that many nuclear reactor safety problems are 
solved by using the two-phase CFD tools, which simulate the complex two-phase flows with a finer 
space and time resolution than that used in the present two-fluid model codes such as RELAP, 
TRAC, CATHARE, and ATHLET. There are, however, the following two difficulties to be resolved. 

(1) The CPU time drastically increases as the grid becomes fine.  
(2) There is no reliable and accurate modeling of the interfacial area for a finer mesh.  

The JNES have started the plan shown in Table 1 to prepare the two-phase CFD tool.  
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Table 1 Plan of preparing the two-phase CFD tool 

2004 2005 2006 2007 2008 2009 2010 2011

Numerics to relax
the drastic
increase of CPU
time

Accurate
modeling of the
interfacial area

(1) ACE-3D, VESUVIUS, CAPE and CHAMPAGNE available in JNES

Selection of a basis from

existing CFD codes(1)

Verification and validation
of the two phase CFD tool

The two
phase
CFD tool

(2) T. Morii , F. Kasahara,"Preparation of the multidimensional two-phase flow analysis code for nuclear reactor safety regulation in
Japan nuclear energy safety organization (JNES)", NURETH-11, Avignon, France, October 2-6, 2005.

Comparison calculation 1（steady）

Comparison calculation 2（transient）

Coupled solver to solve velocity, volume fraction
pressure and/or temperature equations simultaneously

Selection of the fully-implicit code (CHAMPAGNE) as a basis (2)

New  and rigorous modeling of interfacial
area concentration transport equation

 
In two-fluid model, averaged conservation equations of mass, momentum and energy are 

formulated for each phase. The conservation equations of each phase are not independent each other 
and they are strongly coupled through interfacial transfer terms of mass, momentum and energy 
through gas-liquid interface.   Interfacial transfer terms are characteristic terms in two-fluid model 
and are given in terms of interfacial area concentration (interfacial area per unit volume of 
two-phase flow) and driving force (Ishii (1975), Ishii and Mishima (1980), Ishii et al. (1982)) as 

 
(Interfacial transfer term) ～ (Interfacial area concentration)×(Driving force)   (1) 
 
Therefore, the accurate knowledge of interfacial area concentration is quite essential to the 

accuracy of the prediction based on two-fluid model and a lot of experimental and analytical studies 
have been made on interfacial area concentration.   In conventional codes based on two-fluid 
model, interfacial area concentration is given in constitutive equations in terms of Weber number of 
bubbles or droplets depending upon flow regime of two-phase flow (Ransom et al. (1985), Liles et 
al. (1984)).   However, recently, more accurate and multidimensional predictions of two-phase 
flows are needed for advanced design of nuclear reactors.    To meet such needs for improved 
prediction, it becomes necessary to give interfacial area concentration itself by solving the transport 
equation.   In view of above, recently, intensive researches have been carried out on the models, 
analysis and experiments of interfacial area transport throughout the world.  The extensive review 
on such researches was recently carried out by Hibiki and Ishii (2009) and Kataoka (2010).  

Formulation and modeling of basic transport equation of interfacial area concentration and 
constitutive equations of the transport equation have been carried out by various researchers.   
These basic transport equation and constitutive equations were applied to CFD codes of two-phase 
flow and predictions of detailed behavior of two-phase flow were carried out.   In these models, 
source terms of interfacial area transport due to the break up and coalescence of bubbles were well 
modeled in flow regimes of bubbly and bubbly-to-slug transition.  However, constitutive equations 
of turbulent transport of interfacial area concentration in various flow regimes have not been 
modeled nor developed yet. 
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In the present paper, a new and rigorous modeling of basic transport equation and 
constitutive equations of turbulent transport terms of interfacial area concentration was carried out.   
In this new formulation, the averaged interfacial velocity was shown to be correlation functions of 
fluctuation of velocity and local instant void fraction and their derivatives which reflect the 
transport of interfacial area concentration due to interaction between interfacial area and turbulence 
of each phase.   Basic conservation equations of spatial correlation functions of characteristic 
function and velocity of each phase were also derived based on the conservation equations 
momentum and its fluctuation of each phase.  For practical purpose, further modeling of this 
turbulent transport terms of interfacial area concentration was carried out. 
 
II. Local Instant Formulation of Interfacial Area Concentration and Its Transport Equation 
 
Interfacial area concentration is defined as interfacial area per unit volume of two-phase flow.   
Therefore, the term “interfacial area concentration” is usually used in the meaning of averaged 

value and denoted by ia .   For example, one considers the interfacial area concentration in 
bubbly flow as shown in Fig.1.   The interfacial area concentration is given by 

 
V

A
a i

i =                                                              (2) 

For simplicity, bubbles are spherical of which diameter is db, interfacial area concentration is given 
by 

b

2
b

i d

6

V

Nd
a

α=
π

=                                                     (3) 

Here, N is number of bubbles in volume V, and α is void fraction (volumetric fraction of bubbles in 
volume V). 
 

db

Total Volume of 
Two-Phase Flow, V

Total Surface Area 
of Bubbles, Ai

db

Total Volume of 
Two-Phase Flow, V

Total Surface Area 
of Bubbles, Ai

 
Fig.1 Interfacial area in bubbly flow 

 The transport equation of interfacial area concentration is given in averaged form in terms 
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of averaged interfacial area concentration, ia .   However, for the rigorous derivation of the 
transport equation, it is desirable to formulate interfacial area concentration and its transport 
equation in local instant form.    Kataoka et al. (1986), Kataoka (1986) and Morel (2007) derived 
the local instant formulation of interfacial area concentration as follows.  

As Shown in Fig.2, interface of gas and liquid is mathematically given by  
 
f(x,y,z,t)=0                                                             (4) 

 f(x,y,z,t)>0 (gas phase)                                                   (5) 
 f(x,y,z,t)<0 (liquid phase)                                                 (6) 
 

Interface    f(x,y,z,t)=0

Liquid Phase

f(x,y,z,t)<0

Gas Phase

f(x,y,z,t)>0

Interface    f(x,y,z,t)=0

Liquid Phase

f(x,y,z,t)<0

Gas Phase

f(x,y,z,t)>0

 
Fig.2 Mathematical representation of interface 

Using this function, local instant interfacial area concentration (denoted by ai) is formulated by 
 

ai=|grad f(x,y,z,t)|δ(f(x,y,z,t))                                        (7) 
 

where δ(w) is the delta function which is defined by  
 

 )w(gdw)ww()w(g 00 =−δ∫
∞

∞−
                                       (8) 

 
where g(w) is an arbitrary continuous function.. 

In relation to local instant interfacial area concentration, characteristic function of each 
phase (denoted by φk) is defined by 

 
 φG =h(f(x,y,z,t))  (gas phase)                                             (9) 
 φL =1-h(f(x,y,z,t))  (liquid phase)                                      (10) 
 
where suffixes G and L denote gas and liquid phase respectively.   φk is the local instant void 
fraction of each phase and takes the value of unity when phase k exists and takes the value of zero 
when phase k doesn’t exist.    Here, h(w) is Heaviside function which is defined by  

 
h(w)=1   (w>0)    

=0   (w<0)                                                      (11) 
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Heaviside function and the delta function are related by 

dw

)w(dh
)w( =δ                                                        (12) 

Using above equations, the derivatives of characteristic function are related to interfacial area 
concentration as follows. 
 

)L,Gk(agrad ikik =−=φ      n                                           (13) 

 )L,Gk(a
t ikii
k =•=

∂
φ∂

  nv                                         (14) 

Here, nki is unit normal outward vector of phase k as shown in Fig.3 and vi is the velocity of 
interface. 

Using above-mentioned relations, it is shown that local instant interfacial area 
concentration is given in term of correlation function of characteristic function as (Kataoka (2008)) 

 

 x 
r

rxx 
r

 
2

∫ ∫
π π

ηθθφ
∂
∂+φ−φ

∂
∂

π
−=

0 0 kkki ddsin)}()(2)({
2

1
a           (15) 

Here, 
r∂

∂
 is directional differentiation of characteristic function φk(x) in r direction. 

 
 

Phase k

Interface

nki

Phase k

Interface

nki

 
Fig.3 Unit normal outward vector of phase k 

 
Using the local instant formulation of interfacial area concentration described above, Morel 

(2007) derived the transport equation of averaged interfacial area concentration as given by 
 

GiGiii nnVV
t

 •∇•=•∇+
∂

∂
)(aa

a
ii

i                               (16) 

 
Here,       denotes averaging and 

iV  is the averaged velocity of interface which is given by  
 
 ii a/)(a GiGiii nnVV •=                          (17) 
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Equation (16) is derived by local instant consideration of interfacial area concentration.  Therefore, 
it can be applied to all flow regimes in two-phase flow although constitutive equations of source 
term (right hand side of Eq.(16)) are needed to solve this equation.  

The research group directed by Prof. Ishii in Purdue university derived the transport equation of 
interfacial area concentration of averaged interfacial area concentration based of the transport 
equation of number density function of bubbles (Kocamustafaogullari and Ishii (1995), Hibiki and 
Ishii (2000)) .   It is given by 

  

ph

4

1j
ji

i a
a

φ+φ=•∇+
∂

∂
∑

=
iV

t
                                          (18) 

 
Here, the terms in right hand side of Eq.(18) represent the source and sink terms due to bubble 
coalescence and break up and phase change.  The constitutive equations are given by Hibiki and 
Ishii (2000a, 2000b) and Ishii and Kim (2004) based on detailed mechanistic modeling.   Equation 
(18) is practical transport equation of interfacial area concentration although its applicability is 
limited to dispersed flow (bubbly flow and droplet flow). 
 It should be noted that the two equations (16) and (18) are different in nature because 
these equations are derived based on different models of interfacial area concentration.    The 
averaged interfacial area concentration in Eq.(16) is not exactly same as that in Eq.(18) (Lhuillier et 
al. (2000)).   However, for dispersed two-phase flow where non-homogeneities are not large, the 
averaged interfacial area concentrations in Eqs.(16) and (18) are approximately equal. 

In strict meaning, Eqs. (16) and (18) are “conservation equations of interfacial area 
concentration”.   They are not “transport equations of interfacial area concentration” by 
themselves.  In order to express the transport of interfacial area concentration, it is necessary to 
formulate the momentum equation of interface considering the various forces acting on the 
gas-liquid interface.    However, at present, most researchers used equations (16) or (10) as 
“transport equation of interfacial area” assuming interfacial velocity is identical to average velocity 
of gas phase.  

Therefore, in this paper, a new and rigorous definition of velocity of gas-liquid interface is  
introduced   Based on this definition, the governing equation of velocity of gas-liquid interface is 
strictly derived  

 
III. Basic Equation of Interfacial Velocity and Transport Equation of Interfacial Area 
 
 Interfacial velocity (velocity of gas-liquid interface) is related to the velocity of each phase 
at interface denoted by vki, using following relation. 
 

     nvv
k

k
kikii

m

ρ
−=

&
                                                  (19) 

Here,  km& is the mass generation rate of phase k per unit interfacial area due to evaporation or 
condensation.   If there are no phase change or rate of phase change at interface is sufficiently 
small, the interfacial velocity is equal to the velocity of each phase at interface by 
 

     vvv GiLii ==                                                (20) 
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In what follows, the most simple case is considered where Eq.(20) is valid.  

One considers two spatial locations denoted by x and x+r, which are close to each other.  
There are two cases where gas liquid interface exists between x and x+r.   They are shown in Figs 
4 and 5.   Since two locations are very close to each other, it is assumed that only one interface 
can exist. 

Interface 

Phase k 

x 
φk(x)=1 x+r 

φk(x+r)=0 

  
Fig.4 The case where interface exists between x and x+r. (x is in phase k) 

Interface

Phase kx
φk(x)=0 x+r

φk(x+r)=1

Interface

Phase kx
φk(x)=0 x+r

φk(x+r)=1

 
Fig.5 The case where interface exists between x and x+r. (x+r is in phase k) 

In each case, interfacial velocity is approximated by the velocity of phase k at the point where phase 
k exists.   In Fig.4, interfacial velocity is approximated by vk(x) and In Fig.5, by vk(x+r).   The 
probabilities where the cases of Fig. 4 and Fig.5 occur are given by 
 

  })(1){( kk rxx +φ−φ  ,  )()}(1{ kk rxx - +φφ  
 
respectively.   Then, the probability where gas liquid interface exist between x and x+r is given by 
 

)()}(1{)}(1){( kkkk rxxrxx +φφ−++φ−φ  

 
Using above mentioned assumption and probabilities, averaged interfacial velocity is approximated 
by  
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)()}(1{)}(1){(

)()()}(1{)()}(1){(

kkkk

kkkkkk

rxxrxx
rxvrxxxvrxx

+φφ−++φ−φ
++φφ−++φ−φ

 

 
When the displacement, r, is sufficiently small, averaged interfacial velocity, iV  is given by 
 

)()}(1{)}(1){(

)()()}(1{)()}(1){(
im

kkkk

kkkkkk

0r
i rxxrxx

rxvrxxxvrxx
V

+φφ−++φ−φ
++φφ−++φ−φ=

→
  (21) 

 
On the other hand, interfacial area concentration is related to the probability where gas liquid 
interface exist between x and x+r by following equation (Kataoka et al. (2007), Kataoka and 
Serizawa (1990)).  
 

r

)()}(1{)}(1){(
limcosa kkkk

0r
i

rxxrxx +φφ−++φ−φ=θ
→     (22) 

 
Here, θ is the angle between outward normal vector at interface and displacement vector, r.  Using 
Eq.(22), Eq.(21) can be written by following equation.   
 

r

)()()}(1{)()}(1){(
limcosa kkkkkk

0r
ii

rxvrxxxvrxx
V

++φφ−++φ−φ=θ
→

      (23) 

Integrating Eq.(23) for all direction of r, and averaging, one obtains. 
 

ϕθθ++φφ−++φ−φ
π

= ∫∫
π

→

π
ddsin

r

)()()}(1{)()}(1){(
lim

2

1
a

0

kkkkkk

0r

2

0ii

rxvrxxxvrxx
V

 
                                                 (24) 
Similarly, integrating Eq.(22) for all direction of r, one obtains. 

ϕθθ+φφ−++φ−φ
π

= ∫∫
π

→

π
ddsin

r

)()}(1{)}(1){(
lim

2

1
a

0

kkkk

0r

2

0i

rxxrxx
         (25) 

 

Using, Eqs.(24) and (25), the difference between averaged interfacial velocity, iV  and average 

velocity of phase k, kv  is given by 
 

ϕθθ−++φφ−+−+φ−φ
π

=

−

∫∫
π

→

π
ddsin

r

})()(){()}(1{})()()}{(1){(
lim

2

1

a)(

0

kkkkkkkk

0r

2

0

iki

xvrxvrxxxvxvrxx

vV
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(26) 

Rearranging the term in integration in the right hand side of Eq.(26) one obtains 
 

r

)()()()()()(
lim

r

})()(){()}(1{})()()}{(1){(
lim

kkkkkk

0r

kkkkkkkk

0r

xvrxxrxvrxx
     

xvrxvrxxxvxvrxx

′+′φφ++′+φ′φ
−=

−++φφ−+−+φ−φ

→

→

      

       (27) 
 

Here, 
′φk and 

′
kv  are fluctuating terms of local instant volume fraction and velocity of phase k 

which are given by 
 

kkk vvv −=′
                                                        (28) 

kkk φ−φ=′φ                                                         (29) 
 

Equations (26) and (27) indicate that the difference between averaged interfacial velocity, iV  and 

average velocity of phase k, kv  is given in terms of correlations between fluctuating terms of 
local instant volume fraction and velocity of phase k which are related to turbulence terms of phase 
k. 
 Then, it is important to derive the governing equation of the correlation term given by 
Eq.(27).   In what follows, one derives the governing equation base on the local instant basic 
equations of mass conservation and momentum conservation of phase k which are given below 
(Kataoka (1986)).  In these conservation equations, tensor representation is used.  Einstein 
abbreviation rule is also applied.   When the same suffix appear, summation for that suffix is 
carried out except for the suffix k denoting gas and liquid phases. 
 
(Mass conservation) 
 

0
x

v k
k =

∂
∂

φ
β

β
                                                         (30) 

 
 
 
(Momentum conservation) 
 

 α
β

αβ

α
βα

β

α φ+
∂
τ∂

ρ
φ+

∂
∂

ρ
φ−=

∂
∂φ+

∂
∂

φ kk
k

k
k

k

k
kkkk

k
k F

x

1

x

P1
)vv(

xt

v
            (31) 



 10

 
Averaging Eqs.(30) and (31) one obtains averaged conservation equation of mass and momentum 
conservation of phase k. 
 
(Averaged mass conservation) 

iikik

k

k anv
1

x

v
ββ

β

β ′
φ

−=
∂
∂

                                                 (32) 

 
(Averaged momentum conservation) 

( )
iikkk

k

iikik
kk

iikki
kk

iikik

k

k
kkkkk

k

k

k
kk

k

anvv
1

an
11

anP
11

anv
v

Fvv
x

1

x

P1
)vv(

xt

v

ββαβαβα

ββ
α

αβααβ
βα

βα
β

α

′′
φ

+τ′
ρφ

+′
ρφ

−

′
φ

−+′′ρ−τ
∂

∂
ρ

+
∂
∂

ρ
−=

∂
∂+

∂
∂

                              

    (33) 

 
Subtracting Eqs(32) and (33) from Eqs.(30) and (31), the conservation equations of fluctuating 
terms are obtained. 
 
(Conservation equation of mass fluctuation) 
 

 iikik

k

kk
k anv

x

v
ββ

β

β ′
φ
φ

=
∂

′∂
φ                                                 (34) 

 
(Conservation equation of momentum fluctuation) 
 

iikkk
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iikik
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iikki
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k
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k
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k
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k
kkkkkkkk

k
k

anvvan
1

anP
1

anvvF
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x

1

x
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)vvvvvv(

xt

v

ββαβαβαββαα

βααβ
βα

αββαβα
β

α

′′
φ
φ

−τ′
ρφ

φ
−′

ρφ
φ

+′
φ
φ

+′φ+

′′ρ+τ′
∂

∂
ρ

φ+
∂

′∂
ρ

φ−=′+′+′′
∂

∂φ+
∂
′∂

φ

      

 
(35) 

Using Eqs(34) and (35), one can derive conservation equation of the correlation term between 
fluctuating terms of local instant volume fraction and velocity of phase k.   In the derivation, 
following simplified representation of quantities at the location x+r. 
 

 rrx kk )( φ=+φ                                                        (36) 

 rrx kk A)(A =+                                                       (37) 

 
Here, Ak represents the physical quantity of phase k, such as pressure, velocity etc.  Multiplying 
Eq.(35) by rrx kk )( φ′=+φ′ , and averaging, following conservation equation of correlation term of  
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fluctuations of local instant volume fraction and velocity of phase k.  
 

     rrr
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Similarly, considering Eq.(35) at x+r and multiplying by kk )( φ′=φ′ x , and averaging, following 
conservation equation of correlation term of  fluctuations of local instant volume fraction and 
velocity of phase k. 
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From Eqs.(38) and (39), one obtains the conservation equation of the correlation term given by 
Eq.(27).   
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                                             (40)  
 
Using Eq.(40) one finally obtains the governing equation of the difference between averaged 

interfacial velocity, iV  and average velocity of phase k, kv , given by Eqs.(26) and (27).   It 
is given by 
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   (41) 
 
As shown above, the rigorous formulation of governing equation of interfacial velocity is derived.  
Then, the most strict formulation of transport equations of interfacial area concentration is given by 
conservation equation of interfacial area concentration (Eq.(16) or Eq(18)) and conservation 
equation of interfacial velocity (Eq.(41)).  As shown in Eq.(41), the conservation equation of 
interfacial velocity consists of various correlation terms of fluctuating terms of velocity and local 
instant volume fractions.   These correlation terms represent the turbulent transport of interfacial 
area, which reflects the interactions between gas liquid interface and turbulence of gas and liquid 
phases.   Equation (41) rigorously represents such turbulence transport terms of interfacial area 
concentration.   Accurate predictions of interfacial area transport can be possible by solving the 
transport equations derived here.  
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IV. Constitutive Equations of Turbulent Transport of Interfacial Area    
 
  As shown in the previous section, the rigorous formulation of  transport equation of 
interfacial area concentration was derived based on the basic conservation equation of fluctuating 
terms of local instant volume fraction and velocity of each phase in gas-liquid two-phase flow.  I    
They are given by conservation equation of interfacial area concentration (Eq.(16) or Eq(18)) and 
conservation equation of interfacial velocity (Eq.(41)).    However, Eq.(41) consists of 
complicated correlation terms of fluctuating terms of local instant volume fraction, velocity, 
pressure and shear stress.    The detailed knowledge of these correlation terms is not available.        
Therefore, solving Eq.(41) together with basic equations of two-fluid model is difficult at present.   
More detailed analytical and experimental works on turbulence transport terms of interfacial area 
concentration are necessary for solving practically Eq.(41). 
 Therefore, here, constitutive correlation of interfacial velocity will be derived based on the 
conservation equation of interfacial velocity given by Eq.(41).  Using such constitutive correlation 
of interfacial velocity, conservation equation of interfacial area concentration (Eq.(16) or Eq(18)) 
will represent interfacial area transport more accurately. 
  From Eqs.(26) and (27), Interfacial velocity is related to averaged velocity of phase k (gas 
phase ore liquid phase)by following equation. 
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When one considers bubbly flow and phase k is assigned to gas phase, Eq.(42) can be rewritten by 
 

    vv
r

vV rrrr
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Here, the term,  r/Gφ′ is related to the fluctuating term of interfacial area concentration at the 

location, x and the term, rr v GG ′φ  is the fluctuating term of gas phase velocity at the location, x+r.  

Also, the term, rr /Gφ′ is related to the fluctuating term of interfacial area concentration at the 

location, x+r and the term, GG v′φ  is the fluctuating term of gas phase velocity at the location, x.    

Then, the correlation term of these fluctuation terms given by   
 

)(
1

GGGGGG vv
r rrr ′φ′φ+′φφ′−  

 
is considered to correspond to turbulent transport term due to the turbulent velocity fluctuation.   
In analogous to the turbulent transport of momentum, energy (temperature) and mass, the 
correlation term described above is assumed to be proportional to the gradient of interfacial area 
concentration which is transported by turbulence (diffusion model).   Then, one can assume 
following relation. 
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          (44) 

Here, the coefficient, Dai is considered to correspond to turbulent diffusion coefficient of interfacial 
area concentration.  In analogy to the turbulent transport of momentum, energy (temperature) and 
mass, this coefficient is assumed to be given by 
 

 LD Gai v′∝                                                          (45) 

 

Here, L is the length scale of turbulent mixing of gas liquid interface and Gv′  is the turbulent 

velocity of gas phase.    In bubbly flow, it is considered that length scale of turbulent mixing of 
gas liquid interface is proportional to bubble diameter, dB and length scale of the turbulent velocity 
of gas phase is proportional to the turbulent velocity of liquid phase.  These assumptions were 
confirmed by experiment and analysis of turbulent diffusion of bubbles in bubbly flow (Kataoka 
and Serizawa (1991a)).   Therefore, turbulent diffusion coefficient of interfacial area 
concentration is assumed by following equation.  
 

L

i

BLai
a

K6dKD vv ′α=′=                       (46) 

Here, α is the averaged void fraction and Lv′  is the turbulent velocity of liquid phase.  K is 

empirical coefficient.  For the case of turbulent diffusion of bubble, experimental data were well 
predicted assuming K=1/3 (Kataoka and Serizawa (1991a)).   For the case of turbulent diffusion 
of interfacial area concentration, there are no direct experimental data of turbulent diffusion.    
However, the diffusion of bubble is closely related to the diffusion of interfacial area (surface area 
of bubble).   Therefore, as first approximation, the value of k for bubble diffusion can be applied 
to diffusion of interfacial area concentration in bubbly flow.      Equations (45) and (46) can be 
approximately applied to slug flow and churn flow where gas phase is dispersed in liquid phase.  
However, the length scale of turbulent mixing of gas liquid interface should be appropriately given.   
For slug flow and churn flow, the length scale of turbulent mixing of gas liquid interfaces is 
considered to be sufficiently large and order of diameter of flow passage.   Therefore, the length 
scale of turbulent mixing of gas liquid interfaces can be approximated by diameter of flow passage 
and empirical coefficient must be given by experiments.  

Equations (44) is based on the model of turbulent diffusion of interfacial area 
concentration.   In this model, it is assumed that turbulence is isotropic.   However, in the 
practical two-phase flow in the flow passages turbulence is not isotropic and averaged velocities 
and turbulent velocity have distribution in the radial direction of flow passage.  In such 
non-isotropic turbulence, the correlation terms of turbulent fluctuation of velocity and interfacial 
area concentration given by Eq.(27) is largely dependent on anisotropy of turbulence field.   

Such non-isotropic turbulence is related to the various terms consisting of turbulent stress 
which appear in the right hand side of Eq.(41).    Assuming that turbulent stress of gas phase is 
proportional to that of liquid phase and turbulence model in single phase flow, turbulent stress 
idsgiven by 
 

LLTPLL vvv ∇ε=′′                                                     (47) 
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Here, εLTP is the turbulent diffusivity of momentum in gas-liquid two-phase flow.  For bubbly flow, 
this turbulent diffusivity is given by various researchers (Sato et al. (1981), Kataoka and Serizawa 
(1993)).  Kataoka and Serizawa (1993) proposed the following correlation.  
 

 LBLTP vd
3

1 ′α=ε                                                       (48) 

 
Based on the model of turbulent stress in gas-liquid two-phase flow and Eq.(41), it is assumed that  
turbulent diffusion of interfacial area concentration due to non-isotropic turbulence is proportional 
to the velocity gradient of liquid phase.   For the diffusion of bubble due to non-isotropic 
turbulence in bubbly flow in pipe, Kataoka and Serizawa (1991b)  proposed the following 
correlation based on the analysis of radial distributions of void fraction and bubble number density.  
 

 
y

v
ndKJ L

BBB ∂
∂

α=                                                    (49) 

Here, JB is the bubble flux in radial direction and nB is the number density of bubble.  y is radial 
distance from wall of flow passage.  K is empirical correlation and experimental data were well 
predicted assuming K=10.   In analogous to Eq.(49), it is assumed that turbulent diffusion of 
interfacial area concentration due to non-isotropic turbulence is given by following equation.

 
y

v
adKJ L

iBai ∂
∂

α=                                                     (50) 

Here, Jai is the flux of interfacial area concentration in radial direction.    Equation (49) can be 
interpreted as equation of bubble flux due to the lift force due to liquid velocity gradient.   Zun 
(1988) proposed another form of equation given bubble flux which is given by 
 

 g/
y

v
un)2exp(8.0J L2

RBB ∂
∂

αα−=                                       (51) 

 

Here, uR is the relative velocity between gas phase (bubble) and liquid phase in flow direction which 

is given by || LG vv − .   Based on Eq.(51), the flux of interfacial area concentration in radial 

direction, Jai is assumed to be given by 
 

  g/
y

v
ua)2exp(8.0J L2

Riai ∂
∂

αα−=                                        (52) 

 
As shown above, turbulent diffusion of interfacial area concentration due to non-isotropic 
turbulence is related to the gradient of averaged velocity of liquid phase and using analogy to the 
lift force of bubble, Eq.(44) can be written in three dimensional form by 
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Empirical coefficient C in the right hand side of Eq.(53) should be determined based on the 
experimental data of spatial distribution of interfacial area concentration and averaged velocity of 
each phase.  However, at present, there are not sufficient experimental data.  Therefore, as first 
approximation, the value of coefficient C can be given by Eq.(50) or (52). 
 
 RB u/KdC =              (based on Eq.(50))                             (54) 

 g/u)2exp(8.0C Rα−=    (based on Eq.(52))                              (55) 

 
Using Eqs(43) and (53), transport equation of interfacial area concentration Eq.(18) can be given by 
following equation for gas-liquid two-phase flow where gas phase is dispersed in liquid phase 
(bubbly flow, slug flow and churn flow).  
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(56) 
 
Here, D/Dt denotes material derivative following the gas phase motion and turbulent diffusion 
coefficient of interfacial area concentration, Dai is given by Eq.(45) or (46). Coefficient of turbulent 
diffusion of interfacial area concentration due to non-isotropic turbulence, C is given by Eq.(54) and 
(55).   The third term in the right hand side of Eq.(56) is source term of interfacial area 
concentration due to phase change and density change of gas phase due to pressure change.   ΓG is 
the mass generation rate of gas phase per unit volume of two-phase flow due to evaporation.  φCO 

and φBk are sink and source term due to bubble coalescence and break up    These source and sink 
terms are given by Hibiki and Ishii (2000) and Yao and Morel (2004)  based on detailed analysis 
and experiment of interfacial area concentration.    More detailed experimental data of interfacial 
area concentration are needed in order to determine the coefficients in Eq.(56) and to validate 
source and sink term particularly for slug and churn flow regimes. 
 

For droplet flow where liquid phase is dispersed in gas phase, basic equation of 
conservation of interfacial area concentration (Eq.(16) or (18)) and basic equation of interfacial 
velocity (41) are also valid.    Since gas phase is continuous phase in droplet flow, Eq.(43) is 
rewritten by following equation. 
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For droplet flow, droplets are dispersed phase and transported by the turbulent diffusion due to gas 
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phase turbulence.  The second term in right hand side of Eq.(57) can be formulated similar to the 
flow regime where gas phase is dispersed in liquid phase (Eq.(56)).    It is given by 
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(58) 
 

Here, turbulent diffusion coefficient of interfacial area concentration is approximated by turbulent 
diffusion coefficient of droplet (Cousins and Hewitt (1968)) as first approximation.   The 
coefficient C for turbulent diffusion of interfacial area concentration due to non-isotropic turbulence 
(or lift force term) can be approximated by lift force coefficient of solid sphere as first 
approximation.   Then, transport equation of interfacial area concentration for droplet flow is 
given by 
                                 

BKCO
L

L
L

i
GGLiiai

Li
i

Dt

D
)1(

)1(

a

3

2
)}(rot)(a)1(C{div)agardD(div

)a(div
t

a

φ+φ+






 ρ
α−−Γ

ρα−
+×−α−−

=+
∂

∂

vvv    

v   

(59) 
                 

Here,  D/Dt denotes material derivative following the gas phase motion and φCO and φBk are sink and 
source terms due to droplet coalescence and break up and ΓL is the mass generation rate of liquid 
phase per unit volume of two-phase flow due to condensation.  
 
V. Conclusions    

 
A rigorous formulation of basic transport equations of interfacial area concentration is 

derived.    The basic transport equations consist of conservation equation of interfacial area 
concentration (Eq.(16) or (18)) and conservation equation of turbulent transport term of interfacial 
area (Eq.(41)).   In the previous model, interfacial velocity is approximated by averaged velocity 
of gas phase or liquid phase.   In the present model, interfacial velocity is formulated by spatial 
correlation of characteristic function and velocity of each phase (Eq.(21)).   Then, the difference 
between interfacial velocity and averaged velocity of each phase is related to the correlations of 
fluctuation of velocity and characteristic function which reflect turbulent transport of interfacial 
area concentration (Eq.(27)).     Based on these local instant formulation of gas-liquid two-phase 
flow, conservation equation of turbulent transport term of interfacial area concentration is derived 
(Eq.(41)).   The basic equation of interfacial area concentration (Eq.(16) or (18)) and conservation 
equation of turbulent transport term of interfacial area (Eq.(41)) are the most rigorous formulation 
of the transport equations of interfacial area concentration. 

For practical purpose, simplified modeling of turbulent transport terms of interfacial area 
concentration was carried out.   The constitutive equations of turbulent diffusion and lateral 
migration of interfacial area concentration were obtained which can be applied to various flow 
regime of two-phase flow.   Using these constitutive equations a simplified basic transport 
equation of interfacial area concentration was derived considering turbulent transport of interfacial 
area concentration (Eq.(56) and (59)). 
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More detailed experimental data are needed in order to validate basic equations and 
constitutive equations of interfacial area concentration transport derived here. 
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Abstract  

Two-phase Computational Fluid Dynamics (CFD) is now increasingly applied to some Nuclear 
Reactor thermalhydraulic investigations. A Writing Group of the OECD-CSNI-GAMA on the 
“Extension of CFD to two-phase safety issues” has identified a list of Nuclear Reactor Safety (NRS) 
issues for which the use of 2-phase CFD can bring a real benefit and proposed a general multi-step 
methodology. Various modelling options were identified and classified and some first Best Practice 
Guidelines (BPG) were proposed in the final report of the WG3. The purpose of this paper is to 
specify the methodology in more detail for the selection of model options, to discuss the conditions 
and limits of applicability of the various options. Four main modelling approaches are considered, the 
porous body approach, the RANS approach for open medium, the filtered methods, and the pseudo-
DNS.  

A classification of the modelling approaches is proposed with a nomenclature. The conditions of the 
consistency between the various choices and steps of the methodology are specified, including the 
coherence between turbulence and interface filtering, between averaging and formulation of the 
closure laws, and adequacy of the validation matrix. A list of frequent errors is given. A checklist for 
application of two-phase CFD to reactor thermalhydraulic issues is proposed. 
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1  INTRODUCTION  

Two-phase Computational Fluid Dynamics (CFD) or Computational Multi-Fluid Dynamics (CMFD) 
is now increasingly applied to some Nuclear Reactor thermalhydraulic investigations. A Writing 
Group (WG3) of the OECD-CSNI-GAMA on the “extension of CFD to two-phase safety issues” has 
identified a list of Nuclear Reactor Safety issues for which the use of 2-phase CFD can bring a real 
benefit and proposed a general multi-step methodology. The various modeling options were identified 
and classified and some first Best Practice Guidelines (BPG) were proposed in the final report of the 
WG3. A progress of this activity was presented at the XCFD4NRS meeting in 2008.  

The purpose of this paper is to go farther in the analysis on several points. First the methodology is 
specified in more detail for the selection of model options. This allows to proposing a classification of 
modelling approaches with a possible nomenclature. Then, the applicability of the general 
methodology and of the various model options to each two-phase flow regime is discussed. Four main 
modeling options are considered, the porous body approach with a homogenization technique, the 
RANS (Reynolds Averaged Navier Stokes) approach for open medium, the Large Scale Simulation 
methods (extension of the Large Eddy Simulation concept to two-phase flow simulation), and the 
pseudo-DNS approaches. Some limitations of each approach are identified and some important non-
dimensional numbers are listed which may allow to classify the various situations.  

Some pseudo-DNS approaches with Interface Tracking Methods are applied to some basic two-phase 
flow but CPU cost makes it prohibitive for industrial application. Therefore many attempts to use 
under-resolved DNS are made in some specific conditions. It is shown that the Large Scale Simulation 
methods are able to simulate some dispersed flow regimes as well as separate-phase flows, but they 
encounter many difficulties when trying to apply them to the full range of flow regimes, in particular 
when there is not a unique interfacial structure and when the associated scales cover a wide range. The 
RANS like methods can in principle be applied to all flow regimes but have also severe limitations for 
the most complex flow regimes. A hybrid LES method is also identified which could be applied to all 
flow regimes with some filtering of the larger interfaces. The porous body approach with a 
homogenization technique is used in component codes for 3D Core thermalhydraulic simulations. 
They combine difficulties of the CFD for open medium with the difficulties of the 1D models; they are 
still used with many simplifications which were not always even identified and listed. For each of 
these four modeling approaches, attention is drawn on some conditions and limits of applicability. 

Some reference to the ERCOFTAC (European Research Community on Flow Turbulence And 
Combustion) Best Practice Guidelines on Dispersed Turbulent Multi-Phase Flow are made which 
provide some BPGs. The conditions of the consistency between the various choices and various steps 
of the methodology are specified, including the coherence between turbulence filtering and interface 
filtering, between averaging procedure and formulation of the closure laws, and adequacy of the 
validation matrix with the selected model options. Since non-consistencies in the modeling options are 
not so rare, a list of frequent errors is given.  

A checklist of Best Practice Advice for application of two-phase CFD to reactor thermalhydraulic 
issues is proposed. 

2 METHODOLOGY FOR APPLICATION OF TWO-PHASE-CFD TO NUCLEAER 

REACTOR SAFETY  

2.1 The methodology  

The general method of work illustrated in Figure 1 was proposed (Bestion et al., 2006, Bestion et al., 
2009a) for using two-phase CFD for safety issues with successive steps: 

1. Identification of all important flow processes 

2. Main modelling choices 
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2.1 Selecting a basic model 

2.2 Filtering turbulent scales and two-phase intermittency scales 

2.3 Treatment of interfaces  

3. Selecting closure laws 

3.1 Modeling interfacial transfers 

3.2 Modeling turbulent transfers 

3.3 Modeling wall transfers 

4. Verification 

5. Validation 

If the CFD tool is used in the context of a nuclear reactor safety demonstration using a Best-Estimate 
approach, one may add a last step: 

6. Uncertainty evaluation 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Figure 1: General methodology for two-phase CFD application to nuclear reactor safety 
 

2.2 Identification of all important flow processes  

The reasons of this first step are explained by the report of the OECD-CSNI WGAMA WG3 (Bestion 
et al, 2010). However one must be more specific on the content of this step. The various basic flow 
processes to be identified may be part of the following non exhaustive list: wall heat transfer, 
mechanical load on structure, turbulent mixing of momentum, of heat or of another scalar, interfacial 
friction (or more generally interfacial momentum transfer), interfacial heat and mass transfer by 
condensation or vaporization, interfacial mass transfer by dissolving or degassing of a noncondensable 
gas, flow instability, etc. One of the identified processes may be the actual issue of interest but all 
other processes which may influence the issue have also to be listed.   

Then, based on the analysis of some experimental data and on some reflections made in a preliminary 
brainstorming or during a PIRT exercise, one should try to answer the following questions: 

CLOSURE LAWS

Interfacial transfer 

Turbulent transfers

Wall transfers

Identification of all important flow processes
PIRT analysis.

Exp. Data + DNS

MODEL OPTIONS
Basic model: 1-fluid model, 2-fluid model, 

multi-field models... 
Filtering turbulent & 2-phase scales:

RANS, URANS, LES, LIS, VLES…
Treatment of Interfaces :

statistical or deterministic? ITM? 
ILIS: local flow configuration map
Characterization: (a,Ai,∇α)?
Polydispersion?

consistency

exhaustive

consis
tency

consistency

Exhaustive
Validation

Verification

Application with BPG
Uncertainty evaluation

then
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− What kind of two-phase flow regime(s) is (are) likely to be present? In particular, how 
many separate fields are expected? One may consider two-phase flow regimes as 
various combinations of continuous liquid field, continuous gas field, and dispersed 
fields such as bubbles and droplets.  

−  Is it a steady or transient situation? Since all turbulent flows and two-phase flows have 
inherent flow parameter variations with time associated to eddies and interface movements, 
all are somewhat transient but one should identify the time scales of interest. Are there time 
scales of flow parameter variations which play a role in the process of interest? (For example 
large scale eddies may play a role in thermal striping and thermal fatigue investigations 
whereas in many other problems the simple average mixing effect of turbulence has to be 
considered)  

− What is the minimum space scale of interest in the process? This defines the space resolution 
of the simulation which is required for solving the issue.  

− What is the basic phenomenon or physical process of interest? 

− What are all the other physical processes which are coupled with or which influence the basic 
process of interest? 

− What are the main non-dimensional numbers which characterize the important flow 
processes? 

3 CLASSIFICATION OF THE TWO-PHASE-CFD MODEL OPTIONS 

3.1 Need of a better classification 

Some attempts to classify the various model approaches were already proposed in the OECD-CSNI 
WGAMA WG3 reports (2006, 2010). Classification was made on the following aspects: 

• Phase averaging or field averaging: 

− Homogeneous for a two-phase mixture  

− Two-fluid model  

− Multi-field models  

• Filtering turbulent scales and two-phase intermittency scales: 

− All turbulent scales are filtered (RANS models) 

− Only some scales are filtered (two-phase LES) 

− All turbulent scales are predicted (DNS) 

• Treatment of Interfaces 

− Use of Interface Tracking/Capturing Technique 

− Use of a pure statistical treatment of interfaces 

− Use of an Identification of the Local Interface Structure (ILIS)  

− Characterization of the interfaces through Interfacial area density or other quantities 

However one would prefer a classification which shows the successive choices with the arborescence 
of all possible resulting approaches. One may try to give a more detailed classification by considering 
(see Table 1) all treatments of the basic local instantaneous equations for mass (continuity equation), 
momentum (Navier-Stokes equation), and energy, which are used in the various Eulerian modelling 
approaches. The selection of the respective approaches can be made by considering 5 successive 
choices: 

1. Open medium approach or homogenizing technique for porous body? Is there a multiplication 
of basic equations by a fluid characteristic function? 

2. How many fields are distinguished? Is there a multiplication of basic equations by a phase 
characteristic function or field characteristic function? 
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3. Time averaging or ensemble averaging? 

4. Space averaging or filtering 

5. Deterministic interface, filtered interface or statistical interface? 

3.2 Open medium approach and porous body approach 

One may distinguish the open medium and porous medium approaches. A simple way to introduce 
these differences is to consider that local instantaneous equations are first multiplied by fluid/solid 
characteristic function before any averaging or filtering.  

Let χf (x,t) be the fluid/solid characteristic function  

χf (x,t) = 1 when point x is in the fluid at time t 

χf (x,t) = 0 when point x is in the solid at time t 

In case of a flow bounded by non deformable solid structures, χF is not function of time. 

A Volume average of A is defined as: 

 

 

 

 

 

A Volume average of χf is the so-called porosity factor: 

 

 

 

In the classical porous body approach, after multiplication by χf, equations are averaged over a 
fluid volume as follows: 

 

 

 

Then every local fluid parameter A may be considered as an average plus a space deviation: 

 

 

3.3 The number of fluids or fields 

One can separate the two-phase flow in several fields: 

− 1-fluid for a model which considers a mixture of the two-phases together 

− 2-fluid  for a model which considers the two-phases separately 

− n-field for a model which splits one or both phases in several fields. 

Multi-fields model are commonly on the type 2+nb+nd with two continuous fields (continuous gas 
and continuous liquid) + one or nb bubble fields and 1 or nd droplet fields. 

The way to introduce these differences is to consider that local instantaneous equations are multiplied 
by fluid/field characteristic function before any averaging or filtering.  

Let χk (x,t) be the fluid characteristic function for phase k or field k (k=1,n) 

χk (x,t) = 1 when point x is in the phase k or field k at time t 

χk (x,t) = 0 when point x is not in the phase k or field k at time t 
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One can multiply also by the product χk . χf for a multi-field model in a porous body 
approach.  

After averaging of the basic equations multiplied by χf , or χk . χf for k = 1, n, the three balance 
equations (mass, momentum and energy) are written n times one for each phase or field. 

3.4 Time averaging and space averaging 

Time or ensemble averaging is a common way to derive equations for the so-called RANS (Reynolds 
Average Navier-Stokes) approach. 
Although time averaging and ensemble averaging are different, they can be reasonably considered as 
equivalent (ergodicity) in steady or quasi-steady flows where the RANS approach is applied. 
Time averaging filters all turbulent scales and predicts only a mean velocity field. Time averaging 
does not allow for the prediction of the space and time position of the interfaces of dispersed droplets 
and dispersed bubbles. It has also a smearing or diffusive effect on the large interfaces between 
continuous liquid and continuous gas such as a free surface or the surface of a liquid film along a wall. 
It is possible to reconstruct a steep large interface by numerical techniques (see Lucas et al., 2009) but 
waves have disappeared as shown in Figure 2.  

 
Figure 2: Effect of a time averaging on a two-phase flow: on top the real flow; in the center 

the averaged flow; at bottom the filtered flow with a reconstructed free surface 
Space averaging is necessary in the porous body approach after having multiplied equations by the 
fluid/solid characteristic function and possibly also by the fluid (or field) characteristic function. 
Space averaging or filtering is also used in the so-called Large Eddy Simulation (LES) of turbulent 
flows in an open medium context. This technique becomes now increasingly applied in single phase 
CFD to be able to simulate some transient flow or to predict large scale coherent structures. The filter 
scale defined the part of the turbulence spectrum which is simulated and the part which must be 
modelled.  
Space averaging in two-phase flow filters not only the small eddies but also the interfaces and the 
density discontinuity is smeared or diffused and replaced by a surface local density gradient. It is 
possible to reconstruct a steep interface by numerical techniques but small scale deformations of the 
interface may have disappeared as shown in Figure 3. 
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Figure 3: Effect of a space filter on a two-phase flow: on left the real flow, in the center the 

filtered flow; on right the filtered flow with a reconstructed interface 

3.5 Deterministic interface, filtered interface or statistical interface 

An interface will be said “deterministically treated” when its space and time position is simulated or 
actually predicted without any simplification. It is clearly the case of a DNS or pseudo-DNS modelling 
where neither space nor time averaging is used. The flow in the left on Figure 3 is predicted will all 
eddies and all small deformations of the interface. 
An interface can also be considered as “deterministically treated” after a space filtering if the 
reconstructed interface (see figure 3) is not degraded compared to the real interface. A “deterministic 
interface” requires that all phenomena having an influence on space and time position of the interface, 
are also simulated. The conditions for this are specified below in the section on LES with 
Deterministic Interfaces.  
An interface will be said “Statistically treated” when an averaging or filtering procedure does not 
allow to predict its space and time position. Only statistical or averaged information on several 
interfaces may be predicted through quantities such as a void fraction, or an Interfacial area density. 
Such a statistical treatment may result from time averaging or from space averaging.  
An interface will be considered as “Filtered Interface” when its space and time position is predicted 
with some filtering of the smaller scale deformations. Cases illustrated in Figures 2 and 3 are filtered 
interfaces. This filtering may result either from space filter or from time averaging. 

3.6 A possible terminology for Eulerian Two-phase CFD approaches 

Following the 5 choices above one may propose a terminology for Eulerian two-phase CFD 
approaches. 

The nomenclature is a series of 4 groups of characters:    MM-nF-TT-II 
MM can be: 

� OM for Open medium approach 

− PM for 3D porous medium approach 

− 1D for area-averaged 1D models in ducts, channels, sub-channels 

− 2D for 2D models using a space averaging in the 3rd direction 

The latter case does not apply to 2D models which use some symmetry in a 3D flow to reduce the 
dimension to 2. It applies for example to a 2D modelling of an annular dowcomer of a reactor vessel 
when equations are averaged over the radial direction, keeping a 2D problem in vertical and azimuthal 
directions (Z, θ). 

� nF is the number of fluids or fields: 
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− 2F for the classical two-fluid approach 

− nF for a n-field model 

− nG/pL for n gas fields and p liquid fields (if one wants) to be more precise on the number 
of fields in each phase 

� TT to characterize the filtering of turbulent scale: 

− DN for Direct simulation of the whole turbulence spectrum  

− RA for Reynolds Average approach  

− FT for filtered turbulence like LES, DES, … 

� II to characterize the treatment of interfaces: 

− DI for Deterministic Interface using an Interface Tracking Technique  

− SI for Statistical treatment of Interfaces  

− FI for filtered Interfaces: an Interface Tracking or reconstruction Technique is used but it 
does not predict smaller scale deformations of this interface 

− FI/SI for hybrid methods where the larger scale interfaces are known by an Interface 
Tracking or reconstruction Technique and the smaller scale interfaces are only statistically 
treated 
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Table 1:  Classification of Eulerian Fluid Dynamic Simulation approaches for Two-Phase Flow 
 

OM: Open medium approach PM: Porous medium approach   1F: one-fluid     2F: two-fluid    DS: Direct Simulation    FT: Filtered turbulence    
FI:  Filtered Interface   DI: Deterministic Interface    SI:  Statistical Interface   RA: Reynolds Averaged 

 

 Treatment of local equations Pseudo 
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2-fluid 

Component codes 
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2-fluid 
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4 THE PSEUDO-DNS APPROACH OM-1F-DS-DI 

The DNS or pseudo-DNS does not apply any space or time averaging of the equations. However some 
additional equation or numerical treatment is required to track the interface and to add the physics of 
the liquid-solid interface or of a triple line (liquid-solid-gas). There is no need to solve equations for 
several fields and a 1-fluid approach is generally used with some additional equation or technique to 
track the interface position. Additional models are often required for example for implementing a film 
splitting criterion when two bubbles coalesce or for the contact angles at a triple line solid-liquid-gas. 
Such additional models are the reason why in two-phase flow the word DNS must be replaced by 
pseudo-DNS since some very small scale physics is not solved but only modelled. 
Since no averaging or filtering is used, pseudo-DNS should be able to predict the smaller scale eddies 
(up to the Kolmogorov dissipative scale), the smaller scale interface deformations and smaller scale 
distance between interfaces. This would be extremely difficult for liquid films between two bubbles 
when they collide before coalescence since it would require mesh sizes in the order of the micrometer. 
Therefore such very thin films are often not predicted to allow larger mesh sizes. It may affect the 
prediction of some phenomena such as coalescence or break up phenomena but we will still consider 
that such extension still belongs to the pseudo-DNS approach.  
Pure DNS solving only exact equations without any modelling does not exist in two-phase flow and 
pseudo-DNS techniques also have to be validated against experimental data to see how the models and 
the simplifications affect the predictions.  
Since even pseudo-DNS require extremely expensive CPU cost, its use is restricted to the 
investigation of very small scale flow processes as a complement to experimental investigations and as 
a support for the modelling and validation of more macroscopic approaches. 

5 THE RANS APPROACH 

This is the most simple, the cheapest (in terms of CPU), the most advanced and the most used 
available two-phase CFD method. The RANS approach for two-phase flow consists in applying an 
ensemble averaging or a time averaging which filters all turbulent scales and all two-phase 
intermittency scales. The method is applied to steady flows or quasi-steady flows when the time scales 
of variation of mean variables are larger than the largest time scales of turbulence and two-phase 
intermittency. 
The Figure 4 below illustrates how a two-phase flow is simplified by a RANS like approach. 

 

 
 

Figure 4:  Illustration how a RANS like approach simplifies a two-phase flow  

V

χv= 0 or 1 
0 < α < 1 

RANS 
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No velocity fluctuation is predicted and only time averaged velocities are solved. The presence of 
interfaces is treated statistically by averaged parameters such as the void fraction or the interfacial area 
density.  

Compatibility of RANS with flow regimes 
RANS is in principle compatible with all two-phase flow regimes provided that they are steady or 
quasi-steady. The condition is that the time scale of mean flow variations is significantly larger than 
the time scales of turbulence and two-phase intermittency (time between passage of two interfaces at a 
given point). 
For dispersed bubbly flow (see Bestion, Anglart et al., 2009b) or dispersed droplet flow, the condition 
is easy to satisfy.  
For separate-phase flows (stratified flow, annular flow), the averaging filters interfacial waves in a 
way which is not fully clear: although the modelling of turbulent diffusion prevents simulation of large 
eddies it does not prevent irrotational waves to be predicted resulting from Kelvin-Helmholtz 
instability. 
For slug and churn flow regimes with large bubbles (either Taylor bubbles in slug flows or distorted 
large bubbles) the intermittency due to the passage of these bubbles corresponds to rather large time 
scales. Since the RANS filters even these large scales it is not able to predict this intermittency.  

Compatibility of RANS with the number of fields 
RANS is compatible with all the possible choices for the number of fields, including single-fluid, two-
fluid and all kinds of multi-field models. 

Compatibility of RANS with interface treatments 
Due to the time (or ensemble) averaging, RANS is not compatible with a deterministic treatment of 
interfaces since interface movements and deformations are influenced by eddies which are not 
simulated by the RANS approach.  
RANS is fully compatible with the statistical treatment of interfaces. 
RANS is also compatible with some “Filtered Interface” for some large interfaces as shown in Figure 
2 with a free surface which is parallel to the mean flow velocity (Coste et al. 2008). 

6 THE LES WITH DETERMINISTIC INTERFACES 

The LES with Deterministic interface (OM-1F-FT-DI) combines a filtering of turbulent fluctuations 
with an Interface Tracking method used for all interfaces. This method was developed and used by 
Bois et al (2010), Toutant et al. (2009a, 2009b), Magdeleine (2010), Lakehal (2008a, 2008b), in both 
dispersed flow and free surface flows. 
 A “deterministic interface” requires that all phenomena having an influence on space and time 
position of the interface are also simulated. The smaller scale deformations of the interfaces are 
influenced by the turbulent fluctuations and the surface tension.  
A limiting value of a Weber number should define the limits of applicability of LES together with a 
Deterministic Interface. 

lim

2)(
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We ≤=

σ
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)(lv is the velocity scale of turbulent fluctuations for eddies of size equal to l. 
For a given turbulence spectrum it may give a maximum value of the filter scale lfliter: 
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For a given filter scale lfliter the maximum value of the turbulent fluctuating velocity )(lv at scale lfliter 
is: 
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Another limit, which is often less restrictive, is related to the Laplace scale: 
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∆
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This Laplace scale is related to the smallest wavelength of free surface waves (capillary waves) or film 
waves when there is no high turbulence intensity. The required value of n ( probably in the range 5 to 
10) should be determined.  
Finally, if there are very small bubbles much smaller than the Laplace scale, e;g. in boiling flow, the 
filter scale should allow a good description of the interfaces of these smallest bubbles of diameter dmin, 
which results in a severe limitation: 

min

1
d

m
l filter ≤

 
According to Magdeleine (2010), m can be taken as 6 at best without degrading the results.  
All these limitations make this “LES with Deterministic Interface“ method less CPU consuming that 
pseudo-DNS (up to 1 or 2 orders of magnitude) but still rather expensive. It is still used as a research 
tool as a support for the modelling and validation of more macroscopic approaches and cannot address 
a real industrial problem.  

7 THE LES WITH STATISTICAL INTERFACES  

When the largest two-phase intermittency scale is rather short and significantly shorter that the largest 
turbulent eddies (see Figure 5), a LES method is applicable with a filters scale smaller than the larger 
eddies but larger than the two-phase scale to allow a statistical treatment (OM-nF-FT-SI). This was 
already applied with some success to some turbulent dispersed flow by Dhotre et al. (2007) and 
Niceno et al. (2009).  

These authors have applied the so-called Milleli criterion about the smallest lfilter scale, dmin 
being the smallest bubble or droplet size.  

min5.1 dl filter >  

 

Figurer 5: A dispersed flow treated by a LES with statistical Interfaces 

Such a method is clearly much less CPU consuming than the pseudo-DNS and the LES with 
deterministic interface but it is restricted to some flow situations, typically the dispersed bubble or 
dispersed drops where the large eddies are much larger than the largest bubbles or eddies. In slug or 
churn flow where the largest bubbles and the largest eddies are of the size of the geometrical 
dimensions of the flow (such as a Hydraulic diameter) this method is clearly not applicable. 
This method is compatible with the two-fluid model and multi-field models where the dispersed 
bubbles or droplets may be treated by size groups. 

Lfilter 
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8 THE HYBRID LES METHOD WITH BOTH FILTERED AND STATISTICAL 

INTERFACES 

Looking for a method which may address all flow regimes with a more reasonable CPU cost than the 
pseudo-DNS and the LES methods above, one may imagine a hybrid method which filters the smaller 
eddies and treats statistically the small droplets or bubbles while the other interfaces are simply 
filtered (OM-nF-FT-FI-SI). This is illustrated in Figure 6. the space filter eliminates the smaller 
bubbles which are treated statistically, and it thickens and filters the interface of the large bubble 
which may be reconstructed with a simplification of the shape as on the right side view.  
 

 

Figure 6: Treatment of a two phase flow with a hybrid LES method 

Although this method has not been clearly defined and applied, some analyses with a two-
fluid model without any turbulence model may be somewhat similar to it (Bartosiewicz et al., 
2007, 2008).  

It may be a promising way of modelling the most complex two-phase flow (such as churn or 
slug flow) at a reasonable CPU cost without filtering the two-phase structures like RANS 
does. However the closure issue is rather complex and the present state of the art is not very 
well advanced.  

This method is compatible with the two-fluid approach and with multi-field models. A 4-field 
model with a continuous gas field, a continuous liquid field, a dispersed bubble field and 
dispersed droplet field may be help to reconstruct the large filtered interfaces.   

9 THE CFD IN POROUS MEDIUM APPROACH 

The CFD in porous medium approach uses a space averaging or filtering of time averaged 
basic equations multiplied by χf or by the product χk . χf as defined in section 3.2 above. It is 
adapted to the macroscopic 3D description of two-phase flow in reactor components such as 
the Core or the Steam Generator. The minimum filter scale in such components is the 
subchannel scale. This approach is used with some simplifying assumptions in the component 
codes for Core and SGs.  

Due to the time averaging, additional terms such as Reynolds stresses jiuu '' or turbulent 

diffusion of heat '' θiu  appear in balance equations. Due to space filtering, dispersion terms of 
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momentum and energy (related to <δui δuj> and <δui δθ>) appear in the equations which 
would require some modelling.  

In the present state of the art, no modelling of dispersion terms exists and only very simple 
turbulent diffusion models are used.  

This method is compatible with the single-fluid model, the two-fluid model, and any kind of 
multi-field model. In the nuclear community, the most complex models are using the 3-field 
model with a gas field a continuous liquid and a droplet field, which is adequate for annular 
mist flows. 

10 THE CLOSURE ISSUE AND THE SELECTION OF THE VALIDATION 

MATRIX 

10.1 The wall transfers 

Momentum and energy transfers at the wall have to be modelled for all CFD approaches 
except for the pseudo-DNS. The number of models is multiplied by the number of fields. 

The so-called wall function approach is generally used to avoid the use of too fine nodes in 
the boundary layer close to the wall. Such wall functions exist for single phase and some 
progress was made to extend to two-phase situations (see Koncar et al., 2008). 

10.2 The interfacial transfers 

A two-fluid model requires a modelling of mass, momentum and energy interfacial transfers. 
A multi-field model requires a modelling of mass, momentum and energy interfacial transfers for all 
types of interfaces. In a 2+nb+nd model there are 1 + nb + nd interfaces: 

− 1 interface between continuous liquid and continuous gas 

− nb bubble interfaces (1 interface between each bubble field and the continuous liquid) 

− nd droplet interfaces (1 interface between each droplet field and the continuous gas) 

For interfaces of dispersed fields (bubbles and droplets), some models exist which have a 
reasonable degree of reliability (see some information in ERCOFTAC 2007 document). For 
large interfaces like a free surface some models were also developed (Coste et al, 2008, 
Lakehal et al. 2008).  

10.3 The inter-field mass transfers 

In case of a multi-field model mass transfers between the fields belonging to the same phase 
are needed.  

In a 4-field model with a continuous gas field, a continuous liquid field, a dispersed bubble 
field and dispersed droplet field there are only two possible transfers: 

− between continuous liquid and droplet field by entrainment and deposition 

− between continuous gas and bubble field by bubble capture and bubble bust at a free surface 

In a 2+nb+nd model there are nb! + nd!  possible mass transfers. This includes the same transfers as 
above for each dispersed field plus the mass transfers between each couple of droplet field and 
between each couple of bubble fields by coalescence and break up.  

There is some experience in modelling of such mass transfers in the MUSIG method applied to 
polydispersed bubbly flow (see Krepper et al., 2009, Morel et al., 2009) with a rather large number of 
bubble fields. 
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There is also some experience in the modelling of entrainment and deposition of droplets in annular-
mist flow described with a 3-field model. 

10.4 The turbulent transfers 

Both time (or ensemble) averaging in the RANS approach and space averaging in the LES 

approaches require a modelling of second order moments of fluctuations such as jiuu '' or 

'' θiu . All the existing types of turbulence modelling developed for single phase flow (k-є, 
Rij- є, LES,…) haven been extended to two-phase flow with a lower maturity and a lower 
degree of reliability.  Some information is available for dispersed flow in the ERCOFTAC 
(2007) document.  

10.5 Additional models for filtered interfaces 

In the filtered interface approach such as used in a RANS modelling of stratified flow (see 
Figure 2), or in the hybrid LES method illustrated in Figure 6, a large interface can be 
reconstructed from the available information (void fraction, void fraction gradient, …) but 
many possible processes related to the interface are not predicted which require some 
modelling: 

− Waves at the interface created by filtered pressure and velocity fluctuation  

− Capture of bubbles by some phenomena like the breaking waves 

− Entrainment of droplets by splitting of the large filtered interface 
For example the presence of waves at a free surface which are not seen by the filtered 
interface must be taken into account for their effects on the momentum transfers and heat and 
mass transfers. The waviness acts as a roughness which increases interfacial friction and 
enhances also heat and mass transfers (see Coste et al, 2010). 

10.6 Identification of the Local Interfacial Structure (ILIS) 

The formulation of interfacial transfers depends on the local structure of interfaces. If we 
consider the point M at location x at time t, the local interfacial structure in the vicinity of M 
may be: 

1 Dispersed bubbles 

2 Dispersed droplets 

3 Presence of a large interface between continuous liquid and continuous gas 

4 Same as 3 + droplets in continuous gas and or bubbles in continuous liquid 

In case of a 4 field or 2+nb+nd multi-field model, the knowledge of the local volume fraction 
of each field is sufficient to know the local structure at M(x,t) and there is no ambiguity to 
select the adequate interfacial transfer models. 

In the case of a two-fluid approach or even a single-fluid approach, the local structure has to 
be determined from the more limited available local information, void fraction, interfacial 
area, void fraction gradient. An ILIS is required which is the equivalent of the flow regime 
map for 1D models. No reliable published ILIS exists for the two-fluid model with an 
automatic recognition of all possible local interfacial structures and this may be a difficulty 
for some specific cases such as a plunging jet (see Schmidtke & Lucas, 2008). 

10.7 Selection of the validation matrix 

Both Separate Effect Tests (SET) and Mixed Effect Tests (MET) are required for the 
validation of a CFD model applied to a safety issue.  
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The SET and MET validation matrix should cover all important flow processes identified 
during the first step of the methodology.   

The SET validation matrix should ideally be able to validate each important closure law in a 
separate effect way. The number of measured flow parameters in SET should be sufficient to 
allow a validation of each important closure law. 

The SET and MET validation experiments should cover ideally the range of the non-
dimensional numbers which are expected to play an important role. 

The instrumentation in the validation tests should provide enough information to get initial 
conditions and boundary conditions for the simulation. 

11 CONSISTENCY IN APPLICATION OF THE METHODOLOGY  

11.1 Consistency checks 

During the successive steps of the general methodology, several choices are made which 
require some consistency. One can list a few required consistency checks: 

− This basic choice of the number of fields must be adapted to the physical situation or 
to an acceptable degree of simplification of the situation. In particular, if the specific 
behavior of two fields plays an important role according to the PIRT, they must be 
treated separately. 

− The experimental SET validation matrix should be exhaustive with respect to all 
identified flow processes. 

− The experimental SET validation matrix should be able to validate all the interfacial 
turbulent and wall transfers. 

− In the ideal case the number of measured flow parameters in the validation 
experiments should be consistent with the complexity of the selected model to 
validate. A model defined by a set of n equations having a set of principal variables Xi 
(i = 1, n) can be said “validable” when one can measure n parameters giving the n 
principal variables. 

− The averaging procedure must be specified to give a clear definition of the principal 
variables and of the closure terms in the equations. The filtering of the turbulent scales 
and of two-phase intermittency must be fully consistent. 

− The averaging of measured variables must be consistent with the averaging of the 
equations. 

− A Deterministic Interface using an Interface Tracking Method requires that all 
phenomena having an influence on the interface are also simulated or 
deterministically treated.  

− The choice of an adequate interfacial transfer formulation must be consistent with the 
interface treatment (deterministic, filtered, statistical), and with the ILIS.  

11.2 Some frequent errors or defaults  

Due to the availability of many modelling options in commercial CFD codes such as FLUENT, 
STAR-CD, CFX, or in CFD codes specific to the nuclear community such as NEPTUNE_CFD 
(Bestion & Guelfi, 2005, Guelfi & Bestion, 2007), it may happen that some non-consistent choices are 
made. Most errors are relative to non consistent choices of space and/or time resolution for interfacial, 
wall, and turbulent transfer modelling. A few examples of frequent errors are given here: 

1. Use of a 1D model for modelling interfacial transfer in CFD approaches 
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 The interfacial transfer formulation in a 3D modelling relates a local flux Fx of a quantity X to a 
difference between local phase variable Xk multiplied by a local transfer coefficient : Cx 
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x XXCF −= 3  

The interfacial transfer formulation in a 1D modelling relates an area averaged flux Fx of a quantity X 
to a difference between area averaged phase variable Xk multiplied by a global transfer coefficient Cx: 
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Even if the flow remains unidirectional, e.g. in a pipe, there is no reason that  i
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and the difference between them can of several orders of magnitude. It would be exact only in case of 
uniform fields of Xl and Xv which cannot be the case in a 1D model since area averaging contains 
boundary layers along walls in which all variables have generally strong gradients.  

2. Use of interfacial transfers of porous medium model in a open medium approach 

This is the same type of errors as for the previous case. In the porous medium approach, the transfer is 
volume averaged in a space domain which contains boundary layers along solid structures in which all 
variables have generally strong gradients.  

3. Use of wall  transfers of porous medium model in a open medium approach 

This is a similar error to the previous one. In the porous medium approach, the wall transfer terms are 
homogenized due to the volume averaging in a space domain which contains solid structures. In an 
open medium approach transfers with walls generally use the wall function approach.  
The wall transfer formulation in an open medium approach relates a wall flux Fwx of a quantity X to a 
difference between local variable Xk and the value at the wall Xk multiplied by a local transfer 
coefficient: Cx 
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The wall transfer formulation in a porous medium approach relates a volume averaged flux Fx of a 
quantity X to a difference between volume averaged phase variable <Xk> and the value at the wall 
multiplied by a global transfer coefficient Cx: 
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w
x

w
x XXCF −=  

Here again the difference between the two transfer coefficients can be of several orders of magnitude 
both wall friction and wall heat transfers. 

4. Use a 3D two-fluid model without any turbulence modelling 

The two-fluid model includes a time averaging over a long period of time covering all two-phase 
intermittency scales. Therefore all or part of the turbulence spectrum is filtered by this averaging 
process and this results in additional terms in momentum and energy equations for turbulent stresses 
(Reynolds stresses) and for turbulent diffusion which require adequate modelling.  
In the case of a heated pipe with a two-phase flow, only the fluid meshes along the wall could be 
heated correctly by the wall but the transfer to the core flow can only be correctly described by a 
turbulent transfer model in energy equations.  

5. Use of averaged interfacial  transfer coefficients in a DNS or LES approach 

This is the same inconsistency as the previous one but in a different context. The intention is here to 
have a fine resolution simulation with an Interface Tracking Technique for a deterministic treatment of 
interfaces. In absence of adequate modelling of interfacial friction of interfacial heat transfer,  
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12 CHECKLIST FOR APPLICATION OF TWO-PHASE CFD TO REACTOR 

THERMALHYDRAULIC ISSUES 

The following checklist is proposed for application of two-phase-CFD to a nuclear reactor issue. They 
correspond to the successive steps of the methodology presented in section 2 and they can be grouped 
in the following way. 

A: Identification of important flow processes  

1. What is the basic process of interest in my reactor issue that I would like to predict by 
CFD (e.g. fluid temperature field in a component, clad temperature, a local heat 
transfer, a mechanical load on some structure, a velocity field in a component, a 
system peak pressure…)? 

2. What are all the other important basic processes which are coupled to the process of 
interest? 

3. What are the main non-dimensional numbers which characterize the important flow 
processes? 

4. What is the space and time domain of interest for the coupled processes? 

5. What kind of two-phase flow regime(s) is (are) likely to be present in the domain of 
interest? In particular, how many separate fields are expected?  

6. Is it a steady or transient situation? In case of a transient what is the minimum time 
scale of interest? 

7. What is the minimum space scale of interest in the process? 

B: Selecting basic model options  
8. Specify the time and space resolution of the simulation according to answers to 

questions 5 and 6 

9. Choice of a number of fields according to answer to question 4 

10. List of wall transfers (mass, momentum and energy) which may play a significant role 
in the whole process 

11. List of interfacial transfers (mass, momentum and energy) which may play a 
significant role in the whole process 

12. List of turbulent transfers (mass, momentum and energy) which may play a significant 
role in the whole process 

C: Review of experimental data for validation 
13. Check that the available experimental data cover all basic flow processes identified in 

2. If required, plan and design new experiments to cover all processes. 

14. Check that the available experimental data cover all important wall transfers, 
interfacial transfers and turbulent transfers identified in 9, 10, and 11. Check that they 
can be used to validate all important transfer models in a separate effect way. If 
required, plan and design new experimental programs in order to be more exhaustive. 

15. Check that the instrumentation and the experimental tests provide enough information 
to get initial conditions and boundary conditions for the simulation. 

16. Check that the instrumentation and the experimental tests provide sufficient local 
information on flow parameters of interest to validate closure laws for wall, 
interfacial, and turbulent transfers identified in 9, 10, and 11.  
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NOMENCLATURE 

BPG   Best Practice Guidelines 
CFD   Computational Fluid Dynamics 
CMFD   Computational Multi-Fluid Dynamics 
DNS   Direct Numerical Simulation 
ERCOFTAC  European Research Community on Flow Turbulence And Combustion 
ITM   Interface Tracking Method 
LES   Large Eddy Simulation 
LIS    Large Interface Simulation 
RANS   Reynolds Averaged Navier Stokes 
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Abstract  
In the framework of safety studies of Pressurized Water Reactors, boiling bubbly flow and Departure 
from Nucleate Boiling are now investigated at the CFD scale in particular with the NEPTUNE_CFD 
code developed in the framework of the NEPTUNE project, financially supported by the 
Commissariat à l’Énergie Atomique (CEA), Électricité de France (EDF), the Institut de 
Radioprotection et de Sûreté Nucléaire (IRSN) and AREVA-NP. The prediction of subcooled 
convective boiling flows throughout PWR assemblies relies on both prediction of nucleation of 
bubbles in the wall region and of their life time in the core flow where subcooled liquid may induce 
condensation. In the perspective of validation of CFD simulations of convective nucleate boiling 
flows, there is a need of assessing both boiling and condensation independently. This study contributes 
to the validation of the NEPTUNE_CFD code concerning liquid-vapour bubbly flows. It focuses on 
the subcooled flows with condensation but in the absence of wall heat transfer. Some of the data 
incoming from the TESS experimental program are used to perform the numerical simulations. 
Conclusion are drawn concerning the sensitivity of the results with regard to the models for (i) bubble 
migration from wall to core, and (ii) interfacial heat transfers that result in bubbles condensation. This 
work is a first step toward a more extensive validation against the whole TESS tests matrix. 

1.   INTRODUCTION  

The use of the CFD of two-phase boiling bubbly flows for the purpose of safety studies is nowadays 
under investigation, in particular in the frame of the French “Institut de Radioprotection et de Sûreté 
Nucléaire” (IRSN) research program on nuclear fuel safety. The ability and validity of CFD 
calculations to simulate those type of flows has already been the subject of several studies, e.g. (Morel 
and Laviéville, 2008). One of the specificity of this boiling regime relies on the coexistence of several 
heat and mass transfer processes. In a pipe section, on the one hand, the nucleate boiling process 
generates a vaporization rate near the wall, whereas, on the other hand, cold liquid, at the centre of the 
pipe, condenses the bubbles. Bubble dynamics is then a key issue to describe the migration of vapour 
from wall to core flow. Moreover coalescence and possible fragmentation of the bubbles may modify 
the size distribution of the bubble population and consequently the intensity of interfacial transfers. At 
the CFD scale, each of these mechanisms needs to be described by corresponding momentum, heat 
and mass transfers laws, and each of these laws would ideally require a specific, separate effect, 
validation. The model of the nucleate boiling process at the CFD scale is certainly the most difficult to 
describe, in particular because one can not study this process independently from the others, and some 
improvements in the description of the physical processes at small scale are still under way, see (Basu 
et al. 2005). Bubble dynamics has been the subject of a large amount of experimental and numerical 
studies, either at the scale of the single bubble dynamics or for most complex cases like populations of 
bubbles with a polydispersion in size, e.g. (Morel et al. 2010). This dynamics can be more easily 
studied as an independent process because one can deal with adiabatic flows of incondensable 
bubbles. 
In this paper, we address the condensation process through both experimental and numerical studies. 
The main difficulty relies on the ability of characterizing the single phenomenon of condensation 
throughout both the experimental results and its numerical modelling. The TESS facility at CEA 
Grenoble provides a data base for the study of boiling convective bubbly flows in a vertical pipe 
without wall transfer. In part 2, we address the description of the facility, the different measurements 
that it provides as well as the tests matrix. In part 3, we present the set of closure laws of the two-fluid 
model related to the description of condensation in convective bubbly flows. We also give the main 
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numerical settings that we use for the simulations with the NEPTUNE_CFD code, (Guelfi et al . 
2007). In part 4, we study the sensitivity of the numerical solution to some modelling issues and 
analyze comparison with experimental data. 

2.   DESCRIPTION OF THE TESS EXPERIMENTAL PROGRAM 

2.1    General description of the loop 

The goal of the set of experiments of the TESS program is to finely characterize a convective bubbly 
flow that experiences condensation. For this purpose, a liquid-vapour boiling ascending flow is 
generated throughout a vertical cylindrical pipe. Subcooled liquid is injected at the bottom of the pipe 
and flows along electrically heated walls. The wall heat transfer corresponds to nucleate boiling 
regime and bubbles are formed along the wall. Vapour volumetric fraction increases along the flow 
and near-wall liquid is heated up. The investigated flow lies downstream this heated part, where the 
pipe walls are adiabatic. In this upper part, we thus have a convective bubbly flow, the liquid 
temperature being below saturation. Condensation will thus be one of the leading phenomena for the 
evolution of the bubble volumetric fraction. 
The test section is a vertical cylindrical pipe made of Inconel 600, of internal and external diameters of 
respectively 19.2 mm and 21.2 mm and of 4 m of total length. The fluid is a HFC-134a and 
experiments are performed over 27 different thermal-hydraulic conditions and for a wide range of 
pressure P, specific velocity G, liquid subcooling (Te-Tsat) and heating power W. The typical ranges 
of variations of the parameters are provided on Tab 1. 

Table 1: Ranges of thermal-hydraulic conditions 
 Min Max  Min Max 
P 10 bar 30 bar G 700 kgm-2s-1 4500 kgm-2s-1 
Te 293K ~Tsat(P) W - 100 kW 

The domain of application considered concerns the study of boiling bubbly flows of water at 155 bars 
throughout typical PWR assemblies. The pipe diameter is close to the hydraulic diameter of a typical 
subchannel between four rods. By using HFC-134a, one is able to recover some typical PWR two-
phase flow conditions (in particular in terms of vapour volumetric fraction, density ratio between 
vapour and liquid, Jakob and Reynolds numbers) with a lower level of pressure and heating power (in 
particular in order to approach the critical heat flux conditions). 
The measurements are made at different elevations downstream the heated part (at 4 or 5 elevations 
depending on the test considered, z=0; 0.025; 0.075; 0.1; 0.175 m, the reference corresponding to the 
top of the heated part). For each elevation, the probes are moved over a whole diameter (around 50 
measurements on a diameter). Fig. 1 provides a schematic view of the system used to vary the radial 
position of the probes. A two-tip optical probe, of 20µm individual diameter at the tip and of 125µm 
radial spacing, provides two temporal signals characterizing the presence of the phases at two 
positions slightly shifted in the axial direction (550µm). Volumetric vapour fraction, interfacial 
velocity, bubble size distribution (from which Sauter mean diameter or interfacial area concentration 
can be deduced) are deduced from these signals thanks to a statistical treatment (Cubizolles, 1996). 
The accuracy of these measurements is of ±0.02 on void fraction value, ±10%1 on interfacial velocity, 
±10% on interfacial area density, ±12% on Sauter mean diameter. A thermocouple of 250µm diameter 
allows to determine the liquid temperature with an accuracy of 0.3K (Gnemmi et al. 2008) at an axial 
distance of 12.5mm of the optical probe. This provides a finely resolved radial and axial map of the 
two-phase flow. 
For each position of the probe, a specific run of the loop needs to be performed, and thus the 
measurements corresponding to a given set of control parameters of the loop, i.e. thermal-hydraulic 
conditions corresponds actually to a set of runs. The variations of the control parameters over these 
runs has been ensured to be very low. Moreover for a set of thermal-hydraulic conditions, the set of 
data has been reproduced at two different dates with good accuracy. The two test cases considered in 
this paper correspond to the control parameters summarized in table 2. 

                                                
1 relative accuracy is prescribed in %. 
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Table 2: Table of experimental conditions 
Test n° Flow rate  

(kg m-2s-1) 
Pressure 

(bar) 
Wall heat-flux 

(W m-2) 
Inlet temperature 

(K) 
1 1950 26.6 4 104 346 
2 2660 14.6 2 105 302 

 
Fig. 1 : Schematic representation of the instrumentation device for radial profiles 

3.   NUMERICAL MODELLING 

The numerical simulations are performed thanks to the NEPTUNE_CFD code. The two-fluid one-
pressure model equations are solved using an elliptic approach, as well as a finite volume method and 
a collocated arrangement for all variables. Let us introduce the set of equations and closure laws that 
we considered in this study. 
3.1    Two-fluid model closure relations 
The mass, momentum and enthalpy balance equations of the two-fluid model read (Ishii and Hibiki, 
2006): 
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where αk is the local time-fraction of presence of phase k, ρk its averaged density, Vk its averaged 
velocity, Hk its averaged total specific enthalpy (i.e. the sum of the specific enthalpy and kinetic 
energy) and pk the bulk-averaged pressure for phase k. Γk, is the interfacial mass transfer rate, the 
vector g is the gravity acceleration, τk and τk

T are the averaged viscous stress tensor and the turbulent 
“Reynolds” stress tensor, respectively, the vector Mk is the averaged interfacial transfer of momentum, 

Test section 

Optical probe 

Investigated axis 

Upper flange 
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Qk is the heat flux vector, Πk the volumetric interfacial enthalpy transfer, and φw the wall heat flux. 
The phase index k takes the values L for the liquid phase and G for the gas phase. In the enthalpy 
balance equations, the terms corresponding to the contribution of gravity, stress and interfacial 
momentum transfers (second line of the right hand side of the equation (1)) are neglected in this study, 
because they are of second order with respect to heat and mass transfers. Moreover, since we will deal 
with adiabatic walls, the heat flux φw will be set to zero. Eqs. (1) have been obtained by (Ishii and 
Hibiki 2006) by means of a time-averaging, but very similar equations can be obtained by means of 
ensemble averaging e.g. (Drew and Passman, 1999). The difference between the interfacial-averaged 
pressure for phase k pk

i and the bulk-averaged pressure pk has been neglected. We will also neglect the 
difference between the two bulk-averaged pressures in the two phases, therefore making the 
approximation pL = pG = p. Making this approximation of a common pressure for the two phases, the 
closure issue of the system of equations (1) lies in the averaged viscous stress tensors for the two 
phases, the Reynolds stress tensors for the two phases and the interfacial momentum, heat and mass 
transfers. The Reynolds stress tensor for the continuous liquid phase is determined thanks to a k-ε 
model, whereas the turbulent dispersion of the dispersed vapour phase (bubbles) is considered through 
an additional interfacial momentum transfer term. Hereafter we describe more precisely the closure of 
these last terms concerning interfacial transfers. 
Interfacial momentum transfers: 
If we neglect the averaged effects of the interfacial tension, the averaged interfacial momentum 
balance reduces to (Ishii and Hibiki, 2006): 

0M
G,Lk

k =∑
=

           (2) 

Therefore it is sufficient to express the gas (or liquid) interfacial momentum transfer term, the liquid 
(or gas) interfacial momentum transfer being deduced from the action and reaction principle, in the 
context of the assumptions mentioned above. In bubbly flow studies, the interfacial momentum 
transfer term Mk is often decomposed into several averaged forces, namely a drag force, an added 
mass force, a lift force, a turbulent dispersion force and sometimes a wall force. The physical models 
considered in this study are the (Ishii, 1990) coefficient for the drag force, the (Zuber, 1964) 
coefficient for the added mass, and the (Lance and Lopez de Bertodano, 1994) model for the turbulent 
dispersion force. Lift (Auton 1987) and wall (Tomiyama, 1998) forces act mainly in the near wall 
region. We will study the sensitivity of the results according to these closure relations. 
Interfacial heat and mass transfers: 
These transfers are closely related and they govern the dynamics of condensation that is the main 
focus of this study. Let us introduce the three basic relations for their modelling as being the two heat 
transfers between the phases and the interface and the heat balance at the interface. In the frame of the 
model used, the interface is not tracked. The assumption for the vapour phase to be made of spherical 
bubbles of given diameter, say D (m), allows to define the local interfacial area density, say ai (m

-1), as 

D
a G

i

α6
=            (3) 

The interface is assumed to be at thermodynamic equilibrium, it is thus at saturation temperature, say 
Tsat, of the local pressure. 
We consider that the bubbles are created with vapour at saturation temperature, and the heat transfer 
between the bubbles core and the interface is a simple numerical relaxation toward this thermal 
equilibrium. For a given volumetric interfacial mass transfer rate ΓG (kg s-1 m-3), there is a 
corresponding transfer ΓGHG

I in the enthalpy balance, where HG
I (J kg-1) reads for the specific enthalpy 

of either created, or, in our case, condensed vapour. The total volumetric interfacial enthalpy transfer 
on the vapour side, ΠG (Wm-3), thus reads 

( ) I
GGGsat

GpGG
G HTT

C
Γ+−=Π

θ
ρα ,

 (4) 

where, Cp,G (J kg-1 K-1) is the specific heat capacity of the vapour phase, TG (K) its temperature, and 
the time θ (s) an arbitrary small constant. In practice, since the vapour temperature is always close to 
saturation, the heat transfer is negligible and the enthalpy transfer reduces to the mass transfer part, i.e. 

GsatGG H ,Γ≈Π  (5) 
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On the liquid side, the interfacial heat transfer is evaluated thanks to an analogy with the transfer 
between a sphere of diameter D and surface temperature Tsat and a flow at the liquid temperature TL 
and velocity VR, VR being the norm of the relative velocity of the liquid phase with respect to the 
vapour phase, i.e. VR=|VL-VG|. The correlation of (Ranz and Marshall 1952) is used for this evaluation. 
The interfacial enthalpy transfer related to liquid mass transfer ΓL=- ΓG, considers the specific 
enthalpy, HL

I
, of the liquid created by condensation. The volumetric enthalpy transfer on the liquid 

side, ΠL (Wm-3), thus reads 

( ) I
LLLsat

Li
L HTT

D

Nua
Γ+−=Π

λ
 (6) 

Where λL is the thermal conductivity of the liquid and the Nusselt number Nu of the Ranz and 
Marshall correlation reads as a function of the bubble Reynolds number Re and the liquid Prandtl 
number Pr: 

L
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ρ ,33.05.0 Pr,Re,PrRe6.02 ==+=  (7) 

 µL being the dynamic viscosity of the liquid and Cp,L its specific heat capacity. 
The interfacial heat balance is a constitutive relation of the two-fluid model incoming from an 
averaged writing of the interfacial jump condition on energy where kinetic energy fluxes and viscous 
dissipation have been neglected. It thus reads ΠL=-ΠG. Using the expressions (6) and (4), it yields to 
the following relation between the heat transfer from both side of the interface and the interfacial mass 
transfer rate 
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 (8) 

in the frame of a local and instantaneous level of description of the interface dynamics. In our case, we 
can write 

( ) ( ) ( )Lsat
Li
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Λ

λ
44 344 21 ,,,  (9) 

Where Λ is the specific latent heat for the condensation. The specific enthalpy of the liquid created by 
condensation HL

I is a variable incoming from the two-phase averaging procedure that lies behind the 
establishment of the two-fluid model and needs for specific closure. Two extreme cases can be 
considered: 

- either we assume that the liquid enthalpy flux incoming from the interfacial liquid boundary 
(corresponding to the liquid mass flux created by condensation) bears the enthalpy of this 
boundary, namely the saturation value. In this case, we write HL

I=Hsat,L and the first term of 
the left hand side of (9) is zero. 

- or, we assume that the liquid created very well mix with the liquid surrounding the bubbles, 
adopting instantaneously its enthalpy, in which case, we write HL

I=HL(TL,p) and the interfacial 
heat transfer has to contribute to both condensation of the vapour phase and cooling of the 
liquid from Tsat to TL. 

It is worth pointing out that (i) both cases satisfy an equivalent global energy balance and differences 
only affect the kinetics of the condensation process, (ii) this distinction only plays a role when liquid 
subcooling, namely the difference (Tsat-TL) is sufficiently large and (iii) that the correct representation 
of the interfacial heat balance at the averaged scale of the two-fluid model lies between these two 
cases. We’d like to emphasize the fact that the modelling of the condensation process, not only relies 
on the choice for the interfacial heat transfer correlation, but also on this interfacial enthalpy 
modelling. 
3.2    Numerical settings 
Calculations are made on the mesh of a slice (an angular sector of 10°) of the cylindrical pipe thanks 
to the axi-symmetry of the test section. Independency of the obtained results to this simplification has 
been insured by comparing the results with calculations over the whole (360°) pipe section. The 
computational domain has a single cell azimuthally, and a mesh size of 0.5mm in the radial direction 
and of 7.5mm in the vertical direction. No sensitivity to mesh refinement in both radial and vertical 
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direction has been observed for calculations with a number of cells multiply by 2 or 4 in both radial 
and axial directions. The boundary conditions reflect the symmetry on the faces at the centre of the 
pipe and azimuthally. Outlet boundary conditions are considered at the top of the calculation domain 
that allows to prescribe the pressure level. 
At the lower boundary of the calculation domain, say the inlet plane, we impose as boundary 
conditions the experimental data corresponding to the level “z=0m”. This concerns the radial profiles 
of the liquid temperature, bubbles velocity and volumetric fraction. The bubbles temperature is 
imposed to be the saturation temperature at the local pressure. The liquid velocity as well as the liquid 
turbulent kinetic energy and dissipation rate of the kinetic energy remain to be prescribed without 
experimental values. This is the object of the first sensitivity study. 
As far as the test 1 data are concerned, the value of the experimental Sauter diameter lies in the range 
[0.25mm; 0.35mm] over the whole domain. The bubble size of 0.3 mm is thus chosen as a uniform 
parameter over the whole computational domain. This is an interesting simplification with regard to a 
more elaborate model for the bubble size evolution that often requires an additional transport equation 
(or set of transport equations), e.g. the interfacial area density transport equation. This simplicity 
certainly hides a more complex process in the flow: condensation, that naturally drives to the decrease 
of individual bubble size is apparently balanced by coalescence that shifts bubble size distribution 
toward larger diameters. In other words, the decrease of the vapour volumetric fraction, while the 
Sauter diameter is kept constant, implies a decrease in the volumetric number of bubbles. It would be 
interesting to study the ability of the models for bubble size distribution to reproduce the observed 
evolution of the Sauter diameter through the calculation of both coalescence and condensation effects 
on size distribution. 

4.   NUMERICAL RESULTS 

4.1    Influence of the liquid velocity and turbulent fields inlet boundary conditions 

We consider the numerical simulation corresponding to the conditions of test 1 (cf. Table 2). The inlet 
liquid velocity is one of the unknown of the set of parameters for the simulation. To generate this 
boundary condition, we consider (i) a profile deduced from the bubble velocity experimental one, 
considering a uniform (along the pipe diameter) relative velocity, (ii) an established profile deduced 
from a numerical calculation of liquid flow over a very long pipe of same diameter. Both satisfy the 
correct inlet mass flow rate that is one of the experimental loop control parameter. The two profiles are 
illustrated in Fig. 2. The two profiles are very different in particular in terms of wall shear stress. 

 
Fig. 2 : Liquid velocity profiles at the inlet of the simulated domain : V1 corresponds to the profile that 

can be deduced from the vapour bubble velocity experimental profile at z=0m, V2 to the numerical 
profile obtained after establishment of the flow 

Using V1 profile at the z=0m elevation, the liquid velocity profile evolves along the pipe toward the 
V2 shape. Some typical vapour volumetric fraction radial profiles at different elevations in the pipe are 
represented on Fig. 3 according to the two different types of inlet boundary conditions for the liquid 
velocity field and for the conditions of the experimental test n°1.They show large differences in 
particular in the near wall region. Actually, the establishment of the liquid flow in the V1 case induces 
a sharp decrease of liquid velocity close to the wall that leads to specific bubbles dynamics (through 
drag and lift forces), in particular near the wall where they are more concentrated. Therefore, when the 
V1 profile is used, the evolution of vapour volumetric fraction is governed by the near-wall (larger 
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radius) liquid dynamics and it leads to inconsistent results and thus deserves the interest of comparison 
with experimental data. When the numerical profile V2 is used the evolution of the radial distribution 
is more progressive. V2 profile will thus be used for all further simulations considered in the present 
study. It is worth pointing out that we also considered the liquid turbulent kinetic energy and 
dissipation rate profiles at the outlet of the long pipe calculation as inlet boundary conditions. 
Otherwise (i.e. using flat inlet profiles for these quantities) the vapour volumetric fraction remains 
governed by inlet effect (even though it is less perturbed than in the V1 case). For information, the 
corresponding liquid turbulent kinetic energy is of the order of one percent of the liquid kinetic energy 
at inlet. 

 
Fig. 3: Vapour volumetric fraction radial profiles at different elevations for two types of liquid 

velocity radial profiles as inlet boundary conditions 
4. 2 Axial evolution of the vapour volumetric fraction profile : main phenomenon 
In the “V2” case, let us analyze vapour volumetric fraction evolution with increasing elevation. Since 
bubbles have been generated upstream z=0m by wall nucleation, the profile at z=0m has a peak at the 
wall. The averaged vapour volumetric fraction over a cross section decreases with increasing inlet 
distance. The vapour velocity remaining of the same order of magnitude, this corresponds to 
condensation. Analysis of the intensity of condensation rate shows that this is maximal at mid-position 
between wall and centre, a place where there are both cold liquid and bubbles. This is consistent with 
equation (8) that shows that condensation rate is maximal where the product ai(TL-Tsat) is maximal. 
Indeed, near the wall, despite high concentration of bubbles, the liquid temperature is close to 
saturation, since it has been heated upstream, whereas at the centre there is very few bubbles. 
The axial evolution of the vapour volumetric fraction profile shows a flattening of radial variation 
through both an increase of the volumetric fraction at the centre of the pipe and a decrease near the 
wall. This is due to radial migration of bubbles under the influence of several mechanisms, namely the 
hydrodynamic forces acting on individual bubbles and the turbulent dispersion of the population that 
tends to reduce volumetric fraction gradients. We now study the sensitivity of the results to this 
modelling issue. 
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4. 3 Sensitivity of the results to the closure laws for bubble dynamics 
The turbulent dispersion force tends to smooth the gradient of vapour volumetric fraction, and thus in 
our case is the driving force for the migration toward the centre of the pipe. The contribution ML of the 
lift force on bubbles in the interfacial momentum transfer reads 

( ) ( )LLGLGL
L
L

L
G VVVCMM ∧∇∧−−=−= ρα  

Where CL is a coefficient that we take equal to 0.29. In a vertical upward pipe flow, this acts in 
pushing the bubbles toward the wall, thus in opposite direction to the turbulent dispersion. An 
additional force is often considered in the frame of the two-fluid model. It has been introduced to 
describe the dynamics of bubbles through the liquid boundary layer that acts to limit the bubble 
concentration in this region. The corresponding interfacial momentum transfer reads 
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where CW is a coefficient, n the vector normal to the wall, y the distance to the wall and Θ the pipe 
diameter. (Tomiyama, 1998) provides a correlation for CW valid for Eötvös number, say EO, values 
greater than 1 (the Eötvös number reads EO=(ρL- ρG) g D2/σ, where σ is the surface tension, and 
quantifies the ability of the bubble to be non-spherical). In our case, EO=0.45 and we took the CW 
value for EO=1. 

 
Fig. 4 : Comparison of radial vapour volumetric fraction profiles: experimental data vs numerical 

results for several choices for the closure of the interfacial momentum transfers 
In Fig. 4, the vapour volumetric fraction radial profiles at several pipe elevations have been plotted 
from experimental data and from numerical results for different closures for the interfacial momentum 
transfers. The thermodydraulic conditions correspond to test1 of Table 2. We clearly identify in all the 
cases an increase in the centre of the tube along the flow, and a decrease near the wall that we already 
discussed. In all the cases, the values in the radius range [0:0.004] are very similar. The main 
differences lie in the shape of the profile in the near wall region. In the experimental case, we observe 
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that the peak of the void fraction moves from the wall at z=0m or z=0.025m toward the centre whereas 
it is not the case in the numerical cases. 
Let us now consider the case where the lift force is taken into account to balance the turbulent 
dispersion, but not the wall force. This corresponds to the blue curve “lift” in Fig. 4. This leads to an 
overestimation of the vapour volumetric fraction, in particular in the near wall region. Indeed, in this 
region, due to wall shear stress, the lift force is the most intense and this limits the migration toward 
centre of the pipe where cold liquid could condense them. The overall condensation is thus lower in 
this case in comparison with the other choices. It is therefore clear that the bubble dynamics, that 
governs the migration across the pipe section, plays an important role in the condensation dynamics. 
To correct this dynamics in the near wall region, let us introduce the wall force, see the purple curve 
“lift and fw” on the same graphs. This force actually contributes to the migration of bubbles toward 
centre and thus condensation is more important than in the previous case. This turns out to be 
insufficient to inverse the wall peak of the profile of αG in particular for the elevation z=0.1m. 
The red curve “no lift or fw” correspond to the case where neither lift nor wall force are taken into 
account. The profile is in better agreement with the experimental one for the first three elevation. The 
peak displacement is not reproduced in particular as it can be seen at z=0.1m for the near wall region 
(r>0.075m). 
As a partial conclusion, we analyzed the radial profile of the vapour volumetric fraction and observe 

- a large sensitivity of the near wall void fraction profile to the closure of bubbles dynamics, the 
experimental displacement of the peak cannot be reproduced by the set of classical closure 
laws, for which we identified a lack of valid correlation for wall force. 

- Moreover there is a coupling between bubble dynamics and condensation : lower migration 
toward the centre of the pipe implies lower condensation. 

- whereas in the part of the section closest to the centre, the prediction are (i) less sensitive and 
(ii) close to the experimental trends. 

 
Fig. 5 : Liquid temperature as a function of radial position 
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4. 4 Liquid temperature 
We now consider the comparison between calculated and experimental liquid temperature radial 
profiles at the different elevations for the thermal-hydraulic conditions of test1 (cf. Table 2). It is worth 
pointing out that the liquid temperature is one of the main physical parameters to address condensation 
in a bubbly flow: firstly, through its shift from saturation temperature, it governs condensation rate, 
secondly through its increase throughout the flow it indicates the amount of heat released to the liquid 
thanks to condensation. The corresponding curves are reproduced in Fig. 5. At the inlet of the 
calculation domain, the liquid temperature is larger in the near wall region and the difference between 
the centre and the peak at wall is around 1K. The evolution of the calculated liquid temperature 
corresponds to an increase of the mean liquid temperature and to a flattening of the profile. Along the 
10cm of pipe length considered, the liquid temperature near the wall decreases of about 0.1K, whereas 
at the centre, it increases of about 0.3K. The global increase is directly related to the condensation heat 
transfer that heats up the liquid, the flattening being related to thermal diffusion across the pipe 
diameter. Comparison with experimental data is made in the first two lines of graphs of Fig. 5. The 
agreement is poor for the two elevations z=0.075m and z=0.1m. On these graphs, the saturation 
temperature for the given pressure level is given. The experimental values have been shifted 
adequately on the graphs of the last line of this figure to compare the relative variations between wall 
and centre of the pipe. It shows that this trend is common to both experimental and numerical results. 
The interfacial liquid enthalpy is the saturation one for the results that we present and we observed no 
significant variation in the case where it is modelled as HL

I=HL(TL,p). The bad result concerning the 
evaluation of the evolution of the liquid temperature level needs to be more deeply studied. Since 
simulated and experimental vapour volumetric fraction are in agreement for this case, this shift can not 
been explained by a difference in the condensation rate and reasons of disagreement have not been 
clarified till now. 

 
Fig. 6 : Vapour volumetric fraction for two different hypothesis concerning interfacial enthalpy 

 
 



CFD4NRS-3, September 14-16  2010, Washington DC, USA. 

 

11 

4.5    Sensitivity to the modelling for interfacial liquid enthalpy 

In this calculation, we consider a high subcooling of the liquid phase of 25K at the inlet plane z=0m. 
Conditions correspond to the data of the test 2, but where liquid temperature is artificially kept at very 
low level after the heated part. In this case, the hypothesis concerning the interfacial enthalpy of the 
liquid should have a strong effect on the condensation dynamics. Indeed if we consider the relation 
between condensation rate and interfacial enthalpy (Eq. 9), the ratio (HL

I-HLsat)/(HGsat-HLsat) varies 
from 0 to 0.25 between the two extreme cases described in section 3. For information, it varied 
between 0 to 0.03 in the conditions of the test case 1. In Fig. 6, we represent two different calculations 
corresponding to these two extreme cases. The condensation is stronger in the case where the 
interfacial enthalpy of the liquid is the saturation enthalpy. The differences between the two vapour 
volumetric fraction at elevation 1m clearly demonstrate the typical order of magnitude of sensitivity of 
the result to this modelling for such high subcooling level. For this type of flow, it would be difficult 
to discriminate the effect on condensation rate between the modeling of (i) interfacial enthalpy transfer 
on the liquid side and (ii) interfacial enthalpy. 

5.   CONCLUSIONS 

This work has been devoted to the study of the condensation of convective bubbly flows in the context 
of nuclear safety studies concerning boiling flows through sub-assemblies. We have introduced the 
problematic of validation of the CFD code and showed how it requires some dedicated experimental 
database, in particular for the condensation process. 
We have shown that the TESS facility provides some interesting and finely resolved data concerning 
the condensation dynamics thanks to a dedicated conception of the loop and adequate instrumentation. 
In order to simulate the condensation dynamics, these data need to be complemented by established 
liquid velocity and turbulence profiles otherwise the numerical results are not usable for comparison 
purpose. Development of experimental measurements technologies allowing to access these quantities 
in a bubbly flow are currently under study, in particular at CEA Grenoble. 
We underlined the main sensitivities of the results to some modelling issues. Bubble migration toward 
centre of the pipe where liquid is colder is one of the key issue since bubbles are initially mainly near 
the wall and since condensation rate is maximal at mid-position between wall and centre. The quantity 
of bubbles near the centre is well reproduced by the current models, but the prediction of the migration 
of the peak of the void profile from wall toward centre is very sensitive to the closure of the bubbles 
hydrodynamics, in particular the balance between lift, turbulent dispersion, and wall forces. We also 
underline the impact of the choice for the interfacial liquid enthalpy, as far as high liquid subcooling 
processes are concerned. 
Therefore, it is worth pointing out that the validation of the CFD on convective bubbly flows not only 
relies on the choice for the liquid interfacial heat transfer but also on the modelling of bubbles 
hydrodynamics and interfacial liquid enthalpy. 
At the current point of this study, main features of the flow have been analyzed, and difficulties 
concerning the numerical setting of the calculation and sensitivity have been revealed. The next step 
will then consist in a more extensive validation study against the whole database of the TESS 
program. 
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Abstract 
 
The NEPTUNE_CFD code, which is based on an Eulerian two-fluid model, is mainly focused on 
Nuclear Reactor Safety applications involving two-phase flows, like Pressurized Thermal Shock and 
Departure from Nucleate Boiling (DNB). Since the maturity of two-phase CFD has not reached yet the 
same level as single phase CFD, an important work of model development and thorough validation is 
needed. Many of these applications involve bubbly and boiling flows, and therefore it is essential to 
validate the software on such configurations. In particular, this is crucial for applications to flow in 
PWR fuel assemblies, including studies related to DNB. Four experiments were selected for the 
validation. The Liu and Bankoff experiment (1993) and the Bel F'Dhila experiment (1991) for 
adiabatic air-water bubbly flow. The DEBORA (Manon, 2000) and the ASU (Hasan, 1990) facilities 
for boiling flows. A key feature of this work is that all these computations were performed with a 
single standard version (1.0.8) of NEPTUNE_CFD, and with a single and consistent set of models. 
Comparisons with experimental data show that NEPTUNE_CFD has captured experimental profiles 
with reasonable accuracy for dynamical quantities and void fraction. Improvement must be done for 
the prediction of the bubbles size distribution. 

1 INTRODUCTION 

The NEPTUNE_CFD code, which is based on an Eulerian two-fluid model, is developed within the 
framework of the NEPTUNE project (Guelfi, 2007), financially supported by CEA (Commissariat à 
l'Énergie Atomique), EDF, IRSN (Institut de Radioprotection et de Sûreté Nucléaire) and AREVA-
NP. NEPTUNE_CFD is mainly focused on Nuclear Reactor Safety applications involving two-phase 
flows, like two-phase Pressurized Thermal Shock (PTS) and Departure from Nucleate Boiling (DNB). 
Since the maturity of two-phase CFD has not reached yet the same level as single phase CFD, an 
important work of model development and thorough validation is needed, as stated for example in 
NEA/CSNI Writing Group dedicated to the “Extension of CFD Codes to Two-Phase Flow Safety 
Problems” (Bestion, 2009). Many of these applications involve bubbly and boiling flows, and 
therefore it is essential to validate the software on such configurations. In particular, this is crucial for 
applications to flow in PWR fuel assemblies, including studies related to DNB. This work aims at 
presenting the present status of NEPTUNE_CFD validation in this area, as a step in an iterative 
process of improvement. 

To this end, this paper presents NEPTUNE_CFD code validation against four test cases based on 
experimental results. These data have been selected to allow separate effects validation. The adequacy 
of the measured quantities and the corresponding basic model of the CFD code to validate is 
underlined in each case. The selected test cases are the following. The Liu and Bankoff experiment 
(1993) is an adiabatic air-water bubbly flow inside a vertical pipe. It allows to validate forces applied 
to the bubbles. The Bel F'Dhila (1991) experiment is an adiabatic bubbly air-water flow inside a 
sudden pipe expansion. It allows to validate the dynamic models and turbulence. The DEBORA 
(Manon, 2000) and the ASU (Arizona State University, Hasan 1990) facilities provide results for 
boiling flows inside a vertical pipe. The working fluid is refrigerant R12 for DEBORA and R113 for 
ASU. Both allow to validate the nucleation modeling on a heated wall, and ASU allows also the 
validation of the two-phase wall function (Mimouni, 2009). 
The paper is organised as follows. In section 2, the main principles of the modelling are described 
without any equation nor detail, in the view to give to the reader a picture of the context, in other 
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words, to introduce the validation. In the next four sections, the validation cases are presented, with 
three sub-sections: description of the test case, computational representation and results. 

2 MODEL DESCRIPTION 

2.1  Two-phase model and solver 

NEPTUNE_CFD is a three dimensional two-fluid code developed more especially for nuclear reactor 
applications. This code is based on the classical two-fluid one pressure approach (Ishii, 1975), 
(Delhaye, 1981), and is able to simulate multi-component multiphase flows by solving a set of three 
balance equations for each field (fluid component and/or phase) (Méchitoua, 2003), (Guelfi, 2007), 
(Mimouni, 2008, 2009). These fields can represent many kinds of multiphase flows: distinct physical 
components (e.g. gas, liquid and solid particles); thermodynamic phases of the same component (e.g.: 
liquid water and its vapour); distinct physical components, some of which split into different groups 
(e.g.: water and several groups of different diameter bubbles); different forms of the same physical 
components (e.g.: a continuous liquid field, a dispersed liquid field, a continuous vapour field, a 
dispersed vapour field). 

The discretization follows a 3D full unstructured finite volume approach, with a collocated 
arrangement of all variables. Numerical consistency and precision for diffusive and advective fluxes 
for nonorthogonal and irregular cells are taken into account through a gradient reconstruction 
technique. Convective schemes for all variables, except pressure, are centered/upwind scheme. 
Velocities components can be computed with a full centered scheme. The solver is based on a pressure 
correction fractional step approach. Gradients are calculated at second order for regular cells and at 
first order for highly irregular cells. 

A set of local balance equations for mass, momentum and energy is written for each phase. These 
balance equations are obtained by ensemble averaging of the local instantaneous balance equations 
written for the two phases. When the averaging operation is performed, the major part of the 
information about the interfacial configuration and the microphysics governing the different types of 
exchanges is lost. As a consequence, a number of closure relations must be supplied for the total 
number of equations (the balance equations and the closure relations) to be equal to the number of 
unknown fields. We can distinguish three different types of closure relations: those which express the 
inter-phase exchanges (interfacial transfer terms), those which express the intra-phase exchanges 
(molecular and turbulent transfer terms) and those which express the interactions between each phase 
and the walls (wall transfer terms) (Mimouni, 2008). 

2.2 Computional strategy 

An essential point of this work is that all computations presented below were performed with a single 
standard version (1.0.8) of NEPTUNE_CFD, and with a single and consistent set of models, avoiding 
case-dependent “tuning” of the modeling. Particularly, we do not specifically optimize the coefficients 
and modeling of the momentum transfer terms to get results as good as possible. 

In the scope of the presented cases, incompressibility assumption is used for the both phases. 

The turbulence of the continuous phase is treated with a RANS approach, namely a Reynolds Stress 
Model (RSM). The interfacial transfer of momentum, is assumed to be the sum of four forces: the 
averaged drag from Ishii (1990), added mass from Zuber (1964), lift from Tomiyama (1998) and 
turbulent dispersion from Lance et al. (1994). 

The wall transfer model for nucleate boiling follow the analysis of Kurul et al. (1990), the boiling heat 
flux is split into three terms:  

• single phase flow convective heat flux qc at the fraction of the wall area unaffected by the 
presence of bubbles,  

• quenching heat flux qq where bubbles departure bring cold water in contact with the wall 
periodically, 

• vaporisation heat flux qe needed to generate the vapour phase. 
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The bubble detachment diameter is given by the correlation from Unal et al. (1977). The Unal’s 
correlation is valid for subcooled liquid but has been extended to saturated liquid. In order to take into 
account the influence of bubbles in the near wall area, a modified logarithmic law of the wall was 
introduced (Mimouni, 2008). 

Furthermore, the interfacial area model of Ruyer et al. (2007) has been used in the computations. This 
model makes it possible to simulate a polydispersion for the size of the bubbles by representing the 
bubble-size distribution through the use of a quadratic law. 

The time step chosen is time-dependent, with a maximum CFL number set to 1. For investigation of 
flow solver convergence, the gas holdup and the global mass balances for both phases were defined as 
monitored target variables. 

The NEA/CSNI Best Practice Guidelines were followed as much as possible, especially in the mesh 
generation process by keeping acceptable quality for the grids, by exploring the grid convergence, and 
also by assessing the numerical convergence. 

3 ADIABATIC BUBBLY FLOW IN A VERTICAL PIPE. LIU AND B ANKOFF 

TEST CASE 

3.1  Description of the test case 

In this section, we evaluate the modelling capabilities to simulate an upward bubbly flow in adiabatic 
conditions (Liu, 1993). We consider an experiment featuring an adiabatic air water bubbly flow. The 
test case facility was a Z = 2800 mm long, vertical smooth acrylic tubing, with inside diameter of D = 
38 mm. 
The uncertainty for flow conditions is within ±5%. The consistency of liquid velocity is within ±1.5%. 

3.2 Computational representation 

A uniform axial liquid profile is imposed at the inlet and is equal to 1.138 m/s. A uniform axial gas 
profile is imposed at the inlet and is equal to 1.333 m/s. The void fraction at the inlet is 0.045. The 
bubble diameter is set to 2.5 mm at the inlet in accordance with experimental observations; this 
diameter is used to initialize the boundary condition of the interfacial area model of Ruyer et al. 
(2007). 

The flow is assumed to be axisymmetric therefore a two-dimensional axisymmetric meshing is used. 
Computations have been performed on three grids. Their characteristics are summarized in Table 1. 

 
Number of cells Grid level 1 Grid level 2 Grid level 3 
Radial direction 20 30 40 
Axial direction 400 300 800 
Table 1: Characteristics of the grids used in the Liu and Bankoff test case. 

3.3  Results 

At the measuring station (Z/D = 36), we compare numerical results against experimental data for the 
void fraction (Figure 1) and the axial liquid velocity (Figure 2). The results obtained by using the two 
level 2 and level 3 of grid refinement, although not strictly identical, are reasonably close. 

Figure 1 and Figure 2 show that the simulation results are in quite reasonable agreement with the 
experimental data. However, in this case, the use of a polydisperse approach does not improve the 
results comparing to a monodisperse approach (Mimouni, 2008). The computed void fraction profile 
plotted in Figure 1 does not have the measured shape: the position of peak of void fraction is not 
reproduced. In fact, small bubbles move towards the wall, whereas large bubbles move towards the 
core of the flow. This migration is mainly a consequence of the lift force. Thus, bubble diameter have 
to be computed accurately. But the bubble diameter depends on coalescence and break-up phenomena, 
for which the modelling should be investigated more systematically. Moreover, this migration depends 
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on uncontrolled parameters like the bubble shape, the liquid turbulence, the bubbles collective effects 
and so on (Cheung, 2007)… 

  

Figure 1: Radial profile of void fraction. Figure 2: Radial profile of axial liquid velocity. 

4 ADIABATIC BUBBLY FLOW IN SUDDEN PIPE EXPANSION. BEL  F’DHILA 

EXPERIMENT 

4.1  Description of the test case 

Bel-Fdhila (Bel-Fdhila, 1991) (Bel-Fdhila and Simonin, 1992) investigated experimentally several 
upwards bubbly flows in a vertical pipe with a sudden expansion. The total length of the pipe was 
equal to 14 meters. The bottom part of the tube had a length equal to 9 meters and an internal diameter 
equal to 50 mm, the top part of the tube (5 m length) having an internal diameter equal to 100 mm. 
The fluids used were water and air under atmospheric pressure and ambient temperature. Six 
measuring sections were located upstream and downstream of the singularity. The first measuring 
section was located two centimetres before the singularity, the other five were located at 7, 13, 18, 25 
and 32 cm above the singularity. In each measuring section, the radial profile of the void fraction was 
measured by means of a single optical probe and two components of the liquid velocity were measured 
by means of a hot film anemometer. The time-averaged components of this velocity field and three 
components of the liquid Reynolds stress tensor were deduced (the flow being assumed 
axisymmetric). The bubble size was not measured in the experiment. According to the author, the 
observed bubble diameter was equal to a few millimetres, the bubbles remaining relatively small due 
to the strong turbulence existing in the liquid phase. Therefore, in our computations, a bubble diameter 
was fixed to 2 mm at inlet. This diameter is used to initialize the boundary condition at the inlet of the 
interfacial area model of Ruyer et al. (2007). 

The flow studied here is characterized by the liquid and gas superficial velocities and the area-
averaged void fraction in the two sections given in table 2. It can be noted that the averaged void 
fraction for this test is 12 %. 
 

Internal Diameter (mm) JL (m/s) JG (m/s) <α>2 
50 1.57 0.3 0.12 
100 0.39 0.075 0.0903 

Table 2: Simulated test case 

4.2 Computational representation 

In our simulations, only a small part of the tube, containing the singularity and the six measuring 
sections, was reproduced. The radial profiles of the void fraction and the liquid mean and fluctuating 
velocities measured upstream of the singularity were used as inlet conditions. The length of the 
computational domain is equal to 38 cm. For the facility geometry, radial symmetry has been assumed, 
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so that the numerical simulations could be performed on a angular sector of the pipe with symmetry 
boundary conditions at both sides. A hierarchy of three numerical meshes was constructed, where the 
number of cells has been increased by a factor of 2 from a coarser to a finer mesh (grid level 1: 4864 
cells, grid level 2: 19456 cells, grid level 3: 77824 cells). 

4.3  Results 

For all mesh levels, reliable converged solutions have been reached. In Figures 3 to 6 numerical 
simulations give almost grid independent results for all meshes. 

 

  
Figure 3: Radial profile of void fraction. Figure 4: Radial profile of axial liquid velocity. 

 
For void fraction, the comparison with the measurements (Figure 3) shows a qualitatively correct 
behaviour and have been improved as compared to (Morel, 2004) and (Cokljat, 2006). However, the 
profiles show that too many bubbles are staying in the recirculation area (Figure 3, z = 0.07 m) and 
that the void fraction at the axis of the pipe is globally underestimated. 

Globally, polydisperse approach does not improve the results comparing to a monodisperse approach 
(Mimouni, 2008), but unlike (Lance, 1994), (Morel, 2004), (Cokljat, 2006), and (Mimouni, 2008) the 
lift force acting on bubbles was not discarded, and no spurious behaviour was observed near the wall. 

Figures 4 and 5 show that computed axial and radial mean liquid velocity profiles are quite close to the 
measurements which means that the recirculation zone is well captured. Nevertheless, in the axis of 
the pipe we can see that the predictions for the water axial velocity are less accurate for planes which 
are more distant from the inlet. 

We have obtained satisfactory results for turbulent kinetic energy (Figure 6) although the turbulent 
kinetic energy is overestimated at a radius of 0.02 m and underestimated near the wall. 
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Figure 4: Radial profile of radial liquid velocity. Figure 6: Radial profile of turbulent kinetic energy. 

 

5 BUBBLY FLOW IN A VERTICAL PIPE. THE DEBORA FACILITY . 

5.1 Description of the test case 

The DEBORA experiment has been performed at the CEA-Grenoble (Manon, 2000). It is devoted to 
the study of boiling bubbly flows in a vertical pipe with a circular cross-section. The working fluid is 
R12; it is injected as a subcooled liquid at the bottom of the pipe. The 5 meter high pipe is divided into 
three parts: first, an adiabatic inlet section (0.5 m); then, a 3.5 meter heated section and finally an 
adiabatic outlet section (0.5 m). At the end of the heated section, radial profiles of the following 
quantities are measured: steam axial velocity, void fraction and liquid temperature, as well as 
properties related to the bubble-size distribution: the interfacial area concentration and the Sauter 
mean bubble diameter (Morel, 2010). The test case simulated (labeled G2P26W16Te70) is performed 
under the operating conditions presented in table 3: 
 

 

Table 3: Operating conditions of the simulated test-case of the DEBORA experiment. 

 
The measurement uncertainties were evaluated by Manon (2000) to be ±0.02 on the void fraction, 
±10% on the volumetric interfacial area and ±12% on the Sauter mean diameter. We have also noted 
an uncertainty on the liquid temperature equal to ±0.2 °C. 

Test pressure P 26.15 bar 
Inlet mass flow rate G 1985 kg/m2/s 
Wall heat flux density 73890 W/m2 

Inlet liquid temperature 70.53 °C 
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5.2 Computational representation 

The flow is assumed to be axisymmetrical: the computations are thus carried out in a two-dimensional 
axisymmetric domain (i.e. the grid is three-dimensional, with one cell in the azimuthal direction). For 
these computations, two meshes have been constructed with different refinements: The coarser one 
(denoted as “grid level 1”) counts 800 cells, while the finer (“grid level 2”) counts 8 000 cells. Their 
detailed characteristics can be found in table 4: 

 
 Grid level 1 Grid level 2 

Total number of cells 800 8 000 
Number of cells in the radial 

direction 
10 20 

Number of cells in the axial 
direction 

80 400 

Cell size in the radial direction 0.96 mm 0.48 mm 
Cell size in the axial direction 6.25 cm 1.25 cm 

Table 4: Characteristics of the grids used in the DEBORA simulations 

5.3 Results 

The steady state is reached after approximately 30 s simulation time. Figures 7 to 11 compare the 
computed radial profiles of the following quantities to the experiments: the void fraction, the liquid 
temperature, the bubble Sauter mean diameter, the interfacial area concentration and the interfacial 
axial velocity. 

It can be observed in Figures 7 to 11 that the results obtained by using the two grid refinements, 
although not strictly identical, are reasonably close. The radial profiles of the mean interfacial velocity 
and of the interfacial area concentration are satisfactorily retrieved by the simulation. The computed 
radial profile of the interfacial area concentration compares favorably with the experimental data, 
suggesting the polydispersion model of Ruyer et al (2007), associated with a second-order turbulence 
model, can successfully reproduce the main features of the bubble-size distribution for this test-case.  

Concerning the liquid temperature, a difference onto the heated wall is observed, but its magnitude 
remains small with 2 Kelvin. 

In the other hand, the void fraction presents a discrepancy in the vicinity of the wall. The profile 
illustrates that vapour bubbles are nucleated onto the heated wall surface and condense in the 
subcooled liquid in the core of the flow. The liquid temperature profile is the combination of several 
phenomena: the liquid near the wall is heated by the single phase flow convective heat flux plus the 
quenching heat flux; bubbles condense in the subcooled liquid in the core of the flow and heat the 
liquid; the molecular and turbulent heat fluxes inside the liquid phase modify the temperature profile. 
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Figure 7: Radial profile of the mean interfacial velocity. Figure 8: Radial profile of the void fraction. 

  
Figure 9: Radial profile of the interfacial area concentration. Figure 10: Radial profile of the Sauter mean diameter. 

 
Figure 11: Radial profile of the liquid temperature. 
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6 BOILING FLOW IN AN ANNULAR VERTICAL PIPE. THE ASU T EST CASE 

6.1 Description of the test case 

The Arizona State University (ASU) experiment is described in (Hasan, 1990) and (Roy, 1993) for 
two-phase boiling flow measurements. The test section of the ASU experiment consists of a vertical 
annular channel with a heated inner wall and an insulated outer wall. The inner tube is made of 304 
stainless steel (inlet diameter = 14.6 mm, outlet diameter = 15.9 mm) and the outer pipe of transparent 
Pyrex glass (i. d. = 38.1 mm, o. d. = 47 mm) except for a 0.496 m long measurement section which is 
made of quartz (i.d. = 37.7 mm, o.d. = 41.7 mm). The inner tube is resistively heated, the upper 2.75 m 
of the 3.66 m long test section being the heated length. The lower 0.91 m serves as the hydrodynamic 
entrance length. The working fluid is refrigerant 113 (R113). 

When the inner wall heating is sufficiently high, heterogeneous nucleation appears onto this wall 
surface. As the inlet liquid is subcooled, the bubbles condense into the colder liquid when they are far 
from the inner wall layer. According to Roy et al. (Roy, 1993), a two layer is observed: a boiling 
bubbly layer adjacent to the heated wall and an outer all liquid region. A dual-sensor optical fibre 
probe and a microthermocouple were installed diametrically opposite each other in the measurement 
section. The measurement plane was approximately located at 1.94 m downstream of the beginning of 
the heated length. The dual-sensor optical fibre probe was used to measure the radial profiles of the 
different quantities characterizing the dispersed phase (void fraction, bubble axial velocity and bubble 
chord length). The bubble chord length distribution allows to compute the bubble diameter 
distribution, hence the local interfacial area concentration, by making several assumptions (see Roy et 
al.(1993) for more explanations). However, these authors conclude that further work is needed before 
the local interfacial area concentration can be determined with confidence. 

We have the radial profiles of the void fraction, the mean axial liquid velocity, and the mean liquid 
temperature for two different experimental cases we name TP5 and TP6. Only TP5 is presented in the 
scope of this paper. The controlling parameters for this case are indicated in table 5 below. 
 

Case Pressure (bar) Wall heat flux (W/m2) Inlet mass flow rate (kg/m2s) Inlet temperature (°C) 
Tp5 2.69 95 784 50.2 

Table 5: Experimental conditions retained for the ASU test case. 
 

6.2  Computational representation 

The length of the ASU computational domain is equal to 3.30 m and the last 2.39 m length are heated. 
The flow is assumed to be axisymmetric therefore a two-dimensional axisymmetric computation grid 
has been used. Computations have been performed with two grids: a coarse grid (20 cells in the radial 
direction and 200 cells in the axial direction), and a fine grid (30 cells in the radial direction and 200 
cells in the axial direction). Figures 12 to 14 show that the results are close for the two grids. 

6.3 Results 

The steady state is reached after approximately 10 s simulation time. Figures 12 to 14 compare the 
computed radial profiles of the following quantities to the experiments: the void fraction, the liquid 
velocity and the liquid temperature. 

It can be observed in Figures 12 to 14 that the results obtained by using the two grid refinements are 
not strictly identical, but are reasonably close, except for liquid velocity near the inner wall. This 
point must be further investigated. The computed radial profile of the void fraction compares 
favorably with the experimental data (Figure 12). In the other hand, the liquid mean axial velocity 
shows a discrepancy in the side of the heated wall (Figure 13). Compared to the results of Mimouni 
et al (Mimouni, 2009), this profile in the vicinity of the inner tube are worse, than those computed 
with a constant bubble diameter, fixed to 1.2 mm in accordance with experimental observations. In 
fact, the computed bubble diameter near the heated wall is underestimated (0.6 mm instead of 1.2 
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mm) and consequently, the wall functions dedicated to boiling flows tend to the classical single-
phase wall function which are less adapted to this case. 
The liquid temperature is underestimated in the core of the flow (Figure 14) compared to the 
experimental data, but remains in a reasonable agreement, and seems to be over-predicted on the 
heated tube. Near the inner tube, the bubble diameter is underestimated, therefore the interfacial area is 
overestimated, and then the condensation and the liquid heating are overestimated. 
 

Figure 12: Radial profile of the void fraction. Figure 13: Radial profile of the liquid velocity. 
 

 
Figure 14: Radial profile of the liquid 

temperature. 
 

7 Conclusion 

The four experiments were computed with NEPTUNE_CFD 1.0.8 with the same set of models. The 
main objective of this approach is to propose a consistent combination of models, and to evaluate its 
capabilities to simulate various experimental configurations. The available measurement uncertainties 
have generally the same order than typical calculation versus measurement discrepancies. The main 
limitations of the present two-phase CFD can be drawn. 

For the adiabatic bubbly flows in a vertical pipe and in a sudden pipe expansion, although the results 
have acceptable trends, it appears that a polydisperse model for the bubble field does not lead to 
improvement compared to the monodisperse approach for void fraction prediction. The DEBORA 
heated tube boiling flow test and ASU boiling flow test in an annulus were simulated. The computed 
results are quite satisfactory, even if there are not as acceptable as those computed with an imposed 
diameter for bubbles, given by an experimental observation. It appears that coalescence and break up 
phenomena play a major role but still remain a challenging task to simulate. However, the 
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polydisperse approach should be preferred in general since it does not require the knowledge of the 
experimental mean diameter. 

In future validations of NEPTUNE_CFD we intend to add new test cases, which will be based on 
measurements from new facilities, namely CHAPTAL and TESS. The CHAPTAL experiment 
provides data on an adiabatic bubbly flow in a vertical pipe. The two-phase mixture is made of water 
and R116, giving a density ratio comparable to water-steam one in PWR conditions. The TESS 
installation is designed to provide information on the bulk condensation in a subcooled boiling flow. 
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1. Introduction 

 

Fluid flow around circular cylinders is one of the classical problems of fluid mechanics 

and has been well studied because of its common occurrence in many forms and in different 

applications. Cylinder-like structures can be found both alone and in groups in the designs for 

heat exchangers, cooling systems for nuclear power plants, offshore structures, power lines, 

struts, grids, screens, and cables, in both single and multi-phase flows. A complete understanding 

of the fluid dynamics for the flow around a circular cylinder includes such fundamental subjects 

as the boundary layer separation, the free shear layer, the wake, and the dynamics of vortices. 

The flow fields of multiple-cylinder configurations involve complex interactions between the 

shear layers, vortices and Karman vortex streets (Zdravkovich  1987). The problem is further 

complicated by the large number of configurations encountered in practice, resulting in different 

flow patterns, and by the effect of their interactions. One of the applications of paramount 

importance in this study is fluid flow in fuel rod bundles of Light Water Reactors (LWR). In this 

type of nuclear reactor, optimum heat removal from the surface of fuel elements is the subject of 

many studies for researchers in order to determine reactor thermal margin and safety. In this 

case, the spacer grids which support the fuel assembly are used as an effective mixing device by 

attaching various types of flow deflectors. Several recent works focused on the development of 

numerical simulations that predict the complex behavior of fluid flow close to grid spacers and 

between fuel assemblies ( Ikeno 2006, Caraghiaur 2007). However, the validity of the produced 

results from Computational Fluid Dynamics (CFD) is still under scrutiny for several cases in real 

world conditions.  Moreover, the existing models for multiphase flows produce results that are 

generally recognized as unreliable. Development of better models for multiphase simulation 

requires an improved understanding of the evolution of the flow with dynamic interaction of the 

flow multi-scales. Therefore, experimental data is needed for thorough validation of the models.  

In numerical simulations of fuel rod bundle flow fields, the unsteady Navier-Stokes 

equations have to be solved in order to determine the time (phase) dependent characteristics of 

the flow. In order to validate the simulations results, detailed comparison with experimental data 

must be done. Experiments investigating complex flows in rod bundles with spacer grids that 

have mixing devices (such as flow mixing vanes) have mostly been performed using single-point 

measurements by traversing between the rod gaps and within the rods passages. A variety of 

probes has been used in these investigations including, hot-wire (Rehme 1987), hot-film, LDV 

(Neti 1982), five-hole pitot tube, high response pressure transducer, etc. Although these 

measurements allow local comparisons of experimental and numerical data (e.g. line 

distributions of velocity components and/or Reynolds stresses in the vicinity of the mixing 

vanes, passages, rod gaps, etc.), they provide little insight because the discrepancies can be due 

to the integrated effects of many complex flow phenomena such as wake-wake, wake-vane, and 

vane-boundary layer interactions occurring simultaneously in a complex flow environment.  The 
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same issue exists for full lateral flow field data from PIV measurements in the open literature; 

most of the existing data provide average flow data not time dependent. 

In order to obtain more details and insight on the discrepancies between experimental 

and numerical data as well as to obtain a global understanding of the causes of these 

discrepancies, comparisons of the distributions of complete phase-averaged velocity and 

turbulence fields for various locations near spacer-grids should be performed. The experimental 

technique Particle Image Velocimetry (PIV) is capable of providing such benchmark data 

utilizing current PIV equipment and computers. However, PIV requires optical access for the 

laser sheet and the camera view to the region of interest, whereas the flow field in a typical fuel 

bundle with spacer-grids is usually optically obstructed by the rods themselves. In addition, light 

reflections from the rod surface and end walls tremendously affect the quality of images, 

particularly near the boundaries. As a result, previously obtained data in rod bundles have 

covered limited areas, close to the boundaries and mostly in small sections of the bundle (Neti 

1982, Ikeda 2006, Caraghiaur 2007). Most of these studies are also performed with 

instrumentation that provides either spatial or temporal resolution of the acquired data and are 

not suitable for acting as a detailed benchmark dataset for rod bundle with spacer grids flow 

computations. 

This paper describes an experimental database obtained using two-dimensional Time 

Resolved Particle Image Velocimetry (TR-PIV) measurements within a 5 x 5 PWR rod bundle 

with spacer-grids that have flow mixing vanes. One of the unique characteristic of this set-up is 

the use of the Matched Index of Refraction technique employed in this investigation which 

consists of immersing plastic rods with a similar index of refraction as the one for water to 

achieve optical transparency zones in the neighborhoods of the spacer grids. This unique feature 

allows flow visualization and measurement within the bundle without rod obstruction. This 

approach also allows the use of high temporal and spatial non-intrusive dynamic measurement 

techniques namely TR-PIV to investigate the flow evolution below and immediately above the 

spacer. The experimental data to be presented in this paper includes explanation of the various 

cases tested such as test rig dimensions, measurement zones,  the test equipment and the 

boundary conditions in order to provide appropriate data for comparison with Computational 

Fluid Dynamics (CFD) simulations. Turbulence parameters of the obtained data are analyzed in 

order to gain insight of the physical phenomena. Measurement uncertainties are quantified and 

the error analysis methodology is presented.  

 

2. Experimental details 

 

2.1 Facility 

 

The experiments were performed at the Optical Multi-phase Flow Research Laboratory 

in the Nuclear Engineering Department of Texas A&M University. The experimental facility 

consisted of two main systems: the hydraulic loop and the test section as shown in figure 1. Both 

systems were coupled together in order to obtain flow representations of the studied phenomena. 

The closed loop configuration consisted of a plastic reservoir tank with capacity for 570 liters, a 

2 HP centrifugal pump (Berkeley model: S39538) with modified o-rings for high temperature 

operation, CPVC valves, filters, and CPVC piping, and various pressure gages. The tank was 

located 25.4 cm above the pump intake in order to provide a constant water head to the pump 

during normal operation. The fluid passed through a series of filters (Keystone filter division 

model: MMTGB20) that limit the size of suspended particles in the fluid during experiments to 

50e-6 m. The pump was controlled by a variable frequency controller (Polyspeed Electronics 
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Dallas Texas model: XLT25-20C) in order to assure reproducibility of flow rates and constant 

torque in the pump impeller at various operation frequencies. An insertion propeller type flow 

meter (Data Industrial SDI flow sensor model: SDI 1D1N10-0200) was located downstream at a 

distance of 228.6 cm from the pump’s exit to measure the volumetric flow rate delivered to the 

test section. An air mixing chamber was included in the design of the hydraulic loop in order to 

inject gas into the main flow stream. Data for gas injection is not presented in this paper. 

 
FIGURE 1. Hydraulic loop. 

  

2.2 Test section 

 

The test section was formed by an aluminum frame and an inside polycarbonate channel. 

However, for practical purposes the inside polycarbonate channel was considered as the flow 

envelope for the rod bundle with spacer grids.The frame was an aluminum rectangular box 

shaped channel of length 1790.7 mm and a square cross section with a side length of 122.9 mm. 

The channel had a total of four (4) rectangular windows on each of the longest faces of the box 

(one window per side) which served as observation windows.  

 

 
FIGURE 2. Exploded view of aluminum frame, U-shaped channel and front observation 

window. 

 

A second polycarbonate channel was placed inside the sealed windowed aluminum 

frame in order to have an even cross section and wall smoothness inside the test section. 

Therefore by placing a u-shaped channel inside the main channel, it assures the free flow of the 

fluid and a constant smoothness along the test section. These approaches were considered 

Aluminum frame 

U-shaped channel 

Front observation 

window 
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important details taken into account that may avoid geometry problems in the Computational 

Fluid Dynamics (CFD) simulations by providing a simple geometry model that accurately 

represents the real geometry in the channel without overlooking significant details. Figure 2 

shows an exploded view of the aluminum frame, u-shaped plastic channel and the observation 

window. 

 

 

2.3 Grid  

 

 The spacer grid used for these experiments models a Westinghouse support grid design 

which is used in actual nuclear fuel assemblies for Pressurized Water Reactors (PWR). The 

Westinghouse grid design is characterized by an egg-crate shape with mixing vanes located on 

the downstream edge of the grid in a split vane pair configuration.  In this study, a 5x5 

subsection of the real spacer grid geometry was used as the test grid.  With the exception of the 

smaller 5x5 array, the test grid geometry is identical to the actual grid with regards to 

dimensions; for example grid height, fuel rod pitch (P= 12.6 mm), fuel rod OD (9.5 mm), mixing 

vane design, and support feature design (springs and dimples).   The test grid contains 25 egg-

crate spaces in a configuration of 5 x 5 rods as shown in figure 3.  The rods were fabricated 

using a fluorinated ethylene-propylene (FEP) plastic with dimensions of 9.5 OD x 9 ID x 1270 

mm long with a +-0.0762 mm tolerance in all dimensions.  The test rods were closed at each end 

using a coned aluminum caps and filled with a solution of water and chlorine in a 5% by volume 

concentration. This solution allowed keeping the refractive index of water close to its original 

value of 1.33 and the chlorine restricted the growth of any kind of bacteria or algae in the fluid 

which may alter the optical transparency of the stagnant solution inside the rods. 

 

 

 
FIGURE 3. 5x5 subsection of the grid used for experimentation. 

 

The test facility consisted of four grid spacers distributed along the rod’s height. The spacer grids 

had an axial distance between grids of 510.54 mm.  This is referred to as the spacer pitch and 

refers to the distance between the same elevation of successive grids such as the grid bottom 

edge (or the grid center as shown in Figure 4). It should be noted that the last spacer had a 

different spacer pitch of 254 mm with respect to the spacer grid located immediate before. This 

spacer was located near the channel’s outlet and after the measurement zone and it also provided 

strength and stability to the rod arrays shown in figure 4. The dimensions of the spacer-grid 

when located inside the envelope plastic channel for the grid are shown in figure 4. It should be 

noticed that there was a gap between the edge of the grid and the interior wall of the plastic 
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channel.  This space was denominated as bypass flow and the results will refer to this space with 

the same name.A summary of the main dimensions of both grids and their respective flow casing 

is shown in Table 1. 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

FIGURE 4. Rod bundle with spacer grid and channel envelope dimensions.  

Flow Direction 

Flow 

straightener 

254 

510 

510 

230 

Units: mm 
 

280 
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 D= Φ 9.5  

Internal plastic channel 
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12.6 
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0.5 

64.41 
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 U-shaped plastic 

internal channel 

dimensions (mm) 

 

 

 

 

 

By-passs gap height 

(mm) 

 

 

 

 

Grid dimensions 

(mm) 

 

 

 

 
 

Grid  

 

65.41 x 70.2 

 

5.3 

 

64.41 

 

 Pitch (P) (mm) Average rod  

outside 

diameter (mm) 

Hydraulic 

diameter (Dh)  

of subchannel 

between 4 rods 

Distance 

between spacers 

(mm) 

 

Grid  

 

12.6 

 

9.5 

 

11.78 

 

510  

 

Table 1. Table showing the grid tested and their respective u-shaped plastic internal 

channel dimensions. 

 
2.4 Particle Tracking Velocimety and Optical System 

 

The optical elements of the experiment included a twin high repetition Nd: YAG class 

IV laser (New Wave/Pegasus PIV), a beam splitter, mirrors, holders and motorized translation 

stages. The Nd: YAG laser produced the illumination light for the experiments. It has a 

maximum power output of 10 mJ per laser (20 mJ total) with a wavelength of 527 nm. The light 

coming from the laser was directed towards a 50% mirror which allowed passing through 50% 

of the laser beam energy and reflected the other 50% towards a series of 90 % reflection mirrors.  

This splitter allowed forming two different laser sheets at the test section.  The first laser sheet 

was parallel to the front face of the channel forming a uniform laser illumination volume of 100 

mm high, 200 mm long and 1 mm thick. The second illumination volume had a perpendicular 

orientation with respect to the front channel face. The second illumination volume had similar 

dimensions as the illumination volume one. The laser sheet volumes were formed by using a set 

of three cylindrical lenses. Figure 5 shows a schematic of the optical system used for the 

experiments. The particle detection and vector calculation was performed using an in-house 

Particle Tracking Velocimetry (PTV) algorithm. The computer code for PTV has been improved 

over the years and its reliability tested in several occasions (PIV challenge reference). Estrada-

Perez (2004) showed that the code has an averaged error of 0.1 pixels for particle detection and 

velocity calculation. The window size used for the present investigation varied according to the 

data set. However, for most cases the interrogation window was set to 32 x 24 pixels with an 

overlap of 50 %.  

The PTV code output is a velocity field for every pair of images tested. The acquisition 

rate for the experiments was set to 8000 fps (frames per second). The optimal particle 

displacement for the cases tested was found to be 8 pixels. One of the advantages of using the 

Gs 
H 

S2 S1 
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high speed PTV system described in this section is the acquisition of high speed consecutive 

flow images. Therefore, the optimum particle displacement for the analysis can be selected by 

the user. For example, for a case with low flow velocity the particles may have an averaged 

displacement of 2 pixels in two consecutive images which lead to an increase in the particle 

detection error (Estrada-Perez  2004). For this case the averaged particle displacement can be 

increased by changing the number of images to skip. Therefore, if 4 images are skipped for the 

analysis, the averaged displacement between image number one and image number four is 8 

pixels. This approach is possible due to the high acquisition rate of the used PTV system.The 

instantaneous velocity fields obtained by the PTV algorithm was filtered using a statistic filter. 

The filter used different methods to detect spurious vectors in the field such as 1) deviation from 

the mean, 2) vector magnitude outliners, and 3) correlation threshold. It is important to notice at 

this point that the output of the PTV algorithm and the filter is a velocity field with scatter 

validated vectors. In other words, the vectors are “real vectors” and no interpolation was done 

for the resulting instantaneous vectors. The calculation of the statistics presented in this work 

was done with the instantaneous vector fields; therefore no error due to interpolation was added 

to the resulted statistics. Once that the statistics were calculated using “real vectors” only, the 

resulted averaged statistics were organized into a grid for calculation of further parameters such 

as derivatives which require the existence of a structured grid for its computation.  

 

2. 5 Data Acquisition System 

 

The data acquisition system included two high-speed/ high-resolution cameras, a 

frequency cutter circuit, a pulse generator, trigger circuit, and desktop computers for data 

storage. The cameras were CMOS type sensor Phantom 7.1 and Phantom 7.3 (Vision research). 

These cameras have a CMOS sensor of 800 x 600 pixels with 4GB of on-board memory and 12 

bit pixel depth.  The cameras were synchronized with the laser at various frame rates. For frame 

rates less than 4000 fps, the camera was configured to provide the pertinent digital pulses needed 

to control the laser. Therefore no additional stages were needed for frame rates of up to 4000 fps. 

However for acquisition frequencies exceeding the former limit, a frequency cutter circuit was 

necessary to assure the correct synchronization of the cameras with the laser shots.  The 

frequency cutter circuit consisted of a pair of type D flip-flops with its clock inputs 

interconnected in order to cut the frequency of the incoming pulses to half the original value, 

more details can be found in (Dominguez-Ontiveros et al.  2006). A high accuracy pulse 

generator (Stanford research) was connected to the output of the frequency cutter circuit to 

generate the laser trigger pulses. The pulse generator has the capability to receive a pulse and 

generate an independent pulse with the programmed time delay for each of its outputs. In this 

work, two channels were used (one per laser) with a programmed time delay depending on the 

frame acquisition rate (typically 125 µs). The CMOS cameras were used in a master-slave 

configuration. In this configuration, the master camera generates the pulses necessary to 

synchronize the image acquisition of both cameras. The frame rate set in the master camera 

dictate the maximum acquisition rate in order to assure the acquisition of simultaneous frames. 

The cameras used various optical accessories such as telecentric lenses, filters, ring extenders, in 

order to capture the desired image resolution and working distances necessary. A second 

electronic circuit was designed to provide a trigger pulse to the acquisition system. The circuit 

consisted of a monostable pulse circuit using a 555 Integrated Circuit (IC). The monostable 

circuit was used to synchronize the picture acquisition and other sensors acquisition (i.e. pressure 

sensors).  
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FIGURE 5. Optical system and location with respect to test section. 
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3. Results 

 

The measurements for axial and lateral velocity at the investigated region were 

performed at several planes using a multi-scale approach. This approach consisted of performing 

measurements on various viewing areas of the test section. The scales were selected based on the 

physical constrictions and the desired resolution of the velocity fields. The measured planes for 

the tested are shown in figure 6. Nine planes were measured which are represented by different 

color lines in the figure. The planes were formed by the laser light where the light passes through 

the test section. The planes were identified using the number assigned to each of them or by the 

corresponding notation using the first four letters from the alphabet. For this case plane A was 

the closest plane to the by-pass flow plane formed by the existent gap between the grid wall and 

the flow envelope. The first scale examined the flow behavior in the planes that cover the five 

rods and its respective sub-channels. At this scale the interaction between sub-channels and 

general characteristics of the flow were captured.  The equivalent viewing area of the cameras 

for this scale was 71.1 x 52.5 mm (inter-channel scale). The second scale was selected as the 

“zoom” to a smaller viewing area in order to increase the resolution of the measurement area 

(sub-channel scale). This scale captured the flow characteristics of a central sub-channel with an 

equivalent camera viewing area of 17 x 12.5 mm. At this scale the flow evolution in the sub-

channel could be observed.  

The planes position was changed using a two-dimensional (Y-Z) positioning system. 

Figure 6 shows a schematic of the grid and the position of the measured planes. Each plane is 

represented by a horizontal line with a solid or dashed pattern. The measurements were 

performed upstream (before grid) and downstream (after grid) of the spacer using the various 

planes presented in figure 6.  

 

 

 

 
 

FIGURE 6.Location of the various 2D PIV measurement planes. 

In addition, the measurements were performed at several distances from the grid in the upstream 

and downstream direction. The database includes regions nearby the turbulence promoters 

attached to the spacer and extend up to 10 hydraulic diameters for each plane in both directions; 

downstream and upstream the grid.  

 

  

Z 

X 
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2. Plane D 
3. Plane C1 

4. Plane C 
5. Plane B1 

6. Plane B 
7. Plane A1 

8. Plane A 
9. Plane Bp (Bypass) 
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The measurements cover the entire 5 x 5 rod bundle at the inter-channel scale including 

the flow after the mixing vanes, the gap between adjacent rods and the wall of the flow envelope. 

Data was obtained at various Reynolds number ranging from 2000 to 16300 based on the 

hydraulic diameter of a bundle sub-channel. The obtained velocity fields were used to obtain 

averaged quantities of the parameters of importance for the investigation. Some of the most 

important averaged parameters are presented in the following sections. Figure 7 shows the 

obtained velocity fields for each measured plane upstream and downstream the spacer-grid. The 

18 planes measured are compacted into a single plot with the grid position scaled. The rod 

position was omitted intentionally for better appreciation of the different planes position and its 

corresponding velocity fields. The white arrow in the middle of Figure 7 represents the main 

flow direction going from the bottom of the page, passing through the spacer and going upwards. 

The two positions measured: BGP1 (before the grid, or upstream of the grid) and AGP1 (after 

the grid, or downstream of the grid) are presented next to its correspondent results. The planes 

were measured independently at steady state conditions. 

 

 

 
 

 

FIGURE 7.Average velocity fields before and after grid. Color code represents streamwise 

component of velocity vector (U) with red color = 2500 mm/s dark blue = 0 mm/s. Re= 

16300. a) Inter-channel scale  b) Sub-channel scale 

The following results present the velocity profiles of 10,000 images using the assembled 

averaged process. The average number of vectors per image depends on the plane position. In 

general, planes that lie between rods had an average of 1000 vectors per image. The planes with 

no rods had an average of 4000 vectors per image. Therefore, the statistics presented are the 

result of at least 1 million vectors. It is important to notice that the provided statistics have been 

performed with vectors that were considered valid vectors during the detection process; however 

no interpolation was made during the statistical calculations. This step should be noticed since 

other codes for PIV analysis perform interpolations of the vectors found in order to obtain a 

AGP1 

BGP1 

X 
Y 

Z 

a)        b)  



11 

 

regular grid of the data. The interpolation process may carry its own disadvantages such as 

placing vectors where no vectors were present. This issue it is considered important when 

measurements are performed nearby the spacer-grid or solid boundaries. 

 

The velocity statistics are determined from the PTV measurements by esemble 

averaging the number of images using equation (1). The turbulence intensities and Reynolds 

stress quantities were calculated using equartions 2 and 3 respectively (Adrian 2000). 

 

      (1) 

where A is the quantity being averaged, X is the position vector, and N is the total 

number of realizations. The result from equation (1) is a two-dimensional average vector field. 

The intensity of turbulence is defined as the rms value of the fluctuating velocities. The 

streamwise (u’) and normal (v’) turbulent intensities were calculated using equation 2. 

 

    (2) 

   (3) 

 

Where  is the instantaneous velocity component in the streamwise direction and  is 

the mean velocity component in the stramwise direction. The same procedure can be used to 

obtain the normal component of the velocity vector by substiuing  for . Further averaging 

can be done in the X or Y direction when the flow is assumed to be fully-developed. This results 

in a one-dimensional averaged profile which is a function of x or y ( depending on the direction 

of the averaging) only. For this case, the flow can not be considered as fully-developed since the 

measurements were made at various zones where the flow is not developed. However, the 

averaging was performed in a preferencial direction ( x or y) to obtain the 1-D profile for each 

quantity of interest. The profiles give a simple and efficient way to compare the averaged 

behaviour of the flow at various measured positions or under different conditions.The following 

figures show the main averaged turbulence parameters for each plane and each position 

(upstream and downstream of the spacer) in a one-dimensional profile. The plots for each 

quantity have been separated into two different plots: 1) planes A, B, C, and D and 2) planes A1, 

B1, C1, D1 and Bypass for better appreciation of the grid effects. The profiles are color coded 

and line pattern coded. Similar colors are used for contiguous planes for easy identification in the 

plot. The line pattern denoting each profile is coded as solid line for all profiles measured at 

position BGP1 (upstream of the grid) and dotted lines for all profiles measured at position AGP1 

(downstream of the grid).  



12 

 

 Figure 8a presents the streamwise component averaged profile for planes with rods 

under a Re number condition of 16300. The profiles exhibit a parabolic shape for the central rods 

upstream the grid. The profiles have a velocity decrease of 30 % from the position upstream of 

the grid to the same position downstream of the grid. The profiles nearby the containing walls 

exhibits lower velocities than the central channels. Figure 8b shows the profiles for both 

measured positions under similar conditions for planes without rods. The effect of the bypass 

flow is denoted by a higher velocity magnitude for the Bp plane. The plane A1, located nearby 

the Bp plane, shows a higher velocity than the central planes. There is a decrease in velocity for 

all planes except for the bypass plane for the position AGP1 with respect to the BGP1 

measurements. The analysis of the bypass flow profiles is of particular interest in this 

investigation since the flow is affected by the vanes only and not the grid itself which can be 

treated as a reduction in cross sectional area. In other words, the flow bypasses the grid, but the 

zone where AGP1 is located exhibits modification on its velocity profile. The former 

modification can be only due to the vanes.  

 

 

 
 

FIGURE 8.Averaged streamwise component of the velocity vector (U). a) Planes A,B, and 

C, D  b) Planes A1, B1, C1, D1, Bypass downstream and upstream of the grid. Re= 16300. 

 

The one-dimensional profiles for the normal (X-axis direction) component of the 

velocity vector is shown in figure 9a for the planes with rods and figure 9b for planes without 

rods. The results show mostly a unidirectional change in flow direction for all planes with rods 

upstream the grid as shown in figure 9. The magnitude of the normal component shows an 

increase of about 50% for position AGP1 (downstream of the grid) with respect to position 

BGP1 (upstream of the grid). Figure 9 show the profiles for both measured positions for the 

planes without rods. The increase in the normal component at position AGP1 is noticeable with 

an increment of up to four times the magnitude found at position BGP1. The increment is 

observed in both directions of the normal component as denoted in the figure by the change in 

sign.  

 



13 

 

 
 

FIGURE 9.Averaged normal ( X-axis direction)  component of the velocity vector (V).  a) 

Planes A, B, and C, D b) Palnes A1, B1, C1, D1, Bypass downstream and upstream of the 

grid. Re= 16300. 

 

The turbulence intensities in the streamwise direction (urms) and normal direction (vrms) 

of the velocity vector are presented in the following section.  Figure 10a shows the streamwise 

direction velocity fluctuation field for planes with rods. The fluctuations exhibit a behavior 

similar to the one found in channel flow with solid boundaries where non-slip conditions is 

enforced for the measured position upstream of the grid. However, this behavior is not persistent 

downstream of the grid. The fluctuation profile is modified and its magnitude increased by 40 % 

for position AGP1. The profiles downstream of the grid have a preferential peak direction for 

several channels caused by the flow change in direction caused by the vanes. The three central 

channels located in the X-axis at positions 18 mm, 30 mm and 43 mm have a similar behavior 

for position BGP1. This fact elucidates that these three channels can be considered as not 

affected by the containing walls. Figure 10b shows the streamwise turbulence intensities profiles 

for the planes without rods. The main difference between profiles measured upstream and 

downstream of the grid is the increase of the intensities by 40 % for the downstream case. Figure 

11a shows the averaged profiles for the normal component of the velocity vector for planes with 

rods. The increment in the turbulence intensities for the normal component at position AGP1 is 

40% higher with respect to the profiles upstream of the grid. The profiles for the normal 

component corresponding to planes without rods are shown in figure 11b.  For this case, the 

increment in the normal turbulence intensities is 45% higher at the downstream position with 

respect to position BGP1. The normal direction fluctuations for plane Bp (bypass) showed in 

figure 11b exhibit a clear increment (blue dotted and solid lines). The increment indicates the 

influence of the vanes located at the edge of the grid over the bypass flow.  
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FIGURE 10.Averaged turbulence intensities for the streamwise component of the velocity 

vector (u’). a) Planes A, B, and C, D  b) Planes A1, B1, C1, D1, Bypass downstream and 

upstream of the grid. Re= 16300. 

 
 

FIGURE 11.Averaged turbulence intensities for the normal component of the velocity 

vector (v’). a) Planes A, B, and C, D  b) Planes A1, B1, C1, D1, Bypass downstream and 

upstream of the grid. Re= 16300. 

 

Reynolds stresses in the measured planes, for single phase flow, can be obtained from the 

velocity fields. The viscous stress can be obtained from the measured streamwise mean velocity 

profile. Figure 12a shows the averaged Reynolds stresses profiles for planes with rods. The 

profiles exhibit a similar behavior than the one found in a channel flow with solid boundaries at 

position BGP1(solid lines in Figure 12a). The stresses are higher near the walls and zero at the 

center of the channels. In contrast, the stresses show a completely different shape for the position 
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downstream of the grid (dotted lines in Figure 12a). Figure 12b shows the Reynolds stresses 

profiles for the planes without rods. There is an increase in the value of the stress profiles at 

positions downstream of the grid (dotted lines in Figure 12b) with respect to the position upstream 

of the grid (solid lines in Figure 12b). This increase in the value of the Reynolds stresses is a 

function position, as the position increases, the Reynolds stresses decrease.  A de-correlation 

between the streamwise (u’) and the normal (v’) velocity fluctuating components is the source of 

these decrease of the Reynolds stresses. This phenomenon may be explained due to a modification 

in the organized structures in the boundary layer. 

 

 

 
 

FIGURE 12.Averaged Reynolds stresses (u’v’). a) Planes for the A, B, C, D  b) Planes A1, 

B1, C1, D1, Bypass downstream and upstream of the grid. Re= 16300. 

 

4. Conclusions 

 

Successful use of PIV in addition to Matched Index of Refraction was used for full field 

velocity fields in a complex geometry. These techniques allowed the measurement of important 

flow parameters without flow intrusion, eliminating the error due to the interaction of common 

measuring probes and the flow. The results showed that turbulence evolution can be observed 

using the TR-PIV technique. Good quality data with high spatial and temporal resolution open 

the possibility of CFD benchmarking and validation among important quantification of the 

turbulent structures present in the flow above spacer grids. The experimental results from this 

work may be useful for the development of a turbulence model for applications such as sub-

channel geometries, where the flow is highly non-isotropic. 

Measurements were performed using a grid design with split type mixing vanes typical 

of a PWR. The results included the measurement of regions that cover the flow behavior 

upstream and downstream of the tested grid under various conditions. High quality data was 

obtained in the vicinity of the grid using the multi-scale approach. Turbulence parameters were 

calculated from the results obtained from PIV  
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The results showed the effect of by-pass flow created by geometrical configurations of 

the test section. The central sub-channels exhibited no major changes denoting that by-pass flow 

did not considerably affect the central sub-channels. 

The averaged streamwise component of the velocity vector (U) showed a decrease of up 

to 30% in the regions immediately above the mixing vanes (downstream) with respect to the 

results obtained in the regions immediately below the spacer (upstream). The normal component 

of the velocity vector (V) showed an increase in magnitude for regions near the split vanes of 50 

% due to the inflection caused in flow direction by the split vanes. Turbulence intensities in the 

streamwise direction (u’) have an averaged value of 20% of the maximum velocity (Umax) 

attained in the regions between adjacent rods for measured zones located downstream of the 

spacer grid. On the other hand, the intensities upstream the grid exhibited an averaged value of 

10% of the maximum velocity.  

The averaged normal turbulent intensity (v’) had a value of 10 % of maximum velocity 

(Umax) for planes including rods and the planes without the rods. However, the magnitude of the 

turbulence intensities upstream of the grid, in general, was 40 % smaller with respect to the 

magnitude of the intensities downstream of the grid.The Reynolds stresses in the gap formed by 

adjacent rods showed a similar behavior to a channel flow with non-slip condition for measured 

positions upstream of the grid. This behavior was considerably modified after the flow passed 

through the grid. The measured regions in the vicinity of the mixing vanes exhibited a 

considerable change in the behavior of Reynolds stresses.  

The turbulence analysis performed on the results obtained showed an increase in the 

degree of correlation for regions located immediately above the split vanes (downstream) with 

respect to the regions located immediately below the grid (upstream). The calculated length 

scales from the correlation fields showed an increase in the length scale of 20% for regions 

located upstream of the grid with respect to regions located downstream of the grid. This fact 

elucidates the modification of eddy size caused by the grid.  

 

 

5.  Future Work 

 

One possible outcome of this research is the ability to provide this dataset as an open benchmark.  

To protect the proprietary nature of the grid design, momentum source terms are being 

developed.  The momentum source terms allows the effect of the grid to be modeled without 

having to know the exact geometry.  These momentum source terms are currently in 

development. CFD calculations of the tested geometry presented in this work are currently being 

performed. Comparisons between the experimental data and the CFD calculations under various 

conditions will be performed. 
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Abstract  

The measurements of a turbulent swirl flow in the subchannels of a 5 x 5 rod array having typical 
mixing devices at the MATIS-H (Measurements and Analysis of Turbulence In Subchannels-
Horizontal) facility have been analysed using a commercial CFD code of STAR-CCM+ 4.02 with a 
unit grid model having no unmatched grid interface. The main objectives of this analysis is to establish 
a proper CFD analysis methodology to this kind of very complicated turbulent swirling flow in a 
subchannel since previous results show that a predicted turbulent swirl flow within 5 times of 
hydraulic diameter length from the mixing devices tip shows different results, which are dependent on 
the models chosen, such as the turbulent model, wall function model, the y+ value, and the numerical 
model for a convection term. In the MATIS-H experiment, the intrinsic features of turbulent flow 
along the elevation, which shows distinct characteristics very sensitively by depending on the types of 
the mixing devices (split and swirl types), were measured by 2-D LDA (Laser Doppler Anemometry) 
at the condition of Re=48,000 in the water loop being operated at 35oC and 1.5bar. A series of 
sensitivity analyses shows that a very dense mesh distribution along the stream-wise direction around 
the mixing devices is recommended to use for resolving a drastic change of the turbulent intensity due 
to a strong swirl flow induced by the mixing devices. And it is also shown that a non-linear or second-
order closure model is required to adopt for properly predicting the anisotropic characteristics of the 
turbulent flow structures caused by the mixing devices in the sub-channel.  

1.   INTRODUCTION  

A spacer grid that fixes the rods in a fuel assembly of nuclear reactor core has been used as an 
effective thermal mixing device by attaching various types of flow deflectors (Chang et al., 2008; Seo, 
2009). Several types of mixing devices are currently being designed to develop an optimum spacer 
grid which can mix the flow effectively in the sub-channel of rod bundle geometry. The performance 
of mixing devices was previously examined by investigating a detailed flow structure of swirl flow 
and an enhancement of heat transfer coefficient due to the swirl flow mostly through an experimental 
work. In the experimental work, a LDA (Laser Doppler Anemometry) or PIV (Particle Image 
Velocimetry) was in general used to measure a vector profile and turbulent intensity in the sub-
channel (Chang et al., 2008; Seo, 2009). However, the experimental work requires a lot of efforts to 
get reliable data because the LDV and PIV should be carefully and precisely operated in measuring the 
data in the flow channel.  

The previous CFD analysis, introduced in the development of mixing devices for predicting the 
detailed flow structure and heat transfer phenomena in a sub-channel, showed that a predicted 
turbulent swirl flow within the distance of 5 times of hydraulic diameter from the mixing devices tip 
shows different results depending on the models chosen, such as the turbulent model, wall function 
model, the y+ value, and the numerical model for a convection term (Kang et al., 2006; Kang & Song, 
2008). Therefore, the development of general BPG (Best Practice Guidelines) to a simulation of the 
turbulent swirl flow due to the mixing devices in a rod bundle geometry is strongly recommended to 
set up for increasing the reliability of CFD analysis results (Mahaffy, 2010). In order to do so, a series 
of sensitivity analyses for the flow mixing tests at the MATIS-H facility with both the split and swirl 
type vanes has been performed using a commercial CFD code of STAR-CCM+ 4.02 by varying a grid 
cell distribution and a turbulent model including a nonlinear model, a wall function model and a 
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numerical model for a convection term. This analysis has mainly been made with the motivation that a 
validated CFD analysis methodology may be used as a basic step to reduce a DNB (Departure from 
Nucleate Boiling) margin in the core thermal hydraulic design (Bestion, 2010). 

2.   EXPERIMENTS  

An experiment has been conducted in the water circulation loop, as shown in Fig. 1, at KAERI (Korea 
Atomic Energy Research Institute) that can perform the hydraulic test at the ambient pressure and 
temperature conditions for a rod bundle array (Chang et al., 2008). For a close examination of the 
lateral flow structure on sub-channel geometry, a 5x5 rod bundle array has been fabricated as 2.6 times 
larger than the prototypic size of PWR fuel bundles. The total channel length and the grid span are 
4,900 mm and 1,700 mm, respectively. A 2-D LDA was used to measure the turbulent velocities in a 
rod bundle. The 2-D LDA was positioned in front of the main flow cross section of the 5x5 rod bundle 
array for measuring the lateral velocity vectors on every point in a flow sub-channel (Fig. 1). The axial 
velocity component was also measured by changing the location of the LDA probe to the side of the 
test section. The size of the inner square of the test section is 170x170 mm. The geometric 
configurations of the bundle array are: rod diameter of D = 25.4 mm, rod pitch of P = 33.12 mm and 
wall pitch of S = 18.76 mm, respectively. The measuring points were closely distributed with 
resolutions of 0.75 mm for precise examination of the lateral flow distribution in the sub-channels.  
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Fig. 1: MATIS-H facility (Chang et al., 2008) 

 

According to the experimental results, as typically shown in Fig. 2, the split type of the mixing vane 
vigorously enhanced the flow mixing between the sub-channels through the gaps. There were a couple 
of symmetric vortices generated by the split vanes within a sub-channel at the inner and intermediate 
sub-channels. The size of each vortex is about a quarter size of the pitch. Meanwhile, the swirl type of 

Split Type 

Swirl Type 

LDA Measuring Section  

Test Section 
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the mixing vane generated a strong vortex within a sub-channel rather than inducing the inter-
subchannel flow exchanges between the sub-channels. One large vortex of elliptic shape was 
generated by the swirl vanes within a sub-channel at the inner and intermediate sub-channels. The size 
of the vortex was about 2.6 times larger than that of split type. The different patterns of vortices 
generation of split and swirl types affected the lateral and axial velocity profiles as shown in Fig. 2 (b). 
The magnitudes of the axial velocities around the vortices generated regions were about 20% lower 
than other region, whereas the magnitudes of the lateral velocities were about 20% higher. And also, 
the magnitudes of the lateral peak velocities in this investigation were about 30% of the axial bulk 
velocity (1.5 m/s) in both cases. The anisotropic turbulent intensity distribution were found as 16~30 
% of axial bulk velocity at z/Dh  = 1 due to the existence of the mixing vanes just upstream in both split 
and swirl type. These enhanced velocity fluctuations decrease gradually as the flow moved 
downstream, and came back to the nominal value of about 8% (Chang et al., 2008). 
 
 

 
 
 
 
 
 
 

 

(a) Lateral velocity vectors at 1 Dh from the tip of the mixing vanes 
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(b) Lateral and axial velocity profiles at 1 Dh from the tip of the mixing vanes 
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(c) Turbulent intensity values at 1 Dh from the tip of the mixing vanes 

Fig. 2: Experimental Results of the MATIS-H (Chang et al., 2008) 
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3.   CFD ANALYSIS 

3.1  Modeling Strategy and Grid Model 

A CFD analysis was performed as one of the first step to set up the BPG for the simulation of the 
turbulent swirl flow due to the mixing devices in the rod bundle through a comparison work between 
the CFD results and the test results. A unit grid model of 5 x 5 sub-channels (Fig. 3 (a)) without an 
unmatched grid interface for simulating the MATIS-H facility was generated because the grid 
interface option in the grid model may give rise to an error in transforming CFD data between 
unmatched surfaces (Kang et al., 2006). A total of 10,140,474 and 10,286,576 mesh cells were 
produced as a base case for the split and swirl type vane, respectively. Dense mesh models for 
the split and swirl types were developed as shown in Table 1 to check the effect of mesh distribution at 
the same elevation on the flow field results in the CFD calculation. And also, a dense mesh cell 
distribution was located around the split and swirl vane (Fig. 3 (b)) to resolve the complicated swirl 
flow pattern.  

 

 

(a) Geometry outline of the grid model 

 

(b) Mesh distribution around the mixing devices along the axial direction 

Fig. 3: MATIS-H’s Grid Model 

Split (Swirl) Vane 

Z = 3300mm 

Z / Dh = 3 



5 
 

Table 1 : Specification of the Grid Model-A and -B 

As the first step of developing the BPG, there is a need to find which kind of CFD models can 
accurately predict the important features of the test results such as the velocity profile, the location of 
generated vortices, and turbulence characteristics due to the mixing vane type. Therefore, a series of 
sensitivity analysis (Table 2) was performed by varying the mesh cell distribution and the turbulent 
models which include the second order closures model such Reynolds Stress Models (RSM).  

 

Table 2 : Sensitivity Calculation Conditions 

 Split Type Swirl Type 

Model-A 

Total cell number : 10,140,474 

(Polyhedra+Tetra+Prism Layer) 

Total cell number : 10,286,576 

(Polyhedra+Tetra+Prism Layer) 

 
 

* Length of one polyhedral cell : ~ 1mm.  

*  Mesh cell distribution on the LDA measuring section 

Model-B 

Total cell number : 11,297,138 

(Polyhedra+Tetra+Prism Layer) 

Total cell number : 11,807,599 

(Polyhedra+Tetra+Prism Layer) 

 
 

*  The number of mesh at the region “B” is increased about 1.5 times when compared to 
that of Model-A (“A”) 

 
Split Type Swirl Type 

Turbulent Model Grid Model Turbulent Model Grid Model 

Case-1 Standard k-ε Model-A Standard k-ε Model-A 

Case-2 Reynolds Stress Model Model-A Reynolds Stress Model Model-A 

Case-3 Standard k-ε Model-B Standard k-ε Model-B 

L=7.72mm   D =25.4mm 

L=7.72mm   D =25.4mm 

A 

B 
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3.2 Boundary Conditions and Governing Equations 

The inlet boundary condition, the Dirichlet condition, was set at the MATIS-H’s entrance region with 
the axial velocity of 1.5 m/s based on the test condition (Chang et al., 2008). The turbulent intensity of 
5% at the inlet region was assumed. A working fluid and its operating condition were the water at 
35℃ and 1.4 bar. The pressure outlet boundary condition, the Neumann condition, was set for the 
MATIS-H’s outlet (CD-adapco, 2009). 
 
The governing equations used in this study are the mass conservation and Navier-Stokes momentum 
equations under the SIMPLE algorithm (CD-adapco, 2009). The turbulent flow was simulated by the 
standard k-ε turbulent model (Eq. (1)~(3)) and the Reynolds Stress Model (Eq. (4)~(9)) to investigate 
any differences of the predicted turbulence intensity between the linear and non-linear turbulent 
models. A standard wall function was used to treat a flow field near the wall. As for a convective 
numerical model, the second-order upwind difference was used. As a calculation method, 5,000~6,000 
iterations were performed as a steady state until the residual of mass, enthalpy, and velocity reached 
below a value of 1.0E-04.  
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3.3 Discussions on the CFD results 

The velocity vector distribution, the axial and lateral velocity profile, and the turbulent intensity 
profile at 1 Dh and 2 Dh for both the split and swirl type vanes are shown in Fig.s 4~6. The velocity 
vector in Fig. 4 was defined as the absolute value of the vector. The global vector distribution and the 
locations of generated vortices for the split and swirl types by the CFD analysis, except the vector 
profile at the split type’s corner sub-channel (Location-A in Fig. 4(a)), were similar to those of test 
data typically shown in Fig. 2 (a). But, the exact comparison between the CFD results and the test data 
could not be achieved because only the lateral velocity vectors were plotted in the test results whereas 
the lateral velocity vector could not be drawn by the STAR-CCM+ 4.02. Therefore, the comparison 
work of the swirl flow pattern in the sub-channel for the split and swirl types between the CFD results 
and the test data was done in terms of the locally axial and lateral velocity profiles along the centre 
line drawn from the inner to the corner sub-channel (along the lines of A-B and C-D in Fig. 5)    

 

 
 

     
(a) Split Type (Case-1)                                        (b) Swirl Type (Case-1) 

Fig. 4 : Velocity Vector Distribution in the LDA Measuring Section at 1 Dh by CFD Analysis 

 

According to the comparison of the axial and lateral velocity profile at 1 Dh for the split and swirl 
vanes, the CFD results predict the test data well except the corner sub-channel region (Point-E and -F 
in Fig. 5). In the corner sub-channel, the predicted axial velocity values for the both vanes were about 
20% lower than those of the test data. This difference may be explained by the fact that the large size 
swirl developed at the corner region in the CFD calculation disturbs the axial flow. This disturbance 
may decrease the magnitude of the axial flow velocity. And also, the velocity fluctuation along the 
centre line in the intermediate sub-channel of the split type was about 10~20% larger than that of test 
data (Point-G in Fig. 5). This may be caused by the smaller size of vortices calculated by the CFD 
calculation. The small vortices allowed a larger axial flow between them (Point-H in Fig. 5) in the 
intermediate sub-channel that induced the larger fluctuation of the axial velocity. In the swirl type, the 
predicted vortex size inside the intermediate sub-channel was smaller when compared to the test data. 
This may give rise to developing the lateral flow at the region of “I” in Fig. 5, which induces the high 
lateral and low axial velocity value (Point-J and -K in Fig. 5).    

According to the comparison of the axial and lateral velocity profiles for the split and swirl types at 2 
Dh between the CFD results and the test data shown in Fig. 5, the variation of the axial and lateral 
velocity along the centre line in the test data changed as a smooth slope, whereas those of the CFD 
results maintain a stiffness when compared to the values at 1 Dh. This may mean that the vortices 
measured at 1 Dh in the test results starts to quickly decay, but the CFD calculation does not catch this 
swirl decay. And also, there was no big difference among the results of the Case-1, Case-2 and Case-3 
in the comparison of the axial and lateral velocity profile for both split and swirl types. This may 
indicate that the current grid models could not resolve the detailed flow structure such as vortices’ size 
and location and the lateral flow between the sub-channels. 

Inner             Intermediate         Corner Inner             Intermediate         Corner 

A 
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Fig. 5 : Axial and Lateral Velocity Profile along the Centre Line at 1 Dh and 2 Dh by CFD Analysis 
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According to the comparison of the turbulent intensity values between the test data and the CFD 
results for the split and swirl type shown in Fig. 6, the CFD calculation does not simulate the turbulent 
intensity increase up to 20~25% due to the mixing devices. This may be explained by the mesh cell 
distribution in the axial direction that was insufficient to resolve the drastic change of the turbulent 
intensity. Otherwise, the turbulent intensity of 5% at the inlet region in the CFD calculation may be a 
weak value when compared to the test results. Therefore, a sensitivity analysis for the turbulent 
intensity at the inlet region was necessary to find the reason for this difference.          
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Fig. 6 : Turbulent Intensity on along Centre Line at 1 Dh and 2 Dh by CFD Analysis 

 

4.   CONCLUSIONS AND FURTHER WORK 

 A CFD analysis of a turbulent swirl flow developed by the typical mixing devices at the MATIS-H 
facility was performed using a commercial CFD code of STAR-CCM+ 4.02 with a unit grid model of 
5 x 5 sub-channels to establish the BPG for a proper CFD analysis methodology. The CFD analysis 
results predicted the axial and lateral velocity profile of the test data at 1 Dh well, except the corner 
sub-channel region, but overestimated 10~20% for all sub-channels at 2 Dh. And also, the CFD results 
could not predict the drastic change of turbulent intensity due to the generated vortices around the 
mixing devices. Therefore, a very dense mesh distribution along the axial direction around the mixing 
devices is recommended to accurately predict the variation of turbulent intensity. Moreover, a 
sensitivity analysis of the turbulent intensity at the inlet region in the CFD analysis should be 
performed to investigate its effect on the turbulent intensity distribution around the mixing devices. 
And also, we can conclude that a non-linear or second-order closure model for the turbulent flow is 
required to predict an anisotropic turbulent flow due to the mixing devices developed in the sub-
channel. 
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Abstract  
 

Computational Fluid Dynamics (CFD) has been widely used in pressure drop/hydraulic loss 

calculations in many industries, including the aerospace and turbo-machinery industry as well as in the 
nuclear power industry.  During the past 30 years, a significant amount of time and effort have been 

spent in benchmarking the CFD tools and models against test data in aerospace and turbo-machinery 

industry. The application of the CFD methods in the nuclear power industry is relatively new in 
comparison and has accelerated in recent years.  This paper focuses on the benchmarking of the CFD 

modeling of Westinghouse fuel assemblies.  The pressure drop across the fuel assembly is a very 

important characteristic to consider in the design of any new fuel assembly design.  The ability to 

accurately predict the pressure drop across the fuel assembly is critical in nuclear fuel design.  In this 

paper, the effect of the turbulence model in the CFD modeling is investigated.  Different 

computational meshes are generated and evaluated.  The results show that the turbulence model and 

mesh density both have a significant effect on the pressure drop predictions.  A well calibrated 

modeling procedure is needed to meet the strict requirements of the nuclear power industry.  This 

paper shows that a well calibrated CFD model shortens the design cycle and saves costs in the 
development of new fuel assembly components.  Most importantly, it enables Westinghouse to more 

easily investigate new fuel assembly component designs, some of which were never thought possible 

before because of the involved development process.  

 

1.   INTRODUCTION  

A typical Westinghouse Pressure Water Reactor (PWR) fuel assembly consists of a debris filter 

bottom nozzle, a Protective-Grid, support grids, spacer grids, fuel rods, skeleton, and a top nozzle.  A 

fuel assembly sits on the lower core plate which has four flow holes per assembly.  The lower core 

plate holes direct the flow from the reactor vessel lower plenum into the bottom nozzle of the fuel 

assembly.  The overall fuel assembly pressure drop has to be determined for any change in design of 

the fuel assembly components.  Traditionally the tests were required to evaluate the pressure drop at 
different elevations of the fuel assembly under low pressure conditions as compared to the real reactor 

operating conditions.  Typically, only a single fuel assembly is tested within a rectangular wall 

surrounded enclosure.  The test generally takes a long time to prepare due to the component design 
and fabrication time and assembly time.  There are also uncertainties in the test results.  Due to the 

complexity of the modern fuel assembly and the increasing demand from the customer on delivery 

time, it is important that the design cycle time be shortened.  All of these factors limit the number of 

designs that can be evaluated in a given period of time.  Therefore, the CFD approach was proposed as 

an evaluation tool for pressure drop and flow field evaluation for different component designs.  Recent 

advances in CFD and computing resources have made it feasible to simulate the 3D flows through 

complex geometries in the reactor core and specifically in a fuel assembly.  CFD has been used to 

investigate flow and heat transfer in fuel assemblies [1, 2]; estimate hot-spot conditions in rod bundles 

[3]; improve spacer grid mixing vane designs [4]; and to perform two-phase flow and CHF analysis 
[5].  However, CFD investigations of the fuel inlet region is rather limited, partly due to the complex 

geometry to be resolved with adequate mesh elements and limited experimental data to be compared 

with.  A recent study [6] benchmarked the pressure loss through the perforated plates, which are 
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similar to bottom nozzles used in the fuel assemblies.  This study, however, considered only the 
perforated plates and did not include the P-grid, bottom grid and fuel rods; the maximum number of 

holes in this study was 64, while a typical bottom nozzle usually has more than 600 flow holes.  

Therefore, to improve the fuel assembly design process, this CFD study includes all necessary 
geometric features and compares the results with experimental measurements.  In 2009, an effort to 

develop a CFD model for the pressure drop prediction for fuel assemblies took place in the 

Westinghouse Nuclear Fuel division.  The purpose was to develop a CFD model based on the 

Westinghouse fuel thermal hydraulics test facility and to benchmark the CFD model against test data.              

 

2.   HYDRAULIC TEST FACILITY  

 

The tests were performed in the Fuel Assembly Compatibility Test System (FACTS).  This mobile, 

isothermal, closed-loop test system was designed to provide single-phase hydraulic data from which 

pressure drop characteristics of fuel assemblies could be determined.  In the FACTS loop, loop flow, 
which is measured by a venturi flow meter, is controlled by a variable frequency drive for the main 

pump motor in conjunction with a pneumatically operated proportional control valve.  Heat is injected 

into the system solely by the work done on the fluid by the main pump.  Temperature is controlled by 

adjusting the flow of cooling water on the secondary side of the heat exchanger.  Loop pressure is 

established by a pneumatically driven hydraulic pump acting against a backpressure regulator.  A 

pressure relief valve provides protection against over-pressurization of the loop.  A rupture disc 

provides additional protection.  The design operating limits of the system are 250°F and 225 psig.  All 
pressure boundary components were designed in accordance with Section VIII of the ASME Boiler 

and Pressure Vessel Code and ANSI/ASME Standard B31.1 for boiler external piping. 

 
The instrumented flow housing is custom-designed for each fuel assembly type to strategically place 

pressure taps for optimum data acquisition.  Likewise, the upper and lower core plates are customer 

designed in order to model the specific reactor geometry to assure correct hardware interface and to 
simulate correct inlet and outlet flow conditions.  The core plates are positioned in the flow housing at 

the representative reactor cavity height for a Westinghouse 17x17 core.   

 

 

 

 
Fig 2-1: FACTS test facility 

 

Figure 2-1 is a general illustration of the test vessel including the flow housing.  The flow housing is 
mounted inside the pressure vessel.  This figure is rotated 90 degrees from the actual test positions of 

the fuel assembly in a vertical configuration.  Figure 2-2 shows a schematic of the elevations and 

connections of the pressure taps for the test.   

Fuel Assembly 

Flow Inlet Flow outlet 
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Fig 2-2: Pressure Tap and Grid Elevations 

 

The data is then post-processed to reflect the Reynolds number effect on the fuel assembly pressure 

loss.  The overall uncertainty of the test data is 5%.  These data were then used as the basis for the 

purposes of performing detailed Computational Fluid Dynamics analyses (CFD), as discussed below.  

 

3. CFD MODELLING 

 

In this section, the CFD modeling approach of the FACTS test results is discussed.  

 

3.1 Geometry  

 
The whole fuel assembly has many spacers and each spacer has a complicated geometry.  The focus of 
this study is the fuel inlet section.  The computation domain includes the lower core plate, the standard 

bottom nozzle, P-Grid and Bottom Grid as shown in Fig 3-1. Full details of the geometry are included.  

Because of the symmetry of the geometry, a triangle portion of a quarter of the fuel assembly was used 

in the CFD model.  As can be seen, an inlet duct was modeled below the lower core plate to establish 

the flow development in the entrance region.  Figs 3-2 and 3-3 show the detail of the standard bottom 

nozzle, P-Grid and Bottom Grid used in the simulation.  A computation fluid domain was extracted 

from the detailed solid model and all the geometry features were kept in the fluid domain.  Fig 3-4 

illustrates the bottom nozzle region and bottom grid region of the fluid domain. 
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Figure 3-1: Fuel assembly inlet computational domain 

 

 

 
 

Figure 3-2: Solid model of the bottom nozzle 

      
 

Figure 3-3: Solid model of the P-Grid (left) and Bottom Grid (right) 

 

Symmetry Symmetry 

Shroud wall 
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Figure 3-4: Solid model of the P-Grid (left) and Bottom Grid (right) 

 

3.2 Computational mesh and mesh sensitivity study  

 
The fluid domain in parasolid format was imported into StarCCM+.  The boundary faces such as the 

inlet, outlet, wall, and symmetry, were identified and defined.  The trimmer, surface remesher, and 

prism layer mesher were used to generate hexahedral cells.  Due to the complexity and dimension 
difference in the model, local refinement zones were defined to capture the intricate details of the 

bottom nozzle holes, grid springs, and grid dimples.  Different mesh resolutions were attempted for the 

grid sensitivity study.  The differences between the CFD results and the test data were listed in 

Table 1.  The errors in the Table 1 were calculated based on the pressure drop measured at D19 in the 

test.  As the mesh density increases, the CFD results get closer to the test data.  The mesh sensitivity 

study also uncovered that the results are sensitive to the geometry of the flow holes in the bottom 

nozzle. This finding was also supported by results from reference [6].  The bottom nozzle has 

hundreds of small flow holes that are chamfered at the inlet and outlet.  The CFD results show that 

these chamfers affect the pressure drop across the bottom nozzle.  The chamfer dimension and angle 
needed to be resolved by increasing the mesh density for the CFD results to be closer to the test 

results.  This requirement also revealed the challenge in simulating the fuel assembly inlet region: The 

overall dimension of the fuel assembly and the bottom nozzle hole chamfers are at a difference of 
1000:1.  In order to get accurate results, the mesh has to be refined further leading to a larger mesh 

size.  Even with local refinements, a typical mesh that resolves the geometry details contains about 60 

million cells.  It requires at least 8 hours to generate this kind of mesh on a single CPU with sufficient 
memory.  A large mesh size also demands more computer resources in running the simulation and 

post-processing the results.  Fig 3-5 shows a typical mesh on the surface of the fuel rods and the 

bottom nozzle holes.  The meshes used in the mesh sensitivity study are displayed in Fig 3-6.     

        
Table 1: Mesh sensitivity study. 

 Initial mesh 

(7M cells) 

Refined 

mesh 

(16M cells) 

Refined 

mesh 2 

(28M cells) 

Refined 

mesh 3 

(50M cells) 

Refined 

mesh 4 

(60M cells) 

Test results 

Error 41.9% 17.3% 14.8% 10.4% 8.7% N/A 
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Figure 3-5: Computational mesh 

 

                                  
                         7M cells                            16M cells                         60M cells 

 
Figure 3-6 Mesh sensitivity study 

 

 

3.3 CFD Model Setup 

 
The FACTS test was carried out without heat transfer.  The iso-thermal segregated solver in 

StarCCM+ was used.  The segregated solver employs the SIMPLE scheme.  It solves the momentum 

and pressure sequentially.  It is suitable for general flow without strong body force.  Water with 

constant density and viscosity was used as working fluid.  Different turbulence models, i.e., realizable 

ε−k , ω−k , and Reynolds Stress Model were tested with the coarse mesh.  The Reynolds Stress 

Model failed to converge.  The results from realizable ε−k  model gave the best comparisons to the 

test data.  Therefore to study the different mesh refinement levels, a realizable ε−k   model was used.  

Second order upwind schemes were used for momentum and turbulence.  At the inlet of the 
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computational domain, the mass flow inlet was used.  A number of flow rates were investigated as 
shown in Table 2.  The outlet was set as the pressure boundary.  Since only a quarter of the geometry 

was included in the model, a symmetric boundary condition was defined at the two geometrical 

symmetry planes.              

 

Table 2: Flow rate at inlet 

Reynolds 

number 

60144 65815 79573 92161 105527 123707 

Flow rate 

(GPM) 

998.5 1095.6 1301.1 1501.7 1704.4 2000.9 

 

3.4 CFD results & discussions 
 

The calculations were carried out on 80 parallel processors.  Each flow rate case took around 8 hours 

and 1500 iterations to reach full convergence.   
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Figure 3-7 CFD results comparison with the test data 

 

In the test, the pressure was measured at elevations of -7.25 inches and 17.58 inches, where the top of 

lower core plate surface (bottom of the bottom nozzle) was defined as zero as shown in Figure 2-3.  
There were 2 pressure taps at each elevation on the opposite side of the housing.  These two pressure 

measurements were averaged to get the final reading.  The pressure difference between the two above 

elevations was named as D19 as shown in Figure 2-3.  The CFD results were post-processed at the 
same elevation by averaging the pressure at the elevation planes.  The averaged pressure was then 

compared to the test results in Fig 3-7.  It was found that the initial coarse mesh gives a much higher 

pressure drop compared to the test although it shows a similar trend.  The ω−k  SST model in 

StarCCM+ gave a much higher pressure drop compared to the realizable ε−k  turbulence model.  It 

was then decided that the realizable ε−k turbulence model should be used for the study.   

 

After refining the mesh to around 60 M cells, the predicted pressure drop from CFD is much closer to 

the test results with an averaged difference of 8.7%.  Further refinement of the mesh was attempted, 

but the simulation results were hardly changed.  Considering the 5% uncertainty in the test data, it was 

concluded that the results from CFD are acceptable and the future CFD simulations should use the 
same approach. 
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In order to understand the effect of the mesh density, the flow field from the three different meshes 

shown in Figure 3-6 was investigated.  Figure 3-8 displays the velocity distribution across a plane for 

all meshes.  The results from the 60M cells model showed separation bubbles at the inlets of the 
bottom nozzle holes (location “a” in the figure).  The low velocity region behind the trailing edge of 

the P-Grid (location “b” in the figure) was captured.  The 16M cells model captured the separation 

bubbles at the same location.  However, the low speed region behind the trailing edge of the P-Grid 

was not captured.  In the 7M model, it did not show separation bubbles at the low velocity region 

downstream of the trailing edge of the P-Grid.  The pressure contour plots of 7M cells model 

illustrated a low pressure region at the exits of the bottom nozzle hole.  The model with the finer mesh 
showed a smoother pressure transition through the bottom nozzle holes.  It demonstrates that the 

unique structure of the bottom nozzle requires a mesh with adequate refinement to be able to resolve 

the velocity and pressure gradients in this region.                                  
 

 
                           Velocity      Pressure 

 

Figure 3-8 Velocity and pressure contours at the symmetry plane of the fuel assembly 
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Figure 3-9 Area-averaged pressure drop at difference elevations in the fuel assembly  

 

In order to understand the behaviour of flow, the area-averaged pressure drop is plotted at the different 
elevations in the fuel assembly in Figure 3-9.  As the flow goes through the lower core plate holes, it 

accelerates and the pressure drop increases.  At the 0 inch elevation, the flow starts entering the 

bottom nozzle.  The flow expands before it accelerates into the bottom nozzle holes.  It causes a 
pressure drop decrease and then a rapid increase between the 1.5 inch and 2.5 inch elevations, 

corresponding to the bottom nozzle flow hole inlet and outlet locations. Once the flow exits the bottom 

nozzle flow holes, it decelerates and causes a pressure drop decrease.  At the bottom nozzle flow hole 

inlets and outlets, the velocity gradient is very high as shown in Figure 3-8.  The high velocity gradient 

requires a fine mesh to resolve it.  The majority of the mesh refinement in the 60M cells mesh was at 

the bottom nozzle flow hole locations.  Figure 3-9 shows that the only significant difference in the 

pressure predictions from the two meshes happens across the bottom nozzle.  This demonstrates the 
significance of the computational mesh in the PWR fuel inlet calculation.                     

 

4. Conclusions 

 
A fuel inlet CFD model has been developed.  Extensive investigation on the effect of the turbulence 

models and the mesh density has been carried out.  The investigation revealed that a mesh sensitivity 

study is necessary to develop an accurate CFD model.  The challenges in the fuel assembly CFD 

modelling have been discussed.  The ability to capture the exact details of the bottom nozzle hole 

including the chamfer dimensions has a significant impact on the pressure drop predictions.  The 

nature of the PWR fuel bottom nozzle design proves to be very sensitive to the pressure drop across 

the bottom nozzle.  Something as minor as a manufacture tolerance might have an impact on the CFD 

results.  The existence of areas with a high velocity gradient makes it necessary to have a fine mesh in 

the CFD model in order to achieve results that closely match the test results.     
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Abstract. The rapid advancement of numerical techniques and the availability of increasingly 
powerful supercomputers  recently enabled scientists to use large eddy simulation (LES) to simulate 
numerically the flow in a full subassembly composed of wire-wrapped pins. Because of the extreme 
computational cost of such simulation, it was not possible to conduct a sensitivity case on the pin-wire 
interface modeling. Since such calculations are likely to be extended to conjugate heat transfer, 
however, a sensitivity study is necessary to assess the reliability of the numerical results. It is well 
known that conjugate heat-transfer results are often strongly influenced by near-wall modeling. The 
objective of the present work is to investigate the effect of pin-wire contact modeling from the point of 
view of both the hydraulics and the heat transfer characteristics. In particular, the focus is on the 
prediction of the hot spot in conjugate heat-transfer calculations. The primary test case is the 
simplified geometry recently proposed by Ranjan et al., which consists of a simple channel flow with a 
wire embedded in one of the walls. After reproducing the results using the LES code Nek5000, we 
examined several other choices for the wire-pin interface modeling, including the introduction of a 
nominal gap between the wire and wall. The results shed light on the sensitivity of LES calculation 
results to the modeling of the interface region between wires and pins.  
 

1.  INTRODUCTION  

 

The study of conjugate heat transfer is needed for accurately simulating the flow and temperature 
fields of a nuclear reactor core. With computational fluid dynamics-based techniques and the use of 
supercomputing platforms, one can now achieve a remarkable degree of accuracy for the most relevant 
turbulence factors, such as the average velocity field, the averaged temperature distribution, and the 
stresses inside the fluid region. The coupling of the fluid dynamics problem with the conduction 
equation solved inside the fuel pin is less straightforward, however. In particular, the choices made in 
modeling the contact between the fuel pin and other structural components (such as spacers or wires in 
the case of sodium-cooled fast reactors) might lead to sensitive perturbations on the prediction of the 
hot spot (i.e., peak temperature in the solid) or other thermodynamic and hydrodynamic properties, 
since such details have effects on other geometries (Qu and Mudawar, 2002). 
 
For instance, Pointer et al. (2009) recently used large eddy simulaton (LES) to simulate numerically 
the flow in a full subassembly composed of wire-wrapped pins. Because of the extreme computational 
cost of such simulations, it was not possible to conduct a sensitivity study of the pin-wire interface 
modeling. Since such calculations are likely to be extended to conjugate heat transfer, however, a 
sensitivity study is necessary in order to assess the reliability of the numerical results.  
 
In fact, the wire introduces a higher resistance to conduction in the radial direction which, combined to 
the high conductivity of sodium,  might lead to a significant localized hot spot. The presence of local 
stagnation points might also affect the temperature distribution in the fluid (Tang et al., 1978). The 



way the interface is modeled has the potential to affect the value of the hot spot, since it would affect 
the hydrodynamics and the local heat transfer. Moreover, in some instances, the wire might be in 
contact with the pin, depending on design and operational conditions. Thus, to the uncertainty due to 
numerical modeling one should add uncertainty due to the variability of the physical conditions. 
 
The main purpose of the present work is to shed some light on how pin-wire contact modeling affects 
the hot-spot prediction in a simplified geometry. Arguably, such a study would be problematic in an 
actual core because the hot-spot position and value are determined essentially by the axial position 
(due to the nonuniformity of the power distribution; see Khakim et al., 2009, and Baglietto and 
Ninokata, 2006) and it would be nearly impossible to separate the small but potentially significant 
effect due to the modeling of the wire or other structural components.  
 
The primary test case is the geometry proposed by Ranjan et al. (2010), which consists of a simple 
channel flow with a wire embedded in one of the walls. Ranjan et al. provided detailed and extremely 
accurate (i.e., obtained with highly resolved direct numerical simulation techniques) distributions for 
the velocity field and other turbulent statistics, thus allowing us to fully verify and validate our 
calculations. 
 
After reproducing the results using the LES code Nek5000 (Fischer et al., 2008), we examined the 
conjugate heat-transfer problem (which was not studied by Ranjan et al., 2010). We also considered an 
additional modeling option for the wire: the introduction of a nominal gap between the wire and wall. 
We then used the commercial code STAR-CCM+ in RANS mode to study the same problem, with the 
double purpose of verifying the results obtained and testing the capability of RANS-based methods to 
achieve accurate results for the present case. 
 

2.  METHODOLOGY 

In this section we describe the two wall-wire contact models used. We present the mathematical model 
and the relevant parameters chose, and we discuss the methodology used for the simulations. 

 

2.1 Problem description 

 

 

Fig. 1. Three-dimensional representation of the case with (left) contact between wire and wall and 
(right) no contact between meshes.  

 
The direct numerical simulation (DNS) calculation of Ranjan et al. (2010) was selected for its 
generality, its high resolution (it was computing over 100,000,000 collocation points), and its 
relatively low Reynolds number. The geometry investigated in that paper corresponds to a wire 
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immersed in a channel flow with both streamwise (direction z) and spanwise (direction x) periodic 
boundary conditions (the boundary conditions are identical for Nek5000 and STAR-CCM+). The 
geometry is shown in further detail in Fig. 1.  
 
In the present work, while keeping the same outline for the geometry, we explore two wall-wire 
contact models. In the first case we keep the same contact modeling used by Ranjan et al. (2010), 
where the wire and wall are considered in contact and merged with an appropriate fillet. In the second 
case the wire and wall are separated by a nominal gap g.  For the present case hLx 4 , hLz 8 , 

and hD  . The nominal gap is set to equal to hg 05.0 , in order to allow a small but significant 
cross-flow. 
 
No heat transfer calculation was performed in the work by Ranjan et al. (2010). In the present 
simulations a heat source is specified within the walls while it is assumed that no that heat is generated 
in the wire. 
 

2.2 Mathematical Model 

 
The conjugate heat-transfer problem is solved by resolving the incompressible, constant-property, 
Navier-Stokes equation in the fluid (1–3) and the conduction equation in the solid (4): 
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where u is the velocity field, T is the temperature,  is the viscosity,  is the thermal diffusivity (s in 
the subscript refers to solid, f for the fluid),  is the density of the fluid, p is the pressure, t is the time, 
and x is the Cartesian coordinate. Here q  is not the volumetric heat source but rather the ratio between 
the volumetric heat source and the thermal capacity of the solid; it can be seen as a temperature 
source. This source is set to a constant value in the heated solid and to zero in the wire. 
 
Periodic boundary conditions are assumed in the streamwise and spanwise directions for the velocity, 
with a constant pressure gradient in both directions determined dynamically in order to maintain a 
constant mass-flow rate. Similar configurations are common in the simulation of parallel channel 
flows. In the case of conjugate heat transfer, special attention needs to be paid to the energy equations, 
since the temperature field is not periodic. If the temperature source distribution is constant, however, 
the problem can be reduced to a periodic one for the temperature as well (Iaccarino et al., 2002). 
 
The temperature in a configuration such as the one examined here can be written as 
 

TzTT
~

0    ,                                                                                                                                    (5) 

 
which represents a linear gradient in direction z (streamwise direction) superposed on a periodic 

temperature field T
~

. The ramp of the gradient can be determined by the conservation of energy 



principle (since the energy is evacuated from the system only through the fluid, if higher-order axial 
conduction is neglected (Ghaddar et al., 1986): 
 

bulkf

S

fp

sp

WA

A

c

c
q

1

,

,    .                                                                                                                           (6) 

 

Here, 
f

S

A

A
 is the ratio between the area of the solid and the fluid (on a plane normal to z), and Wbulk is 

the streamwise bulk velocity. We note that depends on the ratio between the heat capacity of the 

solid and the heat capacity of the fluid 
fp

sp

c

c

,

, . In fact,  is a measure of how easily the fluid is able to 

evacuate heat from the solid. If the heat capacity of the fluid is significantly higher than the heat 
capacity of the solid, the same temperature source in the solid will cause a smaller, streamwise fluid 
temperature increase. A high value of   indicates a poor coolant, whereas a low value indicates an 
effective coolant. 
 
Substituting (5) into (3) and (4) leads to the following set of equations for the temperature: 
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The equations are balanced in the sense that the energy produced in the solid is dissipated in the fluid. 
No energy is transferred at the boundaries. Therefore, periodic boundary conditions can be applied for 

the temperature field T
~

. 

 

2.3 Choice of Parameters 

 
The relevant parameters for the following problem are the Reynolds numbers in direction x and z; the 
Prandtl number; the ratio between the thermal diffusivity in the solid and the thermal diffusivity in the 
liquid; and, to a minor extent, the ratio between the thermal capacities. The Reynolds number in 
direction z can be defined as 
 


hWbulk

z Re   ,                                                                                                                                      (9) 

 
which is chosen to be equal to 6,000 (consistently with Ranjan et al. (2010), albeit slightly higher). 

bulkW is the bulk velocity in the streamwise direction. The Reynolds number in direction x can be 
defined as 
 


hU bulk

x Re   ,                                                                                                                                    (10) 

 
which is chosen to be equal to 1,000 (consistently with Case C in Ranjan et al. (2010), albeit slightly 
higher). bulkU  is the bulk velocity in the spanwise direction. The Prandtl number can be defined as 

 



f


Pr    ,                                                                                                                                           (11) 

 
which is chosen to be equal to 0.01, a value representative of a liquid metal coolant. The ratio between 
the two thermal diffusivities is assumed to be equal to 10 (the thermal diffusivity in the liquid being 10 
times higher than the solid), and the ratio between the thermal capacities is assumed to be equal to 1. 
This corresponds loosely to the case of a liquid metal coolant and a uniform metallic fuel. 
 
We note that the source term does not appear as a relevant parameter of choice. The reason is the 

following. There exists a normalization of the temperature T
~

 (and notably L , where L is a 
lenghtscale of arbitrary choice) for which the source term can be removed from the equation. Since 

T
~

is a fluctuation on the linear streamwise gradient, it is intuitive that the choice of q is irrelevant for 

its determination. An increased value of q would have a significant effect on , however, thereby 

influencing the distribution of T . 
 
On the upper and lower boundaries for the solid, a zero heat flux condition is applied (the temperature 
derivative is set to zero on the boundary). 
 

2.4 Numerical Methods 

 

 
 

           

Fig. 2. Grid structure: (top) very coarse grid (fourth-order polynomial) for the no-contact case; 
(bottom) detail. 



 
In this subsection we present the methodology used to simulate the flow field. The simulations were 
carried out by using the spectral element code Nek5000 in LES mode on two Argonne computer 
systems—Cosmea (a 32-node, 128-core Linux cluster) and Blue Gene/P (an IBM system with 40,960 
quad-core compute nodes)—with up to 15,000,000 collocation points. An example of structure of the 
macroscopic grid used is shown in Fig. 2 for the streamwise-normal cross section; the figure depicts 
the elements and the actual collocation points for a very coarse mesh  with no contact between wire 
and wall. The discretization is designed to allow for at least one point near the wall at y+<1 and five 
points within y+<10. 
 
Spectral elements methods are a class of higher-order methods in space. Polynomial functions of up to 
the 11th degree have been used to discretize the velocity field in each element. In the generalized 
weighted residual framework, the present spectral element method can be classified as a Galerkin 
method where the test functions and the basis functions for each element are Lagrange polynomials 
evaluated on Gauss-Lobatto-Legendre collocations points (for the velocity).  
 
In LES, large-scale turbulence is simulated while smaller scales are modeled. Since smaller scales 
have a nearly universal behavior, LES is a more reliable methodology than is Reynolds-averaged 
Navier-Stokes (RANS), in the sense that it generally depends less on the model details. It is also 
preferable to use direct numerical simulation because it can be performed at a reasonable 
computational cost. The contribution of the smaller scales to the energy cascade is in the present case 
modeled through a local, element-based explicit cutoff filter in wave-number space. The energy is 
removed from the smallest simulated scales (high wave-numbers), thus mimicking the effect of 
smaller eddies (Fischer and Mullen, 2001). This procedure allows for a coarser grid and therefore 
lower computational cost. Time advancement has been carried out through an explicit third-order, 
backward finite-difference scheme. An additional benefit of this method is that it does not explicitly 
define an eddy viscosity, leaving the definition of a turbulent Prandtl number as superfluous. The 
Nek5000 code has been extensively validated and is massively parallel. In the present case the time 
stepping was chosen to have a maximum Courant number no higher than 0.4. For comparison, some 
calculations were also run by using the industrial-strength code STAR-CCM+ in the RANS 
framework with a realizable k- turbulence model and all-y+ wall modeling. 
 

3.  RESULTS AND DISCUSSION 

Several cases were run corresponding to two different geometries and different mesh resolutions. 
While the macroscopic mesh was not changed during the simulations, mesh convergence was proven 
by increasing the order of the polynomial basis from the 4th order up to the 11th.  

 

3.1 Velocity Distribution  

 
Fig. 3. Instantaneous streamwise velocity in a z-normal plane. Spatial units are normalized by h.  



We begin by comparing the velocity field with the data of Ranjan et al. (2010). Figure 3 shows an 
instantaneous contour plot for the streamwise velocity, while Figure 4 shows a contour plot for the 
averaged streamwise velocity; both figures refer to the case with contact between wire and wall. 
Compared with similar plots published by Ranjan et al. (2010), these figures show a good degree of 
accuracy considering that the Reynolds number is 10% higher than that for the DNS case.  

 

 
Fig. 4. Time-averaged streamwise velocity in a z-normal plane. Spatial units are normalized by h.  

 

 

 
Fig. 5. Comparisons of the streamwise velocity and the cross velocity at x/h=0.0 (wire centerline) and 
x/h=1.0. The solid line represents the DNS data. All values are normalized by Wbulk. r represents the 
distance from the bottom wall. 
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Figure 5 shows four profile comparisons of the results obtained with Nek5000 (with contact modeling) 
and the DNS data. The accuracy is good considering the enormous difference in resolutions (we used 
less than one-tenth of the collocation points) and the difference in Reynolds number. All profiles refer 
to time-averaged data. (For the position in x, see Fig. 3.) 

 
Fig. 6. Comparisons of the streamwise velocity at x/h=6. Values are normalized by Wbulk. The solid 
line represents the DNS data; r represents the distance from the bottom wall. 

 

Figure 6 shows a comparison between the Nek5000 results for the case with no contact between wire 
and wall and the DNS data. Such a comparison would be meaningful, for validation purposes, only far 
from the wire. We therefore did the comparison at x/h=6.0: the agreement seems reasonable and 
within the scope of the present work. Time-averaging convergence was verified. 

 

 
Fig. 7. Comparison of the streamwise velocity between the two Nek5000 cases at x/h=6. Values are 
normalized by Wbulk; r represents the distance from the bottom wall. The solid line represents the case 
with contact between wall and wire. 
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Near the wire, the two cases (i.e., no contact and contact between wire and wall) behave differently. In 
the case of no contact, the velocity distribution appears to be altered. Figure 7 compares the two 
Nek5000 results at x/h=1.0. Near the bottom wall (r/h=0.0, where r is the distance from the bottom 
wall), the streamwise velocity is lower, an effect that could be related to the presence of a higher 
cross-flow in this area.  
 

In fact, as it can be seen in Fig. 8, the recirculation pattern near the gap is altered when compared to 
the case with no contact. Moreover the cross velocity in the narrow gap is significantly higher than the 
surrounding areas, probably because of local acceleration. This effect is nontrivial, and we plan to 
investigate it in further detail. It is also relevant from the point of view of the hydrodynamics.  

 

 

 

Fig. 8. Cross velocity: (a) vector plot for the case with no contact; (b) near-gap vector plot for the case 
with contact; (c) contour plot of the velocity in direction x for the case with no contact.  

 

3.2 Temperature 

 

Figure 9 shows the average temperature distribution for the case with contact between wire and wall. 
The plots in Figs. 9 and 10 clearly are similar except for the wire region (and the statistical noise still 
present in Fig. 10). A hot spot can be observed in both cases near x=0 and r=-h (near the lower 
adiabatic boundary), with the hot spot in the no-contact case shifted toward x>0.  Note that the scales 
are different. It is evident however that in the case with contact between wire and pin the hot spot is 
slightly higher. 

 

a)   b)   

c)  



 

 

Fig. 9. Average temperature T
~

 distribution for the case with contact. 

 

 

Fig. 10. Average temperature T
~

 distribution for the case with no contact. 

 

 

Fig. 11. Temperature T
~

profile at x/h=0.0 for the two cases. Detail of the distribution near the lower 
adiabatic boundary is shown in the right box. The solid line represents the case with contact between 
wall and wire. 
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To provide a more quantitative comparison, we are also reporting the temperature profiles for x/h=0 in 
Fig. 11. While the two profiles are different and the case with contact clearly predicts a higher hot 
spot, the difference appears to be small. We conclude that the significant difference observed in the 
hydrodynamic side had little effect on the hot-spot prediction.  

We note, however, that the temperatures of the fluid at the wall near the contact region between wire 

and pin is significantly affected by the contact modeling. In the case with no contact the peak T
~

in the 
fluid was evaluated to be -31.5, while in the case with contact it was evaluated to be  -4.77. This is a 
significant temperature increase (about 10% of the maximum temperature difference within the 
model). The peak fluid temperature is an important design parameter because it determines the margin 
to boiling.  

 

 

 

Fig. 12. Temperature  T
~

 for the case with contact, obtained by using STAR-CCM+.  

 

Figures 12 and 13 provide further verification of the results obtained for the temperature. Figure 12 
shows the average temperature for the STAR-CCM+ case with contact between wall and wire. Figure 
13 shows a comparison between the temperature profile obtained by Nek5000 and that by 
STARCCM+ for the case with contact between wire and wall. The results are in very good agreement. 
For the present case RANS appears sufficiently accurate to predict the value of the hot spot. 

 

3.3  Summary 

 

The results presented here suggest that the modeling of the contact between wire and wall is 
significant, if not crucial, from the hydrodynamic point of view. It is less so from the point of view of 
the hot-spot prediction, since a significant difference in hydrodynamic behavior leads to only a few 
percentage points difference in the value of the hot spot. The peak temperature of the fluid, on the 
other hand, appears to be significantly affected, thus warranting further investigation of this issue.  

An additional conclusion that can be drawn is that RANS-based techniques are sufficient to reach 
accurate results for the prediction of the hot spot, for the present geometry and parameters. This seems 
to be due to the conduction-dominated nature of heat transfer for low-Prandtl fluid conjugate heat 
transfer cases. 



 

Fig. 13. Temperature  T
~

profile at x/h=0.0 for the case with contact, obtained by using Nek5000 and 
STAR-CCM+. The solid line represents the case performed using Nek5000. 
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Abstract  
 
Fire propagation constitutes a major safety concern in nuclear facilities. In this context, IRSN develops 
a CFD code, named ISIS, dedicated to the fire simulations. This software is based on a coherent set of 
models that can be used to describe a fire in large, mechanically ventilated compartments. The system 
of balance equations obtained by combining these models is discretized in time using fractional step 
methods, including a pressure correction technique for solving hydrodynamic equations. Discretization 
in space combines two techniques, each proven in the relevant context: mixed finite elements for 
hydrodynamic equations and finite volumes for transport equations. ISIS is currently in an advanced 
stage of verification and validation. The results obtained for a full-scale fire test performed at IRSN 
are presented.  

1.   INTRODUCTION 

Among the potential incidents in a nuclear facility, fire represents a considerable hazard. If left 
unmitigated, a fire can damage critical safety elements, and may even lead to radioactive release in the 
facility or in the environment if containment is compromised. Radioactive material is contained by 
subdividing the facility into partially or totally sealed compartments, and interconnecting them 
through a ventilation system of passive components (filters) and active components (fans). The active 
components maintain under-pressure in zones where any accidental radioactive release must be 
captured and filtered by the ventilation system. In association with facility sectorization, the 
containment configuration also contributes to safety, preventing damage caused by fire and smoke 
from spreading to adjacent rooms. 

Fire modeling has improved continuously since its beginnings in the 1950s. It initially centered on 
correlations with experimental data or observations, then on analytical work, before focusing on 
numerical simulation, with the first generation of codes producing "zone-based" simulations. The next 
generation was based on applying scientific computing to fluid mechanics, which made it possible to 
describe a fire by numerically solving the conservation equations governing flow. Known as CFD 
(Computational Fluid Dynamics), this approach is now the main focus of simulation research and is 
widely used in the engineering and safety fields. The computer code ISIS, described below, is based 
on this approach. 

Modeling nuclear facility fires is particularly difficult as the natural complexity of fire development is 
compounded by coupled interaction with flows in the ventilation system. The originality of the ISIS 
code is its capacity to take into account this coupling. The thermodynamic pressure is related with the 
mass flow rate for ventilation vents by the mass balances. 

The first section of this article presents the physical models used in ISIS to describe a fire, and the 
numerical solution of the resulting balance equation system. The second part examines the method 
used to verify and validate the code. The third section describes in detail the ISIS validation on an 
integral fire conducted in the DIVA facility at IRSN. 
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2. CFD CODE ISIS 

The code ISIS is in open source, available at https://gforge.irsn.fr/gf/project/isis. The code copes 
with a wide range of applications including laminar or turbulent flows, possibly reactive, governed by 
incompressible, low Mach number Navier-Stokes equations. The set of physical models available in 
ISIS are detailed in (Physical Modelling in ISIS, 2010) . We present here the physical modelling used 
for the industrial application described before. A brief description of numerical methods are given. 

2.1.  Physical modelling 

During a fire in an enclosure, natural convection gives rise to flows in the enclosure atmosphere: gases 
heat up around the flame, rise in plume, transfer heat to adjacent structures and, once cooled in the 
plume are roughly a few meters per second, well below the velocity of sound. In other words, the 
characteristic time scale of this convective motion is small compared to the transit time for a sound 
wave in the system: the flow in question is said to have a low Mach number. Consequently, it can be 
shown (Majda, 1985) that the flow obeys a specific system of equations, derived from the equations of 
motion for compressible flows and differing only by the equation of state. The pressure characterizing 
the fluid (i.e. a term in the equation of state), referred to as the thermodynamic pressure, is assumed 
uniform within the space of the enclosure (but potentially variable in time). As in the case for 
incompressible flows, the momentum equation still has a pressure gradient term, allowing the velocity 
field to satisfy the mass balance. This gradient is estimated by using the dynamic pressure, variable in 
space and time. When the flow is isothermal and homogenous, this model is identical to the Navier-
Stokes equations for incompressible flows. 

Fire modeling is characterized by the wide range of spatial scales that must be considered. In a 
containment of several hundred cubic meters, there are fluctuations in flow that modify the flow 
characteristics at the observed scale, known as turbulent fluctuations. Given current computing 
capacity, it is not feasible to simulate the smallest of these scales, which must instead be modeled. For 
ISIS, this is achieved using methods known as "single-point statistics", which have been widely used 
by engineers for a few decades. In the first step, averaging the balance equations (Navier-Stokes, 
energy balance, mass balance for chemical species, etc.) leads to a system that displays average fields, 
but leaves certain terms dependent on their fluctuations. These terms are then expressed according to 
the average field, by relationships known as "closure relations". In the momentum balance equation, 
this operation displays an apparent viscosity (or turbulent viscosity), which must then be calculated 
using a turbulence model. For the current version of ISIS, the standard model k-ε is used, completed 
by a term that represents the effects of buoyancy. This model is described in the literature as a first-
order model with two balance equations, which complement the air flow equation system, i.e. the mass 
and momentum balances (Poinsot, 2001). Near the wall, where viscous effects are dominant, the two-
equation models for a high Reynolds number are not valid. Standard wall functions are used to take 
into account the boundary layers (Cox, 1995).  

Turbulent combustion is modeled in a simplified manner by a single reaction, involving three 
chemical species: fuel, oxygen, and products in the presence of a neutral gas. This reaction is 
considered complete and irreversible. Assuming an instantaneous reaction between the fuel and the 
oxygen, the mean chemical reaction rate is controlled solely by the turbulent mixture. This model is 
typically referred to as the EBU (Eddy Break-Up) model (Cox, 1995). The resulting system is 
generally governed by three mass balance equations (for the fuel, oxygen, and products). While the 
three chemical species in the mixture are assumed to have the same mass diffusion, it can be shown by 
linear combination that only two of the equations are independent; in ISIS, these equations involve the 
fuel mass fraction and a variable (called the mixture fraction), combining concentrations in such a way 
that the chemical reaction term is eliminated. 

The general form of the energy equation for a multicomponent reacting system is extremely complex 
and is usually simplified.  For low velocity flows, such as fires, many widely-used simplifications are 
possible. The viscous dissipation, the mixture kinetic energy and the work due to buoyancy forces can 
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be ignored in comparison to the heat flux vector. Moreover, for our applications, we suppose that for 
all  chemical species the diffusion coefficient is the same and that the thermal and species diffusivities 
are equal (Poinsot, 2001). As for turbulence modelling, near the wall, the convective flux is computed 
from wall functions using the laminar and turbulent Prandtl number (Cox, 1995). Finally, the 
conduction mechanisms in walls are modelled by a Fourier's equation.  

During a fire, due to the large geometrical dimensions of the physical area involved, radiation 
contributes significantly to heat transfer and therefore to flame development. The finite volume 
method (Chai, 1994), (Raithby, 1990) is selected for the integral application. This method is nowadays 
a popular method extensively used in computational fluid dynamics for different and complex 
situation. Neglecting the scattering effect and using the gray gas assumption, the radiative transfer 
equation is reduced in a transport equation following the directions of propagation. This approach is 
valid for semi-transparent and optically thick media. The absorption coefficient of the medium 
depends on gas temperature and composition, according to experimentally established correlations 
(Smith, 1982), as well as the soot volume fraction.  

The originality of the ISIS code is its capacity to take into account the effect of ventilation on the 
pressure.  The thermodynamic pressure and the mass flow rate for ventilation vents are related by the 
mass balances in the compartment and in the ventilation branch where an aeraulic resistance is taken 
into account. This point is major for simulating fire in nuclear plants. Indeed, during a fire in a 
confined and mechanically ventilated compartment, the variations of thermodynamic pressure inside 
the fire room modify mass flows at the admission and at the extraction branches, involving potential 
containment problems. 

2.2.  Numerical properties 

The equation system solved by ISIS comprises eight tightly coupled balance equations: the mass 
balances (global, fuel, and mixture fraction), the momentum and energy balances, the transport 
equations for turbulent energy k and its dissipation rate ε, and finally, the radiation intensity balance 
equation describing radiative heat transfer. Mathematically, these equations can be divided into two 
distinct groups: hydrodynamic relationships (momentum and mass balances or Navier-Stokes 
equations) on one hand, and the remaining balance equations on the other.  

The second group of equations is discretized in time and in space using a finite volume method to 
obtain schemes that achieve a good compromise between cost and accuracy, and ensures that 
unknowns stay within their physical boundaries (positive temperature and concentrations between 0 
and 1); second-order upwinding techniques are used to accurately take into account fast spatial 
variations in unknowns (e.g. at the flame front or close to the walls), without stability loss.  

The hydrodynamic problem is incompressible in nature, due to the low Mach number assumption, by 
which density is independent of pressure. It is discretized in space using a finite element technique that 
satisfies the compatibility properties between velocity and pressure necessary for stability. Unlike 
finite volume schemes with staggered meshes, this technique also makes it easy to use meshes that are 
locally unstructured due to the geometry involved or refinement. To ensure coherence with the finite 
volume discretizations, the approximation selected is low-order and conforming. An approximation of 
the momentum equation convective terms was developed in order to conserve kinetic energy 
(Ansanay, 2010), which is necessary to describe very low viscosity flows with large meshes.  

To make ISIS more efficient and robust, temporal discretization is carried out with a fractional step 
scheme (Babik, 2005), i.e. the equations are solved in sequence. This type of scheme has many 
advantages: cost per time step is reduced, discrete systems are easier to solve, and adding new balance 
equations to the system is simple. On the other hand, the ISIS scheme is not as accurate as an implicit 
method, and this must be offset by reducing the time step.  
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Finally, ISIS is based on the scientific computing development platform PELICANS. Developed at 
IRSN, and now available as open-source software (https://gforge.irsn.fr/gf/project/pelicans), 
PELICANS offers a library of software components, consisting of "building blocks" for implementing 
numerical methods. ISIS is entirely parallelized via this platform, for both the assembly and solution 
of discrete systems. In addition, it is possible to resolve linear systems using certain algorithm 
libraries, available as open-source software, including PETSc (Argonne National Laboratory), thereby 
ensuring that computer code performance meets current standards. 

3. VERIFICATION & VALIDATION APPROACH 

In view of this central role played by computer predictions, a major question rises, namely the 
assessment of the reliability of the simulations. More precisely, the problem posed is how to assess the 
degree of accuracy and validity of results given by a computer code; this is the aim of the verification 
and validation process (V&V). Nowadays, the most commonly referenced and agreed literature on this 
topic is probably the work of (Roache, 1998), of (Oberkampf, 2002) and the (AIAA guide, 1998).  
Among the concepts clarification brought by these authors, the most important may be the following 
basic definition for verification and validation: 

•••• Verification: the process of determining that a model implementation accurately represents the 
developer's conceptual model and the solution of the model. 

•••• Validation: the process of determining the degree to which a model is an accurate representation 
of the real world from the perspective of intended uses of the model. 

The relationships between development, verification and validation are illustrated in Figure 1. 

 

 

 

 

 

 

 

 

 

 

These both steps are used for each new development in ISIS code. 

3.1.  Verification 

The verification tests in ISIS enable to evaluate the consistance properties and the convergence of 
numerical schemes used. The principal methods are the following: 

•••• Analytic solution verification:  the solution of a system is analytically known. The initial and 
boundary conditions are given by the reference solution. The major limitation of this technique 

 
Figure 1: Sequences involved in development, 
verification and validation of a simulation code 

(AIAA guide, 1998) 
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is that governing equations admitting an analytical solution are usually obtained for physical 
problems much simpler than the real situation of interest, often leaving the physical phenomena 
uncoupled. 

•••• Manufactured solution verification: this method consists in building an analytical source term by 
applying the considered partial derivation operators to a given solution. The manufactured 
solution is then the exact solution of the partial differential equations plus the analytical source 
terms. This approach enables to verify each implemented partial differential equation and the 
coupling between several equations. 

•••• Numerical benchmark verification: benchmark solutions are solution to physical problems 
which may be considered as accurate and reliable, because obtained and published by a wide 
panel of researchers using different and often high-performance numerical methods. However, 
these verification tests, in most cases and up to now, are in two dimensions and essentially 
address laminar and incompressible flows. 

Examples of verification tests for ISIS code are given in (Suard, 2006). 

3.2.  Validation 

Code validation basically consists of comparing the numerical results with experimental data 
representing the real world situation of interest. ISIS uses a validation methodology defined and 
recommended by (AIAA, 1998; Oberkampf, 2002; Roache,1998). The first step consists in breaking 
up the complex engineering system of interest in several sub-system of less complexity:   

•••• Complete system: it is the final application for which the code must be validated. The 
phenomena are strongly coupled: turbulence, combustion with soot, radiation transfer, … The 

spatial domain can be varied between 100 and 5000 m³ and the fire time between 500 and 
5000s. 

 
•••• Sub-system:  it is a subset of the complete application. The number of phenomena is reduced as 

well as the spatial domain and the studied time in order to decrease time computation and to 
verify the convergences.  

 
•••• Model problem: this step of the validation consists in tests where the geometry is often bi-

dimensional, and the problem is steady. The coupling between phenomena are simplified: 
turbulence/combustion, turbulence/buoyancy, …  

 
•••• Unit problem: it is an academic test. The physical process must be known and experiments must 

be precise and well-documented. Only one phenomena is validated by unit test.  

The validation of the ISIS code is built to simulate a fire in mechanically ventilated enclosures. An 
example of  validation phases is illustrated in Figure 2. 

In the following, we will focus on the integral case, the others test-case being detailed in (Validation 
of  ISIS, 2010). 

 



 6 

 

4. SIMULATION OF INTEGRAL CASE 

Several integral tests conducted at the IRSN Fire Test Laboratory and consisting of a large scale fire 
scenarios in confined and mechanically ventilated compartments have allowed to progress in the 
validation process of the ISIS code. This section presents some of the numerical results obtained by 
simulating one of these scenarios named Prisme Source D1 (Pretrel, 2004).  

This fire test was the subject of a benchmark exercise proposed in the framework of the PRISME1  
OECD analytical working group (Audouin, 2010). One of the objectives of the PRISME experimental 
program was to analyse the effect of the ventilation flow rate on the heat released rate in a confined 
and mechanically ventilated compartment. 

In the following, the numerical results obtained by ISIS for the PRISME Source D1 test are presented. 

4.1.  Test description 

This fire experiment was in a single compartment of dimension 5 x 6 x 4 m³. The walls were 30 cm 
thick and made of concrete and the ceiling was insulated by rock wool panels of 5 cm thickness. The 
ventilation system included intake and exhaust branches which were located in the upper part of the 

compartment (see Figure 3). The initial ventilation flow rate was fixed at 560 m³/h. The pool fire of 
0.4 m2 area was a circular pan filled with a liquid fuel called TPH.  

The burning rate used for the simulation is given by the experiment (see Figure 4). At the beginning, 
the burning rate rapidly increased like in open pool fire situations. Then, as the oxygen concentration 
decreased the mass loss rate decreased too, which implied a long steady state. The fire stopped by lack 
of fuel. 

                                                
1 The acronym PRISME comes from the French phrase Propagation d’un incendie pour des scénarios multi-

locaux élémentaires, which in English can be translated as "Fire propagation in elementary multi-room 
scenarios" 

 

Figure 2: Various validation phases of the ISIS code 
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4.2.  Numerical parameters 

The simulated time is 4000s. To reduce computational time, the time step is adaptive according to 
numerical criteria. This strategy enables to have a large time step during the steady phase observed in 
Figure 4. 

In order to simulate correctly the flow near walls, the mesh is thinner in this zone. The flame zone 
required too a small mesh to compute correctly the combustion and the radiative transfer. The 
simulation is performed with 236000 cells. 

4.3.  Results 

Numerical results are compared with the experimental measurements. Table 1 gives an indication of 
the experimental uncertainties. The understanding of complex phenomena  occurring during this test is 
limited and therefore cannot permit to determine the various experimental uncertainties with a great 
precision. In the following, the experimental uncertainties are reported on the figures. 

 

Quantity 
Gas 

temperature 
Oxygen con- 
-centration 

Wall 
temperature 

pressure 
Admission 
flow rate 

Exhaust flow 
rate 

Relative 
uncertainty  

10% 2% 15% 30% 10% 10% 

Table 1: Summary of the relative experimental uncertainties  

Different points are studied to validate the ISIS code on the integral case: ventilation mass flows, gas 
and wall temperature, oxygen concentration. These quantities are major for the safety of an 
installation. 

4.3.1.  Ventilation  

It can be seen from experimental measurements that the time variation of the compartment pressure is 
divided into three distinct phases: 

i)    an unsteady state phase, during which the pyrolysis rate increases then falls to its nominal 
value; the observed pressure variations and pressure peak are thus caused by the heat release 
rate in the compartment and the aeraulic resistance of the mechanical ventilation system.  

 

Figure 4: Experiment burning rate 
 

Figure 3: Configuration of the computational 
domain 
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ii)  a quasi-steady state combustion phase, where the pyrolysis rate is constant. An equilibrium is 
established between the energy produced by combustion and the heat lost to the walls, on one 
hand, and heat extracted by the ventilation system on the other. The pressure is nearly constant 
during this phase; 

iii)  a final extinguishing phase, during which the flow of evaporated fuel decreases considerably, 
creating an imbalance between the energy supplied by the fire and the energy lost as heat. The 
pressure initially falls, but rises once again to equilibrium level in the second half of this 
phase, due to air supplied by the ventilation system. 

      On Figure 5 we can see that ISIS was able to correctly compute these variations.  

The computed mass flow rates in vents are in accord with the experiment (see Figure 6). After ignition, 
an inversion of flow at the intake branch occurs. The inversion is caused by a rapid increase of the 
pressure due to fire ignition during this unsteady-state phase. Numerically, the both inversions are 
correctly computed. On Figure 6, the code slightly over predicts the flow in the exhaust branch. This 
variation can be explained by the fact that in the experiment the flow is measured inside the duct 
whereas in ISIS the flow is directly computed in the outlet. 

 

 

 

 

 

 

 

 

 

 

(i) admission  (ii) exhaust 

Figure 6: Evolution in time of the admission and exhaust flow rate 

 

Figure 5: Evolution in time of the 
thermodynamic pressure in the room 
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4.3.2.  Gas and wall temperature   

The time evolution of the gas temperature in the room far from the flame is shown in Figure 7.  At fire 
beginning (t=40s), gases heat quickly in the plume. A hot gas layer composed of combustion products 
and smoke occurs by natural convection close to the ceiling. During the steady phase, this hot zone 
expands almost completely occupying the room and impact of the vents are depicted by Figure 7 (iii). 
At fire end, the ventilation cools the gases. 

 

(i) t=40s (ii) t=80s 

(iii) t= 2000s (iv) t=3225s 

Figure 7: Temperature evolution in the room: isotherms 100°C and 150°C at left and temperature field 
(in °C) at x=0.3m at right. 

Figure 8 represents the time evolution of the temperature far from the flame for several heights. The 
temperature is slightly under-predicted by the code during the fire but remains in the range given by 
the experiment uncertainties. At the fire beginning, the temperature peak  is correctly computed.  

 

 

 

 

 

 

 

 

                 
Figure 8: Time-dependent change in gas temperature at various 

heights in compartment 
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The ISIS code enables a computation of the wall temperature from the flux equality at the wall 
interface. Figure 9 shows the time evolution of the wall temperature for several heights. The numerical 
results are in accord with the experiments.  

(i) z=0.3m  (iii) z=2.60m 

Figure 9: Time-dependent change in wall temperature  in two points (lower and upper part)  

4.3.3.  Oxygen concentrations 

For oxygen concentration, the numerical results are in accord with the experiments (see Figure 10). 
The oxygen concentration plays an important role on the fuel mass loss rate and consequently on the 
fire duration. As the oxygen concentration decreases, the burning rate decreases too and the fire time is 
longer as a fire scenario in a well ventilated room.  

 

(i) z=0.8m (ii) z=3.3m 

Figure 10: Evolution in time of the oxygen concentration in two points (lower and upper part)  

 

5. CONCLUSION 

ISIS implements a coherent, proven set of models capable of simulating fire development in open 
environments, as well as in large confined and ventilated enclosures, similar to those in a nuclear 
facility. Good agreement is obtained for the Prisme Source test for the ventilation, the gas and wall 
temperatures and the oxygen concentration.  

The work on ISIS progresses along two directions to improve the code: physical modelling and 
numerical schemes. For the first part, many works are currently developed: 
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•••• the evaluation of the mass loss rate in confined domain in order to have a predictive code. First 
works give encouraging results (Nasr, 2010) where the mass loss rate is computed from the sum 
of fluxes. 

•••• the production and the oxidation of soot play an important role on the combustion and radiative 
transfer. It is important to develop accurate models which are available in confined domain. 

•••• the turbulence modelling: an approach by Large Eddy Simulation is in progress in ISIS.      

The second part is oriented to have efficient numerical schemes for structured and unstructured 
meshes. The aim is to have a code able to compute fire for instance in compartment with a complex 
geometry as there is in nuclear facilities.  
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Abstract  
A CFD (computational fluid dynamics) calculation for the SRI’s hydrogen explosion test was 
performed to establish an analysis methodology for a hydrogen explosion phenomenon. A spark 
ignition model to simulate an electric spark of 40J in the SRI’s hydrogen explosion test was developed 
based on an energy conservation law. The CFD analysis can reasonably predict the peak overpressure 
and flame front TOA (time of arrival) if proper values for the pressure and the radius for the spark 
ignition model are chosen. A sensitivity calculation for the spark ignition model and grid distribution 
should be performed to establish the CFD analysis methodology for the hydrogen explosion. However, 
it is know that the CFD analysis may be used as an accurate evaluation tool to provide the 3-
dimesnional information of an overpressure and a time history of the overpressure variation.  
 

1.   INTRODUCTION  

A Very High Temperature Reactor (VHTR) connected to a hydrogen production facility is being 
developed at KAERI (Chang, 2007). The VHTR and the hydrogen production facility will be designed 
and constructed according to Korean regulations and technical standards. One of the regulations may 
be the safety distance between the VHTR and the hydrogen production facility. This distance is 
generally determined by the peak overpressure that does not damage a structure or the people near by 
it (Kang, 2009). A Computational Fluid Dynamics (CFD) code may be a useful tool to predict an 
overpressure due to a gas explosion because the CFD can simulate a gas leakage from a storage tank, a 
dispersion into an air environment and the explosion phenomenon continuously (Inba, 2004a; Inba, 
2004b; Kang, 2009). The CFD can also analyze the asymmetric explosion phenomenon due to a 
complicated geometry and a wind effect (Inba, 2004a; Inba, 2004b). Another advantage of the CFD 
analysis is that it can provide valuable information on an impulse which is defined as the overpressure 
times the duration of a pressure wave (Bjerketvedt, 1997; Kanninen, 1985; Popat, 1996; Wingerden, 
1999). The quantity of the impulse may be used in consideration of the dynamic load (Kanninen, 
1985; Wingerden, 1999). A the peak overpressure at a certain location in the CFD analysis can be 
determined from a time history of the overpressure data.  

The CFD analysis was performed to start the development work for the analysis methodology for a 
hydrogen explosion phenomenon and to predict the peak overpressure distribution inside the tent in 
the 5.6m3 mixture volume of hydrogen and air case of the SRI hydrogen explosion tests (SRI, 2002). 
As a first step, the pressure buildup process by the combustion flame acceleration due to the obstacle 
inside the tent should be accurately simulated. Otherwise, the pressure wave propagation from the tent 
region into the far field may not be predicted well. The final goal of the CFD analysis is to develop a 
complete evaluation tool for a gas leakage from a hydrogen production facility, a hydrogen dispersion, 
a hydrogen explosion and a blast wave propagation. A commercial CFD code CFX-11 (Ansys, 2008) 
was used.  



2.   SRI HYDROGEN EXPLOSION TEST  

The SRI performed the hydrogen explosion test in an open space by varying the mixture volume of 
hydrogen-air, the hydrogen gas concentration, the ignition method and the existence of an obstacle, 
and they measured the peak overpressure and the flame front Time-Of-Arrival (TOA) inside the tent 
where the hydrogen gas was located and around the tent (Fig. 1) (SRI, 2002). Also, the peak 
overpressure at 11m, 21m and 41m from the tent was measured. After the start of the ignition in the 
experiment, the tent was quickly removed. For a comparison of the measured peak overpressure with 
the predicted value the CFD results, the selected test cases are a 5.6m3 volume mixture of hydrogen 
(about 30 vol. %) and air with an obstacle under a spark ignition of 40J. The stoichiometry reaction of 
hydrogen and air is expressed as Eq. (1).  

 H2 + 1/2O2 → H2O (1) 

 

 
 

 

    

 

 

 

 

Fig. 1: SRI Hydrogen Explosion Test Facility (SRI, 2002) 

 

3.   SRI HYDROGEN EXPLOSION TEST 

3.1 Grid Model and Boundary Conditions 

A 3-dimensional and half symmetric grid model (Fig. 2) for simulating the tent and its environment 
was generated based on SRI’s test facility (SRI, 2002). A total of 27,808,481 hexahedral mesh cells in 
the grid model were produced, and a dense mesh cell distribution with a 1cm cell length was located 
around the tent region (2.51m x 5m x 2.51m) to resolve the rapid propagation of the flame due to the 
obstacle structure. A coarse mesh cell distribution with a 4cm cell length from the tent region 
boundary to the far distance of 10m was generated only to assure the pressure wave propagation. This 
course mesh may not exactly catch the pressure wave propagation. The mesh for the obstacle tube 
inside the tent was not generated, and the contacted surface of computational domain in the tent to the 

Tent Volume : 5.6 m3 
Obstacle Volume : 0.4 m3 

Blockage Ratio : 7.14% 
Obstacle ;  
-Steel Tube 
-I.D/O.D [mm]: 15.9 / 21.3 

0.97m 

1.93m 

Side View Top View 



obstacle tube was treated as a wall boundary condition. A shape of the cylindrical pipe was treated as a 
rectangular pipe to simplify the grid generation work to maintain the volume of the obstacle in the grid 
model the same as that of the test. An opening condition (Ansys, 2008) was applied to all the 
surrounding surfaces except for the bottom surface, which can simulate the pressure wave passing and 
allows for an inflow and outflow of a fluid through the surfaces.  
 
 

 

 
 
 

(a) Computational domain (1/2 symmetric model) 
 

 
 

(b) Obstacle model 
 

Fig. 2: Grid Model and Boundary Conditions for the CFD analysis 

 

3.2 Development of a Spark Ignition Model and Initial Condition 

An electric spark device was used to ignite a mixture of hydrogen and air in the SRI  explosion test. 
The equivalent energy for the spark operation was reported as 40 J (SRI, 2002). This value is very 
large when compared to the spark ignition energy of about 10 mJ in an ordinary combustion test 
(Heywood, 1988). The excessive energy may enlarge an activated region in which the temperature and 
pressure of the mixture of hydrogen and air is greatly increased from the initial values of 1bar and 
283.75K (SRI, 2002). Then the combustion may simultaneously take place over the whole activated 
region. The combustion at the enlarged region may reduce the transition time from the laminar flame 

D=21.3mm 

D=21.3mm 

Opening Condition 

Symmetric  
Condition 

7.5 m 
5 m 

7.90 m 

7.5 m 
2.51 m 

7.49 m 

2.10 m 



to the turbulent flame because an instability phenomenon may be easily developed in case of the large 
radius of combustion flame (Bradly, 2007).  
 
In order to model this ignition process, the effective spark ignition model representing the pressure, the 
temperature and the volume of the activated region due to a spark was introduced because the local 
phenomena of the spark and the ignition process of the flame are too complicated to exactly model 
(Heywood, 1988; Kang, 2009). Therefore, a spherical activated region model based on the energy 
conservation under the assumption of an adiabatically confined condition was introduced in Eq. (2) 
(Kang, 2009).  

 
 
           (2) 

 
 
 

 
 
 
 

The ideal gas law (P=ρRT) is used in the derivation of Eq. (2) to represent the spark energy in terms of 
two unknown variables of the pressure (Ph) and the spherical volume (Vact) of the activated mixture of 
hydrogen and air. The local temperature range of the activated volume due to the spark may be 
assumed to be from 2,000K to 6,000K based on the experimental results (Heywood, 1988). However, 
from the available specific heat capacity data for a mixture of hydrogen and air it is from 2,000K to 
3,000K (Turns, 2000). Thus, the specific heat capacity of the mixture of hydrogen and air at 2,000K 
and 3,000K are substituted separately into Eq. (2) to set up a sensitivity calculation conditions as 
shown in Fig. 9.  
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Fig. 3: Calculated Range of Pressure and Radius of Activated Spherical Volume due to spark (40J) 

 
As the first calculation of sensitivity conditions (Fig. 3), the selected radius, temperature and pressure 
of the activated region are 4cm, 2,000K and 119kPa respectively. These values are given as the initial 
condition of CFD calculation such Fig. 4. The CFD analysis with this spark ignition model will be 
validated through comparison work of the test data with the CFD results for the peak overpressure and 
the flame speed around the tent. Also, the stoichiometry gas distribution of hydrogen, oxygen and 
nitrogen was given to the tent volume in the grid model as the initial condition.  
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Fig. 4:  Initial conditions for the CFD analysis  
(H2 vol.% =30, Ph=119kPa, R=4cm, T=2,000K)  

 
 

3.3 Flow Field Models and Combustion Model 

The hydrogen combustion phenomenon in the obstacle structure was treated as a compressible flow, a 
combustion flow, a turbulent flow, a buoyant flow and a transient flow. The governing equations (Eq. 
(3) ~ (7)) used in this study are the Navier-Stokes, the energy and the species transport equations with 
a coupled solver algorithm (Ansys, 2008). Turbulent flow was modeled by the standard k-ε turbulent 
model (Eq. (8) ~ (9)), and the buoyancy flow was modeled by the full buoyancy model (Ansys, 2008). 
And also, the discrete transfer model (Eq. (10)) with the gray spectral model (Ansys, 2008; Coelho, 
1997; Modest, 1993) was used for the simulation of the radiative heat transfer. A radioactive gas 
absorption by the diatomic elements of H2O was considered with the Plank-mean gas absorption 
coefficient (Modest, 1993). The transient calculation for a total time of 0.05 seconds with a time step 



of 0.0001~0.005 seconds was performed to capture the pressure wave phenomenon which may  
disappear in a very short time.   
 
The Eddy Dissipation Model (EDM) (Ansys, 2008; Hjertager, 1982), modified from the Eddy Break-
Up (EBU) model (Spalding, 1976), was used for the one step combustion reaction of the hydrogen and 
air mixture. The global reaction rate of the EDM was chosen as the slowest reaction rate of a fuel, an 
oxidant and a product. Each reaction rate was proportional to a turbulent quantity ratio (ε/k), a mass 
fraction (Yf, Yo, Yp), model constants (A=8, B=0.75) and a stoichiometry coefficient (rf) (Ansys, 2008). 

The global reaction rates and the reaction rate of the fuel, the oxidant and the product were defined 
such as Eq. (11) ~ Eq. (13). 
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3.4 Discussion on the CFD Analysis Results  

A CFD calculation with the developed spark ignition model was performed to find a proper analysis 
methodology for the hydrogen explosion phenomenon through a comparison of the CFD results with 
the test results for the peak pressure and the flame front TOA around the tent. All the residuals of the 
Navier-Stokes, the energy, the standard k-ε turbulent and the gas species equations were converged to 
below 10-4. The CFD results of temperature distribution (Fig. 5) according to the time pass show that 
the combustion flame slowly propagates over a distance of about 0.4m from the point “A” to “B” for 



0.005 ~ 0.03 seconds, but is accelerated along the distance from the point “B” to “C” for 0.03 ~ 0.04 
seconds. The reason of this acceleration may be explained by the flame speed being directly 
proportional to a force developed behind the flame front surface, where the force is produced by the 
product of the pressure due to the combustion energy and the surface area took up by the flame front. 
Thus, the flame acceleration may be easily developed as long as there occurs a flame area splitting due 
to the obstacle structures. 
 
The overpressure results of the CFD calculations (Fig. 6) show that the peak overpressure is gradually 
increased from the initial value of 119 kPa to 124 kPa at 0.03 seconds as the combustion phenomenon 
takes place. However, the peak pressure peaks into 472 kPa at 0.04 seconds because most of hydrogen 
located inside the tent is burnt out at time step of 0.03 ~ 0.04 seconds. The overpressure history at the 
pressure sensor locations of P1, P2, P4 and P5 of the CFD results are shown in Fig. 7. The passing 
time of all pressure waves at each location are calculated to be about 0.0037 ~ 0.0041 seconds. The 
calculated magnitudes of all pressure waves are maintained around 500 kPa, and the pressure build-up 
phenomenon between the pressure sensors is not found in the CFD calculation. 
 
In the test results, the pressure build-up process for a short distance of 0.1 ~ 0.3m was clearly 
measured at very small time duration of about 0.0004 seconds (Fig. 7). This difference between the 
CFD results and test results may be resolved by a mesh sensitivity calculation with a denser grid 
model because the propagation of an instant pressure wave may depend on the cell length in the grid 
model. Also, the comparison of the flame front TOA between the CFD results and the test results (Fig. 
8~9) indicate that the predicted value by the CFD analysis are about 0.015 seconds slower than those 
measured in the test. Moreover, the passing time from the ionization sensor 6 to the ionization sensor 7 
predicted by the CFD analysis is as much as 7 times longer than that of the test results. 

 
The CFD results and the test data of the average and the maximum peak overpressure and the flame 
front TOA are shown in Table 1. As a result of the comparison of the CFD results and the test data, we 
can see that the physical phenomena of the overpressure and flame front TOA in the CFD results with 
the spark ignition model (r = 4cm, Ph = 119kPa, Th = 2,000K) simulate well the physical behaviour of 
the test results, but the CFD results do not accurately predict the measured value in the test results. The 
difference between the CFD results and the test data for the overpressure and flame front TOA is 
about 100 ~ 150 %. Thus, as a first thing, the sensitivity CFD calculation by varying the parameters of 
spark ignition model should be performed to accurately predict the flame front TOA of test results 
because the pressure distribution is usually determined by an amount of volume and time span for 
completing the combustion in a certain space. After finding the best parameter of the spark ignition 
model, the grid sensitivity calculation may be necessary because the decay of pressure wave 
magnitude is generally dependent on the mesh distribution.  



     
   (a) 0.005 sec.     (b) 0.02 sec. 

    

    
    (c) 0.04 sec.     (d) 0.04 sec. 
 

Fig. 5 : Temperature distributions on the center plane by the CFD analysis 
 
 
 

     
(a) 0.005 sec.                                                             (b) 0.02 sec. 

    
                                  (c) 0.03 sec.                                                                (d) 0.04 sec. 
 

 
Fig. 6: Pressure distributions on the center plane by the CFD analysis 
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Fig. 7: Comparison of overpressure at the pressure sensor 5 locations between the CFD results and the 
test results (SRI, 2002) 

(a) P1 Location 

(b) P2 Location 

(c) P4 Location 

(d) P5 Location 
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Fig. 8: CFD results of Flame Front Time-Of-Arrival (TOA) at Ionization Sensor Locations 
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Fig. 9: Test results of Flame Front Time-Of-Arrival (TOA) at Ionization Sensor Locations (SRI, 2002) 

 

 



Table 1. Comparison of overpressure and flame speed inside tent region between CFD results and Test 
Results (SRI, 2002) 
 

 Overpressure Flame Speed* 

CFD 
-Average : 441.8 kPa 
-Maximum : 473.1 kPa 

-Average : 27.0 m/s 
-Maximum : 34.1 m/s 

Test 
-Average : 781.3 kPa 
-Maximum : 1,072.3 kPa 

-Average : 62.3 m/s 
-Maximum : 79.1 m/s 

 
*Definition of Flame Speed : distance from ignition point to ionization sensor location is divided by flame 
front TOA 

 
 
 

 
4. CONCLUSIONS AND FURTHER WORK 

 
According to the CFD analysis results for the SRI’s hydrogen explosion test, it is concluded that the 
CFD analysis can reasonably predict the peak overpressure and flame front TOA if proper values for 
the pressure and the radius for the spark ignition model are chosen. Therefore, the CFD analysis may 
be used as an accurate evaluation tool to provide the 3-dimesnional information on a peak 
overpressure and the time history of an overpressure variation. However, the sensitivity calculation for 
the spark ignition model and grid distribution should be performed to establish the CFD analysis 
methodology for the hydrogen explosion.  
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Abstract 

The selection of the maximum allowable mesh size for a fluid dynamic calculation with CFD codes is 
essential for the reliability of the results assuming suitable physical and numerical models are used. 
Calculations with CFD codes are necessary for the assessment of the consequences of pressure loads 
due to possible hydrogen combustion in nuclear power plants in a severe accident. 

CFD simulations of the transport and distribution of the released hydrogen/steam as well as the 
possible combustion during the transient in the containment require an appropriate mesh size to 
resolve the relevant phenomena and loads. 

The determination of the mesh size has to take into account: 

• adequate delineation of the containment geometry for accurate hydrogen distribution 
calculations, 

• sufficient conservative resolution of the combustion phenomena for the determination of 
pressure wave propagation and pressure loads,  

• no loss of pressure wave loads with relevant frequencies for the structural response analysis of 
the containment during the combustion calculation. 

In this paper, it is found that the accuracy of the calculated pressure wave associated with its frequency 
depends on the mesh size and a simple and easily useable analytical formula for the determination of 
the maximal allowable mesh size is derived. This formula can be used as a criterion to find out easily 
and simply the appropriate mesh size for accurate determination of the pressure wave load function.  
This criterion in form of a relation is deduced in this theoretical treatment from the connection 
between the structural characteristic associated with the relevant frequency and fluid property 
associated with mixture quality and gas temperature as well as numerical determination of the pressure 
wave load function associated with the accuracy of the approximation.  

This criterion gives the CFD code users the ability to determine the upper limit of the mesh size during 
the preparing of the geometry simulation specially for performing a combustion calculation.  

The mesh size can be calculated from the analytical formula using: 

• the mixture quality and temperature in the cloud confined in the structure (containment), 

• the highest relevant frequency for the structural analysis of the containment and  

• the number of points for the accurate approximation of the pressure wave function.  

1. INTRODUCTION 

CFD codes users have always to decide, before starting the fluid dynamic analysis, which relevant 
mesh size is needed for their calculations. This task is often not simple, e.g. for fast deflagration 
calculation, the mesh size has to be small enough to resolve all pressure waves relevant for the 
structural analysis. This can be aggravated by the lack of knowledge of all relevant natural frequencies 
of the containment structure, which may be under design with the final decision of the characteristics 
of the structure still being open. In such a case it is of advantage to have a criterion to predict the 
maximum allowable mesh size for plant combustion analyses with CFD codes without exact 
knowledge of the structural characteristics. 

The appropriate assessment of the consequences of the severe accident pressure loads due to hydrogen 
combustion in nuclear power plants requires some restriction on the mesh size.  
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Besides the requirement for: 

• minimizing the computer time (→cost reduction), 

• minimizing the file sizes (→comfortable visualization and data saving) and 

• minimizing the needed man hours (→more time for better assessment of the result and 
possibility for parametric studies), 

additional requirements have to be taken into account for a selection of the mesh size, which plays an 
important role for the application of the CFD codes for fluid dynamic analysis: 

• sufficient delineation of the containment geometry and 

• recording of all pressure waves loads with a relevant frequency for the structure response 
analyses. 

This paper describes the method to determine the mesh size for CFD combustion codes, which 
assumes the correct calculation of the hydrogen distribution as an initial condition for the combustion 
calculation with the same or other appropriate CFD codes (see Section 2).  

In Section 2.1 the characteristics of a multi-degree-of-freedom system is described, which is useful for 
application of the modal analysis in the dynamic structural analysis for lumped mass system like a 
containment. 

Section 2.2 deals with the relation between the fluid dynamic load function and the structure response, 
and describes the maximum mesh size and its dependency on the fluid and structure parameters. 

The evaluation of the maximum mesh size is shown in Section 3. Also the determined dynamic load 
factors based on a calculated combustion load for the EPRTM containment are shown in this section. 

Section 4 summarizes the results of the theoretical investigation of this report. 

2. METHOD 

Since an accurate design of the containment structure has many advantages for example reduction of 
the cost, a dynamic load analysis will be normally used to optimize the containment design with 
respect to natural frequencies. The application of the results of such analyses can reduce the relevant 
natural frequencies of the containment due to the possible design of less rigid structures. 

These analyses are done in the structural engineering for cases with time dependent loads like: 

• moving load (moving crane, or truck over a bridge), 

• alternating force (running of an unbalanced engine, starting or stopping of pump), 

• force on foundation (earthquake and underground explosion), 

• blast wave (internal or external explosion), 

• non-periodic load (wind load or aircraft crash) and 

• pressure wave and/or shock wave propagation (fast deflagration or DDT inside confinement). 

This paper deals with the last item, because its purpose is to determine the upper limit of the mesh size 
for combustion calculations with CFD codes. The mesh size has to be small enough to resolve all 
relevant pressure waves as well as their interaction with the structure inside the containment.  

Although a continuous structure has an infinite number of degrees of freedom, in practice the use of 
the finite element method will limit this number. 

The structure analyzed here is constituted by internal concrete wall and the containment shell. Thus 
these structures can be simulated with a large number of elements by using the finite element method, 
which have a large number of vibration modes. Each possible independent motion of such a system 
can be described by an independent differential equation of motion associated with a natural frequency 
of the system.  
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Each independent motion of the lumped mass can be seen as a natural or normal mode. The number of 
degrees of freedom is always equal to the number of natural or normal modes. 

In cases of continuous mass of the structures like containment structures the system has infinite 
number of degree of freedom. But in structural engineering the containment structure can be handled 
as a finite number of lumped masses associated with finite number of natural frequencies.  

Each mode of vibration responses applying a pressure load function. However, practically only a 
limited number of natural frequencies are relevant for the determination of the total response of the 
structure. 

In a structural modal analysis all natural frequencies of a lumped system will be excited with different 
strength for a given time dependent load function and can respond freely alone. The total response can 
be found by superposition of the response of each normal mode (see Section 2.1). This means that the 
complex problem of a multi mode system reduces to a rigorous analysis of each normal mode as an 
independent equivalent single degree of freedom system. 

2.1 Multi degree of freedom system 

Obviously the total response of the structure is of interest for containment structural analyses. 

Since the containment structure can be simulated as a multi degree of freedom system (lumped mass 
system) associated with a finite number of normal modes and natural frequencies, it is convenient to 
apply the method of modal analysis from the structural engineering.  

In the modal analysis method a multi degree of freedom system will be simulated with a large number 
of single degree of freedom system (oscillators), one for each relevant mode with corresponding 
equivalent mass and stiffness coefficient as well as equivalent acting force, respectively. 

Each possible independent motion (natural mode of vibration of the system) of the lumped mass 
system results from exciting of the corresponding natural frequency, that is characteristic for this 
mode. 

Independent differential equations can describe these motions. Each independent motion of the 
lumped mass can be seen as a natural or normal mode k . 
For each mode k  this method deduces from the conservation of energy an equation of motion for 
modal deflection kX  with equivalent mass kM  (modal mass) and equivalent spring constant kλ  

(modal stiffness) as system parameters. This equation is similar to the equation of motion for a single 
oscillator applying an equivalent force )(tFeq . 

The general form of each mode k  can be simulated by a single mass spring system (Norris et al., 
1959). 

 
Fig. 1: An equivalent single degree of freedom system without damping for the k th mode. 
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The differential equation of motion for the modal deflection kX  of the system without damping for 

the k th mode reads as follows: 

)()()( tFtXtXM eqkkkk =+ λ&& , (1) 

where  

kM :  equivalent mass for the k th mode, 

kλ :  equivalent spring constant (stiffness coefficient) for the k th mode, 

)(tX k :  deflection of equivalent mass of the k th mode, 

)(tXk
&& :  acceleration of equivalent mass of the k th mode, 

)(tFeq :  time dependent equivalent force acting on the k th mode, 

with the system parameters for the k th mode: 

k

k
k M

λω = :  natural circular frequency for the k th mode,    (2) 

k

k

k
k

M
T

λ
π

ω
π

2
2 == : natural time period for the k th mode,     (3) 

k
k T

f
1= :  natural frequency for the k th mode.     (4) 

From the solution of such a second order ordinary differential equation the response of the above 
equivalent single oscillator is known. 

The solution shows that the maximum deflection of a single-degree-of-freedom system is increased 
exactly by a factor two if the load appears suddenly (step function) in comparison with an (infinite) 
slow rise to the same maximum load. 

static
kk XX 2max = ,           (5) 

where 

k

eqstatic
k

tFMax
X

λ
))((

= .          (6) 

A convenient comparison of the dynamic and static deflection of each single degree of freedom 
system (or of each mode of the system) with and without damping is done in structural engineering by 
the dynamic load factor (DLF). The DLF is defined as the ratio of time dependent deflection (dynamic 
deflection) and the constant deflection due to the maximum load as static load: 

|
)(

|)(
static
k

k
k

X

tX
tDLF = ,          (7) 

where  

)(tDLFk : dynamic load factor of the k th mode, 

)(tX k :  dynamic deflection of the k th mode due to dynamic load )(tFeq   

  (from the solution of the differential equation of motion for the k th mode),  
static
kX :  static deflection of the k th mode due to the maximum load ))(( tFMax eq .  
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The maximum dynamic stress and deflection are always of interest for the assessment of the structure 
response, which can be easily determined from the maximal dynamic load factor and static stress and 
static deflection of each mode, respectively: 

( ) static
kkk fDLF σσ maxmax =          (8) 

and  

( ) static
kkk XfDLFX maxmax =          (9) 

where  

static
kσ :  static stress of the k th mode, 
max
kσ :  maximum dynamic stress of the k th mode, 
max
kX :  maximum dynamic deflection of the k th mode, 

( )kfDLF max : maximum dynamic load factor of the k th mode. 

By using the definition of the natural circular frequency kω , the natural time period kT  and the 

natural frequency kf  of the mode k , the static deflection static
kX  can be written in the following form: 

224

))((

kk

eqstatic
k

fM

tFMax
X

π
=  .         (10) 

This formulation of the static deflection reveals that for equal maximum load and constant equivalence 
mass the static deflection decreases quadratically for modes with higher natural frequency. 

Again the deflection for the mode k  is given by applying the dynamic load factor 

static
kkk XtDLFtX )()( =           (11) 

It should be mentioned that )(tDLFk  is only dependent on the natural frequency for the mode k  and 

non-dimensional equivalent load time function 
))((

)(

tFMax

tF

eq

eq . 

The maximum dynamic deflection may also be written in terms of the natural frequency using the 
definition of the static deflection in the corresponding form: 

( )
22

maxmax

4

))((

kk

eq
kk

fM

tFMax
fDLFX

π
= .        (12) 

This formulation clearly reveals that the higher the normal mode associated with higher natural 
frequencies kf  of a lumped mass multi degree system is, the lower is the maximum dynamic 

deflection max
kX  if the achieved ( )kfDLF max  due to the non-dimensional load stays constant or 

decreases. In other words, if the DLF for the same non-dimensional load function decreases or stays 
constant for higher natural frequencies of the system, then the maximum dynamic deflection decreases 
with the inverse square of the frequency. This is an important fact, because this statement can be also 
applied for the total maximum dynamic deflection or structure response, which can be found by 
superposition of their deflections for all modes of the system in structural engineering. 

The upper limit of the relevant natural frequency of a multi lumped mass system like a containment 
can be achieved from the graph of the calculated maximum dynamic load factors acting relevant non-
dimensional load functions for all natural frequencies. However, in practice the calculation of the 
maximum DLF for natural frequencies up to the bounding frequency of 200 Hz for a concrete 
structure is sufficient (see right panel of Fig. 3). Above this bounding frequency the maximum 
dynamic deflection for a concrete structure is very small and can be neglected.  
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The upper limit of the relevant natural frequency of a multi lumped mass system is the frequency from 
which the calculated maximum DLF up to the bounding frequency stays constant or decreases.  

This statement can be used as a criterion to determine the limits of the upper frequency of the given 
load function up to the bounding frequency of the corresponding structure material, which can be 
relevant for the structure response. 

This statement leads to the desired connection between combustion load and structure response, which 
is described in the Section 2.2. 

It has to be mentioned that the same tendency is valid if the damping of the system is taken into 
account. In this case the response is smaller and the natural frequency decreases. Thus no significant 
effect is expected. For a concrete structure at least 4 to 5 % damping should be considered to simulate 
the concrete characteristic more accurately. 

2.2 Correlation between fluid dynamic combustion load and structural response 

The response of each mode of a multi lumped mass system is massively dependent on the frequency 
content of the pressure load function. The impact of a pressure wave with a certain frequency is 
normally higher on the deflection of the mode with the same natural frequency as on the modes with 
other natural frequencies.   

The relevant pressure load function due to combustion can be taken either from: 

• relevant experiments, or 

• combustion calculations for appropriate scenarios. 

In the first case the frequency of the recorded pressure wave and/or shock wave has to be high enough 
to resolve all waves with relevant frequencies. In the second case the mesh size has to be small enough 
to resolve all pressure waves and/or shock waves with relevant frequencies during the combustion 
calculation. Obviously the relevance of resolving the waves up to bounding frequency of the system is 
clear for both cases.  

Recording a pressure wave during an experiment up to very high frequencies is no problem, and 
usually the resolution of pressure waves during the experiment is sufficient. Recording the frequency 
content above the bounding frequency of 200 Hz is irrelevant as mentioned in the previous Section 2.1 
for a concrete structure and can be filtered from both experimental and calculated pressure wave load 
functions. 

Pressure load functions exist from different combustion experiments for different gas mixtures and 
different geometries. 

When using experimental results, care has to be taken to identify experiments with relevant mixture 
quality and geometry in size and complexity of the compartment arrangement as well as relevant 
position and timing of the ignitions. 

Also calculations of pressure time histories with CFD codes for a desired geometry and an appropriate 
scenario can be used for containment structure analyses to determine up to which frequency the DLF 
for the considered pressure load function increases or stays constant. The used mesh size has to be 
small enough to resolve all relevant pressure waves. 

It has to be taken care of avoiding a disturbance in the recorded or calculated data due to instability of 
the measuring system or instability of the CFD code solver, which can lead to wrong determination of 
the upper relevant frequency. 

Waves with a frequency above the bounding frequency of the structure have no significant effect on 
the structure response since their contribution is negligible due to high frequencies. 

The adequate determination of the pressure load function depends on the mesh size required for the 
calculation, and the knowledge of upper limits of the relevant frequencies of the pressure wave that 
can be relevant for the structure response. 
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This can be determined from structural analysis as mentioned in the previous Section 2.1 if an accurate 
and relevant pressure load function is available.  

The accuracy of the calculated pressure wave associated with its frequency depends on the mesh size. 
Thus the following treatment has to be done to check, if the mesh size was small enough for obtaining 
an accurate calculated pressure wave resolved up to the upper limit of the relevant frequency for the 
structure response.  

For clarification a one-dimensional pressure wave propagation is treated here (as it occurs in a piping 
system). The potential extension into other dimensions is obvious. 

Schematically Fig. 2 shows a wave with a wavelength of Λ .  

The pressure wave can be well resolved with 9 points and still acceptable with 5 points for a given 
frequency of the wave. 

 
Fig. 2: 5-point approximation of the pressure wave (upper panel) and 9-point approximation of the 

pressure wave (lower panel). 
 

The wavelength Λ  is given by 

f

C=Λ ,            (13) 

where 

C : speed of sound in the gas mixture, 
f : frequency of the wave. 

The required mesh size z∆ can be calculated from: 
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• the maximum relevant frequency f  of the structure response 

o structure characteristic (result of structural analysis), 

• the minimum speed of sound C  expected in the gas mixture 

o mixture characteristic (result of calculation), 

• and the required accuracy  

o number of points N  (user choice): 

fN

C
z =∆ .           (14) 

The smallest mesh size occurs for pure air and low temperature in the containment, since the speed of 
sound in a gas mixture of air/steam/H2 increases with increasing of the volume concentration of 
hydrogen and/or steam and with the square root of temperature (see Fig. 4). 

To identify the maximum mesh size maxz∆  for a conservative determination of the containment 
structure response the following points have to be taken into account: 

Temperature 
• take the lowest gas mixture temperature min

gasT  in the confinement. 

Frequency 
• determine the highest relevant frequency max

relevantf  from an assessment of ( )kfDLF max  of 

considered load. 
Number of points  

• use the minimum sufficient number of points min
sufficientN  for an accurate approximation of the 

pressure wave. 
max

sizemeshz∆ can be written as follows: 

( )
maxmin

minmin
max

relevantsufficient

gasairdry
sizemesh fN

TC
z =∆ .         (15) 

In case the number of points is just sufficient for an approximation of the wave with the maximum 

relevant frequency max
relevantf , all waves with a lower frequency are determined with a higher accuracy. 

Thus the lower the frequency is, the higher is the accuracy of the resolution of the wave for the same 
number of points (see column 2 in Table 1). 

Since the influence of the higher frequencies is weaker in comparison with the lower frequency, a five 
point approximation of the pressure wave with the limit frequency is sufficient and accurate enough 
for the calculation of the containment response. 

3. COMBUSTION ANALYSIS FOR THE EPR TM CONTAINMENT 

The method described above is used to verify the applied mesh size for the combustion calculation 
with the CFD code COM3D (Kotchourko et al. 1999). In fact for the determination of the mesh size a 
conservative pressure load function from relevant combustion experiments should be used. 
Unfortunately such an experiment in a large confinement is beyond practicability.  

To assess the difference between the mesh size used in COM3D calculations and the appropriate upper 
limit for reliable analyses of containment response, the EPRTM combustion calculation for a particular 
scenario with the highest flame velocity has been chosen as a conservative case (Eyink et al. 2001). 

The COM3D combustion calculation was based on the gas distribution calculation with the 
GASFLOW code (Travis et al. 1998). Fig. 3 (left panels) shows for this scenario the pressure time 
history at three different locations in the containment. 
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These pressure load functions have been used for the determination of ( )kfDLF max  associated with 

the containment response. The results can be seen in Fig. 3 (right panels). 

 
Fig. 3: Pressure histories from a combustion calculation with COM3D (left panels) and calculated 
maximum DLFs from the pressure load functions without and with 5 % damping (right panels). 

All three maxDLF  with or without damping decrease for frequency higher then 150 Hz, 60 Hz and 
3 Hz in the upper, middle and lower panel of Fig. 3 (right side) respectively. For the considered loads 
the relevant frequency can be at most 150 Hz, which limits the mesh size depending on mixture 
quality and temperature (Table 1).  

The speed of sound for the determination of the maximum mesh size is shown in Fig. 4. It is plotted 
for different steam volume concentrations and two temperatures, 300 K and 500 K, against the 
hydrogen volume concentration.  

The calculated maximum mesh size max
sizemeshz∆  for a 9-point pressure wave approximation against the 

natural frequency up to 500 Hz can be seen for two mixtures, namely dry air and pure hydrogen, at 
300 K in Fig. 5. For all other mixture qualities including steam, the mesh size for the same 
temperature lies always between these two lines (here in a logarithmic scale).  

As explained above, natural frequencies above 200 Hz are not relevant for containment structural 
analyses. 

Since the speed of sound is proportional to the square root of temperature, the maximum mesh size can 

be normalized with T . Fig. 6 shows the result of the normalized maximum mesh size against the 
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maximum relevant frequency for the containment response and a 9-point approximation of the wave. 
With this graph the maximum mesh size can be easily determined for all relevant temperatures. 

Fig. 4: Speed of sound in air/hydrogen/steam against H2 concentration for different steam volume 
concentration at T=300 and 500 K. 
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Finally, for a given natural frequency up to 500 Hz the maximum mesh size max
sizemeshz∆ can be 

extracted from Fig. 7 for a given temperature T  and number of points N  intended to be used for the 
pressure wave characterization. 

If the relevant frequency is known from the maxDLF frequency history in Fig. 3 (right panels), for the 

desired temperature and number of points for the approximation of the pressure wave the maximum 
mesh size can be extracted for dry air and pure hydrogen from Fig. 7. For all other mixture qualities 

(air/steam/H2) the maximum mesh size can be determined using the relation for calculating max
sizemeshz∆  

(Eq. 15) and Fig. 4 for calculating the speed of sound of the corresponding mixture quality for a given 
appropriate number of points.  

The maximum mesh sizes calculated for different relevant frequencies for the structure response and 
mixture quality are listed in Table 1. 

Table 1: Maximum mesh sizes for different relevant natural frequencies and some other parameters 
max

relevanttf  ( )maxmin fNsufficient

( )lowereappropriat fN min

min
combustionofinitiationatT

 

min
hydrogenν

 

min
steamν  ( )minminmin ,, mixturehydrogensteam TC νν  max

sizemeshz∆
 

[Hz] [-] [K] [vol %]  [vol %] [ m/s ] [ m ] 

50 5 ( max
relevantf = 50 Hz) 

10 (25 Hz) 
25 (10 Hz) 

300 0 0 349 1.39 
20 359 1.44 

10 0 366 1.47 
20 379 1.52 

500 0 0 450 1.80 
20 464 1.85 

10 0 473 1.89 
20 489 1.96 

100 5 ( max
relevantf = 100 Hz) 

10 (50 Hz) 
20 (25 Hz) 
25 (20 Hz) 
50 (10 Hz) 

300 0 0 349 0.70 
20 359 0.72 

10 0 366 0.73 
20 379 0.76 

500 0 0 450 0.90 
20 464 0.93 

10 0 473 0.95 
20 489 0.98 

200 5 ( max
relevantf = 200 Hz) 

10 (100 Hz) 
20 (50 Hz) 
40 (25 Hz) 
50 (20 Hz) 
100 (10 Hz) 

300 0 0 349 0.35 

20 359 0.36 

10 0 366 0.37 

20 379 0.38 

500 0 0 450 0.45 

20 464 0.46 

10 0 473 0.47 

20 489 0.49 

 

The green numbers in the second column indicate the corresponding number of points for the 
resolution of the lower frequency (in parenthesis) of the pressure wave, which increase with 
decreasing frequency. 
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Fig. 6: Maximum mesh size normalized with T  against frequency for a 9-point wave approximation 
in dry air and pure H2 

 

Fig. 7: Maximum mesh size normalized with T  and N  against frequency in dry air and pure H2 
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EPRTM combustion calculation is apparently small enough to resolve at least waves up to 200 Hz with 
acceptable accuracy.  

It should be mentioned that the above methodology could be applied also to the response of a piping 
system to pressure wave propagation. 

4. CONCLUSION  

This theoretical treatment shows that the maximum mesh size for a combustion calculation 

• depends on the highest relevant natural frequency of the structure, 

• depends on the required accuracy for the pressure wave approximation 

o 9 points is good enough 

o up to 5 points is acceptable for the maximum relevant frequency and is good enough 
for the lower frequency, 

• decreases with increasing relevant natural frequency of the structure,  

• increases with increasing gas temperature, 

• increases with increasing H2 and/or steam concentration. 

For EPRTM containment pressure load analyses the maximum relevant natural frequency of the outer 
structure is lower than 150 Hz, which leads to a maximum mesh size of about 60 cm. 

Furthermore, it has to be investigated whether a higher natural frequency of the structure for other 
pressure load function resulting from other scenarios is relevant. 

The EPRTM COM3D calculations are acceptable because of their small mesh size of 40 cm. This size 
is small enough to resolve all pressure waves, which are relevant for the containment structure 
response. 
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Abstract 
 
Computational fluid dynamics (CFD) codes have been used to validate the system designs for used nuclear 
fuel storage and transportation applications.  The reliance on and the importance to safety of these codes has 
grown with the drive to increase the capacity of these systems.  The higher capacities of today’s designs have 
increased the total decay heat dissipation from each package from below 10 kW in the 1990’s to over 40 kW 
today.  Higher decay heats require more thermally efficient designs to maintain system component and fuel 
cladding temperatures below their design limits.  This results in the need to increase the accuracy of the 
analytical methods in addition to improving the thermal efficiency of the system.   
 
While CFD codes have provided a powerful tool for analyzing the thermal performance of complex designs, 
the validity of the results provided by the codes are only as good as the numerical models and choices in 
evaluation options used.  In particular, the means used to determine the convective heat transfer coefficients 
and radiation exchange are critical to accurately predicting the temperature distribution within the storage or 
transportation system.  In the current study, we explore the analytical steps necessary to achieve validation of 
the FLUENT CFD code models against the test results for one of Transnuclear’s used fuel dry storage 
systems and the CFD code model’s subsequent implementation in the analysis of another higher capacity 
system.  The required steps include the choice of meshing scheme, fixed versus temperature dependant 
thermal properties, choice of turbulence modeling approach and wall function, and the use of steady-state 
versus transient modeling techniques to capture the turbulent nature of the heat transfer regime. 

1.0 INTRODUCTION 

The Advanced NUHOMS® System is one of the used fuel dry storage systems designed by Transnuclear, 
Inc., which provides for the horizontal, dry storage of canisterized Spent/Used Fuel Assemblies (SFA) at the 
Independent Spent Fuel Storage Installation (ISFSI).  The Advanced NUHOMS® System includes: 
• A Dry Shielded Canister (DSC) that provides confinement, an inert environment, structural support, and 

criticality control for  PWR fuel assemblies, and  
• A reinforced concrete storage overpack designated as the Advanced Horizontal Storage Module (AHSM) 

that provides for the passive removal of the spent fuel’s decay heat, environmental and seismic 
protection for the DSC, and radiological shielding from the DSC’s contents. 

 
The AHSM is designed to passively remove decay heat from the DSC via a combination of radiation, 
conduction and convection.  The bulk of the decay heat is rejected from the DSC to the AHSM air space by 
convection and then removed from the AHSM by the buoyancy driven circulation of air flow through the 
AHSM.  Ambient air enters the AHSM through a ventilation inlet opening located in the lower front wall of 
the AHSM, circulates around the DSC and the heat shield, and then exits through an outlet opening located 
in the top of the AHSM.  Heat is also radiated from the DSC surface to the heat shield and AHSM walls 
where it is transferred to the AHSM air space via convection and conducted through the walls.  For the 
thermal protection of the AHSM concrete, a thin heat shield is installed on the inside of the base storage unit.  
The passive cooling system for the AHSM is designed to assure that SFA peak cladding temperatures and 
concrete temperatures during long term storage remain below acceptable limits to ensure fuel cladding 
integrity.  The air flow paths through AHSM are illustrated in Figure 1. 
 
The safety basis of storing a DSC within the AHSM was established in the UFSAR [7] by using FLUENT™ 
code [5].  While other analysis techniques had been previously used to predict the thermal-hydraulic 
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environment within the AHSM, the application of computational fluid dynamics (CFD) allowed the 
evaluation of the flow distribution and the convection heat transfer rates to be based on first principles and 
not assumptions and semi-empirical correlations.  The FLUENT™ code chosen for this evaluation is a 
general purpose CFD code that offers the following modeling capabilities as they relate to this application: 
• Meshing flexibility using structured and unstructured mesh generation with hexahedra, non-hexahedra, 

and tetrahedral mesh types 
• Capability to model low speed, buoyancy driven flow regimes 
• Steady-state and transient flows 
• Inviscid, laminar, and turbulent flows 
• Heat transfer including forced, natural, and mixed convection, conjugate heat transfer, and radiation 
• Custom materials property database 
• Choice of a variety of turbulence modeling techniques 
 
A key to gaining the acceptance of the CFD modeling results as the safety basis for the licensing of the 
Advanced NUHOMS® system was the validation of the FLUENT™ code for computing the buoyancy driven 
flow within the enclosure of the NUHOMS®-7P system with mixed convection, conjugate heat transfer, and 
radiation.  The NUHOMS®-7P system is similar in heat transfer mechanism to the Advanced NUHOMS® 
System.  In the NUHOMS®-7P system, a DSC is also stored horizontally inside a concrete overpack with 
inlet air vents at the bottom, outlet air vents at the top, and heat shields protecting the concrete walls.  The 
validation of the FLUENT™ CFD code for handling the convection and radiation heat transfer included the 
modeling of the full scale test results for a NUHOMS®-7P system [6].  It is the steps required and the lessons 
learned from this validation process that is the focus of this paper. 

2.0 VALIDATION OF FLUENT™ COMPUTER CODE 

The applicability of the FLUENT software code for predicting the thermal-hydraulic performance of a 
Horizontal Storage Module (HSM) was validated using the full scale test results for the NUHOMS®-7P 
HSM.  This performance testing [6] was conducted using a combination of electrical heaters and actual spent 
fuel assemblies to establish the thermal performance of both the HSM and the NUHOMS-7P DSC housed 
within it.  While the design and decay heat loading of the NUHOMS®-7P HSM varies from a typical AHSM, 
the general arrangement and thermo-physical principles driving the airflow through the modules are similar 
for both designs.   

Figure 2 illustrates the layout of the NUHOMS®-7P HSM array as tested.  As seen, the test setup consisted of 
three (3) HSMs arranged side-by-side.  The figure also illustrates the placement of the two (2) inlet vents and 
two (2) outlet vents per HSM.  A comparison of the layout of the HSM in Figure 2 with the layout of the 
AHSM in Figure 1 demonstrates the similarity between the flow paths for the two designs.  As shown in 
Figure 2, the air distribution chamber of the NUHOMS®-7P HSM is equipped with three openings, one in the 
front baffle and two on each side of the chamber roof to enhance the air distribution within the main vault. 

Figure 3 illustrates the thermocouple locations used in the testing [6] and, by extension, the locations at 
which a direct comparison between measured and predicted temperatures are possible.  The numbers in the 
figures represent the thermocouple identification number per the legend provided in each figure.  Only the 
center HSM and one side HSM were instrumented for the test.  The combined measurement uncertainty for 
the thermocouples, the extension wires, and the data acquisition system was estimated at +4ºC (7ºF).  While 
this level of combined measurement uncertainty is in-line with the typical measurement error of +1% of the 
absolute temperature, it also represents an important consideration that should be included in the comparison 
of measured to predicted results.  

The material properties used for this analysis were taken from ASME 1992 [4] for carbon and stainless steel 
components, Rohsenow (1998) [3] for air, and Fintel (1974) [2] for the concrete.  The soil below the basemat 
of the HSM is assumed to have a constant earth temperature of 70°F.  While the use of temperature 
dependant properties for the solid components can improve modeling accuracy, the set of properties with the 
most direct impact are those for air since even a slight change with temperature affects the calculation of 
both the convective heat transfer rates and the level of the buoyancy forces that drive the airflow rate. 
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The CFD modeling of the NUHOMS®-7P DSC in the HSM was based on the geometry shown in Figure 2.  
Figure 4 provides an isometric wire frame view of the thermal-hydraulic model developed for this 
evaluation.  As seen, the CFD model represents a three dimensional simulation of the center HSM of the 
array depicted in Figure 2.   

As shown in Figure 4, the model accurately captures the geometry of the twin inlet vents.  The dimensions 
and offset turns of the modeled duct match the actual flow path within the HSM.  The model also includes an 
accurate representation of the forward air distribution plenum within its triple air ducts leading to the main 
vault within the HSM, the I-beam support structure, and the two exhaust air ducts leading to the roof of the 
HSM.   

The modeling of the DSC within the HSM is accomplished using only shell elements since the heat transfer 
within the DSC's fuel basket was not simulated.  The decay heat loading is simulated as a uniform heat flux 
applied over the length of the DSC shell between the shield plugs.  The heat shields are modeled using thin 
conducting plate elements.  

2.1 Modeling Considerations 

Given the numerical intensity of a CFD calculation, a prudent step in its application is to examine the 
problem for potential modeling considerations that can be made without significantly impacting the results. 
For the modeling of the NUHOMS®-7P DSC in the HSM the following steps were considered to simplify the 
model and avoid excessive mesh density and run time. 

a) The screened openings at the front of the HSM were simulated as simple inlet opening with an 
equivalent loss coefficient based on standard flow fittings [1] instead of creating a detailed model. 

b) Similarly, the final flow turn within the outlet shielding blocks, the outlet opening, and the wire mesh at 
the screened exhaust openings are not specifically modeled.  Instead, a combined set of flow loss factors 
for these items [1] is applied as a flow resistance element at the outlet. 

c) Subtle shifts in the location and/or size of various components in the CFD model permitted the alignment 
of these components and avoided the creation of mesh elements with extremely small aspect ratios. 

d) Divide the flow regime into zones of high and low mesh resolution needs in order to focus the 
computational resources on the areas of the model that require it. 

e) The diurnal cycle in the solar heating of the exterior surfaces of the HSM was simplified from a set of 
time dependant values to an equivalent daily averaged heat loading.  

The flow losses associated with flow paths that match standard flow fittings have been well defined by 
experimental testing [1].  The modeling of these flow paths can be greatly simplified by applying an 
equivalent flow loss factor.  Since these flow loss factors can be defined as constant, quadratic, or 
exponential functions of the flow velocity, the non-linear nature of the loss factor can be accurately captured.  
The application of a loss factor for simplification steps a and b above was judged to have a minimum effect 
on the predicted thermal-hydraulic performance within the HSM cavity.  Similarly, the location/size changes 
for alignment purposes as part of simplification step c are limited to a fraction of one percent of the total 
length and, therefore, judged to have an insignificant impact on the overall results.  

The ability of the FLUENT program to create non-conformal computational meshes is used to increase the 
mesh density in those areas requiring greater fluid flow and/or thermal resolution and decrease the mesh 
density in those areas (i.e., within the concrete walls, etc.) that do not experience large thermal gradients.  
Figure 4 illustrates an elevation view of the mesh profile along the y-z plane through the center of the HSM.  
The non-conformal nature of the mesh is evident from the figure with the mesh density being significantly 
higher in the region of the inlet plenum, the DSC shell and shield plugs, and the outlet exhaust ducts and 
much lower elsewhere.   

The variation in the solar heating on the exterior surfaces of the HSM with the time of the day would 
generally imply that a transient analysis was required.  However, in this instance, the extended computational 
needs of a transient evaluation were avoided by the knowledge that the variation in solar heating principally 
affects only a relatively thin layer of the exterior concrete.  In contrast, the temperatures of the DSC and the 
interior surfaces of the HSM are more closely aligned with the long term average level of the solar heating.  
As such, the transient evaluation was replaced with a steady-state evaluation by averaging the cumulative 
daily solar heating over 24 hours. 
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While a symmetry plane could have been assumed along a y-z plane through the center of the HSM, a full 3-
D model was selected for this validation effort since the boundary conditions imposed by the test HSMs on 
either side of the modeled HSM were not the same.  

2.2 Model Solution Control 

The FLUENT™ code offers several options for controlling the solution.  The analysis was conducted using a 
first order, upwind discretization solver scheme as an initial solution.  This initial solution was then used as a 
re-start point for a refined solution using a second order discretization solver scheme. 

The CFD analysis is conducted with radiation and turbulent flow enabled. The radiation view factors were 
calculated using a “surface-to-surface method” with an elevated number of rays per surface. The effects of 
flow turbulence are calculated using a “κ-ε” turbulence model with standard wall function, while the 
temperature-dependent fluid density is computed using the Boussinesq model.  

2.3 Discussion of the Results 

Figure 5 presents a summary of the surface temperature distributions predicted for the analyzed decay heat 
loading of 5,320 Watts within the DSC and the measured long term average ambient temperature of 77ºF.  
Table 1 presents a comparison of the test measured temperatures at the thermocouple locations and 
corresponding predicted temperatures at the same locations as obtained from the CFD model results.  The 
CFD predicted results are rounded to the nearest whole degree since the exact location of the thermocouple is 
uncertain and since the model accuracy does not support reporting to the tenth of a degree. 

A comparison of the measured vs. predicted temperatures at seven different locations on the exterior of the 
DSC shell (i.e., thermocouple IDs C-2-01 through C-2-13) provided in  

Table 1 shows that the predicted shell temperatures consistently bound the measured temperatures.   At the 
single location on the side of the DSC (i.e., thermocouple ID C-2-02), the predicted shell temperature is 17ºF 
higher than the test measurement, while the predicted temperatures along the bottom of the DSC are 30 to 
65ºF higher than the test measurements (i.e., thermocouple ID C-2-03, C-2-11, and C-2-13).  A review of the 
predicted flow pattern near the bottom of the DSC shows the expected region of low airflow between the 
DSC support rails which would raise the temperatures along the bottom of the DSC.  One reason for the 
over-prediction of the temperatures on the bottom side of the DSC is that the predicted region of low airflow 
was not as severe or extensive as that predicted due to the support rail geometry differences that are not fully 
captured by the CFD model.  In reality, the region of stagnate flow at the base of the DSC is probably not as 
complete as assumed by the modeling.  Any increase in airflow in this region could significantly reduce the 
temperatures along the bottom of the DSC.  The absence of modeling the heat transfer internal to the DSC 
also contributed to the noted temperature differences since, for the helium gas filled DSC, buoyancy forces 
will tend to shift the decay heat rejection away from the bottom of the DSC and towards the upper surfaces.  
This phenomenon is especially apparent for the NUHOMS®-7P fuel basket which uses a spacer disc type of 
design and where internal convection plays a significant role in the internal heat transfer. 

A comparison of the predicted heat shield temperatures to the test measurements is provided in Table 1 at 
five (5) locations (i.e., thermocouple IDs HS-2-43 to HS-2-47).  The predicted temperatures conservatively 
bound the measured temperatures, but within a relatively narrow margin of 4 to 14ºF.  

The surface temperature of the HSM's concrete was measured at ten (10) locations (i.e., thermocouple IDs H-
2-04 to H-2-25).  A review of the predicted versus measured temperatures at these locations in Table 1 
shows that the maximum measured concrete temperatures predictably occur on the underside of the roof slab 
(i.e., thermocouple IDs H-2-11, H-2-21, and H-2-25).  The CFD model predicts an essentially constant 
temperature of 135 to 137ºF at these locations, while the measured temperatures indicates a slightly lower 
temperature at the center, inside surface of the roof slab (i.e., thermocouple ID H-2-11) than at either the 
front or the back.  The predicted temperatures are within 3 to 6ºF of the measured temperatures at the front 
and back locations on the inside surface of the roof slab, but 11ºF hotter than the measured temperature at the 
center location. 

The CFD model predicted sidewall temperature midway between HSMs conservatively bounds the measured 
temperature by 16ºF (i.e., thermocouple ID H-2-04), under estimates the inside surface temperature by 3ºF 
(i.e., thermocouple ID H-2-05), and over estimates the inside surface temperature at the intersection of the 
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sidewall and roof slabs (i.e., thermocouple ID H-2-10) by 22ºF.  While the test report [6] is silent on this, it is 
suspected that the measured data at thermocouple ID H-2-10 is too low given the trend in the adjacent 
thermocouple locations.   

The CFD model predicted roof exterior temperatures are within 4ºF at the center of the HSM (i.e., 
thermocouple ID H-2-17), bounds the measured temperature by 9ºF midway between adjacent HSMs (i.e., 
thermocouple ID H-2-16), and under predicts the measured temperature by 12ºF near the exhaust vents (i.e., 
thermocouple IDs H-2-19 and H-2-23).  The bounding temperatures achieved in the center of the HSM 
would indicate that the methodology used for estimating the diurnal cycle in the solar loading on the roof 
surface was appropriate.  The under estimate achieved for the concrete temperatures near the exhaust vents is 
probably related to the lack of modeling of the final turn in the exhaust flow under the shielding blocks.  The 
model assumes that the exhaust air flows straight upwards into the ambient.  In reality, the horizontal flow of 
the relatively hot exhaust air will provide some level of heating the concrete surface as it exits the screened 
opening.   

The test [6] used six (6) thermocouples to monitor the exit air temperature from the two exhaust vents.  
These thermocouples (i.e., thermocouple IDs H-2-29, H-2-30, and H-2-31 for the rear exhaust vent and 
thermocouple IDs H-2-35, H-2-36, and H-2-37 for the front exhaust vent) indicate an average exhaust 
temperature of 119ºF for the rear vent and 116ºF for the front vent.  In contrast, the CFD analysis indicates 
an average exhaust temperature of 140ºF for the rear vent and 136ºF for the front vent, or a temperature rise 
through the HSM that is approximately 50% higher than that indicated by the test exit air temperatures.  
Since a lower temperature rise equates to lower buoyancy forces and an associated lower airflow rate through 
the HSM, the predicted temperatures within the HSM would need to be much higher in order to support the 
exit air temperatures indicated by the test results.  A more likely explanation is that, given the location of the 
thermocouples at the face of the screened outlet and the relatively low flow rate through the openings, a 
significant level of mixing with the ambient air probably occurred.   

Figure 6 provides representative illustrations of the airflow profile within the HSM.  The figures demonstrate 
that relatively even flow distribution is achieved over the length of the DSC.  Areas of flow re-circulation are 
present in the forward and main air plenums beneath the DSC and between the support rails for the DSC.   

In conclusion, the predicted absolute temperatures are within 10% of the absolute test measured temperatures 
with the exception of one test point (i.e., thermocouple C-2-13).  The use of absolute temperatures for 
comparison is appropriate since radiation heat transfer plays a significant role in determining the temperature 
distribution within the HSM.  The average error across all 28 thermocouple locations is less than 3%.   

3.0 CONCLUSION AND LESSONS LEARNED 

CFD modeling of the Advanced NUHOMS® System was critical to establishing the safety basis of the design 
for storing a DSC dissipating up to 24 kW of decay heat and obtaining a certificate of compliance from the 
NRC for this purpose.  An important step in this process was the validation of the FLUENT software code 
for predicting the thermal-hydraulic performance of an Advanced NUHOMS® System by demonstrating its 
ability to produce representative thermal-hydraulic results for full-scale test of the NUHOMS®-7P HSM.  
This was successfully accomplished based on the results presented above.  The lessons learned during this 
modeling and validation process included the following: 

1) In order to reduce the size of the computational mesh for the CFD modeling, simplification steps 
can be considered to take advantage of existing and well established experimentally determined 
flow resistances through standard types of fittings and passages, such as inlet/outlet screens. Flow 
paths can also be lumped together as flow resistances to reduce the mesh density in non-critical 
paths. 

2) Subtle design dimension changes to align various components of the modeled system are 
recommended to avoid the creation of mesh elements with extremely small aspect ratios. These 
changes will not affect the results significantly but can greatly improve the computational 
efficiency of the model.  

3) The use of non-conformal computational meshes is recommended to allow an increase in the mesh 
density in areas where greater fluid flow and/or thermal resolution is required, while minimizing 
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the impact on the overall mesh count. This approach can also greatly increase the computational 
efficiency of the modeling and improve the accuracy of the results.   

4) Radiation exchanges are critical to accurately predicting the temperature distribution within the 
typical nuclear storage or transportation system.  Therefore, an accurate geometric representation 
of the system design and assignment of component emissivity are critical to accurately predicting 
the system temperatures.  A robust radiation modeling technique that permits the independent 
assignment of emissivity and absorption properties to the various surfaces and refined resolution 
of the model surfaces is recommended for determining the radiation exchanges.  For the FLUENT 
code, the discrete ordinates (DO) method is recommended.  The DO method discretizes the 
radiative transport equations into a finite number of solid angles with the resolution of the 
control angle surface controlled by angular discretization and pixelation.  Since the DO model 
is solved on the same finite volume mesh as the flow and convective heat transfer equations, a 1x1 
pixelation and three angular divisions in the theta direction and three angular divisions along phi is 
usually sufficient for the typical mesh resolution used for modeling the flow regime. 

5) The high decay heat dissipation associated with today's nuclear storage or transportation system 
will typically yield flow regimes in the turbulent region.  The accurate determination of turbulent 
convection heat transfer coefficients is highly dependent on the near-wall mesh density and the 
choice of wall function.  The calculation is further complicated by the fact that, under buoyancy 
driven flows, the near-wall velocities are typically higher than those remote from any surface.  
This is opposite of the situation under forced convection flows.  As such, achieving appropriate 
'y+' values for the mesh could require near-wall mesh densities that vary by location on the 
surface.  The appropriate y+ value will depend on the near wall treatment chosen as part of the 
turbulence modeling.  A y+ value of 30 to 90 is appropriate for standard wall functions, while a 
value between 1 and 3 is appropriate for enhanced wall functions. 
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Table 1 Test vs. Predicted Temperatures for NUHOMS®-7P DSC in HSM 

Thermocouple 
ID 

Thermocouple Location 
Description 

Test Temperature, 
°F 

FLUENT Predicted 
Temperature, °F 

C-2-01 Top of DSC, 9’-3” from front of HSM  239.9 250 
C-2-02 Side of DSC, 9’-3” from front of HSM  197.4 214 
C-2-03 Bottom of DSC, 9’-3” from front of HSM  162.5 192 
C-2-10 Top of DSC, 5’-2” from front of HSM  212.5  231 
C-2-11 Bottom of DSC, 5’-2” from front of HSM 145.8 182 
C-2-12 Top of DSC, 15’-6” from front of HSM 203.7 245 
C-2-13 Bottom of DSC, 15’-6” from front of HSM 133.0 198 

H-2-04 
Midway between adjacent HSMs, slightly 
above vertical centerline of DSC, 9’-3” from 
front of HSM  

103.1 119 

H-2-05 Inside wall of HSM, at vertical centerline of 
DSC, 9’-3” from front of HSM  121.5 119 

H-2-10 Inside corner of HSM’s vault, 9’-3” from 
front of HSM  101.7 124 

H-2-11 
Inside surface of HSM’s roof, center of 
HSM, 9’-3” from front of HSM  124.5 136 

H-2-16 Roof surface, midway between adjacent 
HSMs, 9’-3” from front of HSM 83.5 92 

H-2-17 
Outside surface of HSM’s roof, center of 
HSM, 9’-3” from front of HSM 88.7 93 

H-2-19 Outside surface of HSM’s roof, center of 
HSM, 15’-6” from front of HSM 108.7 97 

H-2-21 Inside surface of HSM’s roof, center of 
HSM, 15’-6” from front of HSM 

132.3 135 

H-2-23 Outside surface of HSM’s roof, center of 
HSM, 5’-2” from front of HSM 109.0 97 

H-2-25 Inside surface of HSM’s roof, center of 
HSM, 5’-2” from front of HSM 

130.6 137 

H-2-29 Right side of rear vent exit (looking aft), 
approximately 8” from side 117.9 134 

H-2-30 Center of rear vent exit (looking aft) 120.9 141 

H-2-31 Left side of rear vent exit (looking aft), 
approximately 8” from side 119.1 134 

H-2-35 Right side of front vent exit (looking aft), 
approximately 8” from side 114.4 136 

H-2-36 Center of front vent exit (looking aft) 120.4 146 

H-2-37 Left side of front vent exit (looking aft), 
approximately 8” from side 113.9 137 

HS-2-43 
Horizontal heat shield, center of HSM, 5’-2” 

from front of HSM 143.4 157 

HS-2-44 Vertical heat shield, approx. 8” up from 
bottom, 9’-3” from front of HSM  108.7 113 

HS-2-45 Horizontal heat shield, center of HSM, 7’-2” 
from front of HSM  

148.3 156 

HS-2-46 Horizontal heat shield, center of HSM, 9’-3” 
from front of HSM  150.3 158 

HS-2-47 Horizontal heat shield, center of HSM, 15’-
6” from front of HSM 

140.0 154 
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Figure 1 Illustration of Air Flow Paths through AHSM 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Figure 2 Layout of NUHOMS®-7P HSM Array for Performance Testing 
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Thermocouple Locations 5′-2″ from Front of HSMs 

 
Center HSM (HSM-2) 

Figure 3 Thermocouple Locations for Performance Testing  

 



Page 10 of 12 

 
Isometric, Wireframe View 

 
Elevation View of Meshing along Axial Center Plane of NUHOMS®-7P HSM 

 
Figure 4 NUHOMS®-7P System FLUENT Model Layout 
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Temperature Distribution on NUHOMS®-7P DSC Surface 

 
Temperature Distribution on Heat Shield Surfaces 

 
Figure 5 Temperature Distributions on NUHOMS®-7P System FLUENT Model 
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Figure 6 Velocity Profiles of the NUHOMS®-7P System FLUENT Model 
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Abstract 

In the United States, commercial spent nuclear fuel is typically moved from spent fuel pools to 
outdoor dry storage pads within a transfer cask system that provides radiation shielding to protect 
personnel and the environment.  The transfer casks are cylindrical steel enclosures with integral 
gamma and neutron radiation shields.  Since the transfer cask system must be passively cooled, 
decay heat removal from the spent nuclear fuel canister is limited by the rate of heat transfer 
through the cask components and natural convection from the transfer cask surface.  The primary 
mode of heat transfer within the transfer cask system is conduction, but some cask designs 
incorporate a liquid neutron shield tank surrounding the transfer cask structural shell.  In these 
systems, accurate prediction of natural convection within the neutron shield tank is an important 
part of assessing the overall thermal performance.   

The large-scale geometry of the neutron shield tank (typically an annulus ~2 meters in diameter 
but only 5-10 cm in thickness), and the relatively small scale velocities (typically <5 cm/s), 
represent a wide range of spatial and temporal scales that contribute to making this a challenging 
problem for computational fluid dynamics (CFD) modeling.  Relevant experimental data at these 
scales are not available in the literature, although some recent modeling studies offer insights into 
numerical issues and solutions. However, in these studies and in the experimental data in the 
literature at smaller scales, the geometries have large annular gaps that are not prototypic of a 
transfer cask neutron shield.   

This paper presents results for a simple 2-D problem that is an effective numerical analog for the 
neutron shield application.  Because it is 2-D, solutions can be obtained relatively quickly 
allowing a comparison and assessment of sensitivity to model parameter changes.  Turbulence 
models are considered as well as the tradeoff between steady state and transient solutions.  
Solutions are compared for two commercial CFD codes, FLUENT and STAR-CCM+.  The 
results can be used to provide input to the CFD Best Practices for this application.  Following 
study results for the 2-D test problem, a comparison of simulation results is provided for a high 
Rayleigh number experiment with large annular gap.  Because the geometry of this validation is 
significantly different from the neutron shield, and due to the critical nature of this application, 
the argument is made for new experiments at representative scales. 

1.  INTRODUCTION 

Transfer casks are part of the typical spent nuclear fuel transfer and storage system at a 
commercial nuclear power plant.  Components include the dry storage canister (DSC), the 
transfer cask (TC) and a dry storage module.  The DSC is designed to store multiple spent nuclear 
fuel assemblies.  The transfer cask is used to move the DSC containing spent fuel assemblies 
from the spent fuel pool to the dry storage module.  Loading and closure is performed with the 
DSC in the vertical orientation, and transfer to the storage module is typically in the horizontal 
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orientation.  Loading of the DSC into the storage module can be either in the horizontal or 
vertical orientation depending on the system design.  While the DSC is contained within the 
transfer cask, temperatures of the fuel within the canister are determined by the ability of the TC 
to transfer heat from the DSC to the surroundings.  An integral part of the transfer cask design is 
the neutron shield, which in many designs consists of a liquid contained in an annular tank 
surrounding the TC structural shell.  For horizontally oriented transfer casks, natural convection 
heat transfer within the liquid neutron shield can be an important means of transferring decay heat 
from the fuel assemblies to the environment.  Appropriate estimates of that natural convection are 
therefore important in predicting thermal margins for this system.   

Spent nuclear fuel storage systems are large and difficult to characterize in experiments.  Because 
of this, computer models are most often used to support component design.  In thermal 
performance predictions the convective heat transfer through the neutron shield is often 
characterized with a single overall effective heat transfer coefficient, or Nusselt number (Nu).  
This treatment may be adequate when heat transfer rate is relatively uniform around the cask 
circumference, or when low decay heat loading gives a large thermal margin and thus allows a 
large prediction uncertainty.  However for systems closer to the thermal limit, it is important to 
consider variation in neutron shield heat transfer with angular position around the cask.  This 
angular variation can be strongly affected by the configuration of the internal supports in the 
neutron shield tank.  Regularly spaced axial supports that divide the annulus circumferentially 
into multiple isolated segments limit the extent of natural convection flow paths, restricting this 
mode of heat transfer primarily to the top and sides of the neutron shield, and limiting the lower 
segments of the annulus to mainly conduction only.  In contrast, circumferential supports divide 
the annulus axially into annular segments within which natural convection is relatively 
unimpeded, since fluid can freely circulate around the neutron shield tank.  (It should be noted, 
however, that in either configuration heat transfer at the bottom of the annulus is always limited 
to mainly conduction only due to thermal stratification with the higher temperature on the upper 
surface.)  

For TC designs that use circumferential supports (Fig. 1), 3-D CFD models have shown that this 
configuration can lead to significant angular variation in heat transfer (Fort et al. 2010).  Accurate 
prediction of the flow field and temperature distribution is essential to performance predictions 
for this case.  The present study builds on the referenced 3-D study by examining solvers in 
greater depth with a wider variety of model settings.  A simplified 2-D representation of a neutron 
shield is used for efficiency.  Results are presented for two commercial CFD codes, FLUENT and 
STAR-CCM+.  Following results with the test problem, these codes and solvers are applied to a 
high Rayleigh number experiment from the literature. 

 
Figure 1:  Transfer cask neutron shield with circumferential supports 

2.  TEST PROBLEM 
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The test problem considered in this study is a simplified, 2-D representation of the neutron shield 
studied by Fort et al (2010).  The influence of the circumferential support fin is ignored, making 
this a 2-D problem. This case focuses on the fluid layer, ignoring heat transfer through the solid 
layers of the transfer cask, which can contribute to the overall circumferential non-uniformity in 
heat transfer rate.  Symmetry is assumed about the vertical axis (coincident with the gravitational 
vector).  This simplified test problem geometry is shown in Figure 2.   

  
Figure 2: Test Problem Geometry 

A uniform 1000 W/m2 heat flux boundary condition is imposed at the neutron shield inner 
diameter.  A uniform, 5 W/m2-K convective boundary condition is applied at the outer diameter 
with thermal radiation to a 320 K ambient.  Surface emissivity is 0.8.  The neutron shield fluid is 
water. 

Neutron shield dimensions are similar to those in the 3-D study.  Inner diameter, Di, is 2.1 m (82 
in.) and outer diameter, Do, is 2.3 m (91 in.).  The neutron shield thickness is 12 cm (4.8 in.).  The 
Rayleigh number, Ra, based on neutron shield thickness, L, is used to estimate flow regime, with 
transition to turbulent flow for RaL > 109 (Kreith, 2001).  Using water properties at the expected 
bulk average temperature of 380 K (225°F) and a difference of 5 K in average temperature at the 
inner and outer diameters, RaL is calculated as follows:  

 (1) 

where L is the fluid layer thickness in the neutron shield 

 (2) 

thus  can be estimated as  

 (3) 

This result suggests that the flow field in the neutron shield annulus is in the turbulent regime. 

Experiments have been performed for natural convection of liquids and gases between horizontal 
concentric cylinders.  However, none have been performed for conditions that are close, in 
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geometry and Rayleigh number, to being prototypic of the conditions in the neutron shield1. 
Without an experiment for validation, computer model predictions must be viewed with care.  
Confidence in results can be improved through testing sensitivity to model input and by 
comparison with independent computer codes.  It can also be strengthened by comparison of 
model results against experiments having similar physics.  Both approaches are taken in this 
study.  

3.  2-D TEST CASE 

Results are given only for turbulent simulations, based on the estimated value of RaL in the 
turbulent range. The base case turbulence model is SST k-ω.  Sensitivity to this turbulence model 
choice was investigated by comparison with a second commonly used model, low Reynolds 
number k-ε, but since it made no discernable difference for the cases tested, results are only 
included here for the base case. Results are presented for two solvers, segregated and coupled.   
Both transient and steady state (SS) simulations were considered.  Comparisons between results 
for FLUENT and STAR-CCM+ are presented for several of these cases.  Test cases are 
summarized in Table 1 along with the sub-section in which results will be discussed in Section 5. 

Table 1: Cases Run 

Turbulence 
Model 

Solver Run Code Discussed in 
Results Section 

SST k-ω Segregated SS FLUENT, STAR-CCM+ 5.1 
SST k-ω Segregated Transient FLUENT, STAR-CCM+ 5.2 
SST k-ω Coupled SS FLUENT, STAR-CCM+ 5.3 

The computational mesh is shown in Figure 3 and consists of 90 cells in the angular coordinate 
and 100 cells in the radial coordinate.  The same mesh was used in all cases. Mesh spacing was 
condensed near the wall boundaries to capture the expected large near-wall velocity gradients for 
this high Rayleigh number flow and to have sufficiently small near wall mesh spacing to be 
compatible with a low-Reynolds number turbulence model.   

 
Figure 3:  Computational Mesh 

                                                

1 A listing of experiments in the literature is provided in Fort et al, 2010. 
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4.  CODES 

Simulations were run using two codes, FLUENT ver. 6.3 and STAR-CCM+ ver. 4.06.  These are 
representative examples of commercial CFD codes in use by the nuclear industry for fluid and 
thermal design and safety analysis.  FLUENT is a product in the ANSYS suite of codes.  STAR-
CCM+ is a product of CD-adapco.  The intent of this study was to compare results of the two 
codes using identical model options and solution parameters and identical descriptive inputs 
(geometry, boundary conditions and material properties).  The process was aided by the ability of 
STAR-CCM+ to import mesh and boundary locations from models developed in FLUENT. 

The primary difference between the codes that impacts this study is the different requirements for 
implementing the radiation boundary condition at the outer diameter.  The model was initially 
developed in FLUENT, which allows a convective outer boundary with thermal radiation to be 
included on a 2-D (zero thickness) model. STAR-CCM+ requires a finite axial cell thickness to 
implement this boundary condition, and it must be on a solid.  The 2-D FLUENT mesh was 
modified for use in STAR-CCM+ in order to replicate the thermal radiation boundary condition.  
The mesh was extruded to a finite thickness, and the outermost five cell layers were converted to 
solid.  Since the thickness of this new solid layer was only 0.32 mm, or only 0.26% of the neutron 
shield thickness, this change was expected to have minimal effect in the comparison of results 
between the two codes. 

5.  RESULTS FOR 2-D TEST PROBLEM 

Results are given in this section for the cases in Table 1.  The segregated-solver steady-state case 
results are shown in Section 5.1.  Results for the segregated-solver transient are provided in 
Section 5.2 and those for the coupled-solver steady state in Section 5.3.   

Convergence was based on heat balance between the inner and outer boundary heat flux. Solution 
residuals were also monitored but would usually only decrease at the beginning stages of a 
simulation and then remain steady while heat balance was still far from converged.  Agreement in 
heat balance within 2% was used as the initial criteria; actual results were within this bound but 
varied widely depending on the solver. 

5.1 Segregated-solver Steady State 

Solutions to the 2-D test problem using the segregated solver are described first for FLUENT.  As 
this problem involved buoyancy driven flow, choice of momentum equations under-relaxation 
factor is important to obtain a well converged solution.  At the start, under-relaxation factors were 
used, including a value of 0.7 for the momentum equation under-relaxation factor.  Starting from 
isothermal condition as an initial guess to the temperature field, it took the solution close to 30k 
iterations to converge.  Overall heat balance was used as the leading indicator to judge the 
convergence of the solution.  The temperature difference between the inner hot wall and the outer 
cooler wall at the bottom (θ = 180° in Fig. 2) was used as an additional target variable to monitor 
the solution.  A temperature difference of 8 K and heat imbalance of 0.062% were obtained as 
shown in Table 2 and Figure 4a, when a momentum under-relaxation of 0.7 was used.  To 
improve the heat balance, the momentum under-relaxation factor was decreased from 0.7 to 0.1.  
Then, using the temperature field obtained from the 0.7 under-relaxation factor as an initial 
condition, a converged solution was obtained after an additional 30k iterations.  As before, 
convergence of the solution was monitored using the heat imbalance between the inner and outer 
surfaces as well as the temperature difference between the two surfaces at the bottom (180°).  A 
heat imbalance of 0.006% was calculated, and a temperature difference of 14 K was obtained at 
180° as shown in Table 2 and Figure 4b.  The outcome of this calculation was a wake-up call, 
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indicating that this problem is a challenge and careful choice of under-relaxation factor is a pre-
requisite to obtain a good solution using the segregated solver. For example, in the problem 
modeled by Francis et al (2002) with a much larger diameter ratio, the authors found that an 
under-relaxation of 0.01 was required for Rayleigh numbers in excess of 109.  So as the next step 
for the 2-D test problem, several smaller under-relaxation factors were chosen until values of 
target variables stayed unchanged as shown in Table 2.  Under-relaxation values of 0.01 and 
0.001 yielded comparable results for the target variables (temperature differences of 22 and 23 K, 
respectively and negligibly small heat imbalance).  The results from using an under-relaxation 
factor of either 0.01 or 0.001 were satisfactory.  Plots of boundary temperatures for these two 
under-relaxation factors are shown in Figures 4c and 4d. 

Table 2: Convergence Metrics for Varied Momentum Under-relaxation with FLUENT 

Momentum 
Under-relaxation  

Heat Balance 
(%) 

Tmax  (K) Tmin  (K) Peak Vmag 
(cm/s) 

ΔTbottom  
(K) 

0.7 0.062 395 374 1.71 8 
0.1 0.006 399 373 1.83 14 

0.01 0.0017 400 360 2.38 22 
0.001 0.0002 400 360 1.85 23 

A similar process repeated with STAR-CCM+ produced nearly equal results.  Velocity under-
relaxation is the only parameter that needs to be changed from its default value in STAR-CCM+.  
A temperature-dependent density was used in this case with no apparent adverse impact in 
solution residuals.  However, more iterations were required than in the FLUENT simulations to 
reach steady state.  This slower convergence is due to the previously mentioned differences in the 
STAR-CCM+ model required to impose a thermal radiation boundary condition at the outer wall. 
(In a test case run without thermal radiation, both codes converged at the same rate.)  Simulations 
with STAR-CCM+ were each initialized with zero velocity and uniform temperature and then run 
for 120k iterations, except for the lowest under-relaxation case (0.001) which required 240k 
iterations to converge.  Table 3 lists results for the conditions tested.  Boundary temperature 
distributions at the momentum under-relaxation of 0.001 are close to the FLUENT results in 
Figure 4c.  In the STAR-CCM+ simulation at the lowest under-relaxation, the minimum 
temperature continued to vary after the maximum temperature reached and maintained a steady 
value.  Over the initial 30k iterations, the minimum temperature varied between 360-363 K.  
Despite that, the lowest under relaxation results for each code, as shown in Tables 2 and 3, have 
maximum temperatures within 1 K, minimum temperatures within 2 K, and temperature 
differences at the bottom within 1 K. 

Table 3: Convergence Metrics for Varied Momentum Under-relaxation with STAR-CCM+ 

Velocity Under-
relaxation  

Heat Balance 
(%) 

Tmax (K) Tmin  (K) Peak Vmag 
(cm/s) 

ΔTbottom  
(K) 

0.7 0.66 397 372 1.86 14 
0.3 0.82 398 367 1.9 17 

0.01 0.45 399 362 1.9 21 
0.001 0.03 400 361 2.2 22 
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Figure 4a: Boundary temperature (K) for 

segregated solver steady state (momentum 
under-relaxation = 0.7) 

 

 
Figure 4c: Boundary temperature (K) for 

segregated solver steady state (momentum 
under-relaxation = 0.01) 

 
Figure 4b: Boundary temperature (K) for 

segregated solver steady state (momentum 
under-relaxation = 0.1) 

 

 
Figure 4d: Boundary temperature (K) for 

segregated solver steady state (momentum 
under-relaxation = 0.001) 
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5.2 Segregated-solver Transient 

It is always prudent to check a natural convection problem with a transient solution, since the 
flow field may actually be physically unsteady.  While it takes significantly more computational 
effort, the transient mode captures unsteady features that can be averaged out in the steady state. 
This case used the same solver and turbulence model that was used in the steady state simulation 
described in the previous case (momentum under-relaxation in the transient was kept at the 
default value of 0.7).  This case was run with both codes.   

For the segregated solver transient simulation in FLUENT, ¼ of the characteristic time was used 
as the time step.  The time characteristic of 1.3 sec was calculated based on the Rayleigh number.   

The characteristic time in buoyancy driven flow can be written as: 

 

where L and U are characteristic length and velocity, α is thermal diffusivity, Pr is Prandtl 
Number, Ra is Rayleigh Number, β is thermal expansion coefficient and ΔT is the temperature 
gradient. 

 

Using a larger time step may lead to divergence.  After the oscillations with a typical frequency 
of  have decayed, the solution reaches steady state (i.e. and are the oscillation 
frequency in Hz and the time constant, respectively).  The solution may take as many as 5000 
time steps to reach steady state. 

Results shown for the FLUENT segregated solver transient in Table 4 indicate a value of 23 K for 
the temperature difference between the two plates at 180°.  This is within 1 K of the value of the 
target variable obtained for both codes with the segregated solver steady state (Tables 2 and 3).  
The boundary temperature profiles are nearly identical to those for the lower under-relaxation 
segregated solver steady-state results in Figures 4c and 4d. 

For STAR-CCM+, the simulation was initialized with the initial (α = 0.7) segregated-solver 
steady-state solution and was advanced with a constant time step of 0.1s, which gave a peak CFL 
of 1.5.  The simulation was run until temperature extremes were no longer changing and thermal 
equilibrium was again established.   The run was stopped after 11 hours of simulated time.  At 
that point the difference between inner and outer boundary heat flux was 5 W (1.9% of total). 
Predicted maximum and minimum temperatures for this case were 399 K and 347 K, 
respectively.  In comparison to the FLUENT segregated-solver transient result, the 399 K 
maximum temperature is within 1 K but the 347 K minimum is 16 K lower.  The 37 K 
temperature difference at the bottom is likewise considerably greater than that observed in the 
FLUENT transient.  These same differences are observed between the STAR-CCM+ transient 
and the segregated-solver steady-state results for both codes (Tables 2 and 3).  The predicted peak 
fluid velocity of 1.9 cm/s is the same as in the STAR-CCM+ segregated-solver steady state 
(Table 3).  Potential reasons for these differences are discussed in Section 5.4. 
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Table 4: Segregated-solver transient results 

Code Heat Balance 
(%) 

Tmax  (K) Tmin  (K) Peak Vmag  
(cm/s) 

ΔTbottom  
(K) 

FLUENT 0.022 398 363 1.76 23 
STAR-CCM+ 0.82 399 347 1.9 37 
 

5.3 Coupled-solver Steady State 

The next case run was a steady-state solution with the coupled solver.  This case was run with 
both codes.  The coupled solvers in FLUENT and STAR-CCM+ appear equivalent, referencing 
the same literature and having similar controls.  However, the implementations undoubtedly have 
differences.  A CFL number is the primary user-input to the solver.  For both codes, the default 
starting point is a CFL of 5, which can be adjusted upward to speed the solution to convergence.  
For the FLUENT simulation, the CFL was kept constant at the default value.  The solution was 
converged at 100k iterations with a heat balance of less than 0.07%.  For STAR-CCM+, the CFL 
adjusted to 10, 50 and 100 at iteration counts of 22k, 35k and 50k, respectively.  The STAR-
CCM+ solution converged much more slowly.  Heat balance was within 1% at 750k iterations 
and by 1.2M iterations was down to 0.5%, at which point the simulation was stopped.   

Results for simulations with both codes are shown in Table 5.  The predicted maximum and 
minimum temperatures for this case were: 396 K and 360 K for FLUENT, and 400 K and 348 K 
for STAR-CCM+.  These results for FLUENT are consistent with the segregated-solver steady 
state and segregated-solver transient results for the same code (Tables 2 and 4, respectively).  For 
STAR-CCM+ these results are consistent with results of the STAR-CCM+ transient (Table 4).  
Velocity magnitudes compare reasonably well between solver options.  The peak velocity from 
the FLUENT coupled solver steady state was 1.97 cm/s, and the peak velocity from the same 
solver in STAR-CCM+ was 1.9 cm/s, so these are within +/- 0.1 cm/s of the other solver 
predictions of 1.9 cm/s. 

Table 5: Coupled-solver steady-state results 

Code Heat Balance 
(%) 

Tmax  (K) Tmin  (K) Peak Vmag  
(cm/s) 

ΔTbottom  
(K) 

FLUENT 0.07 396 360 1.97 22 
STAR-CCM+ 0.5 400 348 2.0 32 
 

5.4 Which solver to choose? 

One objective of this study was to recommend the most appropriate solver for the neutron shield 
application.  A summary of results by case is provided in Table 6.  For FLUENT, the coupled-
solver steady state gave minimum and maximum temperatures that agree within 3 K with the 
segregated-solver steady state and segregated-solver transient solutions with the same code.  
Agreement was even better (22 ± 1 K) for the target variable of temperature difference between 
the two boundary temperatures at 180° obtained using the transient solver.  The agreement of 
both the coupled solution and the transient solution verifies that the results obtained for the 
segregated solver with under-relaxation of both 0.01 and 0.001 are satisfactory.   
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For STAR-CCM+, the result is less clear.  The coupled-solver steady state agrees closely with the 
segregated-solver transient for the same code.  The fact that both differ from the STAR-CCM+ 
segregated-solver steady state results as well as the FLUENT results is a concern, and the cause 
has not been determined.  It could be due to differences in model implementations in the two 
codes (recall the discussion in Section 3 about the radiation boundary condition and cells 
converted to solids).  However, the level of agreement between STAR-CCM+ and FLUENT 
segregated-solver steady-state results argue against this.  The model implementations are the 
same for all solver options tested with each code, and results with each code should be consistent.  
The reason this is not achieved with STAR-CCM+ is not yet explained, and additional work is 
needed to establish the cause and means by which consistent results can be obtained.   

For the FLUENT runs, the important result here is that, with a given implementation of this test 
problem, consistent results can be produced with different solver options.  While that may seem 
like an obvious expectation, it has been shown in this paper that it sometimes takes some effort to 
do so. 

Table 6: Summary of simulation results 

Case Code Tmax  (K) Tmin  (K) Peak Vmag  
(cm/s) 

ΔTbottom  
(K) 

FLUENT 400 360 1.85 23 Segregated-
solver steady 

state 
STAR-CCM+ 400 361 2.2 22 

FLUENT 398 363 1.76 23 Segregated-
solver transient STAR-CCM+ 399 347 1.9 37 

FLUENT 396 360 1.97 22 Coupled-solver 
steady state STAR-CCM+ 400 348 2.0 32 

If consistent results can be obtained between different solvers for a given code, which solver 
should be used?  The answer to this question must consider both tradeoffs and reliability.  The 
segregated solver shows a clear benefit in run times, producing consistent results once under-
relaxation parameters were small enough.  The coupled solvers for both codes were 
straightforward to use, produced consistent results, and did not suffer the long run times required 
for the transient.  Moreover, the coupled solver results were produced with a single simulation.  
The speed of the segregated-solver steady state is of less benefit when, as has been shown, 
multiple simulations must be run to confirm a converged solution.   

The final choice depends on the situation.  A one-off analysis would suggest the more reliable 
coupled solver, whereas small changes to a well understood design may be modeled more 
efficiently with a segregated-solver steady state using known run parameters.  Clearly all 
situations benefit from independent runs with a different solver or with changes in input or run 
conditions to examine sensitivity of results.  The option to run two separate codes is even better 
but is understood to rarely be an option.   

6. RESULTS FOR COMPARISON WITH EXPERIMENT 

It was acknowledged earlier that there are no comparable experimental datasets for the neutron 
shield application.  Specifically, there are no experiments that feature both a comparable diameter 
ratio (imposing a thin gap thickness) and sufficiently high Rayleigh number.  However, there do 
exist large-gap experiments at comparable Rayleigh number.  The experiment of McLeod and 
Bishop (1989) was selected for model comparison, specifically their case for a Rayleigh number 
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of 1×109.  A similar comparison was attempted by Desai and Vafai (1994).  This is the only 
comparison that can be found.  One drawback of using this comparison is that the diameter ratio 
is higher than in the problem we are dealing with (i.e. radius ratio 4.85 as compared to 1.15 in the 
neutron shielding problem).  Constant temperatures were used in this experiment at the inner and 
outer cylinder, and these are used as boundary conditions on the simulation.   

FLUENT was used to run this case using segregated and coupled steady state solvers, as well as 
transient solver.  The convergence of the segregated solver steady state was not affected by the 
choice of momentum under-relaxation factor.  Both the momentum under-relaxation factor of 0.3 
and 0.01 gave comparable results, as show in Figures 5a and 5b.  The results from the segregated 
solver were identical to the transient solution shown in Figure 5d.  For the transient solution, ¼ of 
the characteristic time was used as the time step.  The time characteristic was calculated based on 
the Rayleigh number similar to the neutron shield transient case discussed above.  The coupled 
solver seems to fit the experimental data a little better at the 0 degree location (top of the 
annulus), as shown in Figure 5c.      

This case was also run using STAR-CCM+ with both the segregated and coupled steady state 
solvers and with the segregated transient solver.  The segregated solver and coupled solver 
produced equivalent results and plots of cross-gap appear almost identical to the FLUENT 
segregated steady state solution in Fig. 5b.  The STAR-CCM+ segregated solver steady state was 
run with a momentum under-relaxation of 0.01.  The STAR-CCM+ transient was run with a full 
360° mesh so that the symmetry boundary condition would not limit potential unsteady effects.  
The plume position was seen to oscillate laterally near the top of the inner cylinder, which also 
affected the plume location near the outer cylinder.  However, an oscillation frequency was not 
determined. 

No uncertainty (i.e. error bars) was reported for the experimental data concerning the placement 
of the thermocouples or any other uncertainties that can influence the data.  To investigate the 
effect of uncertainty introduced by thermocouple locations, an additional plot for 1 and 2 degrees 
are shown in Figure 6.  As seen in the Figure, an angle of 1 degree can make a difference in 
results comparison, and the results obtained at 2 degrees matched the experimental data very well.   

Sensitivity to model choices, for example the choice of turbulence model, was not investigated 
and could also be important.  The lack of agreement at the top of the neutron shield (0°) is 
possibly due to unsteady behavior in the plume, and inadequate treatment of turbulent fluid 
mixing in the models used.    

The experiment used constant temperature walls, so that the temperature difference between the 
inner and outer cylinder is kept constant.  To investigate the effect of the boundary condition on 
simulation results, additional runs were performed.  These additional runs were intended to 
determine if temperature difference between the inner and outer cylinders in the validation case 
with higher radius ratio behaves similarly as in the neutron shielding case with lower radius ratio.  
To do so, using the validation configuration, constant heat of 8100 W/m2 was applied at the inner 
cylinder.  At the outer cylinder mixed boundary conditions including both convection and 
radiation to a surrounding temperature of 300 K was used.  Both segregated as well as coupled 
solvers were chosen to perform the simulations.  All three solvers performed similarly as shown 
in Figure 7.  As expected the two problems behave differently.  The behavior of the temperature 
difference seen in the neutron shielding is due to the smaller gap (i.e. small radius ratio).   The 
increase in temperature difference between the two cylinders in the bottom of the gap is a 
phenomenon that is present in the small radius ratio and not in the large gap (i.e. large radius 
ratio). 
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The latter sets of runs demonstrated that the physics in the smaller radius ratio gap (as in the 
neutron shielding) and in the large radius ratio of the experiment are different.  As such, 
experiments for small radius ratio are needed to perform validation for this type of problem. 

 
a. segregated-solver steady state  
(momentum under-relaxation = 0.3)  

 
b. segregated-solver steady state 
(momentum under-relaxation = 

0.01) 

 
c.  coupled-solver steady state 

 
d.  segregated-solver transient 

Figure 5:  Cross-gap temperature profiles for FLUENT simulations (comparison with Fig. 5 of 
McLeod and Bishop, 1989) 
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Figure 6:  Cross-gap temperature profiles for FLUENT simulations (comparison with Fig. 5 of 
McLeod and Bishop, 1989) where 1° and 2° profiles reflect sensitivity to measurement position
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a. segregated-solver steady state 
(momentum under-relaxation = 0.7) 

 

b. segregated-solver steady state 
(momentum under-relaxation = 

0.01) 

 

c. coupled-solver steady state  

Figure 7:  Boundary surface temperature profiles for FLUENT simulations showing effect of 
constant heat flux boundary condition for same geometry as experiment 
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7. CONCLUSIONS 

Results obtained with the 2-D model are consistent with those observed for the 3-D model, which 
included a support fin (Fort et al, 2010).  FLUENT and STAR-CCM+ segregated-solver steady-
state results compare well for the same conditions.  Segregated-solver transient and coupled-
solver steady-state results for FLUENT are consistent with segregated-solver steady-state results 
with both codes.  However, there was significant difference in results produced using the 
segregated-solver transient and coupled-solver steady state in STAR-CCM+.  The cause of this 
difference is as yet unresolved.   

Regarding the choice between solvers, the segregated-solver steady state is computationally 
efficient and can give consistent results in both codes, but it does require a careful evaluation 
process to ensure an accurate solution.  The coupled-solver steady state is straightforward to use 
and gave consistent results without the large penalty in run time associated with the transient.  
The coupled-solver steady state is the recommended solution approach for this problem.    

While experimental data is not available in the literature for natural convection in horizontal 
concentric cylindrical annuli with small radius ratios and Rayleigh number typical of the neutron 
shield application, good agreement was shown for both codes against experimental data for a 
large radius ratio geometry with similar Rayleigh number.  Simulations demonstrated that the 
physics in the smaller radius ratio gap (as in the neutron shielding) and the large radius ratio in 
the experiment are different.  Experiments for small radius ratio are needed to perform validation 
for this type of problem. 
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Abstract 

For this study, dry air at ambient conditions was metered into the bottom of two unheated prototypic 
fuel assembly mock-ups.  One assembly was a 17×17 PWR and the other was a 9×9 BWR fuel 
assembly.  Pressure drop measurements were made in the laminar regime with Reynolds numbers 
ranging from 10 to 1000.  High sensitivity quartz crystal differential pressure gauges capable of 
detecting slight changes in differential pressure with a resolution of ~0.02 Pa provided meaningful 
pressure drop measurements across individual grid spacers and bundle segments. 

With fewer grid spacers and expanded flow area in the upper bundle, the BWR assembly exhibited 
less flow resistance at a given Reynolds number compared to the PWR assembly when located in a 
tight storage cell sized to be analogous to the BWR canister.  The tight PWR storage cell was smaller 
than any used commercially in spent fuel pools or dry storage casks.  When the PWR assembly was 
tested inside of storage cell sizes that spanned pool and cask cells available in industry, the flow 
resistance at a given Reynolds number was equivalent to or less than that exhibited by the BWR 
assembly.   

1 INTRODUCTION  

To the knowledge of the authors, these studies are the first hydraulic characterizations of a full length, 
highly prototypic fuel assemblies in low Reynolds number flows (DeStordeur, 1961; Rehme, 1973; 
Cheng and Todreas, 1986; Todreas and Kazimi, 1990). The advantages of full scale testing of 
prototypic components are twofold. First, the use of actual hardware and dimensionally accurate 
geometries eliminates any issues arising from scaling arguments. Second, many of the prototypic 
components contain intricacies by design that would not be reproduced by using simplified flow 
elements. While this approach yields results that are inherently specific to the fuel assembly under 
testing, the differences in commercial designs are considered minor, particularly when considering the 
hydraulics of the entire assembly. 

In a previous study the hydraulic characterization of a full scale, highly prototypic boiling water 
reactor (BWR) assembly mockup was conducted using state-of-the-art quartz crystal differential 
pressure gauges (Lindgren and Durbin, 2007).  These pressure gauges have an unprecedented 
resolution of ±0.02 N/m2 (±0.000003 psi) that allows accurate measurement of the pressure drops 
across assembly segments at very low Reynolds numbers (Re = 60 to 900 for the BWR study). 

These studies found the resistance to flow in the BWR assembly was significantly greater than 
predicted by generally assumed and accepted best estimate “textbook” flow parameters.  This 
discrepancy is largely attributed to the pressure drop across the spacers.  Use of best estimate flow 
parameters may significantly underestimate the resistance to laminar flow in the assembly, which 
leads to an overestimate of the cooling effects of naturally induced flows that develop in dry casks 
under normal storage conditions or wet pool cells during complete loss of coolant accidents. 

Overestimating the cooling effects of naturally induced flows may lead to non-conservative analyses 
of dry cask performance and spent fuel pool accident consequences.  Two geometric aspects unique to 
the BWR assembly somewhat mitigate this problem: 1) water rods in the center of the assembly carry 
a significant fraction of the total natural circulation flow and aid in cooling and 2) eight of the 
seventy-two rods in the 9×9 BWR assembly are partial length and end 1.32 m (52 in.) below the top 
of the assembly.  The increased void space in this upper portion greatly reduces flow resistance in this 
region.  These geometric aspects were not fully appreciated until close inspection of the prototypic 



9×9 BWR components, whose specifications are concealed in proprietary vender drawings.  This is 
one of the benefits obtained by the Sandia National Laboratories (SNL) spent fuel pool (SFP) 
experimental program’s use of full-scale, prototypical vender hardware. 

2 EXPERIMENTAL APPARATUS AND PROCEDURES 

2.1 Fuel Assembly 

The highly prototypic PWR fuel assembly was modeled after a commercial 17×17.  Commercial 
components were purchased to create the assembly including the top and bottom nozzles, spacers, 
intermediate fluid mixers (IFM), 24 guide tubes, one central instrumentation tube, and all related 
assembly hardware.  Many of these components are pictured in Fig. 1.  The central instrumentation 
tube and guide tubes are permanently attached to the spacers to form the structural skeleton of the 
assembly.  The top and bottom nozzles are removable.  The 24 guide tubes are completely open 
through the top nozzle and completely blocked in the bottom nozzle.  The outer diameter of the 24 
guide tubes changes from 11.2 mm to 12.2 mm at an axial location 0.61 m from the bottom nozzle.  
Immediately above the guide tube diameter change are four 2.31 mm holes in the tube wall.  The 
central instrumentation tube is the same diameter as the upper guide tubes and is the same diameter 
along the entire length.  There are no holes in the instrumentation tube wall.  The instrument tube is 
completely open through the bottom nozzle but is mostly blocked by the top nozzle with only a single 
2.6 mm hole centered on the tube.  If not blocked, the holes in the guide tube wall would allow some 
flow through the guide tubes.  The majority of spent PWR have the guide tubes blocked by one of 
several special assemblies such as a thimble plug assembly, a control rod assembly or a burnable 
poison assembly.  Unless noted otherwise, the data presented in this report are for blocked guide 
tubes. 

 

Fig. 1:  Prototypic 17×17 PWR components. 

Stainless steel tubing was substituted for the fuel rod pins for hydraulic testing. The diameter of the 
stainless steel rods was slightly larger than prototypic pins, 9.525 mm versus 9.500 mm.  Prototypic 
fuel rod end plugs were press fit into the ends of the stainless tubing.  The dimensions of the assembly 
components are listed in Table 1. 

Fig. 2 shows the rod configuration of a typical 17×17 PWR assembly.  Three different storage cells 
characterized by an inner dimension Dcell were studied.  These cells are discussed next. 

2.2 Storage Cells 

A major difference between BWR and PWR assemblies is the absence of the channel box in the 
PWR.  Without a channel box component, the pool or cask storage cell defines the flow boundaries 
for the PWR assembly (i.e., similar to a BWR canister).  The gap between the outer row of rods and 
the inside cell wall influences the nature of flow inside the bundle.  In order to study this effect, three 
different sized storage cells were tested.  The three sizes were chosen to represent two common 
commercial sizes and one small cell size that minimized the annular flow much like the BWR 
canister.  Table 2 lists the dimensions of cells used in three Holtec dry casks and one pool rack.  The 
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outer dimension of the 17×17 spacer is 214.0 mm (8.43 in.) and represents the smallest possible 
storage cell that would fit on the assembly.  The internal dimensions of the commercial cells range 
considerably from a low of 222.2 mm (8.75 in.) to a high of 229.9 mm (9.05 in.). 

Table 1:  Dimensions of assembly components in 
                                                                                      the commercial 17×17 PWR. 

Description 
Lower 
Section 

Upper 
Section 

Number of Pins 264 264 
Pin Diameter (mm) 9.525 9.525 

Pin Pitch (mm) 12.6 12.6 
Pin Separation (mm) 3.025 3.025 

Number of Instrument Tubes 1 1 
Number of Guide Tubes (G/T) 24 24 

G/T Diameter (mm) 11.2 12.2 
Axial Length (m) 0.704 3.268 

 

Fig. 2:  Rod configuration of a typical 17×17 
PWR assembly. 

Since there is variation in the size of the cells used commercially, three different sized pool cells were 
tested as indicated in gray in Table 2 and depicted in Fig. 2 as dimension Dcell.  The base case was the 
217.5 (8.56 in.) cell with minimal annular flow area.  Although this size is not found commercially, it 
is an important case for comparison purposes as it minimizes the complexity of the annular gap flow.  
The two other experimental storage cell sizes are 221.8 mm (8.73 in.) similar to that found in the 
Holtec MPC-24E/EF cask and 226.6 mm (8.92 in.) like that found in the Holtec MPC-24 cask.  This 
span of sizes includes the size used in a typical Holtec spent fuel pool rack. 

Table 2:  Internal dimensions of commercial cask, pool cells and areas as-built experimental cell. 

  
  
  

  
Number 
in Cask 

 Dcell 
Length 
(mm) 

  
Width 
(mm) 

Experimental 
Storage 

Cell 
Dimension 

(mm) 

Minimum 
Annular 

Gap 
(mm) 

17×17 spacer - 214.0 214.0 217.5 1.75 
       
MPC-32 22 223.3 223.3   
  8 223.3 227.1   
  2 227.1 227.1   
       
MPC-24E/EF 20 222.2 222.2 221.8 3.9 
  4 229.9 229.9   
       
MPC-24 24 226.6 226.6 226.6 6.3 
       
Holtec pool - 224.8 224.8   

2.3 Air Flow Control 

Air was metered into the bottom of the assembly with eight mass flow controllers (MKS Instruments 
Inc. Model 1559A).  The upper flow ranges of each controller are listed in the table inset in Fig. 3.   
Fig. 3 also shows a diagram of the flow metering and flow straightening components as well as 
photographs of the equipment used.  The metered air was conditioned to produce a uniform velocity 
profile at the inlet of the assembly.  Using best engineering practice, the flow from all the flow 
controllers was routed through a baffled manifold to mix the flows and equally distribute flow to the 

x 
y Dcell 



bottom of a square flow straightener.  The flow straightener consisted of a course screen, followed by 
a plastic honeycomb, followed by a fine screen.  The selection of straightening components and their 
placement are based on the results of Farell and Youssef (1996).  However, the resulting profile was 
not measured. 

 
Fig. 3:  Diagram and photographs of the flow control and flow straightening systems. 

2.4 Pressure Drop Measurements 

Fig. 4 shows the layout of the PWR and BWR pressure drop experimental assemblies, including all 
available pressure port locations. Three Paroscientific Digiquartz differential pressure transducers 
(Model 1000-3D) were plumbed directly to the desired pressure ports.  These pressure gauges use a 
highly sensitive quartz crystal to measure slight changes in differential pressure (resolution ~0.02 Pa).  
Unless noted otherwise, the measurements described hereafter were taken with the PWR guide tubes 
or BWR water rods blocked.  These guide tubes were blocked at the top, which is open, by inserting 
tapered rubber plugs into each tube.   Fig. 5 shows the lower section of the guide tube including the 
transition in the outer diameter and the location of the drain holes. 

Measurements were recorded directly to the hard drive of a PC-based data acquisition system every 2 
seconds using a LabView 8.2 interface.  These measurements included the air flow rate through the 
assembly, ambient air temperature, ambient air pressure, and the assembly pressure drops.  The 
LabView interface was used to automatically change the air flow rate according to a prescribed 
program which allowed a greater number of flow rates to be tested.   

With each pressure transducer plumbed to two set port locations and with the air flow off, pressure 
drop measurements were recorded for a period of roughly 1 minute. These measurements were termed 
zero flow measurements and allowed for correction of any zero drift in the transducer.  Next, the air 
flow was set to the desired rate with pressure drop readings subsequently acquired for 2 minutes. The 
air flow was then stopped, and zero flow measurements were again taken for 1 minute.  This 
procedure was repeated for different air flow rates.  The pressure spikes evident during the 
reestablishment of flow are discarded before averaging for the pressure drops.  Also, the slight zero 
drift of the transducer was corrected by subtracting the average of the zero flow measurements taken 
prior to and after each respective flow test.  The zero corrections of the pressure drops were less than 
0.92 N/m2, which occurred during an overall A–36 pressure drop measurement. 

Additionally, the BWR characterized in a previous study was re-tested using the improved automated 
procedures described below (Lindgren and Durbin, 2007).  The pressure port locations for the BWR 
assembly are also shown in Fig. 4. 
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Fig. 4:  Experimental PWR (left) and BWR (right) apparatuses showing as-built port locations. 

 
Fig. 5:  Lower detail of the PWR guide tube. 

3 DATA ANALYSIS 

3.1 Overall Pressure Drop Dependence on Reynolds Number 

Fig. 6 shows the overall assembly pressure drop as a function of Reynolds number in the bundle of the 
PWR (A–36) and BWR (1–B) assemblies.  The BWR data is included for comparison and includes 
the new data collected in the present study along with the data collected in a previous study (Lindgren 
and Durbin, 2007).   Data for the PWR assembly is shown for all three storage cells tested. The water 
rods in the BWR and the guide tubes in the PWR are plugged. For the smallest, 217.5 mm PWR 
storage cell that is sized to be analogous to the BWR canister, the pressure drop across the PWR is 
significantly larger than across the BWR assembly at all Reynolds numbers.  For the 221.8 mm PWR 
storage cell, pressure drop across the PWR is similar to the pressure drop across the BWR assembly at 
all Reynolds numbers.  The pressure drop across the BWR assembly is slightly lower than the 
pressure drop across the PWR assembly at low Reynolds numbers and nearly equal at higher 
Reynolds numbers.  For the largest 226.6 mm PWR storage cell, the pressure drop across the PWR is 
significantly less than the pressure drop across the BWR assembly at all Reynolds numbers. 
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Fig. 6:  Assembly pressure drop as a function of Reynolds numbers for analogous PWR and BWR 
fuel bundles. 

3.2 Pressure Drop with Axial Position 

Fig. 7 shows the axial pressure drop in a PWR assembly for three different flows when placed inside 
the smallest storage cell.  The size of this storage cell is comparable to the canister on a BWR 
assembly. The pressure drop measured in the BWR assembly is shown for comparison.   The pressure 
drop in the PWR is significantly higher than in the BWR assembly.  The pressure drop along the PWR 
bundle and across the PWR spacers is slightly greater than the corresponding locations in the fully 
populated lower section of the BWR assembly and significantly greater than in the upper partially 
populated section of the BWR assembly.   

 

Fig. 7:  Assembly pressure drop as a function of axial height for analogous PWR and BWR fuel 
bundles. 

3.3 Hydraulic Loss Coefficient Analysis 

The goal of this research was to determine the hydraulic coefficients for viscous or major loss, SLAM , 
and form or minor loss, k, for use with thermal-hydraulic modeling. The cross-sectional areas and 
hydraulic diameters used in the hydraulic analyses to follow are presented in Table 3. 
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Table 3:  Summary of the flow areas and hydraulic diameters of the hydraulic characterization 
experiments. 

Description Storage Cell Dimension (mm) Flow Area (m2) DH (m) 

PWR Upper Bundle 217.5 0.0256 0.0105 

PWR Lower Bundle 217.5 0.0260 0.0108 

PWR Upper Bundle 221.8 0.0275 0.0113 

PWR Lower Bundle 221.8 0.0279 0.0116 

PWR Upper Bundle (Unblocked Guide Tubes) 221.8 0.0299 0.0113 

PWR Lower Bundle (Unblocked Guide Tubes) 221.8 0.0279 0.0116 

PWR Upper Bundle 226.6 0.0296 0.0121 

PWR Lower Bundle 226.6 0.0301 0.0124 
BWR Upper (Partially Populated) 132.6 0.0106 0.0141 
BWR Lower (Fully Populated) 132.6 0.0098 0.0119 

  
Curve fits to the pressure drop data were used to determine the SLAM  and k coefficients of the 
assembly.  The technique used to determine these coefficients was successfully validated by 
investigation of flow in a simple annulus for which an analytic value of SLAM  is known.  The 
determination of these coefficients is discussed next.  The major, or viscous, pressure loss is 
expressed in Equation 1. 
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The minor, or form, pressure drops across the assembly are given by 
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Curve fits to pressure drop data are presented in the following format. In Equation 5, the quadratic 
term accounts for the minor losses and the linear term for the major losses. 
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Because the total pressure drop is simply the sum of the major and minor pressure drops, the SLAM  and 
k coefficients may now be determined explicitly. 
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The analysis assumes air properties at local ambient conditions, typically ρ = 0.98 kg/m3 and µ = 
1.85×10-5 N·s/m2.  Changes in air temperature and pressure are taken into account for measurements 
collected during different experimental runs.   



3.3.1 PWR Hydraulic Loss Coefficients 

A summary of the SLAM  and k coefficients for all three PWR storage cells tested is shown in Table 4.  
These values were determined from the full experimental flow rate range of 30 to 2100 slpm, or 
Reynolds numbers of 10 to 1000, respectively.  The hydraulic diameter and flow area of the upper 
section was used to calculate the SLAM  and k values. The SLAM  coefficient for the average bundle run 
and average spacer was calculated as the length weighted average.  The k coeffiecient for the average 
bundle and spacer was calculated as the arithmetic average.  Long and short bundle runs were 
averaged together as were regular and IFM spacers.  Uncertainties in the SLAM  and k coefficients listed 
in Table 4 were determined to be ±5 and ±1.4, respectively. 

Table 4:  SLAM  and k coefficients for the PWR assembly in the three storage cells tested. 

Cell size=>  
Dh =>                                                     

Segment Description L (m)

217.5 mm  
0.0105 m 

SLAM

217.5 mm 
0.015 m Σk

221.8 mm  
0.0113 m 

SLAM

221.8 mm 
0.0113 m 
Σk

226.6 mm 
0.0121 m  

SLAM

226.6 mm 
0.0121 m  
Σk

A-3 Top Nozzle 0.2097 107.1 1.5 113.2 1.4 89.9 1.4

3-5 Long Bundle 0.4509 76.1 1.4 65.6 1.2 65.7 1.4

5-6 Spacer 0.0667 418.4 2 357.6 1.9 303.4 1.6

6-7 Short Bundle 0.199 82.4 1 57.7 0.9 52 0.7

7-8 IFM 0.0545 283.2 1.4 231.2 1.1 227.7 1

8-9 Short Bundle 0.2021 77 0.4 56 0.5 51.7 0.5

9-10 Spacer 0.0656 466.3 1.9 364.6 1.5 269.2 1.6

10-11 Short Bundle 0.1979 81.1 0.8 68.3 0.9 57.3 1.1

11-12* IFM 0.0545 290.8 1.4 237.2 1.1 194.3 1

12-13* Short Bundle 0.2043 77.2 0.7 50.7 0.5 53.3 0.6

13-14 Spacer 0.0661 432.1 2 394.9 1.9 302.1 1.8

14-15 Short Bundle 0.1995 72.1 0.8 57.4 0.7 53.9 0.8

15-16 IFM 0.0534 294.2 1.5 276.7 1.4 223.1 1.2

16-17 Short Bundle 0.2027 73.3 0.3 47.5 0.3 45.7 0.4

17-18 Spacer 0.0646 492.5 1.9 383.5 1.8 341.9 1.8

18-22 Long Bundle 0.4604 80.7 1 62.4 1.2 56 1.2

22-23 Spacer 0.0646 480 1.6 366.7 1.8 322.7 1.6

23-29 Long Bundle 0.471 77.2 1.5 65.4 1.5 60 1.7

29-30 Spacer 0.0667 424.3 2.2 314.5 1.3 296.7 1.6

30-34 Long Bundle 0.5244 77.4 0.5 73 1.6 68.1 1.5

34-36 Bottom Nozzle 0.1688 284.7 4.9 238.7 3.4 223.5 3.3

A-36 Overall (meas.) 4.0472 132.9 30.6 109.9 27.7 98.5 27.4

 Average Bundle 77.6 0.8 62.7 0.9 58.6 1.0

 Average Spacer 404.5 1.8 329.8 1.5 279.3 1.5

Due to a blockage in port 12, segments 11-12 and 12-13 values are averages of the remaining IFM 
spacers and short bundle segments, respectively. 

For the smallest 217.5 mm storage cell the directly observed value of SLAM  for the overall pressure 
drop was 132.9.  The directly measured value of Σk was 30.6.  For the length weighted average 
bundle run and spacer the SLAM  was 77.6 and 404.5 respectively while Σk was 0.8 and 1.8 
respectively. 

For the 221.8 mm storage cell the directly observed value of SLAM  and Σk was 109.9 and 27.7 
respectively.  For the average bundle run and spacer the SLAM  was 62.7 and 329.8 respectively while 
Σk was 0.9 and 1.5 respectively. 

For the 226.6 mm storage cell the directly observed value of SLAM  and Σk was 98.5 and 27.4 
respectively.  For the average bundle run and spacer the SLAM  was 58.6 and 279.3 respectively while 
Σk was 1.0 and 1.5 respectively. 



3.3.2 BWR Hydraulic Loss Coefficients 

A summary of the SLAM and k coefficients for the BWR assembly with blocked water rods is shown 
in Table 5.  These measurements repeat those conducted in 2005 at SNL but include a more refined 
flow control capability.  The hydraulic loss coefficients calculated in the present investigations are 
within the experimental error from those determined previously (2005 – SLAM = 106, k = 37) 
(Lindgren and Durbin, 2007).    These values were determined from the full experimental flow rate 
range of 15 to 600 slpm, or Reynolds numbers of 20 to 850, respectively.  The hydraulic diameter and 
flow area of the upper and lower sections of the BWR assembly are listed in Table 3.  The hydraulic 
diameter and flow area of the lower fully populated bundle section was used to calculate the SLAM 
and k.  The directly observed value of SLAM  for the overall pressure drop was 104.2.  The directly 
measured value of Σk for the overall assembly pressure drop was 37.8.  The length weighted average 
bundle run and individual spacer SLAM  was 75.1 and 722.2 respectively.  The average k for the 
individual bundle run and spacer was 0.8 and 3.3 respectively.   

Table 5:  Full Flow Range SLAM  and k coefficients for the BWR assembly with blocked water rods. 

Dh =>                                                     
Segment Description L (m)

0.0119 m 
SLAM

0.0119 m 
Σk

1-2 Top Tie 0.04 44.4 0.4

2-3 Long Bundle 0.411 34.8 0.3

3-4 Spacer 0.044 313.3 2.6

4-6 Long Bundle 0.468 38.5 0.9

6-7 Spacer 0.042 298.6 2.6

7-8 Long Bundle 0.469 48 0.5

8-9 Spacer 0.044 733.6 3.4

9-10

2×Long Bundles 
+ Spacer 0.98 105.4 5

10-11 Spacer 0.044 707.7 3.4

11-13 Long Bundle 0.467 77.2 0.9

13-14 Spacer 0.044 720.3 3.3

14-15 Long Bundle 0.468 75.1 0.8

15-16 Spacer 0.043 739.1 3.3

16-17 Long Bundle 0.47 73 0.7

17-B Bottom Tie 0.127 124.5 10

Summation Overall (equiv.) 4.19 -- 38.1

1-B Overall (meas.) 4.19 104.2 37.8
 Average Bundle 75.1 0.8

 Average Spacer 722.2 3.3  

3.3.3 PWR Storage Cell Size Dependence 

Three different sized PWR storage cells were tested to determine the effect of the storage cell size on 
the hydraulic viscous and form loss parameters.  The smallest storage cell tested was 217.5 mm and is 
constrained by the size of the spacer, which is 214 mm.  The other two storage cells tested were 221.8 
mm and 226.6 mm, which span the sizes of the most common storage cells.  The largest storage cell 
found in the three dry casks considered is 230 mm. 

The geometry of the annular flow path is different in each of the storage cells.  The hydraulic diameter 
of the storage cell increases as the flow area of the annular region increases.  This change in annular 
flow areas between different storage cells affects the distribution of flow between the bundle and 
annular regions.  The hydraulic loss parameters are also affected.   Fig. 8 shows the dependence of the 
overall SLAM  and Σk on the storage cell hydraulic diameter based on data from the full range of 
laminar flows (Re = 10 to 1000) for the overall assembly length.   



The full-flow-range SLAM  drops from 134.0 at DH = 0.0105 m (217.5 mm cell) to 110.7 at DH = 0.0113 
m (221.8 mm cell) to 98.6 at DH = 0.0121 m (226.6 mm cell).  An empirical power law correlation 
was developed to aid in assigning hydraulic parameters to storage cell sizes not tested.  The validity of 
this correlation is limited to 17×17 PWR fuel.  In the limit as the cells size increases, the SLAM   should 
asymptotically approach the value of 57 for a square duct [Kays and Crawford, 1980, Fig 6-4, p. 63].  
A power law correlation was chosen because it could be forced to approach this limiting value. 

The full-flow-range form loss coefficient, Σk, shows less dependence on cell size.  For DH = 0.0105 m 
(217.5 mm cell), k is 30.9 and drops to 28.0 at DH = 0.0113 m (221.8 mm cell) and 27.8 at DH = 
0.0121 m (226.6 mm cell).  A power law correlation was also used to fit the form loss data. 
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Fig. 8:  Dependence of SLAM and Σk on the hydraulic diameter for full flow range (Re = 10 to 1000) 

and overall assembly length.  The validity of this correlation is limited to 17×17 PWR fuel. 

Fig. 9 shows the dependence of the SLAM  (left) and k (right) on the storage cell hydraulic diameter for 
average individual bundle runs and spacers.  The SLAM  for an individual spacer is much larger and 
more dependent on the hydraulic diameter than the SLAM  for an individual bundle run.  For the 
individual spacer, the SLAM  drops from 405 with the smallest storage cell, to 315 in the mid-sized cell 
to 297 with the largest cell.  The respective drop in SLAM  for and individual bundle run is from 78 to 
63 to 59.   Most of the hydraulic diameter dependence for the SLAM  for the overall assembly shown in 
Fig. 8 is evidently due to the spacers.  As with the overall assembly, a power law correlation forced to 
approach 57 was developed to describe the dependence on hydraulic diameter. 

The form loss coefficient k shows weak dependence on hydraulic diameter or cell size.  For an 
individual spacer, k decreases slightly with DH.  For a bundle run, k increases slightly with DH.  The 
sum of an individual spacer and bundle run results in a DH dependence very similar to that exhibited 
by the overall assembly as shown in Fig. 8. 
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Fig. 9:  Hydraulic diameter dependence of SLAM (left) and k (right) for individual bundle runs and 
spacers for full flow range (Re = 10 to 1000).  The validity of this correlation is limited to 17×17 

PWR fuel assemblies. 

4 SUMMARY 

These studies represent the first hydraulic characterizations of a full length, highly prototypic PWR 
fuel assembly in low Reynolds number flows.  A commercial 17×17 PWR fuel assembly was 
hydraulically characterized by measuring both pressure drops and velocities inside three different 
storage cells in the laminar regime.  Two of the storage cell sizes (226.6 mm and 221.8 mm) were 
chosen to span the cell size commonly used in dry storage casks and the third size (217.5 mm) was 
chosen as a practical minimum that forced most the air flow through the tube bundle.  These tests 
spanned Reynolds numbers from 10 to 1000 based on the hydraulic diameter and average assembly 
velocity.  The pressure drop results were used to calculate viscous and form loss coefficients, namely 
SLAM  and Σk, respectively.   

Pressure drop measurements were collected at 52 different flow rates between 25 and 2100 slpm.  
Three high precision quartz crystal differential pressure gauges collected data from 36 pressure ports.   
The pressure ports were positioned to allow characterization of all individual spacers and bundle runs 
along the axis of the assembly.  Overall pressure drop data was used to calculate SLAM  and Σk 
hydraulic loss coefficients.  The technique used to determine these coefficients was successfully 
validated by investigation of flow in a simple annulus for which an analytic value for SLAM  is known.   

For reference, comparison was made with the BWR assembly characterized in a previous study.  The 
BWR assembly was also re-tested, and the new pressure drop data is in excellent agreement with the 
previous study.   

The smallest PWR storage cell tested (217.5 mm) is analogous to a BWR canister.  The overall 
pressure drop across the PWR assembly in this storage cell was significantly greater than the overall 
pressure drop across the BWR assembly.  The BWR pressure drop is lower because the assembly has 
fewer grid spacers, and partial length rods result in a significant increase in flow area in the upper 
third of the assembly.  The overall SLAM  and Σk hydraulic parameters for the PWR assembly in the 
217.5 mm storage cell were determined to be 133 and 30.6 respectively.   

The middle sized PWR storage cell (221.8 mm) tested represents the smallest cell typically used in 
commercial dry casks.  The overall pressure drop across the PWR assembly in the 221.8 mm cell was 
found to be essentially the same as the overall pressure drop across the BWR assembly.  The overall 



SLAM  and Σk hydraulic parameters for the PWR assembly in the 221.8 mm storage cell were 
determined to be 109.9 and 27.7 respectively.   

The largest PWR storage cell tested (226.6 mm) represents the largest cell typically used in 
commercial dry casks.  The overall pressure drop across the PWR assembly in the 226.6 mm cell was 
significantly lower than the overall pressure drop across the BWR assembly.  The overall SLAM  and Σk 
hydraulic parameters for the PWR assembly in the 226.6 mm storage cell were determined to be 98.5 
and 27.4 respectively.   

The viscous loss coefficient, SLAM , exhibits a larger dependence on storage cell hydraulic diameter 
than the form loss coefficient, Σk.  To aid in determining the appropriate coefficients to use with 
storage cell sizes not tested, empirical power law correlations were determined for SLAM  and Σk as a 
function of storage cell hydraulic diameter.  The resulting correlations based on the full range of flow 
rates tested (Re = 10 to 1000) are: 

SLAM  = 57 + 1.891E-7 · DH
-4.348     (7) 

Σk = 9.872E-1 · DH
-7.527     (8) 

where DH is the storage cell hydraulic diameter in meters.  The correlations should only be used for 
17×17 PWR fuel assemblies with storage cells smaller than 226.6 mm. 
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Abstract

A numerical simulation of flow and heat transfer in a ventilated concrete dry storage cask 
system–17 (VSC–17) is performed and results compared with experimental data to assess the 
validity of the computational approach.  The measurements of steady state temperature 
distributions on the cask surface, concrete surface, air flow channels, and fuel canister guide 
are available.  Numerical simulations were carried out for normal operating conditions, where 
both the inlet and outlet vents are open, and for off-normal condition when normal air 
circulation is interrupted because of blocked vents.  Results include the flow and temperature 
pattern in the ventilated storage system.  Computed results were compared with experimental 
data for axial temperature distribution along the fuel assembly and radial temperature 
distribution along the storage assembly system.  The effect of the turbulence model on 
temperature distribution pattern was also studied.  For all the simulated cases, the computed 
results showed a trend similar to the experimental observation but did not model exactly. 
Computed peak cladding temperature in all the simulation cases was slightly higher than the 
experimental data. Heat transfer results showed some variation due to difference in backfill 
gas.  A study of different k-ε and k-ω turbulence models showed very little effect on 
temperature distribution.

1. INTRODUCTION

A  ventilated  storage  cask  operates  on  the  basic  principles  of  buoyancy  driven  natural 
convection, where cooler air enters the air passage near the bottom of the system, absorbs 
decay  heat,  and  the  lower  density  hot  air  exits  the  system  near  the  top.  Under  normal 
operating conditions, the majority of decay heat is dissipated through natural convection of 
coolant  air  flow through the passage. However,  radiation,  dissipated heat  convection, and 
conductive  heat  transfer  at  the  outer  cask  surface  also  helps  eject  heat.  At  off-normal 
operating conditions, where the inlet or outlet of the air passage is blocked, heat transfer at the 
outer surface becomes the principal method of energy dissipation. To ensure safe and reliable 
operation of a spent fuel storage system at normal and off-normal conditions by maintaining 
the peak cladding temperature (PCT) at or below the allowable limit, a proper understanding 
of the associated flow and heat transfer mechanisms are required. In recent years, engineers 
are relying increasingly on computational fluid dynamics (CFD) tools to address critical heat 
transfer  issues  of  spent  fuel  casks  and  canisters  and  estimate  safety  margins.  Simulation 
results obtained from such studies indicate that temperature distribution depends on a number 
of  factors  including  proper  choice  of  modeling  techniques,  assumptions,  and  physical 
parameters  such  as  turbulence  models,  material  properties,  and  heat  transfer  coefficients. 
Hence, proper choice of modeling parameters and techniques are important for performing 
reliable simulations and for assessing the uncertainty of simulation results.

Researchers have pointed out that heat transfer in a storage cask is a complicated process due 
to  the  inherent  geometrical  complexity  and  the  combined  convection-radiation  process 
induced by thermal radioactive process (Heng et al., 2002). Other factors contributing to the 
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overall heat transfer include the spent-fuel heat generation rate, thermal boundary condition, 
canister  backfill  media,  and  cask  orientation  with  respect  to  gravity  that  dictates  natural 
convection pattern. Prior studies (Nishimura et al., 1996; Shibazaki et al., 1998) showed that 
the convective heat transfer in a storage cask depends strongly on the Grashof and Prandtl 
numbers and some geometrical parameters. Early investigations (Arya and Keyhani, 1990; 
Cannan and Klein,  1998) focused on natural convection within the spent-fuel  assemblies. 
Recent  investigation  by  Heng  et  al.  (2002)  found  that  with  an  increase  in  the  Rayleigh 
number, the dominant heat transfer mode changes from conduction to convection. Heng et al. 
(2002) also determined that in the limit of the turbulent Rayleigh number, convective heat 
transfer is so strong that the temperature change mainly occurs near the wall of the cask, and 
the natural convection on local scale plays a more important role than that of global scale. 
Greiner  et  al.  (2007)  performed  two-dimensional  analyses  of  transportation  casks  and 
investigated two different thermal conductivity models to represent the basket that holds the 
fuel assembly. Araya and Greiner (2007) performed two-dimensional simulations of a boiling 
water reactor (BWR) fuel assembly within an isothermal enclosure for Nitrogen and Helium 
backfill. They found that natural convection is significant at lower basket temperatures with 
Nitrogen backfill, whereas, for Helium backfill, natural convection has no significant effect in 
reducing temperature. Li et al. (2007) studied three different models to calculate PCT of a 
storage or transportation cask with different backfill gas and vacuum condition in the canister. 
The study concluded that under vacuum condition, PCT limit is exceeded at a lower boundary 
temperature.  Chalasani  et  al.  (2007)  conducted  experimental  and  numerical  analyses  of 
horizontal  and  vertical  arrays  of  heated  rods  inside  an  isothermal  enclosure  to  mimic 
conditions  encountered  in  a  BWR fuel  assembly  between two consecutive  spacer  plates. 
Gudipati and Greiner (2007) conducted two-dimensional numerical studies of multipurpose 
canisters and compared different approaches to model the internal components. Waturu et al. 
(2008) performed heat  transfer analysis  of reinforced  concrete  storage casks and concrete 
filled  steel  casks  using  the  FIT-3D® thermal  hydraulics  code  and  the  commercial  solver 
PHOENICS®.  Their  computed temperature  values  at  the  canister  and convective  air  flow 
velocities were compared with experimental data (Takeda et al. 2008). Results showed that a 
hybrid thermal hydrolics and CFD approach can provide reasonable temperature estimates. 
Lee et al. (2009) performed a detailed experimental and computational analysis of a vertical 
storage system that was comprised of a stainless steel canister with concrete overpack under 
normal and off-normal conditions. The computational model employed an effective thermal 
conductivity approach proposed by Wooton and Epstein (1963) in conjunction with a porous 
media  approximation  to  model  the  fuel  rods.  The  simulation  results  showed temperature 
distribution contours at different cross sectional location and coolant air velocity contours. 
Some researchers have carried out numerical studies of the VSC–17 cask system. Walavalkar 
and Schowalter  (2004)  performed a  CFD analysis  of  the  VSC–17 spent  fuel  dry  storage 
system  using  the  FLUENT® software.  The  flow  equations  with  turbulence  and  energy 
equations with thermal radiation were solved for a 90-degree section of the VSC–17 system. 
They  concluded  that  CFD  provides  an  excellent  tool  for  waste  management  given  the 
proximity of predicted results with experimental data. 

From the review of open literature, it is clear that computed PCT values depend on the choice 
of  certain  physical  and  modeling  parameters  in  the  system  such  as  operating  density, 
turbulence, and inlet temperature. In the present study, a comprehensive thermal analysis is 
performed to investigate the effect of these parameters on predicted temperature distribution 
of a vertical storage system. More specifically, the effect of backfill gas, turbulence models, 
and  input  parameters  for  natural  convection  such  as  operating  density  is  analyzed. 
Simulations were also carried out for off-normal conditions where the inlet or outlet vents 
were artificially blocked to limit or eliminate coolant air supply. Computed results show axial 
temperature  distribution  along  the  fuel  assemblies  and  radial  temperature  distribution  at 
different  vertical  heights  across  the  domain.  Results  are  also  presented  for  temperature 
contours at different cross sectional planes. Computed results under different scenarios are 
compared with experimental data of McKinnon et al.  (1992). A principal  objective of the 
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study is to validate the numerical simulation approach against available experimental data for 
different  backfill  gases  and  vent  block  conditions.  In  addition,  a  number  of  Reynolds 
Averaged  Navier  Stokes  Equations  (RANS)-based  turbulence  models  were  assessed  and 
compared based on their effectiveness in predicting the temperature field. 

2. DESCRIPTION OF THE STORAGE SYSTEM 

The VSC–17 system has the capacity to store 17 canisters of consolidated nuclear fuel. It has 
two major components:  a multi-assembly sealed basket (MSB) and a ventilated concrete cask 
(VCC). The MSB has a steel cylinder containing the guide sleeve assembly that holds the 
canisters with fuel rods. The MSB cavity is backfilled with either Nitrogen or Helium gas to 
create an inert atmosphere that enhances heat transfer from fuel assemblies and at the same 
time prevents fuel oxidation and basket component corrosion. A composite shield lid provides 
sealing to the MSB contents. The VCC is a concrete shell with an inner steel liner and a 
weather cover. VCC encloses the MSB with an annular gap between the outer surface of the 
MSB and inner surface of the VCC. This gap provides conduit for the coolant air that enters 
the  system through an inlet  at  the bottom and leaves  through an exhaust  at  the  top.  The 
coolant airflow is driven by natural convection and dissipates the decay heat into the open 
atmosphere.  The geometry of the VSC–17 system and component description, along with 
experimental details, are provided in the report of McKinnon et al. (1992).

3. DOMAIN AND GRID 

The computational domain consisted of a quadrant of the whole circular cross section of the 
storage cask. Symmetry is assumed at the edge of the quadrants. The heat load distribution 
shows that the assumption is reasonable as the rate of decay heat generation is almost the 
same in each quadrant. Though simulation of the full cross sectional area will likely yield 
more accurate results, symmetry is assumed in the present study to achieve computational 
economy—schematic  of  the  domain  is  shown in  Figure  1(a)  and  (b).  The  computational 
domain  consisted  of  the  cask  geometry  but  did  not  include  the  surrounding  ambient 
environment.  The  computational  grid  consisted  of  1,038,794  cells  and  1,166,560  nodes. 
Special consideration was given to the mesh spacing between the VCC liner and MSB outer 
shell for air flow through this annular gap. In the near-wall region, the mesh was chosen to 
use the enhanced wall function formula to bridge the viscosity-affected region between the 
walls and the fully turbulent core region. The y+ for the first grid point was of the order of 
0.75. Geometry of the VSC–17 cask with the computational grid is shown in Figure 2(a) and 
(b). Figure 3 highlights the computational grid at the mid-vertical plane of the domain. It also 
shows  that  a  combination  of  hexahedral  and  tetrahedral  mesh  was  used  to  represent  the 
complex geometrical pattern.

4. NUMERICAL MODELING 

The commercial CFD package FLUENT® version 6.3 is used in the present analysis. Solution 
was obtained for the steady-state incompressible Navier-Stokes equations. The pressure based 
solver of FLUENT was used in conjunction with a Green-Gauss, cell-based gradient option. 
An implicit time-marching scheme was used for faster convergence. The SIMPLE algorithm 
was  used  to  obtain  pressure  velocity  coupling.  Details  of  the  governing  equations  and 
numerics can be found in FLUENT® theory guide and users manual (Fluent, Inc., 2007a, b).

4.1 Radiation
For thermal radiation modeling within the VSC–17 system, the discrete ordinate model was 
chosen.  In  this  approach,  the  radiative  transfer  equation  for  an  absorbing,  emitting,  and 
scattering medium is solved for a finite number of discrete solid angles. For the present study, 

3



four angular discretizations were used in each direction of the spherical coordinates system 
for the radiative transfer equations.

4.2 Turbulence
Based on the flow velocity and the dimensions, air flow in the inlet and outlet vents and 
annular gap between the MSB and the concrete outer shell is expected to be in the transitional 
regime. The calculated Reynolds number was close to the critical Reynolds number of 2,300. 
Hence,  an  appropriate  turbulence  model  was  needed  for  accurate  prediction  of  natural 
convection flow and heat transfer. A number of turbulence models were studied to understand 
the  choice  in  predicting  PCT.  The  models  tested  include  the  standard  k-ω  model,  the 
renormalization group k-ε model, the shear stress transport k-ω model, and the realizable k-ε 
model.

4.3 Boundary Conditions
Ambient  air  was  excluded  from  the  computational  domain.  The  external  boundary 
conditionof the cask surface was specified as convection-to-ambient air on all the cask walls 
except at the bottom. Radiation from the external side and top walls were also considered. On 
the bottom wall, conduction through the base to a concrete pad and its underlying soil was 
specified by defining appropriate thermal resistance. Solar insolation was neglected because 
the experiment was conducted indoors. The convective and radiative heat transfer boundary 
condition in the model was implemented by proper specification of heat transfer coefficient, 
emissivity,  and far  field  ambient  temperature.  The heat  transfer  coefficients  are  based on 
standard  correlations  of  convective  heat  transfer  (Churchill  and  Chu,  1975).  The  surface 
emissivity was obtained from the standard material property (McAdams, 1954). Inside the 
cask, coupled boundary conditions were used at the solid–fluid interface. Thermal radiation 
properties  and  resolution  control  for  the  view  factor  calculations  were  set  via  internal 
boundary conditions on solid cells adjacent to fluid (gas) cells.

4.4 Effective Thermal Conductivity
It is assumed that there will be negligible convective flow inside the tightly packed fuel rods 
within the stainless steel fuel canister, which are modeled as a homogeneous solid material 
region with a specified uniform heat generation rate and an effective thermal conductivity; 
however,  the  canister  was  assumed  to  have  anisotropic  thermal  conductivity.  Different 
effective conductivities of the fuel region in the axial and radial directions were specified 
in FLUENT (Fluent,  Inc.,  2007b). For axial heat transfer,  effective axial conductivity was 
represented  as  an  area-weighted  fraction  of  the  cladding  material  conductivity  and  by 
ignoring  the  presence  of  fill  gas.  This  relationship  was  implemented  in  FLUENT  as  a 
temperature-dependent  thermal  conductivity  function  of  cladding  material  using  an 
orthotropic  distribution.  In  the  radial  direction,  the  effective  thermal conductivity  method 
(Bahney  and  Lotz,  1996)  was  used  to  obtain  the  conductivity  of  the  fuel  as  a  function 
of temperature.

4.5 Modeling Heat Generation Inside the Fuel Cans Using Source Terms
The decay heat for a given fuel can was obtained from the experimental configuration. It was 
applied as a uniform volumetric heat generation rate throughout the homogeneous region, 
modified  only  to  include  an  axial  power  profile  based  on  the  measured  axial  power 
distribution in each individual fuel can. The axial variation of heat load was implemented as a 
user-defined function in the solver.

4.6 Material Properties
Thermal properties for the solid materials in the VSC–17 were obtained from experimental 
tests (McKinnon et al., 1992).  Gas properties for air, helium, and nitrogen were determined 
using functions provided in the FLUENT (Fluent, Inc., 2007b) material set and Chase (1985). 
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5. RESULTS AND DISCUSSIONS 

McKinnon et al. (1992) conducted experimental studies to see the effect of vent closure and 
backfill gas. The study reports nine test runs that yielded a large number of thermocouple 
temperature  data.  Temperatures  were  recorded  inside  the  fuel  cans,  within  the  basket 
structure,  and  on  the  inner  and  outer  surface  of  the  VCC  structure.  Out  of  the  nine 
experimental test  conditions, four test  cases were selected for the present study,  which is 
described in Table 1. A selection was made to cover two different backfill gases, which are 
(i) Helium, and (ii) Nitrogen. Three different vent conditions were chosen, which are (i) open, 
(ii)  inlet  blocked, and (iii)  both inlet  and outlet  blocked. Simulation input  conditions and 
modeling parameters for internal MSB pressure, heat load, and atmospheric pressure were 
adopted from corresponding experimental observation. For all the runs described in Table 1, 
the transitional shear stress transport (SST) k-ω turbulence model was used. In addition, a 
companion  study  was  performed  to  understand  the  effect  of  turbulence  on  temperature 
distribution.  Conditions  specified  for  Case–1 in  Table  1  are  used  for  this  study,  and the 
following four turbulence models were tested, (i) Standard k-ω model, (ii) Renormalization 
group k-ε model, (iii) Realizable k-ε model, and (iv) Transitional SST k-ω model.

Table 1:  Test Conditions for the Validation Study
     Case Number

Condition

Case–1 Case–2 Case–3 Case–4

Backfill Helium Nitrogen Helium Helium

Vent Condition All Open All Open Inlet Blocked All Blocked

In the present simulations, the specified operating density corresponds to the inlet condition, 
except  for  Case–3  where  the  inlet  and  outlet  boundary  was  blocked.  For  this  case,  the 
operating  density  was approximated as  the  initial  air  fill  value.  Simulated results  for  the 
temperature profiles are compared with the experimental data (McKinnon et al., 1992) for the 
cases described in Table 1. Axial temperature profile experimental data inside the fuel region, 
liner wall,  and multipurpose canister wall  were  chosen to compare  to the simulated CFD 
results. Additionally, radial profiles from the center of the fuel region to the periphery of the 
overpack concrete shield at two different elevations were used to compare the experimental 
data to the CFD results. Case–1 is treated as the baseline study for the simulations.

5.1 Baseline Study (Case–1)
Figure 4(a) and (b) shows the temperature contours for helium flow and the fuel rods. It is 
evident from the figure that the PCT occurs near the center of the canister assembly, which is 
consistent  with previous  experimental  and computational  studies (McKinnon et  al.,  1992; 
Walavalkar and Schowalter, 2004). Figure 5 shows the temperature contours for the outside 
concrete  surface  and  the  air  passage  between  the  concrete  shell  and  steel  liner.  The 
temperatures  of  these  components  are  significantly  lower  compared  to  the  cladding 
temperature measured inside the canister. Additionally, in the simulations, the air temperature 
increases as it is heated and passed through the passage. The temperature of the outer concrete 
shell  also  changes  with  vertical  distance.  Figure  6  shows  the  fuel  axial  temperature 
distributions at three different locations and their comparisons with the experimental data for 
Case–1. The peak temperature is slightly overpredicted for all three locations by about 1 to 
2 percent  at  the  peak;  however,  the  predicted  temperature  distribution  shows  qualitative 
agreement  with  the  experimental  data  and  follows  the  same  pattern  and  trend.  Axial 
temperature distributions along the fuel cans were measured at seven different locations using 
thermocouple lances, which are identified using the lance number in the present study. For all 
the  lances,  the temperature  increases  and then decreases  with vertical  distance;  this  trend 
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matches with experimental observation. Figure 7 shows the liner and multipurpose canister 
wall  axial temperature distribution for Case–1. The simulations overpredicted the PCT by 
5 percent even though the predicted temperature qualitatively agreed with the experimental 
observations. This  relatively large difference is  due to modeling issues related to material 
selection and omission of certain elements. Figure 8 shows the radial temperature distribution 
from the center of the MPC to the outside surface of the VSC–17 at two different elevations 
that show a reasonable agreement between experimental and computer data.

5.2 Nitrogen Backfill (Case–2)
Figures 9 through 11 show the results for Case–2. Figure 9 shows that the predicted fuel axial 
temperature  distribution  for  the  same  locations  described  in  Figure  6.  The  temperature 
distribution pattern with Nitrogen backfill is slightly different from that with Helium backfill 
as the maximum temperature location has shifted to a higher elevation. Predicted results are 
within 1–2 percent  of  experimental  data  at  peak value.  This  feature  was captured by the 
numerical model. It is also noticed that the calculated axial temperature matches more closely 
with experimental values. As seen in Figure 10, predicted temperature distributions along the 
liner  and  MSB  are  similar  to  that  with  Helium  backfill.  However,  computed  radial 
temperature distribution, highlighted in Figure 11, shows a better match with experimental 
data.

5.3 Effect of Inlet Blockage (Case–3)
Figures 12 through 14 show the results  for Case–3, which simulates the closed inlet vent 
condition.  Figure  12  shows  that  the  predicted  fuel  axial  temperature  distribution  is 
overpredicted compared to experimental data by at least 5 percent. However, unlike the two 
previous  studies,  the  trend  and  pattern  of  temperature  distribution  matches.  Temperature 
distributions  highlighted  in  Figures  13 and  14 also  confirm  that  the  differences  between 
experimental and computed data are relatively high. The apparently poor performance of the 
model for Case–3 is because the inlet of the vent is blocked, whereas the outlet of the vent 
was kept open during the experiment. The blockage condition was simulated specifying the 
inlet strip as a solid concrete wall and with mixed convection in the external surface of the 
blockage wall. The blockage condition was simulated by imposing a zero velocity at the inlet 
and with external mixed convection at the outlet  boundary.  Modeling the outlet  boundary 
posed  significant  challenges.  It  was  modeled  as  a  pressure  outlet  boundary  as  well  as  a 
pressure  inlet  boundary  with  a  significant  quantity  of  reversed  airflow  for  both  cases. 
However,  both  these  boundary  conditions  provided  similar  results.  The  circulating  air 
operating density was specified corresponding to the ambient pressure and temperature.

5.4 Effect of Inlet and Outlet Blockage (Case–4)
Figures 15 through 17 show the results for Case–4, where both the inlet and outlet vents are 
blocked and the air inside the passage is trapped. The results for Case–3 also overpredict the 
temperature and deviate considerably from the experimental data. Unlike Case–3, both the 
inlet and outlet vents are blocked for Case–4. These conditions are simulated by specifying 
the vents as solid bodies and with mixed convection in the external surface of the blockage 
wall. Under this condition, the majority of the heat is dissipated through the external walls by 
mixed  convection  and  radiation.  Heat  transfer  also  depends  on  the  convection  pattern  in 
the annulus.

5.5 Effect of Turbulence Modeling
Figure 18 shows the effect of turbulence modeling on the fuel axial temperature distribution 
for operating conditions (same as Case–1 for three different locations). The four turbulence 
models  considered  were  the  transitional  SST  k-ω  model,  standard  k-ω  model,  the 
Renormalization Group (RNG) k-ε model, and the realizable k-ε model. Figure 18 also shows 
that even though there is not much appreciable difference between the predictions from the 
three models, the RNG k-ε model and the realizable k-ε model predictions are closer to the 
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experimental results. Out of the three models, the RNG k-ε model-based prediction of the 
temperature  is  the  closest  to  the  experimental  value.  Normally,  an  RNG  k-ε  model  or 
realizable  k-ε  model  is  best  suited  for  flows  that  are  dominated  by  recirculation,  large 
vortices, and separation regions. Because the flow in this case is wall bounded and in the 
transitional  region,  no significant  improvement  is  observed using the  RNG k-ε model  or 
realizable k-ε model over the standard k-ω model.

Figure 19 shows the effect  of the turbulence model on the MSB temperature distribution. 
Similar trends can be observed in this figure, which shows that the RNG k-ε model predicts 
the temperature distribution closest to the experimental data. As the elevation increases, the 
relative  difference  between  the  peak  temperatures  predicted  by  the  different  models  also 
increases. Figure  20 shows the liner temperature distribution with the different turbulence 
models. Among the three models, the RNG k-ε model predicts the liner temperature that is 
closest to the experimental data for both locations in the MSBs. The difference between the 
predicted  result  and  the  experimental  data  is  the  maximum for  the  standard  k-ω model. 
Figure 21 shows the radial temperature distribution from the center of the MPC to the outside 
surface of the VSC–17 at both the elevations for the different turbulence models. All three 
turbulence  models  give  approximately  the  same  prediction.  Figures  18  through  21 
demonstrate that these two equations’ turbulence models provide very similar results and do 
not affect temperature distribution in a significant way.

6. CONCLUSION

A numerical  model  to  perform thermal  analysis  of  the  VSC–17 cask  was  evaluated  and 
assessed in this study. The analysis provides a basis to validate the model construction using 
an  off-the-shelf  commercial  computational  fluid  dynamic  solver  and  enhance  the 
understanding of the different modes of heat transfer (i.e., conduction, natural convection, and 
radiation) from fuel assemblies under normal and off-normal operating conditions. Simulated 
results  were  compared  with  experimental  results.  For  all  the  cases,  the  computed  results 
showed similar trend and pattern and matched the experimental observation in a range of 
5 percent. In almost all the cases, the simulated PCT was slightly higher than the experimental 
data. However, the match between the computed results and the experimental data was better 
when Nitrogen was used as a backfill gas inside the canister as compared to Helium backfill. 
Simulations with a blocked vent showed higher deviation from experimental data, which can 
be attributed to modeling issues at blockage boundaries and outer walls. A study of different 
k-ε  and  k-ω  turbulence  models  showed  that  the  two  different  equation  models  provide 
analogous results.  Though the renormalization group k-ε model produced a slightly better 
match, the results obtained from all the models were comparable.

7. DISCLAIMER 

This paper is an independent product of the CNWRA and does not necessarily reflect  the 
view  or  regulatory  position  of  the  USNRC.  The  NRC staff  views  expressed  herein  are 
preliminary and do not constitute a final judgment or determination of the matters addressed 
or of the acceptability of a license application for spent fuel storage or transportation systems.
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Fig. 1:  Schematic of the computational domain

(a) (b) (a) (b)

Fig. 2:  VSC–17 cask with computational grid

Fig. 3:  Computational grid at the mid-
vertical plane of the domain

(a) (b)

Fig. 4:  Temperature contours (K) in the 
spent nuclear fuel canisters 

Fig. 5:  Temperature contours (K) in the 
air passage and concrete shell
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Fig. 9:  Fuel axial temperature distribution for 
Case–2

Fig. 7:  Liner and multipurpose canister walls axial 
temperature distribution for Case–1

Fig. 8: Radial temperature distribution at two axial 
locations for Case–1

Fig. 10:  Liner and multipurpose canister walls axial 
temperature distribution for Case–2

Fig. 6:  Fuel axial temperature distribution for Case–1

Fig. 11:  Radial temperature distribution at two 
axial locations for Case–2
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Fig. 12:  Fuel axial temperature distribution for 
Case–3

Fig. 13:  Liner and multipurpose canister walls 
axial temperature distribution for Case–3

Fig. 14:  Radial temperature distribution at two 
axial locations for Case–3

Fig. 15:  Fuel axial temperature distribution 
for Case–4

Fig. 16:  Liner and multipurpose canister walls axial 
temperature distribution for Case–4

Fig. 17:  Radial temperature distribution at two 
axial locations for Case–4
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Fig. 18:  Fuel axial temperature distribution 
predicted by different turbulence models

Fig. 19:  Multiassembly sealed basket temperature 
distribution for different turbulence models

Fig. 20:  Liner temperature distribution for different 
turbulence models

Fig. 21:  Radial temperature distribution for different 
turbulence models
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Abstract 
The spent nuclear fuel from the Chernobyl nuclear plant is designed to be stored in Double Walled 
Canisters (DWC) at the ISF-2 Interim Storage Facility. To provide a high degree of confidence in the 
results predicted by the FLUENT CFD computer code for safety evaluation of fuel storage at the ISF-2 
facility a full scale prototype DWC was manufactured and tested for it’s thermal performance at the 
Holtec Manufacturing Division in Turtle Creek, PA. The DWC was instrumented and fuel heat simulated 
by inserting electrically heated rods in the fuel tubes under two extreme heat distribution scenarios: (i) 
Peripherally heated test wherein the heat is applied to the outermost storage cells; (ii) Core heated test 
wherein the heat is applied to the innermost storage cells. The heater tubes, storage cells, DWC shell and 
lid were instrumented to measure and record temperatures during the testing. To validate the FLUENT 
CFD code the thermal tests were simulated on FLUENT by constructing geometrically accurate 3D model 
of the DWC with all internals significant to mimic the thermal-hydraulic state in the DWC. These 
included heated rods, fuel tubes, support plates and the DWC shell. The test measurements and FLUENT 
results were compared and the predictability of the FLUENT CFD code for safety evaluation of fuel 
storage in double-walled canisters confirmed. 
 
1. INTRODUCTION 

The ISF-2 Interim Storage Facility is designed to store Chernobyl’s Spent Nuclear Fuel (SNF) in the dry 
state in Double Wall Canisters (DWC). The DWC is a stainless steel canister engineered with two 
independent welded barriers (two shells, two base plates and two lids) to the release of radioactive 
material. Fuel is stored in an array of METAMIC fuel tubes supported by a disk-and-spacer assembly. 
The heat generated by the SNF is dissipated through the fuel tubes and support structures and externally 
to the environment. To evaluate the safety of the DWC and stored fuel the Computational Fluid Dynamics 
(CFD) code FLUENT is deployed for all thermally challenging scenarios. Although the FLUENT CFD 
code is a robust program relied upon by cask designers in the United States and elsewhere for licensing of 
storage and transport casks, its use is a novel fist step for the Ukrainian Regulator SNRCU1 and ChNPP 
(Chernobyl Nuclear Power Plant). Furthermore the fuel basket design consisting of an array of fuel tubes 
supported in a disk-and-spacer cage departs from the traditional integrally welded baskets. To provide a 
high level of assurance to the Ukrainian Regulator and the Chernobyl Plant Operator a full scale FLUENT 
validation test is designed as described below. 
 

1. One full scale prototype DWC is designed and manufactured under the Holtec’s quality 
assurance program for nuclear grade equipment. 

2. The prototype DWC is powered by instrumented electric heater rods inserted in fuel tubes. The 
heater rods power bounds Chernobyl fuel assemblies decay power by conservative margin (See 
Table 1). During the test all critical temperatures are recorded. 

3. The thermal test is modeled by deploying the FLUENT CFD code and the DWC temperature 
field is computed. 

                                                 
1 Acronym for The State Nuclear Regulation Committee of Ukraine. 
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4. The suitability of FLUENT is evaluated for reliable and conservative prediction of critical DWC 
temperatures. 

 
Table 1: Thermal Test Heat Input 

 Thermal Test DWC loaded with Chernobyl fuel 
Max. Storage Cell 1 kW 79 W 

DWC 12 kW 10 kW 

 
2. TEST APPARATUS AND ITS INSTRUMENTATION 

2.1 Description of Test Apparatus 
In accordance with the FLUENT validation test plan articulated in Section 1 a full scale instrumented 
prototype DWC is constructed and thermally tested at the Holtec Manufacturing Division located in 
Turtle Creek, PA. The principal DWC characteristics are provided in Table 2. A cutaway view of the 
DWC with the internals is shown in Figure 1. The prototype DWC is tested under a thermally bounding 
scenario wherein the DWC is loaded with fuel in air at the ISF-2 hot cell equipped fuel processing 
building with the lid closed. Fuel heat was simulated by inserting twelve electrical heater rods in storage 
cells under two extreme heat distribution scenarios: 
 

Case 1: Peripherally heated DWC 
Case 2: Core heated DWC  
 

The heater layout under the two scenarios is shown in Figures 2 and 3. A typical heater assembly is 
shown in Figure 4. The heater tubes are instrumented to measure the heater rod and fuel tube temperatures 
near the bottom, mid-height and top of the active length (See Figure 5). To maximize local temperatures 
the power input to the heated cells is substantially in excess of the maximum decay power of Chernobyl 
fuel (See Table 1). 
 

Table 2: Principal DWC Characteristics 

Diameter 73.81 in 
Length 160.5 in 

Shell thickness 0.5 inch (inner), 0.375 inch (outer) 
Fuel tubes 
Number 
Diameter 
Length 

Wall thickness 

 
186 

4.063 in 
149.76 in 
0.094 in 

Support disks 4 (intermediate), 1 (bottom) 
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Figure 1: Cutaway View of the DWC (fuel tubes omitted for clarity) 

 

 
Figure 2: Case 1: Peripherally Heated Test Configuration 
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Figure 3: Case 2: Core Heated Test Configuration 

 

 
Figure 4: Fuel Tube and Heater Rod Assembly 
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Figure 5: Heated Fuel Tube Instrumentation 

 
2.2 Instrumentation Details 

The prototype DWC is instrumented to measure the temperature field during thermal tests. Precision 
thermocouples are installed to measure the temperatures of Important to Safety (ITS) components within 
the DWC.  The thermocouples are NIST calibrated to ensure temperature measurement uncertainties are 
within ±1oC. The measurement data is recorded using LabVIEW Data Acquisition software.  The 
instrumentation installed at the test facility is described below.  
 
Power Measurement: 
The power supply to the electrical heaters is controlled by Watlow Silicon Controlled Rectifier (SCR). 
The power is supplied through an array of 12 power cables wired in parallel from the Watlow junction 
box. The 12 kW total power output is controlled by the SCR.  The output power is shared equally by the 
12 parallel-wired heaters wired by virtue of their identical design and construction.  The output power 
reading from the SCR is monitored and recorded. 
 
Tube Instrumentation: 
As shown in Figure 3.4, all 12 heated tubes have thermocouples installed to measure the heater rod, tube 
and fluid temperatures at three elevations. At each elevation there is a sheathed thermocouple embedded 
at the inside of the tube wall, a fluid thermocouple located half-way between the inside of the tube wall 
and the outside of the heater rod, and a thermocouple located on the inside surface of the cladding of the 
heater rod (See Figure 5).  The three elevations, positioned within the active length of the heater rods, are 
at 21 in, 81in, and 141 in from the bottom of the DWC.  The heated length starts 9 in from the bottom of 
the DWC and ends at 153 in.  Two unheated tubes instrumented with the fluid and tube wall 
thermocouples are included in the test (tubes 13 and 14 shown in Figures 2 and 3). 
 
Cask Instrumentation – Outer Shell: 
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To measure the temperature of the outer shell of the DWC sheathed thermocouples are located at 3 
elevations coincident with the heated tube thermocouple elevations in four directions designated “North”, 
“South”, “East”, “West” shown in Figures 2 and 3. 
 
Cask Instrumentation – Inner Wall: 
Four sheathed thermocouples embedded in the inner wall of the storage cask outer shell at each of the 
four designated “directions” (North, South, East, and West) at 147 in elevation from the DWC bottom. 
 
Test Lid Instrumentation: 
The DWC is equipped with a test lid placed on the DWC top having openings for heater rods and 
thermocouples access. Five thermocouples are located on the top of the test lid. The thermocouples are 
located midway between the center and perimeter of the lid in each of the four orientations (North, South, 
East, West), with an additional thermocouple located at the lid center.  
 
Ambient Air Instrumentation: 
Five fluid thermocouples are installed to measure the ambient air temperature. Four are distributed over 
the DWC height a short distance from the cask perimeter. One is located approximately 3 ft above the top 
of the lid center. 
 
Data Acquisition System: 
The Data Acquisition System (DAS) hardware supplied by National Instruments utilizes a USB control 
module to create a complete plug-and-play system. The components consist of a slot chassis to house the 
modules, a USB control module that communicates with the computer, five 32-channel input modules to 
produce a 160-channel system, five corresponding thermocouple connectors, and the required cabling to 
connect the thermocouple connector accessories to the input modules. The DAS is connected to the DWC 
test facility as shown schematically in Figure 6. 
 

 
Figure 6: Test Facility Schematic 
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3. DWC THERMAL MODEL 
 
To demonstrate adequacy of the FLUENT CFD code the prototype DWC thermal test configuration is 
modeled, temperature field computed and evaluated. The principal features of the prototype DWC and the 
thermal model constructed for this purpose are described in the following. 
 
3.1 Prototype DWC Physical Characteristics 
The prototype DWC is engineered with a fuel basket identical in design to the Double-Wall Canister for 
storing the separated upper and lower bundles of RBMK fuel assemblies. The prototype DWC is tested 
under a bounding ISF-2 fuel loading scenario wherein the DWC is oriented vertically, the cavity is air 
filled and the lid is installed. A cutaway view of the DWC is shown in Figure 1. The principal design 
features are: 
 

(i) The fuel basket is engineered with 186 Metamic tubes for storing the half-length fuel 
assemblies. 

(ii)  The cylindrical tubes are laterally supported by drilled-hole steel plates. The cylindrical 
tubes bottom is contoured to rest inside chamfered tubesheet holes. The tubesheet is 
positioned above the baseplate so that a plenum between the baseplate and the tubesheet 
is created. 

(iii)  The tubesheet and the array of support plates are fastened to each other by six tie rods. 
(iv) The central tube required during fuel drying operations is included in the prototype 

DWC. 
(v) The bottom plenum baffle plate required to direct gas flow during drying operations is 

included in the prototype DWC. 
(vi) The tubes are capped with a removable top cover. The top cover and tube bottom are 

equipped with vent holes to enhance fuel cooling under fuel loaded conditions and 
facilitate fuel drying operations. 

(vii)  The fuel basket is enclosed by a double-walled stainless steel confinement vessel. 
 
3.2 DWC Thermal Model 
The prototype DWC is essentially an array of Metamic fuel tubes laterally supported by steel disks. The 
fuel basket is confined inside the cylindrical cavity of the DWC. To ensure an adequate representation of 
the fuel basket a geometrically accurate 3D model of the array of fuel tubes is constructed using the 
GAMBIT pre-processor. The 3D model explicitly includes the DWC components. All physical 
components, including the fuel tubes, support plates, bottom tubesheet and stainless steel enclosure vessel 
are included in a 1/12-Symmetric thermal model (See Figure 6.1). The essential features of the model are 
presented below: 
 
• The fuel tubes, support plates, bottom tubesheet, and double walled stainless steel enclosure vessel 

are explicitly modeled. 
• The heater rods in the locations under Case 1 and Case 2 scenarios (See Figures 2 and 3) are 

explicitly modeled in the fuel tubes. 
• The heater power is modeled as volumetric heat source in the heated length. 
• Convection in the DWC spaces, which is intrinsic to the fuel basket design, is enabled in the model. 
• Conduction and radiation heat transfer are enabled in the model. 
• The bottom surface of the DWC is conservatively assumed to be insulated. 
• Heat dissipation by radiation and natural convection to still air from the DWC shell and lid are 

included in the model. Convection heat transfer is modeled in accordance with Jakob & Hawkins 
correlation [1] for natural convection cooling from heated surfaces in the turbulent regime (Ra > 109) 
as given below: 
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hc = 0.19 ∆T1/3 (heated vertical surfaces) 

hc = 0.22 ∆T1/3 (heated horizontal surfaces) 

where, hc is convection coefficient and ∆T is surface-to-ambient temperature differential in 
conventional US units. 

To ensure a robust representation of the significant-to-heat transfer features of the DWC the fuel tubes, 
heater rods and fluid regions are fine meshed. A planar view of the FLUENT mesh is shown in Figure 7. 
The 3D model was generated by extruding the planar mesh in the axial direction with a large number of 
cells (over one hundred). An isometric view of the thermal model is shown in Figure 8. Thermo physical 
properties of structural steel used in the DWC (SS-304) are obtained from the ASME Code [2]. Thermo 
physical properties of air obtained from Rohsenow & Hartnett [3] are applied to the model. Thermo 
physical properties of Metamic fuel tubes characterized in a proprietary Holtec test program are applied to 
the thermal model. The thermal model is solved to obtain the steady state DWC temperature field under 
the two test configurations defined in Figure 2 (Peripheral Heating Test) and Figure 3 (Core Heating 
Test).  The FLUENT results are presented and evaluated in Section 4. 

 

 
Figure 7: Planar View of 1/12-Symmetric DWC Thermal Model 
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Figure 8: Isometric View of 1/12-Symmetric DWC Thermal Model 

 
4. THERMAL TEST DATA 
 
The prototype DWC thermal tests were conducted under the two bounding scenarios defined in Figure 2 
(Peripheral Heating Test) and Figure 3 (Core Heating Test). The thermal tests were conducted at the 
HMD’s South Shop in accordance with written test procedures. Test data was recorded electronically by 
the Data Acquisition System (DAS) and post processed to obtain the maximum measured temperatures of 
critical components (rod, fuel tube and DWC shell). 
 
4.1 Peripheral Heating Test 

The Case 1 Peripheral heating test was conducted in November 2008 with the DWC initially at room 
temperature.  The power was turned on and ramped up from 0-12 kW over a 24 minute period. The test 
was terminated next day after approximately 28 hours of full power operation.  Steady-state conditions 
were reached after approximately 25 hours of full power operation. During the tests all twelve heater rod 
temperatures at the three elevations, El. 21 in, El. 81 in, and El. 141 in were monitored and recorded. The 
test observations are as follows: 
 

1. The heater rod and tube temperatures ramped quickly followed by monotonic approach to 
steady state. 

2. The temperatures of the heater rod, fuel tube and DWC shell were higher at the upper 
elevation loactions. Highest temperature was measured by the top El. 141 in 
thermocouples. These observations are consistent with upward flow of heated gases due to 
buoyancy forces on the heated fuel tubes. 

3. The heater rod temperatures exhibit bounded rod-to-rod variations. The highest 
temperature was recorded by the Heater Rod #12 thermocouples. 
 

For post processing and evaluation of thermal test the DAS sampling rate during approximately the last 
two hours of the thermal test was increased from 30 sec to 1 sec under two 15 minute steady state 
windows defined as SS#1 and SS#2. Time-averaged axial temperature plots of critical components during 
the SS#1 and SS#2 windows are plotted as follows: 
 

Hottest Heater Rod#12: Figure 9 
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  Hottest Fuel Tube#12: Figure 10 
Hottest North Location DWC Shell: Figure 11  

 
The FLUENT predicted temperatures of the heater rod, fuel tube and DWC shell are plotted in these 
figures to facilitate evaluation of results in Section 5. 
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Figure 9:  Case 1: Hottest Heater Rod#12 Measured and FLUENT Computed Results 
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Figure 10: Case 1: Hottest Fuel Tube#12 Measured and FLUENT Computed Results 
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Figure 11: Case 1: Hottest North Location DWC Shell Measured and FLUENT Computed Results 

 
4.2 Core Heating Test 

The Case 2 Core heating thermal test was conducted in November 2008. The test was conducted at full 
power and terminated the next day after approximately 26 hours of operation. Steady-state was reached 
after approximately 25 hours of full power operation. During the tests all twelve heater rod temperatures 
at the three elevations, El. 21 in, El. 81in and El. 141 in were monitored. The test observations are as 
follows: 
 

1. The heater rod and tube temperatures ramped quickly followed by monotonic 
approach to steady state. 

2. The temperatures of the heater rod, tube and shell are increasing function of 
elevation. Highest temperature is measured by the top elevation (El. 141 in) 
thermocouples. 

3. Highest temperatures are reached in the innermost row of rods (See Figure 3). 
4. Highest temperature is recorded by the Heater Rod #3 thermocouples. 

 
For post processing and evaluation of thermal test the DAS sampling rate during approximately the last 
hour of the thermal test was increased from 30 sec to 1 sec for two 15 minute steady state windows SS#1 
and SS#2. Time-averaged temperature plots of critical components during the SS#1 and SS#2 windows 
are plotted as follows:  
 

Hottest Heater Rod#3: Figure 12 
  Hottest Fuel Tube#3: Figure 13 

Hottest North Location DWC Shell: Figure 14 
 
The FLUENT predicted temperatures of the heater rod, fuel tube and DWC shell are plotted in these 
figures to facilitate evaluation of results in Section 5. 
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Figure 12:  Case 2: Hottest Heater Rod#3 Measured and FLUENT Computed Results 
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Figure 13: Case 2: Hottest Fuel Tube#3 Measured and FLUENT Computed Results 
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Figure 14: Case 2: Hottest North Location DWC Shell Measured and FLUENT Computed Results 

 
5. CONCLUSIONS 
 
The test measurements and FLUENT computed results plotted in Figures 9 through 14 supports the 
following observations: 

1. The FLUENT computed heater rod temperatures track the measured temperatures of the 
hottest rod from above under all tested configurations (See Figure 9 and 12). 

2. The FLUENT fuel tube temperatures track the measured temperatures of the hottest tube 
from above under all tested configurations (See Figure 10 and 13). 

3. The FLUENT DWC shell temperatures track the hottest measured North location 
temperatures from above under all tested configurations (See Figure 11 and 14). 

 
The following conclusions are drawn from the tests and observations above: 

1. The FLUENT code yields conservative temperature predictions of critical 
components. 

2. The FLUENT code is a suitable vehicle for performing safety evaluations of 
Chernobyl fuel stored in Double Wall Canisters. 

3. The validation work undertaken herein provides additional assurance of the veracity 
of thermal calculations supporting safety evaluation of Chernobyl fuel storage at the 
ISF-2. 
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Abstract 
There are a number of safety and heat transfer issues in the lower plenum (LP) of a prismatic core very 
high temperature reactor (VHTR), such as the formation of hot spots in the lower support plate and 
thermal stratification of the helium gas coolant.  In this paper, results of key separate-effect validation and 
verification (V&V) calculations, as well as the calculated flow fields and heat transfer characteristics in 
the LP are presented and discussed.  The calculations with helium gas at 1,273 K were performed with 
Fuego, a 3D, massively parallel, unstructured element, computational fluid dynamics (CFD) code being 
developed at Sandia National Laboratories.  The calculations employed the dynamic Smagorinsky large 
eddy simulation (LES) turbulence model, participating media radiation (PMR), and 1D conjugate heat 
transfer (CHT).  The results qualified the impact of using swirling helium gas flow into the LP to 
minimize the effect of the hot spots and enhance heat transfer in the bottom plate and mixing in the LP.   
 
_____________________________________________________________________ 
1Sandia is a multiprogram laboratory operated by Sandia Corporation, a Lockheed Martin Company, for 
the United States Department of Energy’s National Nuclear Security Administration under Contract DE-
AC04-94AL85000. 

 

1. INTRODUCTION 

One of the original goals of the very high temperature reactor (VHTR) is the generation of hydrogen, 
which will require operating at temperatures ranging from 1,000 – 1,273 K (MacDonald et al., 2003; 
Southworth, 2004; Schultz et al., 2004; MacDonald, 2004; INL, 2007).  The helium gas coolant in the 
reactor core region flows at very high velocity, up to 70 m/s, to remove the heat generated by fission in 
the coated fuel particles dispersed in graphite.  The combination of high exit temperature and flow 
velocity of the helium coolant into the lower plenum (LP) of a VHTR contributes a number of safety and 
heat transfer issues requiring detailed assessment and investigation.  Particular issues of interest are the 
formation of hot spots in the lower support plate and the thermal stratification of the helium gas coolant.  
Hot spot formation is caused by impingement onto the LP walls by helium jets that are as much as 200 K 
hotter than average.  On the other hand, the thermal stratification in the LP results from poor mixing of 
helium within the LP cavity.  The flow field in the LP region is quite complex, caused by interacting jet 
flows from the numerous helium coolant channels and the presence of a large number of graphite support 
posts.  As a result, the LP is expected to have cross flows, flow stagnation zones, vortex interaction, 
vortex shedding, entrainment, large variation in Reynolds number (Re), recirculation, and mixing 
enhancement and suppression regions.   
Computational fluid dynamics (CFD) have been used successfully to investigate the above two operation 
and safety issues in the LP, and have also aided in the development of viable means to mitigate the impact 
of the hot spots and thermal stratification (Guililen and McIlroy, 2007; McIlroy, McEligot, and Pink, 
2008; Johnson, 2009a, 2009b; Johnson and Schultz, 2009; Rodriguez and El-Genk, 2010a).  This research 
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investigates swirl inserts at the exit of the helium gas flow channels in the VHTR core to minimize the 
formation of hot spots and enhance mixing of the helium gas coolant.  The investigations are carried out 
using the Sandia National Laboratories’ (SNL) Fuego CFD code, and included the dynamic Smagorinsky 
large eddy simulation (LES) turbulence model, participating media radiation (PMR), and 1D conjugate 
heat transfer (CHT).  The calculation results are validated using reported experimental results of key 
phenomena expected to occur in the VHTR LP.  The computational models, the validation and 
verification (V&V) calculations, and the obtained results are presented and discussed in the following 
sections.   
 
2.  KEY FUEGO CFD MODELS 
Fuego is one of a set of strategic, comprehensive codes currently being developed through the Advanced 
Simulation and Computing (ASC) program at SNL.  Fuego is a low Mach number, reactive flow, 
generalized unstructured code that includes laminar, buoyant, and turbulent flow models, flux limiters, 
combustion, PMR, and CHT.  Through user input, Fuego can also be coupled to heat conduction and 
enclosure radiation models, as well as other ASC tools for additional physics calculations.  Simulation 
capabilities in Fuego include the state-of-the-art turbulence models for Reynolds-averaged Navier-Stokes 
(RANS) and LES.  The RANS models include v2-f, low Re k-ε, standard k-ε, k-ω, time filtered Navier-
Stokes (TFNS), as well as many others.  Among Fuego’s more sophisticated LES models are the KSGS, 
Smagorinsky, and dynamic Smagorinsky models.  For the 3D anisotropic turbulent flow fields and 
complex mixing expected in the LP of the VHTR during nominal operation, the v2-f, Smagorinsky, 
dynamic Smagorinsky, and TFNS models are most appropriate and could be more accurate than other 
options.  Fuego also includes Lagrangian transport capabilities appropriate for modeling particles and 
drops, some deposition modeling physics, and basic chemistry models.   
 
2.1 Turbulence Modeling 
Turbulent flow encountered in the VHTR LP involves wide ranges of length and time scales, requiring 
massive computational resources to directly resolve the physical processes for even simplified high-Re 
problems.  Modeling approximations must be made to solve complex problems of interest within a 
reasonable amount of computational time.  Two types of turbulence modeling are commonly employed in 
engineering processes and applications, namely; (a) the RANS method in which the time-averaged 
equations are solved, and (b) LES, which relies on spatial filtering. 
In the RANS modeling approach, an isotropic turbulence viscosity is introduced to provide closure for the 
Reynolds stress terms.  This involves the modified Boussinesq turbulent viscosity approximation.  The 
stress closure can be handled by a variety of modeling techniques.  For example, for the k-ω model 
(Wilcox, 1998), the turbulence viscosity is expressed by the relationship: 

t

kµ ρ
ω

= .           (1) 

In the above equation, ρ is the fluid density,k  is the turbulent kinetic energy, while ω  is the specific 
dissipation rate.  Details of the k-ω model are presented elsewhere (Wilcox, 1998). 
In the present calculations, we employed the LES method with the dynamic Smagorinsky closure model 
(Germano et al., 1991).  In this method, the turbulent viscosity is expressed by the following relationship: 

2 | |t DC Sµ ρ= ∆ .          (2) 

The coefficient CD  is given by a dynamic filtering process based on the local turbulence field, ∆  is the 
spatial filter length, and |S | represents the filtered strain rate tensor magnitude.  A generalized subgrid 
scale methodology for variable density flow is discussed in the literature (Moin, 1991). 
 
2.2 Participating Media Radiation (PMR) 
The spatial variation of the radiative intensity corresponding to a given direction and at a given 
wavelength within a radiatively participating material, I(s), is governed by the Boltzmann transport 
equation.  In general, the Boltzmann equation represents a point balance between absorption, emission, 
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out-scattering, and in-scattering of radiation.  For most engineering applications, however, the steady 
form of the Boltzmann equation is appropriate since the transient term only becomes important on 
nanosecond time scales, which are orders of magnitude shorter than the fastest chemical reaction.  Under 
the assumptions of a non-scattering, gray media, with the turbulent fluctuation effects ignored, the 
Boltzmann equation for the lth ordinate direction is given by: 

si
l ∂
∂xi

I l (s) + µaI
l (s) = µa

σT4

π
,                                           (3)   

where si
l
 is the lth ordinate direction, µa is the absorption coefficient, and I l  is the intensity along the lth 

ordinate direction.  Note that as a first-order approximation, the turbulent fluctuations for non-reacting 
flow are not included in the Boltzmann equation, as their impact on radiation is small compared to those 
of the terms that were retained.  On the other hand, the turbulent fluctuations are appropriately addressed 
in the gas phase transport equations.  When chemistry is active, the subgrid fluctuations in the radiative 
source term and mean absorption coefficient are included based on a presumed probability density 
function approach (correlations between absorption and intensity are always neglected).  As noted, 
scattering effects are also ignored, although an isotropic scattering code capability can be activated, as 
warranted. 
The radiation intensity boundary condition, assuming a diffuse surface, is given by: 

I(s) = 1
π

τσT∞
4 + εσTw

4 + 1−ε − τ( )q j
incn j[ ]. (4) 

In this expression,τ  is the transmissivity,ε is the emissivity, T∞  is the environmental temperature, and Tw 
is the wall temperature.  Note that Kirchhoff’s law employed in the above equation is used to relate 
emissivity, transmissivity, and reflectivity,ρ  as: 
ρ + τ + ε =1. (5) 
This assumes that absorptivity equals the emissivity.  A quadrature set is provided to assemble the 
individual intensity and solve for quantities such as the scalar flux: 

G = wL I L

L

∑ , (6) 

and the radiative flux: 

q j
r = wL I L

L

∑ sL . (7) 

The SIERRA mechanics module responsible for the solution of the radiative transport equation is Syrinx.  
The underlying discretization employs a streamwise upwind Petrov-Galerkin finite element method 
discretization for the method of discrete ordinates (Burns, 1997).  The degree of local stabilization is 
controlled by a comparison between the cell size and optical thickness.  When the optical thickness 
increases, the full operator is used, while in thin regions, the Fuego code reverts to an up-winded operator. 
The coupling between the fluids and PMR regions is accomplished through the flux divergence source 
term: 

( )44
r
i

a
i

q
T G

x

∂ µ σ
∂

= − . (8) 

This source term is linearized via a Taylor series to provide a left-hand-side matrix contribution to the 
static enthalpy degree of freedom equation.  The coupling between the PMR and fluids region is provided 
through the absorption coefficient and the emissive power. 
 
2.3 1D Conjugate Heat Transfer (CHT) 
A CHT problem is one in which the conductive heat transfer in a solid region is coupled to the convective 
heat transfer in a neighboring fluid flow.  In its most general form, the coupling at the boundary between 
these two regions is governed by the continuity of the heat flux at the interface, as: 
q j

Fn j = q j
Sn j . (9)  
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In this equation, qj
F
and qj

S
 are the heat flux in the fluid and solid, respectively, and the normal nj  is 

directed into the solid and out of the fluid.  
In the generalized CHT coupling, a fluids mechanics region solving for the static enthalpy is coupled at 
the surface to a heat conduction equation solving for temperature (Domino et al., 2007).  In general, the 
solid heat flux can also include the effect of radiation via an augmented flux that is due to the irradiation 
onto or out of the surface.  Oftentimes, however, a full CHT coupling is not required.  Instead, a 1D 
approximation can be made in which an overall heat balance at the interface is performed, such as: 
qin

r + qin
c = qout

r + qout
c .                                                                                                                         (10) 

Therefore, in this equation, the radiation and fluid solvers provide the incoming energy fluxes while the 
user specifies surface properties, backside heat transfer coefficients, the backside reference temperatures, 
and the wall thickness.  The above equation is solved via Newton’s method, and the resulting temperature 
is applied for the fluid and radiation boundary condition. 
 
3.  VALIDATION AND VERIFICATION (V&V) 
Because of the high cost of building an integral, full-scale high-temperature, helium-cooled experimental 
facility that faithfully models the complex geometry and velocity field in the LP of a prismatic core 
VHTR, there is currently no such experimental data available for benchmarking the CFD calculations.  
Nevertheless, numerous experimental data exist for key, separate-effects phenomena that are expected to 
occur within the LP, as shown in Fig. 1.  Therefore, our approach was to exercise Fuego through a set of 
key stand-alone simulations for V&V, with each simulation corresponding to a key flow phenomenon.   
As noted in Sections 3.1 and 3.2, Fuego reproduced the single-effects experimental data adequately, 
providing confidence in the results of the full-effect LP simulations presented later in this paper.   
 

 
Fig. 1.  Key Flow Regimes in the LP of a Prismatic Core VHTR with Conventional Jets. 

 
3.1. Recent Fuego V&V Efforts Related to Key LP Phenomena of a VHTR 
Fuego has recently undergone V&V studies for key flow phenomena in the LP of a typical VHTR that 
include (Rodriguez and El-Genk, 2010a, b):  

1) Conventional gas jet (axial and radial velocity distribution, jet spread angle),  
2) Swirling gas jet (axial and azimuthal velocity distribution),  
3) Conventional gas jet in cross flow (propagation, velocity, production of counter-rotating  
     vortices, jet cross-section),  
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4) Swirling gas jet in cross flow (propagation, velocity), and 
5) Central recirculation zone (CRZ) formation in the flow field of swirling jets. 

 
More recently, we simulated helium flow around a cylinder at the gas temperature properties and initial 
conditions expected to occur in the LP of a VHTR during nominal operation with Re ranging from 2,000 
to 20,000.  The calculations are discussed in Section 3.2.  In general, Fuego was able to compute the key 
variables to within < 10% of the experimental data and/or the theoretical analytical values.  The key V&V 
cases performed with Fuego are summarized in Table 1 below.  
 

Table 1.  Recent Fuego Validation and Verification for Key Phenomena Relevant in the LP. 
Flow Type Key 

Variables/Phenomena 
Data/Theory Fuego V&V 

Conventional 
Jet 

Axial velocity 
distribution  

Chevray and Tutu, 1978; Schlichting, 
1979; Bird, Stewart, and Lightfoot, 
2007 

Rodriguez and 
El-Genk, 2010a 

Radial velocity 
distribution 

Reichard, 1942; Bird, Stewart, and 
Lightfoot, 2007 

Rodriguez and 
El-Genk, 2010a 

Jet spread angle Bird, Stewart, and Lightfoot, 2007; 
Blevins, 1992 

Rodriguez and 
El-Genk, 2010a 

Swirling Jet Axial velocity Blevins, 1992; Chigier and Chervinsky, 
1967 

Rodriguez and 
El-Genk, 2010a 

Azimuthal velocity Mathur and MacCallum, 1967; Chigier 
and Chervinsky 1967; Billant et al. 
1998; Blevins, 1992 

Rodriguez and 
El-Genk, 2010a 

Conventional 
Jet in Cross 
Flow 

Jet propagation Pratte and Baines, 1967; Blevins, 1992 Rodriguez and 
El-Genk, 2010a 

Jet velocity Pratte and Baines, 1967; Blevins, 1992; 
Lim, New, and Luo, 2001 

Rodriguez and 
El-Genk, 2010a 

Production of counter-
rotating vortices 

Pratte and Baines, 1967; Blevins, 1992 Rodriguez and 
El-Genk, 2010a 

Jet cross section 
(kidney) 

Blevins, 1992 Rodriguez and 
El-Genk, 2010a 

Swirling Jet 
in Cross 
Flow 

Jet propagation Kavsaoglu and Schetz, 1989; Kamotani 
and Greber, 1974; Denev, Frohlich, and 
Bockhorn, 2009 

Rodriguez and 
El-Genk, 2010a 

Jet velocity Kavsaoglu and Schetz, 1989; Kamotani 
and Greber, 1974; Denev, Frohlich, and 
Bockhorn, 2009 

Rodriguez and 
El-Genk, 2010a 

Flow Around 
a Cylinder 

Stagnation pressure White, 1991 Present study 

Vortex shedding 
frequency 

Ribner and Etkin, 1958; Roshko, 1961; 
Williamson, 1989; Williamson, 1989 

Present study 

CRZ Swirl angle at which 
CRZ is first formed. 

Mathur and MacCallum, 1967; Chigier 
and Chervinsky, 1967; Billant et al., 
1998; Rodriguez and El-Genk, 2010b 

Rodriguez and 
El-Genk, 2010b 

 
3.2  Flow Around a Vertical Cylinder 
The VHTR LP contains a large number of cylindrical graphite support posts that are approximately 8” in 
diameter.  Due to their proximity to each other (as defined by the pitch to diameter ratio), the LP flow 
field is actually more similar to that around a large set of staggered tubes than to flow around a single 
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tube.  For staggered tubes, the flow around the individual tubes interferes with the flow field, whereby the 
flow near the tubes never attains the approach velocity.   
Flow around a vertical cylinder has been researched extensively, yielding a large experimental database 
and CFD simulation results (Ribner and Etkin, 1958; Williamson, 1989; White, 1991; Tutar and Holdo, 
2001).  In light of the simplicity of modeling the flow around a single tube and the ability to compare 
CFD results to well-known theory, we added the single cylinder flow calculation to our set of key Fuego 
V&V calculations.  In the future, as warranted, we could also extend our calculations to model staggered 
cylinder flow.  In the meantime, it could be argued that if a CFD code cannot adequately simulate the 
simplified flow field around a single cylinder, it most likely cannot successfully model the flow for 
staggered cylinders applicable to the VHTR LP.   
A set of coarse and very fine rectangular meshes were generated for simulating the flow around a vertical 
cylinder.  The meshes consisted of 4,000, 16,000, 64,000, 256,000, and 1 million hexahedral elements, 
which resulted in an average cell length of 2.3x10-2, 1.2x10-2, 5.7x10-3, 2.9x10-3, and 1.4x10-3 m, 
respectively.  We noted that the solution was sufficiently converged spatially by 64,000 elements, as 
Fuego and theory differed by <2%.  The cylinder diameter (D) was 0.203 m, the expected diameter of the 
graphite support posts in the LP of a VHTR.  The mesh dimensions were L = 15D and W = 10D.  The 
mesh thickness was one element.  The boundaries on the x-z planes were open, and so was the boundary 
on the opposite end of the inflow boundary; see Fig. 2.  The x-y planes had symmetry boundary 
conditions.  The cylinder was placed 5D away from the constant velocity inflow boundary.  The mesh 
dimensions were chosen primarily to avoid far field effects from interfering with the wake around the 
cylinder, and secondarily to calculate a reasonably-sized vortex street.  (Note that in the actual LP, the 
cylinders would be much closer to each other.)  Our mesh dimensions were consistent with an LES 
calculation found in the literature (Tutar and Holdo, 2001).  The Courant-Friedrichs-Lewy (CFL) number 
was fixed at 1.0, which resulted in time steps of 2.7x10-4, 1.4x10-4, 4.5x10-5, 2.7x10-5, and 1.4x10-5 s, 
respectively.  The calculations were run with eight to 256 processors on the SNL Red Sky cluster.   
The calculations used helium gas at 1,273 K, which yielded a gas density of 0.0386 kg/m3, and a 
kinematic viscosity of 1.36x10-3 m2/s.  The helium gas approach velocity (inflow boundary) for the 
calculations was fixed at 13.4, 67.0, and 134 m/s, which yielded Re of 2,000, 10,000, and 20,000.  No 
calculations with variation in temperature were conducted for these set of calculations.  However, 
temperature directly affects the kinematic viscosity, which affects Re, and for such reason and others, our 
calculations considered a 10-fold range in Re. 
The problem can be better understood by using the Strouhal number (St), defined as: 

D
St = 

U

f

∞
,   (11) 

where D is the cylinder diameter, f is the vortex shedding frequency, and U∞ is the approach velocity.  
Figure 2 shows the vortices generated as the flow swept around the cylinder, which is known as vortex 
shedding (White, 1991).  For a long cylinder, St can be approximated as (Wikipedia, 2010) 

B
St  = A 1 - 

Re
 
 
 

,  (12)

  
for 250 < Re < 2x105, which covers the regime from transition turbulence to the subcritical regime.  The 
Wikipedia article suggests A = 0.198 and B = 19.7.  However, a better data fit for the data of Ribner and 
Etkin (Ribner and Etkin, 1958) was found by setting A = 0.21 for 250 ≤ Re ≤ 20,000, while B remained 
unchanged, as shown in Fig. 3.  It is noteworthy that this fit also covers the low Re laminar region quite 
well, which is approximated by Williamson as (Williamson, 1989) 

A
St  =   + B + CRe

Re
,                    (13) 

where A=-5.1064, B=0.2175, and C=0.  Note that the streamline that is normal to the cylinder eventually 
impacts the cylinder wall, and because the wall is rigid, the fluid velocity is zero.  The impact point is 
called the stagnation point (White, 1991),  
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2
S

1
P  - P = ρU

2∞ ∞ ,  (14) 

where PS and P∞ are the stagnation pressure and pressure far away from the cylinder, respectively.  The 
fluid density is ρ.   
Because the pressure fluctuates with time, we employed a Reynolds average with a 0.5 s time filter.  The 
calculated (PS - P∞) are shown in Table 2, while the computed St vs. Re are shown in Fig. 3.  It is 
noteworthy that the Fuego results and theory pressure were within 0.1%, while the Fuego vortex shedding 
frequency was within 5% of the experimental data. 
 

 
Fig. 2.  Vortices Generated by Flow Around a Cylinder. 

 
Fig. 3.  Strouhal Number vs. Reynolds Number. 
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Table 2.  Fuego PS - P∞. 
Number of Elements PS - P∞, Pa 

(Theory=86.6) 
4,000 81.2 
16,000 83.5 
64,000 85.3 
256,000 86.1 

1,000,000 86.5 
 
4.  LP MODEL 
Our full-scale, half-symmetry mesh of the VHTR LP consisted of 11 million unstructured hexahedral 
elements, which provided satisfactory spatial discretization.  The model included the support posts, the 
helium flow channel jets, the exit, and the exterior walls, as shown in Fig. 4.  Because the jets can be 
modeled as either conventional or swirling jet boundary conditions (BCs), the swirl number (S) can easily 
be changed to the desired magnitude in order to observe its impact on heat transfer and gas mixing in the 
LP.  For the calculations employed here, we used the geometric S for a hubless swirler, which is defined 
as (Kerr and Fraser, 1965; Mathur and MacCallum, 1967; Bilen et al. 2002; Arzutug and Yapici, 2009) 

S = ( )2
tan θ

3
.                                                                                                                                      (15) 

The swirl angle is defined as the descent angle θ of the helicoid surfaces; for a conventional jet, S = 0.  S 
is described schematically in Fig. 5. 
 

 
Fig. 4.  Half-Symmetry Model of the VHTR LP. 
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Fig. 5.  Description of S and Related Flow Field. 

The LP model used in the present simulations employed the dynamic Smagorinsky LES turbulence 
model, and included PMR and CHT.  The PMR model calculated the impact of radiation heat transfer for 
the high temperature helium gas behavior as a participating media.  For the CHT, we assumed that the LP 
wall conducted heat, which was subsequently convected to the ambient as a result of natural convection.  
The calculation mesh was generated using the CUBIT code (CUBIT, 2009) from the geometry developed 
with Pro/ENGINEER (PRO, 2009).  The temperature-dependent physical and thermal properties for the 
helium were calculated using a CANTERA XML input file that was based on the Chapman-Enskog 
formulation (Bird, Steward, and Lightfoot, 2007).   
The initial time step used was 0.01 µs, and the simulation transient time varied from 100 ms to several 
seconds.  The time step was calculated by setting the maximum CFL to 1.0, resulting in a time step of 
1.2x10-5 s.  Three helium jets were set to 1,473 K in order to investigate their tendency to form hot spots 
and thermally-stratified regions; the rest of the jets were at 1,273 K.  S was set to 0.67.  All calculations 
were run on the massively parallel Thunderbird machine at SNL.   
The results of the calculation are shown in Figs. 6 and 7.  Figure 6 shows the calculated velocity 
streamlines, which have been colored with the gas temperature.  The figure shows how rapidly the 
swirling flow jets mixed; by the time the jets had travelled approximately 60% of the distance to the 
bottom plate, the peak helium temperature had dropped 100 K, and by the time the jets impinged the 
bottom plate, the gas temperature had reached that of the surrounding, cooler gas (1,273 K).  By 
comparison, setting S = 0 (i.e., conventional jets) with the same BCs resulted in the jet impinging on the 
bottom plate at ~1,325 K (Rodriguez and El-Genk, 2010c).  This is a good performance metric of the 
entrainment and mixing capacity of the swirling jets when compared with conventional jets.  Figure 7 
shows the temperature contours for the three hot channels.  The figure shows that the hot gas quickly 
reached the colder, surrounding gas temperature within about seven jet diameters.  (Note: the holes in the 
figure are the support post locations.) 
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Fig. 6.  Temperature Distribution Superimposed on the Velocity Streamlines. 

 

 

Fig. 7.  Temperature Contours for the Three Hot Channels. 

Finally, in order to further gauge the effect of S on cooling the bottom plate in the LP, the hexahedral 
element cell-averaged temperatures of a planar slice at the bottom plate (the opposite end of the jet exits) 
were calculated and grouped according to a linear distribution with 40 temperature “bins”.  To this effect, 
we ran a set of additional calculations with S = 0.38, 1.15, and 2.49 (i.e., θ = 30, 60, and 75º, 
respectively).  Then, the net difference between the number of elements for all the temperature bins for 

each case i where S>0 and basecase S=0 were computed, i.e., n(Tbin,S>0)i – n(Tbin,S=0), and plotted, as 
shown in Fig. 8.  For example, the solid blue line with circles shows the net difference in elements for 
each of the 40 temperature bins for the calculations with S=2.49 and S=0, and so forth.  The figure shows 
that as S increased, the number of finite elements in the bottom plate with cooler temperature increased 
dramatically.  For example, the case with S=2.49 had 2,573 more elements at 1,273.5 K than when S=0; 
the next case, S=1.15, had 889 more, while the cases for S=0.38 and 0.67 each had about 340 more such 
elements.  Given that the planar slice consisted of 3,602 elements, the number of cooler elements as a 
result of the enhanced swirl field was quite significant.  (Note: negative temperature-bin count in Fig. 8 
means that there were more of a given bin element for the case S=0 than for S>0.)  The results are 
reasonable, as the literature shows that the entrainment, as defined by the entrainment constant Ke, 
increases linearly as S increases (Kerr and Fraser, 1965): 
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eK  = 0.35 + 1.4S                                                                               (16) 

and (Chigier and Chervinsky, 1967): 

eK  = 0.32 + 0.8S.                                                                               (17) 

Consequently, by the time S=2.49, all the finite elements in the temperature slice were only within 1 - 2 K 
of the surrounding, cooler helium jets (~1,270 K) vs. ~1,325 K for the basecase.   

 

Fig. 8.  Effect of S on Heat Transfer Enhancement at the Bottom Plate of the LP. 

 

V.  CONCLUSION 

To establish confidence in the results of the Fuego CFD code, we simulated a set of key, separate-effects 
flow phenomena expected to occur in the LP of a prismatic core VHTR.  The V&V calculations used 
helium gas at 1,273 K.  The results of the V&V effort showed that Fuego predictions were generally 
within 10% of the reported experimental results and/or the theoretical analytical values.   
We proceeded to investigate the complex flow field occurring in the LP of a typical VHTR with a 
prismatic core.  The combination of high helium gas velocity and high temperature of the impinging 
helium jets cause hot spots in the lower support plate and helium stratification in the LP.  Results of 
sophisticated CFD calculations using SNL’s Fuego code showed that using swirling inserts at the exit of 
the helium coolant channels in the VHTR core during operation effectively eliminates the formation of 
hot spots in the lower support plate and enhances the helium gas mixing in the LP region.   
The Fuego simulations of the flow field in the LP of the VHTR used the dynamic Smagorinsky LES 
turbulence model, PMR, and CHT.  The conventional helium jets were replaced with swirling jets with 
various swirl angles ranging from 30 to 75°.  The calculations showed that significant enhancements in 
heat transfer, mixing, and entrainment can be achieved with the swirling jets.   
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Abstract 
 
Ideally, Validation and Verification methods to be used to deliver Predictive Computational Fluid Dynamics (P-CFD) 
methods for design use, must utilize a consistent set of detailed input to perform an output response comparison to 
associated data that can accurately characterize the uncertainty in the calculated results.  In this paper, some experimental 
efforts are described and discussed in relation to their use in Predictive CFD Validation.  The P-CFD methodology will be 
used in a design-by-simulation methodology to design large, complex hydraulic system geometries comprising multiple 
scales of physical phenomena.  Currently, comparisons are made between experiments and CFD at the same integrated-
effects scale and it is difficult to identify the causes for why computational predictions do well or the reasons for 
discrepancies should they arise.  Instead of large system or subsystem level tests, the focus for P-CFD Validation-level 
experimental studies is to concentrate on elucidating the fundamental fluid mechanics of unit physics phenomena.  These 
unit and benchmark experiments can be performed in such a way that the uncertainty in the results can be systematically 
quantified and provide far greater experimental data density than integrated-effects scale testing.  It is this systematic 
quantification of uncertainty in both the computational and experimental results that forms the basis for Predictive CFD.  
Examples of validation-level experimental efforts including a surface-mounted cube, bluff bodies in cross flow, and an 
impinging radial diffuser flow will be discussed.  These experimental efforts have enabled us to begin to identify the 
needed approaches for acquiring comprehensive documentation of the input for underpinning P-CFD principles. These 
lessons including information about the as-built geometry, the flow conditions, as well as boundary conditions able to be 
transferred to the analysis will be described.  One key finding is that validation-level experiments and the associated 
analysis must be cooperative between the testing groups and the analysis groups to be successful.  Regular 
communications between the analysts and the experimentalists is crucial in all phases of these studies.  In addition, the 
importance of uncertainty quantification in both the experiments and analysis relating to Predictive CFD Validation will 
be discussed.  Finally, the vision for the design use of Predictive CFD, the key being analysis results with quantified 
uncertainty, is described. 
 
1.  INTRODUCTION 
 
The goal of Predictive CFD methods is to provide a tool for the use in design beyond a heuristic experience base and into 
novel parameter spaces.  Confidence in the underlying physical models must be reliably demonstrated through the process 
of CFD validation.  It is the goal of this paper to differentiate traditional CFD practices and those we are identifying to 
deliver predictive CFD methods in the design process. 
 
Typically, the traditional means of testing to qualify a computer code is to build a scale test incorporating as many 
prototypic design features as possible.  Detailed local information cannot be acquired in these facilities and comparisons 
to CFD predictions are inconclusive relative to quantifying the uncertainty between the experiments and the computations.  
In the case of poor comparisons, it is often possible to calibrate models to better predict these integral effects 
measurements, but this paper posits that this is insufficient to achieve a predictive capability for CFD over a wide 
application domain.  For CFD codes which predict local flow field behavior, local information must be provided for 
reliable comparisons.  This is not to discount the value of these scale tests for comparison purposes, but they are 
insufficient to validate P-CFD methods (Lee & Bauer 2009).  Specific experiments designed for acquiring local flow field 
information are necessary to compare to the physical models implemented in modern CFD codes. 
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The predictive CFD process is built upon a CFD validation pyramid as shown in Figure 1.  The idea is analogous to a 
Phenomena Identification Ranking Table (PIRT) used in nuclear safety code analysis where the application is at the top of 
the pyramid, in this case reactor hydraulics, and the system is broken into finer levels of granularity progressing down 
through the levels.  In this sense, the validation pyramid presented in Figure 1 is a specific instantiation of the validation 
hierarchy suggested by the AIAA (1998) and as discussed in Lee & Bauer (2009), similar notation is adopted.  The 
complete system can be broken down into subsystem cases, typically where the scale tests discussed above reside.  The 
subsystem is then separable into the benchmark level, where coupled physics often prevail however separable effects, 
such as geometry or scaling parameters can be investigated.  The foundation of the pyramid is at the unit level where the 
relevant fluid physics are of interest.  As discussed in the AIAA guide and in the validation pyramid, the application of 
CFD is from the top downward, focusing on the end use in design.  However, P-CFD validation is in the opposite 
direction.  The level of detail necessary to address the turbulent flow physics are best addressed at the unit level.  
Experiments at the unit and benchmark level that can form the basis for development of Predictive CFD methods are the 
focus of this paper.       
 

To enable P-CFD, both the experiments and the computations must be of sufficient quality with quantified uncertainties to 
enable a comprehensive validation assessment (Lee & Bauer, 2009).  Towards that goal, three sets of experiments are 
currently being assessed with the goal of identifying the experimental data requirements needed to assure sufficient 
quality and density to perform P-CFD validation studies.  These are flow past a surface-mounted cube (cf. Fore et al., 
2005), flow around a bluff body discussed in Jeffries et al. (2009) and  an impinging diffuser flow (IDF), which is 
discussed in Lorentz et al. (2009).  The latter two of these experiments were performed or are being performed at the 
Pennsylvania State University Applied Research Laboratory (PSU/ARL).  The bluff body and surface-mounted cube are 
considered Unit level experiments whereas the IDF test is considered a Benchmark CFD validation study, i.e., the second 
level of the P-CFD validation pyramid.  The IDF experiment consists of a jet issuing from sharp nozzle, impinging on a 
surface and turning in a confined space, diffusing radially from the stagnation point.  As such, the IDF is comprised of 
Unit level physics relating to free jets, stagnation point flow and boundary layer flows with a favorable pressure gradient.  
The overall goal of the experimental program is to provide P-CFD Validation experimental data for high Reynolds number 
internal flows. 

 
This paper discusses lessons learned in the experimental characterizations of these experiments to date and future plans.  
Informing these developments are the “Seven Pillars” of Predictive CFD Validation as introduced in Lee & Bauer (2009).  
CFD Validation is a comparison of the input versus output.  The collection and documentation of the input is part of the 
experimental program that provides the basis for the CFD models. Thus, decisions about the necessary input must include 
participation of both the experimentalists and the analysts to make the venture successful.  The goal of the seven pillars is 
to characterize the uncertainty in both the experimental data and the computational results of local flow field parameters.  
The purpose for determining the uncertainty quantification is for performing the comparisons as a part of the CFD 
validation.  Much like comparing CFD results to integral effects data; it is difficult to assess output comparisons of 
experiments and computations without confidence intervals.  The goal of the Predictive CFD Validation pyramid is to be 
able to perform comparisons at the unit level that give the right results for the right reasons.  Building up through the 
pyramid to the ultimate application and carrying the uncertainty quantification through those levels provides the basis for 
the design use of Predictive CFD through an appropriate CFD Quality Assurance statement.  The context of this CFD 
Quality Assurance statement will be described later. 
 
In what follows, the experimental and computational methods will be briefly described.  Much more emphasis will be 
placed on discussion of the results of the various test programs to date and how they tie into lessons learned in developing 
an experimental fluid dynamics framework for CFD validation studies.  The paper will conclude with a future work plans 
and how CFD validation ties into the delivery of Predictive CFD methods.     
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2. METHODS 
 

The descriptions of experimental and computational efforts herein are not intended to be comprehensive.  Instead, an 
overview of the experimental and computational approaches will be described briefly for context within the P-CFD 
approach we are discussing.  The references by Lee and Bauer (2009), Jeffries et al. (2009) and Lorentz et al. (2009) 
provide complementary, detailed discussions. 
 
2.1 Experimental Methods Overview 
We have used the experiments noted above to initiate development of principles for data sets that are sufficient for 
Predictive validation considerations. The first task in capturing the experiment for P-CFD support is to record the as-built 
geometry for use in the modeling.  Every attempt is made to record as much information as possible, but a few 
assumptions have to be made to generate the complete computational representation.  The measured coordinates as well as 
necessary assumptions are formally documented in a Geometry of Record which consists of CAD solid models as well as 
drawings and a description of the model geometry.  As part of this, the coordinate measurement uncertainties as well as 
the uncertainty estimates based on the assumptions are included in this record. We have adopted the term “Geometry of 
Record” to denote the full characterization of the test as built geometry and conditions   
 
Test data sources for P-CFD require detailed measurements of the associated local flow fields using techniques such as 
Laser Doppler Velocimetry (LDV), Particle Image Velocimetry (PIV), differential pressure, and static pressure 
measurements.  Where possible, coincident LDV scans and PIV fields of view (FOV) are acquired to provide a quality 
check on both the mean velocity field as well as the turbulent statistics.  In addition to these detailed field interrogations of 
the flow physics in a particular experiment, relevant input information must be acquired.  Engineered flow conditioners 
can go a long way towards generating uniform flow, but the importance measuring the spatial variation in the inlet flow 
cannot be overemphasized.  Assuming a fully developed or top hat type velocity profile as input is a source of uncertainty 
that can be minimized.  A representative example of measuring the inlet boundary condition will be discussed later.  
Finally, the a record of the loop conditions during the data acquisition phases is also important for setting material 
properties as a part of the input and in interpreting experimental results.  We have termed the data sets which meet the 
above goals for P-FCD as validation-level data sets.  

 
2.2 Computational Methods Overview 
Beginning with a documented Geometry of Record, comprehensive CFD models of the associated geometry are 
developed. We have constructed such solid models using Pro/ENGINEER (v. 2001 and WildFire v. 2.0, PTC, Needham, 
MA). Surfaces are tagged in Pro/ENGINEER using the Pro/ENGINEER - ICEM CFD direct interface (v. 11.0.1, ANSYS, 
Inc., Canonsburg, PA) to write out the geometry in native ICEM CFD (tetin) format for subsequent mesh development.  
For the analysis presented, the HEXA module of ANSYS ICEM CFD (v. 11.0 SP1, ANSYS, Inc., Canonsburg, PA) was 
used to generate hexahedral meshes.  Multiple mesh sizes are generated for computational uncertainty assessments based 
on the CFD grid as a part of the Quality Assurance performed on the analysis.  From the present work, the surface-
mounted cube results reported were performed on a mesh approximately 9 million nodes.   Simulations were performed 
using the realizable cubic k-ε models in CFD++ (v. 7.1.2, Metacomp Technologies, Agoura Hills, CA).  Quantitative post-
processing is performed using FIELDVIEW (v. 12.1, Intelligent Light, Rutherford, NJ) using a variety of features and 
relying heavily on the FIELDVIEW Extension Language (FVX) for automation. 

3. RESULTS AND DISCUSSION 
 
The experiments are discussed in chronological order to reflect the major points that helped evolve the learning process 
and motivate changes in other CFD validation test programs toward P-CFD Principles. 
 
3.1 Surface-Mounted Cube 
The surface-mounted cube experiment (Fore et al., 2005) was motivated by the work of Martinuzzi & Tropea (1993a,b) 
and attempts to compare to the results available as part of the ASME Journal of Fluids Engineering Databank and as Case 
6.3 in the ERCOFTAC database.  Results of computations showed a significant sensitivity to the inlet boundary conditions 
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either assumed or generated from auxiliary simulations.  In order to address the inlet boundary condition uncertainty, 
experiments were initiated using an existing water tunnel at Bettis (Figure 2) which would not have a fully developed 
flow.  As a part of this work, the ability to engineer optimal flow straighteners was investigated (McKeown & Sapienza, 
2004). 
 
Velocity measurements at an “inlet” plane to the validation model approximately one third of the way through the water 
tunnel are shown in Figure 3 for a cube Reynolds number of approximately 20,000.  Two-component LDV was used in 
conjunction with a standard flow conditioning approach, several screens downstream of the asymmetric expansion.  As 
can be seen from the measurements, the flow directly opposite the inlet to the expansion is suppressed and the largest 
axial velocities are towards the lateral sides of the test section with a strong vertical velocity component.  Figure 4 shows 
the result of applying a compilation of two-component LDV measurements (U & V similar to Figure 3 as well as U & W 
measurements) to a CFD model of the test section.  For comparison, the as measured velocity inlet in the positive-z half of 
the model is compared to an assumed uniform velocity at the same volumetric flow rate in the negative-z half of the 
model.  The velocity contours between halves of the model are noticeably different as well as details around the cube.  For 
a steady RANS prediction, the uniform inlet condition results in smaller separation downstream of the cube.   
 
This work demonstrated the importance of measuring inlet boundary conditions to be applied to the CFD Validation 
domain.  Attention must be paid to flow conditioning as well as methods for applying input data to the CFD model so that 
precise boundary conditions can be input as the appropriate forcing functions for the P-CFD uncertainty and grid 
assessment efforts. 

 
3.2 Bluff Body 
The bluff body in cross flow experiment was performed as a subcontract by PSU/ARL (Jeffries et al., 2009).  This work 
enforced the early need to clearly communicate the requirements for the CFD validation-level testing and evolving their 
definition considerably.  The concept of the Geometry of Record was initiated because, similar to the surface-mounted 
cube, an existing test section was utilized, in this case the 6” Water Tunnel at the Garfield Facility.  Defining precisely the 
internal wetted dimensions of the water tunnel required several iterations between the organizations before the as-tested 
geometry was understood by the analysts and the necessary measurements performed at the facility. 
 
The information delivered consisted of both qualitative and quantitative data.  The qualitative data include flow 
visualizations of the transient vortex structures downstream and surface flows near the bluff body.  The quantitative data 
included LDV, PIV and static pressure measurements.  The reported LDV included the uncertainty analysis and to 
supplement the processed data, the raw data files were also provided to perform additional conditional averaging.  
Similarly, the static pressure measurements reported included the uncertainty.  The PIV results proved more problematic 
since only processed results were provided.  To avoid this quandary in the future, recent work with ARL has included 
delivery of the image pairs from the PIV system along with the system description and settings to allow for reprocessing 
of the image pairs. As noted for P-CFD Validation purposes, it is important to obtain sufficient as built measurements of 
the test hardware before testing begins, both to allow for parallel computations and experiments, but also because 
measurements are often easier before and during the assembly phase rather than after the fact.  For uncertainty assessment 
and to create a traceable path, both processed and raw experimental data should be available.  For LDV, this entails the 
burst information and for PIV this includes the image pairs.  This creates much higher storage requirements for 
experimental data, but has proven invaluable in interpreting experimental results.  Further details of the bluff body 
experiment and validation studies of the configuration are discussed in Jeffries et al. (2009). 

 
3.3 Impinging Diffuser Flow 
The Impinging Diffuser Flow is the second experiment performed at PSU/ARL.  As such, the lessons learned for the Bluff 
Body work applied. More detailed focus was given to gathering as-built dimensions during the assembly process.  By the 
time the as-built dimensions were being provided, a solid model of the experiment was available for updating (Figure 5a).  
Among the updates to the model were the distance between the nozzle and stagnation plates (Figure 5b), the alignment of 
the inlet nozzle to the impingement plate (Figure 5c) and details about the inlet pipe and nozzle connection (Figure 5d).  
These features were incorporated into the solid model with details of the inlet pipe and nozzle connection shown in Figure 
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5e.  The importance of knowledge of what is being tested cannot be over emphasized since these are the forcing functions 
that result in the data obtained and must be accurately incorporated as boundary conditions in the P-CFD models.   
 
In the experimental program, a variety of interrogation methods are being applied including LDV, PIV, average static 
pressure as well as unsteady dynamic pressure measurements.  Detailed comparisons of computations and experiments are 
presented in Lorentz et al. (2009), but one feature of the data collection is coincident collection of LDV, large FOV PIV 
(i.e., low magnification) and small FOV PIV (i.e., high magnification).   This provides a useful corroboration between 
experimental techniques and opportunities to combine techniques.  PIV measurements were performed in the x-z plane 
with the nozzle discharge in the z-direction and the flow diffusing radially in the x-y plane.  Two component LDV 
measurements were performed opposite the discharge nozzle in the same plane measuring the x and y velocity 
components.  The evolution of the radial velocity is shown in Figure 6 where the open squares are the LDV 
measurements, the open circles the large FOV PIV and the closed circles the small FOV PIV.  The small FOV PIV are 
only available at present at the x/D = -1 and -2 radial stations in the quarter of the plane closest to the impingement plate.  
Uncertainty estimates for all three approaches are included in Figure 6.  The large FOV PIV uncertainty is most visible 
with the LDV and small FOV PIV uncertainties noticeable near the wall and in the high velocity gradient regions.   
 
To determine the veracity of CFD model predictions, in addition to the velocity predictions, turbulent statistics also must 
be considered.  In Figure 7, the radial development of the axial-radial Reynolds stress component is presented.  The larger 
uncertainty in the large FOV PIV results is again evident and the reason why only comparisons are made to the small FOV 
PIV in Lorentz et al. (2009).  In addition to modeling the turbulent Reynolds stress, two-equation RANS models also 
predict a turbulent kinetic energy field.  By combining the small FOV PIV with coincident LDV locations to generate the 
trace of the Reynolds stress tensor, the turbulent kinetic energy can be computed as shown in Figure 8.  These results are 
representative of measurements necessary to interrogate local flow physics to attempt to validate turbulent flow 
predictions. 

4. CONCLUSIONS AND FUTURE WORK 
 
Bettis Laboratory is pursuing an experimental program to generate validation-level data sets for use in Predictive CFD 
validation.  One important point is that the experiments and analysis must be cooperative with regular communication 
between both parties.  Ideally, CFD validation is input versus output response.  However, gathering the input information 
is a non-trivial task and why regular communication is necessary.  A comprehensive documentation of all input is a 
challenge and must include information about as-tested geometry, flow conditions as well as boundary conditions.  
Quantification of the uncertainties associated with an experiment and computation is important for any comparison to be 
valid.  Much work remains to be done in the area uncertainty quantification.  For the surface-mounted cube, work on the 
engineered flow conditioner continues as well as more detailed measurements of the inlet boundary condition and fluid 
dynamics near the cube.  The experimental phase of the bluff body study is complete, but the analysis phase continues (cf. 
Jeffries et al., 2009).  Progress in the IDF is discussed in Lorentz et al. (2009) and additional experiments should be 
performed to provide a more complete CFD validation experiment. 
 
4.1 End State Vision for P-CFD 
The long term goal of Predictive CFD is to enable the design use of CFD with quantifiable uncertainties in hydraulic 
design studies up front before large, expensive semi-scale test facilities are built.  Referring back to Figure 1, validation of 
P-CFD is built upon well designed, validation-level experiments which will allow for the predictive capability of tools to 
be documented and propagated up through the pyramid to the ultimate target.  However, today’s use of CFD by designers 
is often predicated on a top down approach through the validation pyramid.  Figure 9 attempts to describe how this loop is 
closed through the use of a CFD Quality Assurance Statement.  The first part is defining the flow problem of interest. In 
this case a notional flow problem involving parallel flow into a diffuser through a perforated plate and past a bluff body is 
the problem to be assessed via CFD.  This problem can be broken down into the individual component flow paths which 
can, in turn in the future, be further decomposed into the validation-level data sets underlying the application problem and 
their relevant flow physics.  Through the use of a knowledge management site, best practices guiding model selection and 
mesh generation can be obtained along with validation assessments related to the design problem and the unit physics and 
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benchmark cases that may have already been catalogued.  The CFD Quality Assurance statement that provides the 
technical basis for the results will utilize the validation assessments to provide an uncertainty estimate related to the 
original design problem incorporating the model strategy. The goal of P-CFD is to provide a broad validation domain that 
covers many applications and provide synergy among the datasets at the various levels of the validation pyramid without 
having to redo testing which already exists to give confidence to the CFD work at hand.  
 
Important in realizing this goal is populating the lower levels of the CFD Validation pyramid with validation-level unit 
physics and separate effects tests that meet the requirements identified herein and in Lee & Bauer (2009).   Proprietary 
application of CFD often resides at the upper level of the pyramid whereas the lower level physics are fundamental 
enough to avoid this complication.  Creation of a shared database resource to populate with unit- and benchmark-level 
CFD validation experiments would prove to be invaluable in furthering the goal of delivering Predictive CFD.  The 
comprehensive scope of possible lower level experiments is obviously beyond the reach of any single organization and 
but is possible if populated by many teams of talented researchers.    Many flow problems will use the same underlying 
unit physics and thus will be available to support all studies which need such data in the future. 
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Figure 1 Visual Description of the Predictive CFD Process 
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Figure 2 Surface-Mounted Cube Experimental Description 
 

Figure 3 Sample of Measured Axial and Vertical Velocities at the Inlet Plane to the Surface-Mounted Cube Experiment 
 

Figure 4 Comparison of Computational Results Using a Measured Inlet Boundary Condition and a Uniform Inlet Boundary Condition 
Matching Water Tunnel Reynolds Numbers 
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Radial 0.5 mm 
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Angled, oriented nozzle (also 
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Figure 5 Geometric Model of Impinging Diffuser Flow: (a) CAD Solid Model; (b) As-Built Measured Distances between Nozzle and 
Impingement Plates; (c) As-Built Alignment between Nozzle and Impingement Plate; (d) As-Built Inlet Pipe to Nozzle 
Measurements and Alignment; (e) CAD Model Details of Inlet Pipe and Nozzle Geometry 

 
 

Figure 6 Mean Velocity Development of Radial Shear Layer in Impinging Diffuser Flow Experiment Comparing Experimental 
Measurements  
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Figure 7 Measured Reynolds Stress in Developing Radial Shear Layer in Impinging Diffuser Flow Experiment 
 

Figure 8 Measured Turbulent Kinetic Energy in Developing Radial Shear Layer in Impinging Diffuser Flow Experiment 
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Figure 9 End State Vision for Use of Predictive CFD in the Design Process 
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Abstract  
 
The Generation IV Pebble Bed Modular Reactor (PBMR) is being considered as a promising concept 
to produce electricity or process heat with high efficiencies and unique safety features. The PBMR is a 
high-temperature, helium-cooled, graphite moderated reactor. The fuel elements consist of 6 cm 
diameter spherical graphite “pebbles” containing each thousands of uranium dioxide microspheres.  
As the pebbles continually rub against one another in the core, a significant quantity of graphite dust 
can be released in the reactor coolant system. These dust particles, which contain some amounts of 
fission products, are transported and deposited on pebbles as well as primary circuit surfaces. It is 
therefore of great safety interest to develop and benchmark numerical approaches for predicting 
deposition of dust particles in the various locations of the PBMR primary circuit. 
 
In this investigation, we address turbulent particle deposition on the pebbles using the ANSYS-Fluent 
CFD code. We simulate particulate flows around linear arrays of spheres and compare deposition rates 
against experiments. It is found that the Reynolds Stress Model (RSM) combined with the Continuous 
Random Walk (CRW) to supply fluctuating velocity components predicts deposition rates that are 
generally within the scatter of the data.  
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1.   INTRODUCTION  

The Generation IV Pebble Bed Modular Reactor (PBMR) (Koster et al., 2003) is being considered as a 
promising concept to produce electricity or process heat with high efficiencies and unique safety 
features. The PBMR is a high-temperature, helium-cooled, graphite moderated reactor. The fuel 
elements consist of 6 cm diameter spherical graphite “pebbles” containing each thousands of uranium 
dioxide microspheres. As the pebbles are continually rubbing against one another in the core, a 
significant quantity of graphite dust can be released in the reactor coolant system. For example, the 
AVR reactor produced around 3-5 kg of graphite dust per year (Bäumer, 1990). These dust particles, 
which are a few microns in size, contain some amounts of fission products that are transported and 
deposited on pebbles as well as primary circuit surfaces. It is therefore of great safety interest to 
develop and benchmark numerical approaches for predicting deposition of dust particles in the various 
locations of the PBMR primary circuit. 

In this investigation, we concentrate on turbulent particle deposition on the pebbles using the ANSYS 
Fluent Computation Fluid Dynamics (CFD) code. Validation of the flow field is first performed on a 
single sphere, which has been extensively studied both experimentally and computationally. We 
simulate thereafter particle motion on a single sphere, then on different sets of linear arrays of 8 
spheres that have a range of spacings between 1.5 D and 6 D, D being the sphere diameter. We 
subsequently compare the particle deposition to the experiments performed by Hähner et al. (1994) 
and Waldenmaier (1999) over a range of sphere diameters and particle sizes. 

Particulate transport in turbulent flows is traditionally simulated using two families of methods, 
namely the Eulerian and Lagrangian approaches. We choose here the Lagrangian approach (Maxey, 
1987) which treats particles as a discrete phase dispersed in the continuum. The particle motion is 
naturally deduced from Newton’s second law, allowing one to include all the relevant forces that are 
significant (drag, gravity, lift, thermophoretic force, etc.). Although computationally intensive because 
it involves tracking a large number of particles, the Lagrangian particle tracking (LPT) approach is 
easier to implement and interpret. We assume in addition that the dispersed phase is dilute enough not 
to affect the continuous flow field (one-way coupling). 

In laminar flows LPT involves very few assumptions and approximations, and is hence able to 
accurately predict particle dispersion in quite complicated geometries. When turbulence is present in 
the flow, the computation of particle dispersion becomes significantly more involved because of the 
random velocity fluctuations that preclude the deterministic computation of particle trajectories. One 
can either compute particle trajectories simultaneously with the fluid field within a Large Eddy 
Simulation (LES) approach, but this entails very large CPU requirements. An alternative method is to 
specify the fluctuating velocity field within a RANS approach, and hence resort to stochastic 
computations of a great many trajectories with the aim to capture “average” particle dispersion, and 
this approach is employed here. Models based on the discrete random walk (DRW) have been used 
with success (Kallio and Reeks, 1989) to analyze particle transport in idealized inhomogeneous flows. 
A more general and promising approach is the so-called Continuous Random Walk (CRW) based on 
the non-dimensional Langevin equation (Illiopoulous et al., 2003). This method is in principle 
applicable to general inhomogeneous flows provided the underlying flow first and second moments 
are known with reasonable accuracy. The CRW describing the model for fluid velocity history is 
introduced next. 

2.   LAGRANGIAN PARTICLE TRACKING: RANS MODELLING  

 
 
2.1 The particle equation of motion 
 
We consider a rigid point-wise particle which is entrained in a turbulent flow at isothermal conditions. 
The only forces acting on the particle are taken to be drag and gravity. Brownian diffusion is ignored 
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as particles in this study have diameters greater than 1 µm. The lift force is also neglected as the 
particles are of the same unit density as the carrier fluid. The vector force balance on a spherical 
particle reduces then to:  
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where U is the fluid velocity, Up the particle velocity, ρp the particle density, dp the particle geometric 
diameter, µ the fluid molecular viscosity, g the gravity acceleration vector, and Rep the particle 
Reynolds number defined as: 
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ν being the fluid kinematic viscosity. The drag coefficient is computed in the ANSYS-Fluent code 
(2008) from the following equation: 
 

2
32

1
ReRe pp
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βββ ++=           (3) 

 
where the β’s are constants which apply to spherical particles for wide ranges of Rep. 
 
 
Since the carrier flow is quite turbulent, the mean flow velocity alone will not give satisfactory as 
particle deposition will not be predicted past the first sphere. Therefore turbulent fluid fluctuations 
have to be modeled. 
 
The fluid velocity see by particles can hence be decomposed as follows: 
 

uUU +=            (4) 
 
U Is considered the time-averaged fluid provided by the RANS approach and u is the fluctuation part. 
Various models have been proposed to specify u, the most promising of which is the stochastic 
Langevin model which is particularly suited for inhomogeneous flows. 
 
 
The stochastic Langevin equations defining the fluctuating velocity field along a particle track are 
presented briefly. The domain is subdivided in two regions: the boundary layer region with strongly 
anisotropic turbulence, and a bulk region with generally anisotropic and inhomogeneous turbulence. 
The Langevin equations will take different forms depending on the location of the particle.  
 
 
 
2.2 The Langevin model for turbulent fluid fluctuations 
 
 
2.2.1 The Langevin equation in boundary layers 
 
Following Iliopoulos et al. (2003), the normalized Langevin equation for the fluid velocity fluctuation 
along the ith coordinate is written as: 
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In the above, ui is the fluid fluctuating velocity component, σi the rms of velocity 2
iu , τL a 

Lagrangian time scale, dηi a succession of uncorrelated random forcing terms, and Ai the mean drift 
correction term which ensures the well-mixed criterion (Thomson, 1987). For particles with general 
inertia, Ai can be written as follows (Bocksell and Loth, 2006): 
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The dimensionless relaxation time number +
pτ  is defined as: 
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In the above, τL is a Lagrangian time scale to be specified later, and τp the particle relaxation time 
defined according to the prevailing particle Reynolds number. Dehbi (2008) has shown that the 
normalized Langevin equations can be simplified in the boundary layer and cast as follows for the 
body-fitted streamwise, normal, and spanwise directions of the boundary layer (y+ > 100): 
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where the dξi’s are taken to be an uncorrelated succession of Gaussian random numbers with zero 
mean and variance dt. 
 
 
2.2.2 The Langevin equation in boundary layers 
 
In the bulk region, for which y+ ≥100, turbulence can be expected to be both anisotropic and 
inhomogeneous given the complex flows of this investigation. No simplifications of the drift 
coefficient can be made, since one is away from the boundary layer, and hence the Langevin equations 
for the bulk region can then be expressed in the computational domain as follows: 
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The drift terms Ai as used as defined by equation (6) without further approximation. The necessary 
Reynolds stress values are given by the RSM model. 
 
 
2.3 Required Eulerian statistics 
 
The flow in the boundary layer is modeled in the RANS framework, and the prevailing Eulerian 
statistics are assumed to be reasonably well approximated by those given by Direct Numerical 
Simulation (DNS) investigations of fully developed channel flows. This approximation yielded 
reasonable estimations of the particle deposition rates in a variety of geometries (Dehbi, 2008), and is 
deemed better than using directly the RSM statistics, because the latter are known to be inaccurate 
very near the wall. The channel flow DNS data by Marchioli et al. (2006) were curve-fitted to give the 
rms of velocity by ratios of polynomials of order 3 to 5 and match the data with a correlation 
coefficient better than 0.99: 
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y+ is the wall distance in dimensionless units defined as: 
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y is the particle distance to the nearest wall, u* the friction velocity derived from the wall shear stress 
τw and wall fluid density ρf as follows: 
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The cross-term 
121 σuu in equation 7 was curve-fitted in similar fashion. 

  
For the estimation of the fluid Lagrangian time scale τL, Bocksell and Loth (2006) have performed 
DNS calculations in the boundary layer and showed that the Lagrangian time scales in all directions 
are nearly equal and quite well approximated by the fits obtained by Kallio and Reeks (1989) and 
given by: 
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The Lagrangian time scale in the bulk is calculated from the total turbulent kinetic energy k and 
dissipation rate  ε as follows: 
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ε
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            (18) 

 
A value of 14 for Co provides good agreement with time scales computed DNS investigations (Mito 
and Hanratty, 2002). 
 
 
2.4 Coupling the CRW model to the ANSYS-Fluent code 
 

The ANSYS-Fluent CFD code (ANSYS, 2008) provides the mean flow parameters as well as a 
module to integrate the particle equations of motion. The Langevin model described earlier was 
implemented in ANSYS-Fluent as a User Defined Function (UDF) subroutine which supplies the 
trajectory calculation module with the fluctuating fluid velocity seen by a particle at each time step. 
Details of the coupling between the ANSYS-Fluent CFD code and the stochastic Langevin model are 
provided by Dehbi (2008). 

 

3.   RESULTS  

3.1   General background 

 
Many investigations of flows past a sphere have been conduced both experimentally and numerically. 
In order to characterize these flows, dimensionless number are used, the more common ones being the 
friction coefficient Cf, the pressure coefficient Cp and the drag coefficient CD. The former two are 
defined on a local point on a sphere surface, whereas the latter is an integral value over the whole 
sphere surface. Mathematically, the coefficients are defined as: 
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where P is the wall pressure, ∞P  free stream pressure, ∞u the free stream velocity, τw the wall shear 

stress, ρf the fluid density, and FD the total drag force, A the projected sphere area, and Re the 
Reynolds number based on the sphere diameter. The drag coefficient versus Reynolds number as 
determined from experiments is show in Figure 1. 
 
For Re <1 the flow is laminar and symmetric (Stokes flow) and the drag coefficient can be shown 
analytically to be 24/Re. For 1<Re<1000, the drag coefficient continues to decrease but at a slower 
rate. For 103< Re < 2.5*105 the drag reaches a plateau and stays constant at an empirically determined 
value is around 0.4. It is this subcritical range which is of interest in this investigation. At around Re ≈ 
2.5*105, the drag coefficient abruptly decreases from 0.4 to less than 0.1 as the boundary layer 
becomes fully turbulent and separation is significantly reduced. 
 
One of the most often cited experimental data used is that Achenbach (1970) who gives the values of 
pressure and friction coefficients on the surface of the sphere for a sub-critical value of Re (Figure 1). 
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A more recent study made by Jang et al.(2008) gives visualization of the flow structure around a 
sphere for Re = 11,000. 

 
 

 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 

Figure 1: Drag coefficient for uniform flow past a sphere 
 
Numerical investigations have also been conducted on flow past a sphere in order to benchmark 
turbulence models. For example Constantinescu et al. (2003, 2004) made 3D computations using 
unsteady RANS equations with several turbulence models like k-ε and k-ω. They also made 
computations using LES and DES. Their results show that URANS predictions of the pressure 
coefficient, skin friction and streamwise drag were in reasonable agreement with measurements, and 
predictions of turbulence kinetic energy and the shear stress were similar to LES and DES results. 
However URANS solutions did not adequately resolve shedding mechanisms while LES and DES 
managed to resolve a large part of the vortex shedding process. 
 

3.2   Meshing, grid-independence and turbulence modeling  

 

The particulate flow experiments that are simulated in this investigation involve single spheres as well 
as well as linear arrays of 8 spheres with diameters in the range of 3.2 mm to 9 mm and different inter-
sphere spacings L/D of 1.5, 2 and 6. The spheres are positioned in the center of a pipe with diameter 
100 mm (Figure 2).  A distance of 7 sphere diameters is allowed upstream of the front sphere such that 
flow and particles reach developed conditions. Owing to the symmetric nature of the problem, only 
one quarter of the geometry is meshed, hence significantly reducing the number of meshes required.  

 

Structured hexahedral meshes are used to discretize the domain. The boundary layer is fully resolved, 
and in compliance with the best practice guidelines (2000), the following criteria are adopted: a) the 
wall nearest cell centroid has a y+ of order 1; b) the laminar and buffer layer (up to y+ of 30) has 5 to 
10 grid points; and c) the entire boundary layer has 20 to 30 grid points. The grading factor is typically 
about 1.1, which gives a mesh as shown in Figure 3. Once the single sphere mesh is constructed, the 
meshes for linear arrays are obtained by simply copying the single sphere mesh as many times are 
required. The Reynolds stress model (RSM) of turbulence is used for all the simulations as it 
considered the most physically sound RANS model.  Third order MUSCL scheme is used for the 
discretization of the RANS equations.  
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Figure 2: Examples of global geometries 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Figure 3: Grading in the boundary layer 

 

 

For each simulation, a hierarchy of grids is constructed with coarse, medium and fine grid resolution. 
Grid sensitive quantities such as the drag and lift coefficient are checked to ensure that the results are 
grid-independent. The results of a sample grid-independence study for an array of 8 spheres with L/D 
= 2 and Re of 12000 is presented. Table 1 shows mean values of global parameters for the lead sphere. 
Figure 4 shows profiles of selected variables. The profiles are extracted from the 4th sphere surface 
(Pressure and shear stress) and along its wake (velocity and turbulent kinetic energy). As can be seen, 
the results can be considered grid independent. 
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Grid 
Cells  
Count 

(millions) 

Lead Sphere 

Mean  
y+ wall 

Drag  
Coefficient 

Viscous 
Drag (%) 

Coarse 1.1 1.29 0.393 9.3 

Medium 1.6 1.29 0.394 9.3 

Fine 2.4 1.29 0.395 9.3 

Table 1 : Grid sensitivity for an array of 8 spheres at Re = 12000;  

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Figure 4: Grid sensitivity for an array of 8 spheres at Re = 12000;  

3.3   Flow field validation for a single sphere   

 
The simulation predicts a mean drag coefficient on a single sphere at Re=12000 of 0.47, somewhat 
above the range of the experimentally measured values CD = 0.39 – 0.41 in Achenbach’s experiments 
(1970), which is reasonably accurate. The pressure and friction factor angular distributions along the 
sphere surface are also compared in Figure 5. The predictions are globally in good agreement with the 
data. The laminar boundary layer separation is predicted to occur at an angle of 94°, which is 
somewhat higher than the measured value of 82.5°. The RANS investigations by Constantinescu et al. 
(2003, 2004) have used k-ε, k-ω, and v2f models, rather than RSM used here. Although some 
predictions obtained there are in better agreement with the data, the differences with our investigation 
are small. 
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Figure 5: Comparison with data for a single sphere at Re = 12000  
 
It is to be noted, however, that the wake area is not well predicted by the RSM when compared to the 
PIV of results obtained by Jang et al. (2008) at similar Reynolds number (Re=11000). As seen in 
Figure 6, the predicted wake recirculation area extends to 1 diameter beyond the sphere, whereas the 
PIV shows that it extends only to ½ diameter. This means that the particle tracking for regions beyond 
the lead sphere are expected to be affected by the inaccuracies in flow prediction in the wake area. 
 
 
 
 
 
 
 
 
 
 
 

 Figure 6: Comparison of PIV (left) and RANS (right) flow fields for a single sphere  
 
 
3.4   Particles deposition on a single sphere: comparison with data 
 
The majority of experimental work on particle deposition onto spheres has concentrated on single 
spheres. However, in practical applications, if the spheres are close to one another, the deposition on 
one sphere can be greatly influenced by the presence of neighboring spheres, as the interaction of 
wakes renders the fluid problem quite a bit more complex than that prevailing for single, isolated 
spheres. 
A few experiments have been conducted on particles deposition on spheres. Noteworthy among these 
are the works of Hähner et al. (1994) and Waldenmaier (1999). In these two investigations, the same 
experimental setups were used. Air in a 100 mm pipe carries particles made of DEHS (density 915 
kg/m3) over single spheres or linear arrays of steel spheres varying in diameter between 3 and 9 mm. 
The spheres are mounted on thin wires which are fixed to the pipe by frames. The bulk air velocity is 
varied between 5 and 28 m/s, and the Reynolds number based on the sphere diameter ranges from 
3000 to 12000. Monodisperse particles are produced via a condensation aerosol generator, and the 
spherical particles have geometric diameters between 1.5 and 15 µm.    
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The deposited mass on the spheres is determined using a washing technique combined with gas 
chromatographic detection methods. The collection efficiency is computed using the expression: 
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where Mdeposited is the mass deposited on the sphere, Cbulk the bulk particle mass concentration upstream 
of the first sphere, A the projected area of the sphere, and Q the volumetric flow rate in the pipe. 
 
The DEHS is a sticky liquid with very low vapor pressure, and bounce was confirmed to be negligible.  
The particle Stokes number was varied between 0.03 and 5, where the Stokes number is defined as the 
ratio of the particle relaxation time to a typical fluid flow time: 
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Particle which strike the collector are assumed to be immediately absorbed, consistent with 
experimental evidence. It is also assumed that a particle is trapped if its center comes within a distance 
less than the particle radius. 
 
Given that the stochastic particle tracking is a Monte Carlo process, the number of particles injected 
has to be large enough for the sample size not to affect the results. Ideally one would inject very large 
number of particles uniformly at the inlet of the pipe and subsequently track particles. However, given 
the large ratio of the diameters between the spheres and the pipe (15.4), this would be a waste of 
computing time as the particles far from the center of the pipe have a negligible chance to deposit on 
the spheres. The injection area must therefore be smaller than the area of the pipe. Experimentation 
showed that injecting particle from a surface area spanned by 3 D is enough not to affect the results 
(differences in deposition efficiency less than 1%). Subsequently, all particle tracking simulations 
where conducted with an injection surface having a diameter of 5 D. The total number of computed 
trajectories is therefore 25 times larger than the number of particles injected from the surface 
equivalent to the projected area of the sphere. The latter number was varied depending on cases 
(particle inertia) from 10000 up to 100000, until results became independent of sample sizes.  
 
For a single sphere, the experimentalists fixed the size of the collector, and varied both the Reynolds 
and Stokes numbers.  Preliminary simulations showed that for a fixed Stokes number, deposition is 
very weakly dependant on Reynolds numbers in the range of interest (3000-12000). It is therefore 
appropriate to fix the Reynolds numbers in the simulation to a mid-range value, and vary the Stokes 
number by simply varying the particle diameter.  The simulation is therefore performed for a sphere of 
diameter 6.5 mm at Re= 6000.  
 
The error on the data was not reported in the experiments; however, one can have an idea about the 
magnitude of the scatter by plotting all data points for the deposition efficiency on a single plot, as in 
Figure 7.  An upper and lower bound were drawn, excluding the two outliers at very low Stokes 
number and smallest sphere diameter (3.2 mm). In addition, a best fit curve of deposition efficiency is 
also shown.  It can be seen that scatter at Stokes number less than 0.1 is significant, and for that 
region, the ratio of deposition efficiencies between the minimum and maximum band is between 3 and 
4. This ratio decreases steadily and reaches a plateau of about 1.50 at Stokes numbers greater or equal 
to 0.7. In light of this, the simulations shown in Figure 8 are in general good agreement with the data 
and within the uncertainly band for most of the range of Stokes numbers. It is worth noting that 
particles strike the surface of the sphere essentially by inertial impaction, turbulent diffusion having 



 12

little effect. This was verified by tuning off the turbulent dispersion model, and using only the mean 
flow field in the particle equation of motion. Turbulence effects will however be significant when 
dealing with arrays of spheres. 
 
 
  
 
 
 
 

 

 

 

 

 

 

 
Figure 7: Scatter band for deposition on a single sphere  
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
Figure 8: Comparison with data of particle deposition on a single sphere at Re= 6000 and D= 6.5 mm 
 
3.5   Particles deposition on arrays of spheres: comparison with data 
 
For arrays of spheres, 10 sets of experimental data were simulated. Conditions of the simulations are 
shown in Table 2, where X indicates that experimental data is available. Deposition rates are 
computed on the array of spheres in similar fashion to the procedure explained for a single sphere. 
Results of the simulations are shown in Figures 9 through 11 for L/D of 1.5, 2 and 6, respectively. On 
each plot, the particle deposition fraction is shown for sphere 1 (lead sphere) to sphere 8 (last sphere). 
The scatter of the data is given by the thick lines showing lower and upper bounds. The latter are 
deduced from the scatter in the single sphere experiments, i.e. for fixed mean deposition efficiency, 
minimum and maximum values are read from the plot displayed in Figure 7. 
 
 

Re Diameter Stk L/D 
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(mm) 1.5 2 6 
3000 3.2 0.3  X X 

6000 
 

6.5 

0.03   X X 

0.04 X     

1.2 X X X 

2.3 X     
8300 9 0.44 X     

 

Table 2: Particles tracking computations summary (X = data available) 
 
Results show, as in the case of the single sphere, that the predictions are generally within the scatter 
band, except for very low deposition rates (Stokes number). For particles with medium and high 
inertia (Stokes number 0.3 and higher), the deposition trends are reproduced e.g. the “shielding effect” 
in which deposition on the lead sphere is significantly higher than that of the following spheres, the 
latter effect being less pronounced with a spacing of L/D=6.. At very low Stokes numbers (0.03-0.04), 
particles respond instantaneously to fluctuations of the fluid field, and effects such as “reverse 
shielding” (Waldenmaier, 1999).  i.e. deposition on the second sphere larger than on the lead sphere, 
are not predicted. For these very small Stokes numbers, more fundamental turbulence models such as 
LES may be required to achieve better accuracy. 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
Figure 9: Comparison simulation and data for deposition on arrays of spheres. L/D=1.5  
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Figure 10: Comparison simulation and data for deposition on arrays of spheres. L/D=2  
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
Figure 11: Comparison simulation and data for deposition on arrays of spheres. L/D=6  
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CONCLUSIONS 

In this investigation, we focus on turbulent particle deposition on spheres using the ANSYS Fluent 
Computation Fluid Dynamics (CFD) code. We simulate flow and particle motion first on a single 
sphere, then on different sets of linear arrays of 8 spheres that have a range of inter-sphere spacings. 
The predicted particle deposition is compared to experiments performed by Hähner (1994) and 
Waldenmaier (1999) over a range of Reynolds numbers, sphere diameters and particle sizes. The 
Reynolds Stress Model (RSM) is used to compute the flow field and Best Practice Guidelines are 
followed to a large extent.  The single sphere results for drag and shear stress distributions are 
compared to the experimental data of Achenbach (1970) and found to be in excellent agreement.  

Lagrangian particle tracking is performed using the RSM mean flow field to which is added a 
fluctuating field computed by a continuous random walk (CRW) based on the non-dimensional 
Langevin equation.  

Particle deposition on a single sphere is predicted with reasonable accurately by the RANS-CRW 
model. For an array of spheres, the accuracy of the prediction depends on the particle inertia: for very 
low inertia (Stokes number 0.03), the model predicts collection efficiencies that are low (order of 1%), 
in agreement with the data. However, qualitative effects such as the “reverse shielding” are not 
captured. For particles with mid and high inertia, the deposition trends are reproduced e.g. the 
“shielding effect” in which deposition on the lead sphere is significantly higher than that of the 
following spheres. The magnitudes of deposition efficiencies are generally predicted within the scatter 
of the experimental data.  
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Abstract

A validation study for various CFD models of the time-varying flow through a
confined bank of cylinders is presented. The geometry approximates part of the lower
plenum of a high temperature reactor and is arranged with the cylinders on equilateral
triangles with pitch to diameter ratio of 1.7. Time-resolved Particle Image Velocime-
try (PIV) measurement coupled with time-varying pressure measurements along the
facilities walls are compared to both the Unsteady Reynolds Averaged Navier Stokes
(URANS) k − ω model and Detached Eddy Simulation (DES) models. Spatial (i.e.
time-averaged bulk velocity, local velocity distributions and pressure losses) and tem-
poral (i.e. dominant frequencies and correlations) validation parameters on both the
local and global scale are used for validation. It is found the DES model accurately
predicts frequencies present in the pressure along the walls next to the cylinders in the
first and the last cylinder, yet predicts other dominant frequencies in the remaining
cylinders that are not found in the experiment. As expected, the temporal behavior
of the DES was generally far superior to that of the URANS model.

1 Introduction

Simulation methods, such as computational fluid dynamics (CFD), are essential tools in engineering
design. In the case of nuclear safety, improved CFD models can significantly increase the understanding
of failure and accident scenarios. However, relying on CFD as the primary source of safety analysis
requires strict validation of the codes and models. The importance of numerical model validation is
understood and has generated the important field of Verification and Validation (V&V).

Although much attention has been given to the time-averaged validation of CFD codes, failure and
accident scenarios often involve large transients and unsteady flow, thus requiring temporal validation.
Transients are easily modeled by CFD codes; however, the current practice to validate these codes is
achieved through time-averaged measurements, instantaneous comparisons, and results at significant
discrete times, such as the final steady state. Little consideration has been directed toward the valida-
tion of the processes involved in unsteady simulations. The purpose of this paper is to suggest metrics
used to validate the temporal solutions of unsteady CFD.

This paper follows the formal definitions for V&V outlined by the DoD [1, 2]: “Validation: The
process of determining the degree to which a model is an accurate representation of the real world
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from the perspective of the intended uses of the model.” By this definition, validation of a numerical
model is appropriate only for the application of the model and is not universally applicable. Code
may be validated only for the specific range in which experimental data exists, as stated by Lee
and Bauer [3]. Applications dominated by unsteady and transients flows must therefore be validated
using unsteady and experimental data. Validation of the numerical model cannot be accomplished
from localized temporal experimental results alone; localized spatial, globally integrated spatial, and
temporal metrics must also be used. This guideline of a hierarchy of experimental measurements is
outlined by Oberkampf et. al.[4].

While the meaning of validation in the time-averaged sense is not difficult to grasp, one must
consider what is to be expected from an acceptable unsteady simulation. Unsteady Reynolds Averaged
Navier Stokes (URANS) simulations are based on a triple decomposition of velocity, u = U + û +
u′(t), where U is a constant mean, û is a velocity varying “slowly” in time, and u′ is a turbulent
fluctuation. The URANS results reported here represent U + û(t). Any variation in time is, by
definition, due to factors at much longer time scales than turbulence. In the experiments, the velocity
u is reported. Therefore, the time variation of any flow quantity should be expected to be smaller than
in an experiment. Large Eddy Simulations (LES) and Detached Eddy Simulation (DES) compute
the large scale turbulent motions while modeling the smaller scales. Therefore, LES and DES results
should have smaller fluctuations than an experiment, but larger than a URANS simulation. So, while
it is not realistic to expect a simulation to predict fluctuations of similar magnitude to an experiment,
one could hope to obtain accurate information on the frequency behavior of an experiment. In nuclear
applications, such frequencies may be important examining fluid-structure interactions.

While local and global spatial quantities are often used in the validation of unsteady numerical
models, validation of temporal quantities is often not addressed. This may be for many reasons:
temporal data from experimental and numerical models are difficult to compare, experimental data
are often time-averaged measurements, or the scale of the unsteady fluctuations may be determined
to be too small [5]. However, transient and unsteady applications often contain features that may be
used to assess numerical accuracy, such as frequency and phase of vortex shedding, and time-scales
(such as the autocorrelation coefficient [6]).

One example of a previous unsteady validation is the thermal mixing temperature oscillations in
a T-junction. Temperature fluctuations were measured and calculated using CFD by Westin et. al.
[7]. The unsteady numerical and experimental results were compared at various locations in the T-
junction by plotting these oscillations through time. However, no attempt was made to assess the
model’s ability to correctly predict the dominant frequencies present in the flow. Estimation of the
Taylor micro scale was estimated from the autocorrelation of the LES calculation, but is not compared
to the experimental work.

In the present work, unsteady validation of a CFD solution of a confined bank of cylinders is
addressed. Results are obtained through experimental measurements and CFD calculations from both
experimentally and numerically consistent models. Spatial quantities (time-averaged magnitudes of
velocity, pressure, and bulk velocity) and temporal quantities (dominant frequencies and fluctuations
in pressure, velocity, and bulk velocity) were measured and compared to solutions predicted by CFD.
Validation of unsteady temporal calculations were achieved from magnitudes of the fluctuations and
dominant frequencies for each quantity.

2 Description of the Experiments

2.1 Experimental Model

The experiment (used previously for steady validation experiments [8]) consists of three sections shown
in Fig. 1: inlet contraction, test section, and an outlet which connects to the downstream blower. The
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Figure 1: The test section used in this study. Air enters through screens at the left, into a contraction
and into the test section. The field of view for the PIV data is shown (i.e. the laser sheet). The
laser sheet moves through the near transparent side of the facility and cylinder and terminates on the
opaque far side. Streamwise locations of the pressure taps are indicated with arrows on the top wall.
These taps are in the spanwise center of the channel.

inlet has a 1.4:1 contraction in the span-wise direction and a 3:1 contraction in the cross-stream
direction. Turbulence within the facility is controlled at the inlet by a single bank of 112 wires/cm
screen. Flow leaving the test section is drawn through two perforated plates oriented perpendicular to
the flow and inside the outlet. The perforated plates suppress separation and pulsations generated by
the blower. The frequency-controlled centrifugal blower is located downstream of the outlet, connected
to the outlet by flexible duct, and draws atmospheric air (ρ ≈ 1 kg/m3 in Logan) through the facility.

The test section is designed to resemble the lower plenum of a very high temperature reactor
(VHTR) as shown in the schematic of Fig. 1. The test section is an L = 89.7 cm channel in the
stream-wise (x) direction, w = 8.53 cm in the cross-stream (y) direction, and H = 34.8 cm in span-
wise (z) direction. The channel contains an array of cylinders and half-cylinders (D = 5.03 cm) which
mimic an infinite array of cylinders arranged on a equilateral triangles. Five center cylinders are placed
on the cross-stream centerline with a stream-wise distance of 14.8 cm between cylinders. The fourth
cylinder is made from polished polycarbonate tube, providing measurement access to the back side
of the cylinder. Four sets of half-cylinders are placed directly between the centerline cylinders on the
cross-stream edges. Additional details on the experimental model may be found in [8]. The dimensional
flow values used in this study based on local barometric pressure are density ρ = 1.0048±0.00325kg/m3,
viscosity µ = 1.89× 10−5 ± 1.94× 10−8kg/m-s and maximum bulk velocity Umax = 14.3 m/s.

Velocity measurements were obtained using particle image velocimetry (PIV) consisting of low
and high speed systems from LaVision. The low speed system consisted of a 12-bit, 1376 × 1040
pixel Imager Intense CCD camera and a New Wave dual cavity 50 mJ Nd:YAG lasers. The high
speed system was composed of an 10-bit, 1024 × 1024 pixel Fastcam CMOS high speed camera and
a Photonics ND:YLF 20 mJ single cavity laser. Both systems were controlled with DaVis 7.2 from
LaVision [9] and seeded using oil droplets uniformly entering the test section at the inlet. Images were
processed with non-deformed interrogations regions with an initial window size of 32×32 and with two
consecutive passes at 16×16 using a 2D SCC algorithm. All interrogation regions were overlapped by
50%. Results were then post-processed using four parameters [9]: an allowable pixel range (vectors
displacing more than 15 pixels are rejected), correlation peak ratio, neighboring vectors median filter,
and small groups (spurious vectors in groups smaller than 5 vectors are thrown out).

Velocity measurements were made upstream and downstream of each cylinder on the x − y plane
(the downstream measurement plane for cylinder 3 is shown in Fig. 2). The laser sheet entered the
facility from the transparent polycarbonate cross-stream side and was terminated on the far opaque
side. Both the low speed and high speed lasers were located in front of the test section on a vertical
traverse system and were able to be repositioned within 5µm. The cameras were mounted above the
test section and were also able to repositioned vertically within 5µm using a traverse system.
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Figure 2: Numerical and experimental measurement locations. Pressure measurements and DES traces
(designated by ‘◦’) were located on the upper wall on the spanwise center behind the full cylinders for
both experimental and numerical data. A PIV measurement plane (denoted in green) is downstream
of the fourth cylinder. Velocity trace locations are shown as ‘×’.

Velocity time traces were extracted at specific locations from each measurement plane (shown in
Fig. 2) for use as spatial and temporal validation quantities for the CFD results. Validation metrics
include mean bulk and local velocities, velocity distributions, dominant frequencies, pressure-velocity
and velocity-velocity spatial correlations, and autocorrelations.

Low speed measurements were obtained on x − y planes at z = 0.69D, 1.5D, 3.45D, 5.4D, and
6.21D. At these locations, N = 850 images at an average rate of f = 2.5 Hz were used to determine
the time-averaged statistics of the data. The resolution of these images were 64.5 µm/pixel. These
measurements also provided reassurance that the flow was uniform through the height of the channel.
Using the high speed system, ten sets of N = 1024 time-resolved images were obtained at f = 1500
Hz on the x− y plane at H = 3.64D. These images were resolved within 88.23 µm/pixel.

Pressure taps of diameter 1.59 mm were drilled into the back wall of the facility (shown by arrows
in Fig. 1). All taps were placed at the spanwise centerline and were at the same streamwise position
as the axis of the full cylinders. The pressure measurements were made using five Endevco pressure
transducers with a range of 1 psi and sensitivity of about 175 mV/psi. Pressure measurements were
acquired using a data acquisition system from National Instruments using two approaches: first, in-
dividual measurements at 10,000 Hz for approximately 180 s and second, measurements synchronized
with the high-speed PIV system at 1500 Hz.

2.2 A Note About Experimental Uncertainty

For the time-varying measurements shown in this paper, the difference between the numerical and
experimental magnitudes far exceeds any experimental error. Where mean values are compared, un-
certainties for the measurements have been reported in earlier work [8]. Experimental uncertainties on
time (and thus frequency) are extremely small.

2.3 Numerical Model

The Reynolds-Averaged Navier Stokes standard two-equation k − ω [10] and Detached Eddy Sim-
ulation (DES) models from the general purpose CFD code FLUENT [11] were used to model the
unsteady Navier-Stokes equations in the cylinder array experiment. The k − ω model was integrated
to the wall. The DES model applied the SST k-ω model with low Reynolds number corrections to
the unsteady Reynolds-Averaged Navier-Stokes (RANS) equations within the boundary layer. In this
region, the SST k-ω based DES model utilizes a modified dissipation term for the turbulent kinetic
energy (described further by Menter [11]). The filtered Navier-Stokes equations were solved using the
Large Eddy Simulation (LES) model in the large unsteady turbulent scale dominant separated region.
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A bounded second-order central differencing method was used to discretize the momentum terms;
turbulence and dissipation terms were interpolated to the cell faces using the QUICK scheme. Pressure-
velocity coupling was achieved using the SIMPLEC method. Temporal terms employed a second-order
implicit time formulation. Iterative convergence for each time step was achieved by reducing the
normalized residuals of all the discretized transport equation within four orders of magnitude, after
which the solution advanced to the next time step. Solutions were calculated at time steps of 10−4 s.

The computational domain matched the

Figure 3: Computation geometry and mesh at the
fourth cylinder. This mesh is repeated for the remain-
ing cylinders.

experimental configuration. The mesh and ge-
ometry of the third and fourth cylinders ap-
pear in Fig. 3. The test section is composed of
nine wall regions: two vertical side walls joined
by four half cylinders, two horizontal walls,
and five full cylinders located on the cross-
stream centerline. The flow enters the numer-
ical model at the channel inlet with uniform
velocity and turbulence profiles (this model
is referred to as DES steady). Perturbations
from a random random fluctuating vortex field
were applied to the inlet (200 vortices at the inlet) for a second DES model [11] referred to as DES
perturbed. Flow exiting the numerical model leaves with the derivatives of the terms equal to zero
at the outlet. The numerical model and experimental test section are dimensionally equivallent. The
DES and k-ω turbulence models were applied to this three dimensional computational domain for a
single mesh consisting of 3,098,000 cells with grid clustering toward the walls to ensure that y+ ≤ 1.
The k-ω model was also applied to a coarser mesh of 1,758,250 cells to determine grid convergence.

Solutions from the above numerical model were calculated and compared to the experimental
results. Validating comparisons include dominant frequencies present in the pressure and velocity
signals at each cylinder and velocity distributions integrated over the time domain. Validation metrics
for both the coarse and fine k-ω models are compared to determine grid convergence. Grid convergence
is attained for all validation parameters presented in this paper.

3 Results and Discussion

We start our discussion of the results by examining the drag on each cylinder as predicted by un-
perturbed DES, since these results will illuminate the remainder of the results. Measurement of this
quantity through velocity fields would require two stereo high speed PIV systems and therefore no
experimental results are provided.

The drag variation with time on all five cylinders is shown in Fig. 4. Cylinders 2-5 have a similar
mean drag; however, for clarity, the drag signal for cylinders 3, 4, and 5 are displaced upward by 0.5,
1.0 and 1.5, respectively. It is striking that the drag on the first cylinder (which is not displaced) is
steady and significantly larger than the rest. Cylinder 2 exhibits a mean drag less than half of cylinder
1 with very large amplitude fluctuations. The largest frequency present, which is likely the shedding
frequency of cylinder 1, corresponds to a Strouhal number near 0.5. A lower frequency corresponding
to St = 0.25 is also clearly present. The highest frequency appears to diminish near the center of the
array before reemerging at the final cylinder.

Low-speed measurements were obtained on the downstream side of the fourth cylinder at five heights
described above. These measurements spanned the middle 80% of channel height and were used to
determine the required blower speed to achieve the desired Reynolds number (Re = 40, 000), calculate
time-averaged statistics, and determine the bulk velocity. Data were acquired at three Reynolds
numbers (Re = 34, 000, 39, 000, and 44, 000) to determine the settings needed to provide Re = 40, 000.
Temporal fluctuations in the bulk velocity were observed in each of these measurements; however, the
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Figure 5: The instantaneous (top) and time-averaged (bottom) velocity vector fields measured by the
low-speed PIV system.

standard deviation of the bulk velocity was consistent for each measurement height. The average bulk
velocity at each measurement location was found to be within 2% difference of that required for Re
= 40, 000. This demonstrated that although the flow was temporally fluctuating, the time-average flow
was uniform spatially at locations of the same cross-sectional area.

After determining the flow was uniform spatially, data

Figure 4: Temporal drag variation on
the five cylinders according to DES.
To improve clarity, the drag value for
cylinders 3, 4, and 5 are displaced up-
ward by 0.5, 1.0 and 1.5, respectively.
The traces for cylinders 1 and 2 are not
displaced.

were acquired at Re = 40, 000 in the x−y plane (see Fig. 1) us-
ing both the low and high-speed PIV systems. The low-speed
data was measured at H = 3.45D (instantaneous and time-
averaged velocity field are shown in Fig. 5). The Reynolds
number was calculated using the maximum bulk velocity (Umax)
found at the minimum cross-section) and the diameter of the
cylinder (D) for the velocity and length scales, respectively.

High-speed PIV measurements were acquired on the x−y
plane at H = 3.64D. This location is about 0.2D lower than
the centerline due to interference from the laser sheet with
the pressure sensor. Laser pulses striking the far surface of
the channel would produce heat waves generating highly si-
nusoidal noise within the pressure transducer. This noise
was present while the laser was within 0.15D of the center-
line. Therefore, high-speed measurements were acquired at
the same location as the low-speed PIV measurements. A
schematic of the PIV measurement planes is given in Fig. 2.
Two of these high-speed measurements were oriented on the
x − y plane between full cylinders and the transparent wall
for the second and fourth cylinders; the remaining two planes
were located downstream of the fourth and fifth cylinders.

The bulk averaged velocity on lines across the facility
at several streamwise locations were computed based on the
measurements. The inlet flow is steady, as expected. Quite
surprisingly, large fluctuations are observed in the bulk ve-
locity at locations downstream of cylinder 1. These fluctuations become larger until the third cylinder,
after which they maintain a steady amplitude. These fluctuations indicate strong 3-D motions behind
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the cylinders. Similar fluctuations are predicted by the DES models at all but the first cylinder; how-
ever, the k-ω model consistently predicts much smaller fluctuations than those seen by both the DES
and experimental models.

The bulk velocity seen in both the nu-

Figure 6: Standard deviation of the bulk velocity at the
upstream and downstream locations for each cylinder.

merical and experimental models follow a
normal distribution with the standard de-
viations (σ) of these distributions shown in
Fig. 6. The k-ω model consistently under
predicts the magnitude of the bulk velocity
fluctuations for all cylinder locations. Lo-
cations upstream of cylinder two are also
under predicted by the DES models; how-
ever, downstream of cylinder two, the steady
DES model predicts the width of the fluc-
tuation distribution reasonably well. This
is also the case at all cylinder locations but
the downstream side of cylinder five for the perturbations DES model. Perturbations on the inlet
velocity have very little effect on the fluctuations seen in the bulk velocity.

Time traces for velocity and pressure point quantities were recorded during the unsteady CFD
simulations. These locations (also shown as ‘◦’ in Fig. 2) consist of five pressure points along the
centerline of the channel and on the opaque wall to the side of each full cylinder. Pressure and velocity
measurements were measured at identical locations with the pressure transducers and extracted from
the PIV results, respectively. The probability distribution function (pdf) of the experimental and
numerical time traces (both URANS k − ω and DES models) for pressure on the opaque wall at each
cylinder are compared in Fig. 7. Both the DES and k−ω models predict a bimodal distribution at the
first cylinder. Similar results were observed by Mahon and Meskell [12]. Jet switching from side to side
of the cylinder is responsible for this type of distribution. A single modal distribution is observed for
all the cylinders in the experimental measurements; jet switching is never observed. The DES, k − ω,
and experimental models predict single mode distributions for all cylinders downstream of cylinder
one. The distribution of velocity traces predict similar results and are not shown.

It is also noted that the pressure distribution widths for the experiment are similar to those from
the DES, which are wider than the RANS results. Given that the RANS results contain no turbulent
fluctuations, and that DES contains only large-scale fluctuations, this is to be expected.

Experimental and numerical time-traces were compared at each corresponding location to examine
correlation between velocity and pressure. Note that the t = 0 values for the numerical and experimen-
tal results have no relation to one another since the inflow prescribed is not transient. Velocity traces
downstream of cylinder four and pressure traces along the wall adjacent to cylinder four are discussed
in [13]. The DES and URANS k− ω models both predict similar velocity and pressure magnitudes to
the experiment; however, the k−ω model predicts more periodic fluctuations with fewer high-frequency
components than observed in the experimental results. The velocity and pressure fluctuations in the
steady DES and experimental models are nearly the same scale. As shown in Fig. 7, the perturbations
DES model predicts much larger pressure fluctuations than the experimental model.

Since the PIV measurements are limited to 1500 Hz and N = 1024 velocity fields, pressure mea-
surements were also acquired at the same frequency as the numerical time-step. The spectra of these
signals for both the experimental pressure measurements and numerical pressure traces are compared
in Fig. 8. At the location along side the first cylinder, the flow field lacks high frequency fluctua-
tions and is dominated by three frequencies. The largest of these, near St = 0.5, is well predicted
by both numerical models. This is the same frequency at which the drag varies and is likely the
shedding frequency of the cylinder. Although the experimental results show a slightly lower frequency,

7



Figure 7: The distributions of pressure measured at cylinders one, two, three, and five .
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the magnitude of the shedding frequency is the same for the numerical and experimental models. A
second peak at double the shedding frequency is also apparent in the experiment and the numerical
models, which is to be expected since pressure changes with the square of velocity. Interestingly, the
DES model predicts vortex pairing as evidenced by a sub-harmonic, while the experiment has a much
broader response at half the shedding frequency.

The pressure at the second cylinder in the experiment shows a very broad-band, high-frequency
response with no dominant frequency. However, the numerical models each predict very large peaks
at several frequencies. At the third cylinder, the DES model pressure prediction again resembles the
experiment, with broad band response and no dominant frequency (although both the experiment and
the model have a small peak near St = 1). The k − ω model predicts a few frequencies at the third
cylinder not seen in the experiment. These frequencies are also observed in the DES model but have
much smaller magnitudes. The very high frequencies in the numerical model are clearly attenuated
due to the DES filter. The behavior of the experiment and the model are essentially the same for the
third cylinder as the fourth. The DES model with perturbations predicts much larger broadband noise
at higher Strouhal numbers than the steady DES model, with the spectral power actually increasing
near the Nyquist frequency. The reason for this is under investigation.

At the fifth cylinder, both the experiment and the numerical models show a smaller shedding
frequency near St = 0.2. Additionally, all the models show a smaller peak at St = 1, similar to the
third cylinder.

Similar results are seen in the power spectrum for the velocity traces shown in Fig. 9. Dominant
frequencies are seen primarily in the first and fifth cylinder in the experimental results. Several other
frequencies are predicted by the numerical models that are not observed in the measurements. Inter-
estingly, the power spectrum for velocity traces predicted by the perturbation DES model contains
significantly less broadband noise than the pressure traces, and resembles the steady DES model.

The autocorrelation coefficient ρ(τ) [6] in time was computed for all pressure traces (cylinders one,
two, three, and five are shown in Fig. 10). This coefficient is calculated as

ρ(τ) =
g(t)g(t′)

g2
, (1)

where g(t) and g(t′) are a fluctuating quantity at two different times and τ is the time difference t− t′.
The average autocorrelation coefficient in time is calculated for each measurement location and ranges
from correlated (ρ(τ) = 1) to anti-correlated (ρ(τ) = −1).

At the first cylinder, the DES and k − ω models predict similar autocorrelations with the DES
model damping out slightly faster; these oscillations (which indicate periodic flow) although larger in
magnitude, are similar to those seen in the experimental measurements. Perturbations added to the
DES apparently help destroy the periodicity of the pressure and more closely resemble the experiment.
At the second, third, and fourth cylinder, the measurement signals become and remain uncorrelated
after τ = 0.01s. This phenomenon is not seen at the second cylinder in any of the numerical models,
as a highly periodic flow is predicted. In fact, the k−ω model predicts highly oscillatory flow ranging
from correlated to anti-correlated for all cylinders. However, DES results for pressure traces at the
third, fourth, and fifth cylinders predict an autocorrelation coefficient ρ(τ) smaller but much closer to
the experimental results. Although both models predict much larger oscillations in the autocorrelation,
the DES model predicts the experimental values much more closely than the k-ω model.

Velocity traces were also used to calculate the autocorrelation coefficient in time. The average au-
tocorrelation in time along with measurement trace locations are shown for velocity traces downstream
of each cylinder on the opaque wall side in Fig. 11. Autocorrelation results for the right and left sides
of the cylinders are similar for all cases and so only the left side is shown. Although oscillations in the
autocorrelation coefficient are seen in all the models at cylinder one, the magnitudes of these oscilla-
tions are over predicted by the numerical models. Similar to the pressure autocorrelation coefficient,
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Figure 8: The power spectra for the pressure along the wall along the spanwise centerline of all five
cylinders for the experimental and numerical (Steady inflow DES, DES with inflow perturbations, and
k-ω) models.
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Figure 9: The average power spectra in the frequency domain for the velocity traces downstream of
each cylinder on the opaque wall side for the experimental and numerical (Steady inflow DES, DES
with inflow perturbations, and k-ω) models.
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Figure 10: The average autocorrelation coefficient ρ(τ) for wall pressure along the spanwise centerline
for each cylinder for the experiment and numerical models (Steady inflow DES, DES with inflow
perturbations, and k-ω).
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Figure 11: The average autocorrelation coefficient ρ(τ) for the velocity downstream of each cylin-
der near the opaque wall for the experimental and numerical (Steady inflow DES, DES with inflow
perturbations, and k-ω) models.

the velocity measurement signals become uncorrelated rather quickly (τ ≤ 0.01s). This phenomenon is
also seen in the third, fourth, and fifth cylinders of the DES solutions; however the k− ω model again
predicts highly periodic velocity autocorrelation coefficients ranging from correlated to anti-correlated
for all five cylinders. Oscillations are observed in the experimental autocorrelation coefficient at the
fifth cylinder. Similar, yet higher frequency, oscillations are predicted by all three numerical models;
however, the amplitudes of these oscillations are much smaller for the DES cases. Very little difference
is seen in the steady and perturbations DES models, which is counter to the pressure autocorrelation
described above.

Auto correlations were also calculated downstream of each cylinder along the lengthwise centerline
in the wake region (not shown). At all locations, the experimental signal becomes uncorrelated rather
quickly (τ ≈ 0.005s) and remains uncorrelated. As in previous locations, the k − ω model predicts
highly periodic correlations. At cylinders three four and five the DES model predicts fairly uncorrelated
velocities after τ ≈ 0.015s, similar to that seen in the experiment.
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Correlation coefficients, P(τ), in time between velocity measurement pairs were also calculated as a
validation metric to compare similarities mirrored on the centerline of the cylinders, such as switching,
and coupled vortex shedding. This coefficient was calculated as,

P (τ) =
gi(t)gj(t′)
gigj

, (2)

where gi(t) and gj(t′) are fluctuating trace pairs at two different times and τ is once again the time
difference t− t′.

The average correlation coefficient for five sets of velocity trace pairs are shown in Fig. 12. These
trace pairs were a cylinder diameter width apart and located downstream of the cylinders next to the
wake regions. Very little correlation is predicted by the measurement signals for cylinders two, three,
and four; This phenomena is predicted accurately by the DES models at cylinders three and four.
Oscillatory correlations between the two measurement pairs are observed at cylinders one and five for
the experimental model, with a smaller frequency at cylinder 5 (as shown in the velocity spectra).
While the oscillations predicted by the numerical models at these locations have similar frequencies,
the amplitudes are larger in all cases except the DES models at cylinder five. At cylinder five, a
reasonable representation of the correlation coefficient is predicted. The k−ω model predicts periodic
correlations ranging from correlated to anti-correlated at all downstream locations.

Little or no correlation was observed upstream of the each cylinder (not shown) in the experimental
measurements. This phenomena is not predicted until the third cylinder for the DES models, after
which a similar correlation coefficient is predicted. The k-ω model predicts periodic correlations for all
but the fifth cylinder. Once again, both DES models predict results with insignificant differences.

It is also interesting to examine time averaged global quantities, specifically the minor loss factor

k =
∆p

(0.5nρU2
max)

, (3)

where n is the number of cylinders (8 in this case). The minor loss factor for this Reynolds number
is k = 0.239. The present DES and k − ω models predict k = 0.243 and k = 0.234 respectively, while
several 2-D steady RANS model studied earlier [14] predicted values in the range 0.16 < k < 0.23,
which includes the present result.

4 Summary

A validation study has been performed on a confined bank of cylinders with special attention given to
temporal validation. Experimental results are obtained using low and high speed PIV systems along
with time-varying pressure measurements along the test section walls. DES and URANS simulations
model the experimental model conditions as accurately as possible. Two cases for the inlet conditions
(steady and vorticity perturbations) on the DES model are applied. Numerical and experimental
results are compared to assess the CFD model.

Time-resolved measurements and simulated pressure and velocity signals demonstrate the ability
of the DES model to predict the magnitudes of velocity and pressure fluctuations. The URANS k− ω
model predicts a much more unstable (and therefore periodic) flow with smaller fluctuations. Although
jet switching is predicted in all numerical models, this phenomenon is not observed in the experiment.
The frequencies present due to vortex shedding and other unsteady phenomena are compared by a
power spectra. Both the DES and k − ω models accurately predict frequencies present in the first
and fifth cylinders; however, frequencies not present in the second through fourth cylinders of the
experimental model are observed in the numerical models. Autocorrelation and correlation coefficients
between velocity and pressure traces are also calculated as another validation metric. Once again, the
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Figure 12: The average correlation coefficient (τ) for the velocity downstream of each cylinder near
the walls for the experimental and numerical (Steady inflow DES, DES with inflow perturbations, and
k-ω) models.
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k−ω model predicts flow much more periodic and with larger time scales than the experimental model;
in most cases, the DES model predicts coefficients similar to those seen in the experiment.

In spite of the surprisingly good performance of the DES numerical model to replace point behavior
in velocity and pressure in several locations, we find that its prediction of a steady global parameter
(the minor loss factor) to be no better than those predicted with steady RANS models.
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Abstract 
This paper describes the details of validation of the two-fluid model for boiling simulations using the 
CFD code CFX. In particular, since subcooled boiling occurs at a superheated wall placed in a 
subcooled liquid, most of the heat and mass transfer takes place close to the wall. Therefore, this study 
was focused on the assessment of two important aspects of near wall predictions, viz., the wall heat 
transfer model and the turbulent wall functions. Validation was performed using the state-of-the-art 
multidimensional experimental data available in the literature.  
The first part is an assessment of the wall heat transfer model which is based on splitting the wall heat 
flux into three components, viz., the single phase convection, the evaporation at the bubble surface 
and the quenching effect at the heated wall after the bubble departure. The evaporation and quenching 
components use the following three closure parameters: 1. Bubble Nucleation Site Density, 2. Bubble 
Departure Diameter, and 3. Bubble Departure Frequency. Data sets where the bubble diameter has 
been measured have been selected to eliminate one unknown so the assessment is limited to the 
nucleation site density and the departure frequency correlations available in the open literature.  
The second part of the paper is an assessment of the turbulent wall functions used to prescribe the 
wall boundary conditions for momentum and turbulence quantities and hence influence the near wall 
velocity and turbulence distribution. The state-of-the-art two-fluid model uses a two-phase k-ε 
turbulence model (Lopez de Bertodano et al., 1994) with the standard logarithmic wall function 
(Launder and Spalding, 1974). Although the law-of-the-wall is universal for single phase flows, the 
same is not true when the boundary layer contains a two-phase bubbly mixture. Previous experiments 
(Marie et al., 1997) have shown that the velocity profile still follows a logarithmic profile but the 
slope and the intercept constant vary with the concentration of bubbles and the relative magnitude of 
the shear and buoyant forces. A modification of the law of the wall coefficients has been suggested by 
Marie et al. (1997) based on the experimental data obtained from adiabatic air-water bubbly flow over 
a vertical flat plate. The wall law coefficients of CFX were modified using the two-phase wall 
function model and significant improvements were noticed in the turbulent parameter predictions. 

NOMENCLATURE 
 
ai Interfacial Area Concentration 
CD Drag Coefficient 
CVM Coefficient of Virtual Mass (0.5) 
Db Bubble Diameter  
Ddep Bubble departure diameter 
ek Phase enthalpy 
fdep Bubble departure frequency 
g Gravitational Acceleration 
hlg  Latent heat of evaporation 
jL Superficial Velocity of Liquid  
jG Superficial Velocity of Gas  
k Turbulence Kinetic Energy 
M ki Interfacial Momentum Source  

km∆  Mass Source  

 
 

siten  Nucleation site density 

q" Heat Flux  

kυ  Velocity (vector)  

Rυ  Relative Velocity (vector)  

T Temperature 
Greek Symbols 

kα  Volume Fraction of kth phase 

α  Void Fraction 
ε Dissipation of Turbulence Kinetic 

Energy  

kρ  Density  

τ
k

Re Turbulent (Reynolds) Stress 

µ Dynamic viscosity 
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λ Thermal Conductivity  
Superscript 
D Drag 
TD Turbulent Diffusion 
L Lift  
W Wall 

Subscript 
k Phase identifier 
1, l, f, L Continuous (Liquid) Phase 
2, g, G Dispersed (Gas) Phase 
dep  Departure 
t  Turbulent 

1.   INTRODUCTION 

The prediction of boiling flows depends on accurate representation of the heat and mass transfer 
processes at the wall where the vapor is formed. The accuracy of the model prediction depends on 
how well the following three independent parameters are estimated: 1. Bubble Nucleation Site 
Density, 2. Bubble Departure Diameter, and 3. Bubble Departure Frequency. These parameters depend 
on complex physical phenomena that are not completely understood. Different closure relations exist 
in the literature for each of the above parameters which are discussed in detail in the next section. 
One of the goals of the present study is to perform an independent assessment of each of these 
parameters from the perspective of CFD implementation. However, it is difficult to test three separate 
uncertainties simultaneously and hence only those data sets have been selected where the bubble 
diameter has been measured. A review of the departure frequency models was done to select the one 
best suited for the present data sets. Then, using the known departure bubble size and the chosen 
departure frequency model, two well known models for the nucleation site density were implemented 
and the results were compared. 
The heat transfer at the wall also depends on the turbulence intensity near the wall and this should be 
correctly predicted as well. The wall function approach that is usually used with the Standard k-
epsilon model to obtain the near wall turbulence quantities using coarser meshes needs a correction 
that accounts for the effect of presence of a two-phase mixture. Such an approach has been 
implemented successfully for adiabatic flows (Marie et al., 1997) and this has been extended for 
boiling flows here.   
The two-fluid model used here was previously tested for adiabatic flows where the interfacial 
momentum transfer terms were validated (Prabhudharwadkar et al., 2009). The energy equation along 
with the interfacial heat and mass transfer correlations were incorporated into the model. The next 
section describes in detail the two-fluid model used in this study. 

2.   TWO-FLUID MODEL WITH HEAT AND MASS TRANSFER 

For diabatic flows, the ensemble averaged two-fluid model equations (Ishii and Hibiki, 2006) 
governing the motion of each phase has the following form: 
Mass Conservation: 

kkt
ρα

∂
∂ + 

kkk υρα⋅∇ = 
km∆                          (1) 

Momentum conservation: 
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Energy conservation: 

kkk e
t

ρα
∂
∂   +  

kkkk eυρα⋅∇ =  ( )[ ]Re
kkk qq ′′+′′⋅∇− α  ( )








⋅∇+

∂
∂− kk

k

t
p υαα +

kikik qHm +∆               (3) 

k
t

tkk
kkkk eqTq ∇−=′′∇−=′′

Pr
, Re νρλ                           (4) 

In the present calculations of subcooled boiling, the vapor generated was assumed to be at saturated 
temperature and hence was treated as isothermal phase. 

2.1 Interfacial momentum transfer 

The interfacial momentum transfer force comprises of force terms due to drag, turbulent diffusion, lift 
and a wall force: 



  
 

3 
 

W
ki

TD
ki

L
ki

D
kiki MMMMM +++=                        (5) 

There are other forces like the virtual mass force and Basset force which are important under transient 
conditions but they are found to be negligible for the current class of problems (steady state bubbly). 
The drag force of the bubbles is given by, 

RR
b

D
l

D

D

C
M υυαρ

4
3

2 −=                       (6) 

where the drag coefficient, CD, is given by the Ishii-Zuber correlation (1979). Db is the Sauter mean 

diameter of the bubble field and the relative velocity is given by 2 1Rυ υ υ= − . 

The wall force model accounts for the effect that keeps the centers of the bubbles no closer than 
approximately one bubble radius from the wall. This force is important when the lift force is present. 
It is given by (Antal et al., 1991):  

2

2 1 2 1
W

wallM C nρ α υ υ= −  , 1 2min 0, w w
wall

b wall

c c
C

D y

   = − +  
   

              (7) 

where n  and wally  are the normal vector and the distance from the wall respectively. The CFX values 

for the coefficients are: 1wc = -0.01 and 2wc = 0.05. In a previous study (Prabhudharwadkar et al., 

2009) it was found that the Antal’s CFX Default coefficients work well for adiabatic bubbly flows 
through vertical pipe. 
The turbulent diffusion force is closed using the Lopez de Bertodano Model (Lopez de Bertodano, 
1991):  

αρ ∇−= 112 kCM TD
TD                       (8) 

The turbulent diffusion coefficient used for the present calculations is CTD = 0.25.  
The lift force is given by (Auton (1987)): 

( ) ( )11212 υυυαρ ×∇×−−= L
L CM                       (9) 

The lift coefficient used for the calculations is CL = 0.1 (Lopez de Bertodano, 1991). This value is of 
the same order as Tomiyama’s experimental value (2002) for a bubble in Couette flow, CL = 0.288.  

2.2 Interfacial heat transfer 

The interface to liquid heat transfer (k=l) is expressed as, 
 

( )lsatilili TTahq −= ,                           (10) 

where, hli is the heat transfer coefficient between the liquid and the interface, closed as follows,  

Nu
d

h
s

l
li

λ
=                            (11) 

In the above equation, λl is the liquid thermal conductivity and ds is a length scale which is assumed 
equal to the bubble diameter. The Nusselt number (Nu) in the above closure equation is given by 
following expression (Ranz and Marshall, 1952): 

33.05.0 PrRe6.02 lbNu +=                     (12) 

Reynolds number (Reb) used in the above closures is defined as, 

l

Rb

b

D

ν
υ

=Re                           (13) 

The interfacial mass transfer is given as, 
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where, Hlg is the latent heat of phase change. 

2.3 Wall heat transfer 

Wall heat transfer is the most important aspect of subcooled boiling as it provides the sources for 
energy and phase mass balance equations. Most wall heat transfer models are based on partitioning 
the wall heat flux into three components. These were implemented in the multidimensional CFD 
calculations by Kurul and Podowski (1990). The three components of the wall heat flux are –  

a) Evaporation heat flux (qe) – The part of heat flux utilized in formation of vapor at the wall, 
b) Forced convection to the liquid (qc), 
c) Wall quenching by liquid phase (transient conduction) (qq) – This accounts for the heat transfer to 

the subcooled liquid that replaces the detached bubble at the wall. 
 
The wall surface is assumed to be split into two parts (A1, A2) each under the influence of one phase. 
Fraction A2 is influenced by the vapour bubbles formed on the wall and participates in the evaporation 
and quenching heat transfer. Fraction A1 is the remaining part of the wall surface, (A1=1−A2) and 
participates in the convective heat transfer to the liquid. A1 and A2 are related to the nucleation site 
density per unit wall area (nsite) and to the influence area of a single bubble forming at the wall 
nucleation site. The Kurul-Podowski model assumes, that the diameter of the bubble influence zone is 
twice as big as the bubble departure diameter (a = 2)  

( ) 21
2

2 1,
4

AAnDaA sitedep −=⋅⋅= π                   (15) 

Evaporation Heat Flux: 
The evaporation heat flux is obtained from the rate of vapor generation at the wall which is given as a 
product of mass of a bubble at detachment, the detachment (departure) frequency and the nucleation 
site density, 

sitedepG
dep

e nf
D

m ρ
π

6

3

=&                     (16) 

lghmq ee &=                                          (17) 

The specification of evaporation heat flux using above equation requires closure for bubble departure 
diameter, bubble departure frequency and the site density. The default available model in CFX uses 
following closure relations: 
The bubble departure diameter is given by the empirical correlation of Tolubinsky and Kostanchuk 
(1970), the Nucleation Site Density is obtained using the correlations of Lemmart and Chawla (1977) 
and the departure frequency is closed using the simplest available expression (Cole, 1960), which uses 
a characteristic bubble velocity (terminal velocity of bubble rise) and a characteristic bubble size 
(departure diameter). 
The frequency of bubble departure obtained by Cole (1960) was derived under the assumption of 
bubble moving with terminal velocity once detached from the surface. This is a fair assumption for 
pool boiling scenario at low heat fluxes where bubble detachment is hydrodynamically governed, but 
may not be accurate for flow boiling at high heat fluxes where the thermodynamics governs the 
bubble growth and detachment. The CFX default closure relations are given below: 

( )( )refliqsatrefdep TTTDD −−= exp , KTmmD refref  45   , 6.0 ==                 (18) 
805.1)/)(( refsatwallrefsite TTTnn ∆−= KTmn refref  10   , 109384.7 25 =∆×= −               (19) 

liqdep
dep D

g
f

ρ
ρ

3

4 ∆=                      (20) 

Quenching Heat Flux: 
As mentioned previously, the quenching heat flux is the component of wall heat flux utilized to heat 
the cold liquid replacing the detached bubble adjacent to the heated wall. In order to evaluate this 
component, Mikic and Rohsenow (1969) used an analytical approach starting with transient 
conduction in semi-infinite medium with heated wall being the only boundary where temperature is 
specified. 
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Kurul and Podowski (1991) made an assumption that quenching occurs between detachment of one 
bubble and appearance of next bubble (nucleation), and this time was assumed to be 80% of the 
detachment period. The final form of quenching heat transfer closure of Kurul-Podowski model is as 
follows: 
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( )∞−= TThAq wqq 2
                     (23) 

Single Phase Convection Heat Flux: 
This is evaluated under the standard assumption of a logarithmic temperature profile across the 
turbulent boundary layer (Kader (1981), ANSYS CFX Solver Theory Guide (2006)). 
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(25) 
where, ∆y is the distance of the wall adjacent node from the wall, kl is the liquid turbulence kinetic 
energy. In the above equation β is a function of liquid Prandtl number and Γ is a function of 

*y (ANSYS CFX Solver Theory Guide (2006)). 
The convective heat flux component through the liquid area fraction is thus given as, 
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ρ

                  (26) 

It should be noted here that all the wall heat flux model correlations above use a liquid temperature 
(Tliq). The single phase heat transfer correlation above uses the wall adjacent node temperature. 
However, in the quenching heat transfer correlation which was based on a one-dimensional model, the 
liquid temperature refers to the bulk mean temperature. As a good estimate, CFX approximates this 
temperature with the temperature at a fixed y* (250). This is done in order to have a mesh size 
independent evaluation of wall heat flux partitions. 
 
Review of the Bubble Departure Frequency and Nucleation Site Density models: 
Situ et al. (2008) recently reviewed all the available departure frequency models and proposed a 
correlation for bubble departure frequency based on experimental data of subcooled boiling flow for 
wide ranges of pressure and heat flux (Basu et al. (2005), Thorncroft et al. (1998) and Situ (2004)). 
The departure frequency was correlated to the boiling heat flux as follows:   

634.07.10 qNBfd NN =                       (27) 

Nfd is a non-dimensional representation of frequency:  
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where, αLiq is the liquid thermal diffusivity. 
NqNB is the dimensionless nucleate boiling heat flux obtained from Chen’s correlation. 
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( ) ( )satw TpTpp −=∆                           (32) 

S is a suppression factor which is described in detail in the next section on site density (equation 
(41)). 
However, when the frequency data of Thorncroft et al. (1998), Basu et al. (2005) and Situ (2004) was 
compared with the prediction of Situ et al.’s correlation and Cole’s model, the accuracy of the models 
was found comparable as shown in the figure below (Fig. 1 (a) and (b)).  
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Fig. 1: Comparison of the bubble departure frequency models 

 
The data scatter has been contained by the dotted lines in the figures above which are spaced by an 
order of magnitude from the correlation.  The data scatter about the prediction is comparable and 
hence selection of the Cole’s model (default CFX model) was reasonable for the present problem.  
 
A correlation for the nucleation site density has been proposed by Hibiki and Ishii (2003) which is 
valid over 1-198 bar and for most practical combinations of fluid and surface material (e.g., Water-
Stainless steel, Water-Copper, Water-Zr-4, R113-Nichrome etc.). This correlation is essentially an 
improvement of the previously established correlation of Kocamustaffaogullari and Ishii (1983) 
validated against water data for 0-50 bar. The Kocamustaffaogullari-Ishii (K-I) correlation relates the 
site density to the wall superheat as follows: 

( )*4.4** ρfRn csite

−= ,                         (33) 

where, 
2*
depsitesite Dnn =                      (34) 

)2//(*
depCc DRR =                             (35) 

 
Rc is the critical radius of the surface cavity which represents a minimum cavity size which can be 
activated at a given wall superheat. Rc is given as, 
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Under the following conditions: 
( ) 1/)(, <<−<< satgsatgfglg TRTTThρρ ,                (37) 

Rc can be simplified as, 
( )esatfggsatC ThTR ,/2 ∆= ρσ .                      (38) 

The density dependent parameter in equation (33) is given as, 

( ) ( ) ( ) gglf ρρρρρρρ −=+×= −− *13.4*2.3*7* ,0049.0110157.2             (39) 

The effective wall superheat in equation (36) is usually less than the actual wall superheat. The reason 
for this is as follows. A bubble nucleated at the wall grows through a liquid film adjacent to the wall 
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where a considerably high temperature gradient exists. So, in reality, it experiences a lower mean 
superheat than the wall superheat. In case of pool boiling, the difference is not significant and the 
superheat based on the wall temperature can be taken as the effective superheat. In case of forced 
convective boiling, there exists a steeper temperature gradient in the near wall field due to thermal 
boundary layer. Hence, the effective superheat experienced by the bubble is smaller than the actual 
wall superheat and it is given as, 

satesat TST ∆=∆ ,
where, 

satwsat TTT −=∆                  (40) 

The multiplier S in the above equation is the superheat suppression factor and is given as (Chen, 
1966), 
 ( )TPS Re105.111 5−×+=                      (41) 
The two-phase Reynolds number is given as, 

( )[ ] 25.1/1Re FdxG lhTP µ−=                     (42) 
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The Martinelli parameter can be approximated as, 
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Thus, equations (33)-(44) represent the complete model of Kocamustafaogullari-Ishii (1983), which 
has been incorporated in CFX-12 for the present study. 

2.4 Turbulence Transport 

The closure for the Reynolds stresses in equation (2) is based on the two-phase k-ε model developed 
by Lopez de Bertodano et al. (1994). This model assumes that the shear induced and bubble induced 
turbulent stresses are added together: 

( ) ( )Re Re Re

k k kSI BI
τ τ τ= +                     (45) 

The resulting expression for the diffusivity of momentum (effective viscosity) of the liquid phase is: 

RbDBt DC
k

C υα
ε

ν µ +=
2

1
                              (46) 

where, the first term on the RHS corresponds to the k-ε model for the shear induced turbulence 
viscosity and the second term corresponds to Sato’s model (1981) for the bubble induced turbulence 
viscosity. The coefficient Cµ = 0.09 is the standard value according to the k-ε model. A value of 0.6 is 
recommended for CDB. It is important to note that the k-ε model transport equations for the liquid 
phase are solved together with the continuity and momentum equations (Eqs. (1) and (2)). The 
standard coefficients of the k-ε model are left untouched. 
Standard Wall Functions (Launder and Spalding (1974)) are used to model turbulence quantities near 
the wall which avoids need to resolve the complete boundary layer. Turbulence kinetic energy 
dissipation rate (epsilon) is specified using an algebraic closure assuming turbulence production due 
to shear is balanced by dissipation. Shear stress at the wall is connected to the velocity in the fully 
turbulent boundary layer (computational node next to the wall) using a logarithmic law of wall which 
is described in detail later. 
This completes the description of the two-fluid model and all the closure relations used in the present 
study. The results of the comparison of two previously mentioned nucleation site density model are 
discussed in the subsequent section. The results reported here are restricted to the prediction of vapor 
void fraction distribution which of primary interest in this study. 
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3.  RESULTS 

3.1 Validation of the Heat and Mass Transfer Models 

3.1.1 Subcooled boiling of R12 at 15-27 bar (Morel et al (2003)) 

Morel et al. (2003) performed subcooled boiling experiments in a vertical pipe of 19.2 mm internal 
diameter and a length of 5 m. The pipe had a heated section of 3.5 m preceded by and followed by 
unheated lengths of 1 m and 0.5 m respectively. The input parameters for the four tests reported were 
as summarized in Table 1. The liquid-vapor density ratio in these experiments corresponds to that for 
water-steam at 95-150 bar. Dual sensor fiber optics probes were used to measure void fraction. An 
experimental error of ±0.02 was reported in the void fraction measurements. 

Table 1: Simulation input parameters for tests tp1 and tp6 

Parameter Test1 (Deb5) Test2 (Deb6) Test3 (Deb13) Test4 (Deb10) 

Mass Flux (kg/m2) 1986 1984.9 2980.9 2027.0 
Pressure (bar) 26.15 26.15 26.17 14.59 
Inlet Subcooling (oC) 18.12 16.11 18.12 23.24 
Heat flux (W/m2) 73.89 73.89 109.42 76.24 

A 2° wedge of the pipe is used as the domain. The mesh had 20 radial and 250 axial uniformly spaced 
elements. Fig. 2 shows the domain and cross-section of the mesh used. 

 

Fig. 2: Domain and Radial Mesh for R12 boiling simulation case 

 
All the data sets include radial profiles of bubble diameter. Note that with Freon at these test 
pressures, the surface tension is of the order of 0.001 N/m which results into very small bubble sizes 
(i.e., 0.5 mm). For the CFD calculations the mean of the radial profile value is used for the bubble 
diameter in the bulk, whereas, the value at the wall is used as the departure bubble size (Fig. 3). An 
experimental error of ±12% was reported in the bubble diameter measurements. It was found during 
all the cases that a better match with experimental data is obtained with the coefficient of the turbulent 
diffusion force CTD = 0.5 instead of the value obtained for adiabatic air water flows, CTD = 0.25. This 
change may be attributed to bubble diameters in these cases which are one order of magnitude smaller 
than that in atmospheric air-water systems (Prabhudharwadkar et al., 2009). Therefore there are more 
interactions of the bubbles with smaller turbulent eddies. 
 
Fig. 4 shows the mesh sensitivity results for Test 1 with three meshes including half and double the 
mesh size of the mesh size stated above. Simulations were performed using the Kocamustafaogullari-
Ishii model for site density (termed as K-I Model hereafter). The mesh size dependent uncertainty in 
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the numerical solution was found to be lesser than the uncertainty in the measured data at the chosen 
mesh with 20x250 elements. 
 

  

  

Fig.3: Bubble diameter approximation for the simulations

 
 

0

0.1

0.2

0.3

0.4

0.5

0.6

0 0.002 0.004 0.006 0.008 0.01

V
o

id
 F

ra
ct

io
n

r (m)

P = 26.15 bar, q" = 73.89 kW/m2, G = 1986 kg/m2 s, 

dTsub = 18.12 oC, Db = 0.452 mm, Ddep = 0.235 mm

Experiment (Morel et al. (2003))

10 x 125 Elements

20 x 250 Elements

40 x 500 Elements

 
 
Fig. 4: Comparison of the mesh size dependent uncertainty in solution with the experimental data 
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Fig. 5 shows the prediction of radial variation of void fraction obtained using two different site 
density models. The Lemmart-Chawla (1977) correlation which is used in the Kurul-Podowski model 
was found to under-estimate the void fraction in all the cases. K-I model predicted the data well in all 
the cases. The prediction however deteriorated at low pressure data (P = 14.59 bar) and this needs 
further investigation. 

 

   

  

Fig. 5: Void Fraction prediction using the two Nucleation Site Density models 

 
 

Fig. 6 shows the prediction of radial variation of interfacial area concentration (IAC) obtained using 
two different site density models. It can be seen that the IAC prediction is better with K-I site density 
model. However, the IAC prediction near the wall is not as accurate as that towards the pipe centre 
because of assumption of constant bubble size in the entire pipe. The rapid change in IAC near the 
wall is due to coalescence of smaller nucleated bubbles (Fig. 3) and it can be predicted using a more 
sophisticated approach like the one group interfacial area transport equation with a bubble 
coalescence model and this research is currently underway. 
 
Fig. 7 shows the prediction of radial variation of liquid temperature obtained using two different site 
density models for the two test cases for which liquid temperature is reported in the reference. 
Lemmart-Chawla model over predicts liquid temperature near the wall and the wall superheat whereas 
the K-I model predicts it well near the wall with an under-prediction in wall superheat but closer 
prediction than the Lemmart-Chawla model. 
 
Overall, the K-I site density model produces better results than Lemmart-Chawla model. 
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Fig. 6: Interfacial area concentration prediction using the two Nucleation Site Density models 
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Fig. 7: Liquid temperature prediction using the two Nucleation Site Density models 
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3.1.2 Subcooled Boiling of R113 at 2.69 bar in an Annulus (Roy et al (2002)) 

Roy et al. (2002) performed subcooled boiling experiments in a vertical annulus of 15.78 mm internal 
diameter and 38.02 mm outer diameter. The total length of the channel was 3.66 m of which the initial 
0.91 m was unheated (adiabatic). The pipe had a heated section of 2.75 m. Six experiments were 
reported (designated as tp1-tp6) and two of them (having minimum and maximum mass flux, tp1 and 
tp6) have been selected for simulation purpose here. Radial Profiles of Void Fraction were measured 
with a dual-sensor fiber-optic probe. An experimental error of ±2% was reported in the void fraction 
measurements. The input data for the two representative cases is stated in Table 2: 

Table 2: Simulation input parameters for tests tp1 and tp6 

Parameter tp1 tp6 

Mass Flux (kg/m2) 568 784 
Pressure (bar) 2.69 2.69 
Inlet Subcooling (oC) 42.7 50.2 
Inner wall heat flux (W/m2) 95000 116000 

 
Similar to previous problem, a 2° section of the annulus is used as the domain. The mesh had 25 radial 
and 266 axial uniformly spaced elements. Fig. 8 shows the domain and cross-section of the mesh used. 

 

 
Fig. 8: Mesh cross-section for R-113 simulations 

 
These experiments had a characteristic near wall boundary layer of vapor (boiling layer) and the bulk 
of the pipe (more than 50%) had only liquid. Bubble diameter was reported for the test tp6. As the 
pressure was same in all the experiments and the range of other parameters was also narrow, same 
values were used for the other simulated case (tp1). The bubble diameter profile is shown below in 
Fig. 9. 

 

Fig. 9: Bubble diameter for case tp6 

For the simulations, the bulk bubble diameter was assumed to be 1 mm and the departure bubble 
diameter 0.6 mm arrived at from the “most probable” diameter values reported in the experiments 
(Fig. 9). Simulations were also done with the Sauter mean diameter values in the bulk and at the wall; 
however the predictions with most probable values matched the data well. As stated earlier, the 
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simulations were performed with the K-I site density model only since this data set is in the pressure 
range for which the K-I model is already found to be best suited through previous benchmark 
problems. The void fraction prediction for the two cases is shown below in Fig. 10. 
The width of the boiling layer was well predicted with the most probable bubble sizes; however the 
near wall void fraction was under-predicted in both the cases.  
 

  
 

Fig. 10: Void fraction distribution prediction for tp1 and tp6 with most probable and mean diameter 
values 

 

3.2 Two-phase wall function implementation 

The velocity profile in the turbulent boundary layer next to the wall follows a logarithmic profile as 
given below: 

( ) CyU += ++ log
1

κ
                                      (47) 

where,    
ρ

τ
ν τ
τ

τ

wu
yu

y
u

U
U === ++ ,,                     (48) 

κ is the von Karman constant (= 0.41) and C is a log-layer constant (= 5.2). U is the velocity 
component tangential to the wall and y is the distance normal to the wall. 
The above definitions are in context of single phase flow. Marie et al. (1997) performed experiments 
where a flat plate was placed parallel to bubbly air-water flow. Void fractions and velocity profiles 
were measured in the boundary layer next to the wall for different inlet concentrations of the air. It 
was found that the velocity profile still follows a logarithmic law-of-the-wall but with a modified 
slope and log layer constant. When the streamwise momentum equation for liquid phase was 
integrated through the fully developed two-phase boundary layer, following equation was obtained: 

( ) ( ) BLLLL
L

L yguu
y

U
∞−−=







 −
∂

∂− ααυνα τ
*2

,1                  (49) 

where, LLu υ is the turbulent shear stress (Reynolds stress), *α  is the average void fraction in the 

boundary layer and ∞α is the average void fraction in the free stream. yBL is the boundary layer 
thickness. The second term on the right side of the above equation represents the buoyancy due to 
presence of dispersed phase. Neglecting the viscous stresses, the above equation can be simplified for 
dilute dispersed flows as, 

( ) 2**2
, ττ ααυ uyguu BLLLL =−−≈ ∞                   (50) 

The two-phase log layer equation proposed by Marie et al. (1997) uses *τu as the velocity scale instead 

of τu in equations (47-48). When this velocity scale was used for the law of the wall it was found that 
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the log layer profiles for all the inlet void fraction were parallel and the log layer coefficient C 
increased with the inlet void fraction. Fig. 11 below shows the results obtained by Marie et al (1997) 
for different inlet void fractions after using a modified velocity scale. 
 

 

Fig.11: Log layer velocity profiles measured by Marie et al. (1997) for different air void fractions 

 
The log layer constant for two-phase mixture, C*, was related to the single phase C with the following 
relation. 

βκβ log)/1()1/1(0* −−+= +yCC                   (51) 

*
τ

τβ
u

u=                          (52) 

+0y represents the edge of the laminar sub-layer which is usually about 11. 

Based on the above model, the log layer coefficients were modified in the CFD code CFX and 
turbulence quantities were compared with single phase and two phase law of the wall. The above 
mentioned experimental benchmark of Roy et al (2002) included measurements for turbulence kinetic 
energy and Reynolds stress. A single phase case was first tried to validate the single phase wall 
function included in the CFD code CFX. Fig. 12 shows turbulence kinetic energy and Fig. 13 shows 
the turbulent shear stress profile for a single phase experiment reported by Roy et al (test sp1: Mass 
Flux  = 568 kg/m2, Pressure = 2.69 bar, Inlet Temperature = 315.85 K, Wall Heat Flux  = 16 kW/m2). 
The results were satisfactory confirming adequacy of the mesh size and model accuracy for the 
prediction of near wall turbulence quantities.  
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Fig. 12: Turbulence kinetic energy prediction 
for single phase case 

 

Fig. 13: Reynolds stress prediction for single 
phase case 
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The two phase log law coefficients were then implemented in CFX to compare the effective 
turbulence kinetic energy and turbulent stress. The effective turbulence kinetic energy superposes the 
shear induced and bubble induced components as follows: 

2

,,, 4
1

; RBIBILSILeffL kkkk υα=+=                    (53) 

Significant improvement was noticed in the prediction of the turbulence kinetic energy (Fig. 14) for 
both the previously reported cases especially near the boiling boundary layer edge where a single 
phase wall function showed a characteristic dip.  
The Reynolds stress (obtained using equations (45-46)) was found to be more accurate with the 
modified wall law coefficients (Fig. 15). 
 

 

Fig. 14: Turbulence kinetic energy prediction for wall-boiling cases tp1 and tp6 of Roy et al. (2002) 

 

 

Fig. 15: Reynolds Stress prediction for wall-boiling cases tp1 and tp6 of Roy et al. (2002) 
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4. CONCLUSIONS 

1. The heat flux splitting model for wall-boiling flows was validated using data sets where bubble 
diameters were known. 

2. The nucleation site density model by Kocamustaffaogullari and Ishii (1983) in combination with 
the Bubble Departure Frequency model of Cole (1960) results in the best prediction of the data. 

3. Predictions were found to deteriorate at lower pressures of the R12 data; however the results were 
still satisfactory. 

4. Use of a modified log law coefficients based on the approach of Marie et al. (1997) improved 
prediction of the turbulence quantities near the wall.  
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Abstract  
In order to enhance the prediction capability of subcooled boiling flows, an advanced wall boiling 
model and mechanistic bubbles size model were examined using a CFD (Computational Fluid 
Dynamics) code. The advanced wall boiling model consists of a mechanistic bubble departure size 
model (Klausner et al., 1993), Hibiki et al.’s (2009) active nucleate site density model and Cole’s 
(1960) bubble departure frequency model. To ensure a wide range applicability of the advanced wall 
boiling model, each sub-model was evaluated separately over a wide range of flow conditions in 
pressure, temperature and flow rate. Finally, the advanced wall boiling model was implemented into 
the commercial CFD code STAR-CD via user FORTRAN files.  
For an accurate prediction of bubble size which governs interfacial transfer terms between the two 
phases, the Sγ model (Lo et al., 2009) was also applied. 
The benchmark calculation against the DEBORA subcooled boiling data confirms that the new 
mechanistic wall boiling and bubble size models follow well the tendency on the change of flow 
conditions and are applicable to the wide range of flow conditions that are expected in the nominal and 
postulated accidental conditions of a nuclear power plant. 

1.   INTRODUCTION  
Accurate simulation of subcooled boiling flow is essential for the operation and safety of nuclear 
power plants (NPP). Recently, there are two new examples for such simulations in the Korean nuclear 
industry. One is a subcooled boiling phenomena on the top of nuclear fuel rods, which governs boron 
deposition on the surface of nuclear fuel rods during the normal operation of a PWR (Pressurized 
Water Reactor). The other is a downcomer boiling phenomena which results in a reduction of the 
reflood flow rate for the core cooling during a postulated large break loss of coolant accident 
(LBLOCA) of ARP1400. (Yun, 2006, Song, 2007).  
However, it has been revealed that most of the 1D safety analysis codes for NPP have an inherent 
weakness in the prediction of subcooled boiling phenomena in which multi-dimensional flow 
behaviour is expected. Moreover, the need for a multi-dimensional analysis tool for the thermal-
hydraulics in nuclear reactor components is further increased with the adoption of advanced safety 
design features such as a passive decay heat removal system in which two-phase natural convection 
occurs.   
In recent years, the use of computational fluid dynamics (CFD) codes has been extended to the 
analysis of multi-dimensional two-phase flow to overcome the weakness of 1D analysis code. Among 
the applications of CFD code for the NPP analysis, the first target was selected as a mechanistic 
prediction of DNB (Departure from Nucleate Boiling) in PWR (Bestion et al, 2009). In DNB-type 
CHF (Critical Heat Flux), the expected flow regime is bubbly or churn turbulent flow in the high mass 
flux and high heat flux condition and thus subcooled boiling is also one of the key phenomena for the 
precise prediction of DNB.  
Recently, many investigators such as Koncar et al. (2002, 2007), Yeoh et al. (2005) and Bae et al. 
(2010) tried to improve subcooled boiling models for CFD codes.  
In this paper, an advanced wall boiling model and a mechanistic bubbles size model were  examined in 
a CFD code with the objective of enhancing the prediction capability of subcooled boiling flows. The 
models were applied in the STAR-CD 4.12 software. Benchmark calculation against experimental data 
shows that the two models are promising for the better prediction of subcooled boiling flows. 
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2.   ADVANCED SUBCOOLED BOILING MODEL  

Most of the CFD codes adopted Eulerian multiphase flow approach based on the two-fluid model for 
the prediction of two phase flows. In these codes, instantaneous time averaged equations for the 
conservation of mass, momentum and energy are solved for each phase. However, constitutive models 
are required in solving of these equations such that the prediction results depend directly on the 
performance of these constitutive models. In the present work, new constitutive models were provided 
to improve a prediction capability of subcooled boiling flows.  

2.1 Wall Boiling Model 

At a heated wall, boiling occurs when the wall temperature exceeds the saturation temperature of 
liquid. In this flow condition, the bubble generation rate is determined by the wall heat partitioning 
model as follows,  

eQlw qqqq ++=                                                                                                   (1) 
where, qw is total heat flux from wall, ql is the single phase convection heat flux that takes place 
outside the influence area of the nucleation bubbles, qQ is quenching heat flux within the bubble 
influence area and qe is evaporation heat flux at the heated wall. The bubble influence area Ae is 
defined by, 

"
2

4
N

d
FA d

Ae

π
=                                                                                               (2) 

where, FA ,dd, N” are model constant, bubble departure size and active nucleation site density, 
respectively.  

As shown in equation (1), the evaporation heat flux is one of the key parameters to be modelled for an 
accurate prediction of subcooled boiling flows. The modelling of evaporation heat flux in conventional 
CFD codes is expressed as follows, 

"
3
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fNh

d
q fgg

d
e ρπ

=                                                        ( 3 ) 

where, ρg is steam density, hfg is latent heat and f is  bubble departure frequency.  
In most commercial CFD codes, Tolubinsky (1970) bubble departure size model, Kurul & Podowski 
(1990) active nucleation site density model and Cole’s (1960) bubble departure frequency model were 
adopted as a basic wall boiling model. These models have very simple forms and they do not reflect 
properly their dependency on the flow, pressure and fluid properties. In this paper, an advanced wall 
boiling model is proposed to improve the subcooled boiling model in CFD codes. 

Bubble departure size model 

Klausner et al. (1993) proposed a mechanistic force balance model for the prediction of both bubble 
departure and lift-off sizes in the nucleate boiling condition of refrigerant R113. They applied the 
model successfully in the various flow conditions in both horizontal and vertical channels under pool 
and flow boiling. Later, many investigators also tried to improve the model to achieve a general 
applicability for flow direction and fluids. Zeng et al. (1993a,b) applied the model for both horizontal 
and vertical channels under pool and flow boiling whereas Situ (2005) and Yeoh et al. (2005) 
extended its application to steam-water boiling flow condition.  
In the present work, Klausner’s force balance model was adopted to replace the Tolubinsky bubble 
departure model (1970). The force balance model is applied in the flow and lateral directions as 
follows (See Fig.1), 

 
cphsLduxsxx FFFFFF ++++=∑                                                                                                                     (4) 

bqsduysyy FFFFF +++=∑                                                                                                                            (5) 
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Fig.1 : Forces acting on the growing bubble from boiling site  

 
where, sF is the surface tension force, duF the unsteady drag force due to asymmetrical growth of a 
stationary bubble,

sLF  the shear lift force, hF  the force due to hydrodynamics pressure, cpF  the contact 
pressure force accounting for the bubble being in contact with a solid rather than being surrounded by 
liquid, qsF  the quasi-steady drag force in the flow direction, bF the buoyancy force, α  the advancing 
contact angle and β  the receding contact angle.  
Bubble departure occurs when the detaching forces exceed the attaching forces in either eq. (4) or (5), 
thus the bubble departure is determined when eq. (4) or (5) is violated. 
For the prediction of bubble departure size using eqs. (4)  and (5), each force term must be modelled. 
Basically, we followed the original modelling for the forces proposed by Klausner et al. (1993), 
however, some of their modeling and coefficients were improved and adjusted, respectively. The 
detailed modelling of each force is summarized in the Table 1.  
In the original formulation of the unsteady drag force duF , the bubble condensation around the growing 
bubble was not considered. It is valid if the liquid temperature reaches to a saturation state, however if 
the liquid subcooling is maintained around the growing bubble, then bubble condensation is 
unavoidable. In the present work, a bubble condensation model was introduced into the modeling of 

duF to take into account of liquid subcooling effect on the top half of a growing bubble. In addition to 
this, the coefficient b for the force is changed from 1.76 to 1.56 by following Zuber et al. (1961). The 
other improvement was for the bubble foot diameter which is required for the calculation of forces. 
Klausner et al. recommended a constant bubble foot diameter, )09.0( mmdw = , based on their R113 data. 
However, it may not be valid in high pressure steam/water flows in which a smaller bubble foot 
diameter is expected. Moreover, the predicted departure bubble size is strongly dependent on the value 
of wd . To overcome these problems, 

wd  is determined iteratively by introducing a constant fraction 
factor against growing bubble size 

bd , that is, 15/1/ =bw dd . 
To explore and confirm the validity and applicability of the present force balance model, it was 
evaluated systematically over a wide range of pressure, temperature and flow rate (Yun et al., 2010).  
The study confirms that the present force balance model can follow well the tendency over the range 
of flow conditions studied. 

Active nucleation site density model  

For the improvement of the active nucleation site density model, Hibiki et al.’s (2009) model was 
adopted in the new advanced wall boiling model. Characteristics of the Hibiki et al. model is that 1) it 
considers a boundary condition for a wall superheating, and 2) it is validated against a great number of 
experimental data. Hence it guarantees a wide range applicability for the mass flow, pressure and 
contact angle. Hibiki et al.’s correlation is expressed as follows, 
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Table 1:  Summary of Modelling of Forces for Force Balance Model 

 
 

⎥
⎦

⎤
⎢
⎣

⎡
−

⎭
⎬
⎫

⎩
⎨
⎧

⎭
⎬
⎫

⎩
⎨
⎧

−−= + 1)(exp)
8

exp(1
'

2

2

c
nn R

fNN
λρ

μ
θ                                                                                              (6) 

 
where, θ  is the contact angle, 722.0=μ , 51072.4 ×=nN sites/m2, 6' 1050.2 −×=λ  m. 

cR  is a critical 
cavity radius given as, 
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where, σ is surface tension, ρf is steam density, Pf  is the  liquid pressure R is the gas constant based on 
the molecular weight of fluid.   
 
The )( +ρf in eq. (6) is a function to consider the pressure effect on the active nucleation site density 
and given as, 

32 05468.022712.04824.001064.0)( ++++ +−+−= ρρρρf                                                                      (8) 

where, )log( *ρρ =+ , 
gρρρ /* Δ=  

Hibiki et al.’s model is applicable in the range of  0.0~886 kg/m2sec for mass flux, 0.101~ 19.8 MPa 
for pressure, 5~90o for contact angle and 1x104~1.1x1010 sites/m2 for active nucleation site density.  
For the calculation of

cR  in eq. (6), superheated liquid temperature 
gT near the heated wall is required. 

However, this temperature is not available in conventional CFD calculation, hence 
gT is assumed to be 

the surface temperature at the heated wall, 
wT in the present work. 

Recently, Sakashita  (2009) conducted an experimental work for the active nucleation site density in 
the range of  3.66~ 5 MPa for pressure and 0.05~0.35  MW/m2 for heat flux and confirmed that Hibiki 
et al.’s model can predict their experimental data with 54% of average r.m.s. error.  
Separate evaluation revealed that the active nucleation site density predicted by Hibiki et al.’s model is 
smaller than that of Kurul & Podowski’s (1990) in the pressure range of 1~4 bars but becomes larger 
rapidly as the pressure increases. Finally, it becomes several orders of magnitude larger than the Kurul 
& Podowski’s model in the operating pressure condition of a conventional NPP (Yun et al., 2010). 
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2.2 Velocity Wall Function for Boiling Two-phase Flow 

It is known that conventional CFD codes over-predict both liquid and bubble velocity near the boiling 
wall. It is mainly caused by the fact that typical CFD codes adopted a single phase wall function for 
the liquid velocity near the heated wall even in subcooled boiling flows. Actually, the liquid velocity 
profile near the heated wall is far from the single phase flow because the growing and detaching 
bubbles disturb significantly the flow field in the sublayer. Recently, Koncar et al. (2007, 2008) 
applied two-phase velocity wall function by following Ramstorfer et al. (2005). Bae et al. (2010) also 
tried to overcome this problem by implementing Kataoka et al.’s (1997) boiling induced turbulence 
model into the turbulent viscosity term as well as ε−k  turbulence model. Both approaches showed 
clearly that the two-phase turbulence model should be improved to account for the boiling induced 
turbulence near the heated wall. 

In the present work, a new velocity wall function is proposed by introducing a polynomial fitting 
equation for rough wall found in the text book  of Duncan (1972) ,   

 

                                                                                                                                                              (9) 

where, 

xx yuy μρ τ /=+ , glx ,=  

 

 

 

 

 
Here, 4.0=κ  and +

cry is set to 11.3.  The roughness height rk for the boiling wall is obtained from 
Koncar et al. (2007) as follows, 
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The empirical coefficients η  and ς are set to 1.0 and 0.5, respectively in the present study. The bubble 
diameter d in eq. (10) is obtained at 80=+y  by linear interpolation between the bubble departure 
diameter at the heated wall and the calculated bubble size at the first grid cell to remove any grid size 
effect. 
Eq. (9) is applied to both steam and liquid phases to provide boundary condition for the force balance 
bubble departure size, ε−k  and wall heat transfer models.  

3. MECHANISTIC BUBBLE SIZE MODEL 

Interfacial transfer terms are functions of interfacial area concentration.  In boiling flow calculations 
most CFD codes including STAR-CD use a linear interpolation between bubble diameters at two 
specified values of liquid subcooling for the bubble size according to Kurul & Podowski (1990). 
However, it was revealed that this method cannot predict well the bubble size and its distribution in 
subcooled boiling flows in which multi-dimensional flow behaviour is dominant (Koncar, 2002). To 
predict accurately the bubble size distribution, mechanistic modelling approach such as interfacial area 
concentration or bubble number density transport equation is needed. Ishii (1990) proposed the 
concept of interfacial area transport equation (Ishii et al. 2005). Lo (1996) proposed population 
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balance equations for the CFD code to take into account of non-uniform bubble size distribution in the 
two-phase flows. Recently, Yao et al. (2004) and Yeoh (2005) also applied an interfacial area transport 
equation and bubble number density transport equations, respectively, into CFD codes for the 
prediction of subcooled boiling flows. More recently, Lo (2007) applied generalized Sγ  equations for 
the prediction of droplet size in the oil/water flow. Later, it was extended to the air/water flows (Lo, 
2009) even though source and sink terms for the Sγ   have the same functional forms as those for 
droplet flows. In the present work, Sγ  model was applied for the prediction of bubble size in the 
subcooled boiling flows. However, model coefficients for breakup and coalescence are re-obtained for 
the subcooled boiling flows in the present work. 
Sγ  is defined as a generalized parameter for the size distribution of bubble/droplet as follows, 

  (11) 

where, Mr is the moment of the size distribution, d the bubble/droplet size. P(d) is the bubble/droplet 
size distribution. 
Here, the zeroth-moment of the distribution is the number density of the bubble/droplet, n = S0. The 
first-moment, S1, is related to the mean diameter dm (=S1/n), the second-moment, S2, is related to the 
interfacial area density ai (=πS2) and the third-moment, S3, is related to the void fraction α (=πS3/6). 
From these relations, the Sauter mean diameter can be calculated as follows, 

22

3
32
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ddsm π
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===                                                                                                                 (12) 

Here, P(d) is assumed to be a log-normal distribution. And, it requires S1 and S2 for the determination 
of distribution width (Kamp et al., 2001) and thus both moments S1 and S2 are solved in the present 
work. 
The transport equation for the generalized Sγ  is expressed as follows,  

 boilmassclbrd ssssuS
t

S
+++=⋅∇+

∂
∂

)( γ
γ                                                                                     (13) 

where, ud is bubble/droplet velocity, sbr, scl, smass, sboil are sources terms for breakup, coalescence, mass 
transfer and boiling, respectively.   
Bubble/droplet breakup occurs due to rotational or elongation of fluid arisen by shear flow and also 
deformation of droplet/bubble caused by shear flow. The source term sbr for the bubble/droplet 
breakup is expressed as follows,  

∫
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where, )(dKbr  is the breakup rate of a bubble/droplet size having d,  )(dS br
γΔ   is the change in γS due 

to a single breakup event of a bubble/droplet size d. If binary breakup of a bubble/droplet with equal 
size fragments is assumed, then eq. (14) becomes,   
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where, )(dbrτ is breakup time. 
In the modelling of the breakup rate,  it is assumed that breakup occurs only if the bubble/droplet is 
larger than the critical diameter, dcr, i.e., the so-called maximum stable bubble diameter. Breakup 
consists of viscous breakup and inertial breakup models which is applied according to flow condition 
and droplet/bubble size. 

ibrbrbrbrbr sFsFs ,2,,1, += ν                                                                                                           (16) 

where, )8.0(),8.0( 2,1, == brbr FF are calibration coefficients determined from experimental data for 
viscous and inertial breakups, respectively. Viscous breakup is found in laminar flow and also in 
turbulent flows when the bubble/droplet is smaller than the Kolmogorov length scale Lk defined by, 
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Fig. 2 : Breakup Regime for Bubble/Droplet 

 
where νc is the continuous phase kinematic viscosity and ε is the continuous phase dissipation rate of 
turbulent kinetic energy. Larger bubbles/droplets are subjected to inertial breakup. The breakup regime 
is represented graphically in the Fig. 2. Detailed modelling for the viscous and inertial breakup is 
given by Lo et al. (2007, 2009) and summarized in the Table. 2.  

 
Table 2: Summary of Modelling for Breakup Source Term  
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Coalescence occurs due to the random collision of the bubbles/droplets. The source term scl for the 
bubble/droplet coalescence is expressed in general as follows, 

∫ ∫
∞ ∞

Δ=
0 0

2 )()(')'()',()',( dddPdddPnddSddKs cl
clcl γ                                                                          (18) 

where, )',( ddKcl  is coalescence rate of bubble/droplet sizes ',dd and )',( ddS cl
γΔ  is change in 

γS due to a single coalescence event of bubble/droplet sizes ',dd . Eq. (18) is simplified by 
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introducing assumptions that the volume of bubble/droplet is conserved during collision and the 
bubble size has a uniform distribution with an equivalent mean diameter eqd as follows,   

Table 3: Summary of Modelling for Coalescence Source Term  

Viscous Collision Inertial Collision 
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where, )1.1(=clF is the calibration coefficient, collk the collision rate coefficient, clP the coalescence 
probability of a single collision event. Each parameter is modelled according to the viscous and 
inertial collision regimes as summarized in the Table. 3. (See Lo et al., 2007, 2009)  
The source term smass for mass transfer due to evaporation and condensation in the main flow is given 
by 

mass
g

r
mass m

S

dt

dS
s &

αρ
γ γ

γ 3, ==                                                                                                                        (20) 

where, massm& is a mass transfer rate between the two phases.  
The source term sboil represents the generation of bubble at the wall due to boiling and  is given by 

e
g

w
boil m

D
s &

πρ

γ 36 −

=                                                                                                                            (21) 

 where, em& is the mass generation rate by evaporation at the heated wall. 

4. Benchmark Calculation and Result 

4.1 Experimental Data  
 
For the validation of the present advanced models, benchmark calculations were carried out against 
DEBORA experimental data (Garnier, 2001) by using STAR-CD 4.12. The test section is a vertical 
heated pipe of which the inner diameter is 19.2 mm. The total pipe length is 5m and it consists of three 
parts axially. The first part is an unheated section with a 1m length for the flow regulation at the inlet. 
The second part is a heated section with a 3.5m length for the simulation of wall boiling, and the third 
part located at the top region is an unheated section with a 0.5m length. The working fluid is R-12 and 
pressure of the experiment was in a range of 14.6~30 bars. The local two-phase flow parameters such 
as void fraction, bubble velocity, mean bubble diameter, liquid temperature and interfacial area 
concentration profiles were measured at the end of the heated section.  One of the characteristics of 
DEBORA test is that the phasic density ratio is equivalent to that of steam/water around 90~170 bars 
and thus it is expected to represent the qualitative bubble behaviours in the high pressure steam/water 
condition. A total of 13 data sets were taken from three open literatures (Yao et al., 2004, Seiler al., 
2008, Vyskocil et al., 2008) for the present benchmark calculation. The test cases are summarized in 
Table. 4.  
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Table 4: DEBORA Experimental Data and Their Experimental Conditions 

Case Name Pressure (bar) G (kg/m2/s) Tinlet(oC) Q(W/m2) Reference 
DEB5 26.15 1986 68.52 73890  

Yao et al. 
(2004) 

DEB6 26.15 1984.9 70.53 73890 
DEB10 14.59 2027.8 34.91 76240 
DEB13 26.17 2980.0 69.20 109420 

S1 14.59 2027 28.52 73161 Seiler et al. 
(2008) S4 26.15 1985 70.53 72722 

Case1 30.06 1006.8 52.97 58260  
 
 

Vyskocil et al. 
(2008) 

Case2 30.06 1007.4 58.39 58260 
Case3 30.06 999.5 63.43 58260 
Case4 30.08 1005 67.89 58260 
Case5 30.07 1004.8 70.14 58260 
Case6 30.07 1004.8 72.65 58260 
Case7 30.06 994.9 73.7 58260 

4.2 Model Setup for the Simulation  

Constitutive models such as interfacial drag, interfacial heat transfer, turbulence models, etc, should be 
provided for in the simulation of subcooled boiling flows by the Eulerian multiphase CFD codes. Most 
of these models have been already implemented into STAR-CD 4.12 and are selectable by the user. A 
detailed description of the basic models can be found in Lo (2005). In the present calculation, default 
turbulent dispersion force model (Gosman et al., 1992) with the value of 1 for the turbulent Prandtl 
number, Antal et al’s (1991) wall lubrication force with the coefficients  -0.0167 and 0.147 for CWo 
and  CW2, respectively, and constant lift force coefficients are applied. In addition to this, new models 
such as the Bozzano et al.’s (2001) interfacial drag model and Pfleger & Becker’s (2001) two-phase 
turbulent model for k-ε equations are implemented into the user FORTRAN file to replace the existing 
models. In the calculation, k-ε equations is solved only for the continuous phase and turbulent 
diffusivity of disperse phase is correlated with that of the continuous phase. 

4.3 Grid Sensitivity Study 

In the present work, 2D equidistant grids were used in the simulation of the DEBORA test. DEB5 was 
selected among the 13 cases of DEBORA tests for the grid sensitivity study. Effects of radial grid size 
were studied by using 10, 15, 20, 25 and 30 grid cells in the radial direction while the axial grid cells 
are kept constant at 100. Fig. 3 shows simulation results according to the radial grid size. Here, bubble 
size is calculated from the fitting correlation based on the measured data. As shown in the figure, the 
result of local void fraction is insensitive to the radial grid size. However, the 10-node case shows that 
the bubble velocity is slightly lower than the others. From these results, 20 nodes are selected as the 
radial grid size. The sensitivity on the axial grid number is also studied using 100 and 200 grids along 
axial direction with 20 radial nodes. Fig. 3 also shows that the simulation results are insensitive to the 
number of axial nodes. From this investigation, 20 x 100 grids in the radial and axial directions are 
chosen as the basic grid size for all of the calculation.  

 

Fig. 3 : Grid Size Study with Default Wall Boiling Model (DEB5)  
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4.4 Results and Discussion  

Calculations were performed according to 1) the default wall boiling model consisting of the  
Tolubinsky (1970) bubble departure size and Kurul & Podowski (1990) active nucleation site density 
models, 2) the advanced wall boiling model consisting of force balance bubble departure size and 
Hibiki et al.’s (2009) active nucleation site density models and 3) the advanced wall boiling model 
with the Sγ model. For the calculation of 1) and 2) above, a fitting equation for the bubble size 
obtained based on all of the DEBORA data is provided to eliminate its effect in the evaluation of wall 
boiling models. In the set up of coefficients for the wall boiling model, value for FA in eq. (2) is 
adjusted from 2 for default wall boiling model to 1 for the advanced wall boiling model. Here, velocity 
wall function for two-phase boiling flow described in section 2.2 was applied to all cases. A total of 13 
test cases listed in the Table 4 were simulated by following the strategy given above, however, 
calculation results for just three cases are compared in Fig. 4. 

The STAR-CD default wall boiling model predicted relatively higher local void fraction than the 
experimental data at all radial measurement locations of DEB5. Similar results are also shown in 
DEB6 case. The other 10 cases also showed that the default wall boiling model over-predicts slightly 
the local void fraction compared to the experimental data. In contrast, the advanced wall boiling model 
showed fairly good prediction results for all cases. In the calculation, the departure bubble size and 
active nucleation site density predicted by the advanced wall boiling model are at least ten times  

(a) DEB5 

(b) DEB10 

(c) Case 3 

Fig.4 : Simulation Results for  DEB5, DEB10 and Case3  
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smaller and several thousand times larger than those of the default wall boiling model. It is also worth 
noting that the two sub-models consisting of the advanced wall boiling model follows well the 
tendency on the flow condition, however the default wall boiling model results in the constant bubble 
departure size and active nucleation site density regardless of flow condition for all cases. 
As shown in Fig. 4, the bubble size predicted by fitting equation follows well the experimental data as 
it is expected. For more mechanistic bubble size prediction, S2 transport equation was solved with the 
advanced wall boiling model as expressed in equation (12) as well as S1 equation for the log-normal 
distribution of bubble size. Figure 4 shows that the bubble size and its profile predicted by the Sγ 
model follows well the experimental data. Similar results were also found in the other ten cases.  
The plots of liquid subcooling in Fig. 4 show that the default wall boiling model over-predicts liquid 
subcooling in the vicinity of the heated wall in case of DEB5, however the results from the advanced 
wall boiling model is improved.  
In the data of “CaseN” series listed in Table 4, local bubble velocity is available from certain 
experimental data. Among them, the data for Case3 is compared with the prediction results as shown 
in the Fig. 4. The figure shows that a peak in the bubble velocity profile is found near the wall in 
contrary to the experimental data even though the velocity wall function for two-phase flow is applied. 
Similar trend is also observed in the calculation for Case2, 4 and 7. However, in other cases, the peak 
is not found near the heated wall and the predicted bubble velocity follows fairly well the trend of the 
experimental data. Remarkably, calculations without the two-phase wall function always show a peak 
near the heated wall for all test cases. It indicates that the two-phase wall function can improve the 
two-phase turbulent modelling, however it is not yet general enough to cover all flow conditions. 
There is much room for improvement in two-phase turbulence models.     

5. CONCLUSIONS  

In the present paper, a new advanced wall boiling model which consists of Klausner et al.’s force 
balance model for bubble departure size and Hibiki et al.’s active nucleation site model is proposed for 
the improvement of subcooled boiling model in CFD codes. The assessment against DEBORA 
experimental data showed that the advanced wall boiling model gives better prediction capability than 
the standard wall boiling model found in commercial CFD codes including STAR-CD. The 
advantages of the present wall boiling model are 1) it follows well the tendency in the change of flow 
conditions 2) it can be applicable to a wide range of flow conditions including nominal and postulated 
accidental conditions of nuclear power plant.  
For the mechanistic prediction of bubble size, the Sγ model which was originally developed for the 
droplet flow was also applied in the subcooled boiling flow condition. The model coefficients for 
source and sink terms are readjusted based on the DEBORA experimental data. The benchmark 
calculation showed that the Sγ model can predict fairly well the DEBORA data. 
It is also found that the velocity wall function for two-phase boiling flows can improve the prediction 
capability of phase velocity, however it is not the complete solution to improve two-phase turbulent 
modelling and there is much room for improvement in the modelling of two-phase turbulence.     
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Extended Abstract 

 

Subcooled boiling is one of the crucial phenomena for the design, operation and safety analysis 

of a nuclear power plant. In recent years, developers of multiphase CFD (Computational Fluid 

Dynamics) codes focused their development activity on the mechanistic prediction of DNB 

(Departure from Nucleate Boiling) in PWR. Wall boiling model is one of the key parameters for 

this purpose. In order to enhance prediction capability of the subcooled boiling flow, an 

advanced wall boiling model consisting of a mechanistic bubble departure model (Klausner et 

al., 1993), Hibiki et al.’s (2009) active nucleate site model and Cole’s bubble departure 

frequency model was explored for the CFD code. To ensure a wide range applicability of the 

advanced wall boiling model, each model was evaluated separately according to the flow 

conditions such as pressure, temperature and flow rate. Finally, the advanced wall boiling model 

was implemented into the STAR-CD as a form of user FORTRAN file. One of the other 

important parameters for an accurate prediction of the subcooled boiling flow is bubble size 

which governs interfacial transfer terms between two phases. In this study, the S-gamma model, 

which was developed for the STAR-CD (Lo, 2006), was applied as a bubble size model.   

For the validation of the present wall boiling and bubble size models, benchmark calculations 

were carried out against SUBO and DEBORA subcooled boiling flow data. Working fluid of 

SUBO test is steam/water and its pressure condition is about 2 bars. In contrast to this, working 

fluid of DEBORA test is Refrigerant-12 (R-12) and phasic density ratio of the tests is equivalent 

to that of steam/water around 90~170 bars. Therefore, present benchmark calculation covers 

wide range pressure condition of steam/water.  

The calculation results confirms that the new mechanistic wall boiling and bubble size models 

follow well the tendency on the change of flow conditions and they can be applicable to the 

wide range of flow conditions including nominal and postulated accidental conditions of nuclear 

power plant. 
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Abstract 
This paper presents numerical simulations of the boiling flow in a tube with a Departure from 
Nucleate Boiling type of critical heat flux (CHF). Standard tables of CHF produced by the Russian 
Academy of Sciences were used as a data set. The simulations were performed with the multiphase 
code NEPTUNE_CFD V1.0.7. A simple criterion based on the void fraction at the wall was used for 
the CHF prediction. Four data series were selected from the tables. In every series, one of the 
following parameters was variable: the local equilibrium quality, the mass flux, pressure and the tube 
diameter. The remaining three parameters were fixed. In every data point, a numerical simulation was 
performed so as to find out the interval of the wall heat fluxes at which the boiling crisis occurs.  
 NEPTUNE was able to quite accurately predict CHF in cases with high mass fluxes and high 
pressures. On the other hand, in one low-mass-flux case, the CHF in the calculation occurred at a wall 
heat flux as low as 80% of the experimental heat flux. In low pressure cases, a stable solution could 
not be obtained due to numerical oscillations. 
 The presented work was carried out within the 7th FP EURATOM NURISP project. 
NEPTUNE_CFD code is implemented in the NURESIM platform. 

1. INTRODUCTION 

Flow nucleate boiling has a high heat transfer coefficient. This efficient heat transfer mechanism, 
however, is limited by a critical heat flux (CHF). Above the critical heat flux, benign nucleate boiling 
is transformed to a film boiling with poor heat transfer. In a heat-flux-controlled system, this transition 
of the boiling mechanism is characterized by a sudden rise in the surface temperature due to the drop 
in the heat transfer coefficient. Determining the critical heat flux is one of the important issues in 
nuclear reactor safety.  
 The prediction of two-phase flow parameters distribution, especially the void fraction, is an 
attractive and challenging subject. Among various two-phase flow models, the three-dimensional two-
fluid model by Ishii (1990) is an effective tool for predicting parameters distribution in two-phase 
systems. Many papers dealing with the CFD simulation of a boiling bubbly flow using the two-fluid 
model can be found in open literature. To name a few, we mention here the work of Yao and Morel 
(2002, 2004), Koncar and Borut (2008) and Troshko et al. (2007). 
 On the other hand, there are only a few reports on CFD simulation of a boiling flow under CHF 
conditions. Morel (2006) and Vyskocil and Macek (2008) demonstrated that CFD codes can be used to 
simulate a boiling flow close to the DNB (departure from nucleate boiling) condition in the DEBORA 
experiment. Shin and Chang (2008) successfully simulated a boiling flow under the CHF condition in 
a rod bundle with and without a mixing vane. 
  Some attempts have been made to create a criterion for predicting CHF in CFD from the local 
flow parameters. The report of Haynes et al. (2006) presents a “Local Predictive Approach” 
anticipating a better prediction of DNB in CFD. Weisman and Pei (1983) developed a mechanistic 
model for predicting CHF in a channel. In their model, a local void fraction equal to 0.82 was used as 
a criterion for predicting CHF. Podowski and Podowski (2009) proposed a more complicated CHF 
criterion. Two conditions must be satisfied simultaneously to avoid CHF: the void fraction cannot 
exceed 0.74 and the distance between the previously formed bubble and the heated wall must be at 
least equal to the bubble diameter when the new bubble starts to form. Le Corre et al. (2010) presented 
DNB criterion based on local overheating underneath a nucleating bubble.   
 The goal of the work presented in this report was to assess the capability of NEPTUNE_CFD code 
to simulate a boiling flow with the DNB type of critical heat flux in tube geometry. NEPTUNE_CFD 
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is a multiphase CFD code developed jointly by EDF R&D and CEA. A simple criterion based on a 
local void fraction was used to predict CHF in our work. 

2. MODELING BOILING FLOW UNDER CHF CONDITIONS 

This chapter describes the generalized boiling model, which is implemented in NEPTUNE code and 
used for numerical simulations of CHF. The presented model simulates the onset of nucleate boiling, 
partitioning of the wall heat flux and interfacial liquid-vapour heat, momentum and mass transfer. 

Two phases are modelled: the primary phase is liquid and the secondary is vapour bubbles. The 
same pressure is shared by the two phases. Continuity, momentum and energy equations are solved for 
each phase. The “k-ε liq” model (Yao, Morel 2004) is used for modelling the liquid turbulence; the 
flow of vapour is assumed to be laminar. The distribution of the mean bubble diameter in the flow is 
modelled using a one-group interfacial area transport equation. 

2.1 Onset of Nucleate Boiling 

When the wall becomes superheated, vapour bubbles can form even when the core liquid is still sub-
cooled. The position where the first bubbles occur at the wall is denoted as the onset of nucleate 
boiling. In our calculations, Hsu’s criterion is used to determine this position (Hsu, 1962). According 
to this criterion, a bubble will grow from a vapour embryo occupying a cavity in the wall if the liquid 
temperature at the tip of the embryo is at least equal to the saturation temperature corresponding to the 
bubble pressure. 

2.2 Basic Wall Heat Flux Partitioning Model 

The heat flux partitioning model of Kurul and Podowski (1990) (see also Yao, Morel 2002, 2004) has 
the following structure: 
Downstream of the onset of nucleate boiling, the wall heat flux qwall is split into three parts: 

[ ]2/ mWqqqq eqfwall ++=   (1) 

The first part is the single-phase heat transfer (convective heat flux): 
( )lwallwallfcnf TTAq −= α1   (2) 

21 1 AA −=   (3) 
A1 is the fraction of the wall surface influenced by the liquid, fraction A2 is influenced by vapour 
bubbles formed on the wall, Tl is the liquid temperature at the centre of the wall adjacent cell, αwallfcn is 
the wall heat transfer coefficient calculated from the temperature wall function. 
 The quenching part qq of the heat flux qwall is transported by transient conduction during the time 
period between the bubble departure and the next bubble formation at the same nucleation site.  

( )lwallquenchq TTAq −= α2   (4) 

αquench is the quenching heat transfer coefficient (11). 
Heat flux qe is spent for liquid evaporation: 

latee Hmq &=   (5) 

em&  is the evaporation mass transfer per the unit wall area (9), Hlat is the latent heat. 

The model assumes that the diameter of the area influenced by a single bubble is as large as the bubble 
departure diameter dw: 
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n is the active nucleation site density. The bubble departure diameter dw is calculated from Ünal 
correlation (Ünal, 1976). The active nucleation site density is correlated to the wall superheat: 

( )( ) [ ]28.1210 −−⋅= mTTn satwall   (7) 

To calculate the evaporation rate em& , the bubble detachment frequency f is determined from the 

following equation: 
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The evaporation rate is the product of bubble mass, detachment frequency and the active nucleation 
site density:  
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The quenching heat transfer coefficient αquench depends on the waiting time between bubble departure 
and the next bubble formation. This waiting time tw is fixed to the bubble detachment period: 
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where al is the liquid thermal diffusivity. 

2.3 Generalization of the Wall Heat Flux Partitioning Model 

The basic wall heat flux partitioning model presented in chapter 2.2 assumes that the amount of water 
on the wall is sufficient to remove heat from the wall and to be used for evaporation. Superheating of 
the vapour that occurs at high void fractions is not modelled. Given all this, the basic heat flux 
partitioning model cannot be used under critical heat flux conditions. 
 In order to account for a critical heat flux condition, the heat flux partitioning model can be 
generalized as follows: 

( ) ( ) [ ]2
11 /1 mWqfqqqfq veqfwall αα −+++=   (12) 

 
A fourth part of the wall heat flux, qv, is the diffusive heat flux given to the vapour phase: 

( )vwallvwallfcnv TTq −= ,α   (13) 

αwallfcn,v is the wall heat transfer coefficient calculated from the temperature wall function for the 
vapour phase, Tv is the vapour temperature at the centre of the wall-adjacent cell. fα1 is the 
phenomenological function, which depends on the liquid volume fraction α1. The “EDF wall-fluid heat 
transfer” model (see Lavieville et al. 2005) that is implemented in NEPTUNE and used in our 
calculations assumes function fα1 in the following form: 
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2.0,1 =critα  

The critical value for the void fraction is 8.01 ,1 =− critα . In our calculations, a local void fraction 

equal to 0.8 is used as a criterion for the CHF. Note that Weisman DNB criterion is a void fraction 
equal to 0.82 (Weisman and Pei 1983). 

2.4 Interfacial Momentum Transfer 

The interfacial momentum transfer was modelled by the four forces: drag force, added mass force, lift 
force and turbulent dispersion force (Lance, Lopez de Bertodano, 1994, Yao, Morel 2002, 2004). Wall 
lubrication force was not modelled. The drag coefficient cD was calculated by the Inclusions (EDF) 
model (Lavieville et al. 2005). The lift coefficient was cL = 0.29. The added mass force coefficient was 
cAM = 0.5. The turbulent dispersion coefficient cTD was calculated from the drag and virtual mass 
forces. 
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2.5 Interfacial Heat Transfer 

The interface to liquid heat transfer was modelled by an “ASTRID-like model” (Lavieville et al. 
2005). The interface to vapour heat transfer is calculated with help of the “constant time scale return to 
saturation” method (Lavieville et al. 2005). The interfacial mass transfer was calculated directly from 
the interfacial heat transfer. 

2.6 Interfacial Area Transport 

The Sauter mean bubble diameter distribution in the flow is calculated from the interfacial area 
concentration. The one-group equation of the interfacial area concentration transport with models for 
coalescence and break-up (Yao and Morel 2004; Morel, Yao, Bestion, 2003) is used to describe the 
evolution of the interfacial area concentration. 

3. TABLES OF CRITICAL HEAT FLUX 

The Russian Academy of Sciences produced a series of standard tables of critical heat flux in a tube as 
a function of the local bulk mean water condition and for various pressures and mass velocities for a 
fixed tube diameter of 8 mm (Collier, 1981, USSR Academy of Sciences, 1976). The tables are valid 
for z/D ≥ 20. For tube diameters other than 8 mm the critical heat flux is given by the approximate 
relationship: 

[ ]
5.0

8,

8







=
mmD

qq mmcritcrit for 4mm ≤ D ≤ 16 mm  (16) 

These tables were used as the data set for our simulations. A consistency check was performed with 
Groeneveld Look-Up Tables (Groeneveld, 1986). The interpolated values from the Groeneveld tables 
agree well with the CHF values provided by the tables of The Russian Academy of Sciences. 

4. SIMULATION OF CHF IN NEPTUNE 

4.1 Computational Grid 

The computational domain covers 10° wedge section of a tube confined by symmetry planes and a 
portion of wall. The resolution of the base grid is 20x(200+400+200) cells for a 0.5 m long inlet 
adiabatic section, a 1m long heated section and a 0.5 m long outlet adiabatic section. For stability 
reasons, wedge cells in the tube centre were omitted and replaced by a small symmetry plane. Solution 
grid independence was tested on a fine grid (30x1200 cells) and on a coarse grid (14x560 cells), see 
section 5.1. 

 

Fig. 1:  Computational grid – horizontal cross section 

The “k-ε liq” model (Yao, Morel 2004) with standard single-phase wall functions was used in our 
simulations. The thickness of the wall-adjacent cells was chosen so that each wall-adjacent cell’s 
centroid was located within the log-law layer, 30 < y+ < 300. The flow parameters used in the Ünal 
correlation (Ünal, 1976) were calculated from the non-dimensional distance y+ = 250 rather than from 
the centre of the wall-adjacent cell so as to assure the grid-independence of the wall-heat-flux 
partitioning model. 

4.2 Calculation Procedure 

The inlet temperature was calculated from the mass flux, local equilibrium quality and critical heat 
flux from the tables. This inlet temperature was used as a boundary condition. The heated length was 
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set to 1 m. In some cases, a longer or shorter heated length had to be used so as to keep the inlet 
temperature below boiling and above freezing point for the given local conditions. 
 The calculation was started with a wall heat flux equal to the CHF from the tables. When the flow 
rate (liquid + vapour) leaving the domain was equal to the inlet flow rate and the wall temperatures 
and other parameters were stabilized, the results were analyzed. Depending on the results, the wall 
heat flux was after this decreased or increased so as to find the interval of the wall heat flux in which 
the void fraction exceeds the critical value of 0.8. 

5. DETAILED RESULTS FOR ONE DATA POINT 

Four series of data were selected from the tables and simulated by NEPTUNE_CFD code. These series 
intersect at data point “Case 6” (p = 15.7MPa, G = 2000kg/m2/s, Xeq = 0, D = 8mm). This chapter 
presents the calculated results for  “Case 6“ in detail. The results of the other cases are similar and will 
be summarized in the next chapter. 
 Fig. 2 presents the evolution of temperatures along the tube length. The heated length begins at the 
vertical coordinate z = 0m and ends at z = 1m. There is a single-phase convective heat transfer to the 
liquid at the beginning of the heated section. The wall temperature is below that necessary for 
nucleation and the liquid is being heated up. At approximately z = 0.1m, the conditions adjacent to the 
wall are such that the formation of vapour from nucleation sites can occur. The wall temperature is 
above the saturation temperature but the liquid is still sub-cooled. The beginning of nucleation can be 
seen in Fig. 3 (see the blue line, 100% wall heat flux). At some point along the tube (z~0.7m), the 
liquid temperature in the centre of wall-adjacent cell reaches the saturation temperature (Fig. 2, blue 
line) but the liquid in the core is still sub-cooled (Fig. 5). Near the end of heated section (z~0.88m), the 
void fraction on the heated wall exceeds the critical value of 0.8 (Fig. 3, blue line), the wall 
temperature rapidly increases (Fig. 2, black line) and the vapour becomes superheated (Fig. 2, red 
line). The sudden increase in the wall temperature is directly connected with the void fraction, see the 
equations in chapter 2.3. This behaviour of the wall temperature was observed in all calculated cases. 
 After leaving the heated section, vapour condenses (see Fig. 3, blue line; and Fig. 4) and the liquid 
in the core reaches the saturation temperature (Fig. 5). Note that the exit equilibrium quality in this 
case is Xeq=0. 
 

 

Fig. 2:  Calculated temperatures along the tube length (Case 6) 

T liq - liquid temperature in the centre of wall-adjacent cell, T vap - vapour temperature in the centre 
of the wall-adjacent cell, T sat - saturation temperature, T wall - temperature of the wall surface 

Case 6 
D = 8mm, L = 1m, p = 15.7MPa, 
G = 2000kg/m2/s, Xeq = 0 
Tin = 236.98°C, Tsat = 345.8°C 
CHF = 2.45MW/m2 
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Fig. 3 shows the evolution of the void fraction along the heated wall for different wall heat fluxes. 
100% wall heat flux means that the critical heat flux from the CHF tables was used in the calculation, 
90% means that the wall heat flux used in the calculation was 0.9·CHF and so on. The inlet conditions 
are fixed. It can be seen that the maximum calculated void fraction depends on the wall heat flux and 
can be used as a parameter for predicting CHF. In this case, the simulation was successful because a 
wall heat flux equal to CHF caused a sudden increase in the wall temperature at the end of the heated 
section (the void fraction exceeded the critical value of 0.8). When a wall heat flux equal to 0.9·CHF 
was used in the calculation, the calculated maximum void fraction was below the critical value. 

 

Fig. 3:  Case 6: Evolution of the void fraction along the heated wall for different wall heat fluxes 

 

 

Fig. 4:  Case 6: void fraction [-] 
(arrow: end of heated section) 

 
Fig. 5:  Case 6: Liquid temperature [°C] 

(arrow: end of heated section) 

Note: the calculation domain in Fig. 4 and Fig. 5 is vertically shrunk for visualization. The actual tube 
diameter is 8mm, the tube length including the adiabatic inlet and outlet part is 2m. The tube axis is on 
the left side and the heated wall is on the right side of the computational domain. 
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5.1 Solution Grid Independence Test  

The CHF criterion in our calculations is based on the void fraction near the wall. This test shows the 
dependence of the maximum calculated void fraction on grid resolution. Case 6 was calculated on 
three different grids, the results are shown in Fig. 6. 

 
Coarse grid: 560 x 14 cells 

 
Base grid: 800 x 20 cells 

 
Fine grid: 1200 x 30 cells 

Fig. 6:  Case 6: Void fraction [-], solution grid independence test  

 
The maximum calculated void fraction is almost independent of the grid resolution. The base grid is 
fine enough and using finer grid gives no advantage. 

6. SUMMARY OF THE RESULTS FOR THE SELECTED DATA SERIES 

This section summarizes the results of all selected data points. Four series of data points were selected 
from the CHF tables. A table and chart is provided for each series. The table shows the parameters of 
the data points. The last column of the table shows the calculated maximum void fraction for a 
calculation with 100% wall heat flux (i.e. CHF from the CHF tables). The chart shows the dependence 
of the calculated maximum void fraction on the heat flux adjusted in the calculation for the data points 
in the given data series. The purpose of the chart is to show the capability of the NEPTUNE_CFD 
code to predict CHF. 
 
The meaning of the symbols in the tables and charts is as follows: 
D - tube diameter, p – pressure, G – mass flux, Xeq – local equilibrium quality, CHF – critical heat flux 
from the tables, L - heated length,  Tinlet - inlet temperature, Tsat - saturation temperature,  
αmax - calculated maximum void fraction for calculation with 100% wall heat flux i.e. CHF. 
 
100% wall heat flux: the maximum void fraction in calculations with 100% wall heat flux (= critical 
heat flux from the tables) 
90% wall heat flux: calculations with the wall heat flux decreased to 90% of CHF, the inlet 
parameters are fixed 
CHF limit: CHF criterion – a void fraction equal to 0.8 
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6.1 Data Series 1 

The simulations of cases in this series were successful; the CHF predicted in the calculation was 
within the range 90-100% of the CHF from the tables (see Fig. 7). 
 
Note: According to the two-phase flow regime map by Hewitt and Roberts (1969) and the criterion for 
the transition to annular flow by Taitel et al. (1980), the last two data points in Series 1 with the 
highest quality are the dryout type of CHF. The generalized boiling model presented in this paper 
assumes a bubbly flow with a DNB-type of boiling crisis. 
 

Table 1:  Series 1 (variable local equilibrium quality Xeq) 

 D p G Xeq CHF L Tinlet Tsat αmax 

 [m] [MPa] [kg/m2/s] [-] [MW/m 2] [m] [°C] [°C] [-] 

Case 4 0.008 15.7 2000 0.2 1.25 1 329.88 345.8 0.783 

Case 5 0.008 15.7 2000 0.1 1.75 1 292.18 345.8 0.818 

Case 6 0.008 15.7 2000 0 2.45 1 236.98 345.8 0.842 

Case 7 0.008 15.7 2000 -0.0845 3 1 188.37 345.8 0.835 

Case 8 0.008 15.7 2000 -0.1892 3.65 1 127.19 345.8 0.827 

Case 9 0.008 15.7 2000 -0.339 4.5 1 42.05 345.8 0.82 

Case 10 0.008 15.7 2000 -0.4737 5.4 0.8 21.94 345.8 0.807 
 

 

Fig. 7:  Series 1 - Results 
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6.2 Data Series 2 

It can be seen in Fig. 8 that the presented method of CHF prediction does not work for low mass 
fluxes. See data point G = 1000kg/m2/s. At this data point, a wall heat flux equal to 0.7·CHF is enough 
for the void fraction to approach the critical value of 0.8. A similar problem with mass flux is present 
in the model of Weisman and Pei (1983); their model is limited to mass fluxes above 970 kg/m2/s. 
 In the high mass flux cases (G ≥ 3000kg/m2/s), 105% wall heat flux was needed for the void 
fraction to exceed the critical value. 
 

Table 2:  Series 2 (variable mass flux G) 

 D p G Xeq CHF L Tinlet Tsat αmax 

 [m] [MPa] [kg/m2/s] [-] [MW/m2] [m] [°C] [°C] [-] 

Case 17 0.008 15.7 5000 0 3.75 1 285.9 345.8 0.798 

Case 16 0.008 15.7 4000 0 3.15 1 282.25 345.8 0.746 

Case 15 0.008 15.7 3000 0 2.85 1 265.96 345.8 0.785 

Case 14 0.008 15.7 2500 0 2.65 1 254.55 345.8 0.819 

Case 6 0.008 15.7 2000 0 2.45 1 236.98 345.8 0.842 

Case 11 0.008 15.7 1500 0 2.3 1 202.86 345.8 0.83 

Case 12 0.008 15.7 1000 0 2.1 1 137.29 345.8 0.821 

Case 13 0.008 15.7 750 0 2 0.8 133.35 345.8 0.787 
 

 

Fig. 8:  Series 2 - Results 
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6.3 Data Series 3 

Calculations at low pressures provided oscillating solutions that could not be stabilized. This 
behaviour might be related to the size of the bubbles. The bubbles are larger at low pressure and far 
from spherical and the models for interfacial momentum, heat and mass transfer used in this work are 
no longer suitable for these bubbles. The presented method of CHF prediction works well for higher 
pressures. 

Table 3:  Series 3 (variable pressure p) 

 D p G Xeq CHF L Tinlet Tsat αmax 

 [m] [MPa] [kg/m2/s] [-] [MW/m2] [m] [°C] [°C] [-] 

Case 22 0.008 9.8 2000 0 4.45 1 66.56 309.52 0.85 

Case 20 0.008 11.8 2000 0 3.55 1 139.77 323.39 0.816 

Case 18 0.008 13.7 2000 0 3.1 1 183.28 334.96 0.82 

Case 6 0.008 15.7 2000 0 2.45 1 236.98 345.8 0.842 

Case 19 0.008 17.6 2000 0 2.1 1 271.56 355.14 0.829 

Case 21 0.008 19.6 2000 0 1.65 1 310.86 364.06 0.811 
 

 

Fig. 9:  Series 3 - Results 

6.4 Data Series 4 

Simulations of cases in this series were successful; the CHF predicted in the calculation was within the 
range of 90-100% of the CHF from the tables (see Fig. 10). 
 
Note: the CHF figures in Series 4 were calculated from the approximate relationship (16). 
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Table 4:  Series 4 (variable tube diameter D) 

 D p G Xeq CHF L Tinlet Tsat αmax 

 [m] [MPa] [kg/m2/s] [-] [MW/m2] [m] [°C] [°C] [-] 

Case 24 0.004 15.7 2000 0 3.465 0.5 180.15 345.8 0.829 
Case 6 0.008 15.7 2000 0 2.45 1 236.98 345.8 0.842 
Case 23 0.012 15.7 2000 0 2 1 293.86 345.8 0.855 
Case 25 0.016 15.7 2000 0 1.7324 1 314.81 345.8 0.846 

 

 

Fig. 10:  Series 4 - Results 

7. CONCLUSIONS 

The NEPTUNE_CFD code with a generalized wall-heat-flux splitting model was used to simulate 
critical heat flux in tube geometry. The standard CHF tables produced by the Russian Academy of 
Sciences were used as the data set. A simple criterion based on a local void fraction equal to 0.8 was 
used to predict CHF. NEPTUNE could quite accurately predict CHF in cases with high mass fluxes 
and high pressures. The method did not work well for low mass fluxes (1000kg/m2/s) and for low 
pressures (10MPa).  
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Abstract 
Boiling heat transfer is a key thermal limit in nuclear systems.  However, for decades, its modeling has 
relied on speculative hypotheses and a good dose of empiricism.  As researchers now start to develop 
more mechanistic models, the need for high-quality high-resolution data on the bubble nucleation and 
growth cycle is increasing.  Specifically, nucleation site density, bubble departure diameter and frequency 
data, are necessary input for and validation of the source terms in interfacial area transport models, CFD 
‘multi-fluid’ models, as well as direct numerical simulation models of boiling based on interface tracking 
methods.  In this paper we present an approach based on synchronized infrared thermometry and high-
speed video ‘through’ the heater that enables simultaneous measurement of the nucleation site density, 
bubble growth rate (including bubble departure diameter), bubble departure frequency (including wait 
time), time-resolved 2D temperature distribution and phase distribution on the boiling surface, all in a 
relatively effortless manner. 
 

1.  INTRODUCTION 
The economic potential of the Light Water Reactor (LWR) technology has been hindered by a lack of 
fundamental understanding of key multiphase flow and heat transfer phenomena, such as subcooled flow 
boiling, departure from nucleate boiling, dryout, quenching, multi-dimensional natural circulation, etc.  
For lack of a better approach, the reactor designers and safety analysts have adopted “supersized” margins 
to the postulated limits, which have resulted in the deployment of LWR plants that perform below their 
intrinsic potential.  Current design and safety codes almost exclusively use multiphase flow and heat 
transfer models/correlations that are still highly empirical: in particular, they rely on empirical heat 
transfer coefficient correlations to calculate the vapor generation rate, and then simple semi-empirical 
models for bubble drag, condensation, breakup and coalescence are used, all assuming idealized 
geometries of the vapor/liquid interface, i.e. spherical or elliptical or otherwise symmetric bubbles (Ishii 
and Hibiki, 2006).  The physical reality of the situation is of course much more complex, as shown by any 
direct visualization of the phenomena.  The geometry of the liquid/vapor interface is highly irregular and 
its nature is dynamic; also, rapid changes in interface geometry generate turbulence, which cannot be 
captured by the traditional single-phase turbulence models. 
 
Revolutionary advancements in modeling and simulation of multiphase flow and heat transfer phenomena 
are available through the use of Interface Tracking Methods (ITM) (Prosperetti and Tryggvason, 2007).  
In ITMs, the traditional single-phase problem of solving the Navier-Stokes equations, to find the velocity 
and pressure fields, is coupled to the problem of finding how a marker function, which defines the 
vapor/liquid interface, evolves vs time and position.  Different ITMs differ in the way the marker function 
is advected and the interface reconstructed.  Popular ITMs include the Volume of Fluid (VOF) method 
(Scardovelli and Zaleski, 1999; Rudman, 1998; Rider and Kothe, 1998), the level-set method (Psher and 
Fedkiw, 2001; Sethian, 2001) and the front tracking method (Tryggvason et al., 2001; Du et al., 2006).  
ITMs avoid unphysical sharp transitions between flow regimes, and, importantly, do not assume idealized 
geometries for the interfaces between phases.  Moreover, ITMs can resolve the velocity and temperature 
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gradients near the interface (through Direct Numerical Simulation, DNS, or Large Eddy Simulation, 
LES), so prediction of the exchange of momentum and heat at the interface requires no empirical 
correlations.  The physical complexity of the two-phase flow and heat transfer phenomena encountered in 
LWR systems naturally lends itself to an ITM analysis approach.  Examples of ITM-based simulations of 
two-phase flow and heat transfer phenomena are shown in Fig. 1. 
 

``        
(a)       (b)    (c) 

 

Fig 1.  (a) VOF simulation of plug flow in parallel channels (courtesy of Dr Emilio Baglietto, CD-
Adapco), (b) level-set simulation of film boiling from a flat surface (courtesy of Dr Djamel Lakehal, 

Ascomp GmbH), (c) Front-tracking simulation of bubbles simultaneously growing at and detaching from 
four prescribed nucleation sites (courtesy of Prof Gretar Tryggvason, WPI). 

 
At MIT we are undertaking a research program whose objectives are to develop and validate ITM-based 
models of multiphase flow and heat transfer, and apply them to LWR design and safety.  Recognizing that 
it is not possible to tackle all phenomena and effects at the same time, the program has started from one of 
the most important phenomena in LWRs, i.e. nucleate boiling heat transfer. 
 
In this context, we hereby present an experimental technique that can be used to generate data, highly-
resolved in space and time, needed to validate ITM-based (as well as more traditional) models of boiling 
heat transfer.  The technique is described in Section 2.  Examples of the data obtainable with such 
technique are presented in Section 3.  The value of the data is discussed in Sections 4 and 5. 
 
2. DESCRIPTION OF SYNCHRONIZED HIGH-SPEED INFRARED-THERMOMETRY 
AND VIDEO TECHNIQUE 
 
2.1 Facility Description 
Boiling experiments are conducted in the facility shown in Fig. 2.  A thin film made of Indium-Tin-Oxide 
(ITO) is electrically heated.  Boiling occurs on the upward facing side of this film which has an exposed 
area of 30x10 mm2, is 0.7 µm thick and has a surface roughness SRa=30 nm.  The ITO is vacuum 
deposited onto a 0.4 mm thick sapphire substrate.  This heater is connected to a DC power supply to 
control the heat flux at the surface.  The cell accommodating the test fluid is sealed, included a condenser, 
and is surrounded by a constant-temperature water bath to maintain a constant test-fluid temperature by 
minimizing heat losses to the ambient.  Acquisition of the temperature distribution on the heater surface is 
accomplished using an infrared (IR) high-speed camera, SC 6000 from FLIR Systems, Inc.  The use of an 
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IR camera to investigate boiling heat transfer was pioneered by Theofanous et al. (2002).  However, in 
our system simultaneous high-speed video (HSV) is taken with a high-speed digital imaging system, 
Phantom v7.1 from Vision Research.  A function generator produces a transistor-transistor logic (TTL) 
pulse at 500 Hz which triggers both cameras to simultaneously record an image allowing the 
synchronization of both cameras’ image sequences.  A custom hybrid hot mirror (dichroic) is placed 
directly below the heater which reflects the IR (3-5 μm) spectrum to the IR camera and transmits the 
visible (400-700 nm) spectrum.  The visible spectrum that passes through the hybrid hot mirror is then 
reflected by a silver-coated mirror to the HSV system.  Thus, both cameras image the area of interest from 
the same point of view.  While the sapphire substrate is transparent (>85%) to IR light, the ITO has the 
advantageous property of being opaque in the IR range, as this ensures that all temperature measurements 
are made on the back (bottom) of the ITO substrate.  The thinness of the ITO heater guarantees that the IR 
camera reading from its bottom is an accurate representation of the actual temperature on the top (wet 
side) of the heater surface.  Thus, neither the temperature of the fluid, nor the integral temperature through 
the substrate thickness is measured.  This makes thermal analysis of the heater, and corresponding 
temperature measurements straightforward.  Heat loss from the heater bottom via air natural convection 
was calculated to be negligible (<1%). 
 
As configured in this study, the IR camera and HSV system have spatial resolutions of 100 μm and 50 μm 
respectively.  In the case of the IR image, this resolution is more than sufficient to capture the temperature 
history of individual bubble nucleation events at the nucleation sites since the typical bubble diameter is 
on the order of 1000 μm. The frame rate of both cameras is 500 Hz.  During each experiment, the heat 
flux is increased in discrete steps up to the critical heat flux (CHF).  At each intermediate step the 
temperature map and visualization are concurrently recorded for 1.0 sec.  Since the typical time scale for 
a bubble nucleation cycle is tens of ms, 1 sec is sufficient to obtain good data statistics. 

 

High-speed 
optical camera 

High-speed 
infrared 

T T

Condenser

Test fluid  

ITO Glass Heater 
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heater 

Isothermal bath Isothermal bath 
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Fig 2: MIT pool boiling facility with infrared thermometry and high-speed video cameras. 
 
3. DATA 
 
3.1 Data Reduction and Uncertainty 
The raw data obtained for each heat flux are in the form of hundreds of frames, each representing a two-
dimensional infrared intensity distribution on the heater surface (see Fig. 3).  The conversion from IR 
intensity to temperature is done via a calibration curve, obtained using vendor-supplied blackbody 
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simulators; with an accuracy of about 2%, or 2C.  The nucleation sites appear as short-lived dark (cold) 
spots on the IR image.  The edge of the nucleation sites is sharp because there is very little radial 
conduction within the heater, as discussed above.  The nucleation sites in each frame are marked 
manually, to ensure no nucleation site is missed; then the nucleation site density can be determined 
simply as the total number of nucleation sites divided by the area of the heater.  The bubble departure 
diameter is measured from the maximum size of the cold spot.  Note that here the bubble diameter is 
actually the thermal foot-print of the bubble, i.e., the bottom of the bubble that is in contact with the 
heater surface.  The actual bubble departure size is typically larger and can be measured with the HSV.  If 
only the infrared data along a chord cutting through a nucleation site are considered, the one-dimensional 
temperature distribution vs. time of Fig. 4 is obtained.  Further, if the spatial average of the temperature at 
a given nucleation site is calculated and plotted vs. time, then various features of the bubble cycle, such as 
the bubble departure frequency, bubble growth time and bubble wait time become apparent and can be 
readily estimated (see Fig. 5).  Since boiling is essentially a random phenomenon, for each nucleation site, 
there is a distribution of the parameters; however, we observed that the parameters tend to be distributed 
normally and narrowly about their mean.  Typical uncertainties are estimated to be about 2% for 
nucleation site density, 10% for the bubble departure diameter, 20% for the bubble frequency, and 20% 
for the bubble growth and wait times.  In the remainder of the paper we will use only the mean values for 
all these parameters, but the associated uncertainties should be kept in mind.  More details on the data 
reduction and uncertainties can be found in Gerardi (2009). 
 

 
 

Fig. 3:  Sample screenshot of selecting the diameter of a nucleation site (yellow line bisects diameter).  
Nucleation sites appear as dark (cold) spots in IR images. 
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Fig. 4.  1D temperature distribution on the heater surface underneath a growing bubble. 
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Fig. 5: Temperature response below individual nucleation site showing frequency response of nucleation 
cycle.  Average temperature of entire nucleation site is used.  Note the characteristic slow heating and 

sudden cooling cycles, which are expected during a bubble nucleation event.  tcycle is the sum of the 
growth time, tg, and wait time, tw.  The average value of the cycle times can be used to find the 

characteristic bubble departure frequency (fb=1/tcycle). 
 
3.2 Bubble Nucleation and Growth Data 
A single representative bubble cycle is chosen from the synchronized experiments and the HSV and IR 
for this bubble are shown in Fig. 6.  The HSV shown in Fig. 6(a) visually depicts bubble growth.  The 
depth of field for this particular camera setup is sufficient to see several millimeters past the heater 
surface, thus capturing the shape and size of the bubble even as it detaches from the heater surface.  To 
interpret these data, it is useful to refer to the commonly accepted model for bubble growth at a boiling 
surface, which is shown in Fig 7.  The actual outer radius of the bubble, Rt, and the microlayer 
(hemispherical) radius, rc, are clearly visible in the images of Fig. 6(a).  Both the microlayer radius and 
dry spot radius are measured using the IR images as shown in Fig. 6(b).  The microlayer radius is taken to 
be the cooled (thus dark colored) circular expanding area.  The dry out area is taken to be the hotter (thus 
light colored) circular area that expands as the microlayer evaporates in the center of the cooled circular 
area.  Initial hemispherical growth is confirmed by the HSV of Fig. 6(a).  Specifically, frame 48 shows 
that the outer bubble radius, Rt, and the hemispherical microlayer radius, rc, have approximately the same 
value, suggesting that the initial bubble growth is primarily in the radial direction along the surface.  
Contrast this with later frames (49-51), where the outer bubble radius is significantly larger than the 
hemispherical radius.  Zhao et al. (2002) developed an expression for the radius of the dryout area as a 
function of bubble growth time which expanded upon the theoretical and experimental analysis of 
microlayer growth by Cooper and Lloyd (1969).  The Cooper and Loyd (1969) expression for the 
hemispherical bubble radius and the Zhao et al. (2002) expression for microlayer dryout radius are 
compared with the cold spot and hot spot radii as measured using the infrared camera for q”=60kW/m2 in 
Fig. 8.  Data for five bubbles from the same experiment were considered in order to show a clearer picture 
of bubble growth variability.  The average radii values are represented by the data point, while the error 
bars represent the minimum and maximum radii of the five bubbles considered.  Measurement error is 
±10%.  The existence of a centrally expanding hot spot in the IR images, and the bubble growth analysis 
confirms the existence of microlayer evaporation during nucleate boiling in water through the direct 
measurement of surface temperature during bubble growth.  A previous study by Koffman and Plesset 
(1983) used laser interferometry to record microlayer evaporation, but had a large amount of uncertainty 
due to the measurement technique (e.g. interpretation of fringe patterns).  The technique based on 
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synchronized IR thermography and HSV is shown here to be an effective method of directly measuring 
the movement of the three-phase contact line during microlayer evaporation. 

 

 

(a) 

 
(b) 

 
Fig. 6: (a) High speed video (HSV) and (b) infrared (IR) temperature data for a single bubble life-cycle.  

Frames 46-55 are shown for deionized water at q”=60kW/m2, with the time interval between consecutive 
images being ~2.08ms.  Bubble incipience is seen in frame 47 on the HSV, end of bubble growth in frame 
51 and complete bubble departure at frame 55.  The IR data show the bubble thermal footprint growing in 

frames 48-51, and a central expanding “hot” region corresponding to the evaporation of the microlayer 
and growth of the dryout region. 

 

 

Fig. 7:  Schematic of a growing bubble and related heat transfer mechanisms. 
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Fig. 8: Comparison of cold spot and hot spot radii growth for 5 bubbles with corresponding predictions 
for DI water at q"=60kW/m2.  Error bars represent minimum and maximum measured values in order to 

show experimental spread.  Measurement error ±10% 
 
3.3  Phase Distribution on the Boiling Surface 
An interesting variant of the technique described above is one in which the ITO-sapphire heater is 
replaced with a silicon wafer (optical grade, P/Boron-doped, thickness 380±25 m, double side polished), 
which is transparent (~55%) to IR light, while water has a very high IR absorbivity (e.g. water).  
Therefore, where the heater surface is wet, the IR camera measures the temperature of the hot water in 
contact with the heater.  On the other hand, where vapor (whose IR absorbivity is very low) is in contact 
with the heater, the IR light comes from the cooler water beyond the vapor.  The resulting IR image 
appears dark (cold) in dry spots and bright (hot) in wetted area.  Using the contrast between the dark and 
bright areas, we can visualize the distribution of the liquid and gas phases in contact with the heater 
surface.  In other words, we measure temperature beyond the surface to detect phases on the surface.  A 
particularly simple application is shown in Fig. 9. 
 

0.0 sec 0.3 sec 0.6 sec 0.9 sec 1.2 sec 1.5 sec

10 mm

 
 

Fig. 9:  Droplet sliding on a vertical silicon wafer.  Comparison of the HSV (left) and IR (right) images 
taken from the front and back of the wafer, respectively.  The liquid was pre-heated to ~30C, while the 
wafer and background were at room temperature (~24C); as a result, in the IR video the sliding droplet 
appears brighter than the background, and thus easily distinguishable.  The sharpness of the IR image 

through the wafer confirms that the wafer is transparent to IR. 
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A more complex physical situation is shown in Fig. 10, where the highly irregular and dynamic phase 
distribution on the boiling surface is captured as a function of time for q”~500 kW/m2.  Note that large 
areas of the heater surface appear dry and stay dry for long periods of time (order of 30 ms), though at this 
heat flux we are still well below CHF, which occurred at ~1100 kW/m2 on our silicon wafer heater.  An 
important caveat: because the penetration length of IR light in the 3-5 m range can be up to 100 m, we 
cannot categorically exclude that a very thin liquid film (<<100 m thick) exists in the ‘dry’ patches.  
However, in their boiling experiments with ethanol and refrigerants, Nishio and Tanaka (2004) and 
Chung and No (2003), who used the total reflection approach, also observed large dry areas similar to 
ours.  The wetted area fraction (defined as the ratio of the liquid area to the total surface area) can be 
obtained by processing of the IR images, and is shown for different values of the heat flux in Fig. 11. 
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Fig. 10:  IR images for liquid (bright) and vapor (dark) phase distribution on the wafer heater surface 

during nucleate boiling of water at high heat flux (~500 kW/m2).  ‘A’ marks a bubble nucleation event.  
The dry spot underneath the bubble rapidly grows due to intense evaporation heat transfer near the liquid-
vapor-solid contact line and then merges with the nearby dry spots, forming a larger dry patch, marked as 
‘B’ in the 16-ms image.  A large mushroom bubble must be hovering above the dry area, though we could 
not directly verify this, because the HSV images were too chaotic at such high heat flux.  The departure of 

the mushroom bubble causes the dry patch to shrink gradually, and eventually be rewetted by the 
incoming flow of the surrounding liquid, as seen between 28 ms and 40 ms.  The same life cycles of dry 

spots/patches are observed over the entire heater surface, for example for the area marked as ‘C’. 
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Fig. 11:  Phase distribution and wetted area fraction at various heat fluxes (normalized to the CHF): (a) IR 
images of the heater surface; (b) average wetted area fraction 

 
4. USE OF DATA IN BOILING HEAT TRANSFER MODELING 
The type of data presented in the previous sections could prove extremely valuable for validation of ITM-
based models of boiling heat transfer, in which the conduction heat transfer problem for the heater is 
solved for, along with the evaporation phenomena in the fluid.  Then, comparing the surface temperature 
data of, say, Fig. 4 with the surface distribution calculated from the model, the latter can be validated.  
Similarly, a direct comparison of data and ITM-based predictions for bubble departure and frequency 
could be completed, as well as for phase distribution (or even wetted area fraction, see Fig. 11b). 
 
Furthermore, traditional semi-empirical models of boiling heat transfer could be informed by the data 
discussed in Sections 2 and 3.  For example, the popular RPI heat flux partitioning model (Kurul and 
Podowski, 1990), requires knowledge of the key bubble parameters (Db, NSD, fb, tg, tw), for which 
generally-valid correlations are not available.  In this model the heat removed by the boiling fluid is 
assumed to be through three contributions, (i) the latent heat of evaporation to form the bubbles (qe), (ii) 
heat expended in re-formation of the thermal boundary layer following bubble departure, or the so-called 
quenching heat flux (qq), and (iii) heat transferred to the liquid phase outside the zone of influence of the 
bubbles by convection (qc).  Then the total boiling heat flux is obtained through the addition of the three 
fluxes as: 

""""
cqetot qqqq    (1) 

Since detailed information for the bubble parameters was obtained from our experiments, it is possible to 
write expressions for the partitioned heat fluxes that incorporate the contributions of each nucleation site.  
The latent heat flux can be written as: 
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The convection heat flux is: 
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where hturb is the turbulent free-convection heat transfer coefficient from a flat upwards-facing plate, 
calculated according to the McAdams (1945) correlation.  The boiling curve for one test run is shown in 
Fig. 12 along with the evaporation, quench, convection and total partitioned heat fluxes that have been 
calculated using the method described above.  The model works surprisingly well when considering the 
amount of independent data that has been fed into it.  It is also interesting to note that the quench heat flux 
is the dominant partitioned heat flux, and not the latent heat flux, as one might expect. 
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Fig. 12: Comparison of actual boiling curve (●) with RPI partitioning model using corresponding bubble 

parameters (Db, NSD, fb, tg, tw) at each superheat for a single DI water test.  The uncertainty on the 
measured values of the heat flux is 1%. 

 
5. DISCUSSION AND CONCLUSIONS 
The value of the technique described in Sections 2 through 4 is to enable direct measurement of boiling 
heat transfer parameters that have been traditionally difficult to measure.  The traditional approaches 
based on thermocouples and high-speed visualization of the boiling process suffer from several 
shortcomings; for example, the thermocouples can only measure temperature at discreet locations on the 
boiling surface, thus no information on the temperature distribution about a nucleation site can be 
obtained.  Further, thermocouples (including micro-thermocouples) have relatively long response time, 
thus are unsuitable for studying the bubble nucleation and growth phenomena, which have time scales of 
the order of milliseconds.  The usefulness of high-speed video is typically limited by poor optical access 
to the nucleation site and interference from adjacent bubbles.  Second-generation two-phase flow 
diagnostics, such as multi-sensor conductivity and optical probes (Kim et al., 2000; Barrau et al., 1999) 
and wire-mesh probes (Prasser et al., 1998), can measure bubble diameter and velocity near the boiling 
surface.  However, these approaches are intrusive, and also produce data only at discreet locations within 
the boiling fluid.  On the other hand, X-ray and -ray tomography (for measurement of the phase 
distribution) is non-intrusive, but rather costly/cumbersome as the radiation source has to be rotated at 
high speed around the test section, which also may limit the time and/or space resolution of the technique.  
Total reflection (Nishio and Tanaka, 2004) is another non-intrusive approach for measurement of the 
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phase distribution, though it cannot supply information about the temperature distribution.  It was not 
until the early 2000s that new possibilities for generating time-resolved multi-dimensional data on the 
bubble nucleation and growth cycle have opened up with the introduction of infrared-based visualization 
of thermal patterns on the boiling surface by Theofanous et al. (2002).  The technique described in this 
paper, based on synchronized high-speed video and infrared thermometry, builds upon those possibilities.  
It was shown that data on surface temperature distribution, bubble departure diameter and frequency, 
growth and wait times, and nucleation site density can be effortlessly measured for all nucleation sites on 
the heater surface.  Moreover, if an IR-transparent heater (e.g silicon wafer) is adopted, the IR camera can 
directly detect the phase distribution on the boiling surface.  All this information could be used for 
validation of advanced numerical models of boiling heat transfer.  Finally, note that, while the data shown 
in this paper were for saturated pool boiling heat transfer, there is no fundamental difficulty in extending 
the technique to flow boiling heat transfer (both saturated and subcooled), which is the physical situation 
of relevance to the nuclear reactor applications. 
 
ACKNOWLEDGEMENTS 

CG’s doctoral project and purchase of the IR camera were supported by the King Abdulaziz City of 
Science and Technology (KACST, Saudi Arabia).  The authors would like to thank Dr. Jim Bales and the 
Edgerton Center at MIT for providing access to the HSV and for their generous support and advice.  Prof. 
Karl Berggren and Dr. Sebastian Strobel of MIT are acknowledged for providing the silicon wafers used 
in this study. 
 
REFERENCES 

 E. Barrau, N. Rivière, Ch. Poupot and A. Cartellier, “Single and double optical probes in air-water 
two-phase flows: real time signal processing and sensor performance”, Int. J. Multiphase Flow, 25(2), 
229-256, (1999) 

 M.G. Cooper, A.J.P. Lloyd, “The Microlayer in Nucleate Pool Boiling”, Int. J. Heat Mass Transfer, 
12, pp. 895-913, (1969) 

 H. J. Chung , H. C. No, (2003), Simultaneous visualization of dry spots and bubbles for pool boiling 
of R-113 on a horizontal heater, Int. J. Heat Mass Transfer 46 2239–2251. 

 J. Du, B. Fix, J Glimm, X. Jia, X Li, Y. Li and L. Wu. A simple package for front tracking. J. 
Comput. Phys. 2006 (213) 613-628 

 C. Gerardi, “Investigation of the Pool Boiling Heat Transfer Enhancement of Nano-Engineered Fluids 
by means of High-Speed Infrared Thermography,” PhD Thesis, Massachusetts Institute of 
Technology (2009) 

 M. Ishii and T. Hibiki, Thermo-fluid Dynamics of Two-phase Flow, Springer, (2006) 
 S. Kim, X. Y. Fu, X. Wang and M. Ishii, “Development of the miniaturized four-sensor conductivity 

probe and the signal processing scheme”, Int. J. Heat Mass Transfer, 43(22), 4101-4118, (2000). 
 L.D. Koffman, M.S. Plesset, (1983), “Experimental observations of the microlayer in vapor bubble 

growth on a heated solid,” J. Heat Transfer, 105(3), August, p 625-632, (1983) 
 N. Kurul, M.Z. Podowski, "Multidimensional effects in forced convection subcooled boiling",  Proc. 

9th International Heat Transfer Conference, Jerusalem, Israel. pp. 21-25, (1990) 
 W.H. McAdams, Heat Transmission (3rd Ed), p. 180, McGraw-Hill, New York (1945) 
 S. Nishio and H. Tanaka, (2004), “Visualization of boiling structures in high-heat flux pool-boiling”, 

Int. J. Heat Mass Transfer, 47, 4559-4568. 
 Osher and R. P. Fedkiw. Level Set Methods: an overview and some recent results. J. Comput. Phys. 

2001 (169) 463—502 
 H.-M. Prasser, A. Bottger, J. Zschau, A new electrode-mesh tomograph for gas–liquid flows, Flow 

Measurement and Instrumentation, 9, 111–119, (1998) 



12 
 

 A. Prosperetti and G. Tryggvason, Computational methods for multiphase flow, Ch. 3, Cambridge 
University Press, (2007). 

 W. J. Rider and D. B. Kothe, Reconstructing Volume Tracking, J. Comput. Phys. 1998 (141) 112-152 
 M. Rudman, A volume-tracking method for incompressible multifluid flows with large density 

variations, Int. J. Numer. Meth. Fluids 1998 (28) 357—378 
 R. Scardovelli and S. Zaleski, Direct numerical simulation of free-surface and interfacial flow, Ann. 

Rev. Fluid Mech. 1999 (31) 567—603  
 J. A. Sethian. Evolution, Implementation, and Application of Level Set and Fast Marching Methods 

for Advancing Fronts. J. Comput. Phys. 2001 (169) 503—555 
 T. G. Theofanous, J. P. Tu, A. T. Dinh and T. N. Dinh, (2002), The Boiling Crisis Phenomenon, J. 

Experimental Thermal Fluid Science, P.I: pp. 775-792, P.II: pp. 793-810, 26 (6-7). 
 G. Tryggvason and B. Bunner and A. Esmaeeli and D. Juric and N. Al-Rawahi and W. Tauber and J. 

Han, S. Nas and Y.-J. Jan. A Front Tracking Method for the Computations of Multiphase Flow. J. 
Comput. Phys. 2001 (169) 708—759 

 Y.H. Zhao, T. Masuoka, T. Tsuruta, “Unified Theoretical Prediction of Fully Developed Nucleate 
Boiling and Critical Heat Flux Based on a Dynamic Microlayer Model”, Int. J. Heat Mass Transfer, 
45, pp. 3189-3197, (2002) 

 



1 
 

CFD SIMULATIONS OF THE FLOW MIXING IN THE LOWER PLE NUM OF PWR’S 
 

G. Pochet, M. Haedens, C.R. Schneidesch, D. Léonard 
 

GDF SUEZ - Tractebel Engineering    
7 Ave. Ariane, 1200 Brussels, Belgium 

Tel: +32 2 773 8386, Fax +32 2 773 8900  
 

 
Abstract 

 To ensure an accurate simulation of the interactions between physical phenomena arising during 
complex accidents, multi-physics approaches are developed at Tractebel Engineering (TE) by coupling 
best estimate codes. In asymmetric conditions, one of the most important issues is the evaluation of the 
core inlet temperature distribution, which is strongly determined by the flow mixing in the lower plenum. 
More accurate modeling of the mixing can be obtained from CFD. Three experimental tests conducted 
during the FLOMIX-R project (Rohde, 2005 ; Toppila, 2004) are simulated. Qualitative code validation is 
made by varying the time step, turbulence model and spatial mesh resolution. The comparison shows that 
the main phenomena observed during the experiments are reproduced in the simulations. In the second 
step a CFD model of the Tihange 3 pressure vessel is developed. Several simulations are performed to 
investigate the effect of different asymmetric conditions on the flow mixing in the lower plenum. The 
simulation results point out the mixing dependency on the considered loop and on its temperature. The 
implementation of the CFD core inlet distributions in the coupled code package at TE has the potential to 
yield a more realistic evaluation of the safety margins in the Final Safety Analysis Report. 

1. INTRODUCTION 
 

Flow mixing in PWR’s is an important phenomenon that plays a significant role in the course of 
particular accidents. More precisely, accidents leading to an asymmetric temperature distribution between 
the loops are of primary concern (steam and feedwater line breaks). During such accidents, the affected 
loop cold leg temperature is different compared to the other cold legs. Flow mixing in these conditions is 
a key parameter because it will determine the temperature distribution at the core inlet. Moreover, since 
the flow temperature strongly influences the neutronic response of the fuel assemblies, its assessment 
requires particular attention for the evaluation of the departure from nucleate boiling ratio (DNBR).  
Because of the strong interaction between thermal-hydraulics and neutronics in these conditions, current 
analyses of these accidents are performed by coupling codes and solving together system thermal-
hydraulics, core thermal-hydraulics and core neutronics. The aim of the present work lies at the interface 
between thermal-hydraulics and neutronics. Indeed, the purpose of the study is to improve the coupled 
methodology developed at TE for assessing SLB (steam line break) and FWLB (feedwater line break) 
accidents, by providing a more accurate modeling of the flow mixing in the lower plenum of the vessel. 

The first step of the work focuses on a benchmark of the ANSYS CFX code. For this purpose the 
experimental results of the steady-state mixing experiments conducted in the FLOMIX-R project (Rohde, 
2005 ; Toppila, 2004) are used. The purpose of this step is to validate the code for single phase turbulent 
mixing in complex 3D structures. Indeed, this validation process is necessary to allow the use of the CFD 
method for the flow mixing analysis in the Belgian PWR’s. An extensive validation work on the 
applicability of CFD methods for simulating the ROCOM mixing experiments has already been 
performed and can be found in the literature (Höhne, 2007 ; Kliem, 2009 ; Prasser, 2003 ; Rohde, 2005 ; 
Rhode, 2007 ; Rhode, 2009 ; Toppila, 2004). The most important conclusions of these previous studies 
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concerning grid and time step size, turbulence models, boundary conditions and numerical schemes are 
used to justify the choices made for the present simulations. The CFD model of the ROCOM pressure 
vessel is built by taking into account the geometrical details of the internal structures. Steady-state 
simulations are performed with several spatial mesh resolutions, and particular importance is given to the 
height of the wall-adjacent cells. Due to limited computer resources, fully mesh-independent solutions 
can not be reached and the optimum mesh is chosen for the transient simulations. Three different 
experiments are simulated, three time step sizes are considered and two turbulence models are tested. The 
comparison of the simulation results with the experimental data shows that the code is able to predict the 
mixing behavior observed in the experiments. However, limited statistical analyses are performed to 
assess the results quantitatively, due to the lack of numerical experimental data. 

The second step of the work consists in developing a CFD model of the Tihange 3 reactor pressure 
vessel, and to quantify the flow mixing in the lower plenum. The objectives of the CFD simulations are to 
assess two main parameters that play a significant role in the current coupled methodology at TE for 
analyzing asymmetric accidents: the loop mixing coefficients and the flow distribution at the core inlet. A 
more accurate description of these objectives is provided in the next section when presenting the TE 
coupled methodology. Since the internal structures are expected to strongly influence the flow mixing, all 
penetrations and their support plates are represented in detail in the lower plenum. Due to time 
constraints, only one mesh is generated. Mesh refinement is applied in regions where high flow gradients 
are expected, and the height of the wall-adjacent cells is specified to yield the recommended range of y+ 
values. Steady-state simulations are performed, and three different cases are studied: one case to simulate 
the normal operation of the reactor during which all three loops are at the same temperature, and two 
additional cases to investigate the influence of the higher affected loop cold leg temperature on the flow 
mixing. The results demonstrate the different mixing behavior of the loops due to the asymmetry of the 
pressure vessel, and show the local influence of the temperature on the flow mixing.  

The structure of this paper is the following. In section 2 the current coupled methodology applied at 
TE for asymmetric accident analyses is presented, in order to justify and describe the objectives of the 
present study. In section 3 the CFD model of the ROCOM pressure vessel is described, and the 
comparison of the simulation results with the experimental data is performed to validate the CFD code. 
Section 4 is dedicated to the CFD model of the Tihange 3 pressure vessel, and assessments of the flow 
mixing are performed for different conditions and discussed with the mixing assumptions implemented in 
the current TE coupled methodology. Finally the conclusions are drawn in Section 5. 

2. COUPLED METHODOLOGY AT TE AND OBJECTIVES OF THE STUDY 

The nuclear reactor accident analyses using best estimate codes provide a better understanding and 
more accurate modeling of the key physical phenomena. However, these key physical phenomena might 
be of different nature (neutronics/thermal-hydraulics) and they can strongly interact during complex 
accidents to have a definite impact on the transient behavior.  It is therefore necessary to ensure an 
accurate simulation of these interactions. Such accuracy can be obtained by means of multi-physics 
approaches which consist of taking simultaneously into account all these different phenomena.  
 At TE, multi-physics approaches are developed by coupling different best estimate codes. Figure 1 
illustrates the data exchange process when coupling the RELAP5 system thermal-hydraulics code to the 
PANTHER1 neutronics code. This approach is used for simulating accidents leading to an asymmetric 
temperature distribution between the loops, like for steam and feedwater line break accidents. To account 
for the different loop flow conditions, the model of the vessel in RELAP5 is split in three sectors, one 
sector corresponding to each loop (Tihange 3 unit, three loops PWR). On the thermal-hydraulics side, the 
flow mixing is modeled by imposing mixing coefficients at the junctions between the lower plenum and 
the core inlet of each sector. On the neutronics side, the flow mixing is modeled in a dedicated interface 

                                                           
1 PANTHER is a computer program developed by British Energy Generation and distributed by the ANSWERS 
Service (Serco Assurance, Winfrith UK). 
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that combines the cold legs enthalpy and mass flow rate calculated by RELAP5, and generates the core 
inlet distribution to be imposed as boundary condition for the PANTHER core model. The current flow 
mixing assumptions rely on conservative distributions derived from a limited number of experimental 
results. Moreover, these experimental results were not collected in the pressure vessel of interest. 
Therefore, more accurate reproduction of the flow mixing can be obtained from CFD simulations that 
allow combining local geometrical effects to flow turbulence. One branch of the improvements at TE of 
the coupling between neutronics and thermal-hydraulics focuses on the implementation of core inlet 
distributions obtained from CFD results. The improved coupled code package will yield a more realistic 
evaluation of the safety margins in the Final Safety Analysis Report. 

 
Figure 1: Data exchange process between the RELAP5 and PANTHER codes in the coupled 

methodology 

3. BENCHMARK OF THE ANSYS CFX CODE 
 

Figure 2 (left) represents the CFD model of the ROCOM pressure vessel. The model has been built 
by following the recommendations found in literature (Rohde, 2007). The flow in the core has been 
modeled by a free flow field, since this simplification is not expected to have a great influence on the flow 
mixing in the lower plenum. On the other hand, since the internal structures significantly affect the flow 
mixing, the complex geometry of the sieve drum has been modeled in detail. Furthermore, the outlet 
nozzles have been represented to take into account the asymmetrical outflow effects at the cold leg 
nozzles. For generating the meshes, the domain has been divided in two parts: the upper part of the vessel 
comprising the cold legs and the downcomer, and the lower part of the vessel composed of the lower 
plenum, the core plate, and the core region. From these two parts different combinations of meshes were 
made (see Table 1). All the generated meshes are unstructured hybrid meshes composed mainly of 
tetrahedral elements, but containing also prisms and pyramids. Using hexahedral meshing particularly for 
the downcomer region is foreseen for future sensitivity studies. When looking at Table 1, in a first step 
the same spatial mesh resolution was kept for the upper part of the vessel, and successive mesh 
refinement was applied for the lower part (sequence of meshes 1-2-3-5). In the second step the same 
spatial mesh resolution was kept for the lower part, and mesh refinement was applied for the upper part 
(sequence of meshes 3-4). Mesh refinement has been performed in regions where higher flow gradients 
are expected: inlet and outlet nozzles connection with the pressure vessel, downcomer extension, sieve 
drum and core plate holes. To capture the boundary layer effects, the height of the wall-adjacent cells has 
been specified to yield the required range of y+ values. The resulting y+ values in the downcomer are 
below 200 for meshes 4 and 5. Figure 2 (middle and right) shows the visualization for one of                                          
the generated mesh (Mesh 5).   
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3.1 Steady-state simulations 
 
 Preliminary steady-state simulations were performed to determine the optimum mesh for the 

transient simulations. For the inlet the same volume flow rate of 185 m³/h was imposed uniformly in each 
cold leg, corresponding to the conditions of the ROCOM-STAT-01 experiment. For the outlet a pressure  
boundary condition was imposed. Following the conclusions found in literature (Rohde, 2007), as the 
results of the steady-state mixing simulations are not very sensitive to the turbulence model, the � � � 
SST turbulence model with automatic wall functions was used for all steady-state simulations. Since 
higher order scheme should be used, the high resolution scheme of ANSYS CFX was used for the spatial 
discretization. Due to limited computer resources, the double precision was switched off. 

 
 

Figure 2: CFD model of the ROCOM pressure vessel (left) and visualization for one of the generated 
mesh (middle and right) 

 
Table 1: Number of volume elements for the different meshes   

Part of the vessel Elements Mesh 1 Mesh 2 Mesh 3 Mesh 4 Mesh 5 

Upper part 598246           

  1046740           

Lower part 666050           

  844172           

  1302528           

  1613230           

 
Figure 3 shows the results obtained with the different meshes for the vertical velocity profile in the 

lower downcomer. The figure also shows the experimental results for two realizations of the ROCOM-
STAT-01 mixing experiment along with their confidence interval (Rohde, 2005 ; Toppila, 2004). It can be 
seen that the calculation results show qualitatively good agreement with the experimental data: minima 
and maxima of the velocity are observed at the same locations. However, the calculated minima and 
maxima are respectively smaller and higher than in the experiments for all calculations. Also there is a 
shift to the left of the calculated velocity profile below loop 3 and 4 compared to the calculations. From 
the results it can be concluded that the refinement of the mesh does not affect significantly the velocity 
profile in the downcomer. For each simulation, the number of calculated velocities located in the 
confidence interval of experiment D10 (curve in red) has been determined. Among the 64 calculated 
velocities, the greatest number is obtained for Mesh 5 with 41 points located in the confidence interval. 
For this reason, the transient calculations have been performed on the optimum mesh 5.   
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Figure 3: Vertical velocity profile in the downcomer  

3.2 Transient simulations 
 

Three different experiments have been simulated: ROCOM-STAT-01 (nominal flow rate in all 
loops), ROCOM-STAT-08 (10 % asymmetry between two loops, nominal total flow rate) and ROCOM-
STAT-09 (20 % asymmetry between two loops, nominal total flow rate). A scalar variable simulating the 
tracer was imposed in one loop for 7 seconds. Three time step sizes were considered: 0.1, 0.05 and 0.02 s. 
Also two turbulence models were used: the � � � SST turbulence model with automatic wall functions 
was used for the three experiments and the � � � model with scalable wall functions was used for 
experiment ROCOM-STAT-08.   

Figure 4 gives the experimental (Toppila, 2004) and simulation results for the time evolution of 
the mixing scalar at both downcomer sensors, for the experiments with growing asymmetry. For the 
simulation results, each of the 64 measurement positions located along the middle radius of the 
downcomer sensors was used at each time step (0.05 s). It can be seen that the simulation results 
correspond quite well to the experiments. Indeed, in both the experiments and the calculations it is 
observed that  the sector covered by the tracer in the downcomer increases with the loop flow rate, the 
right border being displaced towards the closest adjacent loop of the tracer injection. At the lower 
downcomer sensor, it is clearly seen in the experiments with loop asymmetry that the tracer splits and that 
the highest concentrations stay at the left border. Despite the concentrations are overestimated near to the 
right border, this effect is also visible in the calculations. The small line of tracer due to a recirculation 
area in the downcomer (Toppila, 2004) is predicted in the simulations, but only at the upper downcomer 
sensor, while at the lower sensor this small amount of tracer is back to the bulk. Finally, the small area 
with zero concentration at the tracer front for the lower sensor is also reproduced. This area is observed 
between azimuthal positions corresponding to the inlet and outlet nozzles of loop 1, and is due to the 
velocity profile in the lower downcomer. Indeed, at this azimuthal position the velocity reaches a 
minimum (see Figure 3). The influence of the time step on the results was found to be negligible. 
However, the � � � SST turbulence model was found to give better results than the � � � model. Indeed, 
with the � � � model for experiment ROCOM-STAT-08 the zero concentration area at the tracer front in 
the lower downcomer is exaggerated.  

Figure 5 shows the experimental (Toppila, 2004) and calculated plateau averaged mixing scalar at 
the core inlet for experiment ROCOM-STAT-01. As it can be seen from this figure the contours in the 
calculations have a different shape compared to the contours observed in the experiment. Indeed the 
contours are less closed in the calculation, which means that the highest spot of tracer is more spread in 
the calculation. The maximum value of the mixing scalar is 3 % lower in the calculation, but its location 
is close to the experimental results (1 assembly position next to the real location). When comparing both 
figures it can be seen that the calculation predicts higher values for the mixing scalar in the region near to 
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the closest adjacent loop of the tracer injection. This higher tracer concentration in this region was already 
observed in the downcomer (see Figure 4). It can also be seen that the calculation predicts lower values 
for the mixing scalar at the border of the tracer sector and that the sector covered by the tracer is smaller 
in the calculation. As for the tracer distribution at the downcomer sensors, no influence of the time step on 
the contours has been observed either.   

Figure 6 shows the experimental (Toppila, 2004) and calculated plateau averaged mixing scalar at 
the core inlet for the experiment ROCOM-STAT-08. The agreement between the experiments and the 
calculation results is better than for the nominal flow rate case. Indeed, the shape of the contours is 
similar. The location of the calculated maximum is close to the experiment (1 assembly position next to 
the real location) and the calculated value is 1.8 % lower. However, the distribution of the errors is 
identical than for the nominal flow rate case: the tracer concentrations are higher near to the position 
corresponding to the closest adjacent loop of the tracer injection, and lower concentrations are found at 
the border of the tracer sector.  

 

 
               ROCOM-STAT-01          ROCOM-STAT-08          ROCOM-STAT-09  

 
               ROCOM-STAT-01          ROCOM-STAT-08          ROCOM-STAT-09  

 
Figure 4: Time evolution of the mixing scalar at the downcomer sensors for the experiments with growing 

asymmetry (simulation results are shown for the k-ω SST turbulence model)   
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Figure 5: Plateau averaged mixing scalar at the core inlet sensor for experiment ROCOM-STAT-01    
 

              
 

Figure 6 : Plateau averaged mixing scalar at the core inlet sensor for experiment ROCOM-STAT-08 
(simulation results are shown for the k-ω SST turbulence model)            

 
For the quantitative assessment of the results, the root mean square of the errors was calculated: 
 
Error� 	 Calculated� � Measured�                    (1) 

 

�������� 	 ��
� ∑ ��������� �                    (2) 

                                    
where i goes through all the measurement positions and n is the total number of measurement positions. 
Table 2 gives the calculated root mean square errors for the different calculations. As expected the RMS 
error is higher for experiment ROCOM-STAT-01 and lower for the experiments with loop asymmetry. 
The best agreement with the experimental results is obtained for experiment ROCOM-STAT-08. As for 
the tracer distribution at the downcomer sensors, the � � � SST turbulence model gives better results 
than � � �. 

Future sensitivity studies are foreseen on hexahedral meshing, and particularly in the downcomer 
region. If feasible, some regions in the lower plenum should also be meshed with hexahedral elements. 
Indeed, the low mesh quality obtained in the lower plenum when using tetrahedral elements in this 
complex geometry is thought to be partly responsible for the disagreements observed at the core inlet. 
Using hexahedral elements is expected to decrease numerical diffusion and to give insight on these 
disagreements. 
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Table 2: RMS error for the different simulations 
Experiment RMS error [%] 

ROCOM-STAT-01  18.0 
ROCOM-STAT-08 (� � � SST turbulence model) 9.1 
ROCOM-STAT-08 (� � � turbulence model) 12.4 
ROCOM-STAT-09 12.1 

 

4. FLOW MIXING ASSESSMENT IN THE TIHANGE 3 RPV 
 

Figure 7 represents the CFD model of the Tihange 3 pressure vessel. Since the work focuses on 
flow mixing in the lower plenum, the flow has been modeled from the inlet nozzles up to only 1/5 of the 
core height. The fuel assemblies have not been represented in detail, but instead the core free surface was 
extruded (section available for the flow in the core when omitting all fuel assemblies). This baffle shaped 
like volume modeling the flow in the core will be treated by the code as two different regions (see right 
side of Figure 7). The first part will be treated as a fluid region since it models the flow at the foot of the 
fuel assemblies, and there it might be assumed that the section available for the flow is the same as the 
core free surface. The second part which represents 1/5 of the active core region will be treated by the 
code as a porous region. This simplification is acceptable since the active core volume is dense in regular 
structures (157 fuel assemblies, each of them composed of a 17x17 fuel rods pattern). There are four 
thermal shields in the downcomer. The bottom instrumentation consists of 50 penetrations held by 3 
support plates. The penetrations have not been modeled in detail, but instead they have been represented 
by one cylinder with constant section. There are four holders for the core barrel, and three of them are 
visible on Figure 7. At the core inlet plate, each fuel assembly inlet consists of four water holes. Each of 
the 50 bottom penetrations is centered on a fuel assembly, that is, in the middle of four water holes. 

Given the complexity of the model, the domain was divided in four parts that were meshed 
separately: the downcomer, the lower plenum, the foot of the assemblies and the active core region. Due 
to time constraints, no mesh sensitivity has been performed but a single fine unstructured hybrid mesh 
was generated (tetrahedral, prismatic and pyramidal elements). Future sensitivity studies are foreseen on 
mesh resolution and on hexahedral meshing. Table 3 gives the number of elements for each part of the 
domain and for the total domain. To yield the required range of y+ values, the height of the wall-adjacent 
cells was specified to 0.05 mm. Mesh refinement has been performed in regions near to the inlet nozzles 
connection with the pressure vessel, the outlet nozzles, the thermal shields, the bottom penetrations and 
their support plates, and the core plate water holes. 

  
 

Figure 7: CFD model of the Tihange 3 pressure vessel (left) and core model (right) 
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Table 3: Number of mesh elements for each part of the domain and for the total domain 

Part Number of elements 
Downcomer 2252145 
Lower plenum 2108509 
Assemblies foot 43018 
Active core region 254764 
Total model 4658436 

For the inlet boundary condition, the loop volume flow rate to be considered amounts to      
22380 m³/h. The inlet boundary condition was imposed by specifying the following developed 
velocity profile for each of the three inlets: 
 

!"�# 	 !$%&"1 � (
�#)

*                  (3) 
 
where Umax is the maximum velocity reached at the centre of the cold leg inlet, which has to be calculated 
to obtain the correct volume flow rate, R is the internal radius of the cold leg, and r is the radial position 
on the section of the cold leg inlet. A pressure boundary condition was imposed for the outlet. The 
� � � SST turbulence model was used for all the simulations, since this model gave the best results for 
the ROCOM calculations. Three different cases were studied, depending on the temperature condition in 
each loop: 

- Case 1 : T = 293.5°C for each loop 
- Case 2 : T = 336.8°C for loop 2, T = 293.5°C for loops 1 and 3 
- Case 3 T = 336.8°C for loop 3, T = 293.5°C for loops 1 and 2 

The value of 293.5°C corresponds to the nominal temperature, while 336.8°C corresponds to the 
maximum temperature reached in the reference case for a FWLB calculated with the RELAP5 system 
code at TE. The aim of the second and third simulations is to analyse the influence of the temperature on 
the flow mixing.  

4.2 Mixing coefficients 
 

To quantify the mixing coefficients, a scalar tracer variable was defined for each loop. Since the 
mass flow of the tracer variables is conserved over the simulation domain, the mixing coefficients can be 
determined by the following equation: 
 

+��, . /.0.12 3�455.3.416 	  7 89:; <=>?@ABCD
7 89:; <=>ACD@

 E 100                   (4) 

 
where Asector is the section of the core inlet sector associated to loop i, Acore is the total section at the core 
inlet, v is the vertical component of the velocity, and Φi is the scalar tracer variable associated to loop i. In 
order to be conservative, the core inlet sectors are defined in such a way that they maximize the mixing 
coefficients. Indeed, in safety analyses of asymmetric accidents, conservative assumptions have to be 
made concerning the flow mixing. Sectors have also been implemented in the downcomer, in order to 
distinguish the mixing in the downcomer from the mixing in the lower plenum. The application of 
equation (4) for calculating the mixing coefficients in the downcomer is straightforward. To determine the 
sectors configuration, a sector of 120° was defined. Starting from a position, the sector was successively 
rotated by 1° until 360° and the mixing coefficients were evaluated after each rotation. Table 4 gives the 
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mixing coefficient in the downcomer and at the core inlet for each loop resulting from this analysis. As it 
can be seen from the table, the mixing coefficients are not equivalent for the three loops. This is due to the 
asymmetry of the reactor pressure vessel. Indeed, the pressure vessel has three loops but four thermal 
shields and four holders for the core barrel are found, and the water holes in the core inlet plate do not 
present one third symmetry. Moreover, the position of the bottom penetrations as well as the geometry of 
the support plates is not symmetric around the vessel either. The different mixing behavior of the loops 
can be observed on Figure 8 which gives the tracer distribution at the core inlet for each loop. This 
analysis of the mixing coefficients demonstrates the conservatism used in the current coupled 
methodology. Indeed, the value considered for the core inlet mixing coefficient in the RELAP5 split 
vessel model amounts to 85 %. Therefore, it is expected to gain some margin limits in the safety studies if 
the mixing coefficients calculated by the CFD method are considered in the RELAP5 split vessel model.  
  

Table 4 : Calculated mixing coefficient (case 1)  
 

Mixing coefficient [%] 

Region Loop 1 Loop 2 Loop 3 

Core inlet 53.4 68.1 59.5 

Downcomer 68.4 91.2 92 

 

 
Figure 8 : Tracers distribution at the core inlet (case 1) 

 
The geometry of the reactor pressure vessel has been analyzed in more details and it has been 

found that the different mixing behavior of the loops is mostly due to the holders for the core barrel and 
the thermal shields. When looking at the values given in Table 4 for the mixing coefficients, it is found 
that the mixing coefficient of loop 1 in the downcomer is well lower compared to the mixing coefficients 
in the downcomer of both other loops. From Figure 9 it can be seen that this is partly due to the holders 
for the core barrel. Indeed, this figure shows that both streams coming from loop 1 reach the location of a 
holder. Therefore, by going round this obstacle the flow coming from loop 1 gives a higher mixing. In 
contrary, it is seen that the streams coming from loop 2 barely reach the holder, and therefore loop 2 gives 
a lower mixing. The streamlines coming from loop 3 are not presented here, but the influences of the 
holder is somewhat higher than for loop 2, and as a result loop 3 gives an intermediate mixing. It is 
thought that the thermal shields in the downcomer also influence the mixing of the loops differently. 
More precisely, the thermal shields are thought to have an influence on the rotation of the flow. Indeed, 
the different intensity of the rotation between the loops might be due to the arrangement of the thermal 
shields around the downcomer that do not influence all loops in the same way. However, the effect of the 
thermal shields could not be analyzed in more details and therefore no conclusions should be taken so far.  
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Figure 9 : Flow streamlines (case 1) coming from loop 1 (left) and from loop 2 (right) 

4.3 Influence of the temperature on loop mixing coefficients 
 
The aim of the second and third simulations is to analyze the influence of the temperature on the flow 
mixing of the loop with different temperature condition. With the same method as previously, the 
calculated loop 2 mixing coefficient amounts to 68.2 %, whereas for case 3 the loop 3 mixing coefficient 
is 63 %. When comparing those values to the one obtained for loop 2 and 3 in case 1 (same temperature in 
all three loops, see Table 4), it can be concluded that the mixing coefficient of the affected loop does not 
change much with the temperature. This conclusion can also be observed on Figure 10, when comparing 
it to Figure 8. Indeed, it is found that the tracer distribution of loop 2 and 3 at the core inlet does not 
change much compared to case 1. However, the mixing coefficients are global values, since the tracers 
mass flow is evaluated on a 120° sector. If the tracers distribution is analyzed locally at the scale of the 
fuel assemblies, the effect of temperature is more pronounced as it will be seen in the next section 
covering the flow distribution maps. 

 
 

Figure 10 : Loop 2 tracer distribution at the core inlet for case 2 (left) and loop 3 tracer distribution at the 
core inlet for case 3 (right) 

4.4 Flow distribution maps 
 
The method used above for calculating the loop mixing coefficients can be generalized to derive flow 
distribution maps. More precisely, the mass flow of each tracer through each assembly has been 
calculated: 
 



12 
 

/G :;,I 	  7 JKL�=I                    (5) 

 
where /G :;,I is the mass flow of tracer i through assembly j and Aj is the flow section of assembly j. By 

dividing /G :;,I by the total mass flow of assembly j, the ratio of the total assembly mass flow coming from 
the different loops is obtained: 
 

0�,M 	 $G N;,I
$OG                     (6) 

where 0�,M is the ratio of the total mass flow through assembly j coming from loop i and /G M is the 
total mass flow through assembly j. By following this method flow distribution maps can be produced 
that give the contribution of each loop to the assemblies’ mass flow. Figure 11 gives the flow distribution 
map of loop 2 for case 1 and 2. As already explained in the previous section, the effect of the temperature 
on the flow mixing is more pronounced when considering those maps since they give a local evaluation of 
the flow mixing in contrast with the global evaluation given by the loop mixing coefficients. Based on the 
results of case 1, three maps have thus been derived (one for each loop). These are called the basic maps. 
It is observed that these basic maps are sensibly different depending on the loop to be considered. As 
explained before, this is due to the asymmetry of the reactor pressure vessel. Additional maps taking into 
account the effect of temperature have also been derived for loop 2 and 3. The coupled code package 
presented in section 2 can be improved by implementing these flow distribution maps, which give a more 
accurate modeling of the flow mixing. Indeed, the current PANTHER temperature distribution model 
considers flow distribution maps in six regions. The sensibility of the safety criteria to the new derived 
flow distribution maps for the asymmetrical transients will be assessed by sensitivity studies. This will be 
the next step of the present work.  
 

  
 

Figure 11: Flow distribution map of loop 2 for case 1 (left) and case 2 (right) 

5. CONCLUSION 
 

In the present study, CFD simulations have been used to assess the flow mixing in the reactor 
pressure vessel of Tihange 3. The realistic assessment of flow mixing is of particular importance for 
safety analysis, and more precisely for the evaluation of accidents leading to asymmetrical loop 
temperature conditions like for steam and feedwater line breaks. Before achieving the objectives, a 
benchmark of the CFD code has been performed. This validation step was necessary to demonstrate the 
potential of the CFD method to predict the relevant phenomena intervening in steady-state mixing 
conditions. To this end, CFD simulations of several steady-state mixing experiments conducted at the 
ROCOM facility were performed. The comparison of the CFD results with the experimental data has 
shown that the CFD results are qualitatively in good agreement with the experiments. Indeed, the relevant 
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physical phenomena observed in the experiments are also predicted in the CFD simulations. The 
asymmetrical velocity profile and the angular distribution of the flow in the downcomer were particularly 
in good agreement, as well as their variation with the loops flow rate asymmetry. At the core inlet the 
CFD results showed more differences with the experimental data. Indeed, it has been observed that the 
CFD simulations overestimate the mixing scalar at one side of the tracer sector. Further sensitivity studies 
should be performed on hexahedral meshing, which might decrease numerical diffusion and give insight 
on the disagreements observed at the core inlet.  

For the simulations of the flow mixing in the Tihange 3 pressure vessel, the results have shown 
that the mixing assumptions used in the current safety analyses are conservative. Indeed, the RELAP5 
mixing coefficients implemented in the current model are well higher (85 %) compared to the mixing 
coefficients calculated with the CFD method (less than 65 %). The analysis has also shown that the 
mixing behavior is not equivalent between the different loops, due to the asymmetry of the reactor 
pressure vessel. This effect has been investigated in more details and the difference is thought to come 
from the upper part of the vessel, and more precisely from the holders for the core barrel and the thermal 
shields. The effect of temperature on the flow mixing of the loop with different temperature condition has 
been analyzed and it has been shown that this effect is negligible on the loop mixing coefficient. 
However, the influence of the temperature can be important locally as it has been shown on the flow 
distribution maps. With their implementation in the coupled code package, the results of the CFD 
simulations have the potential to improve the current safety analyses. Indeed, the consideration of these 
results would yield a more realistic assessment of the transients behavior.  
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Abstract 
 
Due to the high effectiveness of direct steam condensation, it is being considered for use as a passive 
safety system in the design of a next generation 1400 MWe PWR, the APR1400.  In order to gain an 
understanding of the physical principles governing direct condensation in a high speed steam jet, two 
independent models have been developed, cross compared, and validated with experimental data (Kim 
2001).  The first, a simplified model, uses a combination of the Lagrangian and Eulerian frames of 
reference to analyze the hydrodynamic behavior of liquid droplets present in the steam jet as well as 
predict the rate of condensation on a typical droplet.  The second is a more complex computational 
multifield fluid dynamics model (CMFD) implemented in the state-of-the-art computer code NPHASE-
CMFD.  The simplified model is calibrated to experimental data and the results are used to generate 
boundary conditions for the CMFD model.  Also, a condensation heat transfer model developed in the 
Lagrangian frame of reference in the simplified model has been translated into the Eulerian perspective 
for use with the CMFD model.  It is shown that the predicted droplet concentration profiles, centerline 
temperature of the jet, and overall steam condensation rate are consistent with experimental observations. 
 
1. INTRODUCTION 

A passive safety system which vents steam into the in-containment refueling water storage tank (IRWST) 
is being considered in the design of a Korean advanced pressurized water reactor (APR1400).  In the past, 
a similar concept has been used in BWRs, but it is a novel approach as applied to PWRs (Moon, 2009).  
The high effectiveness of direct steam condensation allows for a significant risk reduction of containment 
failure in the case of a LOCA.  However, because of the intricacies of the interaction between a steam jet 
and the surrounding water, significant combined experimental, theoretical and computational research is 
needed to understand the underlying governing principles. 
CMFD is an important tool in the field of nuclear reactor safety analyses.  With the ever growing 
capabilities of modern computers, it is becoming possible to simulate complex interfacial phenomena, 
such as direct condensation of a high speed steam jet in a pool of subcooled water.  The objective of this 
paper is to present and discuss theoretical and computational modeling concepts in an effort to produce a 
consistent method for analyzing direct steam condensation, as well as to compare the results of 
predictions to available experimental data.   
In the evidence presented by Kim (2001), instabilities in the steam-water interface were observed to cause 
local atomization of the liquid phase, producing microscopic sized droplets.  These droplets are ejected 
from the interface and travel throughout the jet.  Understanding the interaction between the steam and the 
droplets is the key to analyzing the behavior of the jet.  Two independent models have been developed for 
this purpose.   
The first is a simplified, theoretical model which uses the combined Eulerian and Lagrangian systems of 
reference to follow droplets as they move through the jet.  Heat transfer to a droplet is a transient 
phenomenon which strongly depends on the time the droplet is exposed to steam, and is weakly 
dependent on the specific path of the droplet through the flow.  This process is dominated by the latent 
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heat released by the condensing steam.  The Lagrangian frame of reference allows one to obtain a 
rigorous solution for the time dependent temperature profile inside a droplet to predict the rate of 
condensation on the droplet surface, the rate at which the droplet heats up, and the rate of growth of the 
droplet.  The simplified model then solves the momentum and energy balance equations for individual 
droplets in the Lagrangian system of reference and translates the results into the Eulerian system of 
reference.  This provides a description of the flow in the Eulerian perspective, which can be compared to 
a detailed CMFD model.  The simplified model was used to parametrically study the effects of different 
droplet sizes and the velocity at which droplets enter the jet.  This model has been calibrated against the 
experiment in order to provide reasonable boundary conditions for the CMFD simulation.   
The second is a more complex CMFD model which has been implemented in the state-of-the-art 
computer code, NPHASE-CMFD (Tiwari, 2006).  Since the simplified model does not predict the effect 
of the droplets on steam flow conditions, a complete CMFD model is necessary to capture the underlying 
local phenomena.  The NPHASE-CMFD code solves the individual transport equations for mass and 
momentum, coupled or uncoupled; energy; and k and ε turbulence quantities individually for the 
continuous steam and dispersed droplet fields.  It has been designed from the ground up as a 
multiphase/multicomponent solver and seamlessly handles the interactions between various phases.  The 
code works with both structured and unstructured grids (Gallaway, 2009).  Through the use of additional 
user routines, the code can be customized to handle specific problems, such as condensation mass 
transfer.  The formulation of the governing equations is based on the ensemble-averaging concept 
(Podowski, 2009).  Phenomena modeled by the CMFD model include the entrainment of droplets by the 
jet, interfacial forces between the droplets and the steam jet, condensation heat transfer from the steam to 
the droplets, as well as the effects of local velocity fields and droplet concentrations.  This study uses the 
coupled mass/momentum solver, with the k-ε turbulence model for the steam phase.  The results obtained 
from the CMFD simulations have been compared to those obtained from the simplified model, and both 
have been validated against the experimental data of Kim et al (2001). 
 
2. OVERVIEW OF EXPERIMENTAL RESULTS 

The Advanced 1400 MWe Power Reactor (APR1400) is scheduled to be in commercial operation in 
Korea by the mid 2010s.  The new design features include four mechanically independent trains for the 
safety injection system with a Direct Vessel Injections (DVI) mode.  Each of the four SITs has a fluidic 
device which passively controls the discharge rate into the reactor coolant system during the refill and the 
reflood phases.  The benefit of the fluidic device is the elimination of the LPSI (low pressure injection 
system) pump from the safety injection system.  The in-containment water storage (IW) system in the 
APR1400 consists of the IRWST, the holdup volume tank (HVT) and the cavity flooding system (CFS).  
The IRWST, which is an annular tank in the lower part of the containment, is designed to be used as a 
water source for the cavity flooding and the containment spray systems and also as a discharge location 
for the primary system’s safety bleed operation.  As the hydrogen generated from the reactor core is 
blown to the IRWST through the pressurizer, the hydrogen–steam behavior in the IRWST during a 
hypothetical severe accident is very important in the APR1400 containment in terms of steam 
condensation, hydrogen flame acceleration and DDT (deflagration detonation transient) in the IRWST.  
During the accident, water discharged from breaks of the RCS boundary and from the containment sprays 
is collected in the HVT and flows back into the IRWST when its level reaches the IRWST spillways.  The 
APR1400 adopts an IVR-ERVC (in-vessel retention ex-vessel cooling) strategy for severe accident 
management aiming to preserve reactor vessel integrity.  The CFS is designed to provide water to the 
reactor cavity from the IRWST.  In addition, PARs are installed in the containment as hydrogen 
mitigation features in the APR1400.  PAR is known as a passive and very effective long-term hydrogen 
removal system, though it may encounter limitations in the case of a large, instantaneous release. 
The experimental study of Kim et al (2001) on direct contact condensation of a stable steam jet 
discharging into a quenching tank with cold water has been used as a reference point in the development 
and validation of the presented models.  The objective of this study was to take measurements of direct 
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contact condensation of a stable steam jet discharging into a quenching tank filled with cold water.  As 
seen in Fig. 1, the test facility used to observe steam jet condensation in a liquid pool consisted of a steam 
generator, a quench tank, a drain line, a coolant supply line, a steam supply line, a preheat line, valves, 
and the necessary instruments.  The steam generator’s maximum operating pressure was 1.03 MPa, and 
the maximum steam flow rate was 1000 kg/hr.  The system produced a steady flow of steam at a quality 
higher than 99 %.  The horizontal quenching tank was open to the atmosphere, and its diameter and length 
were 1 m and 1.5 m, respectively.  
 

 
Fig. 1:  Diagram of the experimental test facility (Kim, 2001) 

 
Throughout the experiments, two steam jet shapes were typically observed. A conical shape of the steam 
jet was always observed for the 20 mm nozzle and an ellipsoidal shape was always observed for the 5 mm 
nozzle.  Two typical results are shown in Fig. 2.  For the nozzles between 5 and 20 mm, both jet shapes 
could be observed depending on the steam mass flux and pool temperature. Both shapes were stable in 
view of their condensation mode since the steam-water interface was relatively clear.  Also, the steam jet 
expansion ratios, the dimensionless steam jet lengths and the average heat transfer coefficients were 
determined as functions of the steam mass flux and pool temperature.  

 

  
(a) (b) 

Fig. 2:  Photographs of the steam jet (Kim, 2001): (a) conical shape jet, (b) ellipsoidal shape jet.  Distance 
marked at 20mm intervals.  The dashed line indicates the analysis domain used in this paper. 
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Typical K-type thermocouples were used to measure the temperature distribution inside the two phase jet.  
The expected bias error from these instruments was +/- 1.5 °C.  The measurements were taken several 
times at each location, and the associated statistical errors were practically negligible compared to the 
instrument errors.  The locations of the thermocouples were initially set to the desired positions with a 
high accuracy.  At the conclusion of the experiments, these locations were measured again and no 
displacements were observed.  Therefore, it was concluded that the location errors were also negligible. 
 
Typical measured temperature distributions in the steam jet and in the surrounding pool water are shown 
in Fig. 3 for four different pool temperatures.  As can be seen in this figure, the centerline temperatures 
inside the steam cone did not change initially, and then dropped rather sharply at a distance of 10mm 
from the inlet.  

 
Fig. 3:  Temperature measurements of the two-phase mixture at the centerline of the jet (Kim, 2001). 

 
 
3. SIMPLIFIED, THEORETICAL MODEL FORMULATION 

The rationale behind the development of a two-dimensional model was to gain insight into the physical 
phenomena governing the interaction between liquid droplets and condensing steam based on purely 
theoretical considerations.  The model follows the progression of individual droplets through the steam 
jet.  The domain used to model the steam jet is taken as a 2 cm wide, 10 cm long channel.  This is 
represented by the dashed line in Fig. 2a, which overlays the domain on the actual steam jet.  
Due to the high speed of the steam jet, the dominant force acting on the droplets within the domain is 
drag.  It is expected that the turbulent breakup of the steam/liquid interface will produce droplets with 
initial velocities covering a large spectrum of values.  The total population of the newly born droplets thus 
has been divided into several groups with each corresponding to a different velocity at injection.  Each 
group is simulated individually and the cumulative local droplet concentration can be determined by 
adding together the contributions from each group of droplets.   
The equations of motion for each group of droplets in the axial (x, u) and lateral (y, v) directions have 
been obtained from the corresponding force balance. 
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Here, ( ) 00 uu =  and ( ) 00v v=  are the initial droplet velocities at injection and 0u  varies with different 

droplet groups. 
The drag coefficient has been determined from a standard model for small spherical particles, as a 
function of the relative Reynolds number.  In general, these equations must be solved numerically in order 
to account for the effects of increasing droplet diameter due to condensation, as well as of changing drag 
coefficient.  However, based on test calculations it has been found that due to a short distance covered by 
the droplets and high liquid-to-steam density ratio, the increase in droplet diameter is minimal and the 
drag coefficient is inversely proportional to the droplet Reynolds number.  This, in turn, allows for 
obtaining an analytic solution for the velocity components in the Lagrangian frame of reference 
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By converting Eqs.(3) and (4) into the stationary (Eulerian) frame of reference, both velocity components 
can be expressed as functions of position across the steam jet. 
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Because all droplets start from the same boundary, these equations are therefore valid for all droplets of a 
given field.   
Interestingly, both velocity components vary linearly with the transverse coordinate.  Due to the small 
diameter of the steam jet and the high velocities associated with the droplets, it is expected that they will 
be unable to slow down significantly within the jet domain and their traced paths will be nearly linear.   
With the velocity components and boundary conditions independent of the axial coordinate, it follows 
that the concentration of droplets in each group should also be independent.  The superficial velocity of 
the droplets in the transverse direction must then remain constant if mass transfer due to condensation is 
neglected.  Using the expression for the velocity distribution in the lateral direction, the volume fraction 
across the jet can be found 
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It is important to notice that the results shown above are based on several simplifying assumptions.  
However, many of these assumptions can be readily removed at the expense of losing the clarity of an 
analytic solution but with no significant impact on the solution accuracy.  Thus, the results of predictions 
shown in the last section of the paper have been obtained by numerically solving Eqs. (1), (2) and (7) for 
a variable droplet diameter and a rigorous model of drag coefficient.  Then, to determine the rate of 
droplet size change along the flow, the kinematic part of the model has been coupled with the 
steam/droplet interfacial heat transfer model. 
The direct-contact energy transport between condensing steam and subcooled liquid droplets is due to two 
mechanisms: latent heat released due to condensation and heat conduction inside the droplets.  A single 
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water droplet can be modeled as a sphere surrounded by a thin interface at the saturation temperature.  
The energy equation for the droplet including the interface is 

( )
dt

dm
hqhm

dt

d s
gsdd −=   (8) 

where sq is the convective heat transfer rate from the steam to the interface.  If only the droplet without 

the interface is considered, the energy equation becomes 

( )
dt

dm
hqhm

dt

d d
fddd +=   (9) 

where dq  is the conductive heat transfer rate from the interface into the droplet.  After rearranging, the 

heat transfer equation at the interface between the condensing steam and a liquid droplet becomes 

dt

dm
hq

dt

dm
hq d

fd
s

gs +=−   (10) 

where 

ds
sd

dt

dm

dt

dm
−Γ=−=   (11) 

is the steam condensation rate.  Since in the present case, steam superheat can be ignored, Eq.(10) 
simplifies to 

ddd
d

fg qAq
dt

dm
h ''==   (12) 

where 2
dd DA π=  is the droplet surface area and  dq ''   is the heat flux due to conduction inside the droplet 

volume. 
From the Fourier law, the heat flux into the droplet can be modeled 
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For spherical droplets, the radially-dependent droplet temperature is given by the heat conduction 
equation in spherical coordinates 
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Where fα  is the thermal diffusivity of the droplets.  Defining the dimensionless variables as 
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Eq.(14) with the appropriate boundary conditions yields the following solution 
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where the coefficients, nλ , are given as the roots of 

( ) Binn =− λλ cot1   (18) 
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and 
2R

t
Fo

fα
=  and 

k

DH
Bi deq

2
=

 
are the Fourier and Biot numbers respectively. 

Rigorously speaking, Eq.(17) has been obtained for constant-diameter spheres.  However, because the 
change in droplet diameter due to condensation is very small, it is still applicable to the current situation.   
Since the interface between a droplet and the steam is assumed to have a constant temperature 

∞=Bi   (19) 
and the roots of Eq.(18) become 

πλ nn =   (20) 

Consequently, Eq.(17) simplifies to 
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Differentiating Eq.(21) with respect to ∗r  
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yields the following expression for the temperature gradient at the surface of the droplet 
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Converting Eq.(23) into a dimensional form and substituting into Eq.(13), the surface heat flux becomes 
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Fortunately, the series in Eq.(24) converges very fast, so that a relatively small number of terms are 
sufficient to obtain an accurate estimate of the heat flux.   
For a given heat transfer rate, the time-dependent mass of a droplet can be determined from the rate of 
condensation 

( ) ( ) 0

0

3 ''
6

mdttDtm
t

dsfd +Γ== ∫ −
πρ   (25) 

The time-dependent average enthalpy of a droplet was then found from Eq.(9). Since the hydrodynamic 
model predicts the location of droplets at any given time, the time-dependent temperature of individual 
droplets in the Lagrangian system can be readily converted into a position-dependent temperature of the 
groups of droplets in the Eulerian system of reference.   
 
 
4. CMFD MODEL FORMULATION 

The CMFD model relies on the same basic phenomenological models as the simplified model.  However, 
the condensation model has been developed specifically for the Lagrangian perspective.  In order to make 
use of it in the CMFD model, it must be translated into the Eulerian perspective. 
Assuming that heat transfer is into the droplets at all times, for any given time a droplet will have a 
unique mean temperature.  The temperature gradient at the surface of the droplet can then be expressed as 
a function of mean temperature rather than time and the heat flux into the droplet becomes 
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The temperature gradient is found a priori and used as input to the CMFD model.  It is plotted in Fig. 4 as 
a function of Fourier number and as a function of mean temperature.  The complete multifield model of 
gas/droplet flow has been implemented in the NPHASE-CMFD code (Antal et al., 2000).   
 
 

 

Fig. 4:  Temperature gradient at the surface of a droplet as a function of (a) Fourier number and (b) mean 
droplet temperature.  

 
 
5. RESULTS OF CALCULATIONS 

In both models the total population of droplets has been divided into five groups.  Based on extensive 
parametric testing on the effect of individual assumptions, the following boundary/initial conditions have 
been obtained for use in the final comparisons against data.  Droplets 300 µm in diameter have been used, 
the initial droplet temperature has been prescribed equal to the water pool temperature (40 °C), and the 
transverse droplet injection velocity has been assumed to be 70 m/s.   
In the simplified model, the steam velocity does not change and the initial droplet velocity in the axial 
direction remains constant.  Conversely, the CMFD model is capable of capturing the effect of droplets on 
condensing steam.  Thus, the corresponding boundary conditions have been modified, and the droplet 
axial velocities have been defined as fractions of the average steam velocity along the flow.  For a 
constant steam velocity of 412 m/s, these boundary conditions would exactly match those used in the 
simplified model.   
Since, due to the steam inlet superheat, condensation in the experiments starts at about 10 cm from the 
injection location, the inlet to the computational domain in the NPHASE-CMFD simulations has been 
shifted downstream from the nozzle by the same distance.  This is shown in Fig. 2a.  Because of the short 
distance from the jet injection opening, combined with a high steam velocity, a nearly-uniform steam 
velocity profile has been used at the inlet to the NPHASE-CMFD domain.   Furthermore, to confirm the 
consistency of the jet inlet boundary conditions used in the simulation, the effect of the assumed jet 
velocity profile has been parametrically tested, from the 1/7 power law to uniform.  It was observed that 
using the different profiles had no effect on the predictions of the steam condensation process.   
To follow the best practice guidelines, a grid convergence study has been performed for the NPHASE-
CMFD-based computational model.   Specifically, the predictions obtained using two different grids have 
been compared against each other.  First, a coarse grid, consisting of 25x25 elements was used.  Then, the 
simulations were repeated using a fine grid consisting of 45x45 elements.  Both grids are shown in Fig. 5, 
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and the corresponding results are presented in Fig. 6.  As can be seen, the results for both meshes are very 
close to each other.  Thus, it has been concluded that even the coarser grid produces, for all practical 
purposes, nearly-grid-independent predictions. 
 

  
(a) (b) 

Fig. 5:  Grids used in the grid-independence study, (a) 25x25 coarse grid, (b) 45x45 fine grid.  
 
 

  
(a) (b) 

Fig. 6:  Comparison of the results for the fine and coarse grids, (a) droplet concentration across the jet and 
(b) local droplet concentration along the centerline of the jet.  Solid lines indicate the fine grid; dashed 

lines indicate the coarse grid. 
 
 
Fig. 7 shows the position-dependent droplet velocities for groups 1, 3 and 5.  As can be seen, due to the 
short distance traveled across the jet and a high transverse injection velocity, the relative decrease in 
droplet velocity is only about 5%.  The results obtained using the simplified model compare quite well 
against the NPHASE-CMFD predictions as well as to the analytical solution given by Eq. (6).  Naturally, 
since the motion of droplets is axisymmetric, upon reaching the opposite wall, they deposit on the wavy 
surface of the liquid and/or get redirected back into the steam region.   
The predicted lateral profiles of droplet concentration at an axial location equal to two jet diameters for 
the individual groups of droplets are shown in Fig. 8.  Again, good agreement between the two models 
has been observed.   Interestingly, the CMFD solution produces smoothed curves as compared to the step-
function-like profiles produced by the simplified model.  
Summing up the concentration for the individual groups yields the local droplet volume fraction as a 
function of both the distance from the center of the jet as well as from the steam injection zone.  The 
lateral distributions of the cumulative droplet volume fraction at different axial locations along the steam 
flow are shown in Fig. 9.  The observed trend shows an evolution of those profiles from wall-peaked to 
center-peaked.  
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Fig. 7:  Transverse component of velocity showing a comparison between the simplified model, the 
CMFD model, and the analytic solution given by Eq. (6). 

 
 

  

Fig. 8:  Volume fraction profiles for individual droplet groups at x/D = 2.  The simplified model’s results 
are shown as solid lines and the CMFD model results are shown as dashed lines. 

 
 
Based on the experimental evidence presented in Fig. 2 it is observed that the droplets moving through the 
steam jet create a visible cloud.  From a comparison using the relative opacity of this cloud as an indicator 
of local droplet concentration, the general trends predicted by Fig. 9 are consistent with those observed in 
Fig. 2.   
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Fig. 9:  Cumulative volume fraction profiles for droplets at various axial locations along the steam jet.  
The simplified model’s results are shown as solid lines and the CMFD model results as dashed lines.  

 
 
The profiles shown in Fig. 9 can be used to deduce the axial distributions of droplet volume fraction along 
the centerline, as well as the cross-sectional area averaged volume fraction along the channel.  The 
corresponding plots are shown in Fig. 10.  The results from the CMFD model are consistent with the 
simplified model for x/D < 4.  After this location, the effects of decreasing steam velocity and increasing 
droplet concentration due to condensation become significant.  The simplified model does account for 
these effects and the two models no longer agree. 
 
 

  
(a) (b) 

Fig. 10:  Volume fraction of droplets along the jet, (a) at the centerline and (b) cross sectional averaged. 
 

 
By assuming that the condensation rate for a single droplet in the simplified model is representative of the 
entire group, the total condensation rate in the steam jet can be estimated.  In fact, the predicted distance 
downstream from the nozzle for complete steam condensation is around 3.75 jet diameters for the 
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simplified model and about 4.75 jet diameters for the CMFD model (see Fig. 11). Interestingly, the latter 
results agree quite well with the experimental observations.   
The advantages of CMFD simulations can be clearly seen in Fig. 11, where complete contour plots of 
droplet volume fraction are shown.  As it can be seen, the region near the end of the jet domain exhibits 
the greatest droplet concentration.  Naturally, this region coincides with the region of a dramatic slow-
down of steam and a decrease in the flow rate of uncondensed steam. 
 
 

 

Fig. 11:  CMFD predictions of local volume fraction within the steam jet (Shaver 2010) 
 
 

One of the measured parameters in the experiments of Kim et al. (2001) was the average temperature of 
the steam/water mixture along the centerline of the jet.  The measurements were performed using a 
thermocouple.  This, in turn, indicates that for modeling purposes, the averaging concept should reflect 
the fractional average contact area between the micro-scale droplets and the thermocouple.  
Consequently, the following definition of the weighted-average temperature has been used in the present 
work 
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The definition given by Eq.(27) accounts for the effect of both thermal conductivities of each phase, as 
well as the volume fraction occupied by each phase.  The two thirds exponent is used based on a 
weighting of the area-to-volume ratio, where the numerator of the exponent is a measure of the droplet-
thermocouple contact area and the denominator is a measure of the droplet volume.  This is consistent 
with the averaging done by Kim, Podowski and Antal (2008).  In the CMFD model, another level of 
averaging has been used to account for the minor differences in the temperatures of droplets belonging to 
different groups.  Combining the calculated droplet concentrations at the center line, shown in Fig. 10(a), 
with Eq.(27), the average steam/droplet temperature at the centerline has been evaluated for both the 
simplified model and the NPHASE-CMFD model   The results are shown in Fig. 12. 
As it can be seen, a good agreement between the predictions and the data has been obtained for both 
models.  In particular, the trend in temperature change has been matched quite well.  Some discrepancy is 
observed between the two models and the experimental data towards the end of the domain.  In the 
simplified model, this is a result of the model’s inability to account for local effects of condensation.  The 
CMFD model continues to match the trend observed in the experimental data, but slightly under-predicts 
the measured temperature.   
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Fig. 12:  A comparison between the experimental data and the results of simulations for the temperature 
of the two phase mixture along the centerline of the steam jet. 

 
 
6. CONCLUSIONS 

Two models of direct steam jet condensation in a large pool of liquid water have been developed: one is a 
simplified theoretical model, the other is a complete multidimensional model.  The latter model has been 
implemented in the NPHASE-CMFD code. The results of predictions using both models have been 
compared against experimental data.  Having the droplet diameter evaluating based on typical atomization 
criteria, the main adjustable parameter in both models was concerned with the initial velocity of droplets 
at injection into the condensing stem region. 
It has been shown that the simplified model can predict the hydrodynamic behavior of droplets well, 
particularly along the initial 50-60% of the flow distance, where the effect of dispersed droplets on steam 
flow is negligible.  On the other hand, the CMFD model properly predicts the effect of droplets on the 
steam along the entire flow path.  This includes the cumulative distribution of droplets, as well as the 
overall condensation rate.   Using the calibration assumptions mentioned above, good agreement has been 
observed in the NPHASE-CMFD-predicted condensation distance, the spatial distribution of droplets and 
the measured centerline temperature. 
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Abstract 
 
Paks Nuclear Power Plant uses the REMIX code for the calculation of the coolant mixing in case of 
the use of high pressure injection system while stagnating flow is present. The use of the code for 
Russian type WWER-440 reactors needs strict conservative approach, and in several cases the 
accuracy and the reserves to safety margins cannot be determined now. In order to quantify and 
improve these characteristics experimental validation of the code is needed. 
An experimental program has been launched at the Institute of Nuclear Techniques with the aim of 
investigating thermal stratification processes and the mixing of plumes in simple geometries. With the 
comparison and evaluation of measurement data and CFD results computational models can be 
validated.  
For the experiments a simple hexahedral plexiglas tank (250x500x100 mm – HxLxD) was fabricated 
with five nozzles attached, which can be set up as inlets or outlets. With different inlet and outlet 
setups and temperature differences thermal stratification, plume mixing may be investigated using 
Particle Image Velocimetry.  
In the present paper comparison of PIV measurements carried out on the plexigas tank and the results 
of CFD simulations will be presented. For the calculations the ANSYS CFX was used. 

1. INTRODUCTION 

Several publications investigate coolant mixing in pressurized water reactors, WWER-440 reactors 
(Rohde et al. 2007) or thermal stratification in the primary circuit (Boros and Aszódi, 2008). The 
understanding of these processes is fundamental from nuclear safety point of view. In Hungary Paks 
Nuclear Power Plant applies the REMIX code (Iyer et al., 1986) for the analysis of Emergency Core 
Cooling System (ECCS) operation and thermal stratification. For the verification of the models 
applied in REMIX a program was started to experimentally and numerically investigate such 
phenomena. Thermal stratification has been investigated in other cases both experimentally (Hunt et 
al., 2001) and numerically (Zachár and Aszódi, 2007). In this paper experimental investigation of 
thermal stratification using Particle Image Velocimetry (PIV) (Raffel et al., 2007) and the applied 
measurement setup will be presented together with the comparison of measurement data and 
computational results. For three-dimensional Computational Fluid Dynamics (CFD) calculations 
ANSYS CFX 11.0 commercial code (ANSYS, 2006) was used.  
For the measurements a rectangular plexiglas tank was designed based on analyses of Pressurized 
Thermal Shock (PTS) scenarios of WWER reactors (AEKI, 2005). The tank has five nozzles that can 
be set up as inlets or outlets. With the help of the auxiliary system different coolant temperatures and 
mass flow rates can be set. 

2. EXPERIMENTAL SETUP AND COMPUTATIONAL MODELS 

2.1 Measurement Setup 
 
Flow and plume behaviour and thermal stratification were investigated in a rectangular plexiglas tank. 
The tank has a removable top and five nozzles that can be set as inlets or outlets. Dimensions and the 
location of the five nozzles (N0-N4) are shown in Figure 1. Nozzle T indicates the location where the 
thermocouple line was inserted. 



 2

 

 
Fig. 1. Geometry and dimensions of the experimental tank 

  
Particle Image Velocimetry (PIV) is an optical measurement technique that enables the mapping of 
instantaneous velocity distributions within planar cross-sections of a flow field. The flow domain is 
seeded with small polyamide particles. The tracer particles are illuminated by a thin light sheet, 
generated from a double-cavity laser system. The light scattered by the particles is recorded on two 
subsequent image frames by a digital imaging device, typically a CCD camera. The velocity vectors 
are calculated from the displacement of the scattering particles based on the image pairs and the time 
delay between them. The images are analysed with cross-correlation techniques to calculate the 
velocity vectors (Raffel et al., 2007). 
The PIV measurement system used for the experiments consists of a double cavity Nd:YAG pulsed 
laser (wavelength: 532 nm, maximum pulse energy: 135 mJ) with light sheet optics, a double frame 
CCD camera (resolution: 1600x1200 pixel) with a 60 mm lens and a band pass filter (532 nm), a timer 
a synchroniser and a computer. For seeding polyamide particles with 50 µm mean diameter were used.  
Water supply of desired temperature (between 16°C and 80°C) and flow rate (between 0,001-0,1 kg/s) 
is provided by an auxiliary system shown in Figure 2. This system consists of electric water heaters, 
pipings, valves, a pump, flow regulators, thermometers and flow meters, pressure reductors and by-
pass lines. The plexiglas tank is connected to the system with flexible pipes.  
 

 
Fig. 2. Auxiliary system, experimental tank 

with laser and camera 

 
 

 
Fig. 3. Plexiglas experimental tank with inserted 

thermocouple line 
 
A vertical thermocouple line of eight thermocouples was inserted into the tank at location T shown in 
Figure 1. Measurement of thermal stratification was done with this thermocouple line. The plexiglas 
tank with the inserted thermocouple line is shown in Figure 3. 
Analysis and processing of recorded PIV data was performed using the commercial software package 
Dantec Dynamics V3.00 (Dantec, 2008).  
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2.2 Measurement Configuration 
 
A series of measurements were carried out in order to investigate temperature stratification and plume 
behaviour. The five nozzles of the tank can be used as inlets or outlets, therefore a plenty of 
configurations can be set up. With the variation of water flow rate and temperature a large matrix of 
measurements can help this investigation. In the following two measurements (D6 and D8) will be 
presented. In these cases nozzle N0 was used as inlet and nozzles N1 and N2 were outlets (see 
Figure 1 and Figure 4). Cold water is injected through the inlet into stagnating hot water. 
 

 
Fig. 4. Boundary conditions of the measurements,  

location of the thermocouple line, detected area and monitor lines 
 
In Figure 4 rectangle A-B-C-D represents the location of the area detected by PIV. Coordinates of the 
rectangle for cases D6 and D8 are shown in Table 1. Three monitor lines were defined for the 
quantitative analysis of the flow maps, L1 is located at 1/4 height of the detected area, L2 is at 1/2 
height and L3 is at 5/8 height. Table 1 summarizes the initial and boundary conditions and the absolute 
coordinates of the detected area and the monitor lines in case of measurements D6 and D8. In the first 
case (cold) inlet temperature was slightly higher than in the second case, but the initial (hot) average 
temperature in the tank was about 8°C lower (D6: 39.47°C, D8: 46.945°C), therefore the temperature 
difference was greater in case of D8. The inlet mass flow rate was almost identical for the two cases. 
 

Table 1. Measurement boundary conditions, position of detected area and monitor lines 
 D6 D8 
Inlet temperature – Tin [°C] 20 16 
Inlet mass flow rate – min [g/s] 34 35 
Inlet N0 N0 
Outlets N1, N2 N1, N2 
Initial average temperature – T0,av [°C] 39.47 46.945 
Location of detected area – X,Y coordinates [m] 
A -0.096, 0.02 -0.085, 0.019 
B -0.096, 0.23 -0.085, 0.227 
C 0.179, 0.23 0.19, 0.227 
D 0.179, 0.02 0.19, 0.019 
Location of monitor lines – Y coordinate [m] 
L1 0.0725 0.071 
L2 0.125 0.123 
L3 0.15125 0.149 

 
Initial vertical temperature distributions are shown in Figure 5. Table 2 shows the coordinates of the 
thermocouples. The accuracy of the thermocouples is ±1°C therefore the distributions are close to 
uniform. During the transients sampling frequency of the thermocouple line was 1 Hz. Functions were 
fitted on the initial thermocouple data to provide initial conditions for the CFX calculations 
(highlighted as T(y) in Figure 5). During measurement D6 thermocouple TC6 did not operate 
properly, in this case it did not register temperature data. 
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Fig. 5. Initial vertical temperature distribution and the functions used in CFX 

 
Table 2. Coordinates of the thermocouples 

Thermocouple TC1 TC2 TC3 TC4 TC5 TC6 TC7 TC8 

Y [m] 0.018 0.047 0.08 0.112 0.14 0.173 0.203 0.234 

 
The transients started with the opening of the inlet valve and the opening of the two outlet valves. 
Using flow regulators the outlets were set to be symmetrical, i.e. the outlet flow rate was the same at 
the two outlets. Duration of the transients was 40 s. This length was enough to investigate the basic 
phenomena applying constant inlet mass flow rate boundary condition. The PIV measurements started 
together with the opening of the outlet valves. Image pairs were recorded at a rate of 10 Hz, time delay 
between two images was set to 10 ms. The two-dimensional measurements of the flow field were done 
in the greater vertical symmetry plane (X–Y symmetry plane) of the tank. The laser was positioned in 
such a way that the laser light sheet entered the tank between nozzles N1 and N3. The camera was 
positioned perpendicular to the light sheet. 
 

2.3 Computational Model of the Measurements 
 
Computational Fluid Dynamics calculations of the presented measurement configurations were 
performed. The three-dimensional simulations were carried out using ANSYS CFX 11.0.  
A three-dimensional model of the plexiglas tank was built using hexahedral volumetric mesh. The 
model includes the main flow domain (i.e. the tank with the five nozzles). Inlet and outlet boundary 
conditions were set at the cross-sections of the selected nozzles, walls are defined as no-slip adiabatic 
walls (the heat loss through the walls of the tank was neglected in the CFD calculations). The 
thermocouple line is not included in the computational model. The geometry includes all five nozzles. 
Depending on the problem, for different simulations front faces of selected nozzles were set as inlets, 
outlets or walls. Figure 6 and Figure 7 show the geometry of the CFX model, and the hexahedral 
volumetric and surface mesh. 
 

  
Fig. 6. CFX model of the tank, surface mesh at nozzle N0 

 
Figure 7 shows a representation of the volumetric mesh in the X–Y symmetry plane of the model. The 
model had 1.09 million hexahedral volumetric elements and 1.138 million nodes. 
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For each measurement transient calculations were carried out using two different turbulence models: 
shear stress transport (SST) and SSG Reynolds stress model. For inlet boundary condition mass flow 
rate was defined, for outlet boundary condition zero relative pressure was set. Initial vertical 
temperature distribution was defined by functions shown in Figure 5 according to the thermocouple 
line measurements. The total simulation time was set to 40 s, and the time step was ∆t=0.2 s. Table 3 
shows the parameters of the presented calculations. 
 

  
Fig. 7. Meshing of the CFX model in the symmetry plane of the model 

 
Table 3. Parameters of simulations for case D6 and D8 

Simulation Turbulence 
model 

Inlet turb. 
intensity 

Inlet mass flow 
rt. [g/s] 

Inlet temp. 
[°C] 

Simulation 
time [s] 

Time step [s] 

D6SSG05 SSG 5%  
34 

 
20 

 
 
 
40 

 
 
 
0.2 

D6SSG10 SSG 10% 
D6SST05 SST 5% 
D6SST10 SST 10% 
D8SSG05 SSG 5%  

35 
 
16 D8SSG10 SSG 10% 

D8SST05 SST 5% 
D8SST10 SST 10% 

3. MEASUREMENT RESULTS AND COMPARISON WITH SIMULATIONS  

3.1 Velocity Field  
 
PIV measurement records the instantaneous velocity field. For t=10s, t=20s, t=30s and t=40s these 
field can be seen in Figure 8, left column. The image recording frequency was 10 Hz during the 
transients. Figure 8 gives a detailed picture about the flow behaviour in time (measurement D8). 
Vortices form near the plume, these vortices propagate along the plume and detach. The originally 
stagnating domain generally moved toward the plume, and where vortices formed, the region with 
lower velocities turns and separates into upward and downward flow. The plume fluctuates near the 
centreline of the inlet nozzle. In order to investigate the general processes an average field for each 
second was calculated using the instantaneous field plus the four preceding and the four succeeding 
fields. For example for t=10s the average field was produced by averaging the field of t=9.6s, t=9.7s, 
… t=10.3s and t=10.4s. The average fields (see Figure 8, right column) are smoothed but still carry the 
general characteristics of the flow field. Figure 9 shows the calculated temperature and velocity fields 
at different time values for simulation D8SST10. The plume can be clearly indentified in the velocity 
field. It is also significant that these simulations did not reproduce the vortices and the fluctuations of 
the plume. However, the calculated velocity values were in very good accordance with the values of 
the average fields. In Figure 9 the black rectangle in the field maps symbolises the boundaries of the 
detected area of the PIV measurement. Crosshairs in the temperature maps symbolise the location of 
the thermocouples (for locations of the thermocouples see Figure 1, Figure 4 and Table 2). The 
horizontal flow (X direction) further from the plume, in the lower half of the tank in the simulations is 
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very similar to the measured flow field. In the following values of the one-second-average velocity 
fields will be compared to the CFX results. 
Quantitative comparison of the measurement and the four CFX simulations were done using the 
vertical (Y direction) component (V) distribution at monitor lines L1 and L3 as shown in Figure 10 
and Figure 11. 
 

 
Instantaneous, t=10s 

 
Average, t=10s 

 
Instantaneous, t=20s 

 
Average, t=20s 

 
Instantaneous, t=30s 

 
Average, t=30s 

 
Instantaneous, t=40s 

 
Average, t=40s 

Fig. 8. Instantaneous (left) and average velocity fields (right) from PIV measurement, D8 
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 t=10s 

  
t=20s 

  
t=30s 

  
t=40s 

Fig. 9. Calculated temperature and velocity field, D8SST10 
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In Figure 10 and Figure 11 red line graphs with markers show the measured values. Generally, the 
simulations reproduced the location and the width of the plume well. Calculations using the SSG 
turbulence model over predicted the velocity values, the deviation of maximum values varies between 
10-30%. Results of SST calculations are in very good agreement with the measurements, especially in 
the lower part (i.e. monitor line L1) of the tank. In the upper half the SST simulations over predicted 
the velocity as well, but the deviation is less. It is also visible that the difference between 5% and 10% 
turbulence intensity at the inlet has practically negligible effect on the results, but still larger 
turbulence intensity gives slightly better results. 
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Fig. 10. Vertical velocity component at monitor lines L1 and L3, compared with simulations, D6 
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Fig. 11. Vertical velocity component at monitor lines L1 and L3, compared with simulations, D8 

 

3.2 Temperature Stratification 
 
Figure 12 shows the temperature detected by three thermocouples (TC8 (top), TC5 and TC1 (bottom)) 
during the transients for case D6 and D8. For the exact location of the thermocouple line and the 
thermocouples see Figure 1, Figure 4 and Table 2.  
Compared to the results of the CFX calculations it is visible that the general behaviour was reproduced 
well with CFX. In most part of the transient the calculated values are within the range of the 
thermocouples, and follow the measured trends. In case of measurement D8, during the last ten 
seconds of the transient the simulations under predicted the temperature at the thermocouples, but it is 
only significant in the lower part of the tank, where the temperature decrease was significant. It is also 
visible that – outside the cold jet – there is practically no change in temperature in the upper part of the 
tank. This effect can be seen also in the calculated temperature fields (see Figure 9). 
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Fig. 12. Temperature (TC8 (top), TC5 and TC1 (bottom)) compared with  

results of the CFX calculations (D6 and D8) 
 
Figure 13 shows the vertical temperature distribution registered by the thermocouple line and is 
compared to the CFX results. As it is shown in Figure 12 and Figure 13 the CFX simulations under 
predicted the temperature in the lower part of the tank. Qualitatively the distributions are in good 
agreement. In the lower part (TC1-TC4) both the SST and SSG simulations produced values below the 
measured data. The difference between the measured and calculated values increases toward the end 
of the transient for both cases presented. 
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Fig. 13. Vertical temperature distribution at the thermocouple line 

and results of the CFX calculations 
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4. CONCLUSIONS 

Experimental and numerical investigation of thermal stratification and plume mixing was presented. A 
series of experiments were carried out using PIV and thermocouple measurements, two selected 
measurements were presented and compared with CFD calculations. The applied CFX models 
reproduced the measured velocity distributions and temperatures relatively well.  
For the improvement of the measurements, repeatability tests will have to be carried out. In case of the 
simulations further calculations are needed to test mesh and time-step independence. 
Further investigations should include longer transients and the application of higher inlet mass flow 
rates and larger temperature differences. Simultaneous Laser Induced Fluorescence would also give a 
more detailed picture of the temperature distribution. From computational point of view better 
reproduction of instantaneous behaviour will be needed. That would help the better understanding of 
plume mixing as well.  
 
 

REFERENCES 

ANSYS CFX Release 11.0 Users’ guide, ANSYS, 2006 
I. Boros, A. Aszódi: “Analysis of Thermal Stratification in the Primary Circuit of a VVER-440 

Reactor with the CFX Code”, Nuclear Engineering and Design, 238, 453-459 (2008) 
DynamicStudio – User's Guide, Dantec Dynamics, 2008 
G.R. Hunt, P. Cooper, P.F. Linden: “Thermal stratification produced by plumes and jets in enclosed 

spaces”, Building and Environment, 36, 871-882 (2001) 
K. Iyer, H. P. Nourbakhsh, T. G. Theofanous: “REMIX: A Computer Program for Temperature 

Transients Due to High Pressure Injection After Interruption of Natural Circulation, NUREG/CR-
3701, USA, (1986) 

Thermal-hydraulic analyses of PTS scenarios, (In Hungarian) KFKI AEKI Atomic Energy Research 
Institute, Budapest, Hungary, 2005 

M. Raffel, C. Willert, S. Wereley, J. Kompenhans: Particle Image Velocimetry - A practical guide, 
Springer, Berlin, Germany, 2007 

U. Rohde, T. Höhne, S. Kliem, B. Hemström, M. Scheuerer, T. Toppila, A. Aszódi, I. Boros, I. Farkas, 
P. Mühlbauer et al.: “Fluid mixing and flow distribution in a primary circuit of a nuclear 
pressurized water reactor — Validation of CFD codes”, Nuclear Engineering and Design, 237, 
1639-1655 (2007) 

A. Zachár, A. Aszódi: “Numerical Analysis of Flow Distributors to Improve Temperature 
Stratification in Storage Tanks”, Numerical Heat transfer, 51, 919-940 (2007) 

 



 1

CHALLENGES FOR THE EXTENSION OF LIMITED EXPERIMENTAL DATA TO FULL-
SCALE SEVERE ACCIDENT CONDITIONS USING CFD  

 
C. Boyd, K. Armstrong 

 
Office of Nuclear Regulatory Research - U.S. Nuclear Regulatory Commission 

 
 
ABSTRACT 
 
The U.S. Nuclear Regulatory Commission (NRC) has been studying thermal-hydraulic phenomena 
related to low-probability induced-failure scenarios in pressurized-water reactors (PWR) using the 
ANSYS/FLUENT computational fluid dynamics (CFD) code.  A set of updated predictions is completed 
for use as a numerical experiment to determine mixing and entrainment in the hot leg, surge line, and 
steam generator inlet plenum during specific severe accident natural circulation flow conditions.  These 
results are used to determine the distribution of temperatures for the flows entering the steam generator 
tube bundle.  This determination is important for an accurate prediction of the potential for induced steam 
generator tube failures.  The results are also used to adjust severe accident system code models to account 
for the three-dimensional nature of the natural circulation flows during certain periods of the severe 
accident scenarios.  A challenge presented by the work is the extension of a limited set of available test 
data at 1/7th scale to the full-scale conditions.  A benchmark exercise carried out at 1/7th scale does not 
include all of the flow phenomena and variations in geometry that are part of the full-scale behavior.  The 
full-scale CFD predictions rely on best practice guidelines for CFD application along with engineering 
judgment to develop results that add to our understanding of these complex flow phenomena.  
 
1.  INTRODUCTION 
 
The U.S. Nuclear Regulatory Commission (NRC) has recently completed activities related to a steam 
generator (SG) action plan that focused on reducing uncertainty and improving the regulatory basis for 
issues related to steam generator tube integrity.  This action plan included evaluating the risk of 
temperature-induced tube ruptures during low probability severe accident scenarios.  In order to 
determine if the tubes remain intact during these scenarios, a structural analysis must be completed on 
various parts of the reactor coolant system (RCS).  This evaluation requires a prediction of the thermal 
and pressure loads on the various structures.  System codes such as MELCOR and SCDAP/RELAP5 are 
used to predict the plant behavior under a variety of severe accident conditions.  In specific scenarios, the 
system pressure remains high and the source of water to the SGs fails, resulting in a dry condition on the 
secondary side of the SGs.  In addition, if significant leakage occurs on the secondary side, the 
mechanical (pressure) load on the tubes is increased.  This low probability combination of events leads to 
a plant state referred to as high-dry-low.  The high-dry-low condition refers to the high primary system 
pressure, the dry steam generators, and the low pressure on the secondary side.  Background information 
on some of the issues related to the prediction of the thermal-hydraulic conditions related to severe 
accident-induced tube ruptures can be found in NUREG/CR-6995 (Fletcher, 2010).  
 
Under high-dry-low conditions, the primary system temperature increases and the inventory boils down 
ultimately leading to substantial core uncovery and the generation of superheated steam and hydrogen in 
the primary system loops.  In scenarios where the loop seals are filled with water and full loop 
circulations are blocked, a three-dimensional counter-current natural circulation flow pattern is 
established that transfers heat out into the RCS structures.  Figure 1 shows a simplified sketch of this 
natural circulation flow pattern for a PWR with U-tube steam generators.  This flow pattern has been 
experimentally observed at 1/7th scale (Westinghouse, 1993) and is the subject of interest to NRC for this 
particular study. 
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Fig. 1:  Severe Accident Natural Circulation Flow Pattern of Interest 

 
A tube rupture is likely to lead to a containment bypass, and because core damage is typically predicted 
during the scenarios of interest, the superheated steam in the system likely contains a significant amount 
of fission products.  A containment bypass can be avoided if an RCS component fails inside of the 
containment prior to the time that an SG tube is predicted to fail.  Significant failure locations include 
components such as the hot-leg nozzle region, the pressurizer surge line connection to the hot leg, and the 
reactor coolant pump seals.  These types of RCS failures can depressurize the primary system and remove 
the load on the SG tubes.  
 
MELCOR and SCDAP/RELAP5 are able to predict the behavior of the entire RCS over extended periods 
of time, but these types of models do not explicitly account for the details of the three-dimensional natural 
circulation flow phenomena illustrated in Figure. 1.  Experimental methods or validated multidimensional 
codes are needed to support the system code modeling during the countercurrent natural circulation phase 
of the accident.  The lack of data at reactor conditions is noted in the induced break section of the Nuclear 
Energy Agency (NEA) assessment guide for CFD (Smith et al., 2008).  This assessment guide notes the 
need for CFD for induced failure analysis and provides recommendations that are considered in the 
preparation of this work.  
 
2.  INITIAL STUDIES 
 
Prior to attempting the prediction of severe accident flows in full reactor geometry, a benchmark exercise 
was completed using a set of test data from a Westinghouse 1/7th scale facility (Westinghouse, 1993).  
The facility included one half of a simplified vessel, two hot legs, and the primary side of two steam 
generators (216 tubes each) such that the flow pattern in Figure 1 could be established.  These data 
provide a valuable confirmation of the natural circulation flows and mixing under this specific severe 
accident scenario.  The data, however, are limited to a single nonprototypical inlet plenum design, and 
there are concerns related to the scaling of the tube bundle heat transfer rates.  The benchmark exercise 
completed by the NRC staff is documented in NUREG-1781 (Boyd, Hardesty, 2003).  This study 
demonstrates that CFD predictions can adequately predict the inlet plenum mixing and tube bundle flows 
observed at 1/7th scale.  Some background on this data and NRC’s initial studies is provided below. 
 
The relevant instrumentation in the 1/7th scale facility consists of a limited number of thermocouples 
placed around the loop.  This includes 14 thermocouples on the vertical center-plane of the hot leg, 
several thermocouples in the inlet plenum, and a thermocouple located in the entrance region of about 20 



 3

percent of the tubes on the inlet side.  The experimental results are used, along with a simplified mixing 
model, to determine an inlet plenum mixing fraction and a recirculation ratio.   
 
Figure 2 illustrates the inlet plenum mixing model as outlined in several sources including Ebeling-
Koning (1990).   

 
 

Fig. 2:  SG Inlet Plenum Mixing Model Control Volumes 
 

The mixing model formulation is defined using the flow paths and control volumes from Figure 2 and 
applying conservation of mass and the first law of thermodynamics in a steady-state-steady-flow 
formulation to the mixing volume.  The following equations are derived from this setup. 
 
Tm =  (Th + r Tct) / (r + 1) (Tm = mixed mean temperature) (1) 
 
f = 1 – r (Tht - Tm) / (Th – Tm) (f = mixing fraction)  (2) 
 
r = mt / m  (r = recirculation ratio)  (3) 
 
The experimental temperature measurements are used to estimate values for Th, Tht, Tct, and r.  From these 
values, the mixing fraction (f) is determined using the mixing model formulation.  It is noted that the 
upper hot leg and hot tube mass flows (m and mt) are obtained from an overall energy balance and not 
measured directly.  The recirculation ratio and mixing fraction are key parameters used to adjust system 
code models used for the prediction of plant behavior during this type of scenario. 
 
It is noted that a full uncertainty analysis for the data is not included with the experimental results, and 
this presents a challenge in the benchmark.  Several factors add to the experimental uncertainty.  These 
include the use of energy balances to determine mass flows from thermocouple readings and the limited 
number of measurement locations.  For example, four thermocouples placed in a vertical line are 
available at the SG end of the hot leg.  The lower two thermocouples are used to represent the cold return 
flow temperature.  The third thermocouple from the bottom is in the mixing layer, and the 
experimentalists decided that this measurement could not be used due to its fluctuating values.  The upper 
thermocouple (a single measured temperature in a region of large vertical temperature gradient) is 
assumed to represent the mass averaged temperature of the forward flow in the upper hot-leg region.  
 
In NRC’s CFD benchmark study (Boyd, Hardesty, 2003), a model of the hot leg, SG inlet plenum, and a 
simplified tube bundle was developed using the FLUENT 6.0 CFD code.  Qualitatively, the predictions 
demonstrate all of the experimentally observed flow features in the hot leg and steam generator regions.  
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Predicted features such as the sloping hot-cold interface in the hot leg, the relative sizes of the hot and 
cold flow regions, and the path and size of the inlet plenum plume are consistent with the experimental 
observations.  The global natural circulation flow pattern is also well established in the CFD predictions.  
These results added significant insight into the natural circulation flows and mixing and helped to fill in 
details of the flow phenomena that could not be discerned from the limited temperature measurements.  
The predictions are used like a numerical experiment to compute the mixing parameters of interest.  Table 
1 shows the results of the benchmark exercise for the key parameters of interest. 
 

Table 1. Comparison of CFD Predictions to Experiment 
 

 
Parameter Westinghouse 

1/7th Test Data 
CFD 

Prediction 

 
Difference 

 
# Hot Tubes 75 / 216* 82 / 216 

 
7 / 216 (3.2%) 

 
Th Hot Leg (average Hot T (oC))** 159.3 155 

 
-4.3 oC 

 
m Hot Leg (mass flux (kg/s))** .06 .0586 

 
-2.3 % 

 
Tht Tubes (average Hot T (oC)) 100.8 100 

 
-0.8 oC 

 
Tct Tubes (average Cold T (oC)) 64.7 64.7 

 
0 

 
mt Tubes (mass flux (kg/s)) 0.12 0.121 

 
0.8% 

 
mt/m (recirculation ratio) 2.01 2.06 

 
2.5 % 

 
f (mixing fraction2) 0.85 0.81 

 
-4.7 % 

*  216 tubes in bundle 
**  controlled by boundary condition 

 
The mass flows reported for the CFD predictions come from integrated results across the flow surfaces 
and are reported at locations consistent with the experiments.  The results in Table 1 are very encouraging.  
Most importantly, for a given hot leg mass flow and temperature measured at the SG end of the hot leg, 
the flows entering the SG tube bundle have essentially the same mass flow and temperature.  This 
demonstrates a very good prediction of the SG inlet plenum mixing and entrainment behavior that are the 
key parameters of interest in this study.  The results are within this author’s estimate of the experimental 
uncertainty.  Further details are provided in NUREG-1781 (Boyd, Hardesty, 2003). 
 
Following the successful benchmark exercise at 1/7th scale, an initial set of full-scale analyses was 
completed using an identical modeling approach.  The results are documented in NUREG-1788 (Boyd, et. 
al., 2004).  This effort considered a few full-scale steam generators under severe accident conditions in an 
attempt to extend the experimental results to full-scale conditions.  The predictions indicated that similar 
results could be obtained under full-scale conditions if the secondary side heat transfer rates and inlet 
plenum geometry were similar.  Prototypical SG inlet plenum designs can be significantly different from 
the facility, however, and this work considers the design impact.  The work also highlights the need to 
accurately model the heat transfer from the tube bundle.  The benefits of using CFD modeling to extend 
the limited experimental results are demonstrated by this study.  The report of Boyd, et al. (2004) lists a 
variety of assumptions and limitations for the work.  In addition, the NEA/CSNI assessment guide (Smith 
et al., 2008) provides a list of state-of-the-art recommendations for modeling an induced break scenario.   
NRC has undertaken further studies of these scenarios using an updated CFD model that considers the 
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state-of-the-art recommendations and limitations of the prior studies.  This updated modeling and its 
application is the subject of this report. 
 
3.  CFD MODELING 
 
The updated full-scale predictions focused on a Westinghouse four-loop reactor with a Model 51 SG.  
The model addresses several assumptions and limitations of the previous work through a better 
representation of the geometry and additional modeling options.  Where possible, the approach is 
consistent with the assumptions and limitations of the prior analysis and the initial benchmark at 1/7th 
scale.  This consistency with the prior efforts maintains a linkage between these full-scale predictions and 
the positive benchmark at 1/7th scale.  Some details of the modeling are provided below. 
 
3.1 Computational Domain, Solver Settings, and Mesh 
 
The domain of the updated CFD model builds upon the geometry of the previous efforts with the 
inclusion of a simplified vessel region and a significantly improved tube bundle.  The vessel region 
represents a ¼ vessel inside of the core barrel and above the bottom of active fuel.  The vessel is broken 
down into regions to represent the vessel in a highly simplified model.  The inlet plenum and hot leg are 
identical to the model used in the initial NRC work for a Westinghouse plant described above.  Two 
optional pressurizer surge lines are added to the hot-leg model—one on the side and one top mounted.  
These surge lines can be turned on or off in the model to simulate various accident scenarios and SG 
designs.  The tube bundle consists of 371 full-height tubes with a total flow area to match the 
Westinghouse Model 51 design.  Each SG tube in the model represents the flow area of nine (a three x 
three grouping) prototypical SG tubes.  Figure 3 shows an overview of the updated model domain.  Figure 
4 illustrates the tube bundle layout on a horizontal plane just above the inlet plenum.  The hot-leg nozzle 
is in the upper left-hand corner. 

      
      
 Fig. 3: Overview of CFD Domain Used for Study              Fig. 4:  Tube Bundle Layout 
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A basic overview of the CFD modeling options is listed below.  The only changes from the previous 
benchmarking exercise are the addition of a ¼ symmetry vessel model and the addition of species 
tracking for hydrogen. 
 
• Time-dependent RANS, 0.05s time step, steady BCs. 
• ¼ symmetry simplified vessel and upper plenum model. 
• Reynolds stress turbulence, full buoyancy effects on turbulence. 
• Nonequilibrium wall functions.  
• Temperature-dependent thermal properties (steam and hydrogen) at constant pressure. 
• Hydrogen species tracking. 
• Gravity. 
• Segregated solver with second-order differencing on momentum and energy. 
• Porous media flow loss coefficients in vessel region and simplified SG tubes. 
 
The finite volume mesh consists of 7.8 million computational volumes (cells).  The domain is composed 
mainly of hexagonal elements with the exception of a small transition region between the inlet plenum 
walls and a hex-core region and a small tetrahedral region in the upper dome of the vessel.   About 1 
million of the cells are used for the inlet plenum region where a hex-core approach is used with the 
volumes aligned with the hot-leg axis.  This is considered to be an improvement over the approach used 
in the previous studies.  The tube bundle itself  contains about 6 million hexagonal cells.  Special 
attention was paid to cell quality as outlined in the “NEA/CSNI Best Practice Guidelines for CFD” 
(Mahaffy, J., et al., 2007).  The non-conformal interfaces used in the previous work are removed and 
where flow direction is known, the hexagonal mesh is aligned with the flow direction.  Grid angles and 
grid-density changes are also controlled.  The choice of the second-order RSM turbulence model carries 
over from the initial studies where this option was selected due to the non-isotropic nature of the expected 
turbulence in the hot counter-current hot-leg flows and the rising hot plume.  This selection is consistent 
with the recommendations for RANS modeling in the Best Practice Guidelines. 
 
3.2 Tube Bundle Modeling 
 
Modeling the tube bundle directly using CFD best practice guidelines is beyond the capacity of most 
computer systems at this time.  The approach used is consistent with the state-of-the-art recommendation 
for this type of modeling in the NEA/CSNI assessment guide for CFD (Smith, et al. 2008) that suggests a 
simplified but accurate nodalization of the tube bundle that “defines some equivalent” to reduce the size 
of the mesh.  The SG studied is a Westinghouse Model 51 that contains over 3300 tubes.  To reduce the 
mesh requirements, groups of nine tubes (three x three array) are modeled as a single tube.  Total flow 
area and the height and length of the tubes are preserved.  The resulting model contains a total of 371 
tubes.  Figure 4 shows a cross section of the tube bundle as modeled just above the inlet plenum.  The 
inner row of tubes is plugged to be consistent with tube plugging assumptions used in recent NRC system 
code analysis for this scenario. 
 
The simplified tube bundle does not directly represent the prototypical SG because the tube bundle model 
has a reduced wetted surface area and therefore will have reduced pressure-drop and heat-transfer rates 
for a given flow.  Tube bundle flows are the principal driving force in the severe accident natural 
circulation flows and these must be established properly.  The SG flow is established by a balance 
between the buoyancy driving forces and the viscous flow losses in the tube (as well as pressure drops at 
the tube entrance).  To accurately model this balance, the heat loss and pressure-drop characteristics of the 
CFD model must be augmented to be consistent with the prototypal behavior. 
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this approach is to create specific conditions in the reactor vessel upper plenum.  The simplified vessel 
model provides and efficient means of adjusting the upper plenum conditions that feed into the hot leg.  
The boundary conditions on the SG tubes consist only of the secondary side temperature conditions and 
the associated heat transfer coefficient.  The temperature is obtained directly from the SCDAP/RELAP5 
predictions of the secondary side conditions, and the heat-transfer coefficient is determined to be 
consistent with those used in the tube bundle development studies outlined in Section 3.2 above. 
 
The predictions of the natural circulation flows proved to be unsteady.  Waves formed on the interface 
between the hot and cold flows in the hot-leg region, and the rising plume in the SG inlet plenum was 
predicted to oscillate in intensity and location.  To obtain the average system behavior, the predictions 
were carried out for an extended period of time to confirm a long-term steady trend and then to record a 
series of 140 data sets at 2-second intervals that could 
be combined to obtain the average system behavior.  
 
4.0 CFD RESULTS 
 
The CFD model is used to predict the severe accident 
flows of interest using boundary conditions that are 
consistent with SCDAP/RELAP5 predictions (Fletcher, 
2010) of the system behavior during a severe accident.    
The predictions qualitatively demonstrate the general 
natural circulation flows that have been experimentally 
observed.  Figure 6 illustrates a temperature contour 
plot on a vertical plane through the hot-leg axis.  
Arrows are added to the figure to illustrate the general 
flow directions.  The temperature contours are for one 
instance in time during the solution that predicted to be 
naturally unstable. 
 
The simulations are used as a numerical experiment to 
determine mixing parameters and correlations used to 
augment system code models to account for the three-
dimensional natural circulation flows and mixing.  A 
hot-leg discharge coefficient, similar to that outlined by 
Leach and Thompson (1975), is determined from the 
predictions for direct application in system code 
models.  This provides a physically based means of adjusting the hot-leg flow rates.  The mixing fraction 
and recirculation ratio are predicted using the type of mixing model described above.  The mixing volume 
is expanded to include mixing in the hot leg and the possibility of a side-mounted surge line as outlined 
by Boyd and Armstrong (2010).  The result is a more realistic and repeatable analysis of the loop mixing 
prior to the flow entering the tube bundle.  For the tube-bundle flows, each tube is sampled for 
temperature and mass flow to obtain the tube-bundle flow rates and the number and distribution of hot 
tubes.  These predictions have been used in recent NRC system code evaluations of a Westinghouse PWR 
under severe accident conditions. 
 
A lesson learned from the recent system code evaluations that utilized the CFD results is the importance 
of the hot tube temperature variations.  The higher temperatures within the tube bundle pose the greatest 
thermal challenge to the tubes.  The system code models typically consider only a single hot and cold 
flow tube, and the predicted temperatures and mass flows are bundle average values.  The CFD 
predictions provide a means to look at the distribution of the temperatures across the tube bundle, and this 
aspect of the CFD predictions is important in the evaluation of tube-failure timing.   
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Figure 7 shows the temperature contours in 
the tubes just above the tube-sheet entrance.  
The forward flowing (hot) tubes are clearly 
discernable by the higher temperatures.  
The return flow tubes are all very close to 
the secondary side temperature.  A 
boundary is drawn between the hot and 
cold tubes to illustrate the hot-tube region.  
The extent and shape of this boundary 
changes along the edges with time during 
the calculation as some of the tubes change 
flow directions.  The 21 hottest tubes in the 
region are illustrated by an inner boundary.   
This core region of the hot flow tubes does 
not change direction during the scenario, 
and the greatest thermal challenge exists in 
this region.  Hot-leg orientation is indicated 
in the upper left corner of the figure. 

 
A method of applying the CFD results to the transient system code simulation is developed by defining a 
dimensionless temperature scale to represent the tube entrance temperatures.  It is found that the 
distribution of the dimensionless temperatures is fairly consistent across CFD simulations over a range of 
boundary conditions.  The dimensionless (Tn) temperature scale is defined using the following relation. 
 
Tn =  (Tht - Tct) / (Th – Tct)                          (4) 
 
The values of  Th and Tct   represent the hot-leg inlet temperature and the cold-tube return flow 
temperature, respectively.  These are the hot and cold temperatures that flow into the mixing region.  The 
dimensionless temperature, Tn, is bound between zero and one.  A value of one indicates no mixing 
between the hot leg and the tube-sheet entrance.  A value of zero represents flow into the tube bundle at 
the temperature of the flow returning to the inlet plenum from the cold tubes.  The mass averaged 
temperature at each tube is obtained in this case from 140 snapshots in time at 2-second intervals, and an 
average value is computed for each tube.  The results are grouped into 20 intervals over the dimensionless 
temperature range (0-1) and a histogram is created.  Figure 8 shows the results are plotted as the fraction 
of tubes within each range.  Individual tubes in the hottest region see temperatures on this scale as high as 
0.6 to 0.65 for short periods of time.  
The averaging process clips off the 
upper tails of the distribution.  The 
results from the CFD predictions are 
used to determine the range of tube 
entrance temperatures at any time in the 
scenario from the system code 
predictions of Th and Tct. 

 
These results indicate that the hottest 
tube temperatures at the tube entrance 
have a long time average value that falls 
within the 0.4 to 0.45 range on the 
dimensionless scale.  The single hottest 
tube averaged over the 140 data sets is 

Fig. 8:  Histogram of Dimensionless Tube Entrance T 

  Fig. 7:  Temperature Contours, Tube Entrance 
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found to have a dimensionless temperature of 0.43 +/- 0.1 (0.1 is the standard deviation).  To further 
judge the temporal variations, the hottest tube history is broken down into 7 periods containing 20 data 
sets each (i.e., seven  40- second intervals).  Forty seconds is an estimate of the thermal time constant for 
the tubes.  The average normalized temperature predictions for the hottest tube on each of these intervals 
are 0.51, 0.38, 0.44, 0.45, 0.44, 0.39, and 0.43.  This indicates that the temperature fluctuations can be 
significant.  For the purposes of NRC’s screening calculations on induced failures, a peak average 
normalized temperature of 0.5 has been used. 
 
Sensitivity studies are completed to consider some of the modeling and data reduction methods.  One 
sensitivity relates to the choice of the relatively long sampling period (2 seconds) and limited number of 
data sets (140).  The model is run again for a total of 240 seconds, and data are recorded at 0.1 second 
intervals on the 21 hottest tubes for a total of 2,400 data points.  The resulting average normalized hottest 
tube temperature is again predicted to be 0.43.  These new data are broken down into 40-second intervals, 
and the maximum normalized tube temperature for any of these intervals is found to be 0.5.   It is 
concluded that the sampling frequency and number of data points used in the study are adequate for 
determining the average tube entrance temperatures.  
 
In addition to the boundary condition sensitivities completed as part of the larger project and the 
averaging sensitivity noted above, a grid sensitivity study is completed.  The previous work by Boyd and 
Hardesty (2003) demonstrated that the mesh was adequate for predicting the net inlet plenum mixing and 
entrainment.  The flow-aligned cubic core mesh used for this study is an improvement over the prior mesh.  
As a sensitivity study, the 1 million cells in the inlet plenum are adapted (each cell is split into 8 cells) to 
create a total of 8 million inlet plenum cells.  Figure 9 shows a cross-sectional cut of the inlet plenum for 
the base model and the refined mesh.  The predictions from the refined grid model showed no significant 
change in the inlet plenum mixing or tube bundle flows.  The hottest tube average normalized temperature 
rounded to two significant figures is 0.43 for the refined mesh.  The extent of the temperature variations is 
also found to have no significant variations after the mesh refinement.  It is concluded that the base-case 
mesh produces grid independent results for the key mixing parameters and the tube-temperature 
distributions. 
 

 
 

Fig. 9:  Inlet Plenum Mesh before (left) and after (right) Grid Refinement 
 
The CFD predictions provide valuable insights into the mixing and entrainment during the complex 
severe accident flows of interest to induced failure studies.  The results of these predictions have been 
incorporated into the latest NRC system analysis evaluations of severe accident-induced failures.  The 
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CFD predictions are used as a means to extend the limited available experimental results to a variety of 
full-scale conditions of interest to NRC. 
 
5.  LIMITATIONS AND CHALLENGES 
 
The goal of the CFD evaluations is the development and refinement of parameters and mixing models 
used to support system code evaluations of severe accident natural circulation flows.  A challenge for the 
analyst is to build confidence in the solutions.  This is difficult due to the lack of experiments at full 
reactor conditions.  The limited experimental results available do not cover the full range of conditions or 
geometries of interest to NRC.  A limited benchmarking exercise undertaken at 1/7th scale indicates that 
CFD can be used to predict the average flows and mixing in the SG region but the follow-on studies 
indicate that the expected flow patterns can be significantly different than the experimental conditions.  
State-of-the-art recommendations in the NEA/CSNI CFD Assessment Guide (Smith, 2008) recognize the 
lack of data and layout some guidelines to consider.  This limited study partially addresses these 
recommendations but further refinements are still possible.  A few of the key challenges remaining are 
outlined below.  
 
5.1 Validation 
 
Experimental results under full reactor conditions are difficult to imagine given the extreme conditions 
associated with severe accident events.  The limited available data are not sufficient for a proper CFD 
validation due to the limited nature of the data and the limited scale of the facility.  Some specific flow 
attributes that are not accounted for include the unsteadiness of the hot-leg flows, the instability of the 
hot-cold interface, the unsteadiness of the hot plume in the inlet plenum, the mixed convection heat 
transfer in the hot leg, and the radiation exchange between the gas and the solid structures.  Validation 
efforts on some of these individual phenomena using appropriate test data is an area recommended for 
future investigation.  The nature of the severe accident conditions and the scale of the reactor loop make 
these types of data difficult to obtain.  For instance, mixed convection heat transfer in a 1-meter diameter 
pipe with temperature differences approaching several hundred degrees is not readily available.  Similarly, 
data for a rising buoyant plume in a constrained geometry impacting a perforated tube sheet are not 
common.  
 
5.2 Boundary Conditions 
 
The boundary conditions used for the CFD evaluation are adapted from system code predictions of the 
severe accident behavior.  No suitable test data are available at these conditions, and the boundary 
conditions utilized for this CFD study are adapted from severe accident system code evaluations.  The 
system code evaluations only provide simplified conditions and lack the detail necessary for a proper 
CFD evaluation.  One sensitive boundary condition is the secondary side heat transfer rates.  Spatial 
variations on the secondary side caused by natural circulation flows in the boiler region are not considered 
in this evaluation.  Another limitation is the quasi-steady approach and the use of adiabatic boundary 
conditions for the hot leg and inlet plenum walls.  Mixed convection in the hot leg during a transient 
scenario will lead to secondary flows in the hot leg that are not considered in this evaluation. 
  
5.3 Radiation Modeling 
 
The superheated steam in the system during these high-pressure events is optically thick and in the hot leg 
can be hundreds of degrees hotter than the hot-leg wall.  Radiation exchange between the gas and the wall 
will remove heat from the system before the gas reaches the SG tubes.  This effect is not modeled in the 
current evaluations.  NRC addresses radiation exchange in the severe accident system code models 
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(Fletcher, 2010), but the impact of this exchange on the overall natural circulation flows is not considered 
in the present CFD evaluation. 
 
6.  SUMMARY 
 
A set of CFD predictions is completed to study the flows that are relevant in the evaluation of low- 
probability severe-accident-induced failure scenarios.  The predictions are used to adjust the flows and 
mixing in recent SCDAP/RELAP5 severe accident analyses for a Westinghouse four-loop plant (Fletcher, 
et al., 2010).  CFD is important in this evaluation because of the three-dimensional nature of the flows 
and thermal loadings associated with the severe accident scenario and because of the lack of full-scale 
experimental results. 
 
The CFD predictions are used like a numerical experiment to develop an updated mixing model, a hot-leg 
flow model, a surge-line-flow split model, and a distribution of the tube temperatures.  The models build 
upon prior successful benchmarking at 1/7th scale with improved modeling and nodalization.  Challenges 
still remain in this area because of the lack of available data for CFD validation.  The work proceeds with 
engineering judgment and CFD best-practice guidelines to produce results that further our understanding 
of these complex phenomena.  Future experiments or CFD evaluations of induced failure conditions 
should consider the areas of concern outlined above to further enhance our understanding in this area.  
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Abstract 

A three-dimensional porous media model has been implemented for the secondary side of the 
horizontal steam generator of a VVER-440 plant by using the ANSYS FLUENT 12.0 code. The 
primary circuit is solved with the APROS system code and the outer wall temperatures are 
interpolated to the CFD model. The necessary models for the heat and mass transfer and drag are 
implemented as User Defined Functions in the Euler-Euler two-phase model of the FLUENT code. 
The steady state full power operation of the steam generator is solved. The calculated result is 
compared to void fraction and flow velocity measurements at a few points. The shape of the surface 
level is compared to observations. 

1.   INTRODUCTION  

In a steam generator of a pressurized water reactor (PWR), water is evaporated on the secondary side 
by the heat flux transported by the hot water on the primary side. The generated steam is conducted 
further to turbines to be transformed into mechanical energy and further to be used for the electricity 
production. Two types of PWR steam generators exist: the Western reactors include mostly vertical 
steam generators1 but in VVER-type plants horizontal steam generators have been applied. Geometry 
of the horizontal VVER-440 steam generator is illustrated in Figure 1. 

In horizontal steam generators, the heat transfer tubes are put horizontally into the water pool located 
in a horizontal cylindrical vessel. The mixture of water and steam is circulating in different flow 
patterns between the tubes and peripheral regimes. Between tubes the flow is mainly upwards directed 
two-phase flow, where steam is rising faster than water, but the most essential phase separation takes 
place in the open pool above the tube banks. The steam penetrates through the water level into the 
steam space, containing perhaps a small concentration of liquid as droplets. Steam dryers are located 
above the water level before the steam outlet leading into the steam lines. 

The models for nucleate boiling of commercial computational fluid dynamics (CFD) codes are 
achieving the level, where it is possible to apply them for problems in nuclear power plants. Since the 
geometry of the steam generator is very complicated, only small part of the tubes could be modelled 
by using a detailed geometry model. Therefore, one has to use a simplified approach, where the tubes 
are not described in detail in the model of the secondary side of the steam generator. Instead the tubes 
are described with a porous media model, where the effect of the tubes on the two-phase flow is 
modelled by using pressure loss and source terms for enthalpy and mass. 

In modelling the secondary side of the steam generator, it is important to use a realistic model for the 
primary circuit because it determines the boundary condition and the result of the calculation. 
Therefore, the APROS system code (APROS, 2009) is used for modelling the primary circuit and for 
the calculation of the source terms of enthalpy on the secondary side. 

                                                
1 Babcock&Wilcox once-through vertical steam generators could be considered as a third type. 
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In CFD modelling of the secondary side, the Euler-Euler multiphase model of the commercial ANSYS 
FLUENT 12.0 CFD code is used (ANSYS, 2009). In the Euler-Euler model, the equations for mass, 
momentum and enthalpy conservation are solved for two phases: liquid and vapour. The tubes of the 
primary circuit are described by using porous media model. The numerical model used in this work 
contains the relevant interactions between the phases, such as the drag forces and the mass transfer 
between the phases due to evaporation and condensation. The interactions between the phases have 
been implemented as User Defined Functions in FLUENT. 

In this work, the basic equations needed for modelling a horizontal steam generator of a VVER-440 
reactor are described. In writing the interaction terms of the phases, guidance has been taken from the 
work of Stosic and Stevanovic (2002) who have used a porous media model for modelling a steam 
generator of a VVER-1000 nuclear reactor. The experimental friction correlations for two-phase flow 
presented by Simovic et al. (2007) have been utilized. A somewhat similar approach to steam 
generator modelling has also been earlier used by Kristóf et al. (2008). 

In Section 2, the basic conservation laws for mass, momentum and energy are formulated. Different 
drag forces affecting the vapour and liquid phases in the porous media model are discussed. Mass 
transfer between the phases due to evaporation and condensation is described. The source terms of the 
energy equation are formulated, which are related to phase changes and heat transfer. In Section 3, the 
APROS model of the primary circuit and the FLUENT model of the secondary side are described. 
Coupling of the APROS and FLUENT models is discussed. In Section 4, results on the validation 
calculations are presented. Finally, Section 5 summarizes the work and contains some discussion. 

2.   POROUS MEDIA MODEL 

In the following, the basic conservation laws of mass, momentum and energy in the Euler-Euler 
multiphase model are formulated. The model equations are written in the form used in the ANSYS 
FLUENT version 12.0 and the source terms are formulated in the form suitable for implementation as 
User Defined Functions in FLUENT. Most of the time the approach presented earlier by Stosic and 
Stevanovic (2002) is followed. 

2.1 Conservation Laws 

Conservation of mass of phase q is (ANSYS, 2009) 

 
qqqqqq S

t ,mass)()( =⋅∇+
∂
∂

vργαργα  (1) 

 

Fig. 1: Horizontal steam generator of a VVER-440 plant. 



 3 

where γ is porosity, αq is the volume fraction, ρq is the density and vq is the velocity of phase q. The 
index q = 1 stands for the liquid phase and q = 2 for the vapour phase. The sum of the volume 
fractions is 121 =+ αα . Evaporation and condensation are described with the source term Smass,q. 

Conservation of momentum of phase q is 

 
qqqqqqqqt ,M)()( Svvv =⋅∇+

∂
∂ ργαργα  (2) 

The source term SM,q on the right-hand side contains interphase momentum transfer, lift force and 
virtual mass force. In addition, it includes effects of pressure gradient, gravitation and turbulence. 

Conservation of energy is 

 
qqqqqqqq Shh

t ,E)()( =⋅∇+
∂
∂

vργαργα  (3) 

where hq is the specific enthalpy of the phase q. The source term SE,q on the right-hand side includes 
the interfacial heat exchange and the heat source from the porous media, i.e., the tube banks. In 
addition, it contains effects of turbulence and changing pressure. 

2.2 Momentum Source Terms 

In the conservation law of momentum, Eq. (2), the source term is (ANSYS, 2009) 

 ( ) qqqqpqqqqqq p ,DF,vm,lift,CE,M FFFFRgτS ++++++⋅∇+∇−= ργαγγα  (4) 

where p is the pressure and g is the gravitational acceleration. The stress-strain tensor is denoted by ττττq 
and Rpq is the interfacial friction force and FDF,q is the friction caused by the tubes of the primary 
circuit. FCE,q is the force related to momentum transfer between phases, when mass transfer between 
phases occurs. Flift, q is the lift force and Fvm,q is the virtual mass force. The main forces driving the 
flow are the gravitational forces, wall friction affecting both phases and the interfacial friction. 

The interfacial drag force 

The interfacial drag force is proportional to the velocity difference between the phases: 

 )( 122121 vvR −= K  (5) 

The interfacial momentum exchange coefficient, K21, is 
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The correlation for the ratio of interfacial drag coefficient and the bubble diameter, CD/d2, consists of 
three parts described below. 

The first part, which is valid for bubbly flow regime (α2 < 0.3), has been adopted from Ishii and Zuber 
(1979). Stosic and Stevanovic (2002) have modified the original correlation by multiplying it by 0.4. 
This made a better fit to their experimental data, which was bubbly flow over a horizontal tube bank: 
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Here g is the acceleration of gravity, ∆ρ is the difference between liquid and vapour density, σ 

is the surface tension, and the dependence on the void fraction is ( ) ( ) 2/3
22 1 αα −=f . The 

second part of the correlation for churn-turbulent flows (α2 > 0.3) reads as 
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where the dependence on void fraction has the same form as in the CATHARE code. The third part of 
the correlation is valid for annular and mist flow (α2 > 0.3) 
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The larger value of the second and third parts of the correlation is selected. 

Drag force caused by the tubes of the primary circuit 

On the secondary side, the pressure losses caused by the tubes of the primary circuit are described 
based on the porous material formulation. The pressure loss is divided between the phases as 

DFDF, FF qq αγ= , where 

 
∑∑ −−=

p
ppppp

p
pppp vCvvDF ραµα

2

1
DF  (10) 

In the porous media approximation, the drag forces on the fluid phases consist of two parts: a viscous 
loss term proportional to flow velocity and an inertial loss term proportional to the square of the flow 
velocity. In an anisotropic porous medium, such as the tube banks, the proportionality coefficients 
describing the friction forces, Dp and Cp, are tensors. The effect of the viscous loss term has been 
ignored, Dp = 0, because the proportionality coefficient describing the inertial loss term, Cp, becomes 
dominant when flow velocities are large; Cp is also assumed to be diagonal. 

The pressure losses in the cross flow direction and in the direction parallel to the tubes are 

 ∑ ⊥⊥⊥ −=
p

ppppp vCF ,,DF, 2

1
vρα  (11) 

 ∑−=
p

ppppp vCF ||,||,||DF, 2

1
vρα  (12) 

In the direction parallel to the tubes, the Blasius correlation is applied )Re/(3165.0 25.0
e||, pp DC = , 

where De is the equivalent diameter and Rep is Reynolds number of phase p. 

In the cross-flow direction, the pressure loss is calculated according to the model presented by 
Simovic et al. (2007). The pressure loss coefficient for equilateral in-line tube arrangement is 

PC pp /Eu2, =⊥ , where P is the equilateral pitch. The phasic Euler numbers are 
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where d3 is the outer diameter of the tubes and Rep is the Reynolds number for phase p. The 
exponents m and n are calculated as has been described by Simovic et al. (2007). 

2.3 Mass Source Terms 

The mass transfer between the phases is included as a source term in the continuity equation, Eq. (1), 
for each phase. The source term for the liquid phase caused by condensation of vapour and 
evaporation of liquid is 
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The mass transfer rate from the phase p to the phase q due to bulk evaporation and/or condensation is 

pqm& . The mass transfer rate from phase p to phase q due to the heat transferred from the primary 

circuit is PR,pqm& , which is discussed in detail in Sec. 2.4. The source term for the continuation 

equation of the vapour phase is Smass,2 = –Smass,1. 

Evaporation occurs, when the liquid enthalpy is higher than the liquid saturation enthalpy, i.e., h1 > 
h′ , whereas condensation occurs, when vapour is in contact with subcooled liquid, i.e., h1 < h′ . The 
bulk evaporation and condensation are calculated from the correlations 
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where τe is the evaporation relaxation time and τc is the condensation relaxation time. Constant values 
of one second have been adopted for both relaxation times. 

2.4 Energy Source Terms 

In the conservation law of energy, Eq. (3), the source term is (ANSYS, 2009) 

 ( ) qqpqqqqqq SSQ
t

p
S ,PR,EC,E +++⋅∇−∇+

∂
∂−= qv:τ γγγα  (16) 

where qq is the heat flux, Qpq is the intensity of heat exchange between phases p and q. The last two 
terms are related to bulk condensation and evaporation and to heat transfer from the primary circuit. 

The source term of enthalpy caused by the bulk evaporation and condensation is for the liquid phase 

 ))(( 112211,EC hhmmS −′′−= &&  (17) 

The corresponding source term in the enthalpy equation for vapour is 1,EC2,EC SS −= . 

In the following, the heat transfer from the primary circuit to the secondary side is written in the 
porous media formulation. The volumetric heat transfer rate for the liquid heating is 

 ( )2tots1w
''

1,w
'''

1,w 1)/)(( α−−= VATThq  (18) 

where the surface related heat transfer coefficient is calculated from the Dittus-Boelter correlation: 

 4.0
1

8.0
me1

''
1,w PrRe)/(023.0 Dh λ=  (19) 

The Reynolds number for the mixture is defined as 1emmm /Re µρ Dv= , where the mixture density 

and velocity are defined as volume averaged quantities. The equivalent diameter for the complex tube 
bank is derived from the fluid volume and surface area as sfe /4 AVD = . 

When the heating walls are in contact with vapour, the heat transfer rate is 

 
2tots2w
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2,w
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2,w )/)(( αVATThq −=  (20) 

where ''
2,wh  is obtained from the Dittus-Boelter correlation: 4.0

2
8.0

me2
''

2,w PrRe)/(023.0 Dh λ= . 

Boiling is added to the heat transfer, when the structure temperature exceeds the saturation 
temperature. The volumetric boiling correlation reads 
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 ( ) ( ) 1.0
2totssatw

''
wb

'''
wb 1)/(0,max α−−= VATThq  (21) 

where the Thom pool boiling correlation is used for the surface area heat transfer coefficient 

 ( ) [ ] KW/m2.1971 2''
wbsatw

023.0''
wb =−= hTTeh p  (22) 

An additional limiter, ( ) 1.0
21 α− , has been included to limit the heat transfer at high void fractions. 

When the liquid sub-cooling exceeds TR = 20 K, all the heat transferred from the primary circuit is 
used in liquid heating. For saturated and superheated liquid, all the heat transferred from the primary 
circuit is used for steam generation. Between these two limiting cases, linear interpolation is used for 
dividing the heat between liquid heating and steam generation. The volumetric steam generation is 

 ( )( ) fg
'''

w,1
'''

wbPR12, /1 hqqrm +−=&  (23) 

where the linear ramp function is defined as ( )[ ]1,0,/)(maxmin R1sat TTTr −= . The corresponding 

energy source term for vapour is 

 '''
2,wfgPR12,2 PR, qhmS += &  (24) 

The rest of the total heat flux is used for liquid heating 

 ( )'''
1,w

'''
wb1PR, qqrS +=  (25) 

3.   THREE-DIMENSIONAL MODEL OF A VVER-440 STEAM GE NERATOR 

The horizontal steam generator of a VVER-440 PWR is first modelled by using the APROS code. The 
outer wall temperatures of the tubes of the primary circuit are calculated and then used as an input to 
the FLUENT model of the secondary side. In the following, the APROS and the FLUENT models are 
presented and the APROS-FLUENT coupling is briefly described. 

In the APROS model, the primary circuit has been divided into five horizontal layers. The uppermost 
layer is presented in Fig. 2. Several tubes are modelled with the same APROS component: four 
consecutive tubes in the horizontal direction and fifteen in the vertical direction. The flow rate of the 
primary circuit is controlled by a control valve and a control circuit. 

The secondary side of the steam generator is presented in Fig. 3. The portion of the secondary side 
occupied by the tube banks has also been divided into five horizontal layers. Five vertically aligned 
“downcomer” nodes have been added to allow some recirculation, and the area above the tube banks 
(steam dome) is modelled with two nodes. The heat transferred in each of the five layers of the 
primary circuit is conveyed into its own node on the secondary side. The feed water flow is adjusted 
with a three-point control, which monitors the water level of the uppermost downcomer node. 

The secondary side of the horizontal steam generator has been modelled by using the Euler-Euler 
multiphase model of FLUENT 12.0. The portion of the steam generator occupied by the tube banks 
has been described with the porous media model of FLUENT, which introduces additional source 
terms for the pressure loss caused by the tube banks and the enthalpy source. The source terms 
described in Section 2 were implemented as User Defined Functions in the FLUENT model. 

Most of the simulations were performed with a FLUENT model consisting of 120 000 grid cells. The 
grid independency was checked by performing a few simulations with mesh consisting of about 
950 000 grid cells. The grid is almost purely hexahedral. The free flow areas are modelled with a finer 
mesh than the porous areas. The tube support plates are represented as thin walls. The inner structures 
of the FLUENT model are illustrated in Fig. 4, where the tube banks are shown in green and the 
support plates and collectors are shown in brown. The new feed water manifold can be seen above the 
tube banks on the hot side. The old feed water manifold is located in the middle of the tube banks. 
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Fig. 2: The uppermost level of the primary circuit in the APROS model of the VVER-440 horizontal 
steam generator. 

 

Fig. 3: The secondary side of the APROS model for the VVER-440 steam generator. 

In the spatial discretization, the QUICK scheme was used for the volume fraction and the second order 
upwind scheme for other quantities. For the pressure-velocity coupling, the phase coupled SIMPLE 
scheme was used. In the temporal discretization, the first order implicit method was used with a time 
step of ∆t = 0.05 s for the coarse mesh. The primary tubes were modelled as porous media with a 
porosity of 0.72. Turbulence was modelled with the k-ε turbulence model for the mixture of liquid and 
vapour. The effect of the primary tubes on the turbulence on the secondary side was not taken into 
account in the model. 

Simulation of the primary circuit by using APROS makes it possible to provide a realistic boundary 
condition for the CFD simulation of the secondary side. The temperatures of the outer walls of the 
tubes of the primary circuit are solved by using the APROS model. The wall temperatures are then 
interpolated from the nodes of the APROS model to each grid cell in the tube banks of the FLUENT 
model. The interpolation is based on finding the nearest APROS node for each grid cell of the 
FLUENT model. The outer wall temperatures are then used in the CFD simulation for calculation of 
the heat transfer from the primary circuit to the secondary side. 
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Fig. 4: The FLUENT model for the secondary side of the VVER-440 steam generator. 

The flow on the secondary side is driven by gravitation and the density differences of the water-vapour 
mixture. The density differences are caused by the differences in void fraction, which are caused by 
differences in heat transfer on the cold and hot sides of the steam generator. Therefore, it is expected 
that the use of an accurate estimate for the wall temperatures of the primary circuit is a crucial step in 
determining the correct flow field on the secondary side. 

4.   SIMULATION OF THE VVER-440 STEAM GENERATOR 

In the following, the steady state operation of the steam generator at full power is studied. In the 
simulations, the feed water was injected from the old feed water manifold located in the middle of the 
tube banks. The reason for this is that some measured data on void fractions is available for such a 
situation (Haapalehto and Bestion, 1993). 

The parameters for VVER-440 steam generator are shown in Table 1, when the old feed water 
manifold is used. The mass of water on the secondary side was 33 tons in the stationary state that was 
the target. The temperature of the feed water was 223 °C and the injection rate was 130 kg/s. This 
corresponds to the full power of 242 MW of the steam generator. The steam generator is 
approximately 12 m long, and has a diameter of approximately 3 m. The heat transfer area is 2 510 m2. 

4.1 Simulation of the Stationary State 

First, the temperatures of the primary tubes are solved with the APROS model. In Fig. 5, the outer 
wall temperatures of the tubes are shown, when the APROS result has been interpolated to the CFD 
mesh. Cooling down of the primary flow from the hot collector to the cold collector can be seen in the 
result. The temperature distribution is clearly three-dimensional. In addition to the difference between 
the hot and the cold side, the temperature also varies in the vertical direction. The tubes near the 
bottom are colder than those near the top of the tube banks. 

In Fig. 6, the volumetric vapour generation rate is shown on the secondary side. As can be expected, 
the maximum amount of vapour is produced near the hot collector. Near the cold collector the vapour 
generation rate is very small. More vapour is generated in the top part of the tube banks than in the 
bottom. 

In Fig. 7, the void fraction is shown in two vertical cross-sections of the steam generator. The position 
of the feed water manifold is indicated in the middle of the tube banks. Most of the feed water is 
injected towards the hot side, which can be clearly seen in the void fraction distribution. The surface 
level is higher on the hot side, where more steam is generated than on the cold side. Near the bottom, 
the void fraction is almost zero. 
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Table 1: Model parameters for the primary and the secondary side of the VVER-440 steam generator. 

Primary side  Secondary side 

Inflow temperature of primary water, 
Tprim,in 

295 °C Power 242 MW 

Steam production 130.1 kg/s 

Outflow temperature of primary 
water, Tprim,out 

265.7 °C Mass of water, m
sec

 33 000 kg 

Pressure, p
sec

 46.0 bar 

Mass flow rate of primary water, 

primm&  
1 560 kg/s Temperature, T

sat
 259 °C 

Feed water injection 130.1 kg/s 

Pressure,  p
prim

 122.5 bar Feed water temperature 222.9 °C 

 

 

(a) 
 

(b) 

(c) 

Fig. 5: Outer wall temperatures [°C] of the 
primary tubes: 
(a) vertical cross-section on the hot side 
(y = 0.4 m) 
(b) on the cold side (y = –0.4 m) 
(c) horizontal cross-section (z = 1.5 m). 
 

 

 

Fig. 6: Volumetric vapour generation rate (kg/s m3) due to heat transferred from the 
primary circuit. Horizontal cross-section at z = 1.5 m. The measurement points 1...4 
discussed in Section 4.2 are also indicated. 

In Fig. 8, the void fraction is shown at the centre and in the hot end of the steam generator. The hot 
side is located on the right-hand side in these cross-sections. The bulk condensation caused by the cold 
feed water injected towards the hot side is clearly visible. In the bottom, the void fraction is smaller on 
the cold side than on the hot side. 

4
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Hot side 

Cold side 

Fig. 7: Void fraction in the vertical cross-sections on the hot (y = 0.4 m) and cold side (y = –0.4 m). 

 

 
Centre 

 
Hot end 

Fig. 8: Void fraction in vertical cross-sections at the centre (x = 0) and in the hot end (x = –2.67 m). 

 

 
Centre 

 
Hot end 

Fig. 9: Velocity magnitude of liquid water (m/s) in the vertical cross-sections at the centre (x = 0) and 
in the hot end (x = –2.67 m). 



 11 

Fig. 10: Vertical position of the 70% 
mixture level on the hot and cold sides. The 
calculated vertical distance from the top of 
the tube banks is shown. In comparison, the 
swell level reported by Dmitriev et al. 
(1991) is shown. 

 

Table 2: Comparison of the simulations to measured void fractions and flow velocities of liquid water. 
Simulation results obtained with the physical and superficial velocity formulations are shown. 

 Void1 [-] Void2 [-] Void3 [-] Void4 [-] Vel1 [m/s]  Vel2 [m/s] Vel3 [m/s] Vel4 [m/s] 

Measurement 0.3...0.4 0.3...0.4 0.3...0.4 0.3...0.4 0...0.4 0...0.4 0...0.4 0...0.4 

Simulation, 
physical 

0.31 0.42 0.31 0.30 0.31 0.30 0.07 0.26 

Simulation, 
superficial 

0.30 0.39 0.31 0.33 0.29 0.28 0.14 0.27 

In Fig. 9, the velocity of liquid water is shown at the centre and in the hot end of the steam generator. 
In the gap between the tube banks and the shell, water flows downwards and the stagnation point is 
close to the centre of the steam generator or somewhat towards the hot side. On the hot side, water 
flows mainly upwards and on the cold side mainly downwards. This flow pattern is driven by the 
density difference caused by the different void fraction on the hot and cold sides. 

4.2 Comparison with Available Measured Data 

The available measured data on the secondary side of full size steam generators is very scarce. Only a 
few measurements for horizontal steam generators are known by the authors of the present report. We 
have chosen to compare the calculated void fractions and flow velocities to the measurements 
presented by Haapalehto and Bestion (1993). The four measurement points were located 70 cm below 
the top of the tube banks, and their positions are shown in Fig. 6. 

In the porous media model of FLUENT 12.0, two alternative velocity formulations can be used: 
superficial and physical. In the superficial velocity formulation, the velocity in the porous region 
remains the same as outside the porous region, i.e., physicallsuperficia vv γ= . The physical velocity model 

takes into account the acceleration of the flow in the region, where the flow area is reduced by the 
tubes. The physical velocity formulation has been used to obtain the results presented so far.  

In Table 2, the calculated results are compared to measurements. Results obtained both with the 
physical and superficial velocity models are shown. The calculated void fractions are in a very good 
agreement with the measured values that were in the range 0.3...0.4 at all four measurement points. 
The error bars of the measured velocities of liquid water were unfortunately rather large: the flow 
velocities were 0...0.4 m/s. The calculated values fit well within this range. 

Some information is also available on the position of the water surface in VVER-440 steam 
generators. Dmitriev et al. (1991) present the mixture level on the hot and cold sides of the steam 
generator. The exact definition of the measured “mixture level” is, however, not available. In Fig. 10, 
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we have plotted the calculated 70% mixture level together with the measured result. The qualitative 
similarity of the calculated and measured mixture level is apparent both on the hot and on the cold 
side. Quantitative comparison is hampered by the difficulty in the interpretation of the measured data. 

5.   SUMMARY AND DISCUSSION 

A three-dimensional porous media model has been implemented for the secondary side of the 
horizontal steam generator of a VVER-440 plant by using the ANSYS FLUENT 12.0 code. The 
primary circuit is solved with the APROS system code and the outer wall temperatures are 
interpolated to the CFD model. Steady state operation at full power is solved. 

The implemented model has been found to be robust and to converge well towards the stationary state, 
when time dependent simulations are performed. The calculated void fractions and flow velocities of 
liquid water are in good agreement with the measurements at the few measurement points, where 
measured data is available. The shape of the mixture level is in qualitative agreement with 
observations. More accurate measurements of void fractions, velocities and the mixture levels would 
be necessary for better validation of the model. 

In general, the coarse mesh with 120 000 grid cells was found to produce very similar results as the 
finer mesh with 960 000 grid cells. The coarse mesh seems to be suitable for most practical 
applications. Some details of the solution, such as the jets of cold feed water, are not well captured by 
the coarse mesh. The wall friction is only properly resolved with the finer mesh. At least in steady 
state situations, this does not, however, affect too much the overall behaviour of the model. 
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Abstract  

 

An experimental and theoretical study of the transport of mineral wool fibre agglomerates in nuclear 
power plant containment sumps is being performed.  A racetrack channel was devised to provide data 
for the validation of numerical models, which are intended to model the transport of fibre 
agglomerates.  The racetrack channel provides near uniform and steady conditions that lead to either 
the sedimentation or suspension of the agglomerates.  Various experimental techniques were used to 
determine the velocity conditions and the distribution of the fibre agglomerates in the channel. The 
fibre agglomerates are modelled as fluid particles in the Eulerian reference frame. Simulations of pure 
sedimentation of a known mass and volume of agglomerations show that the transport of the fibre 
agglomerates can be replicated. The suspension of the fibres is also replicated in the simulations; 
however, the definition of the fibre agglomerate phase is strongly dependent on the selected density 
and diameter. Detailed information on the morphology of the fibre agglomerates is lacking for the 
suspension conditions, as the fibre agglomerates may undergo breakage and erosion. Therefore, 
ongoing work, which is described here, is being pursued to improve the experimental characterisation 
of the suspended transport of the fibre agglomerates. 

 

 

1. INTRODUCTION 

Loss of coolant accidents in the primary circuit of pressure and boiling water reactors can cause the 
damage of insulation materials that clad adjacent structures. These materials may then find their way 
to the containment sump where water is drawn into the ECCS (emergency core cooling system). 
Strainers in the containment sump may become blocked (either partially or fully) by the insulation 
materials. The consequences of such blockages are an increased pressure drop acting on the operating 
ECCS pumps. If the strainers are partially blocked, smaller particles can also penetrate the strainers.  
These smaller particles can therefore enter the reactor coolant system and then may accumulate in the 
reactor pressure vessel.  Knowledge bases and workshops (see relevant OECD and NUREG reports in 
the references) describe some of the research activities into the effect that debris has on the ECCS.   

Note that the adequate modelling of flow phenomena in the containment sump has been considered in 
a single-phase reference frame in combination with probabilistic risk assessments (Detar et al 2008, 
Lee et al. 2008, NUREG/CR-6773, Seo et al. 2009).  However, this introduces significant uncertainties 
into the assessment of the quantity of debris that may reach and penetrate the sump strainers.  
Therefore, multiphase flow models of submerged debris transport through the sump may reduce such 
uncertainties. 
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1.1  Joint Research Project 

An experimental and theoretical study that concentrates on mineral wool fibre transport in the 
containment sump and the ECCS is being performed (Krepper et al. 2009).  The study entails the 
generation of fibre agglomerates by high-pressure steam jets and the assessment of the transport of 
such agglomerates in single and multi-effect experiments.   

The experiments include measurement of the terminal settling velocity, the strainer pressure drop, 
fibre sedimentation and resuspension in a channel flow, jet flow in a rectangular tank and the 
importance of chemical effects on any filter cake formed on the strainer.  An integrated test facility is 
also operated to assess the compounded effects on the scale of the containment sump and any 
accumulation of fibres that may occur in a fuel assembly.   

Each experimental facility is used to provide data for the validation of equivalent computational fluid 
dynamic and system models in order to develop generic models that characterise the typical 
phenomena in loss of coolant accidents in the reactor primary circuit (Krepper et al. 2009). The focus 
of the studies described here are the experiments performed in a racetrack type channel that is used to 
examine the sedimentation and suspension of fibre agglomerates in a horizontal flow.  

2. EXPERIMENTAL DESCRIPTION 

The measurement techniques and experimental studies performed on the flat racetrack type channel 
are described below. 

2.1 Geometry 

The racetrack type channel used here has a channel width of 0.1 m, a depth of 1.2m, which is filled 
with deionised water to a depth of 1m. The length of the straight sections is 5 m (Fig. 1), while the 
bends have a radius of 0.5 m. The water flow is driven by two slow moving impellers (Type: EMU TR 
14.145-4/6, WILO EMU GmbH) that drive the liquid at velocities between 0.01 and 1.0 m s-1.  Note 
that the channel is expanded to 0.2 m in order to accommodate the pumps.  The walls are constructed 
from 30 mm thick Plexiglas.  

2.2 Measurement techniques 

The measurements can be split into two groups, the measurements determining the observed velocities 
and the assessment of the distribution of the fibre agglomerates.   

Three types of velocity measurements have been performed; these are ultrasound velocimetry, laser 
Doppler anemometry and particle image velocimetry.  The ultrasound, US, velocimetry (FLUXUS® 
ADM-6725, Flexim GmbH) is used to determine the horizontal velocity of the fluid in the channel to 
ensure that the impellers are operated at the desired frequency.  Field measurements of velocity using 
the ultrasound velocimetry sensors have also been performed in single-phase tests.  Point-wise profile 
measurements over the channel height and width were also performed for single-phase flow using 
laser Doppler anemometry, LDA (LDV 380 - continuous wave laser of wavelength 815 nm and 40mW 
power with LDE 320 Laser-Driver + Photo-Multiplayer, Polytec GmbH).  Partial two-component 
velocity fields were also obtained by particle image velocimetry (PIV). The images examined the 
effect of the fibre accumulation between two weirs on the flow field in the lower region of the 
channel. The weirs were approximately 2m upstream of the origin. A 532 nm wavelength laser pulse 

 
Fig. 1:  Plan of the racetrack type channel; the axes lie on the origin and the vertical component is j; 
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that gives visible green light is produced by the double pulse Nd: YAG-Laser (Neodym Yttrium-
Aluminium-Granite). The pulse energy was 200 mJ, the diameter was 5.5 mm and the repetition rate 
was 15 Hz. The laser (New Wave Gemini 200-15, New Wave Research, Inc.) provides a light sheet to 
perform measurements of the flow field using particle image velocimetry.  The particle image 
velocimetry was achieved by using 8-bit greyscale CMOS camera (MC1301 camera of Mikrotron 
GmbH) with a resolution of 1280 by 1024 Pixels at a frame rate up to 100 frames per second.  The 
unmagnified pixel size is 12 µm by 12 µm. 

Laser sensors (LV-H300 laser with LV-50 Amplifier, Keyence) and particle imaging detect the 
absence or presence of fibre agglomerates in the measurement locations in the channel. Images of the 
fibres obtained by a second MC1301 camera were of a whole segment of the channel.  A small portion 
of the channel with a macroscopic lens of the channel was also used. The laser detection sensors (30 
mm wide narrow beam of red light, with wavelength 650 nm, energy 3 mW and 3.5 ms pulse duration) 
were mounted perpendicularly to the flow at four channel heights, ( )4.03.02.01.0h∈  m, on 
the impeller side of the channel 3 m upstream of the origin.  

2.3 Experimental Uncertainty 

The key uncertainties lie within the variability of the fibre agglomerate phase.  The variability is 
attributed to agglomerate size, shape, compactness and convexity. The particle sizes in the 
sedimentation experiments in the channel are unknown and the description may differ significantly 
from previous assessments of the fibre agglomerates distributions (Krepper et al. 2009).  The quantity 
of fine grain particles released by interactions with steam and the flow structures in the channel 
experiment or within the containment is also an unknown. This may have a significant impact on the 
mass of agglomerates that are transported in the channel. Note that the fine grains, which are formed 
during insulation material production, can comprise of up to 30% of the material. Therefore, the fine 
grain particles can significantly affect the quality of the phase definitions applied to the simulations. 

The experimental techniques used to determine the distribution of the fibre agglomerates via laser 
detection measurements and particle imaging in the channel have a number of uncertainties.  These 
include how the laser detection sensors are calibrated against the concentration of fibre agglomerates 
in the channel, the influence that the different agglomerates have on the laser signal and the variation 
of the fibre agglomerate distribution over the 0.1 m width of the channel. This last uncertainty affects 
both the laser detection sensors and the particle imaging, as one agglomerate could obscure other 
agglomerates passing the measurement region. Note that the number of laser detection sensors that 
have been used might be insufficient to describe the phenomena occurring in the channel, particularly 
in and above the boundary layer where strong changes in the fibre agglomerate concentration need 
confirmation. 

2.4 Operational Mode 

The racetrack channel can be operated in several modes.  The addition of baffles can lead to situations 
where suspend fibre agglomerates can accumulate in the dead zones.  However, the aim of the studies 
described here is to separate the effects of sedimentation and suspension into two distinct modes: 

• Suspension examines the transport of 0.4417 kg of fibre agglomerates at an average velocity 
of 0.5 m s-1.  Note that the height of the impellers was 0.33 m and 0.66 m. The measurement 
techniques included laser detection sensors, particle imaging in the boundary layer and 
ultrasound velocity measurements. Steam-blasted MDK was selected as the source for the 
fibre agglomerates. 

• Sedimentation examines the transport of 0.0219 kg of fibre agglomerates held in a volume of 
0.001 m3 that is dropped into channel operating at velocities up to 0.2 m s-1.  The agglomerates 
are dropped into channel on the side opposite to the impellers from a 0.44 m long tray, which 
3.14 m from the origin given in Fig. 1. Note that the height of the impellers was 0.305 m and 
0.68 m.  The measurement techniques applied were particle imaging and ultrasound 
velocimetry.  Steam-blasted MDK was selected as the source for the fibre agglomerates. 
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3. NUMERICAL MODELS 

Different aspects of the numerical models, conditions and geometries used to resolve fibre 
agglomerate transport in the racetrack channel are described in the following subsections. 

3.1 Hydrodynamic model 

A multi-fluid model is used to determine the transport of the fibre agglomerates, which are treated as 
dispersed fluids in the Eulerian reference frame (ANSYS 2009). Each phase considered has a set of 
mass and momentum conservation equations (Eqns. (1) and (2)) with additional internal and external 
forces that estimate the influence that each phase has on one another. The volume fraction is resolved 
by the limit given in Eqn. (4). A constraint that the pressure is shared by all phases is also applied. 
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Where t is the time, Ui,c is the ith velocity component of the continuous phase, Ui,p and Uj,p are the ith 
and jth velocity components of the pth phase, rp is the pth phase volume fraction and ρp is the pth 
phase density. MS

p,jS  and M
p,iS  are the sum of all body forces in the mass and momentum conservation 

equations. M
p,iM is the sum of all of the external source terms in the momentum conservation equation. 

MS
cp,jΓ , M

cp,iΓ  and M
pc,iΓ  are the interphase exchange term between phases c and p and vice versa. τij is the 

stress tensor, pp′  is the pth phase modified pressure and eij is the strain rate tensor. µeff,p is the sum of 
the dynamic and turbulent viscosities.  

3.2 Interfacial Forces 

Three interfacial forces are considered significant. These are the buoyancy force, B
pS  (Eqn. (5)), the 

drag force (Eqn. (6)), D
p,iM , and the turbulence dispersion force (Eqn. (7)), TD

p,iM , while the lift, wall 

lubrication and the virtual mass forces are assumed to have a negligible effect on the fibres. The solids 
particle collisions model and any agglomeration, erosion or breakage of the fibre agglomerates are not 
accounted for in the current model. Such models require a more detailed empirical knowledge of the 
particles and their behaviour with respect to the restitution coefficient, the compaction and elasticity 
modulii, their interactions with fluid turbulence and other agglomerates. 
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Where, gj is the acceleration due to gravity, µtc is the continuous phase turbulent viscosity, ρc is the 
continuous phase density and σtc is the turbulent Schmidt number. The momentum exchange 
coefficient, D

cp,iC  (Eqn. (8)), is applied to both the drag (Eqn. (6)) and turbulence dispersion (Eqn. (7)) 

forces. In the simulations described here, CTD is a constant with a value of 1.  The ratio µtc(ρcσtc)
-1 
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defines the dispersion coefficient of the volume fraction gradient in Eqn. (7) the product of which 
gives the diffusion velocity of the dispersed phase.  The fibre agglomerates are assumed to have the 
form of wetted spherical particles with the diameter, dp. The drag coefficient, CD,SN, was estimated 
using the Schiller-Naumann correlation given in Eqn. (9), where Rep is the particle Reynolds number 
and µc is the dynamic viscosity of the continuous phase. 

3.3 Turbulence Model 

The SST or Shear Stress Turbulence transport model of Menter (1994) was applied to continuous 
phase with automatic wall functions. Simulations applying different turbulence models to the channel 
section mesh have shown that the use of automatic wall functions with the k-ω type of turbulence 
models can adequately model the flow in the near-wall region. The aim of such models is to 
approximate the Reynolds stresses, a flow phenomenon, by assuming a linear relationship with strain 
rate tensor.  The turbulence viscosity is the coefficient in this relationship and it links the turbulence 
models to the momentum equations of both phases via the terms µeff,p and TD

p,iM . The turbulent 

viscosity of the dispersed and continuous phases are determined by the zero-equation model (Eqn. 
(11)) and the SST model (Eqn. (12)). Two transport equations are used estimate the turbulent viscosity 
in the SST model, which resolve turbulent kinetic energy, kc, and the turbulent eddy frequency, ωc.   

( ) 1
tcctcptp

−= σρµρµ  (11) 

( )[ ] 1

2c,ijc,ijc1c1
1

ctctc Fee2,maxkν
−

− == ωααρµ  (12) 

F2 is the second of blending functions, which is applied to Eqn. 12. The blending functions enable the 
switch between two forms of the turbulence transport coefficients. Coefficients (e.g. α1) with the 
subscript 1 can adequately model the near wall region, while coefficients with the subscript 2 can 
model the free-stream turbulence well.  Note that the standard implementation of SST model in 
ANSYS CFX is used here (ANSYS 2009). 

3.4 Phase Description 

Three dispersed phases were defined according to the terminal velocities (Eqn. (13)) of the fibre 
agglomerates by selecting the most frequent particle size and the agglomerate fibre density (Table 2). 
The terminal settling velocities, Uj,sp, of the fibre phases, rpL and rpH, were selected by two 
characteristics velocities. The rpH phase was defined from the terminal velocity at which 80 % of fibre 
agglomerates have a smaller terminal velocity. The rpL corresponds to the most frequently observed 
terminal velocity of the particles.  
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The particle sizes for the rpL and rpH were determined from the mode of the MD2 agglomerate size and 
velocity distribution using Eqn. (13) to obtain the density (Krepper et al. 2009). The rpF phase is 
defined with a diameter that is a tenth of the rpL phase and it is assumed to have the same density of the 
rpL phase. The rpF phase is intended to represent the fibre agglomerates, which are formed in the 
channel due to agglomerate breakage and erosion caused by turbulence and impeller impacts.  

Phase Description Uj,up 
(mm s-1) 

dp 
(mm) 

ρp 
(kg m-3) 

µ 
(kg m-3) 

pζ  rp rp,in 

pF Fine fibre 
agglomerate 

~0.5 0.5 1002 µcµr 0.0166 0.0626 - 

pL Light fibre 
agglomerate 

~20 5 1002 µcµr 0.0166 0.0626 - 

pH Heavy fibre 
agglomerate 

~50 5 1027 µcµr 0.0028 0.0104 0.6636 

c Continuous 
water 

- - 997 8.899*10-4 - 1-rpX 1-rpH 

 

Table 1: Phase properties and fractions. 
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The relative viscosity, µr, is given by correlation Eqn. (14) of Batchelor (1977) and it is used to 
calculate the mixture viscosity, µm, via the product µcµr. The fibre share (Eqn. (15)) is based on an 
individual fibre density, ρf, of 2800 kg m-3 and the density of water, which is the continuous phase in 
the cases considered here.  The fibre share indicates that the majority of the wetted agglomerate mass 
is water.   

2
ppr r6.7r5.21 ++=µ  (14) 

( )( ) 1
cfcpp

−−−= ρρρρζ  (15) 

The volume fraction, rp, for the simulations with one dispersed phase were estimated from the mass of 
fibre agglomerates added to the channel using Eqn. (16), where Vch is the volume of the channel (1.4 
m3). Values of the volume fractions used are also given in Table 1. The volume fraction applied to the 
inlet condition of the sedimentation case corresponds to value given in the column rp,in of Table 1. The 
mass of dry fibres, mp,dry, corresponded to the respective experiments, where the suspension 
simulations applied a mass of 0.4417 kg and the sedimentation simulations applied a mass of 0.0219 
kg.  Note that the fibre material is based on steam-blasted MDK. 

( ) 1
chcpdry,pp Vmr −−= ρρ  (16) 

3.5 Geometries and boundary conditions 

The geometries used in the numerical models of the channel are depicted in Fig. 2 and details of the 
mesh resolution are given in Table 2.  Three geometries are considered in the simulations described 
here.  They are: 

• The suspension section, which is a 3 m long by 1 m high section of the channel located 
upstream of the impellers.  Note that the blue line in Fig. 2a is intended to correspond to Line 
1 in Fig. 2b. Uniform inlet and outlet conditions applied to the variables Ui,c, Ui,p and rp.  The 
initial conditions correspond to the inlet and outlet boundary conditions. The mean velocity 
applied to velocity component, ui, of the inlet and outlet conditions of both phases was 0.5 m 
s-1 with a low intensity turbulence condition for the continuous phase. This gave a channel 

a b c 

   
Fig. 2:  Channel geometries, where the crosshairs indicate the laser detection sensors; a) Suspension 

section, b) whole channel for suspension, c) whole channel for sedimentation. 

Mesh Total Wall i j k 
 Nodes  Min Max Min Max Min Max 

Susp., section 767052 - 0.01 - 0.004167 0.0196 0.004 - 
Suspension, 

whole channel 
633434 Bends 0.036 0.043 0.01 0.01 0.01 - 

Sides 0.032 0.04 0.01 0.01 0.01 - 
Impellers 0.025 0.035 0.00835 0.0115 0.01 0.0233 

Sedimentation, 
whole channel 

812036 Bends 0.036 0.043 0.001 0.012 0.001 0.005 
Sides 0.026 0.044 0.001 0.012 0.001 0.005 

Impellers 0.018 0.034 0.001 0.012 0.001 0.005 
 

Table 2: Mesh resolution of each mesh at the specified flow conditions. 
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Reynolds number (Coulson et al. 1990) of 1.02*105.  The volume fractions applied correspond 
to values of rp given eighth in column of Table 1.  The side and base walls are no-slip walls 
and the top surface is a free-slip wall.  

• The whole channel, which models suspension, applies the basic dimensions of the 
experimental channel (Fig. 1) with two cylindrical sub-domains (diameter of 0.14 m and 
length 0.1 m). The sub-domains are used to apply momentum sources at the heights of 0.33 m 
and 0.66 m in the parabolic section (Fig. 2b).  A momentum source of 6772 kg m-2 s-2, which 
was estimated from the head loss over the channel length via the Darcy-Weisbach equation 
(Coulson et al. 1990), was applied to the continuity equation.  The initial volume fractions, 
base, side and top wall conditions correspond to the equivalent conditions described for 
suspension section simulations.  Note that lines 1 and 4 are located at (i, k) = (3.00, ±0.55) m, 
line 2 is found at (i, k) = (5.55, 0.00) m and line 3 is located at (i, k) = (4.75, -0.55) m. 

• The whole channel, which models sedimentation, is depicted in Fig. 2c. The geometry varies 
from the suspension simulations through the use of different impeller heights (0.305 m and 
0.68 m) and an inlet condition on the +k side at 3.14 m from the channel origin. The 
momentum sources applied to the impeller sub-domains were adjusted to 1290 kg m-2 s-2 to 
give a mean velocity of ~0.2 m s-1.  The remaining conditions are no-slip walls applied to the 
base and sidewalls of the channel and a free-slip condition is applied to the top surface for the 
single-phase case.  The top surface conditions are defined as velocity inlet conditions for the 
transport of a fibre agglomerate slug through the channel.  The conditions are based on the 
addition of 1.1 litres of water containing 21.9 g of fibres to the channel through the 0.44 by 
0.08 m boundary condition.  The fibre-water mixture is dropped from a shallow rectangular 
tray, which is approximately 20 cm above the liquid level.  The velocity at the fibre inlet was 
estimated assuming a perfectly inelastic collision as 2.083 m s-1, with the fibre volume fraction 
given in ninth column of Table 1 for a period of 0.015 s, whilst the velocity and the fibre 
fraction at the remainder of top surface were both defined as 0 with a zero gradient turbulence 
condition.  Three 20 mm wide analysis regions (Areas 1 to 3) are positioned downstream of 
the inlet condition beginning at 4.0995, 4.34825 and 4.597 m from the channel origin.  

3.6 Solution techniques 

The solution techniques applied to all three configurations included the definition of the initial static 
pressure as gj*ρc*h, where h is the vertical distance and the use of the high-resolution mode of the 
solver for the advection and turbulence numerics schemes (ANSYS, 2009). Multiphase flow models 
were resolved using coupled equations with a correction step and volume-weighted body forces 
(ANSYS, 2009).  The solution techniques, which varied according to the geometries and phenomena 
considered, are listed below: 

•  The suspension section is modelled in the steady state mode. Each case is initialised with the 
uniform inlet conditions.  Note that j and k component velocities of the phases were initialised 
with velocities of 1*10-2, 2*10-2 and the turbulence parameters were automatically generated. 
A physical timescale of 0.1 s was used.  The solution was left to converge until the root-mean-
square residuals of the velocity components were less than 10-6.   

• The whole channel, which models suspension, was resolved in two steps to aid convergence: 

o A steady single-phase step was run to provide a converged flow field.  A physical 
timescale of 0.01 s was used.  The flow field was initialised with zero velocity 
conditions and automatically defined turbulence parameters.  Note that the solution 
was left to converge until the maximum residuals were less than 10-4. 

o A steady dispersed phase step was then run to model the distribution of fibre 
agglomerate phase about the channel.  The cases were initialised by an interpolation 
of the single-phase flow field. A physical timescale of 0.005 s was used. The high-
resolution scheme for Rhie-Chow velocity-pressure coupling was applied. Note that 
both these specifications were used to avoid numerical instabilities in the momentum 
and mass fraction equations. The solutions were considered converged once a stable 
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distribution of the fibre agglomerate volume fraction was achieved. This was 
considered acceptable when the variation in the volume fraction at the monitor point 
with the largest respective value was less than ±3% over several thousand iterations or 
when the maximum residuals were less than 10-4. 

• The whole channel, which models sedimentation was resolved in a transient approach due to 
the experiments performed. Note that the second order backward Euler scheme was used to 
progress the solution through time.  The simulations were performed in two steps: 

o The single-phase transient step resolved the transport of water through the channel for 
400 s or approximately 5 circuits of the channel.  The flow field was initialised on a 
coarse mesh version of the mesh (367372 nodes) depicted in Fig. 2c with zero 
velocity conditions and automatically defined turbulence parameters.  After 150 s, the 
flow field from the coarse mesh was used to initialise the final mesh by interpolation.  
Each time step was considered converged when the maximum residuals of the 
momentum equations were less than 10-4.  Note that adaptive time stepping was used 
to increase the time-step size from 0.005 s to 0.05 s during the course of the 
simulation.  The largest time step size used gave a maximum Courant number of 7. 

o The dispersed phase transient step modelled the transport of a slug of fibre 
agglomerates from the inlet for 10 s. Two time step sizes were used with 0.0025 s for 
the first 0.499 s and 0.005 s for the remainder of the simulation.  Each time step was 
considered converged when the root mean square residuals of the momentum 
equations were less than 10-4.   The maximum Courant number was of the order of 1 
throughout the simulation. 

3.7 Numerical Uncertainties 

The key uncertainties in the numerical model are that only a single agglomerate size, density and 
shape is considered in each case.  Experiments show a range of agglomerate sizes, shapes and 
densities, which may undergo flocculation, erosion and breakage.  

The velocities considered in the suspension experiments are far away from the velocities (<0.2 m s-1) 
that occur in the containment sumps of both boiling and pressure water reactors.  The key reason 
behind the selection of such a high velocity are that it is necessary to determine what phase definitions 
lead to the suspension of the fibre agglomerates, at conditions where experiments show them to be 
suspended.  The consequences of the high velocity are that lower concentrations are observed, which 
leads to lower mixture viscosities and lower collision frequencies and lower rates of flocculation.  Any 
fibre agglomerates that undergo erosion and breakage should have already done so at the velocities 
considered, though this needs experimental confirmation.  Note that the velocity condition applied to 
fibre inlet condition for the simulation of sedimentation in the whole channel might be inaccurate, as 
momentum could be lost from the falling liquid volume as it hits the liquid surface.  

Finally, the resolution of the grid in the boundary layer is also significant as the channel width is 
small. The y+ values in Table 3 indicate that the mesh is adequately resolved near to the wall for the 
suspension section and whole channel simulations for sedimentation when the SST model is applied 

Mesh  Single phase max y+ 
  Impeller 

Segment 
-i 

Bend 
+k 

Straight 
+i 

Bend 
-k 

Straight 
Suspension, channel 

section 
Base - - - - 118 
Sides - - - - 114 

Suspension, whole 
channel 

Base 207 446 352 275 273 
Sides 519 577 456 283 288 

Sedimentation, whole 
channel 

Base 8 22 15 13 13 
Sides 34 34 22 14 15 

Impellers 177 - - - - 
 

Table 3: Mesh resolution and max y+ values at the specified flow conditions. 
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with automatic wall functions.  The y+ values for whole channel suspension show that the mesh is 
coarse, due to the long simulation times required to achieve a steady state. Finer meshes may cause a 
vertical shift in the resolved volume fraction profiles.  In the case of the sedimentation simulations, 
thin wall conditions were applied to the impeller sub-domains in order to avoid instabilities in the bend 
downstream of the impellers.  Best practice guidelines concerning the mesh resolution will be 
followed once appropriate phase definitions are defined and further experimental investigations have 
been performed for the suspension of the dispersed phase. Nevertheless, the scale of the containment 
sump of an NPP is considerably larger than the simulations performed here. 

4. RESULTS 

The following subsections split the experiment and numerical results into the studies on the transport 
of the suspension through the channel and the sedimentation of a known mass of fibre agglomerates. 

4.1 Suspension  

This section describes the results obtained by the experiments and simulations performed to examine 
the suspension of a known mass of fibre agglomerates in the horizontal flows found in the racetrack 
type channel. The plots presented in Fig. 3a-c depict the signals obtained by the laser detection sensors 
and the variation in the signal output (V ′ ) with channel height.  The signal outputs were normalised 
by Eqn. (24), where ( )1Vmax −′  is the maximum value of the traces subtracted by the minimum signal 
output in Fig. 3a. Note that the traces obtained by two ultrasound velocimetry sensors indicate the 
velocities observed in the channel during the experiments.   

( ) ( )1V1V1V 1
max −′−′−=′′ −  (17) 

The distribution of the fibre agglomerates over the four measurement locations are given in Fig. 3b-c. 

a b 

  
c d 

  
Fig. 3:  Experimental measurements. a-c) Laser detection sensors output for the fibre agglomerate 

distribution (0.44 kg of steam blasted MDK); a) Signal output with ultrasound velocity 
measurements, b) normalised signal output, c) Ratio of the normalised signal output to the normalised 

output at 0.4 m; d)  LDA and US profiles of single-phase velocity on the –k channel side. 
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The variation of both V ′′  and 
m4.0h

VV =
′′′′ indicates that the concentration of the fibres increases at a 

height of 0.2 m, which is just outside of the boundary layer. The velocity profiles given in Fig. 3d 
obtained by LDA and US measurements at a similar impeller operating condition for single-phase 
flow have two peak regions, one near to the middle of the channel and one near to the channel base, 
which corresponds to the edge of the boundary layer.  The accumulation of fibres between 0.1 and 0.3 
m, where a 12 % change in the laser detection signal was observed corresponds to a fluid layer where 
the velocity gradient is greater than the fluid layer directly above the boundary layer.  However, the 
influence that the flow field has on the fibre agglomerate flux requires further confirmation.  Note that 
there is an unexplained apparent difference of 0.1 m s-1 between both types of velocity measurements 
for both profiles where a direct comparison can be made (i = 1.5 and 2.5 m upstream of the origin).  

Profiles from the suspension section simulations are depicted in Fig. 4. The volume fraction of pH and 
pL phases increases to values in excess of 0.5 over the lowest 0.02 m of the channel, which 
corresponds to the lower wall boundary layer where strong velocity gradients (Fig. 4c). This is not the 
case for the pF phase, where the change in the volume fraction is small over the whole channel height 
(Fig. 4a-b).  Thus, the pF phase is comparable with the experiments in boundary layer region where no 
fibre agglomerates accumulated at the velocity considered. Note that the mass of loose fine grain 
particles is not considered in the simulations, which make up to 30 % of the insulation material; thus, 
this could affect the concentrations of the fibre agglomerates observed in both the experiments and the 
simulations.  

Nevertheless, the uniform velocity profile (Fig. 4c) in the free-stream region of the channel results in 
the uniform distribution of the fibre agglomerates for all the dispersed phases considered (Fig. 4a-b). 
This uniformity was not observed to experiments, where a change of 12% of the laser detection signal 
was observed. Note that the upper interface of the fibre agglomerate flux differs for each phase, where 
the pH phase has the greatest reduction in height, the pF shows little no or deviation from the free-slip 
surface and the upper interface of the pL phase flux occurs between that of the pF and pH phases.  

Therefore, as flow structures that have been shown to affect the fibre agglomerate flux in the channel 
it became necessary to replicate such flow structures, which could only be obtained by modelling the 
whole channel.  Fig. 5 gives profiles of the volume fraction, volume fraction ratio and the velocity. 
The volume fraction profiles in Fig. 5a-b show that the pF phase corresponds well with the variations 
observed in the laser detection signal.  The pL phase is also affected by the flow field; however, the 
variation is 60 times greater than the pF phase. The pH phase settles to the bottom of the channel.  
Note that higher resolution simulations may show a reduction in the volume fraction at heights for 
h<0.2 m for the pF phase on line 1; however, these simulations have not yet been performed due to 
lack of available simulation time.  

The velocity profiles in Fig. 5c and Fig. 5f show that the flow structures, which influence the volume 
fraction profiles on line 1 may originate from flow instabilities in the second +i bend. However, 

a b c 

   
Fig. 4:  Profiles from the suspension section simulations; data from the line in Fig. 2a: a) Volume 

fraction of the fibre agglomerate phase, b) Ratio of the volume fractions of fibre agglomerate phase to 
its value at 0.4, c) Velocity magnitude of the continuous phase 
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experimental confirmation of the fibre distribution and velocity profiles on the +k side of the channel 
is required to confirm the profiles observed in the simulations. The velocity profiles also show that the 
mesh used here adequately models the continuous phase flow field. Profiles of single-phase flow are 
also given for comparison in Fig. 5c and Fig. 5f between single-phase and multiphase flow and at 
different mesh resolutions. Note that the transient higher resolution (Single TH) case produced similar 
velocity profiles to steady state lower resolution case (Single SL), both for single-phase flow. Note 
that there are small deviations away from the profiles for the disperse phase cases, where only data 
from lines 1 and 2 are shown for reasons of clarity. 

Further experimental measurements on both sides of the whole channel are needed to provide a better 
description of the fibre agglomerates that experience the flow conditions observed in the channel due 
to the previously described uncertainties in the experimental data.  

4.2 Sedimentation 

The sedimentation of a known mass of agglomerates in a horizontal flow was also examined 
experimentally and numerically in the racetrack type channel.  Fig. 6 depicts the experimental and 
numerical traces of the fibre agglomerate fraction as well as images of the volume fraction obtained 
after 6 s of simulation time. Eqns. (25) and (26) were used to estimate the fraction, χ, of the Areas 1-3 
indicated in Fig. 2c occupied by the fibre agglomerate phase, where N is the number of pixels and V 
the volume of each measurement area, a, which is occupied by the fibre agglomerates with a volume 
fraction greater than 0.01.  

aTp,aexp NN χχ =  (18) 

aTp,asim VV χχ =  (19) 

a b c 

   
d e f 

   
Fig. 5:  Profiles of the whole channel simulations of suspension; Data obtained from lines 1 and 3 in 
Fig. 2b: a) Volume fraction of the fibre agglomerate phase, b) Ratio of the volume fractions of fibre 
agglomerate phase to its value at 0.4, c) Velocity magnitude of the continuous phase. Data from lines 

2 and 4 in Fig. 2b; d) Volume fraction of the fibre agglomerate phase, e) Ratio of the volume 
fractions of fibre agglomerate phase to its value at 0.4, f) Velocity magnitude of the continuous phase 
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The traces indicate that the movement of the fibre agglomerate phase matches the experiments well 
(Fig. 6a-c); however, the dispersion or spread of the agglomerates is much greater in the experiments 
than in the simulations (Fig. 6d-f).  Note that in Fig. 6a-c & f, a mesh that had been locally refined in 
the streamwise direction is also depicted.  The refined mesh shows similar dispersion properties with 
sharper peaks (Fig. 6a-c) and the overall shape of the fibre agglomerate slug is similar; however, the 
distribution of agglomerates differs (Fig. 6f).  The reduced vertical dispersion maybe caused the range 
of agglomerate sizes present in the experiments leading to different settling velocities.  Hindered 
settling may also influence the vertical spread of the agglomerates.      

5. FURTHER EXPERIMENTAL INVESTIGATIONS 

Due to the uncertainties from the measurements described here, further experimental studies of the 
suspension of the fibre agglomerates have been proposed. The studies will apply particle imaging and 
particle image velocimetry simultaneously to determine the influence that the particles have on the 
fluid phase.  This would also include single-phase measurements of the velocity field with PIV.  The 
influence that the fibre agglomerates have on the laser detection signal will also be analysed. More 
measurement locations will also be considered to help elucidate the influence of the flow on the fibre 
suspension. The mass of the loose fine grains also needs to be accounted for to give better phase 
definitions.  The settling characteristics of the fibre agglomerates suspended in the channel also need 
determination. 

6. CONCLUSIONS 

Simulations of fibre agglomerate suspension and sedimentation have been performed on a racetrack 
type channel.  The sedimentation simulations physically agree with experiments performed, while the 
suspension simulations show good quantitative agreement with available experimental data.  However, 
further improvements are required for the experimental characterisation of the fibre agglomerate 
distribution for the appropriate validation of the numerical models and assumptions used here.  

A b C 

   
d e f 

   
Fig. 6:  Profiles and traces from the sedimentation studies; Experimental and numerical trace data 

from areas 1-3 in Fig. 2c: a) Area 1, b) Area 2, c) Area 3, the key is common to plots a, b and c; d) An 
photograph of MDK agglomerates after 6 s; e) & f) contours of volume fraction after 6 s at different 

mesh resolutions, where the white line indicates the extent of the agglomerate at rp = 0.01; 
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NOMENCLATURE 

Symbol Unit  Definition 
C - coefficient 
d m particle diameter 
e s-1 strain rate tensor 
F2 - second blending function of the SST model 
g m s-2 acceleration due to gravity 
h M channel height 
k m2 s-2 turbulent kinetic energy 
M kg m-2 s-2 external source terms  
mp,dry kg dry weight of the fibre agglomerates 
N - number 
P m2 s-1 turbulence production term 
p′  kg m-2 s-2 modified pressure  

Re - Reynolds number 
r - volume fraction  
S kg m-2 s-2 body source term  
t s time 
U m s-1 velocity vector 
V m3 volume 
V ′  V laser detection signal output 
V ′′  - normalised laser detection signal output 
y m distance to the nearest wall 

 

Greek Symbols Unit  Definition 
α - turbulence coefficient 
Γ kg m-3 s-1  interphase exchange term  
δ - Kronecker’s delta 
µ kg m-1 s-1 dynamic viscosity 
ν m2 s-1 kinematic viscosity 
ρ kg m-3 density 
ζ  - share of fibres in the wetted agglomerate 
σ - turbulent Prandtl or Schmidt number 
τ kg m-2 s-2 stress tensor 
χ - fraction for the comparison of the sedimentation studies 
ω s-1 turbulent eddy frequency 

 

Superscripts Definition 
B buoyancy 
D drag 
M momentum 
MS mass 
TD turbulent dispersion 
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Subscripts Definition 
1 coefficients for the near wall region 
2 coefficients for the free-stream region 
a Sedimentation measurement area 
c cth phase 
ch channel 
cp term acting between cth and pth phases 
eff effective 
F fine fibre agglomerate 
f individual fibre 
H heavy fibre agglomerate 
i ith direction component (transverse) 
in inlet condition 
j jth direction component (vertical) 
k kth direction component (spanwise)  
L light fibre agglomerate 
m mixture 
max maximum value 
p pth phase 
pc term acting between pth and cth phases 
r relative 
SN Schiller-Naumann 
sp terminal settling velocity of the fibre agglomerate 
T total 
t turbulent  
χ volume occupied by fibre agglomerates 

 

REFERENCES 

ANSYS, ANSYS CFX-12, Ansys Inc., Canonsburg, PA, USA 2009. 

G. K. Batchelor, “The effect of Brownian motion on the bulk stress in a suspension of spherical 
particles”, Journal of Fluid Mechanics, 83, 97-117 (1977). 

J. M. Coulson, J. F. Richardson, J. R. Backhurst, J.H. Harker, Coulson & Richardson’s Chemical 
Engineering, Volume 1, Fourth Edition (pages 54, 69 & 77). Pergamon Press, Oxford & New 
York, 1990.  

H. L. Detar, D. T. McLaughlin, R. J. Lutz, “Probabilistic Model for debris-induced loss of long term 
core cooling”, Proc. of the 16th International Conference on Nuclear Engineering, Orlando, 
Florida, USA, May 11-15, ICONE16-48780 (2008). 

E. Krepper, G. Cartland-Glover, A. Grahn, F.-P. Weiss, S. Alt, R. Hampel, W. Kaestner, A. Seeliger, 
“Numerical and experimental investigations for insulation particle transport phenomena in water 
flow”, Annals of Nuclear Energy, 35, 1564-1579 (2008).  

J. I. Lee, S. J. Hong, J. Kim, B. C. Lee, Y. S. Bang, D. Y. Oh, B. G. Huh, “Debris transport analysis 
related with GSI-191 in advanced pressurized water reactor equipped with incontainment 
refuelling water storage tank”, Proc. of the XCDF4NRS Workshop - "Experiments and CFD Code 
Applications to Nuclear Reactor Safety", Grenoble, France, 10-12 September, AC-05 (2008). 

F.R. Menter, “Two-equation eddy-viscosity turbulence models for engineering applications”, AIAA-
Journal, 32(8), 1598-1605 (1994).  

K. M. Seo, C. H. Shin, W. T. Kim, J. P. Park, B. S. Han, “CFD Analysis on Debris Transport to the 
Containment Recirculation Sump for OPR1000 Plant”, Proc. of the 13th International Topical 
Meeting on Nuclear Reactor Thermal Hydraulics, Kanazawa City, Japan, September 27-October 
2, N13P1141 (2009). 



15 

Relevant OECD and NUREG Reports 
Knowledge Base for Emergency Core Cooling System Recirculation Reliability, NEA/CSNI/R(95)11, 

1996. 

Knowledge Base for the Effect of Debris on Pressurized Water Reactor Emergency Core Cooling 
Sump Performance, NUREG/CR-6808; LA-UR-03-0880, 2003.  

GSI-191: Integrated Debris-Transport Tests In Containment Floor Geometries, NUREG/CR-6773 LA-
UR-02-6786, 2002. 

Knowledge Base for Strainer Clogging -- Modifications Performed in Different Countries Since 1992, 
NEA/CSNI/R(2002)6, 2002. 

Debris impact on Emergency coolant recirculation, Workshop Albuquerque, NM, USA February 
2004, Proceedings OECD 2004 NEA No. 5468 (2004). 

 



1 
 

LES WITH ACOUSTICS AND FSI FOR DEFORMING PLATES IN GAS FLOW 
 

I1. Per Nilsson, I2. Eric Lillberg and I3. Niklas Wikström 
 

ÅF-TÜV Nord, Sweden 
 I2. presently at Westinghouse  

I3. presently at FS Dynamics 
 
 

Abstract 
This concerns Flow Induced Vibrations (FIV) in nuclear reactors and numerical analysis of such. 
Special attention is paid to structural excitation by sound generated remotely and turbulent flow 
around the structure. One hypothesis was that these phenomena can interact, so that the structure 
accumulates more energy from the flow if it also excited by sound from another source. In the studies, 
Fluid-Structure Interaction (FSI) is simulated with Large Eddy Simulations (LES). 
 
It is shown possible to simulate excitation due to both acoustic and turbulence loads using the reported 
methods, at least qualitatively. The excitation levels are even of the right order of magnitude in some 
parts. However, there are some shortcomings in the modeling. The most important is perhaps the lack 
of non-reflecting boundary conditions. Another problem is the strong numerical damping in 
combination with demanding numerics for the selected solid solution methodology. 
 
Three cases are simulated, two for validation and one applied about steam dryers. For the applied case, 
it is concluded unlikely that excitation by the acoustic and turbulence loads can interact. The main 
reason is that the flow is controlled more by static geometrical factors, such as solid rotation sharp 
edges, than small deformations due to vibrations. 

1 INTRODUCTION 

The work is carried out by CFD in open source software including FSI. It is necessary to test and 
validate the calculation methods for this study. The study also includes testing of advanced methods 
for flow simulation, such as LES. 
 
To validate the methods, two cases have been investigated. In Case 1 it is studied how a structure can 
be excited by an acoustic load without flow. In Case 2 it is studied how a structure can be excited by 
flow without acoustic loading. In Case 3 a practical problem with steam dryer structures is studied. 

2 METHODS 

A new general solver for transient FSI problems such as FIV has been implemented by carefully 
combining algorithms for transient flow and structural analysis. The algorithms used are available in 
the official distribution of OpenFOAM-1.5.x (2009). The new solver is called mRCFF here. 
 
For the flow, a compressible pressure based LES solver is used without explicit filtering, that is, the 
mesh is used as a filter. This is a simple solution that could be considered industry standard, despite 
(or perhaps because) its shortcomings are well known. Here the Smagorinsky SGS-model is used and 
the convective terms are discretized on a second order centered stencil with some limiting. 
 
For the structure, a linear elastic transient solution algorithm is used. Both are based on finite volumes, 
which is a somewhat unconventional choice for the structural dynamic simulation. Separate systems of 
equations are created in the regions for fluid and solid. Each region has its own mesh, numerics and 
custom fields, in which the boundary conditions, which allow communication between the different 
regions, are located. Parallelization is done by domain separation of the various regions. 
 
In the cases analyzed here explicitly coupled FSI algorithms are used on conformal meshes. These 
generally utilize a much finer network than justified by the FSI problem and thus give longer solution 
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times for the structural problem. This method however allows for easier parallelization. Both solvers 
work on deforming meshes. The deformation of the fluid mesh is given implicitly by the solution of 
the displacement field in the structure solver. A separate displacement field solver is used to propagate 
the deformation of fluid mesh nodes. The movement is done with a diffusion which is proportional to 
the square of the distance to the fluid/structure-edge. This gives a fairly local deformation of the fluid 
network that preserves the network structure. 

3 CASE 1 

In Case 1 it is tested how the structural excitation by an external sound source can be simulated with 
mRCFF. Measurements and calculations by Frendi and Robinson (1993) have been selected for 
comparison. The case is formulated in such a way that comparisons can be two-dimensional. 
 

 
Figure 1: Domains according to Frendi and Robinson (1993) 

 
The upper domain dimensions are B=0.2794m, H top =0.3048m, L=3.048m. The plate dimensions are 
L p =0.381m, t p =3.302mm. The air properties are T a =288.33K, ρ a =1.2258kg/m3, p a =101325Pa, c a 
=340.16m/s, Cv a =717.4J/(kgK), κ a =1.4 and the plate properties are E p =3.7546*1010Pa, ν p =0.3, ρ p 
=1816.8kg/m3, Γp=6.7862Ns/m3 (The damping is not modeled here though). 

3.1 Numerical model 

The bottom air domain shown in Figure 1, the cavity, has been omitted in these simulations. Instead 
constant atmospheric pressure is applied at the lower side of the flexible plate. The mesh consists of 
4365 volumes for the air and 95 volumes for the plate. The air volumes are 20 mm long and high. 
With a time step of 1e-5s and the speed of sound 340m/s this corresponds to a CFL-number of 0.17. 
The plate volumes are of the same length as the air volumes and 0.66mm high. The depth is the same 
width as the domain, 0.2794m, because the case is handled as two-dimensional.  
 
The sides of the domain have symmetry boundary conditions for both air and plate. The ceiling and 
floor outside the plate are walls. The upper surface of the plate is a moving wall with non-slip to the 
air and pressure and shear stress conditions to the solid. The front and rear end of the plate have 
displacement 0 in all directions. At the inlet, pressure and velocity are applied as a function of time. 
The outlet is a convection boundary condition, which lets parallel waves out without reflection. To 
avoid disturbance from the outlet boundary, the outlet has an extra long outlet section added. This 
works in practice as a non-reflecting boundary condition as long as the calculation time is shorter than 
the arrival time of the reflections. 
 
For the spectrum tests, the inlet pressure and velocity are applied as a function of time. The pressure 
function was generated in the same way as in Frendi and Robinson (1993). A random pressure signal 
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with specified sound pressure level (SPL) was first generated. Then it was filtered with a second-order 
band-pass filter between 50 and 500Hz. The corresponding velocity function is estimated as pressure 
change divided by impedance, which is the density times the speed of sound. 

3.2 Test with step load 

As first tests, before the spectrum tests, a step load in pressure was applied at the inlet. These tests are 
designed to compare the dynamic response of the structure due to a single well-defined load. Initially 
there is atmospheric pressure and the plate is unloaded. Then at the time of 0.01s, the pressure is 
increased 10Pa in 0.1ms. At the same time, the velocity is increased as calculated with the impedance, 
in the same way as for the random signal described above. 
 

 
Figure 2: Pressure at different positions with different methods 

In Figure 2a a flexible plate with FSI is included in the model. The pressure is affected significantly by 
the plate deflection. The plate has been modeled as rigid (no FSI) in Figure 2b. Some other available 
schemes were also tested with this configuration, but all those results are not shown here. With a first-
order Euler-scheme, there was some numerical diffusion. In an analytic solution, the step propagates 
without deformation, but here the diffusion can be seen in Figure 2b. With backward-scheme there 
was dispersion of the step edge, while the Crank-Nicholson 0.9 gave dispersion in both the front and 
rear. It was concluded that we had to accept the diffusion of the Euler-scheme for this application. 
The dispersion of the backward-scheme was unacceptable due to the reflecting boundary conditions. 
The Crank-Nicholson scheme did not work with moving meshes in the present software release. 
 

  
Figure 3: Displacement at plate centre with different methods 

a b 

a b 



4 
 

Figure 3 shows plate centre displacement during loading steps. Figure 3a shows the deflection when 
the air is included in the model. Figure 3b shows the deflection when the pressure is placed directly on 
solid and no air is included in the model. The air damping is clear in Figure 3a and the numerical 
damping can be seen in Figure 3b. There is no modeled damping in the solid. 
 
It appears also that the deflection converges towards a stationary value of about 4.2e-6m, which is 
consistent with the handbook formulas for 10Pa static load. The natural frequency of the plate is about 
112Hz from the handbook formulas and linear approximation, which is also simulated quite well. 

3.3 Spectrum tests 

 
Figure 4: PSD of pressure 

The pressure on the plate is strongly governed by pressure at the inlet. In Figure 4 it can be seen that 
the pressure on the plate agrees well with the pressure measured by Robinson et al (1992) at the inlet. 
This can also be seen when comparing references Frendi and Robinson (1993) and Robinson et al 
(1992). The pressure at the inlet of the simulations (which is set as boundary condition) can be seen as 
gray in the background in the figure. 

 
Figure 5: PSD of microstrain, that is strain times 1e6 
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In Figure 5 it can be seen that the simulated strain spectra agree well with the strain measured by 
Robinsonet al (1992), especially around the first eigen-frequency, 112Hz. At 160dB, simulations 
overestimate the frequency of the maximum excitation slightly, while the height is somewhat 
underestimated. The simulations in Frendi and Robinson (1993) show the same differences. This may 
be due to differences in damping in the plate and the clamping. According to Frendi and Robinson 
(1993), the accuracy of the gauges is less good at the low strain levels occurring outside the region 
around the first eigenfrequency. 

 
Figure 6: PSD of acceleration 

In Figure 6 it can be seen that the simulated accelerations are well below the measured. This is mainly 
due to problems in the measurements according to Robinson et al (1992). The simulations with 
mRCFF, however, compare rather well with the simulations by Frendi and Robonson (1993), at least 
in basics. The second eigenmode is simulated at different frequencies here with mRCFF (around 
300Hz) and by Robinson et al (about 350Hz). It might be due to differences in clamping, which is 
fixed with mRCFF, but has finite stiffness in Robinson et al. There is also some uncertainty about the 
probe placement. (The differences in clamping stiffness cannot be seen above in Figure 4 and Figure 
5, because they are measured at points where the second mode gives small amplitude.) 

3.4 Assessment case 1 

The methods are assessed as sufficient to study how a structure is affected by acoustic loads 
phenomenologically and to an order of magnitude. The excitation of the plate in the case of an 
acoustic wave agrees well with measurements and simulations in Frendi and Robinson (1993) and 
Robinson (1992). The differences are assessed to be mainly due to differences in damping. 

4 CASE 2 

In Case 2, structural excitation by turbulent flow near a structure is simulated with mRCFF. The case 
is similar to Case 1 in that there is an inlet on the left end of a rectangular air domain with a plate over 
a cavity in the bottom. Here it is a fluid inlet instead of an inlet for acoustic waves. There is also a thin 
bar in front of the plate, see Figure 7. This bar disturbs the flow and creates a turbulent shear layer 
over the plate. This case is taken from Verge et al (2007) which use measurements form Leclercq 
(1999). 
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Figure 7: Domain for Case 2, gray floor, red plate and outlined air regions above and below the plate 

The upper domain dimensions are B=0.396m, H top =0.2m, L=0.7m. The lower domain, the cavity, 
dimensions are B=0.306m, H cav =0.28m, L=0.366m. The plate dimensions are L p =0.366m, t p =1mm, 
b=0.306m and the bar dimensions and location are before plate are l=10mm, h=9mm, a=-0.2m. 
The air properties are T a =293K, ρ a =1.19kg/m3, p a =0.1MPa, c a =344m/s, Cv a =719J/(kgK), κ a =1.4 
and the plate properties are E p =210*1011Pa, ν p =0.3, ρ p =7800kg/m3. 

4.1 Numerical model 

The air mesh over the plate consists of 1.2M volumes, the plate of 0.04M and the air in the cavity 
under the plate of 0.2M volumes. In the first layer over the plate, the volumes are 3.7mm long and 
wide and 0.18mm high. With time step 1e-5s and the speed of sound 344m/s this corresponds to an 
acoustic CFL-number of 0.9 in the longitudinal direction. The convective CFL's are several times 
smaller. In the plate, the volumes have the same length and width as in the air and are 0.2mm high. 
 
For solver reasons, the air above the plate is connected with the cavity via a two volumes long slit at 
the plate trailing edge. It might be seen in Figure 7 with some effort. The sides of the domain, that is in 
depth, and ceiling and floor around the plate, are walls with slip condition. The upper surface of the 
plate is a moving wall with non-slip to the air and pressure and shear stress conditions to the solid. At 
the plate edges, displacement is set to 0 in all directions. At the inlet, a velocity of 40m/s is applied. 
The outlet is a convective boundary condition which lets parallel waves pass out without reflection. 

4.2 Turbulent structures and displacement 

 
 

Figure 8: Isosurfaces of Q=1000 (left) and plate displacement (right) 

In Figure 8 (left) it can be seen how a horizontal shear layer is formed after the bar. The layer breaks 
up in rolls and then the rolls are broken up into smaller pieces, which are subsequently deformed to 
hair-pin shaped structures. The centers of these structures lift up against the free stream, while the ends 
are stretched along with the flow and thinned because of the stretch. 
 
To the right in Figure 8, it can be seen how the plate deforms in what looks like the first and second 
mode shapes. The slit at the plate's trailing edge is also visible. 
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4.3 Pressure and acceleration 

 
Figure 9 Pressure fluctuations scaled with dynamic pressure along the plate 

(Vetal = Vergne et al (2007), FSI = Simulations with mRCFF) 

Figure 9 shows that the simulated pressure fluctuations along the plate compare well to simulations 
and measurements from Vergne et al (2007) and Leclercq (1999). 

 

 

 

Figure 9: Power spectrum of pressure before plate centre, SPL with reference 2e-5Pa 
( Vetal = Vergne et al (2007)) 

The pressures from the mRCFF simulations are slightly below the measurements by Robinson et al 
(1992), see Figure 9. The shape of the spectra is similar though, with a peak slightly below 200Hz. 
 
The black curve is simulated with elastic plate and the green curve is simulated with rigid plate. The 
small difference between black and green at low frequencies thus represents the impact of the 
structural motion. The fact that the curves for both rigid and flexible flat plate are at the same level, 
compared with the measurements, can be interpreted that deviations in the solid model, for example 
numerical damping, are secondary in this comparison of pressure. 
 
The blue curve is simulated with convection boundary conditions at the ceiling of the domain. In the 
other simulations, a wall boundary condition is used at the ceiling of the domain. The difference is 
small, which indicates that the boundary condition at the ceiling does not have much effect.  
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Figure 10: Power spectrum of pressure at the cavity bottom 

In Figure 10 it can be seen that the pressure levels in the cavity are well above the levels measured by 
Leclercq (1999). It is probably due to the slot after the plate, which is modeled in the simulation 
mRCFF, but that does not exist in the experiments. The slot allows sound energy to get past the plate 
into the cavity in the simulation. 

 
Figure 11 Power spectrum of acceleration, scaled with 1e-6m/s2 

Figure 11 shows the acceleration of a point on the plate. The simulated levels and the spectrum shape 
compare rather well with the measurements by Robinson et al (1993). However, there are higher peaks 
in the measurements. As the pressure levels at lower frequencies compare rather well, see Figure 9 
above, the underestimation of the acceleration could be due to deficiencies in solid modeling. The 
numerical damping in the solid is probably overestimated, which can have an impact on the 
acceleration. 
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4.4 Assessment Case 2 

The methods are assessed as sufficient to study how a structure is affected by the pressure due to 
turbulent fluctuations, phenomenologically and to the order of magnitude. 
 
The excitation of the plate in Case 2, with turbulent fluctuations, agrees well with simulations and 
measurements by Frendi and Robinson (1993) and Robinson et al (1992). Discrepancies in the 
damping are a likely cause of the differences that still exist, particularly over-estimated numerical 
damping in the solid. Other probable causes of errors are the sub-filter modeling and the solution 
accuracy, especially the time-scheme, in the fluid.  
 
Previous simulations and analyses, see Lillberg and Nilsson (2008), have shown that the convective 
boundary condition used at the outlet can reflect some acoustic energy. The energy may therefore be 
wrongly kept in the domain and thus provide elevated levels of background noise. Such a thing cannot 
be seen the results here. This suggests that sufficient acoustic energy is allowed to propagate, but it 
can also be due to that the corresponding energy is dissipated in the fluid domain.  
 
The flow structures that appear to create the most significant pressure fluctuations are the rolls that are 
created after the ruler. They are quite large, of the order of 10mm. At the same time, the plate 
deflection is of the order of less than 0.1mm, see Figure 8. Therefore it is considered unlikely that the 
plate deformation would affect the flow field, so that the generation of the dominant pressure 
fluctuations would be affected. Possibly a small effect can be seen at low frequencies in Figure 9, but 
in principle the FSI is weakly coupled. 

5 CASE 3 

In Case 3, the excitation of a structure in the region around nuclear reactor steam dryers is studied. The 
background is the events at the power uprates in the reactors at Quad Cities and Dresden, see for 
example Hambric et al (2006). These have attracted justified attention in Sweden, where several power 
uprating projects are running. For other related analyses, see for example Strauss (2005). 
 
For this purpose a computer model, which resembles the steam parts of the reactor in Quad Cities I, 
has been created. This particular plant was chosen because a dryer cover plate was excited there. Since 
the exact specifications of reactor components are rarely public, the design and measures have been 
estimated from measurements and drawings in public material; see Hambric et al, Henry et al and 
Wellstein et al. The eigenfrequencies of the cover are hard to assess, because they depend strongly on 
how the plates are connected and the design of the internal structures. For a 6.35mm steel plate of this 
size, the first eigenfrequency may however lie below 20Hz. 
 
The simulations including the plate structure are not finished, so only results from flow simulations are 
shown here. Discretization sensitivity has also not yet been explicitly tested for this case. 

5.1 Boundary conditions 

 
 



10 
 

Figure 12: Calculation domain. The red plate just inside the steam outlet was excited in Quad Cities I. 

Figure 12 provides a schematic of the domain. All walls in geometry, with the exception of the 
spherical dome, are treated as walls. Slip boundary conditions are used on the dome wall and no-slip 
on the other walls. The inlet is specified as a constant mass flow of 360kg/s (which gives an average 
speed of 0.78m / s at a temperature of 583C), while the outlet is controlled by a constant total pressure 
of 6.9MPa. 

5.2 Numerical model 

Several different calculations have been made with the compressible LES-solver coodles. Different 
regions of the mesh have been refined, for example around the steam exit nozzle. The final calculation 
mesh, which was generated using OpenFOAMs snappyHexMesh, consists of 4.5M, mainly 
orthogonal, hexahedra. This is considered to provide a sufficient resolution of large-scale free stream 
structures in the interesting region in front of the plate. The volume layer on the plate is 1mm thick. 
This is not sufficient for a normal boundary layer at these flow speeds, but is considered reasonable 
here, because it will be shown that the flow is dominated by detachment at sharp edges of the 
geometry. Especially the top of the skirt creates large-scale vortex structures across the plate. For Case 
3, the time step was 2e-5s, resulting in a convective CFL ratio of 0.5 based on the volume size and 
flow velocity. 

5.3 Flow results 

The volume in front of the plate is the focus of this analysis. The flow there is dominated mainly by 
three factors: (i) the flow field from the upper part of the tank, (ii) the separation line along the top 
edge of the plate, and (iii) the outlet through nozzles. 

  
 

Figure 13: Isosurfaces of Q colored (left) Pressure on walls (right) 

The turbulent flow is dominated by longitudinal vortex structures together with transverse vortices 
which separate at the plate edge, see Figure 13 (left). When the steam goes out through the outlet 
nozzles, the vortical structures are stretched and strengthened as they are oriented along the outlet.  
 
There is a strong swirl generated at the outlet nozzle. This swirl creates a low pressure region at the 
plate, see the blue region in Figure 13 (right). The location of the vortex can be described as semi-
stationary; it wanders around a center point. 

5.4 Spectrum of turbulent kinetic energy 

A spectrum of the turbulence energy gives information if the model is sufficiently resolved to give 
reliable results. The highest possible frequency of spatial oscillations is calculated as the mean 
velocity in a region, divided by the size of the volumes there. Over the plate, the velocity is about 
20m/s and the volume size is about 10mm. Using Nyqvists theorem, this gives that fluctuations up to 
1kHz are supported. Energy above this should be dissipated by the turbulence model. Figure 14 shows 
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the energy content at two points, denoted 1 and 5. Above about 1kHz, the energy levels fall one to two 
orders of magnitude, which suggests that the LES model works well in that aspect. 
 

 
Figure 14: Power spectrum of pressure in some points before the plate 

5.5 Assessment case 3 

Based on previous discussions on large-scale separation and the relatively large energy-containing 
structures, it is concluded that the plate vibrations about one millimeter hardly can create large 
changes in the flow field. On the other hand, if the geometry had lacked sharp edges in the regions of 
detachment, small changes in geometry and vibration could play a crucial role for the flow field. 
 
The pressure spectrum in Figure 14 shows some coinciding peaks for points 1 and 5, but only the peak 
at about 50Hz is clear. Such a peak could match an eigenfrequency of the structure (as they are 
estimated to start at about 20Hz), but this is hard to assess at this stage with the available design data. 
 
There is a slight possibility that the wandering around and fluctuations of the low pressure region 
inside the nozzle could excite the plate, but since the deflection is still small relative to the flow 
structures, it is unlikely that there would be a two-way FSI. 

6 COMMENTS ON THE SOFTWARE 

The solver for the solid is based on a formulation that is suitable for flow problems. It solves the 
equations for one direction at a time, x, y and z. For a problem like this it is not optimal, since the 
deformation of a solid is much stronger coupled in the three directions. To address this issue, very 
strict convergence criteria are set with a large number of iterations.  
 
The boundary conditions used at the outlet are non-reflective to small, perfectly parallel disturbances. 
For other waves there is reflection. This keeps noise in the domain and likely causes error in Case 2.  
 
Earlier tests have shown that the first-order scheme is a bit too diffusive for this type of aero-acoustic 
problems. Only Euler and backward-time schemes are available for moving grids in this version of 
OpenFOAM. The backward scheme is not limited but may lead to overshoots, dispersion.  
 
It is presently not possible to use more than one fluid domain in a parallel solution. This is the reason 
for connecting the upper and lower fluid domains in Case 2. 
 
In the current solver, the mesh is updated in all directions at all points of the domain. This is obviously 
not needed for such a local and one-directional deformation as we have here. The solver improvement 
is however not straightforward, without losing the generality of the regionalization and parallelization. 
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7 CONCLUSIONS 

It is possible to simulate structural excitation due to both sound and turbulence using the reported CFD 
methods, at least qualitatively. The excitation levels are also of the correct order of magnitude in some 
parts. There are some obvious shortcomings in the modeling. One is the lack of non-reflecting 
boundary conditions. Another important aspect is the strong numerical damping in combination with 
the demanding numerics of solid solution. More sensitivity studies are also needed to determine the 
quantitative accuracy of the predictions, particularly in Case 3 which is not compared to experiments. 
 
One goal of this work was to study how well a fairly standard methodology, based on open source 
software and methods for FSI which is common in commercial CFD codes, performs at comparisons 
with experiments. It is an attempt to highlight the many difficulties with the methodology and some 
numerical aspects which may substantially affect the results in different ways. 
 
Another objective of this work was to determine whether acoustic loads and flow loads can interact in 
such a way that the excitations can be stronger than with each load separately. For the cases tested 
here, especially Case 3, it is unlikely that the mechanisms of excitation can interact. The main reason 
for this is that the flow is controlled more by the static geometrical factors, such as solid rotation sharp 
edges, than small deformations due to vibrations. 
 
As a side effect, another possible excitation mechanism was found; the low pressure region wandering 
around inside the steam exit nozzle. This phenomenon is however not coupled FSI. 
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ABSTRACT 

 
The pressure drop through the Rupture Disk device (RD) of the boron injection system of the 
nuclear power plant of Atucha I is investigated and results are compared with experimental 
data taken from several tests performed at an experimental facility in Erlangen. Air and water 
tests are available for different flow rates with an overall Reynolds number ranging from 3000 
to 17000. ANSYS CFX 11.0 with RANS SST turbulence modelling has been applied and 
several sensitivity analyses were performed addressing different geometries, boundary 
conditions, roughness values, turbulence models and other numerical settings, thus trying to 
comply with the recommendations of the Best Practice Guidelines. Attempts are made to 
assess the influence of modelling assumptions due to the lack of some information in the 
experimental data. Comparison between simulation and experiments shows quite a good 
agreement. 
 
 

1 INTRODUCTION 

The fast boron injection is a backup system for the fast shutdown of the Atucha I and II 
reactors, the main system being constituted by the control rods. The boron injection is meant 
to be actuated during certain postulated accidental scenarios, including the large break LOCA. 
The system consists of four injecting lines, each including one pressurized air tank, two fast 
acting valves, two boric acid solution tanks, one rupture disk and one injecting lance. The 
injection is powered by the pressurized air in the tank as soon as the intervention signal makes 
the valves open. One of the critical components of the system is the so-called rupture disk, 
which is a device containing a rupture membrane that, during normal operation, separates the 
high pressure ambient of the reactor pressure vessel from the low pressure one in the boron 
tanks. When the injection system intervenes, the pressurization of the injecting circuit causes 
the membrane to break, thus allowing the borated solution to rapidly flow into the moderator 
tank. Pressure losses across the rupture disk device influence the injection time and hence are 
important for the fast response of the system. For this reason several experimental tests were 
performed to study such a pressure drop. 
In the following paragraphs a short description of the test facility is given. The computational 
grid and parameters for the CFD simulations are described and results are compared with 
experimental data. 

2 EXPERIMENTAL SETUP 

The experimental test document (Weber, 1971) describes tests performed before 1971 in the 
experimental facility of Erlangen for the assessment of the pressure drop through the RD. 
The test apparatus is sketched in Figure 1. It consists in a long series of pipes of different 
diameters, installed upstream and downstream the RD, where pressure is measured at stations 
shown in the figure. The test fluid (water or air) is driven through the system in order to 
measure the pressure drop between the two stations adjacent to the RD. 
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Figure 1: Experimental Apparatus 

The RD (Figure 2) is mainly constituted by the following components: 
• Primary and secondary flanges: connecting to the rest of the apparatus (piping) 
• Burst Insert: provided with 171 holes (φ 4mm) in contact with the steel membrane 
• Steel membrane: designed to break for a pressure difference across it of 31.5 bar 
• Strainer cylinder: provided with 340 holes (φ 4mm), act as a filter for the debris of 

the broken membrane 
 

 
Figure 2: Assembly Drawing of the Rupture Disk Device 
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Several tests were performed in order to study the behaviour of the flow through the RD after 
the break of the steel membrane: 

• single test with air and volumetric flow rate of 380 m3/h 

• series of tests with air studying the influence of the channels Reynolds number in the 
range 16000Re3000 ≤≤ ch  

• series of tests with water studying the influence of the channels Reynolds number in 
the range 17000Re7000 ≤≤ ch  

• series of tests with closed strainer holes studying the influence of holes occlusion. 

Where chRe  is the Reynolds number calculated at the holes in the burst insert. 

The occlusion tests were performed in order to study the influence of covered holes in the 
case when debris of the steel membrane blocks the flow through some holes. 
No tests were performed at the actual Reynolds number (heavy water volumetric flow rate of 

212 m3/h with 510Re >ch ) since the apparatus was not designed for such a value. 

Water tests show a higher pressure loss coefficient compared to air for the same Reynolds 
number. The document explains that entrapped air bubbles in the flow may be the reason for 
such behaviour. This hypothesis is supported by the fact that there is a narrowing in the 
difference while the water mass flow rate increases (with subsequent decrease in the relative 
air content). On the other hand no information is available about such air inclusions and 
therefore cannot be accounted for in the CFD calculations. 

3 CFD MODEL 

The aim of the CFD simulations is to reproduce the experimental tests in terms of pressure 
drops and pressure loss coefficients for the validation process. The experimental tests chosen 
for the comparison were: 

• single air test with a volumetric flow rate of 380 m3/h 

• series of tests with air studying the influence of Reynolds number 

• series of tests with water studying the influence of Reynolds number 

 

Eight steady-state CFD calculations were set-up (four for air and four for water) imposing 
different inlet velocities, in order to compare the results for different Reynolds numbers. 
 
3.1 Computational Grids 

The computational domain includes the fluid volume inside the RD (coloured region in Figure 
3). In particular the entire fluid domain was divided into several sub-domains: 

• Pre-Burst: internal volume of the secondary side connecting flange 

• Burst Channels: 171 longitudinal channels in the burst insert 

• Post-Burst: volume included between the burst insert and the strainer cylinder 

• Strainer Holes: 340 holes (14x20 radial and 60 frontal) in the strainer cylinder 

• Strainer: internal volume of the strainer cylinder and of the primary side flange 

 

Owing to the symmetry of the RD, the computational domain was chosen as a quarter of the 
entire fluid domain (a 90-degree sector), as shown in Figure 4. 
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Figure 3: Fluid Domain and Domain Sub-Divisions 

The domain has the following boundaries for application of boundary conditions (Figure 4): 

• Inlet (in cyan) 

• Outlet (in red, not visible in the figure) 

• Two symmetry planes defining the 90°-sector (in grey) 

• Walls: all other boundaries (in green) 

 

 
Figure 4: Computational Domain and Boundaries 

The grid is generated using the Octree volumetric meshing algorithm available in ICEM CFD 
and is mainly tetrahedral with 3 prism layers near wall boundaries. A higher mesh density in 
the holes region (both burst insert and strainer) and wall mesh refinement are imposed.. The 
prism layer total height is 0.15 mm with first node distance of about 0.032 mm (refinement 
height ratio of 1.5). The total number of nodes  

Table 1: Mesh Information 

N° of nodes Tetra Prism ICEM Quality  
~ 2 800 000 ~ 10 000 000 ~ 1 900 000 > 0.3 (for more than 

99% elements) 
< 0.2 (for less than 

0.03% elements 
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Figure 5 shows some features of the developed grids. In particular different mesh densities 
near the wall and for the holes are visible at the symmetry plane (top) and the prism layer 
features are shown for transverse and longitudinal sections of the burst insert holes (bottom) 
 

 
Figure 5: Mesh Features 

3.2 Simulation Setup and Boundary Conditions 

The simulations were performed using the computational grid mentioned above and the CFD 
package ANSYS CFX 11.0. In addition to the reference calculations, several sensitivity 
analyses were performed in order to provide relevant information on the influence of some 
boundary or geometric features and numerical settings. 
The turbulence is accounted for with the Shear Stress Transport (SST) model. A convergence 
criterion based on the following two conditions is applied to all the calculations performed: 

• the Root Mean Square (RMS) normalized values of the equation residuals must drop 
by at least 4 orders of magnitude, and the asymptotic region possibly be reached; 

• the flow fields (velocity, pressure, temperature fields etc.) must be stabilized. 

Although at least a second order advection scheme is suggested for good quality results 
(Mahaffy, 2007), a first order (upwind) numerical discretization scheme was chosen in order 
to enhance the poor convergence behaviour of the calculations. On the other hand such 
scheme intensifies diffusive phenomena, (through an additional “numerical” viscosity) with 
respect to higher order schemes, thus leading to higher pressure drops. 
 
The following boundary conditions have been imposed to the computational domain: 

• Inlet: 

o velocity (uniform profile) 

o turbulence intensity (5%, CFX default value)  

o eddy viscosity ratio (10, CFX default value) 
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• Outlet: “opening” pressure-controlled condition with “zero gradient” turbulence 
option, as recommended by CFX 11 user manual 

• Symmetry planes: symmetry conditions 

• Walls: 

o No-slip condition 

 
A total of eight simulations are performed for the comparison with experimental results. All 
the Reynolds numbers are calculated with the mean bulk velocity and diameter at the burst 
channels, Error! Reference source not found. shows the main features of these calculations: 

Table 2: Main Simulations Performed 

Simulation ID’s Working Fluid Inlet Velocity Re (burst channels) 
RDair_n171_UW_base Air @ 25°C 25.2893 m/s 12 716 
RDair_n171_UW_u10 Air @ 25°C 10 m/s 5 028 
RDair_n171_UW_u20 Air @ 25°C 20 m/s 10 057 
RDair_n171_UW_u50 Air @ 25°C 50 m/s 25 142 
RDwater_n171_UW_u1 Water @ 25°C 1 m/s 8 704 
RDwater_n171_UW_u2 Water @ 25°C 2 m/s 17 409 
RDwater_n171_UW_u3 Water @ 25°C 3 m/s 26 114 
RDwater_n171_UW_m60 Water @ 25°C 14.3749 m/s 125 130 
 
For the first and last case, the inlet velocity is calculated from the respective volumetric flow 
rate value, while the other cases are chosen in order to obtain values of the Reynolds number 
in the range given in the test document. In particular, the volumetric flow rate for the single 
air test case is taken from the experimental document (380 m3/h) and the value from the last 
water case is taken as the value in nominal working condition (0.06 m3/s) which returns a 
mass flow rate of 59.82 kg/s. 
 
3.3 Sensitivity Analyses 

Based on the RDair_n171_UW_base simulation, taken as the reference case, the following 
sensitivity analyses are performed: 

• sensitivity on geometry 
- 171 Burst Channels with different hole locations 

• sensitivity on boundary conditions 
- wall roughness included (16 µm) 
- turbulence intensity: Low (1%) 
- turbulence intensity: High (10%) 

• sensitivity on modelling 
- air as ideal gas 
- k-ε turbulence model 
- k-ω turbulence model 
- Six-equation Baseline Reynolds Stress Model (BSLRSM) 

• sensitivity on numerical settings 
- Fixed Blend (0.2) advection scheme 
- HR (High Resolution) advection scheme for the last water case 

Table 3 shows the sensitivity analyses performed: 
 

Table 3: Sensitivity Analyses Performed 

Sensitivity analysis Simulation ID Reference case ID 
Geometry 

171 Burst Channels RDair_n171bis_UW RDair_n171_UW_base 
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Boundary Conditions 
Wall roughness (16 µm) RDair_n171_rough RDair_n171_UW_base 
Turbulence Intensity 1% RDair_n171_LowT RDair_n171_UW_base 
Turbulence Intensity 10% RDair_n171_HighT RDair_n171_UW_base 

Modelling 
Air as ideal gas RDair_n171_UW_idealgas RDair_n171_UW_base 
k-ε turbulence model RDair_n171_UW_keps RDair_n171_UW_base 
k-ω turbulence model RDair_n171_UW_komega RDair_n171_UW_base 
BSLRSM turbulence model RDair_n171_UW_BSLRSM RDair_n171_UW_base 

Numerical Settings 
Fixed Blend (0.2) RDair_n171_Blend20 RDair_n171_UW_base 
High Resolution RDair_n171_HR RDair_n171_UW_base 

4 CFD RESULTS 

The target variable is the pressure loss coefficient of the RD calculated as the area averaged 
total pressure difference between inlet and outlet divided by the dynamic pressure at the 
outlet. The performed calculations did not converge adequately when the High Resolution 
(suggested by ANSYS) advection scheme is chosen. For this reason the first-order upwind 
advection scheme has been used for all calculations. All the eight studied cases show quite 
similar behaviours: RMS residuals drop between 4 and 5 orders of magnitude and max 
oscillations in the control variables are around 0.3% – 1% (relative value). 
Although relatively poor, this convergence behaviour can be considered acceptable for the 
present study, as it is bringing calculation errors smaller than the experimental uncertainties. 
Since all the main calculations show qualitatively similar behaviour, the qualitative analysis 
of results is performed only for the RDair_n171_UW_base case, while the quantitative results 
comparison includes also the remaining seven reference calculations. 
 
4.1 Wall Distance y+ 

The maximum value of y+ is around 25 for both the air test (u = 50 m/s) and water test (u = 3 
m/s) and located in the last holes of the strainer cylinder. The mean value over the whole 
walls is around 8. Maximum and mean values for the RDwater_n171_UW_m60 case are 
respectively 115 and 30. Figure 6 shows a detail of the Y+ contours for the 
RDair_n171_UW_u50 case. 
 

 

Figure 6: Y+ contours for the RDair_n171_UW_u50 
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4.2 Velocity and Pressure Fields 

Figure 7 shows the velocity vector field on a symmetry plane. The highest velocities, of about 
100 m/s, occur in the last holes of the strainer cylinder (down-flow direction). In particular, 
most of the flow at the exit of the burst insert moves around the strainer cylinder towards the 
back of the primary flange and is strongly accelerated there by the high pressure drop to the 
strainer cylinder and finally to the outlet. A strong re-circulation region is formed just outside 
the burst insert, near the lateral wall of the primary flange. 
 

 

Figure 7: Velocity Vector Field on the Symmetry Plane 

The total pressure field is shown in Figure 8 where the main losses are at the exit of the burst 
channels and in the back of the strainer cylinder after the last holes. All these regions are near 
re-circulations due to sudden expansions in the flow. It is interesting to note how the total 
pressure is not uniformly distributed at the outlet. 
 

 

Figure 8: Total Pressure Field on the Symmetry Plane 

 
Table 4 shows the pressure losses for all the cases studied: 
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Table 4: Pressure Losses 

Case ID Total Pressure Drop [kPa] Loss Factor ktot 
Air 

RDair_n171_UW_base 4.40 2.63 
RDair_n171_UW_u10 0.74 2.83 
RDair_n171_UW_u20 2.78 2.66 
RDair_n171_UW_u50 16.79 2.57 

Water 
RDwater_n171_UW_u1 5.90 2.68 
RDwater_n171_ UW_u2 22.86 2.60 
RDwater_n171_ UW_u3 50.77 2.56 
RDwater_n171_ UW_m60 1127.86 2.48 

5 SENSITIVITY ANALYSES 

Several sensitivity studies are performed in order to assess the influence of some uncertainties 
in geometric and flow parameters. 
A different arrangement of the burst insert holes is studied since only the longitudinal cross 
section of the device is available in the experiment document and the geometry used in the 
simulations is deduced from a slightly different newer design. The new arrangement of the 
holes is shown in Figure 9, where 28 holes are moved from the inner part (in red) to the 
peripheral region (in blue). 
Different settings for turbulence level and wall roughness are studied since no detailed 
information is available for inlet and wall conditions. 
The influence of compressibility is investigated because the velocity can locally reach values 
greater than 100 m/s (Mach numbers greater than 0.3). 
Finally sensitivity on turbulence model and advection scheme was analyzed. 
 

 
Figure 9: Different Burst Holes Arrangement 

Table 5 shows the calculated loss factor for the sensitivity analyses: 
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Table 5: Sensitivity Analyses Results 

Simulation ID Total Loss Factor ktot Relative Error 
Reference Case 

RDair_n171_UW_base 2.63 - 
Sensitivity on Geometry 

RDair_n171bis_UW 2.58 -2.0% 
Sensitivity on Boundary Conditions 

RDair_n171_rough 2.75 +4.5% 
RDair_n171_LowT 2.62 -0.6% 
RDair_n171_HighT 2.65 +0.8% 

Sensitivity on Working Fluid 
RDair_n171_UW_idealgas 2.61 -0.6% 

Sensitivity on Turbulence Model 
RDair_n171_UW_keps 2.66 +1.0% 
RDair_n171_UW_komega 2.73 +3.9% 
RDair_n171_UW_BSLRSM 2.64 +0.5% 

Sensitivity on Numerical Settings 
RDair_n171_Blend20 2.58 -2.1% 
RDair_n171_HR* 2.39 -9.1% 
* very poor convergence (RMS residuals drop ~ 10-3) 
 
The different arrangement of burst holes, while having quite a strong influence on the flow 
structure, has a moderate effect on the loss factor. For the compressibility, the effect is 
negligible, with local temperature differences (theoretically absent for incompressible flows) 
of a few degrees Celsius. The other results of the sensitivity analyses show relatively small 
differences from the reference case except for the rough case and the κ-ω turbulence model. 
Special attention should be given to the advection scheme: in particular, the High Resolution 
case returns a value of the loss factor well below the reference case, suggesting an 
overestimation of the calculated loss factor due to the numerical enhanced diffusive 
phenomena connected to the use of a first order advection scheme. However such result 
should be handled with care since the convergence behaviour for this case is poorer. 

6 VALIDATION 

For the single air test, the experiment report gives two numerical values: the overall loss 
factor ξ, calculated from the pressure loss between measurements stations placed at a distance 
of 698 mm and the concentrated loss factor ξ’ obtained subtracting the friction losses 
extrapolated from the previous and following duct sections in order to evaluate the 
concentrated loss factor relative to the RD. 
In order to compare the results obtained by the CFD analysis with experiments it is necessary 
to calculate the loss factor ξ*, both concentrated and from friction, relative to a length of the 
RD of 450 mm (the actual length of the developed geometry). Assuming that the friction loss 
factor varies linearly with length the value for the comparison can be calculated as: 

( ) ( ) 52.244.256.2
698

450
44.2''

43

* ≈−+=−+=
−

ξξξξ
L

LMODEL  (1) 

Table 6 shows the comparison between the reference case RDair_n171_UW_base and the 
experimental result. 

Table 6: Validation of the Single Air Test 

Experimental Loss Factor ξξξξ*  Calculated Loss Factor ktot Relative Error 
2.52 2.63 +4.4% 
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For the Reynolds influence test, experiment results are given only in the form of graphs. 
Figure 10 shows the comparison for the validation study, experimental curves are obtained 
through graphical interpolation from the graphs in the experiment document. 

 
Figure 10: Validation of the Reynolds Influence 

The relative error ranges from 2.0% to 5.8% for air tests and from 0.8% to 3.7% for water 
tests. While experimental tests for water and air are quite different for equal Reynolds 
numbers, the calculated values nearly overlap (as should be); this different behaviour is 
probably due to the air inclusion in the water tests mentioned above (Paragraph 2) as 
suggested by the author of the experimental test document. Another different trend can be 
found in the presence of an asymptotic behaviour for the air experimental case that is missing 
in calculated results. This difference is most probably connected to the wall roughness, which 
plays a more and more important role for growing Reynolds numbers, while it is not 
systematically considered in the calculations (it is accounted for in a sensitivity analysis only). 

7 CONCLUSIONS 

The performed CFD analyses focused on the validation of the pressure losses through the 
Rupture Disk Device of the fast boron injection in the nuclear power plant of ATUCHA I. 
Some information crucial to the development of the grid and to the set-up of the CFD 
calculations is missing or difficult to read from the experiment documentation available, 
hence several assumptions were made in order to completely define the problem. Eight base 
calculations with different working fluid and inlet velocities were set-up for validation 
purposes. Moreover, ten additional sensitivity analyses were performed to provide 
information about the influence of some of the uncertainties introduced by the assumptions 
made. 
The convergence behaviour of the calculations is acceptable if the first order upwind scheme 
is used. This leads to some over prediction of the loss factor due to the numerical diffusivity 
introduced. However, the comparison with experimental data shows reasonable agreement 
with relative error below 5% for most of the cases. 
The sensitivity on advection scheme shows a relatively strong influence on the results. 
Normally, the use of higher order schemes will decrease the calculated pressure drop leading 
to a better match with experimental results; however, in this case such choice is not advisable 
due to the poorer convergence behaviour. 
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Abstract  
Debris transport on the containment floor following a loss-of-coolant accident (LOCA) of the 
Advanced Power Reactor (APR) 1400 plant is calculated. The plant does not have a switchover to 
recirculation operation and, thus, requires a fully transient analysis of debris transport. To calculate the 
flow field in a practical computational time and reasonable accuracy, two-dimensional Shallow Water 
Equations are solved using the Finite Volume Method. An approximate Riemann solver, Harten-Lax-
van Leer (HLL) scheme is used to capture dry-to-wet interface. To calculate the debris particle 
transport, a simple two-dimensional Lagrangian particle tracking model including a drag force is 
developed.  Some efficient schemes are implemented to search a hosting cell, to determine the 
intersection of a particle trajectory with a cell side, and to find the reflected position of particle. The 
hydraulic solver is validated with an open channel flow experiment. The present model is applied to 
calculate the transport fraction to Hold-up Volume Tank which is a unique flow path to the 
containment sump of the APR1400.  
 

1.   INTRODUCTION  

Debris generated by a loss-of-coolant accident (LOCA) may run all over the containment floor, block 
the sump screen (or strainer), increase the hydraulic head loss across the screen, and eventually, have 
an adverse effect on long term recirculation operation in pressurized water reactor (PWR) (Rao et al. 
2003). The screen area required to incorporate the potential debris loading has been determined in 
terms of transport fraction (TF) defined by a ratio of amount of the debris accumulated on the screen 
to that generated by LOCA. For the most conventional NPP, the TF has been determined by the 
successive analyses on the debris distribution on containment floor before recirculation and the 
transport of debris after recirculation, respectively. This led to an approach to determine the TF values 
for blowdown phase, washdown phase, pool recirculation phase, separately. Especially, the TF during 
recirculation phase has been calculated by steady state analysis using computational fluid dynamic 
(CFD) codes, which was based on the assumption that the break flow and recirculation safety injection 
flow are balanced (USNRC, 2004). However, such a phase separation cannot be applied to the 
Advanced Power Reactor 1400 (APR1400) having no recirculation operation (KEPCO, 1997). 
Transport of debris to sump in the APR1400 is initiated from the early phase of a LOCA in fully 
transient manner.  

The present study is to describe a model to predict the debris transport on the containment floor to the 
sump in APR1400 in a practical computational time and reasonable accuracy. For this purpose, a 
hydraulic model to calculate the transient flow field proposed by the present authors (Bang et al. 2009) 
was used. The hydraulic model for this kind of problem should be able to address the strong water jet 
from the break, the impingements of water jet to the structural walls, the water spreading over the 
floor, and the reflective waves from the walls, etc. A capability to address the complex geometry of 
the containment and an accurate numerical scheme to capture the sharp interface between dry floor 
and wet floor are also required. Practical computation time is also one of the important factors. 
Author’s experience indicated that the use of commercial CFD code took a huge amount of 
computational time (~ 2 months) to get a few-seconds transient solution, as reported at the 2nd 
Workshop on XCFD4NRS at Grenoble (Lee at al. 2008). The present hydraulic solver is based on 
two-dimensional Shallow Water Equations (SWE) (Gottardi et al. 2004), the fully explicit numerical 
scheme and the Finite Volume Method (FVM) (Valerio et al. 2003) for the purpose of the study. The 
SWE solver has also been applied to the OPR1000 (Optimized Power Reactor of 1000 MWe) which 



have a switchover process from injection mode to recirculation mode (Bang et al1. 2010). Limitation 
due to two-dimensionality of the SWE may have an influence on the accuracy of the solution, 
especially, at the near-break region and the near-sump region where three-dimensional flow is 
dominant. In the present method, those regions are treated as a specific boundary condition which was 
formulated at an engineering textbook (Shames, 1962). Unstructured triangular mesh was used to 
simulate the complex geometry of the containment floor. For the accuracy to capture dry-to-wet 
interface, the Harten-Lax-van Leer (HLL) scheme (Harten at al. 1983) was adopted. An open channel 
flow experiment (Gottardi et al. 2004) was used to validate the present hydraulic solver. For the 
prediction of the debris particle transport, a particle tracking model to trace the debris particle within 
the calculation domain were developed, in which Lagrangian equation of motion with a drag force was 
solved using the pre-determined velocity field (Bang et al2. 2010). An efficient scheme was used to 
find the locations of particles on the containment floor, i.e., hosting cell determination (Martin et al. 
2009). To determine the intersection of particle trajectory with a cell side and the reflected positions 
from the solid wall, the scheme (Haselbacher et al. 2007) was also adopted. The model is applied to 
calculate the transport fraction to Hold-up Volume Tank (HVT) which is a unique flow path to the 
containment sump in APR1400. 

2.   MODEL DESCRIPTION  

2.1   Hydraulic Solver 

The two-dimensional Shallow Water Equations (SWE) can be derived by the depth averaging process 
from the Navier Stokes equation and is as follows:   
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where h, u, v, zb, nm, B(t), and ν denote the water level from the bed, the velocity components in the x 
and y directions, the bed elevation, the Manning bed friction coefficient (m-1/3s), the water source term 
into flow field and the dynamic viscosity, respectively. The source terms of the momentum equation 
include the bed slope and the friction with bed.  Integrating Eq. (1) over area A surrounded by C 
results in 
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where nx, ny mean the x- and y- components of the outward unit normal vector on the surface. 
Assuming W to be constant within a triangle having an area Ak (Fig.1), the following can be obtained. 
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where j, Lj, nxj, and nyj denote the side number of the triangle, the length of side j, the components of 
unit normal vector in x and y direction, respectively. In Eq. (4), W are calculated at the cell center and, 
thus, the convective flux terms and the diffusive flux terms, F j, Gj, Rx,j, Ryj, should be defined at each 
side. The new time value of W can be obtained by explicit form. In order to reserve the second order 
numerical accuracy in time, the predictor-corrector method (Begnudelli and Sanders, 2006) is used. In 
the predictor step, W n+1/2 are calculated by the central difference scheme for the convective flux term. 
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The corrector step calculates W n+1 by using an approximate Riemann solver, Harten-Lax-van Leer 
(HLL)  scheme as follows: 
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The basis for the HLL scheme is to avoid an unphysical oscillation and instability of the solution, 
especially at the wet-dry interface and can be described as follows: 
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where subscripts L and R represent the values at the cell right and at the cell left to the interface, 
respectively. sR and sL are the wave speeds at those cells, as defined by following equation. 

    c  ghsc  ghs RRRLLL *)*,max(*),*,min( +⋅−⋅=−⋅−⋅= nVnVnVnV  (9) 

where the velocity vector, V=ui+vj, and the averaged terms (V* , c*) are defined as follows: 
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For the diffusive flux term, simple central difference scheme is used in both the predictor step and the 
corrector step. The derivative term of W at the side between two cells is calculated by the weighted-
averaging of two derivative values determined from each cell to the common side. The turbulent 
viscosity was not explicitly modeled because of its small effect.  

The source term of the mass equation is an addition or removal of water such as break flow or draining 
flow in the calculation domain, thus, it can be described by the given data. The source terms in 
momentum equation can be approximated by the central difference scheme and averaging process. 

In order to prevent the negative water, the time step size to solve Eq’s (5) and (6) should be limited 
level as follows (Wang and Liu, 2000): 
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where KCFL is a coefficient similar to the Courant-Fredrich-Lewy (CFL) number and set to 1.3 in the 
present study.  
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Fig. 1: Triangular cell and index notation 



The boundary condition was specified as follows: 
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where the subscript j and k denote the boundary side and the adjacent cell centre, respectively. tj means 
the unit tangential vector to the side. Since the HVT is the vertically stepped down area, the boundary 
of it cannot be specified by two-dimensional approach. As an approximation to the problem, a flow 
rate through the boundary was specified as a function of the water level of the upstream cell. The 
following formula for the broad crested weir (Shames, 1962) is used. 
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where Lx, Ly represent the length of boundary side in x, y direction, QBCW is the flow rate, and h is 
taken from the centre of the adjacent cell. 

2.2  Particle Tracking Method 

Debris particle following a LOCA may be transported with colliding with other particles and settling-
down due to its velocity and the gravity. The present model did not consider those aspects in the 
conservative viewpoint of debris transport.  The position of a particle p at time n+1 in two-
dimensional Cartesian coordinates can be calculated as follows:  
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where the particle velocity, jiw ppp vu += , can be obtained from the equation of motion with the 

fluid velocity ( jiV vu += ) which was already determined by the SWE solver. 
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Assuming the particle be in spherical shape with the diameter dp and the density ρp, and express the 
time derivative term in explicit manner, then, 
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Drag coefficient, CD can be expressed by Schiller and Neumann correlation (Krepper et al. 2008). 
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where the particle Reynolds number is defined as follows: 
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To define the fluid velocity, the cell having the particle, i.e., the hosting cell, should be identified. To 
save the time required to search the hosting cell, an efficient scheme (Martin et al. 2009) was 
introduced. If the particle is located within the cell, then the following conditions should be met (Fig. 
2(a)). 
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where m1, m2, m3, and n1, n2, n3 denote the vectors to the centre and the unit normal vectors of three 
side of the triangle and pi is a particle position vector, respectively. If those conditions are not met, the 
adjacent cell sharing the side j with the cell k and having the maximum of Ej will be searched first.  

An intersection of a particle trajectory with the side of a cell can be determined (Fig.2) (Haselbacher et 
al. 2007). Consider the particle moves from the position p to the position q with intersecting with the 
side at the position r. Assuming t is the unit vector from p to q, C is a centre of the side, and vector r-p 
=αt, then 
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From those equations, α  can be determined as follows:  
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Let the distance from p to q be d, α >d means the position q is inside the cell. If the intersecting side is 
a reflective boundary, i.e., solid wall, the reflection of the particle should be considered (Fig.3) 
(Haselbacher et al. 2007). From the vector operation, the new position q  ́ can be determined as 
follows:  
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3.   MODEL VALIDATION 

The present hydraulic model was validated with the open channel experiment cited in the reference 
(Gottardi et al. 2004). Fig. 4 shows a schematic representation of the experiment. The reservoir was 
2.4×2.4m rectangular shape and was initially filled with water to a height of 0.2m. An L-shaped open 
channel was connected to the reservoir and was in a dry state. A gate in front of the pool was 
instantaneously ruptured and the water was discharged into the channel. Water level was measured at 
several locations as in Fig. 4. The experiment was considered to be similar to the flow behavior around 
the structural wall at the containment floor. The computational mesh was prepared as shown in Fig. 4.  
Total number of cell was 1238. At the exit of the channel, the open boundary condition was imposed 
while no-slip condition at all wall boundaries. The calculated water level at the point P3 is shown in 
Fig. 5, compared with the experimental data. The calculated behavior was reasonably agreed to the 
measured one. Especially the time of change from dry to wet at the point was well-predicted and the 
surface wave reflected from the wall was also reasonably simulated. The uncertainty of the 
measurement was not available from the reference. A deviation after 10 seconds from the experiment 
data was due to the difference in the measured point and the calculated one and to the modeling of the 
gate. The difference may be attributed to the lack of turbulence model and the limitation of SW 
equations. However, it is believed that the physical phenomena in the open channel can be reasonably 
predicted within a practical accuracy. Also the improvement of the modeling scheme may minimize 
the difference. 
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Fig. 3: Treatment of reflected boundary 
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Fig. 2: Hosting cell criteria and intersection with 
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Fig. 4: Experiment setup and computational mesh 
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Fig. 5: Comparison of water level  

 

4.   PLANT CALCULATION  

A transient flow field on containment floor following a large break LOCA of APR1400 was calculated. 
Fig. 6 shows a computational domain which has an annulus region between the containment inner wall 
(CIW) and the secondary shield wall (SSW), two D-shaped regions between the SSW and the primary 
shield wall (PSW). Structures simulating the steam generator (SG) pedestals and the reactor coolant 
pump (RCP) pedestals were also included. In the right-hand-side of the domain, the HVT was 
surrounded by three pieces of structures such that four entrances to HVT are available. In the left-
hand-side, the structural walls of two compartments were the boundaries for the domain. Total number 
of cells and nodes were 7228 and 4245, respectively.  

Double ended hot leg guillotine break LOCA of the APR1400 was simulated and the time-dependent 
break flow rate was adopted from the APR1400 Safety Analysis Report (KEPCO 1997). The 
calculation was conducted to 100 seconds. Fig. 7 shows the calculated water levels and velocity 
vectors over the domain at 5 seconds and 10 seconds after LOCA, respectively. The region without 
velocity vector denotes the region in a dry state. From the comparison between two figures, the water 
spreading behavior and the related wave propagation both inside and outside SSW can be observed. 
The computational time was 11032 CPU seconds (3.02 hours) in Pentium IV 3.4 GHz processor, 
which clearly indicated that the calculation can be done in a practical computational time. 

The particle tracking calculation was conducted for the particle having a diameter of 0.02m and a 
density and 900kg/m3. It was assumed that the particles were distributed randomly within the circle 
whose center and radius are (0, 6.5151m) and 0.9m, respectively (a region between the PSW and the 
SG pedestal in upper region). Particles were inserted to the circle such that the number of particle 
decreased linearly from 98 to 2 during 9.5 seconds, which resulted in 1000 particles in total. It was 



based on that behavior of the debris generation was similar to one of break flow. It was found that an 
instantaneous insertion of all particles at zero second resulted in less number of particles entering the 
HVT. Due to the initially high fluid velocity, the particles move far from the HVT entrance 1. The 
calculation time step was 0.001~0.01 seconds which was selected for the given velocity field. 

  

Fig. 8 shows the calculated particle trajectories at 5 and 10 seconds. Two figures indicated a few 
particles reached the HVT in 10 seconds. The reason for the low transport until 10 seconds was the 
high velocities of particles near the entrance 1. As time progressed, the particles with relatively low 
velocities were entrained by fluid stream to HVT entrance 1. Fig. 9 shows the number of particles 
entering the HVT. It increased significantly after 10 seconds. For the case of density 900kg/m3, 120 
out of 1000 particles were transported until 100 seconds. 

To confirm the reliability on 1000 particles, additional calculations were conducted for the different 
number of particles. Fig. 10 shows the result from those calculations, which implied that the 
convergence can be guaranteed by increasing the total number of particle and the TF calculated from 
1000 particles can be credited within 10-2 level (0.12 at 1000 particles vs. 0.126 at 2000 particles). 

To understand the effect of particle density on transport, additional calculations were conducted for the 
particle densities ranging from 400 to 1300 kg/cm3 and having the size of 0.02 m. Fig. 9 compares the 
results of calculations for different densities. It can be shown the lower particle density led the more 
particles to the HVT. The calculated TF was 0.164 for the case of 400 kg/cm3.  

To evaluate the effect of particle size on transport, additional calculations were conducted for the 
particle sizes 0.002, 0.01 and 0.05 m and the density of 900 kg/cm3. Fig. 11 shows the comparison of 
the results for different sizes. The comparison shows a clear trend the smaller size the more particles to 
the HVT. The calculated TF was 0.213 for 0.002 m case. The reason for that trend was a drag force to 
particle with respect to the particle size. 
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Fig. 6: Calculation domain for APR1400 containment 



     

(a) t=5 sec                                                    (b) t=10 sec 
 

Fig. 7: Result of flow field calculation 

            

(a) t=5 sec                                                                    (b) t=10 sec 
 

Fig. 8:  Result of debris particle tracking 
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Fig. 9:  Comparison of number of particles in HVT (effect of density) 
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Fig. 10: Convergence of transport fraction                  Fig. 11:  Comparison of number of particles in 

with number of particles                                  HVT (effect of size) 
 
 

5. CONCLUSIONS 
 
Debris transport on the containment floor following a LOCA was calculated for the APR1400 plant 
which does not have a switchover to recirculation operation. Two-dimensional Shallow Water 
Equations were solved to get a transient flow field within a practical computational time and 
reasonable accuracy. The Finite Volume Method was used with Harten-Lax-van Leer scheme to 
capture dry-to-wet interface. For the debris particle transport, a simple two-dimensional Lagrangian 
particle tracking model including a drag force is developed. Advanced schemes to search a hosting cell, 
to determine the intersection of particle trajectory with a cell side, and to find the reflected position of 
particle were implemented. The hydraulic solver was validated with an open channel experiment, 
which indicated that the transient flow field could be predicted within a reasonable accuracy. The 
present model was applied to calculate the transport fraction to Hold-up Volume Tank. As a result, the 
debris transport through the containment floor to HVT was calculated within a practical computational 
time and the predicted transport fraction until 100 seconds was 13~22 % for the particle density range 
of 400~1300 kg/m3 and for the particle diameter range of 0.002~0.05 m.  
. 
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Abstract 

Pressurized Thermal Shock (PTS) has been identified as one of the most important industrial needs related to 
nuclear reactor safety. The PTS analysis requires the simulation of the thermal mixing of cold Emergency 
Core Cooling (ECC) water injected to the cold leg and flowing to the downcomer with the hot coolant, 
which is present in the primary circuit. The simulation of single-phase and two-phase PTS situations 
including e.g. stratification of the flow and direct contact condensation is a challenge for CFD methods and 
requires careful validation against experimental data. In the frame of the NURISP project attempts are made 
to improve the CFD modelling for two-phase PTS situations. For this purpose, two reference cases with and 
without mass transfer due the condensation were defined, which are related to the TOPLOW-PTS 
experiments. The present paper focuses on numerical investigations of thermal mixing process in the cold leg 
and the downcomer using homogeneous and inhomogeneous models for the resolution of momentum 
equations. Numerical simulations were performed by using the commercial CFD code ANSYS CFX 12.0.  

1. INTRODUCTION 

Pressurized Thermal Shock (PTS) has been identified as one of the most important industrial needs related to 
nuclear reactor safety. The PTS analysis is required to assure the integrity of the Reactor Pressure Vessel 
(RPV) throughout the reactor life. One important part of this analysis is the thermal hydraulic analysis. The 
output of the thermal hydraulic analysis is the possible pressure and temperature fields experienced by the 
structural parts of the cold leg and especially of the RPV. Such data are applied as the input data for further 
structural analyses. Several scenarios that describe what could occur in Small Break Loss Of Coolant 
Accidents (SB-LOCA) result in an Emergency Core Cooling (ECC) water injection into the cold leg of a 
Pressurized Water Reactor (PWR). The cold water mixes there with the hot coolant, which is present in the 
primary circuit. The mixture flows to the downcomer where further mixing of the fluids takes place. Single-
phase as well as two-phase PTS situations have to be considered. In case of two-phase PTS situations the 
water level in the RPV has dropped down to or below the height position of the cold leg nozzle, which leads 
to a partially filled or totally uncovered cold leg. Pressurized Thermal Shock implies the occurrence of 
thermal loads on the Reactor Pressure Vessel wall. In order to predict thermal gradients in the structural 
components of the Reactor Pressure Vessel (RPV) wall, knowledge of transient temperature distribution in 
the downcomer is needed. The prediction of the temperature distribution requires reliable Computational 
Fluid Dynamic simulations. The CFD models should be able to model the complex mixing processes taking 
place in the cold leg and the downcomer of the reactor pressure vessel (IAEA, 2001; Lucas et al., 2009a,b). 

Although, there are a number of experiments available where flow phenomena are investigated as separate 
effects (see for instance Bonetto et al. (1993), Iguchi et al. (1998), Vallée et al. (2005), Lim et al. (1984), 
Ruile (1996)), there is still a need for well-instrumented experiments for validation and demonstration 
purposes, where experimental parameters are varied in order to investigate PTS phenomena. High resolution 
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data are required in both space and time for the whole domain of interest. This should include local and time-
dependent information on the interface between the phases, mean and fluctuations values for temperature 
and velocity. For this purpose, the TOPFLOW-PTS experimental program has been conceived. Its objective 
is to provide a well-informed experimental database for both the validation of CFD modelling of the two-
phase flow in the cold leg and the downcomer and to improve the understanding of the key thermal hydraulic 
phenomena involved. The experimental program includes steady-state and transient tests with and without 
mass transfer due to condensation.  

Currently available CFD tools are not able to simulate accurately all phenomena that occur in the cold leg 
and the downcomer during the ECC injection. Numerical simulations have already been performed with 
moderate success; see e.g. the contributions of Egorov (2004), Vallée (2005), Štrubelj et al. (2007) and Coste 
et al. (2008). In the frame of the EU project NURISP (Nuclear Reactor Integrated Simulation Project) 
attempts are made to improve the CFD modelling for two-phase PTS situations. For this purpose, two 
reference cases out of the TOPFLOW-PTS experimental programme were defined: one for steady air-water 
and one for steady steam-water flow. The NEPTUNE_CFD code (see Bestion et al. (2005)) as well as the 
ANSYS CFX (ANSYS CFX, 2009) and FLUENT (ANSYS Fluent, 2009) codes are used in the project for 
PTS investigations. 

This paper presents the pre-test simulation results of TOPFLOW-PTS experiments by using CFD-code 
ANSYS CFX 12.0. The experiments are still yet to be carried out on the TOPFLOW-PTS test facility of the 
Forschungszentrum Dresden-Rossendorf. In the calculations, the effect of heat transfer between structures 
and fluid was not considered. The paper is divided in two parts. In the first part, physical models, 
computational domain, boundary and initial conditions, as well as numerical scheme are described. The 
discussion of the results will be described in the second part.  

2. NUMERICAL SIMULATIONS 

2.1 Mathematical Models 

ANSYS CFX 12.0 has been used in order to perform pre-test simulations of two selected experiments: 
steady-state air/water test and steady-state steam/water test with mass transfer due to condensation.  The two-
phase flow can be simulated by using the homogeneous (one fluid model)  or the inhomogeneous model. The 
homogeneous model means that a common flow field is shared by all fluids, as well as other relevant fields 
such as turbulence and temperature. In the inhomogeneous or two-fluid model each fluid has its own flow 
field and the fluids interact via interphase transfer terms. Interfacial transfers (momentum, heat and mass) are 
dependent on the contact surface area between the two phases. This is known as interfacial area density and 
it is defined by the interfacial area per unit volume. The choice between homogeneous or two-fluid model 
can be made on the transport equations for mass, momentum and energy, as well as the turbulence transport 
equations (ANSYS CFX, 2009).     

In the present study, the influence of homogeneous and inhomogeneous models (as regards the resolution of 
momentum equation) on the temperature distribution in the cold leg and the downcomer is analyzed. 
Turbulence was modeled in both reference cases with homogeneous Shear Stress Transport (SST) model. 
This model is a combination of k-ε and k-ω model and it is available with automatic wall functions. The 
choice of the turbulence model is taken on the basis of the personal experiences and the facts that the two-
equation models offer a good compromise between complexity, accuracy and robustness (Menter, 2002). In 
the simulation of the air/water reference case, heat transfer was modeled by solving one energy equation for 
each fluid phase (homogeneous heat transfer model). For homogeneous heat transfer model, the interphase 
heat transfer coefficient is not modelled. It is chosen to be very large (ANSYS CFX, 2009). In the 
steam/water reference case steam was supposed to be isothermal. Only one energy equation for water was 
solved. For this reason, the use of inhomogeneous heat transfer model is needed.  

Direct contact condensation (DCC) takes place in the ECC injection region of steam/water experiments and 
it also occurs at the free surfaces of the stratified flow. The essential closure law for DCC is the heat transfer 
coefficient between the liquid and the interface. Condensation phenomena depend on the turbulence in the 
liquid, where turbulent eddies transport the heat away from the interface. For this reason we chose to use a 
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heat transfer correlation which is based on the surface renewal theory introduced by Hughes and Duffey 
(Hughes, 1991): 
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where ρ L  stands for liquid density, cp,L for liquid specific heat capacity at constant pressure, aL  for liquid 

thermal diffusivity, µL  for liquid viscosity and ε  for turbulence dissipation rate modeled with turbulence 

model. 

A CFX built-in model called two resistance model has been chosen to define mass and heat transfers 
between the two phases. According to this model, the heat transfer processes on either side of the interface 
are considered separately by using two heat transfer coefficients, which are defined on each side of the 
interface. A zero resistance condition was set to specify heat transfer between the steam and the interface, i.e. 
the fluid specific heat transfer coefficient was assumed infinite. To describe phase change induced by 
interphase heat transfer, the ANSYS CFX thermal phase change model has been chosen. The mass flow 
between steam and water can be expressed, as follows: 
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In eq. (2) q IS  is the heat transfer between interface and steam, q IL  the heat transfer between interface and 

liquid andL  the latent heat. The interphase mass source per unit volume was calculated by equation 3: 

AmSL=Γ ,                                                                                                                                                        (3) 

where interfacial area densityA  is calculated as  α∇=A .  

2.2 Geometry and Mesh 

The EDF CPY 900 MWe PWR was defined as the reference plant for the TOPFLOW-PTS test facility. The 
geometrical scale of the test facility is 1:2.5. The TOPFLOW-PTS test facility was designed in a way to 
simplify the configuration in order to allow better access for instrumentation and analysis of the results.  
According to the design of the test facility, the pump simulator, the cold leg with the ECC line, as well as the 
downcomer simulator were included to the CFD model (see Fig. 1). The geometrical model was generated 
using the CAD software Autodesk Inventor 2009. 

 

Figure 1: CFD model of the TOPFLOW PTS test facility 
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The computational mesh was generated with the ICEM CFD software. Hexa meshing was used for the whole 
computational domain. The mesh consisted of approximately 850,000 hexahedral elements. The averaged 
value of Y+ was approx. 400. For the generation of the geometry and the mesh best practice guidelines were 
considered as far as was reasonable. 

2.3 Boundary and Initial Conditions 

Air/Water Reference Case: 

The operating pressure in the corresponding experiment is 2.25 MPa. At this pressure the air density 
corresponds to the steam density at 5 MPa. In the simulation of the air/water reference case, the following 
boundary conditions were defined. The cold leg was 50% full of water. The mass flow rate of ECC injection, 
MECC, was 1.7 kg/s and the temperature of ECC water, TECC, was 40 °C (313.15 K). The mass flow rate, 
MPS, and temperature, TPS, of the pump simulator injection were 1 kg/ and 50 °C (323.15 K) respectively. 
All the injected water flow was withdrawn from the downcomer. The outlet water mass flow rate, MDC, was 
equal to 2.7 kg/s. On the back side of the downcomer there is an opening connected to the ambient 
environment of the TOPFLOW vessel. An air temperature TAir of 44 °C (317.15 K) was set on that 
boundary.   

 

Figure 2: Boundary and initial conditions for the air/water case 

The inlet boundaries were defined in the inlet leg to the pump simulator and in the ECC line. The outlet 
boundary was set in the outflow pipe at the bottom of the downcomer. The opening boundary was defined at 
the top of the back side of the downcomer. The boundary conditions given for the inlet boundaries were 
constant bulk mass flow rate, turbulence intensity (5%) and temperature. Bulk mass flow rate was set at the 
outlet boundary. A constant opening pressure, opening temperature and turbulence intensity (1%) were 
specified at the opening boundary. Due to the lack of the corresponding experimental data, the turbulence 
intensities at the inlet and opening boundaries were assumed on the basis of the personal experiences and the 
recommendations from the CFX User Manual. 

A perfect mixed temperature was assumed as an initial temperature for the PTS simulator. This corresponds 
to a temperature of 44 °C (317.15 K). The pressure was initialised with the hydrostatic pressure. The 
simulation of the air/water reference test was performed with constant material properties of water and air. 
They are related to the temperature of 44 °C (317.15 K) and the pressure of 2.5 MPa.  

Steam/Water reference Case: 

The steam/water experiments will be carried out at a pressure of 5 MPa. The following boundary conditions 
were used in the pre-test simulation: 
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As in the case of the air-water simulation the cold leg was 50% full. The mass flow rate of ECC injection, 
MECC, was 1.7 kg/s and the temperature of ECC water, TECC, was 214 °C (487.15 K). The mass flow rate, 
MPS_in, and temperature, TPS, of pump simulator injection were 1 kg/s and 263.95 °C (537.1 K), respectively. 
The outlet flow rate of the pump simulator, MPS_out, was 1 kg/s. These operating conditions were defined in 
the experimental test matrix in order to avoid condensation in the pump simulator. To maintain steady-state 
conditions, the water level in the cold leg must be kept constant. For this reason, the downcomer outlet flow 
rate, MDC, was calculated as MECC + MCond (MCond=Total condensation rate). Saturated steam was supplied 
through a short pipe at the top of the front side of the downcomer. The steam in flow rate, MSteam, was 0.4 
kg/s. The surplus of steam left the downcomer through the opening, which is connected to the condenser. On 
that boundary the steam temperature was equal to the saturation temperature, which was 263.95 °C (537.1 
K). 

 

Figure 3: Boundary and initial conditions for the steam/water case 

As an initial temperature, the saturation temperature was used. The pressure was initialised with the 
hydrostatic pressure. The properties of the steam and the water were assumed constant for the simulation.  

The inlet boundaries were defined in the inlet leg to the pump simulator and in the ECC line. The outlet 
boundaries were set in the outflow pipes at the bottom of the pump simulator and the downcomer. The 
opening boundary was defined at the top of the back side of the downcomer. The boundary conditions given 
for the inlet boundaries were constant bulk mass flow rate, turbulence intensity (5%) and temperature. Bulk 
mass flow rate was set at both outlet boundaries. A constant opening pressure, opening temperature and 
turbulence intensity (1%) were specified at the opening boundary. Due to the lack of the corresponding 
experimental data, the turbulence intensities at the inlet and opening boundaries were assumed on the basis 
of the personal experiences and the recommendations from the CFX User Manual. 

2.4 Numerical Scheme and Nodalization 

ANSYS CFX is an element-based finite-volume method with first and second-order discretization schemes 
in space and time. It uses a coupled algebraic multigrid algorithm to solve linear systems arising from 
discretization. The discretization schemes and the multigrid solver are parallelized. 

In both simulations the coupled volume fraction algorithm has been chosen. This option allows the implicit 
coupling of the discretised velocity, pressure and volume fraction equation in order to converge of 
calculations in fewer iteration loops. In the simulations shown below, the high-resolution discretization 
scheme was used to discretize the convective terms in the equations.  A Second Order Backward Euler 
scheme was used to approximate the transient terms. A Root Mean Square (RMS) convergence criterion of 1 
x 10-5 was used to ensure negligibly small iteration errors. The simulations were performed on the FZD 
LINUX cluster (Operating system: Linux Scientific 4.3 (64 bit), Node configuration: 2xAMD Opteron F 
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2220 (2.8 GHz, dual-core), 16 GB Memory). Three nodes (12 processors) were used for above mentioned 
transient simulations in a parallel mode with message passing protocol parallel virtual machine (PVM). The 
simulations took 2.5-3 months each to complete. 

Quantification and separation of the error components (e.g. grid resolution, time step size, discretization 
method, physical models etc.) for complex 3D CFD calculations are difficult. Using finer grids, higher order 
discretization methods and smaller time step size can reduce discretization errors. In the current study, the 
simulations were performed according to the BPGs described by Menter (Menter, 2002). 

3. RESULTS 

In both reference cases transient simulations were performed. A steady-state was reached when RMS 
normalized values of the equation residuals became lower than 1 x 10-5 and the fluctuations of the main 
physical variables (temperature, velocity, pressure etc.) at different locations in the cold leg and the 
downcomer were negligible. The result obtained by using homogeneous model was used as an input for the 
simulation with inhomogeneous model in order to save computational time. 

Eight locations were selected in the cold leg and the downcomer, which present the local temperature 
distribution. The locations correspond to the positions of the thermocouples used in the cold leg and the 
downcomer (see Fig. 4). In the cold leg, the thermocouple lance LA1 is located upstream from the ECC 
injection point and the thermocouple lances LA2, LA4 and LA3 are located downstream from the ECC 
injection point. Thermocouples DCLA1, DCLA3, DCLA17 and DCLA20 are located in the downcomer.  

 

 

Figure 4: Locations of the temperature profiles in the cold leg (left) and the downcomer (right) 

3.1 Air/Water Reference Case 

Cold Leg: 

The temperature profiles in the cold leg that were calculated for the air/water case by using both the 
homogeneous and inhomogeneous model are compared in Fig. 5. At LA1 (thermocouples upstream of the 
ECC injection), the homogeneous model predicted a considerably lower temperature gradient in the water 
than the inhomogeneous model. The largest temperature difference is on the bottom wall and it amounts to 
approximately 6 K. The air temperature predicted with homogeneous model is about approximately 2.5 K 
lower than it was estimated by the inhomogeneous model. At different locations in the ECC downstream 
direction, similar temperature profiles were obtained with both models. It is remarkable that with 
homogeneous model quite similar temperature profiles were calculated at the locations of thermocouples 
LA1 and LA2, while with two-fluid model two different temperature profiles were obtained. Downstream 
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from the ECC injection point, the liquids are well mixed and the water temperature is approximately equal to 
perfect mixed temperature. It corresponds to a temperature of 44 °C (317.15 K).  

Differences between both models are considerable in the area close to the ECC injection. Several causes 
could explain the reasons behind the variations. For example, different velocity fields were obtained by 
homogeneous and inhomogeneous models. Fig. 6 presents a cross-sectional contour plot of the liquid 
superficial velocity in the cold leg, which were obtained by using both models. The location of the plane 
corresponds to LA1 thermocouples. At the given location, there are two main fluxes where in one the water 
flows from the pump simulator to the downcomer (downstream) and in the second flux, the water flows to 
the pump simulator (upstream). Thus, the way the jet split differed according to the use of the homogeneous 
and the two-fluid model. Another explanation might be that the homogeneous model does not allow a slip 
velocity between the phases; therefore the entrained aspect of the phases could not be modelled. 

 

Figure 5: Temperature profiles in the cold leg upstream and downstream from ECC injection point 
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Figure 6: Liquid superficial velocity in the whole cross-section of the cold leg (location of the plan 
corresponds to the location of TC LA1): left - homogeneous model, right - inhomogeneous model 

 

Downcomer: 

Temperature profiles at the selected locations in the downcomer that were obtained by using homogeneous 
and inhomogeneous model are presented on Fig. 7. The points at Z = -0.01 m and 0.014 m are found on the 
back wall of the downcomer. The water temperature at all four locations is homogeneous and it is equal to 
perfect mixed temperature. Both the homogeneous and inhomogeneous models provided the same result; 
thus, it is expected that there will be no thermal stratification in the downcomer. 
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Figure 7: Temperature profiles in the downcomer 

3.2 Steam/Water Reference Case 

Cold leg: 

The temperature profiles in the cold leg that calculated for steam/water case by using both the homogeneous 
and inhomogeneous model are compared in Fig. 8. The locations of the temperature profiles are on the left 
hand side of Fig. 4. As in the case of the air/water simulation, the temperature profiles predicted by both 
models vary at the location of TC LA1. In case of homogeneous model a larger amount of ECC water was 
sent to the direction of the pump simulator (i.e. ECC upstream) than in case of inhomogeneous model. This 
can be recognized by a comparison of the bottom wall temperature of the cold leg in the area of the ECC 
injection (see Fig. 9). The temperature profiles in the downstream direction, calculated by both models, are 
quite identical. This can be explained by means of the fact that much larger condensation rates were 
predicted with inhomogeneous model. This is confirmed by the total (integral) condensation rate, which was 
0.191 kg/s when using inhomogeneous model, while it was 0.166 kg/s in case of use of homogeneous model. 
These values of the total condensation rate were obtained in what was considered to have been a steady-state 
condition.  
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Figure 8: Temperature profiles in the cold leg upstream and downstream from ECC injection point 

 

Figure 9: Bottom wall temperature of the cold leg in ECC injection region: left - homogeneous model, 
right - inhomogeneous model 



CFD4NRS-3, Workshop on Experimental Validation and Application of CFD and CMFD Codes to Nuclear Reactor Safety Issues 
Washington D.C., USA, 14-16 September 2010 

 11/13

Both models predicted thermal stratification in the cold leg at the entrance into the downcomer (see LA3 
Temperature profile in Fig. 8), where the temperature difference in case of homogeneous and 
inhomogeneous model are approx. 19 K and 16 K, respectively. 

Downcomer: 

Temperature profiles at the selected locations (see the right hand side of Fig. 4) in the downcomer obtained 
by using homogeneous and inhomogeneous model are given in Fig. 10. The points with Z = -0.01 m and 
0.014 m are found on the back wall of the downcomer.  

 

Figure 10: Temperature profiles in the downcomer 

Based on the temperature profiles at DCLA1, DCLA3 and DCLA17, it can be observed that different results 
were obtained with both models. The temperature differences range is between 3 K and 8 K. The main 
reason for it is that both models predict different formations of the cold-water plume. In Fig. 11 we see a 
clearly separated, meandering plumes, which differ in the width and propagation direction. In case of 
homogeneous model the plume coming from the cold leg, it remains in the left part of the downcomer and 
flows down the side wall where it mixes with the ambient fluid. The mixing occurs in an area close to water 
tank at the bottom of the downcomer. The plume width is between 18 cm and 22 cm. In other case (Fig. 11, 
right) the plume remains mostly in the middle of the downcomer, flows vertically down. It has width, which 
varies between 27 cm and 33 cm. It then splits in two streams of relatively small width, which then 
propagate further in different directions. The lowest plume temperatures for homogeneous and two-fluid 
model are approximately 244 °C (517.15 K) and 247 °C (520.15 K), respectively.  
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Figure 11: Temperature of the front wall of the downcomer: left - homogeneous model, right - 
inhomogeneous model 

An accurate prediction of formation or lack of formation of the cold-water plume is essential for the further 
structural analyses and in general for the assessment of the safety aspects. Such a plume being in contact 
with the RPV wall for a long time cools it down. Since the cold-water plume has a relatively low temperature 
compared to the surrounding liquid, large thermal loads can occur on the RPV wall. The temperature 
difference observed in the simulation in the region of the plume is up to approximately 20 K. Note that such 
temperature differences in the simulation results need to be validated against the data that will be obtained 
from the equivalent experiments. 

4. CONCLUSIONS 

Pre-test numerical simulations of two steady-state reference tests (with air/water and steam/water) were 
performed by using the commercial CFD code ANSYS CFX 12.0. In the present study, the influence of 
homogeneous and two-fluid models of the temperature distribution in the cold leg and the downcomer was 
analyzed. 

The simulations of the air/water reference case showed an inhomogeneous temperature distribution in the 
cold leg only upstream from ECC injection point. ECC downstream and at the entrance into the downcomer 
the homogeneous temperature due to completely mixing of the fluids was predicted, which corresponds to a 
temperature of approx. 44 °C (317.15 K). As a consequence of this, the temperature in the downcomer was 
also homogeneous and it is equal to the perfect mixed temperature. Homogeneous and inhomogeneous 
models provided very different results concerning the temperature distribution in the area close to the ECC 
injection due to different simulation of the splitting of the cold ECC water. In the simulation of the 
steam/water reference case we observed thermal stratification in the cold leg and the downcomer. Direct 
contact condensation, taking place in the cold leg and the downcomer was modelled using surface renewal 
theory introduced by Hughes and Duffey. The total condensation rate in the simulation with the 
inhomogeneous model was higher than in the simulation with the homogeneous model. The next important 
difference between the homogeneous and inhomogeneous model consisted in the prediction of the cold water 
plume formation and propagation in the downcomer.  In the future work, the TOPFLOW-PTS experimental 
data will be used for the validation of the pre-test simulations described in this paper. Finally, it is noticed 
that due to the very high computational effort, the simulations with different grid sizes could not be 
performed. 
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Abstract  

Within the framework of the European Nuclear Reactor Integrated Simulation Project (NURISP), 
Computational Fluid Dynamics (CFD) software is validated for the simulation of the thermo-
hydraulics of pressurized thermal shocks. A proposed validation experiment is the test series per-
formed within the OECD ROSA V project in the Large Scale Test Facility (LSTF). The LSTF is a 
1:48 volume-scaled model of a four-loop Westinghouse pressurized water reactor (PWR). ROSA V 
Test T1-1 investigates temperature stratification under natural circulation conditions.  

This paper describes calculations which were performed with the ANSYS CFD software for emer-
gency core cooling injection into one loop at single-phase flow conditions. Following the OECD-
/NEA CFD Best Practice Guidelines (Mahaffy, 2007) the influence of grid resolution, discretisation 
schemes, and turbulence models (Shear Stress Transport and Reynolds Stress Model) on the mixing 
in the cold leg were investigated. A half-model was used for these simulations. 

The transient calculations were started from a steady-state solution at natural circulation condi-
tions. The final calculations were obtained in a complete model of the downcomer. The results are 
in good agreement with data. 

1 INTRODUCTION 

Within the framework of the European NURISP Project, CFD software is validated for the simulation of 
the thermo-hydraulics of pressurized thermal shocks (PTS). These phenomena are important for plant life 
extension and aging. 

PTS phenomena are characterised by multi-dimensional non-equilibrium flow conditions. They occur 
when emergency core cooling (ECC) systems are actuated during loss-of-coolant accidents (LOCA) in 
pressurized water reactors (PWR). In these situations, cold water is injected into the cold legs where it 
mixes with the hot primary coolant, and flows then into the pressure vessel. Insufficient mixing may 
cause temperature stratification and steam condensation on the cold surface of the injected water. Flow 
oscillations may then cause thermal stresses in the surrounding structures and lead to a reduced vessel life 
time. 

Because of their importance, PTS effects have been studied experimentally and numerically. The avail-
able investigations can be subdivided into separate-effect studies and combined-effect studies. The sepa-
rate-effect studies deal only with a single aspect of PTS, like free surface flow or generic condensation 
(Scheuerer, 2002). The combined-effect studies are performed in realistic reactor configurations, and 
examine the interaction of all relevant effects. Because of their complexity and cost, only few data are 
available.  

Combined-effect PTS data have been collected in the Upper Plenum Test Facility (UPTF). UPTF is a 1:1 
model of a 1300 MWe Siemens/KWU PWR. In the UPTF Test 1, ECC injection into stagnant hot water 
at small-break LOCA conditions was investigated. The CFD simulation by Willemsen and Komen (2005) 
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showed that buoyancy production terms have to be included in the applied eddy turbulence models in 
order to achieve a good representation of the temperature stratification in the cold leg.  

The influence of density differences on the mixing of the primary loop inventory and ECC water in a 
PWR was analyzed at the Rossendorf Coolant Mixing (ROCOM) test facility. ROCOM is a 1:5-scaled 
model of a German PWR. It is equipped with instrumentation, which delivers high-resolution information 
for concentration fields. Experimental and numerical investigations by Höhne et al. (2005) show that 
buoyancy dominates slug propagation. ECC water reaching the downcomer flows in an almost vertical 
path and reaches the lower downcomer sensor directly below the inlet nozzle. 

The ROSA V experiments which were performed in the Large Scale Test Facility LSTF (JAERI, 2003) 
belong also to the combined-effect category. In the ROSA V experiments, the three-dimensional tempera-
ture field was measured in the cold leg and downcomer under realistic reactor conditions. The test series 
performed within the OECD ROSA V project was selected as validation case in the NURISP project be-
cause of its detailed temperature data. In this paper, CFD simulations and data for the ROSA V Test 1-1 
are compared and assessed. As the experimental data is proprietory, absolute temperature values can not 
be provided. 

2 ROSA V EXPERIMENT 

The LSTF emulates a Westinghouse-type four-loop 3423 MW thermal power PWR by a full-height and 
1/48 volumetrically-scaled two-loop system (JAERI, 2008). The cold legs are identical, and consist of 
straight and elbow parts which are attached to the main coolant pumps, see Fig. 1. However, the ECC 
injection nozzles in the cold legs differ in shape and location. ECC Nozzle A is perpendicular to the main 
pipe simulating VVER reactor type conditions, while ECC Nozzle B forms a 45º angle with the cold leg. 

The ROSA V Test 1-1 was sponsored by the OECD program. It was performed in 2006. The goal of the 
experimental program was to investigate temperature stratification under natural circulation conditions, 
and to provide data for the validation of CFD software. To this end, temperatures were measured with 
thermocouple rakes in the cold legs below the injection nozzle (TE1), and at two cross-sectional planes 
between the injection nozzle and the downcomer (TE2, TE3). Three thermocouples were mounted verti-
cally below the injection nozzle. The rakes in the cold leg consisted of 21 thermocouples in three columns 
and seven rows. Additionally, 18 thermocouples were installed in the downcomer below the cold legs 
(TE4), see Fig. 2.  

Fig. 3 shows the 21-thermocouple installation representative of positions TE2 and TE3 in the cold leg. 
Fig. 4 shows how the 18-thermocouples are installed in the downcomer. The nominal accuracy of the 
thermocouple measurements is ± 2.75 K. The photographs include the supports which were used to hold 
the thermocouple probes. These are relatively large. It can therefore be expected that they influence ther-
mal mixing and temperature stratification in the cold legs, and lead to additional experimental uncer-
tainty.  

The ROSA V Test 1-1 experiment was performed in several steps. It started with separated ECC injec-
tions into Cold Leg A, followed by injection into Cold Leg B at 15.5 MPa, and at 100 % primary inven-
tory with a core power corresponding to 2 % of the scaled nominal power. Thereafter the water level was 
reduced to 80 %, 70 % and 50 % of the inventory, with 10-minute intervals for re-stabilisation. For every 
water level the ECC injection was performed in sequence, first into Cold Leg A, then into Cold Leg B.  
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Fig. 1: Large Scale Test Facility 

 

 

Fig. 2: Position of thermocouple rakes in Loops A and B 
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Fig. 3: Thermocouple installation in cold leg elbow section  

 

 

Fig. 4: Thermocouple installation in downcomer (left) and downcomer view from cold leg (right) 

 

3 CFD ANALYSIS 

The CFD analysis was performed for the first phase of Test 1-1 at 100 % primary inventory and single-
phase flow injection into Loop A. The ANSYS CFD software was used for the simulations. 

 

3.1 Geometry Generation 

A CAD model of the cold legs, the ECC lines, and the downcomer was generated on the basis of draw-
ings (JAERI, 2003). The complete length of the downcomer was modelled to avoid feedback of boundary 
conditions on the flow in the section of interest. Following recommendations of Farkas et al. (2008), a 
rounded transition with a radius of 19 mm was used to connect the cold legs and the downcomer. The 
boundary conditions were specified at the cold legs directly after the primary coolant pumps, at the ECC 
lines, and at the lower part of the downcomer as shown in Fig. 5. 
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Fig. 5: Geometry model and boundary condition planes 

 

3.2 Grid Generation 

Following the OECD/NEA Best Practice Guidelines (Mahaffy et al., 2007), three hexahedral grids with 
increasing resolution were generated to perform sensitivity studies. In the first refinement step the number 
of elements was mainly increased in the cold leg. In the second step, the grid was additionally refined 
around the ECC nozzle. All generated grids were scalable with a minimum grid angle of 32º. Only 1 % of 
the control volumes have grid angles with less than 45º. The resulting grids are shown in Fig. 6 for a cross 
section close to the inlet of the main pipe. The coarse grid has 1.0 million elements, the medium grid has 
5.2 million elements, and the fine grid has 8.0 million elements for the complete geometry model.  

 

 

Fig. 6: Computational grids close to inlet of main pipe 
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3.3 Mathematical Models 

In the ROSA V Test 1-1 steady-state natural circulation is established in the primary loop and the main 
coolant pumps are stopped before ECC injection is started. The temperature difference between the hot 
water in the primary system and the cold ECC water is more than 200 K resulting in density differences 
of about 20 %. As a consequence, natural circulation is modelled in the CFD calculation by including 
buoyancy terms in the momentum equations, and in the production terms of the turbulence model equa-
tions. The buoyancy terms are driven by the density difference between the hot and cold water. Water 
density is calculated as a function of temperature on the basis of IAPWS-IF97 tables (Wagner and Kruse, 
1998). The dynamic viscosity and conductivity of the fluid are also derived from the IAPWS-IF97 tables. 

Two turbulence models were used in the simulation, the Shear Stress Transport (SST) model of Menter 
(1994) and a modification of the Reynolds stress model proposed by Launder et al. (1975). The modifica-
tion of the Reynolds stress model concerns the length-scale equation. In contrast to the original proposal 
by Launder et al. (1995), a version using the turbulent vorticity as length-scale equation was used in this 
study. Both models were combined with ‘automatic’ wall functions in which the near-wall fluxes are 
derived from either linear or logarithmic wall laws, depending on the position of the wall-adjacent grid 
point. 

3.4 Initial and Boundary Conditions 

The transient calculations were started from a steady-state solution of the natural circulation. At the pump 
positions, and at the ECC injection nozzle A, the measured mass flow rates and temperatures were used as 
inlet boundary conditions. At the pump position, the inlet temperature was set to a constant value of 553.8 
K. The measured temperature at the ECC nozzle varied from 500 K to 300 K within 60 s.  

At the outlet, which was positioned at the lower part of the downcomer, a pressure boundary condition 
was prescribed. At the walls no-slip boundary conditions for smooth surfaces were used. The energy 
transfer between the fluid and the downcomer walls was set to zero (adiabatic walls). This was the best 
approximation of the experimental conditions, given that no temperature or heat flux measurements were 
available. The approximation of adiabatic walls has also been used by other authors, e.g. Farkas and Toth 
(2008). 

3.5 Numerical and Model Errors 

A 180º-degree half model was used for the investigations of numerical and model errors in order to 
economize on computing resources. As a first step, iteration errors were checked on each grid at steady-
state conditions. The purpose of this study was to determine a convergence criterion of the iterative CFD 
solver such that iteration errors became insignificant. Fig. 7 shows temperatures at the measurement posi-
tions as a function of the convergence criterion. The temperatures did not change any more when the con-
vergence criterion was reduced below 1 × 10-4. As a consequence, a convergence criterion of 1 × 10-4 was 
set in the calculations. 

Discretization errors in time and space were also checked on each grid. The influence of the spatial nu-
merical grid was investigated by comparing temperature transients on the three grids at the measurement 
position TE 1215. As ROSA V data are proprietary, Fig. 8 shows only temperature differences instead of 
absolute temperature values. Large differences are observed between the coarse and medium grids. On 
the other hand, temperature differences on the medium and fine grids amount to less than 1 K in the final 
part of the transient. This is less than the thermocouple uncertainty of ± 2.75 K. As a consequence, the 
medium-sized grid was chosen for the production calculations. It should be added that further grid re-
finement studies would be required to accurately quantify the solution errors as described by Mahaffy 
(2007). The comparison of calculations with first-order upwind and second-order high-resolution discreti-
sation schemes are shown in Fig. 9. As expected, the second-order scheme predicts more oscillatory flow 
behaviour. The absolute temperature differences between the two schemes were, however, not larger than 
2 K. 
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In order to save CPU time and to optimize the time step size, adaptive time stepping was used in combi-
nation with an implicit first-order time discretisation scheme. The influence of the initial time step of the 
adaptive scheme is shown in Fig. 10. The time step varied during the transient calculation between 0.01 
and 1.0 s to achieve a convergence criterion of 1 × 10-4 for the normalized residuals in all time steps. On 
average 17 iterations per time step were necessary for convergence for the calculations starting with 0.01 
s. The average influence of the time step size is around 8 K between 20 and 25 s, and amounts to around 4 
K between 25 and 35 s. This corresponds to less than 2 % error considering absolute temperature values. 
Spatial and temporal grid convergence of the solutions would require further refinement of time steps and 
grid widths. 

 

 

Fig. 7: Temperature as function of convergence criterion 

 

 

Fig. 8: Influence of spatial discretisation (TE1215)  
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Fig. 9: Influence of discretisation scheme (TE1205) 

 

Fig. 10: Influence of initial time step size (TE1205) 

 

Fig. 11: Influence of turbulence model 
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Finally, the influence of the physical models was investigated. To this end, the SST model, and the Rey-
nolds stress model (RSM) were compared. Fig. 11 shows as an example that there is no significant im-
provement from using the more complex RSM model, which took 1.4 times the calculation time of the 
SST model. Therefore, all further calculations were performed with the SST model. 

4 RESULTS AND COMPARISON TO DATA 

A 360º geometry model was used for the comparison of simulations and data. As the application of the 
Best Practice Guidelines in section 3.5 had shown that the medium-sized grid produced the best results in 
terms of accuracy and calculation time a corresponding 360º grid was generated for the production runs. 
This grid had 5.2 million elements. The calculations were performed with the ANSYS CFX software 
(Version 12) on a Sun Galaxy with 16 processors at 2.6 GHz. The final calculations of 115 s transient 
time took approximately 2 days calculation time. 

An impression of the temperature distribution in Cold Leg A, and in the downcomer during ECC injec-
tion is shown in Fig. 12. The cold water in the cold leg shows stratification, and an oscillatory motion. 
The cold ECC water plume is transported downstream by the main flow and touches the bottom wall of 
the cold leg downstream of the injection nozzle. At this point, stratification is strongest. Downstream, the 
cold water plume is sloshing from side to side in the horizontal pipe and hot and cold water are mixed. As 
observed in the experiment, the cold water plume is entering the downcomer attached to the outer vessel 
wall.  

A quantitative comparison of the temperature distribution in the downcomer is shown in Fig. 13. Close to 
the vessel wall (TE1225) experiment and calculation are in good agreement. At the barrel wall (TE1227) 
the calculated temperatures are higher, while the data indicate stronger mixing of the cold water plume 
with the surrounding hot water. However, the experimental flow may be influenced by the relative large 
fixtures of the thermocouples which could not be included in the simulations because no geometry infor-
mation was available. 

 

 

Fig. 12: Temperature stratification in Cold Leg A @ 80 s  
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Fig. 13: Comparison of simulation and data in the downcomer (TE1225, TE1227) 

 

Fig. 14 and Fig. 15 show the comparison to data at the central thermocouple position of rakes TE2 and 
TE3 in the cold leg, respectively. The red and black dashed lines show the measurement uncertainty of 
the thermocouples. At position TE2 (Fig. 14), which is close to the inlet nozzle, the calculation under-
predicts mixing above the centreline of the horizontal pipe. The temperature in the upper part of the cold 
leg is therefore higher than in the experiment. At position TE3 (Fig. 15), the simulation results are in 
good agreement with data.  

 

 

Fig. 14: Comparison of simulation and data in Cold Leg A (TE1187) 
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Fig. 15: Comparison of simulations and data in Cold Leg A (TE1208)  

5 CONCLUSIONS 

A numerical analysis of the ROSA V Test 1-1 was performed with the ANSYS CFD software. The 
ROSA V experiment investigates thermal stratification at single-phase natural circulation conditions in 
the cold leg of a PWR. The numerical results were compared with temperature measurements at three 
rake positions in Cold Leg A, and at one position in the downcomer below the cold leg. 

The numerical grid generation and error analysis was performed according to the OECD Best Practice 
Guidelines. After reduction of numerical errors, model errors were investigated by comparing different 
turbulence models. The final comparison with data showed good agreement. It leads to the following 
conclusions: 

• Close to the ECC injection nozzle, turbulent mixing induced at the shear layer between the cold 
ECC-water and the hot water in the cold leg is under-predicted. In order to improve agreement 
between predictions and data use of a scale-resolving turbulence model may be necessary. 

• Temperature stratification along the cold leg and in the downcomer is in good agreement with 
data which indicates that the buoyancy-driven stratification is accurately simulated. 

• The attachment of the cold water plume to the outer wall of the pressure vessel in the downcomer 
is captured by the CFD simulation. 

The calculations indicate the predominance of buoyancy effects caused by density difference between 
cold and hot water in the cold leg. The temperature measurements indicate that mixing effects are more 
dominant. However, the mixing effect of the thermocouple rakes and the video probe installed in the flow 
field were not investigated. Further studies will concentrate on an increased resolution of the area around 
the ECC nozzle and the application of scale-resolving turbulence models.  
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Abstract 
 

NEPTUNE_CFD is a code based on a 3D transient Eulerian two-fluid model. One of the main 

application targets is the two-phase Pressurized Thermal Shock (PTS), which is related to PWR 

Reactor Pressure Vessel (RPV) lifetime safety studies, when sub-cooled water from Emergency Core 

Cooling (ECC) system is injected into the possibly uncovered cold leg and penetrates into the RPV 

downcomer. Five experiments were selected for the validation. A co-current smooth and wavy air-

water stratified flow in a rectangular channel with detailed measurements of turbulence and velocities 

allows to validate the dynamic models. A co-current smooth and wavy steam-water stratified flow in a 

rectangular channel with measurements of the steam flow rates allows to validate the condensation 

models. Two experiments dealing with a water jet impingement on a water pool free surface in air 

environment allow to validate the dynamic models in the situation of a jet impinging a pool free 

surface. Finally, the COSI experiment allows to validate all the models involved in the reactor 

conditions. The calculations are done with the same set of Large Interface Method (LIM) models and a 

RANS (k-ε) approach for turbulence. They substantiate the application of the tool to PTS studies.  

 

1 INTRODUCTION 

One of the main application targets of two-phase CFD for Nuclear Reactor Safety (NRS) in France 

is the two-phase Pressurized Thermal Shock (PTS), which is related to PWR Reactor Pressure Vessel 

(RPV) lifetime safety studies, when sub-cooled water from Emergency Core Cooling (ECC) system is 

injected into the possibly uncovered cold leg, and penetrates into the RPV downcomer. Following the 

NEA/CSNI Best Practice Guidelines (BPG’s), relevant PTS-scenarios have been identified. A 

Phenomena Identification and Ranking Table (PIRT) process, the related state of the art of modeling 

and the existing data basis have been reviewed by a panel of European experts, mainly within the 

ECORA and NURESIM projects (Lucas et al., 2009). In the situations of interest, the cold leg is 

thought to be a liquid-vapor stratified flow; the ECC jet is thought not to break-up and to plunge into 

the free surface; direct contact condensation takes place with a maximum in the ECC region of the 

cold leg; the free surfaces are thought to be mostly wavy or rough; the water and gas are turbulent.  

Consistently, the following five experiments were selected for the CFD validation dedicated to PTS 

presented in this paper. The first four are useful for separate effects validation. The Fabre et al. (1987) 

experiment is a co-current smooth and wavy Air Water STratified (AWST) flow in a rectangular 

channel with detailed measurements of turbulence and velocities. The Lim et al. (1984) experiment is 

a co-current smooth and wavy Steam Water STratified (SWST) flow in a rectangular channel with 

measurements of the steam flow rates at six axial positions along the channel. The Bonetto and Lahey 

(1993) and the Iguchi et al. (1998) experiments deal with a water jet impingement on a water pool free 

surface in air environment. In the first one, the void fraction and the mean velocities are measured 

whereas in the second one, mean and rms velocities are measured. Finally, the COSI experiment 

represents a cold leg scaled 1/100 for volume and power from a 900 MW PWR under LOCA 

conditions, and therefore can be used for global validation. The measurements include temperature 

profiles at eight axial positions in the pipe and global condensation rates, at various ECC flow rates, 

inlet steam flow rates and water level in the cold leg. As COSI is the closest test to the final 

application, as the combination of the separate effects is unknown, as separate effects tests cover  
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separate phenomena involved in the final application with various discrepancies, the expert judgment 

of the validation with respect to the PTS application is built putting the highest weight on the COSI 

test.  

The calculations presented in this paper are done with the tool mainly devoted to two-phase CFD 

for NRS in France: NEPTUNE_CFD (NCFD), based on a 3D transient Eulerian two-fluid model 

(Méchitoua et al. (2003), Guelfi et al. (2007)). They are all done with the same version 1.0.8, with the 

same set of models, which includes the Large Interface Method (LIM) and a RANS approach with (k-

ε) transport equations in each phase. Following the BPGs, the mesh sensitivity is investigated.  

The purpose of this paper is to present the validation of NCFD 1.0.8, not to give details on the 

modeling: therefore in section 2, only the main principles of the modeling are described. Then the next 

sections cover the five test cases.  

2 MODEL DESCRIPTION 

2.1  Two-phase model and solver 

For our CFD approach of the PTS problem, the two-fluid model was selected because of its 

generality and its intrinsic ability to treat heat and mass transfers at large scales, at any Reynolds 

numbers and more generally in a wide range of thermohydraulics conditions. The six transport 

equations (mass, momentum and energy for both liquid and gas) of the two-phase model, with the 

same pressure in the two phases, as established for example in Ishii (1975), are solved.  

The Reynolds stress tensor is closed with the Boussinesq eddy viscosity assumption. A two-

equation k-ε model for the calculation of the turbulent eddy viscosity is used: one for each phase in the 

whole domain. It is an extension to multi-phase flows of the classical model used in single phase 

flows. The decrease of turbulence due to thermal stratification is included. The turbulence production 

due to the influence of each phase on the other one depends along the LI’s on the interfacial friction.  

The NCFD solver is based on a pressure correction fractional step approach. The discretization 

follows a 3D full unstructured finite volume approach, with a collocated arrangement of all variables. 

Numerical consistency and precision for diffusive and advective fluxes for non-orthogonal and 

irregular cells are taken into account through a gradient reconstruction technique. Convective schemes 

for all variables, except pressure, are centered/upwind scheme. Velocities components can be 

computed with a full centered scheme. Gradients are calculated at second order for regular cells and at 

first order for highly irregular cells. The time step is variable with a CFL condition generally equal to 

unity. 

2.2 Large Interface Method 

The two-phase model resulting from averaging process leads to specific problems in case of flows 

with free surfaces like stratified flows or liquid jets in gas. In CFD, such flows lead to interfaces much 

larger than cells size, called afterward Large Interfaces (LI’s). In this case, specific closure laws are 

needed in the LI regions which are different from the closure laws outside. It is then necessary to 

locate the LI’s position at each time step of the simulation in order to apply the correct closure laws. 

Our approach differs from approaches which aim at simulating the LI’s location in the context of one 

momentum equation, like Volume Of Fluid, level set or front tracking, in that it only locates the 

position, it does not reconstruct it. In the calculations of this paper, the surface tension on LI’s is not 

directly numerically simulated because it plays a role at length scales which are generally much 

smaller than the ones simulated by our CFD.  

The interface detection method implemented in NCFD is based on the gradient of liquid fraction. 

The first step consists in computing a refined liquid fraction gradient, based on harmonic or anti-

harmonic interpolated values of liquid fraction on the faces between the cells (Laviéville and Coste, 

2008). This refined gradient allows to detect the cells belonging to the LI.  

The specific LI’s closure laws developed and implemented in NCFD (Coste et al., 2007, 2008, 

2009) consider not only the cells crossed by the LI but also the two neighboring cells located in LI’s 

normal direction, on both sides, liquid and vapor: the considered LI is three-cell thick  (LI3C). It 
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allows to use only physically relevant values by choosing the interface side where the phase is not 

residual. It allows also to limit the effect of the LI’s position with regard to the meshing.  

2.3  Friction 

An anisotropic two-phase friction is assumed close to the free surfaces. This is because the friction 

of bubbles with liquid, in the case of bubbles coming up to a free horizontal stratified flow surface, for 

example, is different from the friction of the gas over the free surface, which sees the liquid rather like 

a wall. Then the drag coefficient in the direction normal to the LI is a general two-phase one (derived 

from bubbles or drops drags) whereas the drag coefficient in the LI plane is specific to LI’s. The basic 

hypothesis is that the free surface is a wall for the gas, a wall moving at the interface velocity uint, a 

wall that can be rough when there are waves.  

2.4  Heat and mass transfer 

The important closure law for direct contact condensation is the heat transfer coefficient hL,i between 

the liquid and the interface. There are many models available since several decades (Theofanous et al., 

1976) (Banerjee, 1978) (Bankoff, 1980). They are generally not directly suitable for CFD in which the 

models use local variables available in each computation cell. The model currently used in NCFD in 

case of wavy flows (Coste and Laviéville, 2009) is a wall law form of the model originally tested in 

the SIMMER code (Coste, 2004) in which it could predict the trends of the COSI tests without fitting 

constants. Its form comes from the surface renewal model with a renewal frequency built with the 

Kolmogorov length and the turbulent velocity. Recently, DNS and LES brought new insights and 

clarifications (Magnaudet and Calmet, 2006).  DNS of Lakehal et al. (2007) showed that the surface 

divergence model of Banerjee et al. (2004) coming from the Hunt and Graham theory applies in the 

liquid phase. The model currently used in NCFD in case of smooth flows is a wall law form of this 

model.  

 

3 AIR-WATER STRATIFIED FLOW 

3.1  Description of the test case 

We consider an experiment featuring an adiabatic air water co-current stratified flow, in a 12 m 

long, 20 cm wide, 10 cm high, 0.1% slope rectangular channel (Fabre et al., 1987). The inlet liquid 

superficial velocity is 0.15 m/s, which corresponds to a water flow rate equal to 3 l/s.  Our selected 

tests are the runs 250 and 400. The inlet gas superficial velocity of run 250, 2.5 m/s, is high enough for 

the interfacial friction to play an important role, and sufficiently weak for waves to be negligible. The 

inlet gas superficial velocity of run 400, 4.0 m/s, is high enough for waves and 3D circulations. In both 

runs, the Reynolds numbers (19000-31000) are large enough to validate the use of the turbulence 

model. The water height is 3.8 cm (resp. 3.15) in the run 250 (resp. 400). The measurements used for 

the CFD comparisons are done 9.1 m from the inlet, on a vertical line containing the channel axis. 

These are vertical profiles of volume fraction, average velocities and turbulence quantities, in liquid 

and gas.  

3.2 Computational representation 

The friction along lateral walls leads us to consider 3D-meshes for the calculations. They are 

uniform, structured and rectangular. Three different refined meshes (coarse, intermediate and fine) are 

used, in order to check the results sensibility to the mesh size, with (125*10*10), (250*20*20), 

(500*40*40) cells in length, height and depth.  The three directions are (x,y,z): x is the channel axis, 

axial, y is the height, z is the third direction.  The comparisons between calculations and experiment 

are in Fig. 1 and Fig. 2. The most important parameters from the PTS point of view are the horizontal 

average velocities ux (horiz. velocity) and k (turb. kin. energy) on the liquid (liq.) side (uL,x, kL), in 

particular close to the free surface.  On the gas side close to the free surface, the average horizontal 
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velocity uG,x is important because it has a strong effect on the interfacial friction, which in turn has an 

effect on kL close to the surface.  

3.3 Results 

The Fig. 1 and Fig. 2 show the calculations results and their comparisons with the experimental 

data 9.1 m from the inlet, of runs 250 and 400. The left (resp, right) graphs present liquid (resp. gas) 

dynamics; the top (resp. bottom) graphs show the mean velocity (resp. turbulent kinetic energy); the x-

axis is directed from the wall to the interface, so the liquid-gas interface is always located on the right 

of the graphs. The calculation results (lines) are compared with the experiment (dark symbols); the 

black, red and green lines denote resp. the coarse, intermediate and finest meshes CFD results. 

The Fig. 1 shows the calculations of Run 250 (smooth free surface). The calculated liquid axial 

horizontal velocity profile does not have the measured S-like shape due to the liquid entrainment by 

the gas just below the free surface: a feature of the flow is missing; nevertheless the liquid velocity 

profile and the turbulent level are correctly predicted. The liquid turbulent shear stress close to the 

wall and close to the free surface has some discrepancies with the measurements, which is probably 

caused by the use of a high-Reynolds turbulence model. The gas velocity and turbulent kinetic energy 

are correctly predicted, but the finest mesh seems to over-estimate turbulence near the interface. 

Eventually the agreement and the weak sensitivity to the mesh refinement are satisfactory for a CFD 

use in PTS, at the present stage. 

The Fig. 2 shows the NCFD calculations of run 400, a run with a wavy free surface. The 

discrepancy between the experimental results and the calculation is larger. The effects of waves are 

clear: the liquid velocity S-like shape is more accentuated and the turbulent kinetic energy is largely 

above the interface. Near the interface, the liquid velocity is correctly predicted while the turbulent 

kinetic energy is under-predicted using coarse meshes.  

Correct results of such wavy flows as Run 400 were obtained by (Meknassi et al., 2000) or 

(Berthelsen and Ytrehus, 2005), with a steady state and fully developed mean flow approach. 

Meknassi et al. (2000) used a k-ε model and algebraic closures to model secondary flows controlled by 

the anisotropy of turbulence. In its present stage, (transient and 3D) NCFD does not take them into 

account and then can not predict Run 400-like flows as well as those more specialized (steady state 

and fully developed mean channel flow) tools.  
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Fig. 1  : Run 250 (smooth) - NCFD Calculation with large interface turbulence and friction models 

with the coarse mesh (—), intermediate mesh (—), finest mesh (—) versus measurements (symbols). 

 
Fig. 2  : Run 400 (wavy) - NCFD Calculation with large interface turbulence and friction models  

with the coarse mesh (—), intermediate mesh (—), finest mesh (—) versus measurements (symbols). 
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4 STEAM WATER STRATIFIED FLOW 

4.1  Description of the test case 

The experimental data are from Lim et al. (1984). They deal with a Steam-Water co-current 

STratified flow (SWST) in a rectangular channel.  The flow regime of the free surface was observed: 

smooth, transition or wavy. Those runs were calculated by Yao et al. (2005) who found that no CFD 

model was able to satisfactorily calculate both smooth and wavy runs. Now the more recent model 

implemented in NCFD aims at covering both regimes.  

The test section is a rectangular channel. Its dimensions are: 6.35 cm high, l=30.48 cm wide, 160.1 

cm long. It is designed to be two-dimensional. The inlet water height is δL=1.59 cm. The selected test 

cases are listed in Table 1. For each case, the measured quantities used for the inlet boundary 

conditions (BC’s) are the liquid and gas mass flow rates Lm& , Gm& , and temperatures LT , GT . The 

outlet pressure is the atmosphere. The inlet liquid temperature is 25°C.  

 

Case Free 

surface 
Lm&   

(kg/s) 

Gm&   

(kg/s) 

GT  

(°C) 

Lk   

(m
2
.s

-2
) 

Gk  

(m
2
.s

-2
) 

Lε  

(m
2
.s

-3
) 

Gε  

(m
2
.s

-3
) 

1 S 0.657 0.041 111 2.8 10
-4

 0.36 3.9 10
-4

 6.1 

2 S-W 0.657 0.065 116 2.8 10
-4

 0.92 3.9 10
-4

 24 

4 S-W 0.657 0.124 126 2.8 10
-4

 3.3 3.9 10
-4

 170 

8 W 1.44 0.126 125 1.3 10
-3

 3.4 4.1 10
-3

 180 

S : smooth. W :wavy. 

Table 1 : Lim et al. (1984) runs used for present validation. k-ε values: estimated turbulent inlet 

boundary conditions for our calculations.  

4.2  Computational representation 

The experiment geometry and our RANS modeling approach for turbulence allow to use a 2D 

computation. Three orthogonal conform meshes have been used, m2 (7698 nodes, 18 in the vertical 

direction that is about 8 in the liquid layer), m4 (30114 nodes), m8 (119106 nodes), m2N being obtained 

from mN by multiplying the number of cells in each spatial direction by 2. The inlet BC’s for turbulent 

quantities k and ε (Table 1) are estimated orders of magnitude. Their sensitivity was tested to a certain 

extent in a previous study (Coste and Laviéville, 2009).  

4.3  Results 

In the SWST1 run (Fig. 3, top left), the free surface was observed as smooth. The calculations are 

unsatisfactorily sensitive to the mesh. It is mostly problematic in this run and less in the others. With 

the rough mesh m2, the flow is detected as smooth and then the calculation is more or less correct. 

With the intermediate mesh m4, for a reason that has to be investigated in the future, the liquid TKE is 

higher, so the flow is detected as in transition between 0.5 m and 0.8 m from the inlet: the result is 

then sensitive to the mesh and there is an overestimation of the condensation in this region of the 

channel. With the fine mesh m8, for probably the same reason, the liquid TKE is even higher, as soon 

as the liquid flows from the inlet, so the flow is wrongly detected as in transition or even as wavy, 

leading to a large overestimation of the condensation. Closely downstream of the inlet, a kind of wave 

takes place. This wave goes with an increase of the liquid TKE close to the free surface whereas 

neither such wave nor TKE increase takes place with m2. The TKE increase implies an automatic 

detection by the heat transfer model of a wavy free surface, which then switches to an increase of heat 

transfer from the liquid to the interface, leading to a higher condensation rate. On the other hand, with 

m2, the free surface is detected as smooth, which leads to a lower condensation rate. As the difference 

takes place closely downstream of the inlet, additional sensitivity calculations about BCs with m8 were 

done. In the region closely downstream of the inlet, the sensitivity on the liquid TKE was high but 

looking on the whole test section, the consequences on the axial vapor mass flow rates were 
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negligible. It is therefore not encouraging to look for a solution of the problem just by adjusting the 

BC’s. The present thinking goes rather towards the LIM and k-ε modeling. 

In the SWST2 run (Fig. 3, top right), the free surface measurements showed that it was smooth up 

to about 40 cm downstream of the inlet and then it turned to wavy. As in the SWST1 case, the rough 

mesh calculation better corresponds to this but the results are more satisfactory than SWST1 as the 

sensitivity to the mesh is more reasonable.  

The SWST4 run (Fig. 3, bottom left) is also an intermediate run between smooth and wavy. The 

sensitivity to the mesh is again too large and requires further study. 

The SWST8 run (Fig. 3, bottom right) is wavy. The results and the sensitivity to the mesh are more 

satisfactory than the runs where smooth free surfaces were observed. The increase of condensation due 

to the increase of the inlet liquid velocity in comparison with SWST4 is predicted, which is 

satisfactory.  

As long as no measurement of both condensation and turbulence close to the free surface are not 

available, the further analysis will remain difficult as the errors of turbulence modeling on the one 

hand and the errors of heat and mass transfer modeling on the other hand will remain unclearly 

juxtaposed. However the results are improved in comparison with previous models which did not 

include the difference between modeling smooth and wavy flows (Yao et al., 2005).  

 

  

  
Fig. 3 NCFD calculations of SWST with the three meshes m2, m4 and m8. Comparisons with the 

measured axial vapor flow profiles. Top left : SWST1, smooth. Top right: SWST2, intermediate. 

Bottom left: SWST4, wavy. Bottom right: SWST8, wavy.    
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5 AIR ENTRAINMENT BY A PLUNGING LIQUID JET  

5.1  Description of the test case 

Jet impingement on free surface may occur in the PWR’s cold legs, in the PTS scenarios (Lucas et 

al., 2009) where a stratified flow in the cold legs takes place, with a low enough liquid height, when 

ECC water is injected. The impinging jet flow on a free surface is a particularly challenging case for 

multiphase models. The process of steam carry under and subsequent bubble dispersion (both by 

liquid and bubble induced turbulence), has to be captured by the multiphase models.  

Bonetto and Lahey (1993) investigated in an air environment the liquid water jet impingement on a 

free surface. The axisymmetric and turbulent jet is impinging orthogonally on the free surface. In the 

experimental run selected for our calculation, the height of the nozzle above the undisturbed surface is 

30 mm. When a threshold velocity is exceeded, it is observed that the plunging liquid jet causes air 

entrainment. The flow is statistically steady-state. The void fraction radial profiles are measured at 

varying depths from the undisturbed surface. The liquid and gas velocities are measured for a single 

nozzle height. Different two-phase jet characteristics are noticed, depending on the turbulence 

intensity of the plunging liquid jet. The turbulence intensity of the liquid is varied to obtain a smooth 

jet (intensity 0.8) and a rough jet (intensity 3). For the first jet, the diameters of the induced bubbles 

were in the range 15−300 µm. For the second jet, a mean bubble size of 2 mm is measured. We 

compute this last.  

5.2  Computational representation 

The experiment geometry and our RANS modeling approach for turbulence allow to use a 2D 

axisymmetric computation. Three orthogonal conform meshes have been used, m1 (2333 nodes), m2 

(10039 nodes), m3 (41597 nodes). The flow is two-phase, isothermal and turbulent. The gravity is 

taken into account. The densities are constant. We consider the k-ε turbulence model for water. 

5.3  Results 

The physical steady state is reached by a transient calculation of 20 s. Further 10 s of calculation 

are done in order to get the average values of void fraction, liquid and gas velocities which are 

presented here. The instantaneous values would not have been meaningful because the computed 

fields are not stationary.  

In Fig. 4, the calculated radial profiles of the void fraction at three different depths below the 

undisturbed surface are compared with the measurements. The calculations are done with the three 

meshes which gives the sensitivity to the mesh. The coarser mesh profiles at 1 mm and 18 mm are 

very different from the ones obtained with the two finer meshes. An under-prediction of the air 

entrainment along the symmetry axis is calculated. Furthermore, the entrained air plum length is 

under-predicted. 

The Fig. 5 shows the sensitivity to the mesh in relation to both the void fraction and the turbulent 

energy. When the mesh is refined, the liquid turbulent kinetic energy increases whereas the entrained 

air plum length decreases.  

In the present state of the art, the CFD does not predict satisfactorily such flows. Schmidkte and 

Lucas (2009) proposed a model in CFX-11 with two parameters that could be adjusted in the future. 

As summarized by Davoust et al. (2002), there are two complementary mechanisms that drive the air 

entrainment: 1) the friction along the jet that brings down the air , and 2) the entrapment process at the 

point of impact. The mechanism (1) may be predicted more or less correctly by models dedicated to 

LI’s as described in section 2.3. The mechanism (2) is much more problematic, as it generally takes 

place at intermediate length scales between simulation and modeling, a vague zone seldom explored in 

the literature which requires specific approaches (Pigny and Coste, 2005).  
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(a) 

 
(b) 

 
(c) 

Fig. 4 : Calculated and measured void fraction radial profiles at three different depths below the 

undisturbed surface: 1 mm (a), 18 mm (b) and 43 mm.  

 

 
      (a-1)         (a-2) 

 
                      (b-1)                              (b-2)  

 
        (c-1)        (c-2) 

 

Fig. 5 : Calculated average void fraction (figures (-1), scale on (b-1)) and average liquid turbulent 

kinetic energy (figures (-2), scale on (b-2)) with three meshes: rough m1 (figures a-), intermediate m2 

(b-) and finer m3 (c-). The views (a-) and (c-) show only the most interesting part of the computed 

domain.   
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6 DYNAMICS BELOW A PLUNGING LIQUID JET 

6.1 Description of the test case 

The experimental data are from Igushi et al. (1998). They investigated the jet influence on a free 

surface and the effect of gas entrainment on liquid velocity and turbulence characteristics, using an 

axisymmetric, turbulent jet impinging orthogonally a free surface, in a cylindrical vessel (diameter = 

20 cm, height = 39 cm). The flow reaches a statistically steady-state; the fluid is water in an air 

environment. In the experiment, the liquid mean and rms velocities are measured for different heights 

of the nozzle above the undisturbed surface at varying depths from the surface and radial distance. 

When the nozzle height is long enough, the jet surface is rough and large bubbles are generated, the 

dispersion region being localized beneath the pipe exit. In this configuration the structure of velocity 

and turbulence beyond the surface is modified, comparing with a single-phase jet. This study has 

investigated this pattern, with a liquid flow rate equal to 50 cm
3
/s and a nozzle height equal to 1 cm; 

the internal diameter of the circular injection pipe is equal to 5 mm. 

6.2 Computational representation 

The computational domain has been optimized in the radial direction without influence on the 

bubbly region; the final dimension of meshes are set to 10 cm in the radial direction and 39 cm in the 

height for the vessel. Three 2D-axisymmetric meshes with increasing refinement level have been used; 

the number of cells is respectively 1287, 5018 and 19812. We considered a two-phase, isothermal and 

turbulent flow with constant densities and viscosities. The LIM (Section 2.2) takes into account the 

fact that the interfacial friction effects are different in the large interfaces regions which are three cells 

thick and outside of these regions, where other two-phase models have to be used. In the present case, 

the bubbles induced effects in the bubbly region beneath the surface are taken into account via the 

corresponding momentum transfers (drag, added mass, turbulent dispersion and lift) which depend on 

the mean local bubble diameter, taken equal to its experimental value, 4 mm. 

6.3  Results 

Each simulation has been performed in two steps: the first one corresponds to the transient 

establishment of the bubbly plume. The Fig. 6 shows the evolution of the void fraction in the jet 

region. The stabilization is reached within 10 seconds. In a second step, we performed temporal mean 

during 10 extra physical seconds.  

 

 
Fig. 6 : NCFD calculations of Igushi et al. experiment. Void fraction and liquid velocity profiles 

during the transient simulation.  
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The Fig. 7 shows a comparison between experiment and numerical simulations; probes are located 

on the vertical central axis of the geometry at different distance from the free surface. For all graphs, 

square symbols denote experimental data and colored lines represent simulations performed with the 

three meshes (black: coarse, red: intermediate, green: finest mesh). The left (resp. top right) graph 

compares the mean (resp. rms) axial liquid velocity. This figure shows that the simulations are in good 

agreement with the experimental data, even if turbulence is slightly under-estimated. An additional 

single-phase jet simulation (light blue line) has been performed, in order to show the bubble effect on 

the jet expansion: the two-phase jet intensity (axial velocity) decreases faster than the single-phase 

one, because of bubbles rising up. The void fraction profile is presented on the bottom right; less than 

3% of gas is entrained in the vessel. 

Eventually we can say that the agreement and the weak sensitivity to the mesh refinement are very 

satisfactory and that the numerical results are very encouraging even using the coarse mesh. The 

results are improved in comparison to similar CFD by (Galassi et al., 2008) in the sense that in 

(Galassi et al., 2008) the void fraction prediction always seemed to change without coherence 

considering the different grids.  

 

 

 
 

Fig. 7 : Liquid mean (left) and rms (top right) velocity, gas void fraction (lower right) on the vertical 

central axis of the domain, function of the distance to the free surface, comparison between 

experimental data (symbols) and NCFD simulations (continuous lines).  
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7 COSI: PTS VALIDATION IN REACTOR CONDITIONS 

7.1  Description of the test case 

The COSI experiment was carried out at the CEA Grenoble for the purpose of studying complex 

condensation phenomena that take place in the area of the ECC injection during a loss of coolant 

accident in a PWR. COSI represents a 900 MW PWR cold leg with the safety injection at the scale of 

1/100 in volume and conservation of Froude number (Janicot and Bestion, 1993). This reduced-scale 

experiment consists of a horizontal pipe that takes the place of the cold leg, an injection nozzle located 

at the center of the test section and a downcomer represented by a simple cylinder. Steam is supplied 

to one of the extremities of the test section, the other being partially opened or closed, depending on 

the runs. As shown on Fig. 8, there can be a weir downstream of the cold branch before the 

downcomer, in order to control the water level. 

COSI covers LOCA conditions with many steady-state and transient tests. For the present NCFD 

validation, we focus attention on three steady-state runs since such runs allow a better evaluation of 

the experimental condensation rate: one with a 0.6 diameter high weir (run 11.6) and two others 

without weir which differ from the liquid and steam flows (runs 02.5 and 03.8). 

 

Cold water (ECC)

Cold leg
Vapor

Weir

Downcomer  
Vapor inlet

Liquid inlet

Outlet

Closed end

    
 

Fig. 8 : Top: schematic view of COSI experiment in the case with a weir. Bottom: coarser mesh for 

run 11.6 on the left and details of the most refined mesh for the run 02.5 on the right (m025_3, refined 

twice). 

7.2  Computational representation 

The runs have been investigated with two or three meshes in order to evaluate the mesh sensitivity. 

The coarser hexahedral meshes are created by SALOME (2010) by merging pieces of mesh, each 

piece being meshed with an O-grid approach. The refined meshes for run 11.6 were done in the same 

way by just increasing cells number (170 000 for m116_1, 280 for m116_2 and 800000 for m116_3). 

For runs 02.5 and 03.8, the refined meshes are deduced from the first one by a refining technique 

using the software HOMARD (2010): only the interesting regions of the domain are refined according 

to some criteria defined by the user. In this case, what is interesting is the liquid temperature which is 

mainly controlled by condensation which depends strongly on the heat tranfer from the liquid to the 

interface. Therefore the liquid region is refined, which makes the resulting mesh depend on the run. 

Moreover, an important part of the condensation takes place in the ECC region, so a further refinement 

is made there.. 

7.3  Results 

The measurements include temperature profiles at eight sections of the cold leg. A global 

condensation rate in the whole section is deduced from liquid and steam flows. The Fig. 9 compares 
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experimental temperature profiles at six locations with those obtained by NCFD with the different 

meshes.  

In the run 11.6, the jet is under the free surface and there is therefore no direct condensation 

between jet and steam. In the vicinity of the injection, the liquid temperature profile is quite well 

predicted. Nevertheless, the liquid remains too cold both upstream and downstream of the jet. There is 

not enough heat and momentum exchange between the higher part and the lower part of the stratified 

flow. The water height is quite well predicted upstream but under-estimated downstream.  

In the runs 02.5 and 03.8, the water height is quite well predicted, except near the steam inlet for 

02.5 or towards the outlet for 03.8. In both runs, the calculated water height is lower than the measured 

one just after the jet. The predicted temperatures are generally warmer than the experimental values. 

The condensation occurs especially in the vicinity of the jet. In these calculations without weir, the 

amount of vapor condensed in the region of the downcomer -which computational representation is 

presently defective- is less than 10% of the vapor condensed in the whole domain. This calculated 

condensed vapor in the whole domain compares to the measured one as shown in Table 2. Thus, the 

condensation rate increases with the mesh refinement in the run 02.5, even if the temperature profiles 

do not depend strongly on the mesh refinement. In the run 03.5, the condensation rate increases only 

slightly with the mesh refinement. In the run 11.6, the temperature profiles do not seem to depend on 

mesh refinement. Contrary to the results obtained with previous NCFD releases, the mesh sensitivity is 

finally quite moderate concerning the global condensation rate and the liquid temperature.  

 

Case Rough mesh (_1) Medium mesh (_2) Fine mesh (_3)  

02.5 -24% -18% -14% 

03.8 -1% +2%  

Table 2 : NCFD calculations of COSI, discrepancies on the condensation rate in the whole domain.  

 

 
Fig. 9 Liquid temperature profiles at 6 locations of the test section. Comparison between 

experimental date (symbol) and NCFD simulations with various meshes (continuous lines). 
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8 CONCLUSION 

The validation for PTS of NEPTUNE_CFD, a two-phase CFD code, is presented in this paper. Five 

experiments were selected for that, after a process of phenomena identification, ranking table and state 

of the art review: stratified air-water and steam-water flows, liquid jets impinging a free surface, 

global validation with COSI. All calculations are done with the same set of models which includes the 

Large Interface Method (LIM) and a RANS approach with (k-ε) transport equations in each phase.  

The BPG’s recommend to include experimental uncertainties in the analysis. The available data 

about it in the cases considered in this paper lead to uncertainties which are much smaller than the 

typical discrepancies between our two-phase CFD calculations and measurements. Therefore this point 

is actually not a concern at the present stage in the present test cases.  

The main limitations of the present two-phase CFD can be drawn. In fully developed channel air-

water wavy stratified flow, the important phenomena of turbulence anisotropy and possibly the 

interaction between the mean liquid current flow and waves are not modeled which prevents us to 

have as satisfactory results as tools especially designed for this kind of flow. In steam-water stratified 

flow, results are still too much grid-dependent. In liquid jet impinging free surfaces: at low entrained 

volume fraction, the results are satisfactory; at high entrained volume fractions, the prediction of the 

gas entrainment at the jet impact on the free surface remains problematic.  

Following the BPG’s, the mesh sensitivity is investigated. The five experiments all deal with free 

surfaces. In this case, the BPG’s concede that it is not possible to obtain completely grid-independent 

results and this is actually what we found. The expert can judge whether it is acceptable or not for a 

given purpose. This grid dependency is different from one test case to another and it turns out that in 

the most global experiment –the closest to the PTS industrial application- (COSI) it is rather weak.  

We conclude that the two-phase CFD with the LIM can be used as a tool for PTS investigations 

keeping in mind those limitations of the approach which are sketched by the present test cases and 

which stimulate further studies. 
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Abstract 
 
The paper presents new, transient simulation results of condensing steam in the event of emergency 
core cooling where water is injected into the cold leg during a postulated loss-of-coolant-accident 
(LOCA) of a pressurized water reactor (PWR), a phenomenon known as Pressurized Thermal Shock 
(PTS). The model is first validated for the Lim et al. (1984) experiment involving a smooth to wavy 
turbulent, stratified steam-water flow in a 2D channel, then in 3D to predict the experimental data 
from COSI (EDF-CEA-AREVA). The computational framework is based on interface tracking, 
combined with large-scale prediction of turbulence, a new methodology known as LEIS (Large-Eddy 
& Interface Simulation) where super-grid or super-scale turbulence and interfaces are directly solved 
whereas the sub-grid or sub-scale parts are modelled. Because ergodic steady-state flow conditions 
are difficult to attain, recourse is made of the V-LES (instead of LES), where the flow-dependent cut-
off filter is larger and independent from the grid. The computational approach is completed by a DNS-
based interfacial phase-change heat transfer model built within the surface divergence (SD) theory. 
The original SD model is found to return better results when modified to account for scale separation, 
i.e. to segregate low-Re from high-Re number flow portions in the same flow. While the 2D 
validation results are excellent, the 3D PTS results are also good, but need to be run further before 
reaching statistically steady-state conditions. 

1. INTRODUCTION 

Emergency core cooling injection of cold water is one of the most severe scenarios of the global 
Pressurized Thermal Shock (PTS), referring to the occurrence of thermal loads on the reactor pressure 
vessel (RPV) under pressurized conditions (Lucas et al., 2008). Cold water is injected into the cold 
leg during a hypothetical Small Break LOCA. The injected water mixes with the hot fluid present in 
the cold leg and the mixture flows towards the downcomer where further mixing with the ambient 
fluid takes place. Very steep thermal gradients may damage the structural components while the 
primary circuit pressurisation is partially preserved. Therefore, the transient fluid temperature must be 
reliably assessed to predict the thermal loads (striping) on the RPV. The coolant can be single- or two-
phase flow, depending on the leak size, its location and the plant operating conditions. The PTS has 
been the objective of a number of international cooperative programs in the past, e.g. the OECD-
ICAS as given by Sievers et al. (2000). 
 
The computation of this severe scenario is now within reach of the averaged two-fluid formulation. 
Yao et al. (2005), Coste et al. (2008) and Coste and Lavieville (2009) solved the 3D steady-state 
Navier-Stokes equations within the two-fluid framework, using a modified RANS model that 
accounts for the production by interfacial friction. The CATHARE code was then used; but results 
reported in recent conferences by the same group have used the NEPTUNE-CFD code. Among the 
various modelling issues underlined by the CEA group and many others elsewhere, the interfacial heat 
and mass transfer problem constitutes a challenging one by its own. Since DNS of interfacial heat and 
mass transfer is still (if ever) not feasible for flows of this scale, resort should be made to interfacial 
modeling based on correlations. These are numerous and well documented in the literature, and are 
either analytically derived or based on experiments or more recently, on DNS. One of which is the so-
called ‘Surface Divergence SD’ model, which has been found to fit real DNS data (Lakehal et al., 
2008a,b; Banerjee et al., 2004) is now being used in two-phase flow solvers, either based on two-fluid 
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formulation (Tankskanen et al., 2008) or ITMs, see e.g. Lakehal (2008). Because all interfacial heat 
transfer models are made dependent on turbulence quantities, dealing with this issue is another aspect 
of the large picture and needs thus to be addressed in tandem. 
 
The first question addressed by the present contribution is whether this class of flow – including phase 
change- is within reach of ITMs, e.g. Level Sets. The work complements an earlier attempt to predict 
a simplified version of the COSI flow, presented at the second CFD4NRS workshop (Lakehal, 2008), 
though without comparison with the data. The present contribution reports new transient results 
accounting for phase change obtained using a more refined grid then used hitherto, including a new 
condensation heat transfer model. The second question raised here relates to turbulence, namely 
whether RANS approaches are suitable when used in the ITM context, and what sort of alternative 
strategies could one adopt instead. For the purpose, we report comparisons between URANS and V-
LES results. V-LES (Speziale, 1996; Labois and Lakehal, 2010) is a sort of blending strategy between 
URANS and LES, best suited for high Re flows that are beyond reach of rigorous LES, in particular 
for two-phase flow where statistical steady-state conditions require more computational time to be 
reached than single-phase turbulent flow.  
 
The model validation has been performed by reference to Lim et al.’s (1984) experiment involving a 
Steam-Water co-current STratified flow (SWST) in a rectangular channel. The free surface could be 
either smooth or wavy, or in a transitional regime in the channel, based on the imposed shear. The 
axial decrease of the steam rate is controlled by condensation. The simulations were conducted using 
the TransAT CMFD code of ASCOMP. The validation results show that the original SD model 
(Lakehal et al., 2008a,b; Banerjee et al., 2004) need to be modified to account for scale separation in 
the flow, as suggested by Theofanous et al., (1976). 

2. THE PHYSICAL MODEL 

2.1 The Governing Equations  

In TransAT, the single-fluid equations (known as the Interface Tracking Methods context, ITM, for 
more details, the reader can refer to Lakehal et al., 2002) for incompressible two-fluid flow with 
phase-change heat transfer are formulated under the form:  
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where u stands for the fluid velocity and p for the pressure, ρ is the density, µ is the viscosity, λ is the 
thermal conductivity, Cp is the heat capacity, and Q is the volumetric heat source. The source terms in 
the RHS of the momentum equation represents the body force, Fb, the wall shear, Fw, and the surface 
tension, Fs. Material properties are updated locally based on a phase marker field, denoting here the 
level-set function φ. Other material properties like viscosity, thermal conductivity and heat capacity 
are also updated in the same way. TransAT uses the so-called Immersed Surfaces Technology (IST), 
whereby the wall shear (Fw) appears explicitly in the equations based on the solid level-set function φs 
that defines solid obstacles (in addition to the gas-liquid function φ). The method is explained in the 
companion paper (Labois et al., 2010). To track the interface and update material properties, a 
topology equation is solved for the level-set function φ: 
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where the phase change due to heat transfer is accounted for by the source term; m& being the rate of 
mass transfer. In the Level Set technique (Sussmann et al., 2004), the interface between immiscible 
fluids is represented by a continuous function φ, representing the distance to the interface that is set to 
zero on the interface, is positive on one side and negative on the other. Conceptually, Interface 
Tracking Methods are in principle capable of capturing the topology of interfaces and resolving 
accurately the interfacial boundary layers, independently from the Reynolds number. But since full 
DNS resolving all turbulence and interface motions is practically elusive (the grid should scale with ~ 
Re3), one is forced to solve the flow on grids that scale with Rx, where exponent x is clearly smaller 
than 3, leaving the difference to diffusive-based modelling like in RANS, albeit with a clear 
separation between resolved and unresolved or sub-grid scales (SGS).  
 
For turbulent interfacial flows, use should be made of the filtered form of the equations above (Liovic 
and Lakehal, 2007a,b). This is now known as the LEIS, short for Large Eddy & Interface Simulation, 
in which turbulent scales and interface deformations larger than the grid size are directly solved, 
whereas sub-scales are modelled. The LEIS equations and sub-grid scale models are now well known; 
details can be found in Lakehal (2010). Because statistically steady-state flow conditions are difficult 
to attain in 3D, recourse is made here of the V-LES (instead of LES), where the flow-dependent cut-
off filter is larger and independent from the grid (cf. Section 2.2). Although somewhat contradictory 
in terms of scale separation, one actually could resort to RANS closure models to deal with turbulence 
as well, at the expense of affecting the degree of interface topology resolution; higher eddy viscosity 
levels (by use of RANS) at the interface could hamper the high-frequency surface motions, i.e. 
wrinkling. Be it as it may, advancing the RANS form of the above system of equation in time is 
referred to as URANS (Unsteady RANS).  

2.2 On V-LES as an Alternative Turbulence Modeling Approach 

V-LES is based on the concept of filtering a larger part of turbulent fluctuations as compared to LES 
(as the name clearly implies). This directly implies the use of a more elaborate sub-grid modelling 
strategy than a zero-equation model like in LES. The V-LES implemented in TransAT is based on the 
use of k ε− model as a sub-filter model. The filter width is no longer related to the grid size; instead 
it is made proportional to a characteristics length-scale that is larger than the grid size, but necessarily 
smaller than the macro length-scale of the flow. Increasing the filter width beyond the largest length 
scales will lead to predictions similar to the output of RANS models, whereas in the limit of a small 
filter-width (approaching the grid size) the model predictions should tend towards those of LES. V-
LES could thus be understood as a natural link between conventional LES and URANS. If the filter 
width is smaller than the length scale of turbulence provided by the RANS model, then larger 
turbulent flow structures will be able to develop during the simulation, provided that the grid 
resolution and simulation parameters are adequately set (in particular regarding time stepping and the 
order and accuracy of the time marching schemes employed). The V-LES theory as currently used has 
been proposed by Johansen et al. (2004). We will briefly present this theory; for a more detailed 
presentation and a discussion on the values of the model constants, the reader can refer to the paper of 
Johansen et al. (2004), or to Labois and Lakehal (2010).  
 
The filter width is denoted as ∆ in the following text. The Kolmogorov equilibrium spectrum is 
supposed to apply to the sub-filter flow portion, which allows writing the isotropic RMS velocity for 
the sub-filter flow as follows:  
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where κ stands for the wave number and ξ(κ) for the RMS velocity wave-number spectrum, with 

the constant kC = 1.62 following Smith and Woodruff (1998). The cut-off wave length is related to 

the double filter size, i.e. 2 / 2κ π δ∆ = . The isotropic turbulent viscosity can thus be defined using 
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Defining the anisotropic factor γ < 1, the turbulent viscosity is rewritten as / 4tv uγ ∆= ∆ , so that 

anisotropic effects can be taken into account. In the limit of very large filter widths, the effective 

length scale is limited upwards by '/eff tl uν ∆=  which helps re-write the eddy viscosity of the filtered 

model as: , ( , , )t t RANS f kν ν ε= ∆ . The length-scale limiting function( , , )f k ε∆ is defined by: 
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where C3 is a model constant introduced by Johansen et al. (2004). This function cannot be known a-
priori if the entire energy spectrum is not explicitly known; thus, the simple proposal from Johansen et 
al. (2004) is used here: 

( ) 3/2
3, , min 1, / .f k C kε ε∆ = ∆     (8)  

Near wall boundaries, the function is forced to be equal to unity, which means that the standard model 
is systematically applied in these regions.  This permits the use of the standard wall-functions in the 
V-LES context, too. The method can also be employed under low-Re flow conditions, using either a 
two-layer approach based on a one-equation model or a Low-Re model. Finally, the turbulent 
viscosity for V-LES can be written as,  
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3 3/2t
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C C
k

µ
εν

ε
∆=     (10)  

The difference between RANS, LES and V-LES, is that in the latter approach it is necessary to 
specify a filter width, which can be made proportional to a characteristics length-scale of the flow. 
This parameter has been the object of a systematic dependence study in Labois and Lakehal (2010). 
Apart from that, a lower bound must be set to ensure that the filtering process is compatible with the 
grid resolution. Practically we impose ∆ > 1.5 ∆−grid where ∆−grid = (∆x∆y∆z)1/3 in 3 dimensions. 

2.3 Interfacial Heat and Mass Transfer Modelling  

The task of resolving interfacial heat/mass transfer in TransAT follows two distinct routes: either the 
rate of mass transfer at the interface (r.h.s. tem in Eq. 2) is directly determined by solving the heat 
balance across the interface using the relation below, 

.

, . .L Int Intv L L S
m h T n T nλ λ= ∇ − ∇

r r
    

or resort is made to analytical or measurement and DNS-based models. The models implemented in 
TransAT are mainly based on DNS studies conducted by the group itself: these can be based on the 
surface renewal theory, under the Large-Eddy and Small-Eddy variants, as well as the Surface 
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Divergence mode (SD) of Banerjee et al. (2004), Lakehal et al., (2008a,b). The models are made 
sensitive to various types of turbulent Reynolds numbers, the Schmidt or Prandtl number and 
turbulent characteristics length-scale of the flow, depending whether use is made of RANS or LES & 
V-LES contexts. Before applying the models for the COSI test case presented below, a validation 
exercise has been run first to assess the models. 

Heat transfer modelling in the two-fluid modelling framework 

In two-fluid models, the heat transfer rate from steam to water is defined based on the interfacial area 
of quality [1/m],

i La α= ∇ , the saturation temperature, TSat, and the water temperature, TL      

( )L i L Sat La h T TΓ = −     (11)  

The phase-change heat transfer coefficient hL is defined as 

/ ; (Re ,Pr )L L L t L y Lh Nu L with Nu fλ= =     (12)  

where Lt is the turbulent characteristic length. Various heat transfer correlations exist in the literature, 
though most of which are based on experiments, e.g. the Hughes & Duffey (1999) model. Besides the 
fact that there exists no universal closure, the problem often encountered is the paradox as to the 
definition of an appropriate turbulence Reynolds number, defined in the RANS context usually by: 

3/2
1/4 1/2Re ;    and   t t L

y t t L
L L

L u k
with L C u C kµ µν ε

= = =   (13)  

where the length and velocity scales of turbulence Lt and ut are made proportional to kL and εL, the 
turbulent kinetic energy (TKE) and its rate of dissipation. Further, the model holds only for turbulence 
equilibrium conditions (production equals dissipation), justifying assigning the standard value 0.09 to 
model constant Cµ. This is obviously not true very near the interface, where viscous forces dominate 
over turbulence (Lakehal and Reboux, 2006). 

Heat transfer modelling in the ITM modelling framework (TransAT) 

In the so-called Surface Divergence (SD) model of Lakehal et al. (2008a), the DNS-based correlation 
for the mass transfer rate Γ takes the following form:  

.
1/2/ / . .Pr . Re Remt t t tu m u C fρ −  Γ ≡ =       (14)  

where the model constant C depends on the liquid properties: C = 0.35 for Pr = 1, and = 0.45 for Pr 
>> 1). The difference between the SD and the so-called ‘Small-Eddy’ and ‘Large-Eddy’ models of 
Lamont and Scott (1970) and Fortescue and Pearson (1967), is the presence of the function between 
brackets in Eq. (14), known as the surface-divergence function. This has previously been modelled 
using DNS data for both passive scalar transfers (Banerjee et al., 2004), and recently for active 
condensing flow (Lakehal et al., 2008a) and takes the form: 

( ) 1/4
3/4 2/3Re 0.3 2.83Re 2.14Ret t tf    = −        (15)  

In the so-called ‘Small-Eddy’ models, exponent ‘m’ in (14) is set to - 0.25, while in the ‘Large-Eddy’ 
variant, ‘m’ is set equal to - 0.5; in both models the surface divergence function (15) is set to unity. In 
recent models (Coste and Lavieville, 2009), ‘m’ was even set equal to -1/8.  
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The ‘SD Scale-Adaptive’ model implemented in TransAT borrows the ‘two-regime’ idea from 
Theofanous et al., (1976), and blends the exponent ‘m’ in (14) between -1/4 and -1/2 based on the 
turbulent Reynolds number. The question of selecting the right turbulent Reynolds number is posed in 
the ITM context, too, though, albeit the concept provides a wider degree of freedom compared to the 
two-fluid model which compromises the determination of near-interface turbulence properties 
because of interface smearing. In TransAT, the turbulence Reynolds number can be defined in various 
ways, depending on the turbulence model employed and the nature of the flow:  

2 /
Re ; Re ; w

t y

kk
y

τ ρ
ν ε ν ν

+Φ Φ
= = =     (16)  

The first form of Reynolds number, Ret, should be taken in the core flow of the turbulence-generating 
phase; with the associated turbulence scales determined using a weighted-average: 

( )2 1/4 1/2/ . , min ,t t tL k u with u u C kµε≡ =     (17)  

Alternatively, the second form could be taken, which requires the distance to the interface 
(straightforwardly determinable since it is the level set itself) as the length scale. The velocity scale is 
now made proportional to TKE. The last form invokes the shear at the interface, which can precisely 
be determined only using ITM’s. 

3. THE NUMERICAL APPROACH 

The CMFD code TransAT© developed at ASCOMP is a multi-physics, finite-volume code based on 
solving multi-fluid Navier-Stokes equations. The code uses structured meshes, though allowing for 
multiple blocks to be set together. MPI and OpenMP parallel based algorithms are used in connection 
with multi-blocking. The grid arrangement is collocated and can thus handle more easily curvilinear 
skewed grids. The solver is pressure based (Projection Type), corrected using the Karki-Patankar 
technique for subsonic to supersonic compressible flows. High-order time marching and convection 
schemes can be employed; up to third order Monotone schemes in space. Multiphase flows can be 
tackled using (i) interface tracking techniques for both laminar and turbulent flows (level set, VOF 
with interface reconstruction, and Phase Field), (ii) phase-averaged homogeneous mixture model 
(Algebraic Slip), and (iii) Lagrangian particle tracking (one-to-four way coupling). As to the level set, 
use is made of the 3rd order Quick scheme for convection, and 3rd order WENO for re-distancing. 
Mass conservation is enforced using global and local mass-conserving schemes (Lakehal et al., 2002). 
 
To mesh complex geometries, use is made of the Immersed Surfaces Technology (IST) developed by 
implemented in TransAT (Labois et al., 2010). The idea is inspired from ITM’s for two-phase flows: 
In the IST the solid is described as the second ‘phase’ with its own thermo-mechanical properties. The 
technique differs substantially from the Immersed Boundaries method of Peskin, in that the jump 
conditions at the solid surface is implicitly accounted for, not via the 1st order penalty approach. It has 
the major advantage to solve conjugate heat transfer problems and flow systems with rigid body 
motion. In IST the solid, via its CAD file, is immersed into a cubical grid covered by a Cartesian 
mesh. The solid is defined by its external boundaries using the solid level set function, which like in 
fluid-fluid flows, it represents a distance to the wall surface; is zero at the surface, negative in the 
fluid and positive in the solid (Labois et al., 2010). To better resolve boundary layers, IST is 
complemented by the BMR (block mesh refinement) technique. In BMR, additional refined sub-
blocks are automatically generated around solid surfaces, with dimensions made dependent on the 
Reynolds and/or Grashoff number (based on the dynamic and thermal boundary layer thickness) and 
desired y+ for wall treatment (low Re model, two-layer or wall functions). This combined IST/BMR 
method can save up to 75% grid cells in 3D, since it prevents clustering grids where unnecessary.  
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4. VALIDATION: THE SWST PROBLEM OF LIM et al. (1984) 

The experiment used to validate the different mass transfer models (14-16) has been performed by 
Lim et al. (1984), involving a Steam-Water co-current STratified flow (SWST) in a rectangular 
channel. The free surface could be either smooth or wavy, or in a transitional regime, based on the 
imposed shear. The axial decrease of the steam rate is controlled by condensation. The dimensions of 
the channel are 6.35 cm high, 30.48 cm wide and 160.1 cm long. At the inlet the water height is 
1.59cm. The liquid temperature is 298.15 K, and the phase densities are 997 kg.m-3 and 0.5734 kg.m-3, 
respectively. The flow conditions considered are given in Table 1. A pressure outflow is specified, 
using the ambient pressure for reference. The inlet conditions for k and ε are rough estimates only; the 
sensitivity study conducted by Coste (2004) has shown that the inlet values have little impact on the 
flow, and this has been confirmed in our simulations, too. 2D simulations were performed using a 
mesh consisting of 32x130 cells, i.e. 4,160 cells. The k ε−  turbulence model was used, together 
with wall functions and modified interfacial boundary conditions (Liovic and Lakehal, 2007a).  
 

Case ṁG (kg/s) ṁL (kg/s) Tg (K) kL(m
2/s2) kG(m2/s3) εL(m

2/s3) εG(m2/s3) 

1 0.657 0.041 384.15 2.8 104 0.36 3.9 104 6.1 

2 0.657 0.065 389.15 2.8 104 0.92 3.9 104 24 

6 1.44 0.065 389.15 1.3 103 0.92 4.1 103 24 

Table 1: Flow conditions for the test cases of Lim et al. (1984). 

 
The system of equations (1) was solved combined with the level-set method (2) to track the free 
surface. Fully developed flow conditions at the inlet boundary were obtained using converged results 
of an early simulation without phase change. Converged profiles of the velocities and TKE were fixed 
at the inflow plane for the phase-change case. The simulations were performed in transient regime, 
with an adaptive time step lying in the range 0.0001-0.0005 seconds. The flow was established after 5 
seconds, and time averages were then performed during the next 0.5 seconds of simulation time. A 
systematic analysis of the model was carried out by Lakehal and Labois (2010), including comparing 
the original SD model with the scale-adaptive variant, effect of grid resolution, etc. 
 
 

 

 

 

Figure 1. Flow and heat contours in the channel with TransAT. 

 
The flow predicted by TransAT by means of level set is shown in Fig. (1), depicting the interface 
deformation and temperature contours for the three cases studied. The temperature gradients at the 
free surface seem to change with surface deformation, i.e. with the imposed gas shear and subsequent 
turbulence production in the core flow and near the interface.  
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The decay in the rate of steam along the channel is also very well predicted, in particular for Case 6 
results; Case 1 and Case 2 exhibit quite similar trends. Results of steam mass flow rate along the 
channel shown in Figure (2) reveal the performance of the model for this class of flow, for the three 
cases considered, ranging from flat to wavy interface. While Case 1 and Case 2 show comparable 
results, the rate of steam remaining in the channel after condensation in Case 6 (wavy) is heavily 
reduced with increasing imposed gas shear and mass flow rate. The model can now be applied for the 
main problem; the COSI test case. 
 

    

Figure 2: The Rate of steam mass flow rate along the channel with the SD-scale-adaptive eddy model.  

5. PTS PREDICTION: THE COSI TEST CASE 

Emergency core cooling injection of cold water is systematically associated with thermal loads on the 
RPV as the injected water mixes with the hot fluid in the cold leg and flows towards the downcomer. 
The process is necessarily three-dimensional featuring intermittent transients that can only be 
predicted using an unsteady approach. A steady-state approach may produce results that are in 
average close to the data, but will not provide a clear picture of what might be expected in reality. 
Further, thermal loads (stripping) are unlikely to be well predicted using a steady-state simulation, 
since the critical variable in this context is the fluctuating temperature, or its variance.  

5.1 Problem Set-up  

The COSI experiment (short for COndensation at Safety Injections) mimics a 1/100 scale in power 
PWR Framatome reactor. Steam flows in a horizontal pipe representing the cold leg, in which cold 
water is injected from a tube located in the central part of the main pipe (Fig. 3). The main piping 
system is delimited by a downcomer at one end and a double elbow at the other end; a small weir is 
introduced to control the water level. The downcomer is composed of a vertical pipe directed towards 
a reservoir. The setup is equipped with global (pressure, mass flow rate) and local (temperature) 
measurement sensors. The COSI test N0 COSI-03 is used here for comparison. The coolant fluid is 
initially at ambient temperature, the steam is at saturation temperature. The measurement data of 
COSI made available to us and used here for comparison are restricted and thus cannot be disclosed in 
this paper; results will thus be presented in non dimensional form. 
 
Here we have employed LEIS combining V-LES and level set (2) modified to account for phase 
change heat transfer using (15). The grid was generated using the IST method described thoroughly in 
the companion paper (Labois et al., 2010), whereby a CAD file of the piping systems was embedded 
within a Cartesian grid. A first single-block IST grid was used here, rather coarse, consisting of 
500,700 cells, with the cross section covered by 20x20 nodes. The final grid consists of 1 million cells 
(57x88x200) with 32x32 nodes for the pipe for capturing most of the flow details, in particular the 
interfacial phase change. High order schemes were employed for time and space discretization. 
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Figure 3: Computational domain used for meshing using IST. 

 

 

 

 

Figure 4: Steady-state surface deformations and velocity, temperature and TKE contours 
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5.2 Transient Results  

In this section, only V-LES simulation results are discussed. Qualitative flow features are depicted in 
Figure 4, showing the interface deformations subsequent to coolant-jet impingement on the surface of 
the hot water flowing in the cold leg, coloured with the velocity (3 components), temperature and 
TKE fields as the mixes downstream towards the downcomer. The deformations of the sheared 
surface are most intense in the region below injection; the subsequent waves that form travel in the 
flow direction up to the wire level. The velocity contours suggest that the flow is populated with 
scales of various lengths. The quality of the simulation is not comparable to LES, but the flow picture 
is definitely more comprehensive from what might be expected from a RANS simulation (results not 
shown here). While the flow shows a sort of steady-state convergence in the upstream injection 
portion, it clearly suggests that more time steps are needed to achieve similar ergodic conditions at the 
downstream injection. This is particularly true when looking at the temperature contours shown in the 
4th panel. TKE contours depicted in the lowest panel suggest that turbulence is generated at the 
interface at the gas-side due to interfacial friction, but more intensively around the jet and downstream. 
This suggest that most of the condensation occurs indeed in these zones, which is well confirmed 
when looking at the 3D snapshot reported in Fig. 5, depicting the contours of the rate of steam 
condensation. 
 

 

Figure 5: Instantaneous surface deformations and steam condensation rate contours  

 
 
Figure 6 depicts several cross-flow planes inside the cold leg, showing time-averaged secondary 
velocity vectors and magnitude, interface level, condensation rate and temperature contours. The 
images start from left to right with flow direction: the first panels depict the flow prior to injection; 
the second one depicts the flow at injection level; the 3rd and 4th panels depict the flow downstream 
injection. The second panel depicts the time-average (the instantaneous pictures show more vigorous 
deformations) water level in the leg subsequent to coolant injection. The jet penetrates there quite 
deep and thus lowering quite substantially the temperature of the water by about 50%, judging from 
the temperature contour panel at the right. The temperature contours show that the cooling along the 
leg occurs on the side, not at the centre, even when analysed under time-averaged conditions. Prior to 
injection of cold water the condensation rate is somewhat greater in the pipe than downstream the 
injection, where the figures show that it occurs at the interface, slightly to the side to the side injection. 
The heat diffuses from the steam to the water in the leg rather gradually prior to injection, and more 
sharply downstream. But the main conclusion is that most of condensation occurs around the coolant 
jet; only an average of 20% from the maximum occurs elsewhere in the pipe. 
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Figure 6: Instantaneous surface deformations, and contours of condensation rate velocity and temperature 
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5.3 Time Averaged Results  

 

Figure 7: Time evolution of condensing steam rate: URANS and VLES vs. experiment 

 

   

    

   

Figure 8: Time-average temperature profiles at various locations across the cold leg 
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Time averaged results discussed in this section were obtained by URANS and V-LES simulations. 
The results of steam condensation rate (normalised by the experimental value) are discussed in the 
context of Fig. 7. URANS simulations deliver a globally averaged quantity of condensing steam that 
is 10-20% less than the experiment, which is a good result. Better results are obtained with V-LES; 
oscillating between -10 to +7% around the mean data. This result is excellent when considered from 
the time-evolution aspect of the problem indeed; however, the time needed for heat to diffuse from the 
steam to water is as discussed previously not enough to reach statistical flow conditions, even if the 
rate of mass transfer is well predicted. The signals depicted in the figure suggests that the flow 
actually experiences strong transients returning r.m.s. magnitudes for the condensing steam rate of 
about 5% in URANS against ~ 10-12% in V-LES. This is one of the many advantages of this sort of 
unsteady large-scale simulations, in particular V-LES. Full LES simulations would have required 
more CPU time and storage resources. Time averaged normalized temperature profiles obtained by 
URANS and V-LES simulations are compared to the data in Fig. 8. The locations presented in the 
figure are: x/D = -0.885; -300; -0.210; -0.05; +0.065; +0.145; +0.370, from left to right, and from top 
to bottom. The temperature of the steam is overall well predicted, both using URANS and V-LES. 
The difficulty is clearly observed for the interfacial region where the steep temperature gradient 
visible from the experiments is not well captured, most probably because of lack of statistics for V-
LES. At most of the locations V-LES results are better than URANS, showing in particular that the 
temperature in the water is not well mixed when use is made of RANS. The temperature values are 
good in the water side, but the flow is still under development (results not included here). 

6. CONCLUDING REMARKS  

The paper describes the way computational thermal-hydraulics is migrating to more sophisticated 
modelling techniques, transcending the two-fluid formulation and steady-state RANS equations for 
turbulence by integrating interface tracking methods within the LES and V-LES framework, defined 
here as "LEIS". The case studies simulated in this paper illustrate well what can be done with LEIS 
for a class of turbulent, interfacial flows featuring phase change heat transfer. The method can be 
successfully combined to generate realistic transient simulations in reasonable computing times. The 
perspectives for extension and generalization of such strategies to a variety of thermal-hydraulics 
problems are real, in view of the ever-increasing computational resources. As to the computational 
tool employed in this investigation, namely TransAT CMFD code of ASCOMP, we have shown here 
that it is built with advanced physical models and innovative algorithms: (i) turbulence is treated with 
LES, V-LES rather than URANS, (ii) two-phase flow is dealt with using ITM’s rather than two-fluid 
approaches, which turns out to be better for (iii) phase-change heat transfer, and (iv) the grids are 
treated using the Immersed Surface Technique instead of BFC and unstructured grids. 
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Abstract 
 
Natural convection, heat transfer and turbulence phenomena play an important role for the distribution 
of steam and hydrogen in nuclear reactor containments in the case of a severe accident. In cooperation 
with other institutions the GRS adapts and validates the CFX code developed by ANSYS for 
containment applications. To simulate convection and turbulence phenomena in an accident scenario 
within nuclear reactor containments the simulation tools and models have to be validated with 
experimental data. For the validation of CFX two experiments performed at the THAI test facility 
were simulated (amongst others). The TH-18 experiment was designed for the validation of CFD 
models for turbulence. The TH-21 experiment was designed for the investigation of heat transfer and 
natural convection phenomena. The results of both simulations and the comparison to experimental 
data are presented in this paper. The simulation of the TH-18 experiment shows good results in the 
upper THAI vessel and not so good results in the lower vessel. The TH-21 simulation shows good 
results for the pressure and the temperature distribution and not so good results for the flow velocities. 
 
1.  INTRODUCTION 
 
THAI is a downscaled containment facility operated at Becker Technologies GmbH, Eschborn, 
Germany, which was designed to perform experiments in the areas of nuclear reactor containment 
thermal hydraulics, hydrogen, and fission product (aerosol and iodine) transport and chemistry. The 
main component is a steel vessel with a height of 9.2 m and a diameter of 3.2 m (see figure 1). 
  

 

 
 

Fig. 1: The THAI test facility (Fischer, 2009) 
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The THAI program is performed by Becker Technologies GmbH, Eschborn, in close cooperation with 
AREVA NP GmbH, Erlangen and Gesellschaft für Anlagen und Reaktorsicherheit (GRS) mbH, 
Cologne. Experiments in the THAI facility began in 2000 under the sponsorship of the German 
Federal Ministry of Economics and Technology, following the traditions of German containment 
research in the large-scale facilities BMC (Battelle Model Containment) and HDR 
(Heissdampfreaktor) (Sonnenkalb/Poss 2009).  
The THAI facility for nuclear reactor containment research is intended to conduct experiments in an 
intermediate scale between separate-effects (laboratory tests) and integral effects (large scale tests). 
The TH-18 and TH-21 experiments were simulated by using ANSYS CFX-11. Different CFD meshes 
were designed to analyze the mesh sensitivity. Different turbulence models were tested (K-epsilon, 
Shear-stress-turbulence and Reynolds-Stress-Model) and the simulation results were compared to 
experimental data.  
 
2. VALIDATION OF CFD MODELS FOR TURBULENCE 
 
2.1 Description of the CFX model for the TH-18 experiment 
 
The TH-18 experiment was designed for the validation of CFD models for turbulence. In the inner 
cylinder of the THAI vessel a fan was installed which produces a circular flow field. At different 
positions in the THAI vessel the velocity of the flow field was measured by PIV (Particle Image 
Velocimetry) and LDA (Laser Doppler Anemometer). The experimental setup for the TH-18 
experiment is shown in figure 2. On the left side is a schematic drawing which illustrates the inner 
cylinder, the condensate collectors and the fan. The condensate collectors have two different openings 
for the air flow. On the right side is a picture of the CFD mesh. A full 360° model of the THAI vessel 
with different numbers of elements was used. The fan was approximated by a mass flow at the fan 
outlet and a pressure boundary condition at the fan inlet. The mass flow at the outlet has a velocity 
profile which was gained by an experimental data fit. Table 1 shows the boundary conditions and 
models for the CFX simulation. The main aim was to study the influence of the turbulence model on 
the simulation of the flow velocities within the THAI vessel. Therefore different turbulence models 
(K-epsilon, SST, SGG) were used in the CFX simulations. In table 2 an overview of the performed 
calculations is given. This is only that part of all performed calculations which is discussed in this 
paper. 
 

 
Fig. 2:    THAI setup for TH-18  

(Left and middle: Schematic drawings (Fischer, 2009), right: CFD mesh with fan inlet and outlet) 
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Table 1: Boundary conditions and models for the simulation 
Boundary conditions Configuration Full 360° model 
 Mass flow at the fan outlet 4.46465 kg/s 

 
Intensity of turbulence at 
the fan outlet 

5 % (Best value in a sensitivity study) 

 
Pressure difference at the 
fan inlet 

1 Pa 

 Simulated time 1000 s 
Physical models Turbulence K-ε SST SSG Reynolds  
 Buoyancy Neglected 
Material description Fluid model Air ideal gas 
 Temperature 22 °C  
 Pressure 1 atm  
 Density 1.185 kg/m³ 
Numerical parameters Number of elements 166,437 1,188,800 
 Mesh type Structured 
 Simulation type Transient und isothermal 
 Convergence criteria RMS < 0.0001 

 
Table 2: Overview of the performed calculations 

ID number 
of the 

simulation 

Number of 
elements Turbulence model 

Flow profile at the fan 
outlet 

Turbulence 
intensity at the 

fan outlet 
TH18_01 166.437 K-epsilon Fit of experimental data 5 % 
TH18_02 1.188.800 K-epsilon Fit of experimental data 5 % 
TH18_03 1.188.800 SST Fit of experimental data 5 % 
TH18_04 1.188.800 SSG Reynolds Stress Fit of experimental data 5 % 

 
 
2.2 Study of discretisation errors 
 
To quantify the discretisation and model errors two characteristic values FDiscrete and FModel were 
calculated. The first of the following equations shows the calculation of the discretisation error and the 
second one the calculation of the model error: 

 

Measure

FineCoarse
Discrete N

vv
F ∑ −

=
            

(1) 

Measure

ExperimentModel

Model N

vv
F

∑ −
=

          
(2) 

 
In equation (1) vCoarse is the velocity calculated with a coarse (CFD-)mesh, vFine the velocity calculated 
with a fine mesh and NMeasure is the number of (separately located) measurement points considered for 
the averaging procedure. In equation (2) vModel is the simulated velocity and vExperiment is the 
experimental velocity value.  
Figure 3 demonstrates the velocity field calculated in a CFX simulation. This distribution shows time 
dependent oscillations of the flow velocities. Because of this the CFX results were averaged over a 
certain time period. 
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Fig. 3: Snapshot of the flow velocity field in the THAI facility, calculated with CFX 
 
To analyze the influence of the mesh size two different simulations with different numbers of elements 
were performed (TH18_01 with 166,437 elements and TH18_02 with 1,188,800 elements). One result 
of these simulations is presented in figure 4. The diagram shows the vertical flow velocities plotted 
versus the THAI vessel radius at a height of 4.9 m above opening D (see figure 1). The error bars 
represent the time dependent oscillations of the flow velocities, assumedly induced by an instable flow 
field and small numerical errors. The results for the different meshes are similar, but not equal. 
Because of the still remaining differences of the results the mesh with 1,188,800 elements was used 
for the following turbulence model analysis. 
 

 
Fig. 4: Vertical flow velocity at 4.9 m and 135° (simulations TH18_01 and TH18_02) 
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2.3 Influence of the turbulence model 
 
To study the influence of the turbulence model on the simulation results three simulations with 
different turbulence models were performed. These were TH18_02 with the K-epsilon turbulence 
model, TH18_03 with the SST turbulence model and TH18_04 with the SSG Reynolds stress model. 
In figure 5 the vertical flow velocities for the different turbulence models are plotted against the radius 
at a height of 4.9 m above opening D. This figure shows the best results for the SSG model compared 
to the experimental results. 
Figure 6 demonstrates the influence of the turbulence model on the simulation error at different 
measurement positions within the THAI vessel. It shows similar errors for the different turbulence 
models. The smallest error has the SSG Reynolds Stress model. It has an overall model error of 
1.08 m/s when all values at different measurement points are averaged (see also table 3). 
 

 
 

Fig. 5: Vertical flow velocity at 4.9 m and 135 ° (simulations TH18_02, TH18_03 and TH18_04) 
 

 
 

Fig. 6: Influence of the turbulence model on the model error FModel (see also equation 2) 
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Table 3: Influence of the turbulence model on the model error 
Turbulence model Averaged model error FModel 

K-epsilon 1.23 m/s 
SST 1.23 m/s 
SSG Reynolds Stress 1.08 m/s 

 
 

3. INVESTIGATION OF HEAT TRANSFER AND NATURAL CONVE CTION 
PHENOMENA  
 
3.1 Description of the CFX model for the TH-21 experiment 
 
The TH-21 experiment was designed for the investigation of heat transfer and natural convection 
phenomena. Pressure, temperature and flow velocity were measured at different positions within the 
vessel. The geometry for the TH-21 simulation is a quarter of the THAI vessel (figure 7). This 
simplification is possible because of the experimental symmetry. Within the facility only the inner 
cylinder and the condensate collectors were installed for this experiment. Three CFD meshes with 
different numbers of elements were designed. Two of these meshes are without the vessel wall 
structures; one mesh is with explicit modeling of the vessel wall. For the turbulence modeling the k-
epsilon model was used. More geometrical data and starting conditions can be found in table 4.  
To investigate heat transfer and natural convection phenomena the walls of the THAI vessel were 
differentially heated. The lower vessel wall was heated up to 120 °C and the upper vessel wall was 
cooled down to 46 °C (outside wall temperatures, see figure 7). This differential heating induced a 
natural convection process within the THAI vessel (see figure 8). The experiment has two phases: 
Phase 1 (0 h < t < 7.5 h) is the heat up phase; Phase 2 (7.5 h < t < 10.3 h) is a quasi-stationary phase. 
The time dependent boundary conditions for the simulation are shown in table 5. 
Table 6 shows three different calculations which were performed for this study. From the comparison 
of these different calculations information about the mesh discretisation error and about the influence 
of the wall structure model on the simulation results was gained. In the next chapter the analysis of the 
discretisation errors is shown. 
 

  
 

Fig. 7: Geometry model for the TH-21 simulation; Heating jacket (red) und cooling jacket (blue) 
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Fig. 8: Temperature distribution (left) and velocity distribution (right) for t = 11.3 h 

 
Table 4: Geometrical data and starting conditions for the CFX simulation 

Meshes without wall 
structures 

24,192 elements  
(per quarter) 

74,173 elements 
(per quarter) 

Mesh with wall structures 24,854 elements + 19,006 steel elements 
= 43,860 elements (per quarter) 

Turbulence model K-epsilon 
Boundary conditions Symmetric at the two cutting planes 

Convergence criteria RMS < 0.0001 
Simulation time 40,600 s = 11.3 h 

 
Table 5: Time dependent boundary conditions 

Temperature of the upper cooling jacket Temperature of the lower heating jacket 
Time [s] Temperature [°C] Time [s] Temperature [°C] 

0 12.97 0 13.00 
3380 14.06 5500 53.06 
5500 16.02 9600 77.02 
9600 21.02 16200 102.25 
21380 36.02 21380 113.96 
28800 42.41 27600 121.61 
40600 46.22 30500 120.22 

  40600 120.82 
 

Table 6: Overview of the performed calculations 
ID number of the simulation Number of elements Wall structure modeling 

TH21_01 24,192 per quarter Without structures 
TH21_02 74,173 per quarter Without structures 

TH21_03 
43,860 per quarter 

(24,854 fluid + 19,006 steel) 
With structures 
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3.2 Study of discretisation errors 
 
To study the influence of the discretisation errors on the simulation results two different calculations 
with 24,192 fluid elements and 74,173 fluid elements were performed (TH21_01 and TH21_02). 
Figure 9 shows that the influence of the discretisation on the calculated pressure is very small. In 
phase 2 (t > 7.5 h) the difference between the two calculations averages 0,004 bar. This was calculated 
with equation (2) using pressure values instead of velocities. Similar observations could be found for 
temperature values and for vertical flow velocities. The median difference for the temperature values 
is 0.3 °C and for the vertical flow velocities 0.01 m/s. It could be stated that the performed calculations 
are nearly independent from the mesh size for this number of elements. 
 

 
 

Fig. 9: Influence of the discretisation on the calculated pressure  
(simulations TH21_01 and TH_21_02) 

 
Table 7: Influence of the mesh discretisation on pressure temperature and vertical flow velocities 

Calculated value Absolute discretisation error 
Pressure 0.004 bar 

Temperature 0.3 °C 
Vertical flow velocity 0.01 m/s 

 

 

3.3 Influence of the wall structures 
 
To study the influence of the wall modeling in CFX simulations with and without the steel wall of the 
THAI vessel were performed (TH21_01 and TH21_03). Figure 10 shows the pressure history 
calculated in these two simulations. It shows a clear lower pressure for the simulation with explicit 
modeling of the vessel walls (TH21_03). The reason for this is the effect of the walls which store a 
large part of the energy. The effect is so big that it could not be neglected in the simulations. A similar 
effect could be observed for the temperature development. The temperatures were clearly lower in the 
simulation with the steel vessel walls. Because of this the simulation with vessel walls is used for the 
comparison to experimental data. 
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Fig. 10: Influence of the wall structures on the pressure development  
(simulations TH21_01 and TH21_03) 

 
3.4 Comparison to experimental data 
 
Figure 11 shows the calculated pressure development (TH21_03) and compares it to the experimental 
data. The calculated pressure values are a little above the experimental values. The median pressure 
for the time range 10.3 h < t < 11.3 h is 1.266±0.001 bar. The error of ±0.001 bar demonstrates the 
standard deviation of the pressure values. The experimental value for this time interval is 1.239±0.001 
bar. So there is a difference of 0.027 bar in this time range, which is rather small. One reason for the 
still remaining difference between the calculation and the experimental data could be the non-perfect 
isolation of the THAI vessel in the experiment. The heat conduction to the outer atmosphere leads to a 
lower pressure in the experiment. This effect was neglected in the simulation because the experimental 
heat loss could not be quantified. 
 

 
 

Fig. 11: Pressure history in the THAI vessel for gauge DPA77H16 (simulation TH21_3) 
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Figure 12 shows the temperature history in the THAI vessel for one gauge (DTF84H11). The 
temperature rise is similar to the pressure development. The comparison of the simulated temperatures 
and the experimental data show that they are in good agreement. In Figure 13 the median temperatures 
for all gauges and for t > 10.3 h are presented and are compared to experimental data. The error bars 
represent the time dependent temperature oscillations. The median difference between calculated 
values and measurements is 4.0 °C (calculated with equation (2)). The positions of the gauges can be 
found in table 8. 
 

 
 

Fig. 12: Temperature history in the THAI vessel at gauge DTF84H11 (simulation TH21_03) 
 

 
 

Fig. 13: Calculated and measured median temperatures for t > 10.3 h at different gauges  
(simulation TH21_03) 
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Table 8: Position of the temperature gauges 
Gauge BTF21H11 CTF28M00 CTW28H07 DTF63H11 
Height  2.10 m 2.80 m 2.80 m 6.30 m 
Radius  1.14 m 0.00 m 0.70 m 1.14 m 
Gauge DTF63H15 DTF70H11 DTF70H15 DTF84H11 
Height  6.30 m 7.00 m 7.00 m 8.40 m 
Radius  1.53 m 1.14 m 1.53 m 1.14 m 

 
The vertical flow velocity for gauge CVT58M00 (located in the inner cylinder) is presented in figure 
14 and shows a good qualitative agreement with the calculated data. Figure 15 shows the median 
vertical velocities in phase 2 (t > 7.5 h) for all three velocity gauges. The error bars represent the time 
dependent velocity oscillations. The calculated data is compared to the experimental data. The 
differences to the experimental data are bigger for the two other gauges than it is for gauge 
CVT58M00. The average difference between simulation and experiments is 0.23 m/s. 
 

 
Fig. 14: Vertical flow velocities at gauge CVT58M00 (simulation TH21_03) 

 

 
Fig. 15: Calculated and measured vertical flow velocities in phase 2 (t > 7.5 h) (simulation TH21_03) 
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4. CONCLUSIONS 
 
The possibilities of the THAI facility to investigate coupled effects phenomena have been 
demonstrated by means of two different experimental setups, related to the fields of containment 
thermal hydraulics and their use for CFD code validation. THAI is best suited for experiments which 
cannot be conducted in small-scale laboratory vessels. THAI tests are characterized by situations 
where spatial inhomogeneous distributions and related transport processes are involved, like heat and 
mass transfer, boundary layers between atmosphere and structural or water pool surfaces, natural 
convection, and aerosol sedimentation. The larger scale of the THAI vessel makes it possible to 
investigate accident phenomena in an atmosphere under natural convection which could not be 
established in a small lab apparatus. The intensity of natural convection at the geometric scale of a 
nuclear reactor containment is considerably larger than in THAI, but such scale-up is accomplished by 
means of code simulation. In this sense, THAI takes a specific position in the model 
development/validation chain, different from lab-scale tests. 
For the validation of CFX several of the numerous experiments performed at the THAI test facility in 
the last 10 years since the start of the operation were simulated, two of them are described in the paper 
(TH-18 and TH-21). In conclusion a good agreement of simulation results and experimental data was 
found in general. For the phenomena of natural convection, heat transfer and turbulence the following 
guidelines could be derived from this analysis: 
 

• Discretisation / number of elements in TH 18/21: The calculated local flow velocities show a 
high sensitivity on the number of elements, the local temperatures have a medium sensitivity 
and the calculated pressure is not very sensible to the number of elements. The calculated 
pressure in TH-21 seems to be already grid independent for 24,000 elements per quarter 
(1,600 elements/m³). Due to the higher velocities and gradients in TH-18 a grid dependency is 
still existent for a much more fine mesh of 1,200,000 elements (20,000 elements/m³). 

• Turbulence modeling:  The best results in TH-18 were achieved with the SSG Reynolds Stress 
model. But the CPU-time needed is much higher than for the other two turbulence models 
tested (SGG/K-epsilon: Factor 13, SGG/SST: Factor 7). 

• Modeling of wall structures: The modeling of the steel wall structures shows a significant 
influence on the calculated pressure and temperatures for TH-21, because of its effect as a 
heat-storage especially during the transient heat up phase. It is not possible to neglect the wall 
structures to save computing time. 

• Flow profile at the inlet: For the TH-18 simulation also the flow profile and the turbulence 
intensity at the inlet (the fan outlet) were varied (not demonstrated in this paper) and they 
show a big influence on the simulation results. These effects should not be neglected for an 
accurate simulation. 

 
REFERENCES 
 
K. Fischer, M. Heitsch, J. Einzinger, G. Scheurer, Technical Report – Blind Simulations of the ThAI 
Blower Test TH 18, Becker Technologies GmbH, Eschborn, November 2006 
 
K. Fischer, S. Gupta, Design Report for Blind Simulations of THAI Test Series TH21 “Natural 
Convection with Differentially Heated Walls, Becker Technologies GmbH, Eschborn, January 2009 
 
K. Fischer, S. Gupta, A. Kühnel, Technical Report - THAI Convection Test TH 21, Becker 
Technologies GmbH, Eschborn, March 2009 
 
K. Fischer, Comparison Report for Blind Simulations of THAI Test Series TH21 “Natural Convection 
with Differentially Heated Walls”, Becker Technologies GmbH, Eschborn, February 2010 
 
M. Sonnenkalb, G. Poss, The International Test Programme in the THAI Facility and its Use for Code 
Validation, Paper presented at the Eurosafe Conference, November 2 - 3, 2009, Brussels, Belgium 



 1 

 
CFD4NRS-3. Washington D.C., USA, 14–16 September 2010 

 
 

TOWARD A CFD-GRADE DATABASE 
ADDRESSING LWR CONTAINMENT PHENOMENA 

 
Domenico Paladino1, Michele Andreani, Robert Zboray and Jörg Dreier 

 
Laboratory for Thermal-Hydraulics 

Nuclear Energy and Safety Department 
PAUL SCHERRER INSTITUT 

CH-5232 Villigen PSI 
Abstract 

 
The large-scale, multi-compartment PANDA facility (located at PSI in Switzerland) is one of the state-

of-the-art facilities which is continuously upgraded to progressively match the requirements of CFD-grade 
experiments. Within the OECD/SETH projects, the PANDA facility has been used for the creation of an 
experimental database on basic containment phenomena e.g. gas mixing, transport, stratification, 
condensation. In the PANDA tests, these phenomena are driven by large scale plumes or jets. In the paper 
a selection of the SETH PANDA experimental results is presented. Examples of analytical activities 
performed at PSI using the GOTHIC, CFX-4 and CFX-5 codes will be used to illustrate how the spatial 
and temporal resolutions for the measurement grid in PANDA tests are adequate for CFD code assessment 
and validation purposes. 
 
1. INTRODUCTION 
 
The general need for a new generation of thermal-hydraulic codes based on advanced multi-
dimensional/multi-fluid models has been identified by several international expert groups (OECD, 2000) 
and stressed in several workshops and conferences. These new codes are needed to address new safety 
issues, re-assess the safety of certain reactor types (e.g., Eastern reactors), to support optimization in the 
design of future reactors, and more precisely quantify certain phenomena in order to remove excessive 
conservatism. 
A three-dimensional description of certain processes is specially needed for both primary side and 
containment, requiring the coupling of traditional, lumped-parameter or 1D representations of most of the 
system with detailed, CFD-like treatment of certain parts. These enhanced computational tools can take 
advantage of the continuing and rapid increase in computing capability, accumulated knowledge in 
understanding thermal-hydraulic phenomena, and progress in numerical techniques. One of the hindrances 
to the development of these new tools is the lack of an adequate experimental data base for the validation 
of the new capabilities. An important aspect of the new experiments that has also been emphasized is the 
need to obtain data on large-scale tests to reduce the impact of scaling distortions in the assessment of the 
code models. These and other aspects of the current development of the new computational tools for 
reactor safety have been addressed by Yadigaroglu et al. (2003). Gas transport and mixing in the 
containment are considered high ranking phenomena which concern nuclear safety (Smith, 2009). The 
phenomena are driven by buoyant high-momentum injections (jets) and/or low momentum injection 
(plumes), depending on the transient scenario and break location. For instance, mixing in the immediate 
vicinity of the postulated break is clearly initially dominated by very high velocity efflux. Plumes with 
moderate velocity efflux can be generated in a number of circumstances: for instance, in the break 
compartment during the long-term pressurization phase, or in any of the apertures between two 
compartments, if the mass flows are sufficiently high and/or the density differences between efflux and 
ambient are sufficiently low. On the other hand, low-momentum flows are responsible for most of the 
transport processes within the containment. With respect to low-momentum flows, phenomena of interest 
include free plumes (as produced by the efflux from the break compartment in a larger room or directly 
from a break flow), wall plumes (such those produced by low mass flows through inter-compartment 
apertures), and propagating stratification fronts in the ambient (for any kind of stably stratified 

                                                 
1 Corresponding author: Tel: + 41-56-3104373; Fax: + 41-56-3104481; E-mail: domenico.paladino@psi.ch 
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conditions). In general there is considerable interest by the scientific community for these type of flows. 
The data base available in the literature for flow of steam in air is rather sparse, and many tests include 
additional effects, such as condensation on walls.  
The PANDA part of the OECD-SETH project has been carried out with one of main goals being to 
generate an experimental database on the phenomena of gas mixing and stratification induced by plumes 
or jets. The SETH PANDA tests include three series of tests named Wall plume (Auban et al. 2007, 
Paladino et al. 2010), Free plume (Zboray et al. 2006), Horizontal jets (Paladino et al. 2007). In addition, a 
Three-gas mixture test has been performed (Paladino et al. 2010). The analytical activities were performed 
with CFD codes and with advanced Lumped Parameter codes. These analytical activities provided a 
contribution toward the assessment of strengths and drawbacks of different codes in analyzing the 
phenomena occurring in these PANDA tests (OECD 2007; Royl et al. 2008, 2009; Andreani et al. 2008, 
2010a, Bentaib et al. 2009, Andreani and Paladino 2010). A number of simulation challenges were 
identified in relation to: gas transport and stratification for the case of high flow exit elevations; prediction 
of peak gas temperature (mainly in the near-wall plume test series); stratification disruption and erosion 
for the case of the three gas test; and condensation/condensate transport and re-evaporation phenomena. 
In the present paper, we present a selection of the experimental results, illustrating the effects of 
parametric variation of the PANDA test conditions in the various series on the evolution of the basic 
physical phenomena. Also, a few examples of test simulations performed at PSI with GOTHIC and CFX 
codes are included in the paper to show how the data could be used for the assessment of advanced 3D 
codes. 
 

2. PANDA FACLITY 

PANDA is a large-scale, thermal-hydraulics test facility designed and used for investigating 
containment system behavior and related phenomena for different ALWR designs, and for large-scale 
separate effect tests (Dreier et al., 2008). The facility was used to study the passive decay heat removal 
systems and containment response of the Simplified Boiling Water Reactor (SBWR) and the Economic 
Simplified Boiling Water Reactor (ESBWR) designs from General Electric (GE), as well as of the 
SWR1000 design from Siemens-KWU (now AREVA) in the case of accident transients. Other studies 
were carried out on natural-circulation flow and stability in the Reactor Pressure Vessel (RPV) of 
advanced BWRs. 

The PANDA facility has a modular structure, consisting of six cylindrical pressure vessels and four 
water pools containing four condensers. In the studies related to the ESBWR, the vessels were 
representing: the Reactor Pressure Vessel, RPV (one vessel), the Drywell, DW (two vessels), the 
Suppression Chamber, SC (two vessels) and the Gravity Driven Cooling System, GDCS (one vessel). The 
pools and condensers represented the three Passive Containment Cooling Condensers (PCCs) and the 
Isolation Condenser (IC) (Figure 1). The total volume of the six vessels is about 460 m3 , and the total 
height of the facility is 25 m. The maximum operating conditions are 10 bar pressure and 200 oC. In the 
RPV, electrical heaters are installed with a maximum power of 1.5 MW, providing the steam injected into 
the vessels during a SETH test. The facility is equipped with auxiliary systems which allow injection into 
the vessels of air, steam, helium and water. These systems are regularly used to precondition the facility to 
the specified test conditions. The control system allows all the main operations needed for preconditioning 
the facility and for performing a test from a control room. Two PANDA vessels (Drywell 1 and Drywell 2 
in Figure 1) are used in the SETH project to represent nuclear containment compartments. These two 
vessels, having each a diameter of about 4 m and height of 8 m (the total volume of the two vessels being 
about 183 m3), are interconnected by a pipe (IP) of about 1 m diameter.  
For the SETH tests, it was necessary to upgrade the auxiliary systems. This included the implementation 
of components for reaching the specified vessel wall temperature, and the fluid temperature and 
composition. Also, additional components have been included for obtaining the specified injection fluid 
flow rate, temperature and composition and components to control the fluid pressure by regulating the 
venting flow rate.  

The PANDA instrumentation2 allows for the measurement of fluid and wall temperatures, absolute and 
differential pressures, flow rates, heater power, gas concentrations and flow velocities. The sensors are 
implemented in all the compartments of the facility, in the system lines, and in the auxiliary systems. For 

                                                 
2 The description of PANDA instrumentation is related to the configurations used for the SETH tests. Later in the on-going SETH-2 project, 

the PANDA instrumentation has been further upgraded by increasing the number of sensors for temperature and gas concentration measurements, 
and with the installation of novel sensors for measuring low velocity flows (i.e. 0.05-0.15 m/s, a typical range for the IP).  
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the SETH tests, the measurement grids in DW1 and DW2 have been refined in consideration of the spatial 
resolution required in each test, in order to obtain experimental data with a spatial resolution suitable for 
advanced code validation. Scoping calculations performed at PSI using GOTHIC assisted in the 
identification of optimal locations, and where to place the sensors. 

Temperature measurements: up to 339 K-type thermocouples (TCs) were used for measuring fluid 
temperatures, and the inside and outside wall temperatures of DW1, DW2 and the IP with an accuracy of 
around 0.5 oC. Temperature sensors are installed in the vessels at different heights: identified as Level A 
(near the top of the vessels) to Level T (near the bottom of the vessel), and at different angles and radial 
distances from the vessel axis. 

 
Figure 1: Schematic of PANDA vessels and pools 

 
Concentration measurements: up to 47 sampling lines (24 capillary tubes in DW1, 18 in DW2 and 5 in 

the IP), connected to a Mass Spectrometer (MS), are available for gas concentration measurements. The 
system can measure the full range of gas concentration and composition. The gas mixtures used for the 
SETH tests are either: steam/air, steam/helium or steam/air/helium. The number of sampling lines used for 
measurements in each test was 38. A thermocouple is placed close (a few millimeters) from each gas 
sampling port, so that gas concentration and temperature measurements are available at the same spatial 
location3. For steam/air mixtures, the absolute error on the measured steam/air molar fraction is lower than 
+/- 1.5 %.  

Injection and venting flow rates: are measured with vortex flow meters with an accuracy of ~1.1 %. 
Measurement of 1D velocities: 3 vane wheel sensors were used to measure the vertical component of 

the flow velocity at three different heights in DW1. The accuracy of the vane wheel sensors is about 1% of 
the measured value. The 3 sensors were installed above the injection location at different elevations. 

Measurement of 2D velocity fields: a commercial Particle Image Velocimetry (PIV) set-up is used to 
measure 2D velocity fields in DW1 in a vertical plane aligned with the vertical mid-plane of the injection 
pipe. Olive oil, dispersed into small particles by a spray nozzle, is used to provide seeding particles for the 
PIV technique. The oil particles are injected into the steam flow directed into DW1. The PIV system 
provides 2D instantaneous velocity fields at a sampling rate of 4 Hz. 

 

3. SETH PANDA TEST MATRIX 

3.1 Wall plume tests 

                                                 
3 Saturation temperatures can be obtained by measuring steam partial pressure (by the molar fraction measurements) and using steam tables, 

in this way it is possible to assess if steam is superheated, and thereby to estimate the timing of the start of the condensation process (D. Paladino 
et al. 2010a). 
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Figure 2 and Table 1 show the configurations and conditions for the wall plume test series. As the new 
experiments provided data for a thorough assessment of the capabilities of the codes, tests with low 
elevation injection were considered to check that a modeling strategy valid for high injection can still 
provide good results for other cases. In addition to the specific aims above, the test series addresses the 
issues of stratification-front propagation and the effect of perturbations on the flow structure and mixing. 
As one of the main effects on the gas distribution is the elevation of the injection, tests are carried out for 
three different injection elevations. The L in Tables 1 to 5 indicates the elevation of the injection line exit 
with respect to the bottom of DW1 (i.e. 1.8 m, 4 m and 6 m). It is worth recalling that stratification is 
controlled by the rate of entrainment into the buoyant jet. Tests on wall plumes relevant to the containment 
response must be carried out with geometrical configurations in which the ratio H/D is in the range of the 
interesting phenomena (height H and initial diameter D of the plume). As the transport processes in the 
containment have a length scale from a few meters (a compartment) to several tens of meters (a large, dry 
containment), and typical wall plume source diameters are less than one meter, the ratio H/D spans a range 
from a few units to about 100. For the reference diameter of about 0.16 m chosen for the tests, the selected 
elevations lead to H/D ratios between 10 and 35. Fluid injection velocity was in the range 1 to 5 m/s (as 
well the Froude number). The injected steam is always superheated with respect to the fluid and vessel 
wall temperatures, and only in test 9bis4 could condensation take place during the transient. The initial 
fluid composition in the DW vessels was 50 % molar fraction of air (Xair) in Test 11, and in all the other 
tests was 100 % air. 
 

Table 2: Test matrix for near-wall plume tests 
Test 

 
L 

(m) 
V 

(m/s) 
Ti 

(C) 
Tw 

(˚C) 
Xair 

(%) 
Fr0 Vent Note/studied effect 

9 1.8 1 140 108 100 1 V2T Reference Test 
9bis 1.8 1 108 76 100 1 V2T Condensation 
10 1.8 1 140 108 100 1 V1B Vent location 
11 1.8 1 140 108 50 1.5 V2T Composition 
12 4 1 140 108 100 1 V2T Injection elevation 
13 4 1 140 108 100 1 V1B Vent location 
14 6 1 140 108 100 1 V2T Stratification 
16 1.8 3 140 108 100 3 V2T Fr0 on jet trajectory 
17 1.8 5 140 108 100 5 V2T Same as for Test 16 
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DW1 DW2

4 m
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6 m

Steam
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Steam
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DW1DW1 DW2DW2

1.8 m

Steam/gas
vent

Tests 9, 9bis, 11, 16, 17

1.8 m

Steam/gas
vent

Test 12

DW1
DW1

DW2
DW24 m

Steam
injection

Steam
injection

Steam
injection

0 m

 
                                                 

4 The term “bis“ added at the after a test number indicate that the test is with condensation. Therefore Test 9bis has similar geometrical and 
initial and boundary conditions as to Test 9, but the fluid injection and vessel temperature are such that condensation takes place during the 
transient. Similar considerations are valid for Test 21bis with respect to Test 21 (Table 2) and Test 4bis with respect to Test 4 (Table 3). Test 25 
(Table 5) has been defined according other considerations and is also with condensation. 
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Figure 2: wall plume tests 

The wall plume tests were performed at constant pressure. Therefore, continuous venting was taking place 
during the test, either via the top of DW2 (V2T) or the bottom of DW1 (V1B). The last column of Table 2 
gives some notes concerning the individual test, or the main effect investigated. 

3.2 Free plume tests 

The definition of the test matrix has a rationale similar to that discussed for wall plume tests. Performing 
tests with free plumes for the same range of parameters used for the wall plumes, a consistent data base for 
assessing modeling strategies for both types of flows has been provided. The configurations and test 
conditions for the free plume tests are shown in Table 2 and Figure 3. The test parameters were chosen 
similar to those for the wall plume tests to investigate the effect of the vicinity of a wall on the plume 
structure and consequent mixing. The inner diameter of the injection was fixed at 0.15 m, and for this size 
the same kind of scaling considerations used for the wall plumes (based on using reasonable values for the 
ratio H/D) apply also to the free plumes. To limit the number of tests, only two elevations were 
investigated. Velocities and concentrations are again chosen in a way to produce values of the Froude 
number close to unity, or slightly greater. The test 21bis was the only test of the series where condensation 
took place. 
The free plume tests were performed at constant pressure, so continuous venting was taking place during 
the test, either via by V2T or V1B. 

Table 2: Test matrix for free plume tests 

Test L 
(m) 

V 
(m/s) 

Ti 

(˚C) 
Tw 

(˚C) 
Xair 

(%) 
Fr0 Vent Note/studied 

effect 

18 2 1 140 108 100 1 V2T Reference test 
19 2 1 140 108 14 2.6 V2T Composition 
20 2 1 140 108 100 1 V1B Vent location 
21 6 1 140 108 100 1 V2T Injection Elev. 

21bis 6 1 108 76 100 1 V2T Condensation 
22 6 1 140 108 14 2.6 V2T Composition 

 

3.3 Horizontal jet tests 

One of the main effects of buoyant, horizontal, impinging jets on the distribution of a second species in the 
containment atmosphere is their ability to destabilize the stratification below the elevation of the injection. 
On the contrary, above the level of the injection the fluid is well mixed. The mixing of fluid below the 
injection will influence the distribution of gases within the containment, and, under certain conditions, will 
also affect the total pressure. Two sets of experiments were carried out. The test specifications are shown 
in Tables 3 and 4 and illustration in Figure 4. The horizontal jet tests were performed at constant pressure, 
therefore continuous venting was taking place during the test, either via V2T or V1B. 

6m

Steam/gas
vent

Steam/gas
vent

2 m 2 m

DW1 DW1DW2 DW2
DW1

DW2

Tests 18, 19 Tests 21, 21bis, 22Test 20

Steam
injection

Steam
injection

Steam
injection

Steam/
gas vent

0.4 m0 m

 

Figure 3: free plume tests 
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Table 3: Test matrix for horizontal jet tests with steam injection 

Test L 
(m) 

V 
(m/s) 

Ti 

(˚C) 
Tw 

(˚C) 
Xair 

(%) 
Fr0 Re0 Vent Note/effect 

1 4 15 140 108 20 36 6.7E5 V2T Reference test 

2 2 7 140 108 20 17 3.1E5 V2T Jet velocity 

4 2 12.5 140 108 100 17 5.6E5 V2T Jet velocity 

4 bis 2 12.5 108 76 100 18 6.3E5 V2T Condensation 

DWs initially filled with air or a mixture of air and steam 

Table 4: Test matrix for horizontal jet tests with steam/helium injection 

Test L 
(m) 

V 
(m/s) 

T 
(˚C) 

Xhelium 
(%) 

Tw 
(˚C) 

Fr0 Re0 V Note/effect 

5 4 20 140 30 108 35 6.8E5 V2T Reference test 

6 2 9.5 140 30 108 17 3.2E5 V2T Jet velocity 

7 4 20 140 30 108 35 6.8E5 V1B Vent location 

8 2 12.5 140 47 108 17 3.5E5 V2T Jet velocity 

DWs initially filled with pure steam 
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DW1 DW1DW1DW2 DW2DW2

Tests 2, 4, 4bis, 6, 8 Test 7Tests 1, 5
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Figure 4: horizontal jet tests 

In the first set of tests, steam is injected in the DW1 vessel initially filled with air, or a mixture of steam 
and air. In the second set, the hydrogen issue is addressed by injecting a mixture of helium and steam into 
the DW1 vessel initially filled with steam. The fluid injected was superheated to produce temperature 
differences in both vessels sufficiently high to be detected. One test with condensation was carried out 
(Test 4bis). The initial fluid and wall temperatures are substantially lower than the prevailing saturation 
temperature, and the injected fluid is saturated. The temperature difference between the injected fluid and 
initial ambient temperature was the same as for the reference case without condensation. The test with 
injection at low elevation and initially pure air conditions were chosen, since the jet-to-wall impact 
velocities and the concentration gradients are large, and so the condensation rate can also be expected to 
be large. 

3.4 Three-gas mixture tests 

One SETH PANDA test has been performed with a three-gas mixture, simulating conditions closer to 
those occurring in the reactor containment. In fact, any safety-relevant condition for the evaluation of a 
severe accident scenario implies the condensation of steam on the containment structures, with its effects 
on the separation and stratification of hydrogen. To increase the thermal energy storage capability of the 
structures, and to enhance condensation effects, the pressure during this test was allowed to increase. 
Instead of venting into the atmosphere, the WW1 and WW2 vessels (combined volume: 241 m3) and the 
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GDCS5 (volume: 17.6 m3) were used as buffer volumes. The conditions and configuration for the three-
gas mixture test are shown in Table 5 and Figure 5.  

Table 5: Parameters for the three-gas mixture test 25 

Test 
No.25 
Phase 

L 
(m) 

V 
(m/s) 

Ti 

(˚C) 
XHe  

(%) 
Tw 

(˚C) 
Xair 

(%) 
Fr0 V Notes 

1 4 4.3 120 36 27 100 2.3 Steam/helium 
injection 
phase 

2 4 1.6 150 0 * * * 

V1B 

(vent 
to 

WW1) Steam 
injection  

Initial pressure: 0.13 MPa (will increase during test) 

* not given, since both the temperature and mixture density in DW1 at the end of Phase 1 are 
strongly inhomogeneous (a strong stratification had built up)  

 

Steam
gas
vent

4 m

0 m

2 m

Test 25
DW1 DW2

Steam
injection

/Helium

WW1 WW2

1.8 m

 
Figure 5: three-gas mixture test 

The exit diameter of the injection line was 0.2 m, and the elevation was 4 m above the bottom of Vessel 1. 
The test consisted of two phases of 2 hours each. In Phase 1, a mixture of helium and steam was injected 
into the vessels (DW1 and DW2) both initially filled with air. The mixture injection temperature was 120 
°C, and the exit velocity 4.3 m/s. The corresponding initial Froude number was Fro ~2.3. In Phase 2, only 
steam at 150 °C was injected with an exit velocity of 1.6 m/s. 

4 PANDA TEST RESULTS 

The aim in this section is to provide a short overview of the SETH PANDA tests, and some examples of 
the use of the data for the assessment of the GOTHIC and CFX-4 and CFX-5 codes. More detailed 
presentations of the experimental results are reported for the near wall plume tests by Auban et al. (2007), 
and Paladino et al. 2010a, for the free plumes by Zboray and Paladino (2010), for the horizontal jet series 
by Paladino et al. (2010b), and for the Three-gas mixture test by Paladino et al. (2010c). A detailed 
analysis of the PANDA SETH tests, carried out at PSI using GOTHIC, is reported by Andreani et al. 
(2010), and Andreani and Paladino (2010).  

Concerning the use of the test data for the assessment of CFD codes, some of the most important features 
of the experiments in PANDA addressed in this paper are: 

� Specified test initial and boundary conditions; 

� Test repeatability; 

                                                 
5 The GDCS vessel is not shown in Figure 5. This compartment was connected during the test 25 to the WW through pipe lines  
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� Characterization of gas stratification build-up; 

� Characterization of plume trajectory and flow pattern (for the near-wall plume tests); 

� Characterization of flow velocity (2D with PIV). 

Other phenomena also assessed in PANDA tests, but these will not be discussed (for sake of brevity) in 
the present paper are for example: 

� Flow transport in the DW-IP; 

� Characterization of the jet impinging locations (for the horizontal jet tests); 

� Characterization of the effect of condensation; 

� Flow reversal in the DW-IP; 

� Characteristics of the plume trajectory rising from DW-IP into DW2; 

� Changing from positive to negative buoyant plume in the three-gases test (fountain effect); 

� Helium double stratification in the three-gases test (i.e. in the upper and lower region of DW2); 

� Effect of perturbations induced by the inter-compartment flow in the DW-IP on the plume trajectory 
evolution; 

� Plume acceleration due to the buoyancy variation. 

4.1 Initial and boundary conditions 

For code validation purposes, it was important to obtain during the preconditioning phase of the facility, 
and during the test, well-controlled initial and boundary conditions. In Figure 6, as an example, are shown 
the initial and boundary conditions for Test 12 (the other PANDA tests have similar mean values and 
standard deviations for the specified parameters). A typical test duration was 2 hours. Figure 6 (a) shows 
the vertical temperature profiles in the wall and in the fluid (11700 mm is the elevation corresponding to 
the bottom of the DW vessels, and 19700 mm is the elevation corresponding to the top of the DW vessels, 
(i.e. the DW vessels are elevated with respect to the floor of the PANDA building), averaged over the 60 s 
before the start of the test. The temperatures in the IP were in each test slightly lower as a consequence of 
its slightly smaller wall thickness, and slightly higher associated heat losses. 
Figures 6 (b), 6 (c) and 6 (d) show the test conditions for the fluid injection temperature, vessel pressure 
and fluid injection flow rate. The captions show the nominal values, the mean values and the standard 
deviations. In the SETH PANDA tests it was always possible to obtain initial and boundary conditions 
very chose to the specified nominal values. 

4.2 Test repeatability 

All the PANDA tests were performed following well-defined test procedures, which enabled re-producible 
test initial and boundary conditions. Test repeatability was assessed by repeating a few tests two or three 
times. Figure 7 shows the gas concentration at different times over the vertical central axis of DW1 (a) and 
DW2 (b) for Test 16-1 and the second run (i.e. repetition test) Test 16-2. Considering the large scale of 
PANDA facility and the complexity associated with the facility preconditioning and test performance (e.g. 
heating up, pressurizing, reaching the specified mixture composition, injection conditions, etc.) a very 
good level of test repeatability was obtained.  
As it has been pointed out (footnote 1) each test with condensation was performed with similar conditions 
with respect to the parallel test without condensation: namely Test 4bis and Test 4 (Table 4); Test 9bis and 
Test 9 (Table 2); Test 21bis and Test 21 (Table 3). It can be mentioned that Test 9 and Test 9bis (Paladino 
et al 2010a) show identical phenomena behavior before the start of condensation; this is also important 
information on test repeatability. 

4.3 Characterization of gas stratification build-up 

Gas stratification build-up was a function of several parameters: e.g. initial Froude number, injection and 
vent location, initial gas composition and condensation. Figure 7 related to Test 16, i.e. near-wall plume 
with lower elevation injection (1.8 m above drywell bottom (a.d.b.)) for intermediate and low flow rates. 
A strong gas stratification formed in both DW vessels. The key elevations marking a sharp change in 
concentration are the injection elevation in DW1 and the elevation of the IP in DW2. It is possible to see 
that well-mixed conditions are reached above the injection location, but below this the fluid remains 
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stratified. Similar stratification build-up was obtained for the other tests at different radial locations or 
elevations, and at different Froude numbers. 
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(c) Containment pressure (bar) 

Nom.val.: 1.3; Mean: 1.299; St.dv.: 0.002 
(d) Fluid injection flow rate (g/s) 

Nom.val.: 14; Mean: 14.03; St.dv.: 0.16 

Figure 6: Initial and boundary conditions for Test 12 

Tests 5 and 7 (Figure 8), belonging to the horizontal jet series, were characterized by the same initial 
Froude numbers but different vent locations. Stratified patterns built up in the early phase of Test 5: the 
lower part of DW1 remains with a lower content of helium, while in the upper part a nearly uniform 
increase over the test time period was measured. As Test 5 progressed, the concentration increased also in 
the lower part of DW1. It should be pointed out that the final concentration reached in DW1 corresponds 
closely to that of the injected mixture. In Test 7, the steam/helium mixture transported to the vent located 
at the bottom of DW1 results in a nearly uniform gas concentration over the entire vertical height V1 of 
DW1. 
In DW2, stratified patterns build up with the helium content increasing mainly in the part of the vessel 
above the IP, where it reaches approximately the same level as in DW1. By comparing the two tests, it can 
be deduced that the vent location has practically no effect on the helium concentration in DW2 while in 
DW1 it has an effect during the early phase of the test. During the late phases (profiles at 4200 s and 6700 
s), the vertical profile of helium concentration are comparable (e.g. weak stratification in DW1 and strong 
stratification in DW2). It should be noted also that gas concentration measurements were also available at 
different radial locations in both DW1 and DW2 for all the test duration (i.e. not only at the selected 
locations shown in Figures 7 and 8). 
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(a) DW1 central axis (b) DW2 central axis 

Figure 7: Measured steam concentration vertical profiles in  
DW1 and DW2 (Test 16-1 and 16-2) 

  
a) DW1 (Test 5 (continuous lines) 

and Test 7 (dashed lines)) 
b) DW2 (Test 5 (continuous lines) 

and Test 7 (dashed lines)) 
Figure 8: Measured steam concentration vertical profiles in  

DW1 and DW2 (Test 5 and 7) 

4.4 Characterization of plume trajectory and flow pattern 

The in-vessel instrumentation allows the trajectory of the plume to be tracked during the entire test. In 
particular, the flow structure can be inferred from the temperature measurements. For instance, for the 
low-elevation injection tests, it is recommended to use the information obtained from the dense 
thermocouple array at the mid-height elevation On that (horizontal plane), 3×13 thermocouples are 
mounted on 3 parallel measurement lines. At each time step, instantaneous profiles can thus be obtained. 
A curve may then be fitted to each of these profiles, and the position of the maximum temperature along 
the axis estimated. Due to the high measurement density along each profile and to the large enough 
temperature difference between the centre of the plume and its environment (typically a few °C), the 
position of the maxima can be retrieved with reasonable accuracy.  

It was always observed that the plume was approximately centered with respect to the axis of the injection, 
though a slight lateral deviation was observed in some tests. It should be pointed out that in the near-wall 
plume tests steam was injected into the vessel (DW1) initially filled with air. The steam being lighter than 
air, rises with positive buoyancy. During the tests, the mixing of steam with air resulted in a decrease of 
the buoyancy (due to the decrease of ambient density) for the injected steam, and so the plume trajectory 
became less vertical, i.e. moved towards the center of the vessel. 

In Figure 9 (a) is shown an example on how this type of measurement has been used to asses codes with 
3D capabilities to infer the plume trajectory (e.g. information on the distance of the plume from the wall, 
see also Figure 9b). For these simulations, the GOTHIC, CFX-4 and CFX-5 codes have been used, using 
the standard k-ε  turbulent model. It can be observed that the radial positions of the maximum temperature 
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predicted by GOTHIC are close to the experimental ones (different markers at the same distance from the 
wall for the experimental data indicate repetition runs for the same test) at the early times selected, and in 
the range of those predicted by CFX using various meshes (the complete set of results, with all CFD codes 
used in the benchmark is given by Andreani et al., 2008).  
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(a) (b) 
Figure 9: Radial gas temperature distribution in Vessel 1 at 3.7 m for Test 17 early in the transient. 

4.5 Three-gas mixture test 

In the three-gas plume Test 25, the fluid density evolution in the two vessels deriving from the gas 
injection, transport and steam condensation, controls the flow structures, as well the mixing and 
stratification. These phenomena are very complex, and include: free-rising plumes, interaction of flow 
structures, change from a buoyant injection to a negatively buoyant plume in DW1; flow reversals in the 
IP; changes in the recirculation patterns, multi-layer stratification and stratification erosion in DW2, etc. 
Among these various physical situations, to illustrate the use of the data collected for code validation 
purposes, measured data at around 4000 s are compared with the results obtained using the GOTHIC code 
in Figure 10. Figure 10 b) shows the superimposed gas concentration and velocity fields (calculated with a 
finer mesh, 24000 cells) in a composite vertical plane which includes the axes of the two vessels and the 
IP. It can be seen that the upwards propagation of the steam-helium mixture injected in DW1, which 
initially could rise to the top of the vessel due to its strong buoyancy, is limited by the stable stratification 
created by the condensation in the dome, and the associated increase in light gas concentration. Counter-
current flow prevails in the IP, driven by small density differences between the two vessels.  
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Figure 10: Comparison between GOTHIC simulation and measured vertical helium distribution in the 

central axis of two PANDA vessels (a and c) during a SETH test. In (b) is shown the simulation of helium 
concentration and gas velocity fields. 
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The flow pattern in DW2 is characterized by a rising helium-rich plume. Temperature and gas 
concentration measurements obtained at several locations are consistent with code results. The 
comparisons between calculated and measured vertical helium distribution in the central axis of the two 
DWs (i.e. V1 for DW1 and V2 for DW2) are shown in Figures 10 (a) and 10 (c), with a coarse mesh (3500 
cells) and a “fine” mesh (24000 cells). The observed discrepancy is thought to be due to too little 
condensation predicted by the code. In general, the results obtained with GOTHIC for the entire test 
showed that the prediction of transients characterized by complex evolution of the density difference 
between compartments is a challenging task, even for a code having 3D capabilities. A more detailed 
analysis of Test 25 is reported by Paladino et al. (2010c) and Andreani et al. (2010) 
 

5 CONCLUSIONS 

The OECD SETH PANDA experimental database is suitable to assess the capability of CFD codes to 
simulate gas mixing and stratification phenomena triggered by plumes and/or jets in multi-compartment 
geometries. The paper provides some hints on the overall information that can be obtained from the 
experimental results, and presents examples of the analysis undertaken at PSI using the GOTHIC, CFX-4 
and CFX-5 codes.  
Characterization of the phenomena, e.g. gas transport, plume trajectories, impinging locations, 
stratification build-up, condensation, etc., has been possible in the PANDA tests by increasing the number 
of measurement sensors (especially for gas concentration and temperature). Despite the large number of 
measurement sensors placed in PANDA, in order to capture precise flow details an optimization of the 
sensor locations has been necessary by increasing the spatial density distribution of the sensors in specific 
regions of the vessels. Most of these regions were identified by scoping calculation performed with the 
GOTHIC code. Near each capillary used for gas concentration measurements a thermocouple (at a typical 
distance of 3 mm) for temperature measurement was also installed. The velocity measurements, which 
especially when PIV was used, were quite challenging (vessel sizes, seeding, etc,) provides valuable 
information on 2D flow velocity profiles. 
The PANDA facility is currently used in the SETH-2 project (Paladino et al. 2008), (follow-up activity 
from SETH). In the SETH-2 tests, the initial conditions in the vessels represent a stratified atmosphere, 
and mixing is obtained by mass (negatively buoyant vertical or horizontal jet, sprays) or energy sources 
(e.g. energy release by recombiner operation) and sinks (e.g. containment cooler). Although, the SETH-2 
tests are not presented in this paper, it should be pointed out that for obtaining CFD-grade data, the 
instrumentation had to be further upgraded with respect to SETH tests by increasing the number of sensors 
(and introducing some new type of sensors for measuring low-flow velocities in the IP), and by improving 
the auxiliary systems for ensuring the specified initial mixture stratification. The SETH and SETH-2 
projects provide an important contribution toward the creation of an experimental database for qualifying 
LWR containment phenomena and providing data for CFD code validation. 
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Abstract 
In the frame of the OECD/SETH-2 project, an experimental programme is being carried out in parallel in the 
PANDA facility at the Paul Scherrer Institute and in the MISTRA facility at the Commissariat à l'Energie 
Atomique. Part of the program focuses on gas stratification break-up induced by mass sources and similar 
tests have been performed in both facilities. Indeed, the scaling effect of the phenomena involved in the 
erosion of a gas stratified layer can be assessed. Depending on the interaction Froude number, different 
regimes have been identified including pure diffusive mixing, global dilution or slow erosion processes. 
These phenomena are driven by different time scales. Small value of the non-dimensional number leads to 
mixing process driven by molecular diffusion. When the interaction Froude number is increased to large 
values, the dilution process can be described by a global time scale based on volumetric mixing provided that 
the air entrainment by the jet is taken into account. The intermediate case with two layers is more 
complicated and a single time scale cannot be derived. These test results with high-quality measurements can 
be regarded as a good basis for CFD models verification. 
 
1. INTRODUCTION AND MOTIVATIONS 
The presence of a stable light gas stratified layer in a PWR containment during the course of a severe 
accident is an important phenomenon for nuclear safety-related hydrogen hazard. The concentration inside 
this gas cloud can reach the flammability limits and the probability of occurrence of an hydrogen explosion 
can significantly increase. Consequently, the integrity of the containment would be threatened due to the 
generated overpressure and radioactive materials would be released into the environment. The conditions to 
obtain a stable stratified layer from a bottom-centred gaseous discharge in a closed vessel have already been 
addressed in the literature. The gas injection can be mainly described by two non-dimensional numbers: the 
Reynolds number Re0 and the Richardson number Ri0. In the following we assume that the injection 
Reynolds number is large enough to have a turbulent flow. 
 
From the pioneer work of Morton et al. (1956) about jet entrainment, Baines et Turner (1969) described the 
different behaviour of an enclosure in case of plume release ( 10Ri � ). Qualitatively, the vertical density 

profile outside the rising flow pattern can be divided into two or three zones. If the inertia of the rising plume 
is small when the flow hits the top of the vessel, a linear density gradient is obtained from the top to the 
bottom. Otherwise, overturning can occur and a well-mixed region is created at the top with a linear density 
gradient below. If the Richardson number is further reduced, overturning can involve the whole enclosure 
and a homogeneous atmosphere is obtained. Cleaver et al. (1994) studied this phenomenon for a methane 
release in an enclosure and demonstrated that stable stratification did not occur if: 
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Peterson (1994) developed a similar criterion with a slightly different constant c because of partially 
confined conditions. Finally, in the nuclear containment thermal-hydraulics issues, Andreani et al. (2008) 
illustrated the set-up of a stratified atmosphere with an horizontal steam jet. 
Now, we consider that the stratified layer is already set-up inside the containment and a vertical air jet is 
coming from below. Baines (1975) studied the jet impingement on a density interface and showed that under 
certain conditions this interaction stops the forward motion of the turbulent fluid. The entrainment depends 
only on the characteristics of the jet as it impinges and on the density difference across the interface. Three 
parameters are necessary to quantify this phenomenon: the velocity U and the diameter L of the jet in the 
impingement region and N, the characteristic pulsation of the stratification usually defined as (Jirka, 2004): 
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These parameters can be combined into one non-dimensional number called the interaction Froude number:  

U
Fr =

NL
  (3) 

If this Froude number is lower than 1, buoyancy of the stratified layer dominates, and the air flow erodes the 
stratification without penetration. For large Froude number, the momentum dominates, and the air flow 
penetrates inside the stratification and when the whole stratified layer is involved in this process, the 
phenomenon is usually called dilution. The impact velocity of the air jet at the stratified layer can be 
obtained by the use of well-defined correlation of velocity decay along the centreline for free jets (Rodi, 
1982): 
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The same reference provides the evolution of the jet diameter along the jet trajectory: 

( )00.086
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L

= z H−   (5) 

To the authors' knowledge, the different regimes identified during this interaction were not deeply addressed 
experimentally and numerically in confined geometry. Difficulties of CFD containment thermal-hydraulics 
codes to predict the behaviour of a stratified layer in case of an injection from below was already 
demonstrated during the ISP 47 exercise (Allelein, 2007). 
 
The present paper is devoted to the analysis of the common tests performed in PANDA and MISTRA 
facilities within the OECD/SETH-2 project to address the issue presented above. Simplified tests conditions 
were selected for this comparison. The tests involved only air and helium mixture. A stratified layer of 
air/helium mixture was created at the top of both facilities. Then, air was injected vertically from below in 
order to erode the layer and the transient of the mixing process was recorded with high spatial and temporal 
resolutions. The operating conditions were almost isothermal and at constant pressure. For comparison 
purpose, two tests, one at high interaction Froude number and a diffusion test have been selected at the 
PANDA scale whereas four tests (diffusion, low, moderate and high interaction Froude number) are 
considered at the MISTRA scale.  
The main motivation of this work was also to compare both facilities for similar test conditions in order to 
assess the scaling effect and exhibit scaling parameters as erosion in these conditions is governed by non-
dimensional numbers. 
 
After this introduction, the first section describes the facilities and the test conditions. Then, the results 
obtained are presented in the second section. Comparisons and discussions are addressed in the last section 
where non-dimensional analysis and scaling parameters are exhibited. Conclusions follow. 
 
2. FACILITIES AND TESTS CONDITIONS 
PANDA and MISTRA are large-scale thermal-hydraulics test facilities designed and used for investigating 
containment related phenomena for different Light Water Reactors designs (Auban, 2007 and Studer, 2007). 
Two main PANDA vessels (named Vessel 1 and 2) are used in the SETH-2 project to represent two 
compartments of a nuclear reactor containment. These two vessels having each a diameter of about 4 m and 
a height of 8 m are interconnected by a pipe of about 1 meter diameter. The vessel 1 (Figure 1 - right) is 
mainly used in the present experiments. MISTRA facility is a single vessel (Figure 1 – left) with almost the 
same length scales (4.25 m inner diameter and a height of 7.4 m). A compartment consisting of an inner 
cylinder with an annular floor located approximately at mid elevation was installed inside the main vessel.  
Location of gas concentration sensors (sampling tubes for PANDA, sampling tubes and mini-katharometers 
for MISTRA) is reported on Figure 1. They were distributed along the stratified layer in both facilities. In 
the PANDA tests, measurements were conducted in the alignment of the air injection near the wall as well as 
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in the central axis. In the MISTRA facility, the mini-katharometers and the injection were located in the 
annular ring not along the centreline of the facility. Three positions were available for the katharometers 
defined by their radius in mm and angle: (1540, 7.5°), (1480, 141°) and (1060, 277.5°). The air injection was 
located at (1352, 165°).  
 
The source of error of the concentration measurement is twofold. First, there is the uncertainty inherent to 
the calibration system and to the measurement, which leads in the present case of dry gas to a maximum 
uncertainty of 0.8% absolute in case of mass spectrometer in PANDA and 0.2% absolute with the mini-
katharometers in MISTRA. Second is the uncertainty inherent to the measurement itself. It depends on the 
stability of the system and on the time of recording. Once again, in case of dry gas and with a recording time 
of 5 seconds, the error is estimated to less than 0.2% of the average value for the mass spectrometer. For the 
mini-katharometers this contribution is one order of magnitude less than the previous one. Being 
conservative and considering the maximum measured helium molar fraction (45%), we can estimate the 
maximum error to be about 0.9% absolute in PANDA and 0.2% in MISTRA.   
 
The main test conditions are reported in Table 1 for both facilities. The boundary and initial conditions are 
almost the same except the distance between the injection location and the bottom of the stratified layer 
(2200 mm in the MISTRA test conditions and 875 mm in the PANDA test conditions). Slightly heated air 
was also injected in the PANDA experiments, whereas in MISTRA air at ambient temperature was injected.    
 

Tab. 1: Initial and boundary conditions for PANDA and MISTRA tests 
Data PANDA MISTRA Unit 

Injection diameter (d0) 75 72 mm 

Injection height (H0) 4013 3660 mm 

Elevation of the top of the facility (HF) 8569 7379 mm 

Elevation of the bottom of the stratified layer (Zmin) 4875 5800 mm 

Height of the stratified zone (Hs) 1250 1300 mm 

Total pressure 0,974 1,005 bar 

Temperature 288 292 K 

Injected air flow (Qair) 15 4,5 to 50,6 g/s 

Injected air temperature (Tair) 303 292 K 
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Fig. 1: View of MISTRA and PANDA facilities with sensors locations 

 
The stratified layer of light gas in the top of both facilities is plotted in Figure 2. The shape is equivalent but 
the location is slightly different. Especially, the helium reservoir in the top of the facility is higher in the 
PANDA test. 
  
 

 
Fig. 2: Stratified layer at t=0 in both facilities PANDA and MISTRA 

Non-dimensional Froude number can be calculated based on the initial and boundary conditions of the tests 
(Table 2). According to the hypothesis of the calculations, the interaction Froude numbers cover a large 
range between 0.3 and 6. The PANDA test ST1-7 is more momentum dominated than the corresponding 
MISTRA test (LOWMA3). Nevertheless, due to the large helium reservoir at the top of PANDA facility, the 
penetration of the air jet can be limited to a certain extent and the global dilution of the stratified layer can 
not be achieved very quickly. A second Froude number (Fr2) based on the interface gradient has been defined 
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in order to take into account this reservoir effect: 
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According to this new non-dimensional number, the PANDA ST1-7 test is between the MISTRA LOWMA3 
and LOWMA4 tests and the latter corresponds to a Froude number close to unity recalling that inertia of the 
impinging jet is equivalent to the buoyancy of the stratified layer. It should be pointed out that this calculated 
Froude numbers are based on ideal initial conditions and that, for the duration of the test, it changes. 
 

Tab. 2: Non-dimensional analysis for PANDA (ST1_7) and MISTRA (LOWMA series) 

Test Qair (g/s) U0 (m/s) U(m/s) 
Zmin(m

) N(Hz) L(m) Fr Fr2 

ST1_7 15,02 3,03 1,64 0,86 1,83 0,15 6,04 0,48 

LOWMA2 4,53 0,93 0,19 2,14 1,75 0,37 0,30 0,08 

LOWMA3 15,17 3,11 0,65 2,14 1,75 0,37 1,00 0,29 

LOWMA4 50,58 10,36 2,16 2,14 1,75 0,37 3,35 0,96 

 
3. PANDA AND MISTRA RESULTS 
Two tests were run in the PANDA facility named ST1-7 and ST1-7-2. An additional reference diffusion test 
has also been conducted for comparison with the initially conducted tests ST1-7 and ST1-7-2. Even though 
the initial concentrations were slightly different, the two tests ST1-7 and ST1-7-2 gave comparable results 
and only ST1-7 will be here compared to the corresponding diffusion test and the MISTRA results. 
 
The diffusion test was conducted with both vessels isolated from environment for a period of three day and 
with the same initial distribution as in ST1-7 (Fig. 2). The time evolution of the helium molar fraction along 
the central axis is plotted in Figure 3. Only the first 25000 seconds are shown here. During the first 5000 
seconds very little helium is diffused from the upper part of vessel 1 (Level A). This test should be compared 
with ST1-7 presented in Figure 4. During the process of mixing, well-mixed conditions are achieved up to a 
certain elevation that grows with time, from 5.6 m at 1000 s to 6.93 m at 12000 s. The helium content in this 
well-mixed layer decreases with time due to the continuous dilution induced by the injected air. Two sensors 
located at the top of the facility (A and B) cannot reach these well-mixed conditions during the process of air 
injection. When the air injection is stopped (12500 seconds), a splitting of the gas concentration 
measurements in the layers below 6.93 m is observed. After the damping of the convection effect in the 
vessel, this would correspond once again to a pure diffusive process due to helium coming from above. 
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Fig. 3:  Results of PANDA diffusion test – Helium concentration along the centreline versus time 

Fig. 4: Results of PANDA ST1-7 test – Helium concentration along the centreline versus time 
Both test can be compared by normalizing the helium molar fraction with the corresponding maximum 
value. Figure 5 clearly shows that the upper layers are initially governed by pure diffusive process. More 
than 5000 s of air injection are needed before that the helium concentration evolution deviates from the pure 
diffusion evolution. It is in the range of 2000 s for C level and around 300 s for the level F. This means that 
the upper layer does not see the impact of the air jet until late in the experiment and that also, despite an 
initial Froude number larger than one, the air jet does not penetrate deeply in the layer initially. The effect of 
the impact of the jet on the layer can also be observed by comparing the helium concentration measurements 
along the air injection axis (denoted as 14 in PANDA nomenclature) and off axis (denoted 18, 20, 22 or 26 in 
PANDA nomenclature).  For a given elevation, an earlier drop of the concentration along the injection axis is 
observed compared to the rest of the layer off injection axis. Also, the time at which the concentration along 
the injection axis departs from the others locations give information on the penetration depth of the air jet. 
For C level  ~10000 s, for D level ~3700 s and for F level ~1500 s. One final remark concerns the fact that 
the dilution process slows down for each level as soon as the jet has reached the corresponding level height, 
in other words, right after the departure time given previously. 
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Fig. 5: Impact of air jet on the helium layer (PANDA ST1-7) 
 
Different tests including reproducibility were performed in the MISTRA facility in order to follow the 
behaviour of the stratified layer created initially (Brinster, 2009). In the first experiment (diffusion test), no 
air injection was imposed and the erosion of the helium layer by diffusive process was recorded (Figure 6). 
The profiles are similar to those observed in the PANDA diffusion test and a good agreement is obtained 
with a 2D solution of pure molecular diffusion process performed with the CAST3M CFD computer code. In 
the simulation, the diffusion coefficient of helium in air is set to 6.98 10-5 m2/s according to Marrero and 
Mason (1972). 
When air is injected below the stratified layer, modification of the transient behaviour is expected. 
Nevertheless, if the air flow rate is small (LOWMA2 test) namely the interaction Froude number is small 
(0,3 in this case), the erosion of the stratified layer is still governed by the diffusion phenomena. There were 
no noticeable differences between LOWMA2 results and the diffusion results. In each LOWMA test, the air 
injection was stopped after 6000 seconds.  

Fig. 6: Results of MISTRA diffusion test – Helium concentration 
 
Large interaction Froude number leads to a rapid break-up of the stratified layer (Figure 7). Just after the 
beginning of air injection, the layers up to 6.75 m are impacted by the dilution process. The erosion of the 
upper layer (7.1 m) is first driven by the diffusion process during about 100 seconds and then dilution 
process involves the whole layer. Such delay has also been observed in the PANDA results (F level). 



8 

 

Fig. 7: Results of MISTRA test with high interaction Froude number – Helium concentration at (1540, 
7.5°,z) 

In the critical range Fr~1, the injected air starts to dilute the lower layers of the air/helium cloud and then, the 
diffusion process is enhanced by this convective contribution. This clearly appears on Figure 8. It is also 
interesting to notice that due to the small depth of the air/helium cloud in the MISTRA facility, shorter delays 
in the behaviour of the upper layers are observed compared to the PANDA results. The sensors located 
around 6 m show first the effect of the injection and this is probably due to the off-centred injection and the 
off-centred location of the measurement devices. Then, sensors located below 6 m need some delay to reach 
almost well-mixed conditions. Above 6 m, all the sensors especially at 6.1 and 6.25 m elevations record 
decreasing helium concentration due the dilution effect of the lower layers. At the end of the air injection 
(6000 seconds), the well-mixed conditions extend to 6.25 m and the upper part of the facility remains 
stratified.   
 

Fig. 8: Results of MISTRA LOWMA3 test with intermediate interaction Froude number – Helium 
concentration at (1480, 141°, z) 
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4. COMPARISON AND DISCUSSIONS 
 
4.1 Local analysis 
Direct comparison of the measurements is difficult due to some differences listed previously (height of the 
injection line compared to the bottom of the stratified layer, slightly heated air jet, different depth of the 
stratified layer). Comparison between tests performed in both facilities requires non-dimensional quantities. 
Gas concentrations fulfil this requirement and characteristic time scales have to be defined. The time scale 
corresponding to homogenization by molecular diffusion of the gaseous volume inside the facility can be the 
first reference scale. The 2D CFD computations with CAST3M code have shown that the time scale 
assuming that 90% of the well-mixed conditions are achieved is almost the same in both facilities (about 
200000 seconds). So, long term comparison can be directly performed and two sensors located in the 
diffusive region during LOWMA3 (6.4 and 7.1 m elevation) and ST1-7 tests (6.71 and 7.48 m elevation) 
show approximately the same transient behaviour. 
 

Fig. 9: Comparison for local Helium concentration and short time scale (t*=t/tair) 
 
A second time scale can be derived from the initial and boundary conditions tair=Vcloud/Q(v,air) where Vcloud is 
the equivalent volume of injected helium and Q(v,air) is the volumetric flow of injected air. For the LOMWA3 
and ST1-7 tests, the values of tair are 451 and 933 seconds respectively. The factor of 2 corresponds to the 
difference in the volume of helium stored at the top of the facility. For this short term analysis, the test 
LOWMA4 has been selected and the comparison is performed with the PANDA ST1-7 results. In these two 
tests, the interaction Froude number is high enough for the air jet to penetrate the stratified layer. Two 
sensors with approximately the same initial helium content has been chosen for comparison (Figure 9). The 
results seem to indicate that the selected time scale is the adequate reference time scale for short term 
behaviour (dilution dominated mixing process). 
 
Finally, a third time scale corresponding to the departure from a pure diffusive process can be derived for the 
upper layers in the different tests (Figures 5, 7 and 8).  This time is called tdep and Figure 10 summarizes the 
results. When Fr2 increases, the slope also increases indicating faster phenomenon and the PANDA results 
lie in between the two MISTRA results.  
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Fig. 10: Local analysis – departure time (tdep) from a pure molecular diffusive process at a given elevation 

 
4.2 Global analysis 
Let us define Zmin the elevation located at the bottom of the stratified layer. Above this elevation a certain 
amount of helium is initially stored. The gas cloud size can be represented by the global variable Vcloud which 
accounts for the volume of helium above Zmin. In our case it also corresponds to the volumetric equivalent of 
the injected mass of helium. The erosion effect of any phenomenon can be represented by the time evolution 
of  Vcloud. The objective is to decrease the volume beyond the flammability limits. This is a global criteria and 
then, the local flammable gas concentration has also to be decreased below the lower flammability limit. 
The weakest phenomenon to drive the erosion process is the molecular diffusion. Helium is swept out the 
stratified layer and air diffuses inside slowly. Assuming axial symmetry, the time evolution of Vcloud due to 
molecular diffusion can be solved analytically. In the present document, we have used the CAST3M 
simulations already mentioned to compute the time evolution of this volume. A relative good agreement is 
obtained between the experimental results and the molecular diffusion computation (Figure 11) for the 
LOWMA2 and diffusion tests. 
 

Fig. 11: Global analysis - evolution of the helium volume above Zmin versus time 
 
When air is injected from below, convection starts to play a significant role to the dilution or erosion process. 
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The simplest way to model the air injection is to suppose that the whole layer is diluted by the entire air flow. 
This leads to well-mixed conditions and the volumetric balance of helium can simply be written as: 

( )v,aircloud
cloud

QdV
= V

dt V
−   (7) 

with the solution of: 

( ) ( ) ( )0 exp v,air

cloud cloud

Q
V t = V t

V

 
−  
 

  (8) 

This first approach (called Model 1) is too simple because in the free jet theory, the volumetric flow is not 
conserved along the trajectory of the jet. Outside air/helium is entrained into the rising jet. The balance 
equation can be expressed as: 

1

dQ
= α UπL

ds
  (9) 

with L the jet diameter, U the jet centreline velocity, s the coordinate along the trajectory and α1 the 
entrainment coefficient (0,055 for a pure jet). By the use of classical correlations (Eq. (4) and (5)) for the jet 
centreline velocity decay and the half-width growth, the air flow injected in the stratified layer can be 
estimated properly. 
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  (10) 

So, the volumetric flow of air increases linearly with s and depends only on the injection conditions. This last 
model (Model 2) is very close to the LOWMA4 experimental results at the beginning of the transient (Figure 
11) where the slope is accurately captured. For the rest of the transient, since confined or semi-confined 
conditions are involved, helium is certainly entrained by the air jet and our simplified hypothesis are no 
longer valid. As a consequence, the time scale is longer in the experiments compared to the simplified 
models.  
 
Between the two limiting cases, phenomena are more complex because the interaction of the rising jet and 
the stratified layer takes place at a certain level above Zmin and probably changes in time due to the erosion 
process. This is the case in the PANDA ST1-7 and MISTRA LOWMA3 tests where the behaviour of the 
erosion process is between pure diffusion and global dilution (Figure 11). The characteristic time scales 
proposed before are not accurate to compare both facilities from a global point of view. The two 
experimental curves are identical up to 500 seconds and then the deviation occurs: the ratio between the 
characteristic time scale of PANDA and MISTRA is about 1 for short time and 1.5 for long term. So, a single 
time scale cannot be derived for this global parameter. 
 
5. CONCLUSIONS AND PERSPECTIVES 
Interesting phenomena have been experienced in both PANDA and MISTRA facilities. Interaction of a 
fountain like flow with a stratified layer is a complex phenomenon. The different regimes including pure 
molecular diffusion mixing, global dilution and slow erosion process have been observed and analysed based 
on local and global behaviour. Dimensionless quantities have been proposed. The interaction Froude number 
can be used to identify the ability of the air jet to erode or to dilute the stratified layer. A second Froude 
number has been proposed to analyse the effect of the layer width. The Froude number has to be considered 
with care as it is calculated for initial condition only. It evolves with time leading to change in erosion 
process along the test and this is more true for PANDA due to the important helium reservoir on top of the 
facility. Regarding the time scale, small interaction Froude number leads to mixing process driven by 
molecular diffusion. When the interaction Froude number is increased to large values, the dilution process 
can be described by a global time scale based on volumetric mixing (tair) provided that the air entrainment by 
the jet is taken into account. The intermediate case with two layers is more complicated and a single time 
scale cannot be derived. In consideration of the addressed complex phenomena and the non-trivial evolution 
of the dilution process, these tests results, and especially tests LOWMA3 in MISTRA and ST1-7 in PANDA 
can be regarded as a good database for CFD code verification.  
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NOMENCLATURE 
c Constant - 

d Diameter m 

Fr Froude Number - 

g Gravity m/s2 

H Height m 

L Length m 

N Frequency Hz 

Q Mass or volumetric flow g/s or m3/s 

R Radius m 

Re Reynolds Number - 

Ri Richardson Number - 

s Curvilinear coordinate m 

t Time s 

T Temperature K 

U Velocity m/s 

V Volume m3 

z or Z Elevation m 

Greek letters   

α Entrainment coefficient - 

ρ Density kg/m3 

Subscript   

0 Injection - 

air Air - 

F Refer to the facility - 

s Refer to the stratified layer - 
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Abstract  
This paper presents the modeling of low-concentration hydrogen deflagrations performed with the 
recently developed KYLCOM model. Three experiments carried out in THAI facility (performed in 
the frames of international OECD THAI experimental program) were selected for the simulation 
exercise. The tests allow studying lean mixture hydrogen combustion at normal ambient, elevated 
temperature and superheated and saturated conditions. The experimental conditions considered 
together with the facility size and shape grant a high relevance degree to the typical NPP containment 
conditions. The results of the simulations were thoroughly compared with the experimental data, and 
the comparison was supplemented by the analysis of the combustion regimes taking place in the 
considered tests. Results of the analysis demonstrated that despite the comparatively small difference 
in mixture properties, three different combustion regimes can be definitely identified. 
 
 

1 INTRODUCTION 

The THAI experimental containment research program has been extensively used in code validation 
activities (Clement, 2007). On the basis of the delivered data, the physical models for the description 
of complicated distribution and combustion phenomena applicable in accidental conditions in nuclear 
power plants (NPP), were improved and developed. Several areas of interest for nuclear reactor 
containment applications were studied. Extensive test program concerning thermal hydraulics, 
hydrogen distribution and combustion, aerosol and iodine (fission products) behavior have been 
conducted.  

As a part the licensing process of the reactor containment, the threat of uncontrolled hydrogen release 
and combustion must be addressed. The state-of-the-art mitigation systems can reduce significantly 
the risk of such an accident. Nevertheless, under severe circumstances, scenarios consisting of low H2 
concentration deflagration processes must be assessed. 

The general objective of the study reported in the current paper is to address hydrogen deflagrations in 
lean mixtures with vertical flame propagation. The selected conditions can be considered as close to 
those typical under accidental situation in NPP; among them, the size and shape of the facility, the 
elevated initial temperature, pressure, and steam concentrations.  

2 EXPERIMENTS 

The main component of the THAI facility is the cylindrical steel vessel of 9.2 m height and 3.2 m 
diameter, with a total volume of 60 m³ depicted in Figure 1. At the lower end of the container a sump 
compartment is attached. Cooling/heating jackets, subdivided in three vertical sections, were set up in 
the outer cylindrical wall. The entire vessel was thermally insulated with a double-wall, being the 
inner wall 22 mm thick and the outer wall made from 6-mm stainless steel. The 16.5-mm gap between 
the walls is filled with thermal oil. The outside wall is insulated by the 120-mm Rockwool layer. 

Fifteen continuously operating lines took gas samples from the vessel atmosphere at different 
locations (see Figure 1 left) prior and after hydrogen combustion. An axial fan, located near the 



2 
 

hydrogen distributor, homogenized the vessel atmosphere prior to ignition. The accuracy of 
concentrations measurements was reported to be smaller than 0.02% vol. The temperature of the gases 
prior to ignition was measured by five calibrated thermocouples. Additionally, 43 fast sheathed 
thermocouples were installed at 13 different elevations in the test vessel to monitor flame propagation 
and flame temperature during the combustion (Figure 1 right). The transient deflagration pressure was 
monitored by four fast pressure transducers (strain gauge type). The fitting of the whole 
implementation from inside could be observed in Figure 2. 

 
Figure 1: Left: General external view of the THAI facility. Center and right: instrumentation positions. 

Center: concentration measurement. Right: fast thermocouples location. 
 

 
Figure 2: Internal view of the vessel. Igniter (down in sump) and instrumentation fittings (triangular 

setup). 

Inside the OECD-NEA ‘International Standard Problem ISP-49’ program, three tests, from the total 
matrix of THAI experimental program containing 29 hydrogen deflagration experiments, were 
selected for benchmarking. The simulation exercise was divided in two phases. An 'open' phase, 
including test HD-12 and its repetition HD-2R, was performed knowing the results of the experiments 
to improve the modeling capabilities. This was followed by a 'blind' phase in which predictive pre-
calculations as well as corrective post-calculations were carried out.  

The experiments chosen deal with uniform mixtures and upwards flame propagations. In all cases, the 
ignition position was centered in the sump compartment (Figure 1 center and right, sump area marked 
in red). Additionally to the ISP-49 program the authors performed simulation of the test HD-15. The 
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experimental details of the test HD 15 are omitted from the body of article due to non-disclosure 
agreement acting on the data from the mentioned above OECD THAI experimental program. Both 
experiments HD-12 and HD-15 allow studying low-concentration combustion of hydrogen at ambient 
and elevated temperature respectively. With the aim to test the capability of the utilized combustion 
models to produce adequate results in hydrogen-air-steam atmospheres, an experiment HD-22 was 
chosen to simulate the deflagration of a H2-steam-air mixture at superheated and saturated conditions. 
The conditions of the experiments selected were summarized in the Table 1. Further details could be 
obtained from references (Kanzleiter, 2007, 2007b, 2007c). As a result of the experiments detailed 
recordings of flame propagation, pressure transients, temperature transients and combustion 
completeness was obtained. 

Table 1: Summarized conditions for the THAI Hydrogen Deflagration Tests. 
Name Pressure, 

bar 
Temp., 

C° 
Conc. of H2 

vol.% 
Conc. of Steam, 

vol. % 
Max. pressure, 

bar 
Max. 

temp., K 
HD-12 1.492 18 8.1 0 5.05 765 
HD-15 1.504 93 9.9 0 - - 
HD-22 1.487 92 9.9 25 - - 
 

3 NUMERICAL SIMULATIONS 

The calculations were performed with the 'in house' COM3D code (Kotchourko, 1999). COM3D is a 
fully explicit finite differences parallelized combustion code developed in Karlsruhe Institute of 
Technology. The main characteristics of the code employed to carry out the simulations of the current 
work are summarized in the Table 2. 
 

Table 2: COM3D characteristics. Types of discretization schemes, time steps requirements and 
computational resources used. 

Type of solver and 
pressure-velocity 

coupling 

Discretization 
scheme 

Time step 
requirements 

CPU type, RAM used and CPU 
time 

Finite differences Fully 
compressible scheme 

C1 = Ami Harten, 
 TVD 2nd order non-

oscilative, 

D = 2nd order 
central differences, 

T = 2nd order 
explicit 

CFL=0.94, 
D=0.45 

32 processors Opteron-AMD 
CPU type, 1 GB RAM per 

processor. CPU time: ~5 days 

 
For the selection of the turbulence modeling the recommendations contained in the reference 
(Mahaffy, 2007) were taken into account. The simulations were performed with the standard k-ε 
turbulence model (Launder, 1974). The resolution adopted prevented the use of Large Eddy 
Simulation (LES) modeling (for details about resolution requirements see (Jimenez, 2004)). The initial 
level of turbulence and dissipation was selected making the turbulent viscosity of the same order of 
magnitude of the molecular one (Arntzen, 1998). To do so, values of k and ε equal to 10-4 (m2/s2 and 
m2/s3 respectively) were adopted. 
The combustion model chosen was the KYLCOM model (Yanez, 2010). This methodology belongs to 
the 'flame speed'-based category, and has two relatively independent parts. The first one is responsible 
for the correct evaluation of the turbulent flame speed in the current local conditions, while the second 

                                                
1 C, Convection terms, D, diffusion terms, T, temporal terms. 
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one provides the flame propagation in the simulated media with the evaluated speed. Based on the 
results from the reference (Yanez, 2010), the correlation for the evaluation of turbulent burning 
velocity proposed by Schmidt (1998) was utilized for the modeling 

t L

2

u'
S S

1
1

Da

,= +
+

 (1) 

where St is estimated turbulent flame speed, SL is the laminar flame speed and Da is the Damköhler 
number.  
It was found that in one of the experiments the used method did not provide fully suitable results. 
Further examination of the experimental observations disclosed the fact that the test under 
consideration was differed from the others by considerable sound effect. This can be seen at the 
pressure history in Figure 4. Additional physical mechanisms responsible for this effect appears to be 
important for correct accounting of such events; therefore further model development was performed 
with the view to simulate the mass consumption rate enhancement due to parametric instability; see 
e.g. (Bychkov, 2000). The same procedure utilized by Bauwens (2008) aimed to take into account the 
effects of the Rayleigh-Taylor instability was followed. In this method, the surface wrinkling factor Ξ 
characterizes flame surface enhancement due to the instability. It is determined from a differential 
equation which describes the surface dynamics taking into account the competition between its growth 
and its shrinking  

( ) ( )
3

2
d

G 1 R 1 .
dt

Ξ Ξ Ξ= − − −  (2) 

The sub-grid wrinkling removal rate, R, represents the flame propagation and annihilation of the flame 
surface at cusps and is given by the formula 

L8 S k
R ,

σ
π

=  (3) 

where k represent the wavenumber with the highest amplification. The sub-grid wrinkling generation 
rate, G, may be calculated from its expression in the literature (Bychkov, 1999) 

2 2
2 2 2 2 2 2 2 2 2

L L 1 L 1 a

1 1 1
AG A BS kG CS k C gk AG BS k C U k 0,

4 2 4
ω ω ω   − + − + + + − =   

   
 (4) 

where A, B, C, C1, are dimensionless coefficients depending on the flame parameters and the 
wavenumber, see formulas (3.66)-(3.69) in (Bychkov, 2000), Ua and ω are the amplitude and the 
circular frequency of the acoustic perturbations. Some limitations exists for the evaluation of R and G. 
A linear model was applied in the deduction of the theoretical expressions. Therefore, the formulas are 
only applicable for small amplitude disturbances. Additionally, the values for R and G were 
considered to be constant during the whole calculations. The wavenumber k was also considered as a 
constant in this formulation. For all those reasons, the values of G and R must be considered only as 
estimative. 
Once the burning velocity is available, the corresponding flame advancing is provided by the 'forest 
fire' CREBCOM algorithm (Efimenko, 2001). This method is based on the solution of a transport 
equation for the progress variable f, a normalized burned out mixture fraction, 

i
t

i i i

u ff f
D

t x x x

ρρ ρ
 ∂∂ ∂ ∂+ = + Φ ∂ ∂ ∂ ∂ 

, (5) 

where, ρ is density, ui is the i-th component of the flow speed and Dt is the turbulent diffusion 
coefficient. The normalized chemical reaction rate Φ is described by the equation 
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where Fi,j,k, is the 'control parameter', Cg is the 'model parameter' and ∆ the computation cell size. If 
the value of Fijk for the cell (i,j,k), calculated with the expression 
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2
k1,ji,

2
k1,ji,

2
kj,1,i

2
kj,1,ikj,i, 3fffffffF −+++++= −+−+−+ , (7) 

exceeds the critical quantity of 0.25 a cell is considered to be burning, otherwise it remains un-ignited. 
The 'model parameter' Cg links the flame propagation model with the estimated flame propagation 
speed and expansion ratio via the formula, 

( )gC A σ B S= ⋅ + , (8) 

in which, σ is the expansion ratio, S the flame velocity and A, B, are correlation constants obtained 
from numerical experiments with the values equal to 0.243 for constant A and 0.375 for constant B. 
In the selection of the grid resolution, which is one of the important parameters for CFD, the coupling 
criteria between mesh resolution and the recommendations presented in (Mahaffy, 2007) for the 
turbulence modeling was taken into account. The use of relatively coarse mesh (5 cm cell size) were 
dictated by the time constrains of the current simulations. The summary of the mesh used to perform 
the calculations is contained in Table 3. 
 

Table 3: Characteristics of the numerical mesh used in the calculations 

Type of grid Domain size, cells Cell size, m Number of cells 
Orthogonal structured equidistant 63×184×63 0.05 730 296 

 

4 RESULTS AND ANALYSIS 

4.1 Results of the simulations. Pressure, temperature, flame possition and velocity 

The Figure 3 and Figure 4 show the comparison between experiments and calculations for the 
pressure, flame position and velocity in the experiments HD-12  and HD-22 respectively. The Figure 5 
shows the temperature iso-surface for the HD-12 problem. The streamlines seeing in the picture give 
an idea about the general stream pattern created in the enclosure by the buoyancy of the hot 
combustion products. The flow pattern represented for the HD-22 is very similar (Figure 6). The 
difference can be easily seen in the lower part of the facility, where in the second case a distinct flame 
stem appears connecting the sump area and the plume of the combustion products. The occurring of 
this stem, which is also present in the HD-22 calculation, is due to the existence of a circulation flow 
pattern created by the buoyant flame. This rotating motion in the tests HD-15 and HD-22 is more 
intensive than in case HD12 and results therefore in the creation of this new structure.  
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Figure 3: Left: pressure; center and right: flame position and velocity in the central axis in the THAI, 
HD-12 experiment. Legend: ‘Exp.’ means experimental, ‘Calc.’ calculation, ‘RT’ Rayleigh-Taylor. 
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Figure 4: Left: pressure signals; center and right: Flame position and flame velocity in the central axis 

in the THAI, HD-22 experiment. Legend: ‘Exp.’ means experimental, ‘Calc.’ calculation, ‘RT’ 
Rayleigh-Taylor. 

 
In the experiments without steam no significant differences were found between the experimental 
pressure readings and the results of the calculations during the whole combustion process. The final 
divergence in pressure recordings is due to the fact that the convective heat losses were neglected in 
the calculation. A phenomenon that, following the results of the calculation becomes only important 
after the exhaustion of the fuel mixture (Figure 5). This is due to the fact that the flame does not touch 
the external walls (convective heat losses are proportional to temperature differences and speed of 
motion). In the HD-22 case (Figure 4 left) the good agreement between the experimental readings and 
the calculation results was achieved only in the 'post-calculation' phase. The 'blind' stage showed some 
deceiving results that are analyzed in the following section. Additionally, pre-calculation pressure 
results do not look, in principle, in agreement with the good positions and the velocities comparisons. 
In the figures located at the center, the flame position along the longitudinal axis of the vessel is 
represented both for calculations and experiments. The experimental flame positions were obtained 
processing the data available from the thermocouples. For all test cases an excellent agreement is 
shown both qualitatively and quantitatively. Since the calculation was performed without initial flow 
field perturbations, the results should not be able to capture the random nature of the flame evolution 
and therefore should stay between the both experimental lines. Both the acceleration of the flame and 
the steady-state propagation regime is reproduced with high accuracy. The results obtained for the 
experiment HD-22 (Figure 4 center) shows an excellent agreement between the experiment and 
simulations for both 'blind' calculations and the 'post-calculation' phase. The propagation of the flame 
in the vertical direction was good captured by both calculations, so that the pressure deviations 
obtained in the 'blind' phase could only be connected with the erroneous transversal flame propagation 
predictions. 
The flame velocities found in the simulations are compared with the experimental data in the figures 
located on the right. The agreement for all cases is good. The irregular behavior of the flame, which 
can reach two transducers in the different positions at the same moment, cannot be reproduced in the 
calculation. The acceleration and the steady-state regimes were though well predicted. The deviations 
found in the flame propagation velocity of 0.5 m/s should be considered as corresponding to the 
overall level of calculation accuracy.  
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Figure 5: Temperature iso-surface for 800 K and stream-lines at 3.54 s after ignition for the HD-12 

problem. 
 

 
Figure 6: Temperature field and streamlines obtained for the HD-22 calculation at 2.2 s after the 

ignition. 

4.2 Rayleigh-Taylor (R-T) instability driven flame analysis 

Khokhlov et al. (1996) developed an algebraic flame velocity model, which was intended to describe 
buoyancy-driven turbulent pre-mixed flames. Its application is restricted to flames fulfilling the 
following conditions. First, the flame is assumed to be thin in comparison with the largest scale of 
turbulence. Second, the laminar burning velocity is much less than the turbulent velocity. Third, the 
turbulence is driven by the R-T instability in the gravitational field. The physical phenomenon 
development that results from those assumptions is as follows. After the ignition, the flame begins to 
propagate vertically. Because of the propagation against gravity the flame becomes turbulent due to 
the R-T instability. After a while the flame reaches a steady state propagation regime, when the 
propagation speed could be evaluated using the expression 
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S =t

1 1
gh ,

2 1

σ
σ

−
+

 (9) 

where g stands for the acceleration of gravity and h2 represents the surface of the unperturbed flame. If 
the conditions stated before are fulfilled, the flame velocity does not depend on laminar flame speed. 

For the mixtures in the HD-12, HD-15 and HD-22 tests, the Froude number F = SL
2/gh was 

approximately equal to 1.2·10-4, 5.0·10-4, and 5.2·10-4, so that all of them are buoyancy driven 
processes. The turbulent flame velocity registered in the experiments and in the calculations is one 
order of magnitude larger than the laminar one. The fulfillment of the third condition, to be studied, 
determines the flame propagation regime.  

The evaluation of the formula (9) for the mixtures used, as the result gives the values of St ≈ 1.88, 
1.86, and 1.87 m/s respectively. Those values are shown in the Figure 3 and Figure 4 at right. The 
prediction obtained for the case HD-12 (Figure 3 right) was remarkably good taking into account the 
crudeness of the assumptions made. Thus, with the certain degree of precaution, on the basis of such 
coincidence it can be concluded that the flame propagation regime in this experiment can be 
considered as at least partially driven by the R-T instability. The experimental results for test HD-12 
show, as it is predicted by the theory of Khokhlov, a steady-state propagation regime. Unfortunately, 
the results of the simulation do not demonstrate the same behavior for this test. Although the flame 
velocity predicted is quantitatively very good some improvements in the modeling should be 
performed in the future in order to get better predictions for this kind of flames. 

In the Figure 4 right the results of the test HD-22 are compared with the flame velocity predictions for 
R-T instability driven flame. For those experiments the higher difference between maximum 
experimental flame speed and theory predictions does not allow to identify the combustion process as 
being a buoyant driven. In this case, more probable, other mechanisms than the Rayleigh-Taylor 
instability are responsible for the turbulence generation. As an additional argument in favor of this 
statement serves the fact that the flame does not reach a steady-state regime, it accelerates until it 
reaches the top cover of the facility.  

4.3 Borghi diagram analysis 

With the view to get better insight into the processes taking place in the simulated experiments the 
observed flame propagation regimes can be analyzed with the help of the Borghi diagram (Borghi, 
1988). For the systematic mixture examination, the Lewis, Markstein, Karlovitz and turbulent 
Reynolds numbers of all three conditions were calculated (see Table 4). Those magnitudes as well as 
the other data necessary to perform such analysis were selected in the same location, far away of the 
flame front and at a time when the flame has been reaching the middle of the facility. Only qualitative 
comparison between the cases is possible. 

The gases composition of the problem HD-12 has a Lewis number approximately equal to 3.0 while 
the Markstein number is equal to -0.47. Both values imply an unstable mixture prone to 'erratic' 
propagation and local quenching. The flame is located in the flamelet regime area in the border 
between the wrinkled and the wrinkled with pocket formation region u'/SL ≈ 1.0 For the HD-15 
problem, the propagation regime still remains close to the line u'/SL ≈ 1.0. The main difference 
between the mixtures lies in the fact that the Ma < 0 for 8% vol. H2 while Ma > 0 for 10% H2 vol., 
which makes second composition much more stable. The mixture of the case HD-22 causes a different 
combustion regime. The integral scale of the turbulence, evaluated during the simulations, was 
significantly smaller, around one order of magnitude, that for the tests HD-12 and HD-15. The level of 
turbulence was also smaller. The combustion regime still lies in the flamelet region but in the laminar 
flamelet area; also, note, that this mixture has a Markstein number approximately equal to zero. 
Remarkably, that for all three mixtures the Markstein number, describing the sensitivity of the flame 
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to its curvature, is completely different in each of the tests producing in our opinion three different 
flame propagation regimes.  

Table 4: Characteristics of the gases 
Case Re’t

2 Ka3 Da4 Le5 Ma6 Combustion regime 
HD-12 852 0.02 1500 3.0 -0.47 Wrinkled flames 
HD-15 946 1.92 10-3 1068 2.87 1.57 Wrinkled flames 
HD-22 88 0.01 339 2.91 0.033 Laminar flamelets 

0.1 1 10 100 1000 10000
L/δ

0.1

1

10

100

u'
/S

L

Re
t =100

Re
t =10000

Da=
1

Da=
10

0

Da=
10

00
0

Ka=1

Re
t =1

Laminar
flames

Quenching

Flamelets

Laminar
flamelets

Thick
Flames

Thickened

wrinkled flames

Wrinkled
flamelets

Wrinkled flamelets 
with pockets

Thickened
Flames

 

Figure 7: Borghi diagram. Circle denotes test HD-12, diamond HD15, triangle HD-22. Values for the 
turbulence obtained in the intermediate phase of the propagation. L, integral scale of the turbulence, δ 

flame thickness. 

4.4 Parametric instability analysis 

The pressure readings of the HD-22 experiments, which have strong oscillations appearing soon after 
the flame reaches approximately the half height of the facility, could not be explained as caused by 
wrinkling of the flame due to the Rayleigh-Taylor instability or just by the presence of a strong 
turbulent field. The spectrum obtained by the Fourier analysis of the pressure signal, shown in Figure 
8, shows a resonance in the first transversal harmonic7 (exact values are listed in Table 5).  
 
The generation of pressure waves by flames propagating in closed volumes is a known problem. The 
interaction between them has been investigated decades since the early works of Markstein (1964). 
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7 To calculate the transversal characteristic frequencies, the speed of sound of the cold fuel was selected. 
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The waves generated during such process can be described as weak shocks or sound waves. For weak 
shocks the typical time for the sound to traverse the burning chamber is much longer than the typical 
time of flame dynamics, here it is Darrieus-Landau (DL) instability typical time. In the opposite case 
such pressure perturbations can be considered as sound waves. For the problem we are dealing with, 
the DL typical growth rate frequency8 (120 Hz) and the first transversal harmonic of the chamber (143 
Hz) are comparable. Thus, neither of the previous limiting cases is directly applicable. 
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Figure 8: Spectrum of the pressure signal, first and second transversal harmonic. 

 
Table 5: Sound speed and first transversal harmonic frequency for the three experiments analyzed. 

Case Sound speed, m/s First harmonic frequency, Hz 

HD-12 389.2 121.5 

HD-15 440.5 137.5 

HD-22 460.5 143.75 

Aware of this difficulty, the authors have decided to consider the waves as acoustic. The linear 
theoretical results contained in the reference (Bychkov, 2000) were applied to evaluate the 
enhancement of the combustion rate. If the previous modeling hypothesis is accepted, the flame is 
going to be subjected to the acoustic and the parametric instabilities. Following the references 
(Bychkov, 2000) and (Searby, 1986) the acoustic and parametric stability limits were calculated and 
ploted in Figure 9. Some detailled characteristics of the mixture utilized to perform the calculations 
were included in Table 6. 
 

Table 6: Characteristics of the mixtures selected for the calculation of the stability and instability 
growth rate. 

Marc. 
Num. 
Ma.9 

Cin. 
Visc. 
νννν 
m2/s 

Ther. 
Diff. 
Χ 
m2/s 

Diff. 
D 
m2/s 

Activ. 
Energ. 
Ea/R 

Temp. 
Producs 
Tb K 

Temp 
fuel 
T0 K 

Lam. 
Flam. 
Vel. 
SL 
m/s 

Exp. 
Ratio. 
σ 

Acoust. 
Frec. 
Hz 

Red. 
Accous. 
Wave  
Amp. 
Ua/SL 

3.18 2.70 
10-5 

3.4 
10-5 

1.01 
10-4 

4810 1179 430 0.13 2.7 143 65. 

The mechanism driving to the final registered unstable results was, in opinion of the authors, the 
following: In the first stage, the flame generated acoustic waves, which amplitude could be estimated 
(Bychkov, 2000) as Ua = (σ-1)SL ≈ 0.5 m/s, triggered the acoustic instability. Then, in a feedback 
process, the amplitude of such oscillations (they could be calculated following the method stated in 
(Bychkov, 1999)) reached a level in which the stable band between the acoustic and the parametric 
area was overcome, very probable in the transversal direction (the amplitude of the stable band is 
proportional to the frequency of the acoustic oscillations, in the longitudinal direction the frequency 

                                                
8 Calculated following (Bychkov, 2000). 
9 Defined in (Searby, 1986) eq. (6). 
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should be three times smaller). Then, another feed-back mechanism (parametric instability), was 
responsible for the transversal direction instability. 
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Figure 9: Left: Stability limits of the gases mixture for both the acoustic and the parametric instability. 

Right: Growth rate of the parametric instability for the mixtures. 
 
The equation (2) provides a way to calculate the enhancement of the mass consumption rate due to 
flame wrinkling strengthen by the instability. The sub-grid wrinkling generation and suppression 
factors, G and R (eqs. (3) and (4)) can be evaluated for this problem. The surface wrinkling factor Ξ 
can be easily estimated to be approximately 1.79 in the equilibrium state dΞ/dt = 0.  
The post-calculations for the HD-22 test were performed using the described enhancement 
mechanism. Good agreement between experimental results and simulation was obtained both for the 
pressure and for the flame position (see Figure 4). 
In the opinion of the authors the reasons why the other mixtures do not suffer those parametric 
instabilities can be formulated as follows. A significant difference in the sound speeds between the 
mixtures in the experiments HD-12 and HD-22 exists (see Table 5). For the mixtures of the 
experiments HD-15 and HD-22 such difference is not as significant. Two competitive mechanisms 
appear: on one side HD-15 mixture has a much larger positive Markstein number (the width of the 
stability band between the parametric and the acoustic instability is proportional to it); on the other 
side, there exists a small reduction in the first harmonic frequency between the two cases. The band of 
stability of the problem HD-15 is finally wider and therefore the mixture does not suffer any flame 
surface enhancement due to parametric sight instability. 

5 CONCLUSIONS 

One 'blind' simulation and three post-test simulations for three large-scale experiments on hydrogen-
air combustion in lean mixtures were performed. The experiments included variation of the 
temperature: normal ambient and elevated; concentration of hydrogen and component content: 
hydrogen-air and hydrogen-air-steam. The results of the simulations were compared with the 
experiments and analyzed in details.  
Although the conditions were highly similar and the hydrogen concentration was varied only from 8 % 
to 10 % vol. the distinctly different combustion regimes were identified. For the 8% vol. H2 mixture 
the analysis assumed a buoyant flame driven by the Rayleigh-Taylor instability. In case with a 10% 
vol. H2 dry mixture a buoyant flame driven by the low intensity turbulence field generated by its own 
motion was found. Finally, the mixture containing 10% vol. H2 diluted by 25% vol. of steam showed a 
combustion pattern mainly determined by the interaction of the flame with acoustic waves. Good 
agreement with the experimental data was obtained with the results of the simulations performed for 
each of the tests.  
The observed phenomena, confirmed that the application of CFD combustion simulations in the area 
of nuclear safety requires an extremely cautious approach to obtain reliable and conservative results. 
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Abstract 

Experiments were done at the TOPFLOW facility of the Forschungszentrum Dresden-Rossendorf to 
establish a CFD-grade database on the condensation of steam bubbles injected into sub-cooled 
upwards vertical pipe flow. Bubble condensation has to be considered in Nuclear Reactor Safety 
Research, e.g. if sub-cooled boiling or bubble entrainment caused by ECC injection occurs. Bubble 
size distributions are important, since the condensation rate is proportional to the interfacial area 
density. To develop and validate closure models for CFD codes experimental data with high resolution 
in space and time are required. The steam was injected via orifices in the pipe wall located at different 
distances from measuring plane. 1 mm and 4 mm injection orifices are used to vary the initial bubble 
size distribution. The variation of the distance between the location of the gas injection and the 
measuring plane allows investigating the evolution of the flow along the pipe. Pressure, steam and 
water flow rates and the sub-cooling were also varied. Measurements are done using wire-mesh 
sensors and thermocouples. Data on averaged void fraction, radial gas volume fraction profiles, 
profiles of the gas velocity and bubble size distributions in dependency of the L/D ratio are available.  

1.   INTRODUCTION 

While CFD codes are frequently used for industrial applications on single phase flow problems they 
are not mature for two-phase flows. An overview on the present two-phase capabilities of CFD-Codes 
related to Nuclear Reactor Safety (NRS) Research is given by Bestion et al. (2009). The qualification 
of CFD codes for two-phase flows is one of important requirement of future NRS research. There are 
different ongoing activities worldwide to meet this goal. In frame of the German Computational Fluid 
Dynamic (CFD) association activities of different institutions are united to develop and validate CFD 
codes for their application to nuclear reactor safety assessment. The reference code chosen for this 
purpose is ANSYS-CFX, but the developed closure models are widely code independent. In the 
European frame the Integrated Project NURISP should be mentioned which aims on the establishment 
and further development of an European Code platform for NRS. In the sub-project on thermo-
hydraulics the improvement of the two-phase capabilities of CFD codes is one of the most important 
topics. 

Two-phase flows are characterized by a complex structure of the interfaces between the phases. As 
with turbulence, in general it will not be possible to resolve this interface in the numerical model with 
all its fine structures. Instead, averaging procedures are applied which blur the information on the 
interface. The widely used two-fluid model (see e.g. Drew and Lahey, 1979, Ishii and Mishima, 1984) 
assumes two interpenetrating phases – i.e. both phases are present simultaneously at each spatial 
location; just the volume fractions occupied by each of the phases are considered, and their variation 
in space and time. However, all interfacial transfers – mass, momentum and energy – sensitively 
depend on the interfacial structure. For this reason, these transfers have to be considered by closure 
models even in multi-phase CFD simulation.  

The validation of CFD codes, modelling concepts and closure models requires the acquisition of new 
experimental data with a high resolution in space and time. New measurement techniques such as 
tomography methods have to be developed and applied to meet these requirements. The TOPFLOW 
facility of Forschungszentrum-Dresden-Rossendorf (FZD) combines two-phase flow experiments at 
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conditions close to the application (high pressure and temperature, relatively large scales) and 
innovative measuring techniques. 

A special topic of our research is the development and validation of models for poly-dispersed flows. 
Many activities were done to improve the modelling of adiabatic bubbly flows in the frame of CFD. In 
this case models for momentum transfer between the phases are most important. Usually they are 
expressed as so-called bubble forces. Experimental investigation as well as Direct Numerical 
Simulations (DNS) showed, that these bubble forces strongly depend on the bubble size. In addition to 
the well known drag force also virtual mass, lift, turbulent dispersion and wall forces have to be 
considered (Lucas et al., 2007). The lift forces even changes its sign in dependence of the bubble size 
(Tomiyama et al., 2002). In consequence large bubbles are pushed to the opposite direction than small 
bubbles if a gradient of the liquid velocity perpendicular to the relative bubble velocity exists (Lucas et 
al., 2001, Prasser et al., 2007). To simulate the separation of small and large bubbles more than one 
momentum equation is required (Krepper et al., 2005). For this reason recently so-called 
Inhomogeneous-MUSIG (MUlti SIze Group) model was implemented into the ANSYS-CFX code 
(Frank et al., 2008, Krepper et al., 2008). It allows the consideration of a number of bubble classes 
independently for the mass balance (for a proper modelling of bubble coalescence and breakup a large 
number of bubble groups is required) and for the momentum balance (only very few classes can be 
considered due to the high computational effort, criteria for the classification can be derived from the 
dependency of the bubble forces on the bubble size, e.g. the change of the sign of the lift force). In the 
first version of the Inhomogeneous MUSIG model only transfers between the bubble classes due to 
bubble coalescence and breakup can be modelled. In case of flows with phase transfer additional 
transfers between the single classes and the liquid and transfers between bubble classes caused by 
growth or shrinking of bubbles have to be considered. The equations for the extension of the MUSIG 
models were derived (Lucas et al., 2009) and recently implemented into the CFX code.  

These extensions of the Inhomogeneous MUSIG model allow to simulate flows with phase transfer in 
principle. However, for a simulation based on physics in addition proper closure models for 
evaporation and condensation rates are required. Usually these phase transfer rates are assumed to be 
proportional to the interfacial area density and the overheating or sub-cooling, respectively. For this 
reason detailed information on the evolution of local bubble size distributions and local temperature 
profiles is needed. Wire-mesh sensors were successfully used to measure local bubble size 
distributions in air-water (Lucas et al., 2010), steam-water (Prasser et al., 2007) and air-silicone oil 
(Szalinski et al., 2010) flows. Especially the database on air-water flow (Lucas et al., 2008, 2010) is 
used to validate model concepts for poly-dispersed flows but also closure models for bubble forces 
and bubble coalescence and breakup (e.g. Post-Guillen et al., 2009, Liao et al, 2010). While the 
available models for bubble forces provide an acceptable agreement with the experimental 
observations for a wide range of flow conditions the applicability of models for bubble coalescence 
and breakup is still limited (Krepper et al., 2008). First experiments using the wire-mesh sensor 
technology to investigate bubble condensation in an upwards vertical pipe were done in 2004. They 
clearly showed the effect of interfacial area density by comparison of experimental results for which 
only the initial bubble size distribution was modified by using different orifice sizes for bubble 
injection, but keeping the gas and liquid flow rates constant (Lucas and Prasser, 2007). Nevertheless 
these experiments had some preliminary character and some shortcomings due to the limited 
temperature measurement, the availability of only one wire-mesh sensor (not allowing to determine 
the gas velocity) and also due to the set pressure boundary condition. Learning from these tests, now 
new experiments are conducted. The new experiments base on the experimental setup used for the 
generation of the above mentioned air-water database (Lucas et al., 2010). Some extensions as 
described below were done to meet the requirements for measurements on flows with phase transfer. 

2. DESCRIPTION OF THE EXPERIMENTS 

2.1 The TOPFLOW facility 

TOPFLOW is the acronym for Transient twO Phase FLOW test facility. It is designed for the generic 
and applied study of transient two-phase flow phenomena in the power and process industries. By  
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applying innovative mea-
suring techniques TOP-
FLOW provides data suit-
able for CFD code develop-
ment and qualification. 
TOPFLOW allows to per-
form steam-water or air-
water experiments. The fa-
cility was described in 
detail by Schaffrath et al. 
(2001) and Prasser et al. 
(2006). Additional informa-
tion can be found at the 
TOPFLOW website 
(www.fzd.de/db/Cms?pN
id=1003).  

TOPFLOW can be operated 
at pressures up to 7 MPa 
and the corresponding 
saturation temperature of 
286 °C. The maximum 
steam mass flow is about 
1.4 kg/s, produced by a 4 
MW electrical heater. The 
maximum saturated water 
mass flow rate through the 

vertical test section is 50 kg/s. Different test sections can be operated between the heat source (steam 
generator) and the heat sink (cooling systems). Fig. 1 shows a scheme of the integration of the test 
section loop in the TOPFLOW facility.  

2.2 The Variable Gas Injection and the measuring procedure 

As in previous experiments on steam bubble condensation (Lucas and Prasser, 2007) the Variable Gas 
Injection device is used, but modifications were done to improve the experimental procedure as well 
as to improve the quality of the data. The scheme of the new setup is shown at Fig. 2. The test section 
consists of a vertical steel pipe with an inner diameter of 195.3 mm and a length of about 8 m. The 
measuring equipment which consists of a pair of wire-mesh sensors and a lance with thermo-couples 
is located at the upper end of the test section. The extended device is equipped with seven gas 
injection units which allow to inject air or steam via orifices in the pipe wall. The gas injection via 
wall orifices offers the advantage that the two-phase flow can rise smoothly to the measurement plane, 
without being influenced by the feeder within the tube at other height positions. The injection devices 
are arranged almost logarithmically over the pipe length since the flow structure varies quite fast close 
to the gas injection mainly caused by the radial redistribution of the gas. Six of the gas injection 
modules consist of three injection chambers each. Two of the three chambers (the uppermost and the 
lowest) have 72 x 1 mm orifices. The middle chamber has 32 x 4 mm orifices, which is used to vary 
the initial bubble size distribution. For rotation–symmetric gas injection, all orifices per chambers are 
equally distributed over the circumference of the pipe. For the new condensation experiments an 
additional injection chamber with 1 mm orifices is installed as close to the measuring plane as possible 
(38 mm between gas injection and measurement plane of the first wire-mesh sensor in flow direction; 
L/D ~ 0.2). This was done to provide more detailed information on the injected steam bubbles. Only 
one injection chamber is activated for a single measurement. L/D is increased by using the steam 
injection chambers from “@” through “R” and “B” through “Q” for 1 and 4 mm injection respectively. 

The liquid phase is supplied from the bottom of the test section by means of an isolating valve and a 
90° bend. The test section pump (see Fig. 1) circulates the saturated water from the steam drum to the 
lower end of the variable gas injection. In addition cold water is injected through a mixing device at 

 

Fig. 1:  The integration of the Variable Gas Injection test section in the 
TOPFLOW facility 
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the lower end of the test section. This allows to obtain a sub-cooling of the water of several Kelvin 
depending on the flow rates.  

In contrast to the previous experiments (Lucas and 
Prasser, 2007) the nominal pressure is now set at the 
position of the respectively activated injection 
chamber. Thus switching between different positions 
of the injection provides the same conditions like in 
case of a fixed location of the injection and shifting 
the measuring plane. This is especially important for 
the condensation experiments since the saturation 
temperature and by that also the sub-cooling depends 
on pressure. To adjust the pressure the absolute value 
is measured at the upper end of the test section. In 
addition the differential pressure between this 
measurement position and the position of the single 
gas injection is determined (see Fig. 2). After 
adjusting the pressure for the selected flow rates and 
for the position of the activated steam injection, the 
aspired sub-cooling has to be set up. The water 
temperature is measured by thermocouples, mounted 
in the saturated and the cold water pipes as well as in 
the Variable Gas Injection pipe below the injection 
levels R and O for the mixing temperature (see Fig. 
2). The total water mass flow rate (saturated water 
from the loop and the additional cold water injection) 
and the water temperature are adjusted together 
finally to reach the aspired values. 

2.3 Measuring techniques 

Numerous papers were published in the past on the 
wire-mesh sensor technology (e.g. Prasser et al., 
1998, 2001) and on experiments using the wire-mesh 
sensor (e.g. Lucas et al., 2010). For this reason here 
only the basic principle is presented. A wire-mesh 
sensor consists of two grids of parallel wires, which 
span over the measurement cross-section. The wires 
of both planes cross under an angle of 90°, but do not 
touch. Instead there is a vertical distance between the 

wires at the crossing points. At these points the conductivity is measured. According to the different 
conductivity of gas and water the phase present in the moment of the measurement at the crossing 
point can be determined. Many different types of wire-mesh sensors were built and successfully used 
during the last 15 years. 

In the present case, two new developed high temperature wire-mesh sensors (Fig. 3) are employed. 
They are designed for an operational pressure up to 7 MPa and the corresponding saturation 
temperature of 286°C. Each plane of the sensors is composed of 64 x 64 wires that have a lateral pitch 
of 3 mm. The distance between the two grid levels is app. 3 mm. Due to thermal expansion it is 
necessary to stress each single wire by a spring. A disadvantage of the previous wire-mesh sensor 
design was the occurrence of leakages at high pressures. For this reason the present sensor seals each 
of the 128 wire electrodes with a single packing box. Inside these boxes employed a new synthetic 
material which allows the electrical and pressure insulation simultaneous up to high temperatures. 
Additionally, the packing boxes simplify the replacement of damaged wires. Furthermore the body of 
the sensor is designed modular. This feature reduces the weight of the sensor essential and simplifies 
the maintenance. 

 

Fig. 2:  Scheme of the test section Variable 
Gas Injection (from Lucas et al., 2010b) 
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Measurements are done with a 
frequency of 2500 frames per 
second, i.e. 2500 pictures of the 
instantaneous gas distribution in the 
pipe cross section are obtained. The 
measuring time was 10 s, i.e. the 
result of one single measurement is 
a three-dimensional matrix of 
64*64*25.000 values of the 
instantaneous local conductivity. By 
a calibration procedure a matrix of 
the instantaneous local volume void 
fraction with the same dimensions is 
calculated. 

The 64*64*25.000 matrix of void 
fraction values can be visualized to 
provide an impression of flow 
characteristics. More important is 

the generation of quantitative data by using averaging procedures. Most important is the time 
averaging, which e.g. leads to time averaged two-dimensional gas volume fraction distributions in the 
pipe cross section. Due to the radial symmetry of the data the statistical error can be further lowered 
by an azimuthally averaging. To do this the cross section is sub-divided into 80 ring-shaped domains 
with equal radial width. The contribution of each mesh is calculated by weight coefficients obtained 
from a geometrical assignment of the fractions of a mesh belonging to these rings. In the result radial 
gas volume fraction profiles are obtained.  

For the measurements two sensors were used which measurement planes have a distance of 42 mm. 
This allows to cross-correlate the gas volume fraction values of the two-planes for all mesh points 
which are located above each other. From the maxima of the cross-correlation functions the typical 
time shift of the local void fraction fluctuations can be determined. Since the distance between the 
measuring planes is known the local time averaged gas velocity can be calculated. The point-to-point 
two-dimensional gas velocity distributions in the pipe cross section are obtained in the results of this 
procedure. Again an azimuthally averaging is applied to obtain the radial profiles of the gas velocity. 
Please consider, that the second sensor is only used for the determination of the gas velocities. Due to 
the perturbing effect of the first sensor other data as especially bubble size distributions obtained from 
the second sensor would be distorted. 

The next step of the data evaluation procedure is the identification of single bubbles. A bubble is 
defined as a region of connected gas-containing elements in void fraction matrix which is completely 
surrounded by elements containing the liquid phase. A complex procedure, described by Prasser et al. 
(2001), applies a filling algorithm combined with sophisticated stop criteria to avoid artificial 
combinations as well as artificial fragmentation of bubbles. In the result the same identification 
number is assigned to all volume elements which belong to the same bubble. Different bubbles receive 
different identification numbers. These numbers are stored in the elements of a second array. This 
array has the same dimension as the void fraction array. Combining the information from the void 
faction and bubble number arrays together with the radial profiles of the gas velocity characteristic 
data of the single bubbles as bubble volume, sphere equivalent bubble diameter, maximum circle 
equivalent bubble diameter in the horizontal plane, coordinates of the bubble centre of mass, moments 
characterizing asymmetries and others are obtained. Based on these data cross section and time 
averaged bubble size distributions and radial gas volume fraction profiles decomposed according to 
the bubble size are calculated. The bubble size distributions are defined volume fraction related, i.e. 
they present the volume fraction per width of a bubble diameter class (equivalent diameter of a sphere 
with the measured bubble volume Vb is considered). 

In addition to the measurement of the two-phase flow characteristics by wire-mesh sensors also 
information on local temperatures is required. For this reason a lance of thermocouples is mounted 

 

Fig. 3:  High temperature wire-mesh sensors used in the 
present experiments 
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directly above the second wire-mesh sensor. It spans over the whole pipe diameter. The single 
positions of the thermocouples can be assigned to single measuring points of the wire-mesh sensor.  

2.4 Test matrix 

Measurements are done for 1, 2, 4 and 6.5 MPa pressure at the location of the gas injection and 
different levels of sub-cooling. The sub-cooling of the water is defined as difference between the 
saturation temperature which corresponds to the above mentioned nominal pressure and the 
temperature of the water arriving from below at the activated injection chamber. Downstream from the 
steam injection the sub-cooling decreases for two reasons: a) the water is heated by the condensing 
steam and b) the saturation temperature decreases together with the pressure. 

There are limits for a reasonable sub-
cooling. While heat losses over the 
experimental loop are quite small a sub-
cooling results from the fact, that the 
steam drum (which serves as separator in 
the test loop - see Fig. 1) is located at a 
height position similar to the top of the 
test section. Since the saturated water is 
taken from the steam drum sub-cooling is 
obtained at the lower end of the test 
section. The maximum sub-cooling is 
determined in general by the maximum 
flow rate of the cold water injection. For 
most experiments a more restrictive limit 
is given by the fact, that at a too high sub-
cooling, the steam vanishes along the flow 
path quite fast. One important intension of 
these experiments is to observe the 
evolution of the condensing flow along 
the pipe. For this reason at least for the 
upper most injection chambers down until 
level I (see Fig. 2) steam should arrive at 
the measuring plane. 

The minimum sub-cooling is obtained, if 
no additional cold water is injected in case 
of steam injection at the lowest injection 

device (i.e. largest L/D, levels P, Q and R – see Fig. 2). If higher injection devices are activated 
(measurements for lower L/D ratios) the system pressure has to be slightly increased to obtain the 
nominal pressure at this position due to the influence of hydrostatic pressure. An increase of pressure 
in the steam drum leads also to an increase of the water temperature since saturation conditions are 
established there. For this reason also in this limiting case some cold water has to be mixed in if higher 
steam injection chamber are activated. 

Table 1 shows the test matrix. Measurements were done for 3 different combinations of gas and liquid 
superficial velocities. The numbers of the points correspond to the general FZD test matrix for pipe 
flow (see e.g. Lucas et al., 2010). For 1, 2 and 4 MPa a superficial velocity of about 1 m/s for water  
(JL) and about 0.53 m/s for the injected steam (JG) were taken as reference point (140). To vary the 
flow rates measurements were also done with decreased steam flow rate (point 118, JG ~ 0.22 m/s) and 
decreased water flow rate (point 138, JL ~ 0.4 m/s). Due to the limitations in gas discharge from the 
orifices for 6.5 MPa lower steam flow rates are used. There are still ongoing experiments for 6.5 MPa. 
Also the data evaluation is not completed for this pressure. For this reason in the followings section 
only data from 1 to 4 MPa are presented.  

 

Table 1:  Test matrix 

Point JL [m/s] JG [m/s] ∆T  [K] 

1 MPa 

118 1.017 0.219 3.9, 5.0 

138 0.405 0.534 4.7, 5.3, 6.3, 6.6, 7.2 

140 1.017 0.534 3.7, 4.8, 5.0, 6.0 

2 MPa 

118 1.017 0.219 3.7, 4.9, 6.0 

138 0.405 0.534 4.8, 6.6, 8.7 

140 1.017 0.534 3.2, 5.0, 6.8 

4 Mpa 

118 1.017 0.219 2.7, 5.0, 7.2 

138 0.405 0.534 2.6, 6.6, 12.6 

140 1.017 0.534 2.6, 5.0, 7.6 

6.5 MPa 

096 1.017 0.0898 2.5, 5.0, 7.1 

116 0.405 0.219 2.9, 7.7, 12.5 

118 1.017 0.219 2.5, 5.0, 7.4 
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3. RESULTS 

In the result of the measurements an extensive database containing detailed information on the local 
interfacial structure and on temperatures was obtained. Of course not all the data can be presented in 
this paper, but general features and observations made are discussed. Some results of the experiments 
done at a pressure of 1 MPa were already presented by Lucas et al. (2010b). Two examples which give 
a qualitative impression of the void fraction distribution in the pipe are shown in Fig. 4. While the 
cross section averaged void fraction decreases due to condensation over all the pipe length in case of 
6.8 K sub-cooling, re-evaporation occurs for large L/D for the two cases with lower sub-cooling. This 
behaviour is discussed more in detail in the following section. 

       

Fig. 4:  Evolution of the void fraction along the pipe. Point 140 (JL = 1.017 m/s, JG = 0.534 m/s),         
2 MPa, sub-cooling: 3.2 K (left), 5.0 K (middle) and 6.8 K (right) 

 

3.1 Time and cross-section averaged void fraction 

In case of high sub-cooling, that averaged void fraction continuously decreases along the pipe and the 
steam finally completely vanishes. Examples for the evolution of the void fraction are shown in Fig. 5 
for two different pressure values. The volume flow rates of water and injected steam are the same in 
both cases. Although the sub-cooling is slightly larger in the 4 MPa case (7.6 K) the decrease of the 
void fraction is slightly slower compared to the 2 MPa case (sub-cooling 6.8 K). This is mainly due to 
the larger steam density. Also the influence of interfacial area density is clearly visible from the plots. 
Leaving all other parameter unchanged, the steam injection trough 1 mm orifices produces smaller 
bubbles compared to the 4 mm injection, i.e. the interfacial area density is larger. Consequently the 
condensation rate is larger in case of the 1 mm injection. For these cases with high sub-cooling the 
water temperature clearly remains lower than the saturation temperature at each position along the 
pipe. 
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Fig. 5:  Evolution of the cross section averaged void fraction along the pipe. Point 140                            
(JL = 1.017 m/s, JG = 0.534 m/s), left: 2 MPa and 6.8 K sub-cooling, right: 4 MPa and 7.6 K sub-cooling 

The situation is different for cases with low sub-cooling. Fig. 6 presents as an example the 
measurement done at 2 MPa and 3.2 K sub-cooling. For L/D < 10…15 the void fraction again 
decreases. For larger L/D an increase of the void fraction is observed which is mainly caused by 
evaporation. Of course the decrease of pressure along the pipe leads to a slight expansion of the gas, 
but this effect is much smaller. Due to the decreasing pressure with increasing L/D also the saturation 
temperature decreases (see Fig. 6, right-hand side). On the other hand due to condensation of the 
injected steam there is an increase of the water temperature. Most of this increase is observed directly 
at the position of the steam injection. For this reason the sub-cooling measured for the smallest L/D is 
already much smaller than the set value. Starting from L/D = 10…15 saturation conditions are reached 
and evaporation occurs. In this case the water temperature should be slightly higher than the saturation 
temperature. This is not seen in Fig. 6 (right-hand side). This demonstrates the uncertainty of the 
temperature measurement. Also after careful calibration the error of the thermo-couple measurement is 
in the order of 1 K. As in the example shown in Fig. 6 also in all other cases with re-evaporation the 
curves of the saturation temperature and the measured water temperatures are parallel.  
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Fig. 6:  Evolution of the cross section averaged void fraction (left) and averaged temperature (right) 
along the pipe. Point 140  (JL = 1.017 m/s, JG = 0.534 m/s), 2 MPa and 3.2 K sub-cooling 

The evolution of the averaged void fraction along the pipe for decreased steam and water flow rates 
and lowest sub-cooling values measured are shown in Fig. 7. The results are compared for different 
pressure values. Figs. 5 to 7 show, that the interfacial area density is important as long as a clear sub-
cooling is obtained. In contrast for conditions close to the saturation the dynamics of the phase transfer 
process are of less importance. 
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Fig. 7:  Evolution of the cross section averaged void fraction along the pipe. left: point 118                            
(JL = 1.017 m/s, JG = 0.219 m/s), right: point 138 (JL = 0.405 m/s, JG = 0.534 m/s) 

 

3.2 Radial profiles 

Since the steam is injected from the pipe walls the maximum of the radial void fraction profiles is 
found in the outer region of the pipe for small L/D. During the condensation process the bubbles 
migrate towards the pipe centre as shown in Fig. 8. The spreading of the steam over the pipe cross 
section gives useful data for the validation of models for lateral bubble forces. Due to the buoyancy 
effects the radial void fraction profile also influences the radial velocity profile. An example is also 
shown in Fig. 8. 

Obviously there is for all cases an intensive radial mixing of the liquid. For none of the experiments a 
pronounced radial profile of the temperature was observed. The temperature differences obtained from 
the single thermo couples distributed over the pipe radius are within the error level of the temperature 
measurement. 
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Fig. 8:  Radial profiles of the void fraction (left) and the gas velocity (right). Point 140                                 
(JL = 1.017 m/s, JG = 0.534 m/s), 4 MPa and 7.6 K sub-cooling, 4 mm injection 

The new steam injection chamber with 1mm orifices located at L/D = 0.2 below the wire-mesh sensor 
gives some insight in the flow situation close to the injection. As discussed by Lucas et al. (2010b) for 
the 1 MPa experiments also for higher pressure the radial velocity profiles are characterized at this 
position by a steep decrease of the gas velocity as demonstrated in Fig. 9 (right-hand side). The radial 
position of this steep decrease corresponds to the position of the maximum of the radial void fraction 
distribution (Fig. 9, left-hand side). The radial steam injection leads to a strong vortex. At the centre of 
this vortex the steep decrease is observed and the steam collects at the centre of this vortex. Due to the 
larger radial momentum the centre of the vortex is at a lower radial position for point 140 compared to 
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point 118. Also the height of the step of the velocity profile is slightly larger for the 4 MPa cases 
compared to the 2 MPa ones. 
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Fig. 9:  Radial profiles of the void fraction (left) and the gas velocity (right) at L/D = 0.2.                                               
(JL = 1.017 m/s, point 118: JG = 0.219 m/s, point 140: JG = 0.534 m/s) 

 

3.3 Effects of bubble sizes 

Bubble size distributions are calculated from the raw data as described in section 2.3. They present the 
gas volume fraction represented by each bubble class. Fig. 10 gives an example for the different 
bubble size distributions resulting from the 1 mm and 4 mm injection. Much larger primary bubbles 
are generated by the 4 mm injection. For the 1 mm injection the condensation process is superposed by 
bubble coalescence for small L/D. The size of the largest bubbles first increases until L/D ~ 7.4. The 
maximum of the distribution decreases for L/D > 2.5. For the largest L/D measured (~ 40) the bubble 
size distributions are similar for both injections. From Fig 7 (left side, red curve) can be seen, that 
some re-evaporation occurs at L/D ~ 40. 

0 10 20 30 40 50
Bubble diameter [mm]

0.0

0.2

0.4

0.6

0.8

1.0

1.2

V
ol

um
e 

fr
ac

tio
n 

pe
r 

bu
bb

le
 s

iz
e 

[%
/m

m
] 

L/D = 0.2
L/D = 1.1
L/D = 2.5
L/D = 7.4
L/D = 12.7
L/D = 22.6
L/D = 39.6

0 10 20 30 40 50
Bubble diameter [mm]

0.0

0.1

0.2

0.3

0.4

0.5

V
ol

um
e 

fr
ac

tio
n 

pe
r 

bu
bb

le
 s

iz
e 

[%
/m

m
] 

L/D = 1.4
L/D = 2.8
L/D = 7.7
L/D = 13.0
L/D = 22.9
L/D = 39.7

 

Fig. 10:  Bubble size distributions  for point 118 (JL = 1.017 m/s, JG = 0.219 m/s), 2 MPa, sub-cooling 
3.7 K 1 mm injection (left) and 4 mm injection (right) 

Fig. 11 shows bubble size distributions for a case with relatively weak condensation at low L/D and 
evaporation for large L/D (see Fig. 6) and a case with strong condensation all along the pipe (see Fig. 
5, right-hand side). In the first case there are only slight changes of the bubble size distribution 
observed along the pipe, while in the condensation case a continuous shift of the distribution towards 
smaller bubbles is found. 

One example for radial gas volume fraction profiles, decomposed according to the bubble size is given 
in Fig. 12. According to the lift force correlation by Tomiyama (2002) the critical diameter at which 
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the lift force changes its sign should be equal 4.4 mm for steam-water at 2 MPa. Indeed the 
experimental results show wall peak for bubbles less then 4.5 mm and a core peak for larger ones. 
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Fig. 11:  Bubble size distributions  for point 140 (JL = 1.017 m/s, JG = 0.534 m/s), 1 mm injection,           
2 MPa, sub-cooling 3.2 K (left), 4 MPa, sub-cooling 7.6 K (right) 

 

3.4 Uncertainties of the 
measurements 

Systematic as well as statistic error have to 
be considered. In general the number of 
measured bubbles is very high leading for 
all the presented data to a statistic error 
which is much smaller compared to 
possible systematic errors. This can also be 
seen from the flatness of the curves. An 
exception is the data decomposed according 
to the radial position and the bubble size. 
The fluctuations of the curves shown in Fig. 
12 result from statistics. The error of the 
temperature measurement is about 1K. 

Several investigations were done regarding 
systematic errors of the wire-mesh sensor 

measurements. Most important is the interaction between the bubbles and the sensor. Due to the lower 
surface tension this effect should be weaker for steam-water flows as investigated in this work 
compared to air-water flow at ambient conditions. Comparative measurements with gamma 
radiography of an air/water flow showed that the deviations between wire-mesh sensor and gamma 
measurement are limited to ± 5 % (Prasser 2000). The radiography of a steam/water flow at 
atmospheric pressure confirmed this statement (Manera et al. 2001). Differences in the absolute void 
fraction were determined in a comparison to X-ray tomography (Prasser et al. 2005) for a bubbly flow 
in the range of ± 1 % and for slug flow a systematic underestimation of approx. - 4 % was observed. 
Comparative measurements with a high-speed camera are available to estimate the measurement error 
for the determination of the volume equivalent bubble diameter. The investigations were performed in 
a transparent flow channel with air/water flows with different bubble sizes. Prasser et al. (2001) 
demonstrated that only bubbles with a diameter larger ~ 2 mm can be recorded due to the limited 
spatial resolution in case of a wire-mesh sensor with a pitch of the wires of 3 x 3 mm. In addition, the 
comparisons between the data of the wire-mesh sensor and the high-speed camera showed that the 
volume equivalent diameter is measured at superficial water velocities of > 0.2 m/s with an accuracy 
of ± 20 %. The data of an extensive air-water test series were used to compare air volume flow rates 
obtained from the measured void fraction and gas velocity profiles with the set values. An 
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Fig. 12:  Radial gas volume fraction profiles formed 
by bubbles of defined size ranges, point 118              

(JL = 1.017 m/s, JG = 0.219 m/s), 2 MPa,               
sub-cooling 3.7 K, 4 mm injection, L/D = 39.7 



OECD Nuclear Energy Agency & IAEA Workshop CFD4NRS-3, Experimental Validation and Application of CFD and CMFD Codes to 
Nuclear Reactor Safety Issues, Washington D.C., USA, 14–16 September 2010 

 

- 12 - 

overestimation up to about 20 % (relative error) was observed for the measurements on bubbly flows 
at low void fraction (Lucas et al., 2010b). 

4. CONCLUSIONS 

CFD-grade data suitable for the validation of CFD approaches for poly-dispersed flows as well as 
corresponding closure models for mass, momentum and energy transfer between the phases are 
obtained in a new measuring series at the TOPFLOW facility of Forschungszentrum Dresden-
Rossendorf. Condensing upward vertical pipe flow is investigated for pressure values of 1, 2, 4 and 6.5 
MPa. Steam and water flow rates and the level of sub-cooling were also varied. Due to decreasing 
hydrostatic pressure along the pipe in some cases also re-condensation was obtained. The database 
presently comprises radial gas volume fraction profiles, radial profiles of the gas velocity, bubble size 
distributions, radial volume fraction profiles decomposed according to the bubble size and temperature 
distributions. The data are presently used to validate the extensions of the Inhomogeneous MUSIG 
model for phase transfer recently implemented into CFX (Schmidtke et al., 2010). 
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Abstract. 
 
A set of two phase flow experiments for conditions ranging from bubbly flow to cap/slug flow 
have been performed under isothermal concurrent air-water flow conditions in a vertical column 
of 3 m height. Also the liquid properties like the surface tension have varied by adding small 
quantities of 1-Butanol in order to see how these changes affect to the two phase flow 
properties. 
Numerical simulations of these experiments for bubbly flow conditions were performed by 
coupling a Lagrangian code that tracks the 3D motion of the individual bubbles in cylindrical 
coordinates ),,( zr   inside the fluid field under the action of the following forces: buoyancy, 
drag, lift, wall lubrication. Also we have incorporated a 3D stochastic differential equation 
model to account for the random motion of the individual bubbles in the turbulent velocity field 
of the carrier liquid. Also we have considered the deformation that suffers the bubbles when 
they touch the walls of the pipe and are compressed until they rebound.  
The velocity and turbulence fields of the liquid phase were computed by solving the time 
dependent conservation equations in its Reynols Averaged Transport Equation form (RANS). 
The turbulent kinetic energy k, and the dissipation rate   transport equations were 
simultaneously solved by using the k, epsilon model in a (r,z) grid by the finite volume method 
using the SIMPLER algorithm. Both Lagrangian and Eulerian calculations were performed in 
parallel and an iterative self-consistent method was developed. 
 
1 INTRODUCTION  
 
Understanding the dynamics of multiphase systems is an issue of particular interest in the field 
of Computer Fluid Dynamics (CFD) applied to Nuclear Reactor Safety. A better knowledge of 
the forces that act on the bubbles moving in a continuous turbulent random fluid field is of 
importance for a complete description of the bubble’s motion and to obtain for instance the 
radial and axial void fraction distribution inside the reactor channels.  
Experiments specifically designed to understand the forces that act on the bubbles are a tool 
necessary to validate the models implemented inside the CFD codes. With this goal in mind, an 
upward isothermal co-current air-water flow in a vertical pipe (52 mm inner diameter) has been 
experimental investigated. Local measurements of void fraction, interfacial area concentration 
(IAC), interfacial velocity and Sauter mean diameter were measured using a four sensor 
conductivity probe. Liquid velocity and turbulence intensity were also measured using Laser 
Doppler Anemometry (LDA). Different air-water flow configurations were investigated for a liquid 
flow rate ranged from 0.491 m/s to 3 m/s and a void fraction up to 25 % .For each two-phase flow 
configuration twenty five radial position and three axial locations were measured by the 
conductivity probe methodology, and several radial profiles were also measured with LDA at 
different axial positions. 
Numerical simulations of these experiments for bubbly flow conditions were performed by 
coupling a Lagrangian code that tracks the 3D motion of the individual bubbles in cylindrical 
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coordinates ),,( zr   inside the fluid field under the action of the following forces: buoyancy, 
drag, lift, wall lubrication (Auton 1987, Antal at al.1991, Tomiyama et al 1997, 2002) Also we 
incorporate a 3D stochastic differential equation model to account for the random motion of the 
individual bubbles in the turbulent velocity field of the carrier liquid. This type of models 
denoted as continuous random walk models are used to predict the turbulent diffusion of the 
bubbles in the fluctuating velocity field of the carrier fluid (Bocksell and Loth 2006, Dehbi 
2008). Also we have considered the deformation that suffers the bubbles when they touch the 
walls of the pipe and are compressed until they rebound.  
The velocity and turbulence fields of the liquid phase were computed by solving the time 
dependent mass, energy, and momentum conservation equations in its Reynols Averaged 
Transport Equation form (RANS). The turbulent kinetic energy k, and the dissipation rate   
transport equations were simultaneously solved by using the k, epsilon model or the 
renormalized group model (RNG) model in a (r,z) grid by the finite volume method using the 
SIMPLER algorithm. Both Lagrangian and Eulerian calculations were performed in parallel 
because when integrating the 3D stochastic differential equations  that  take into account the 
motion of the bubbles in the fluid field we must consider the  effect of the turbulence on the 
bubble’s motion. To do this we must know the turbulence field that feels the bubble at each 
position along the path trajectory. Good predictions were obtained for the bubbles trajectories 
and the void fraction distribution in the channels when we consider that the lift radial force 
depends on the bubble’s size and the bubbles are distorted, expressing this deformation in terms 
of the Eötvos number (Tomiyama 2002). 
 
2 THE LAGRANGIAN MODEL FOR TRACKING THE BUBBLES 
 
2.1 The forces acting on a single bubble 
 
The bubble motion in cylindrical coordinates ),,( zr   in the fluid field is governed by the 
following set of equations: 

     
i

i
b

blvg F
dt
ud

VC


      (2.1) 

Where vC is the coefficient of the virtual mass force which is assumed equal to 0.5, Vb is the 

volume of the bubble, and iF


 are the different forces acting on the bubble. In cylindrical 
coordinates this equation is equivalent to the following set of equations: 
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Where ziiri FFF ,,, ,,  are the radial, azimuthal and axial components of the i-th force acting on 
the bubble, and the point on the coordinate components means derivation with respect the time. 
The components of the velocity in cylindrical coordinates are denoted by  
  ),,(,, zrruuu zr    . 
The main forces that act on the bubble are the buoyancy force, the drag force, the lift force, the 
wall-lubrication force and the deformation force.  
The buoyancy force acting on the bubble is directed in the positive axial direction and its 
components are given by: 
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   gVFFF glbbzbbr   ,0,0     (2.5) 
 
The Drag force DragF


acting on the bubble depends on the relative velocity between the bubble 

and the continuous phase (liquid), its components are given by the following expression: 
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        (2.6) 

Where lbrel uuu 
  is the relative velocity that feels the bubble at a given position in the 

liquid velocity field. For the Drag coefficient CD we have used the expression given by 
Tomiyama (1997): 
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Where bRe  and Eob are the Reynolds and the Eötvos numbers respectively for the bubble given 
by: 
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Finally,   is a experimental coefficient that is taken equal to one. 
The experiments performed in vertical pipes with bubbly flow showed that relatively small 
bubbles tend to migrate toward the wall while large bubbles tend to migrate toward the centre. 
This lateral motion was attributed to the so called lift force, which it is due to the motion of a 
particle in a fluid with a velocity gradient in the movement direction; this gradient causes a 
shear field. The first analytical expression for the lift force was deduced by Auton (1987) for the 
case of a spherical particle moving in a velocity gradient of an inviscid fluid. Then this 
expression was extended by Tomiyama et al. that considered the interaction between the bubble 
and the shear field of the fluid (2002), and also considered the deformation of the bubble.  This 
lift force acting on the bubbles is given according to Tomiyama (2002) by the following 
expression: 
 
    


 lblbTLF uuVCF       (2.9) 

 
Where 


is the vorticity of the continuous phase velocity field, lu


 and CT is the 

Tomiyama lift force coefficient that takes into account the interaction between the distorted 
bubble and the shear field and is given by: 
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Where dEo  is an Eötvos modified number, given in terms of the maximum horizontal 
dimension of the bubble dhb 



 

4 
 

  
3 757.0

2

163.01

)(

Eoddwith

dg
Eo

bhb

hbgl
d









                                                           (2.11) 

 
And the function )( dEof is the same function defined by Tomiyama: 
 
  474.00204.00159.000105.0)( 23  dddd EoEoEoEof      (2.12) 
 
We note that the coefficient CT defined by Tomiyama becomes negative when the bubble 
diameter becomes bigger than 5.8 mm. This means that for big bubbles the lift force has 
opposite direction than for small bubbles. 
The vorticity in cylindrical coordinates is computed by means of the expression: 
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 Because the CFD calculations shows that the velocity profile is logarithmic, we have 
assumed that the average fluid velocity profile in the z direction that is being used to compute 
the vorticity depends on the radial coordinate in the developed flow region and is given by: 
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   (2.14)  

 
Where lwu  /*  , being w the shear stress at the pipe wall, and the constants B and   
are: B=5, and 41.0 is the Von-Karman constant, and R is the pipe radius. 

Therefore on account of equations (2.9), (2.13) and (2.14) the expression for the lift force is 
given in cylindrical coordinates by: 
                     

  rlzbzfbTzlrbrrlzbzfbTLF euuVCeuueuuVCF ˆ)(ˆ)(ˆ)(   


 (2.15) 
 
On account of equation (2.13) for the vorticity and equations (2.14) and (2.15), the lift force can 
be computed by means of the following expression: 
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The next force considered in the model is the bubble deformation force. According to Zaruba et 
al (2007), we need to take on account this force to prevent the bubble centre of mass 
displacement to be unrealistically close to the wall. To compute this force we have assumed a 
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bubble that when approaching and touching the walls deforms and adopts an oblate shape as 
displayed at figure 1. We have assumed that the deformation of the bubble conserves the 
volume so we may write  
 

   2/1
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b       (2.17) 

Where y is the distance from the wall to the bubble centre, and a denotes the dimension of the 
ellipsoid in the direction parallel to the wall. This ellipsoid is obviously oblate with ay  . The 
area of this ellipsoid can be calculated as the surface of a revolution spheroid with symmetry 
axis orthogonal to the wall. After some calculus this area is given by the expression: 
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The work that is needed to deform the bubble from the spherical form to the oblate one with 
distance y from the wall to the bubble centre is: 
    )()()( bRySySSyW      (2.19) 

                                    
 
Figure 1 Bubble deforming while its gravity centre approach to the wall 
 
Therefore the corresponding force acting on a single bubble with rRy   is given on account 
that ry ee ˆˆ  by: 
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           (2.20) 
This deformation force is directed toward the centre of the tube. 
The last force considered in the Lagrangian model is the wall lubrication force. This force is 
originated as a consequence of the drainage of liquid around a bubble that is moving in the 
vicinity of the pipe wall. The non-slip condition at the wall should slow the drainage rate 
between the bubble and the wall, at the bubble-wall side, while the drainage of liquid is 
increased on the opposite side of the bubble. Therefore we have a asymmetrical drainage of 
liquid for a bubble moving close to the wall. As a consequence the bubble suffers a 
hydrodinamic force known as wall lubrication force. The expression for the force was first 
deduced by Antal et al (1991), and then improved by Tomiyama et al (1997): 
 

rwLlzbzlbWLWL erfuuVCF ˆ)(2 
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The coefficient of Tomiyama and Hosokawa (2002) for the wall lubrication force is given in 
terms of the bubble Reynolds number bRe and the Eotvos bubble number, which is the ratio of 
the buoyancy to surface tension forces acting on the bubble: 
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And the function )(rf wL , that defines the wall lubrication forces near the wall is: 
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2.2 The model of turbulent diffusion by eddies and the connexion with the CFD 
model for the continuous phase. 
 
For the numerical simulation of the continuous phase, the ideal method is to describe all the 
spatial and temporal scales down to the Kolmogorov scales, but this approach known as direct 
numerical simulation (DNS), is not practical for most of the engineering problems, since the 
numerical resources increase with the Reynolds number. A better approach commonly used to 
simplify the calculations is to predict the time-averaged velocity and the turbulence properties 
by solving the random averaged Navier-Stokes equations, and to use the  turbulence parameters 
values ,k  obtained at the different points of the space r to build a statistical model that gives 
the instantaneous fluid fluctuation velocities that are seen by the bubbles in a Lagrangian frame. 
Therefore, the average velocity of the fluid is computed by solving the random averaged 
Navier-Stokes equations (RANS) with the ,k model in cylindrical coordinates. However the 
liquid velocity lll uuu 


that appears in equations (2.6), (2.9), (2.15), and (2.21) is composed 

of an average part lu


 that is computed solving the RANS equations and a fluctuating part lu   
due to the eddies that is obtained by a continuous random walk model in 3D, with isotropic 
turbulence, that in the region where the flow is completely developed we have assumed obeys 
the following Langevin equation (Bocksell and Loth 2006):  
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Where ),( zrk denotes the turbulent kinetic energy per unit mass at point (r,z), and we have 
assumed to simplify the calculations that there is not azimuthal dependency by the symmetry of 
the problem, L is the characteristic time of the Lagrangian time scale correlation (Dehbi 2008).  
Finally the vector   zr   ,,


denotes a Gaussian vector white noise random process, its 

components are independent Gaussian random numbers. 
The model given by equation (2.24) assumes isotropic turbulence and no correlation between 
different components of the fluctuating fluid velocity. The characteristic time L   is computed 
away from the boundary layer by the following expression: 
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At the boundary layer we have used the following expression computed by DNS  by Kallio and 
Reeks (1989): 
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Where the non-dimensional Lagrangian time scale is defined by 
l

LL
u
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Equation (2.24) is equivalent to the following stochastic differential equation system: 
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Where Wd


is a 3 dimensional Wiener process. 
In computing the turbulence kinetic energy that appears in equations (2.24), (2.25) and (2.27) 
we must consider the turbulence induced by the bubbles in the liquid phase. We have 
considered that the turbulence kinetic energy induced by the bubbles depends on the void 
fraction and the Reynolds number for the bubbles so we write for the total turbulence to be 
considered in (2.27): 
 
          (2.28) 
 
Where the turbulence  induced by the bubbles is given by the expression: 
 
          (2.29) 
 
Where the value of CIb has been chosen equal to 5.5 10-5 , by comparison between the 
calculation results and the experimental data. 
 
To finish this section we must say that when the bubbles move in the axial direction inside the 
pipe they expand its size because the pressure exerted by the liquid column diminishes. This 
expansion is computed by the program by taking into account the pressure of the water column 
over the bubble and the effect of the surface tension assuming that the gas inside the bubble 
behaves like a perfect gas. 
 
3 GOVERNING EQUATIONS FOR THE CONTINUOUS CFD MODEL IN 

CYLINDRICAL GEOMETRY. 
 
The time dependent Reynolds–Averaged governing equations for the momentum of the liquid 
continuous phase when no condensation is included and we assume that this phase behaves as a 
Newtonian incompressible fluid with stresses dominated by the turbulence is given by: 
  

i) radial-component of the momentum equation 
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ii)    z-component of the momentum equation 
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Where ziri fandf ,, ,  are the components of the interfacial forces per unit volume in the 
radial and axial directions respectively. 
 

The Reynolds shear and normal stresses in the k-ε model are modelled by the effective 
viscosity formulation, which is a direct extension of the laminar deformation law: 
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Where the turbulent eddy viscosity is given according to Launder and Spalding (Launder and 
Spalding 1972) by: 

 


 

2

,
kc llt          (3.6) 

According to Dhotre, Smith and Niceno the incorporation of the bubble induced viscosity to  
did not alter the simulation results, so in this model we have not considered this contribution to 
the effective viscosity (Dhotre et al 2007), so the neglected contribution to the viscosity is : 
 
                        (3.7) 
 
We have used to calculate the turbulence energy and the dissipation rate the standard   
model  with the model constants suggested by Launder and Spalding  (Dhotre et al 2007). 

 
4 EXPERIMENTAL FACILITY, INSTRUMENTATION AND EXPERIMENTS.  
 
4.1 Description of the experiments 
 
The experimental work was performed using a thermo-hydraulic loop placed at the Energy 
Engineering Institute in Polytechnic University of Valencia (Spain).  The loop is schematically 
illustrated in Figure 2. It consists of a test section, a round transparent tube made by Plexiglas with 
constant section, an upper plenum and a lower plenum where air and water are mixed. The test 
section has a 52 mm inner diameter and a length of 3340 mm.  The water was circulated by two 
centrifugal pumps controlled by a frequency controller.   
 
The air was supplied by a compressor, and it was introduced to the test section through   a porous 
sinter element with an average pore size of 10 mm installed below the mix chamber. The air and 
water temperature was kept constant during the test assay.  The air mass flow rate was measured 
with a thermal mass flow meter and controller ( Bronkhorst ® , EL-FLOW model ), liquid flow rate  
with a  Electromagnetic flow meter ( Badger Meter ® ), and the pressure with a  precision pressure 
transmitter, DRUCK ® PTX 600 series.( INF position: range [0..1] bar, MED, SUP position range 
[ 0..250] mbar  (Prec. 0.5% F.S.) 
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Figure 2:  PUMA Facility scheme 
 

Figure 3: Schematic diagram of four 
sensor conductivity probe 

 
The LDA (Laser Doppler Anemometry) equipment consists of a 0.5W Ar+ Ominichrome laser, 
Dantec Fiberflow beam separator, Dantec FVA 58N40 processor and a PC using the software 
Floware for data acquisition. A lens of 0.125 m focal length was used and the system was operated 
in backscattering mode. The vertical component was determined with green (=514.5 nm) beams 
and the horizontal component with blue (=488 nm) beams. A preshift frequency of 500 kHz was 
used. The flow was seeded with hollow particles which were neutrally buoyant with a 10 µm mean 
size (Dantec HGS-10); therefore, only the liquid velocity was measured. The time series obtained 
were 60 seconds long. The LDA system provides the liquid phase velocity moments. However, a 
number of data-processing steps are required before calculating the velocity moments. Firstly, the 
multiple validation, i.e. the multiple detection of the burst caused by a single particle, was handled 
by first rejecting velocity realizations with ilil uu ,,  >4 ( is the standard deviation of the signal,  

ilu ,  denotes a single velocity realization and ilu ,  denotes the averaged velocity over the 
measurement time). Then, the bursts which follow other bursts within a 1 ms interval were 
removed. Finally, the velocity bias, i.e. higher velocities over-representation, was corrected using 
the so-called 2D+ weighting: inversely weighting the data with the velocity. Since only two 
components are known, the magnitude of the third component is estimated from the variance of the 
second component so the weighting factor w is, 
  

  2'
,

22
,

2
, //1 zlmmzlxl ulduuw   ( 4.1 ) 

 
with dm/lm as the diameter-to-length ratio of the ellipsoidal measurement volume. The use of only 
two components is justified since the magnitude of the vertical and lateral fluctuations will be close, 
and the influence of the third component is slight since dm/lm is also small. In this way, pairs of 
vertical and lateral velocity realizations, which have arrival times inside coincidence windows with 
a length of 200 s, are searched. More technical details about the data processing can be found 
elsewhere (Harteveld et al. 2003, 2004).  
 
4.2 Sensor conductivity probe methodology 
 
The four- sensor probe is basically a phase identifier.  It consists of two sensors made of stainless 
steel, coated with gold, with a diameter of 0.22 mm. The vertical distance between both tips was 
about 1.5 mm. Each sensor is insulated using an insulating varnish except its tips.  If the probe is 
connected to a power supply with a fixed voltage, due to the large difference in conductivity 
between the liquid phase and the gas phase, the impedance signal acquired rises sharply when a 
bubble passes through one of the sensor tips, obtaining a more or less square signal. With a suitable 
signal processing methodology is possible to extract precise information from that raw signal. 
From the time lag, between the impedance signals of the front and back tips, we can know the time 
that needs the front of the bubble to travel from one tip to the other that are far away a distance, S. 
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Then a measurable value of the bubble velocity, mgu , , can be easily obtained. If the bubble moves 
with its velocity vector parallel to the conductivity probe orientation then the measurable value 

mgu ,  of the velocity match the true value of the bubble speed. However, as the bubble velocity 
fluctuates in response to the turbulence of the liquid phase then the bubble’s lateral motion along 
with the finite value of the distance between both tips of the probe, and the bubble curvature can 
cause problems in the measurement of the true value of the bubble velocity. To quantify this 
difference it is possible to define a calibration factor as the ratio between the mean value and the 
measured value of the bubble including the missing bubbles. Calculations performed using the 
Monte-Carlo method show that for the range of velocities of the experiments performed at the 
PUMA facility the calibration factor is close to unity (Muñoz-Cobo et al 2007). 
 
4.3 Set of experiments performed 
 
Several sets of experiments were performed in PUMA facility with different jg and jl values. The 
goals and the characteristics of these experiments are displayed in table 1.  
 
Table 1 Experiments performed at the PUMA facility of the UPV Institute for Energy 
Engineering 
Experi
ments 

Goal of the Experiments Characteristics 

F 
Number 
of runs  

70 

1-To measure the main local parameters of the two phase 
flow at 3 axial locations and 15 radial positions for each 
particular run 
2-To measure the turbulence intensity and the liquid 
velocity at 2 axial position  
3- To study the effect of the geometry of the conductivity 
probe of the measurements 

074.4,086.3,036.2,023.1,51.0fj  

338.0,257.0,176.0,125.0,077.0,035.0,0gj  
Two types of conductivity probes F0X, F0XA 

5 different values of 
the liquid superficial 
velocity fj , and 7 
different values of the 
gas superficial 
velocity gj . 
2 different 
conductivity probe 
geometries. 

Runs70275   
A 

Number 
of runs 

55 
 

1-To study the transition from the bubbly flow regime to the 
slug flow 
2-To study the evolution of the void fraction peak at the wall 

367.0,305.0,257.0,237.0,218.0,188.0,166.0
,142.0,122.0,097.0,054.0,035.0,013.0,0.0

/499.0




g

f

j
smj

 

257.0,206.0,173.0,802.0,736.0,627.0
,528.0,435.0,150.0,115.0,081.0,050.0,029.0,00.0

/006.1



g

l

j
smj

 

833.1,357.1,964.0,740.0,594.0,477.0
,382.0,35.0,296.0,224.0,155.0,093.0,048.0,0.0

/036.2



g

l

j
smj

 

688.1,618.1,286.1,02.1
,804.0,606.0,440.0,289.0,153.0,026.0,00.0

/956.2



g

l

j
smj

 

4 different values of 
the liquid superficial 
velocity fj  and  
different values (14, 
16,14,11) of the gas 
superficial velocity 

gj   
5511141614 

 

B, C, D, 
E 

1-  To measure the effect of changes in the surface tension 
on the local parameters of the two phase flow. 

Different properties 
of the liquid phase for 
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Number 
of Runs  

80 

2- To study the response of the conductivity probe to 
changes in the bubble size. The concentrations of 1-Butanol 
for the sets B,C,D, E are:0, 9, 39, 75 ppm 

the same conditions 
of  flow 

 
The model results were compared with some of the experiments of the B-series when no butanol 
was added. The measurements  with the conductivity probe were performed at 15 radial 
positions ranging from 02.0/ Rr  to 1/ Rr  and in three axial locations at 

56,36,2/ Dz , the geometry of the conductivity probe used for these experiments was the 
XAF0  and the LDA system was located only in one position at 50/ Dz . 

 
5 COMPUTATIONAL RESULTS AND COMPARISON WITH SOME 

EXPERIMENTS OF THE B SERIES 
The dispersed phase is computed by tracking the bubbles along its trajectories. The bubbles are 
generated with a uniform distribution at the bottom of the pipe, and the diameter of the bubbles 
is sampled uniformly in the interval  mmmm 9.2,1.2  according to the experimental data for the 
Sauter Mean Diameter. Then each individual bubble is tracked until it reaches a z coordinate of 
3m, at this position the radial coordinate of each individual bubble and its volume is stored to 
compute the void fraction distribution. A total number of 8000 bubbles were tracked to obtain 
the void fraction distribution for each case.  When each bubble moves in 3D along its trajectory 
its position changes and as a consequence the fluid velocity field that is being seen by the 
bubble also changes.  
Because the turbulence field that is felt by the bubble has two components, one is the turbulence 
generated by the liquid and the other one is the turbulence induced by the bubbles. Because the 
fluctuating component of the liquid velocity field that is seen by the bubbles depends on the 
total turbulent energy ),( zrk at each position (r,z), and to compute the turbulence induced by 
the bubbles we need the void fraction distribution, then we have performed several iterations to 
obtain a good void fraction distribution that is not known a priori. These iterations are 
performed as follow we start with the liquid turbulence alone in the continuous random walk 
model (CRW), then solving the RANS equations for the continuous phase and the Lagrangian 
model for the bubbles we obtain a first iterated value for the void fraction distribution that is 
more peaked than the experimental one because it does not take into account the random walk 
diffusion induced by the bubbles themselves. This distribution is used as an input to integrate 
the Lagrangian equations again and in this way we obtain a second iterated value of the void 
fraction distribution. After three or four iterations the void fraction distribution converges and 
gives values that are close to the experimental ones as displayed in figures 4 and 5. 

void fraction versus r/R for case B03G01 
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Figure 4 Void fraction versus r/R for case B03G01 Bubbly flow conditions with jf=1.994m/s 
and jg=0.134 m/s, with average void fraction 0527.0  
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The predictions of the void fraction distribution is very good in all the points, also the maximum 
position of the void fraction distribution and its value, it is well predicted by the Eulerian-
Lagrangian model developed in this paper. The point near the wall has been computed a little bit 
near the wall than the experimental value. However it seems that the experimental value is 
higher than the computed one. This difference is due to the bubbles with diameters smallest than 
2.1 mm. that slides over the liquid film close to the wall and that are not considered in the 
simulation. 
 

Void Fraction VS r/R for case B03G02
Serie 1=exp, Serie 2 =calculated
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Figure 4 Void fraction versus r/R for case B03G02 Bubbly flow conditions with jf=1.994m/s 
and jg=0.347 m/s, with average void fraction 0820.0  
 
6 CONCLUSIONS AND FUTURE DEVELOPMENTS 
 
The Eulerian-Lagrangian model developped in this paper gives good prediction of the void 
fraction distribution for bubbly flow cases. The turbulence induced by the bubbles plays an 
important role in the Continuous Random Walk model because when this mechanism for 
turbulence production is not included, then the peak of the void fraction is higher than the 
experimental one. Because the void fraction distribution is not known a priori then a self-
consistent calculation is performed in order to obtain the void fraction distribution. This is 
achieved by executing a set of iterations to obtain the true void fraction profile, the first void 
fraction distribution is obtained considering only the liquid turbulence. The output of this 
calculation is a first iterated void fraction distribution that is used as input for the second 
calculation and so on. The convergence is achieved in three or four iterations. 
 
However this model does not included the coalescence of the bubbles, or the break up of the 
bubbles by interactions with turbulent eddies.  So the next step is to include in this Eulerian-
Lagrangian model the Break-Up and Coalescence mechanisms in order to go to the cap/slug 
regime, in this way we could make predictions of the void fraction distribution for several group 
of bubbles. The model is being improved by including these interaction mechanisms in a full 
Lagrangian-Eulerian model were group of bubbles are simultaneously tracked, when the 
distance between two bubbles is smaller than a certain distance an interaction take place. 
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Abstract 
 

The aim of this paper is to present the validation of a new methodology implemented in 
ANSYS CFX  (ANSYS, 2009), that extends the standard capabilities of the inhomogeneous 
MUltiple-SIze Group model (MUSIG) by additionally accounting for bubble size changes due 
to heat and mass transfer.  Bubble condensation plays an important role in sub-cooled boiling 
or steam injection into pools among many other applications of interest in the Nuclear Reactor 
Safety (NRS) area and other engineering areas. Since the mass transfer rate between phases is 
proportional to the interfacial area density, a polydisperse modelling approach considering 
different bubble sizes is of main importance, because an accurate prediction of the bubble 
diameter distribution is required.  

The standard MUSIG approach is an inhomogeneous one with respect to bubble 
velocities, which combines the size classes into different so-called velocity groups to precisely 
capture the different behaviour of the bubbles depending on their size. In the framework of 
collaboration between ANSYS and the Forschungszentrum Dresden-Rossendorf (FZD) an 
extension of the MUSIG model was developed, which allows to take into account the effect of 
mass transfer due to evaporation and condensation on the bubble size distribution changes in 
addition to breakup and coalescence effects.  

After the successful verification of the model, the next step was the validation of the 
new developed model against experimental data. For this purpose an experiment was chosen, 
which was investigated in detail at the TOPFLOW test facility at FZD. It consists of a steam 
bubble condensation case at 2MPa pressure in 3.9K sub-cooled water at a large diameter 
(DN200) vertical pipe. Sub-cooled water flows into the 195.3 mm wide and 8 m height pipe, 
were steam is injected at z=0.0 m and is recondensing. The experimental results are published in 
(Lucas, et al., 2007). Using a wire-mesh sensor technique the main characteristics of the 
two-phase flow were measured, i.e. radial steam volume fraction distribution and bubble 
diameter distribution at different heights and cross-sections.  

ANSYS CFX 12.0 was used for the numerical prediction. A 60 degrees pipe sector was 
modelled in order to save computational time, discretized into a mesh containing about 260.000 
elements refined towards the pipe wall and towards the location of the steam injection nozzles. 
Interfacial forces due to drag, lift, turbulent dispersion and wall lubrication force were 
considered. The numerical results were compared to the experimental data. The agreement is 
highly satisfactory, proving the capability of the new MUSIG model extension to accurately 
predict such complex two-phase flow. 
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Introduction 
 
Computational Fluid Dynamics (CFD) simulations are increasingly used for analyses of 
potential accident scenarios in Nuclear Reactor Safety (NRS) analysis. Typical examples for the 
relevance of bubble condensation in NRS are sub-cooled boiling in core cooling channels or 
emergency cooling systems, steam injection into pools or steam bubble entrainment into 
sub-cooled liquids by impinging jets, e.g. in case of Emergency Core Cooling Injection (ECC) 
into a partially uncovered cold leg (Lucas et al., 2009). All these cases are connected with 
pronounced 3-dimensional flow characteristics, thus adequate simulations require the 
application of CFD codes. Many activities were conducted in the last years to improve the 
modelling of adiabatic bubbly flows in the frame of CFD. In this case models for momentum 
transfer between the phases are most important. Usually they are expressed as bubble forces for 
interphase momentum transfer. Experimental investigations as well as Direct Numerical 
Simulations (DNS) showed that these bubble forces strongly depend on the bubble size. In 
addition to the well known drag force, also virtual mass, lift, turbulent dispersion and wall 
forces have to be considered (Lucas, et al., 2007). The lift force even changes its sign in 
dependence of the bubble size (Tomiyama, 1998) and Eötvos number. In consequence large 
bubbles are pushed to the opposite direction than small bubbles if a gradient of the liquid 
velocity perpendicular to the relative bubble velocity exists (Lucas, et al., 2001) (Prasser, et al., 
2007). To simulate the separation of small and large bubbles, more than one momentum 
equation is required (Krepper, et al., 2005) For this reason the so-called Inhomogeneous 
MUSIG (MUlti SIze Group) model was implemented into the ANSYS CFX code (Frank, 
2005)(Frank, et al., 2006) (Krepper, et al., 2005) (Frank, et al., 2008). It allows considering a 
number of bubble sizes independently for the mass and momentum balance, also called bubble 
classes. For a proper modelling of bubble coalescence and breakup, a large number of bubble 
classes (e.g. 15-25) is required. Different independent groups of bubble classes can be 
considered for the momentum balance as well. They are called velocity groups. Fewer number 
of velocity groups (e.g. 2-3) are usually considered due to the high computational effort in 
solving individual sets of momentum transport equations. A common criterion for the 
classification can be derived from the dependency of the bubble forces on the bubble size, e.g. 
the change of the sign of the lift force. In the conventional version of the Inhomogeneous 
MUSIG model, only mass transfer between the bubble classes due to bubble coalescence and 
breakup can be modelled. In case of flows with phase change, additional transfers between the 
single classes and the liquid, and transfers between bubble classes caused by growth or 
shrinking of bubbles due to evaporation and condensation processes have to be considered. The 
additional terms for the extension of the MUSIG model are described later in the paper, and 
were implemented into a customized solver based on ANSYS CFX 12. 
These extensions of the Inhomogeneous MUSIG model permit the simulation of flows with 
phase change. For a simulation based on physics, proper closure models for evaporation and 
condensation rates are further required. Usually these phase transfer rates are assumed to be 
proportional to the interfacial area density and the overheating or sub-cooling. For this reason 
detailed information on the evolution of local bubbles size distributions and local temperature 
profiles is needed. In the past, wire-mesh sensors were successfully used to measure local 
bubble size distributions in air-water (Lucas, et al., 2008) and adiabatic steam-water (Prasser, et 
al., 2007) flows in a vertical pipe. These data were used to validate models for bubble forces and 
to extent also models for bubble coalescence and breakup. Experiments using the wire-mesh 
sensor technology were done to investigate bubble condensation in an upwards directed vertical 
pipe. They clearly showed the effect of interfacial area density by comparison of experimental 
results for which only the initial bubble size distribution was modified by using different orifice 
sizes for bubble injection, but keeping the gas and liquid flow rates constant (Prasser, et al., 
2007). The goal of this paper is to validate the extension of the Inhomogeneous MUSIG model 
against one of these condensation test case configurations.  
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Governing equations 
 
The inhomogeneous MUltiple SIze Group model (MUSIG) is based on the Eulerian multiphase 
flow modeling approach (ANSYS, 2009)(Frank, et al., 2006)(Frank, et al., 2006). It is based on 
ensemble mass and momentum transport equations for all phases. Therefore, the continuity 
equations read as 
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where µα represents the phase viscosity, p the pressure, ��  the gravitational acceleration, 

Γ
��   

�
����� 	Γ

��   

�
����� describes the momentum transfer induced by mass transfer and MS α

r

refers to momentum sources due to external body forces and user defined momentum sources. 
Mα
r

 describes the interfacial forces acting on phase α due to the presence of other phases (drag, 
lift, wall lubrication, turbulent dispersion and virtual mass force):  
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Since the sum of all phases must occupy the whole domain volume, the following constraint 
must be satisfied 
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Extension of the Inhomogeneous MUSIG model 
 
The inhomogeneous MUltiple SIze Group model (MUSIG) assumes that the disperse phase is 
polydisperse, i.e. it is composed of different size particles (classes). This methodology can be 
applied both to bubbles and to droplets, although the work here presented is focussed on bubbly 
flows. The user selects a set of initial bubble diameters (di) and defines a reference density 

(
��), and the corresponding masses of the bubble classes are then computed 3
i ref im d

6

π = ρ 
 

. 

This is the value which is going to characterize the class and remain constant during the 
simulation. 
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The different kinds of bubbles are then split into the so-called velocity groups, and all bubble 
classes in the same velocity group share the velocity field and other main variables.  As 
mentioned, it is well-known that small and large bubbles behave in a significant different 
manner. Small bubbles flow with the fluid phase, large bubbles are more influenced by 
buoyancy. On the other hand side the lift coefficient changes its sign at a critical bubble 
diameter, which depends on the Eötvos number and hence on pressure and temperature. These 
are just some examples of the differences in the movement of bubbles of different size. In order 
to get an accurate prediction of the flow pattern, all these particularities must be solved. 
Defining different velocity groups for differently behaving groups of bubble size classes, these 
bubbble size effects can be taken into account. Nevertheless, the standard formulation of the 
inhomogeneous MUSIG model allows only mass transfer between velocity groups due to break 
up and coalescence of bubbles. The extension of the method presented here considers mass 
transfer due to condensation or evaporation as well, i.e. the growth and shrink of the bubbles or 
even the appearance/disappearance of bubbles due to phase change are also considered. For this 
purpose the formulation of the MUSIG model has been modified, and one more term which 
accounts for the mass transfer due to phase change has been included.  
The MUSIG model is a population balance approach, i.e. an equation for the bubble number 
density can be written. In its standard form the MUSIG model reads: 
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where n is the number of bubbles of mass m per cubic meter at position r

r
and time t. The four 

terms on the RHS of Eq. (0) correspond to the birth and death of bubbles due break up and 
coalescence, and can be written as:  
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being g(m;ε) the specific breakup rate (the rate at which particles of mass m break into particles 
of mass ε and m−ε) and Q(m;ε) the specific coalescence rate (the rate at which particles of mass 
m coalesce with particles of mass ε to form particles of mass m+ε). 
 
In order to extend the capabilities of the model in order to consider phase change effects, the 
following term was included into the LHS of Eq. (0): 
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The bubble number density equation (Eq. (0) + Eq. (0)) can now be discretized into size classes 
by integrating it between the limits of each bubble class. A bubble number density for each 
bubble class can then be defined as follows: 
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Since i i d i dm N f r= ρ , being ρd the density of the disperse phase, rd the volume fraction of the 
disperse phase, and fi the size fraction of i-class bubbles, the extended equation can be 
re-written in terms of a size fraction equation as 
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is the fraction of mass due to coalescence between class j and k at time t which goes into class i. 
Finally the last term reads as: 
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where mi is the mass of bubbles in class i, and Γi the direct mass transfer per unit volume and 
time between the continuous liquid phase and the bubble size class i. These source terms reflect 
the effect of mass transfer between liquid and bubble size class i, as well as the transfer between 
MUSIG groups due to bubble growth or shrinking. This can be checked by considering the net 
transfer at the group boundary. In case of condensation, bubble sizes shrink, i.e. bubbles are 
shifted to smaller mass classes. Considering the net transfer at the lower boundary of bubble 
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size group i there is a sink in bubble size group i according to the Eq. (0) equal to i
i

i i 1
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Assuming spherical bubbles, the Sauter mean diameter for the velocity group j is obtained 
according to: 
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The sum runs over all MUSIG classes i which belong to the velocity group j. The mass transfer 
for the MUSIG groups i is evaluated based on the Sauter mean diameter, the interfacial area 
density, and the mass transfer per unit volume and time for velocity group j (Γj): 
 

i

s, ji ii
i j j j

jj j i

S, j

6r
da rd

6ra r d
d

Γ = Γ = Γ = Γ    (0) 

 
where a represents the interfacial area density. 
The mass transfer per unit volume and time for velocity group j (Γj) can be computed from the 
volume related heat flux to the interface and heat of evaporation 
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Herein TG, TL and TS are the gas, liquid and saturation temperatures, HLG the heat of evaporation, 
and hG,j and hL,j the heat transfer coefficients from gas and liquid side to the interface. 
 

Validation case description 
 
After the derivation of the model, and its implementation in a customized solver based on 
ANSYS CFX 12, a verification process was carried out. A collection of simplified test cases 
with given condensation or evaporation rates were analyzed and compared to their analytical 
solution. Several configurations regarding boundary conditions, bubble class and velocity group 
definitions were investigated, providing in all cases the same result as the analytical solution. 
Details of the verification are not included here and can be obtained from (Lifante, et al., 2009a) 
and (Lifante, et al., 2009b). Once the new implementation was completed, a complex validation 
case was chosen to test the adequateness of the model for applications where break up, 
coalescence and phase change take place simultaneously. 
The present work was performed in collaboration with the Forschungszentrum 
Dresden-Rossendorf,and a condensation case experimentally investigated at the TOPFLOW test 
facility was selected for the model validation.  
 



Figure 1: Geometry details of the TOPFLOW test facility at FZD 

The TOPFLOW facility (see Figure 
195mm pipe diameter). By means of injec
be injected into the fluid flowing through the pipe at different height of the test section. In
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Figure 2: Left: Injection chamber at the TOPFLOW facility. Right: Wire mesh device.

Experimental results of the chosen configuration, in addition to many others, are compiled in 
(Prasser, et al., 2007). From the different arrangements investigated in that paper, the so

 
Geometry details of the TOPFLOW test facility at FZD (DN200 vertical pipe)

Figure 1) consists of a large vertical DN200 pipe (8 m height, 
195mm pipe diameter). By means of injection chambers like the one in Figure 2 (left) ,gas can 
be injected into the fluid flowing through the pipe at different height of the test section. In
investigated case sub cooled water was flowing upwards and steam was injected through 72 
small injection nozzles of 1 mm diameter. Using a wire mesh sensor technique (Figure 

and placing it at a constant position at the end of the test section in varying 
distance to the used injection chamber, the experimentalists at FZD measured radial steam 
volume fraction distributions and radial bubble size distributions for different leng
development in the pipe. These values were determined for the different elevations of the steam 
injection named with letters, being A the injection level closest to the sensors (22cm above it), 

the furthest (7.8 m below the wire-mesh sensors). 

Left: Injection chamber at the TOPFLOW facility. Right: Wire mesh device.

Experimental results of the chosen configuration, in addition to many others, are compiled in 
. From the different arrangements investigated in that paper, the so

(DN200 vertical pipe) 

) consists of a large vertical DN200 pipe (8 m height, 
(left) ,gas can 

be injected into the fluid flowing through the pipe at different height of the test section. In the 
investigated case sub cooled water was flowing upwards and steam was injected through 72 

Figure 2, right) 
and placing it at a constant position at the end of the test section in varying 

distance to the used injection chamber, the experimentalists at FZD measured radial steam 
volume fraction distributions and radial bubble size distributions for different length of flow 
development in the pipe. These values were determined for the different elevations of the steam 

the injection level closest to the sensors (22cm above it), 

Left: Injection chamber at the TOPFLOW facility. Right: Wire mesh device. 

Experimental results of the chosen configuration, in addition to many others, are compiled in 
. From the different arrangements investigated in that paper, the so-called 
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run #3 is the one which is investigated in this paper by means of CFD simulation. The main 
physical properties defining this case are summarized in Table 1 :  
 

Pres. 
[MPa] 

JW 

[m/s] 
JS 

[m/s] 
TW 

[°C] 
TS 

[°C] 
∆TL 

[°C] 
Dinj 

[mm] 

2.0  1.0  0.54  214.4  210.5 3.9  1.0  

Table 1: Main physical characteristics of the selected validation test case from TOPFLOW 
measurements. 

Figure 3 shows the experimental results regarding the radial steam volume fraction distributions 
at the mentioned distances between steam injection and measurement cross-section. For level A 
a local maximum of about 30% can be observed, as expected from the ratio between the water 
and the steam superficial velocities in this particular test case. This large value evidences the 
complexity of the application. It can be noticed that substantial steam condensation is taking 
place along the pipe, and the larger is the injection-measurement distance, the lower amount of 
steam is present in the pipe. 
 

 

Figure 3: Experimental radial steam volume fraction distribution at different elevations (levels 
A to R) 
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Figure 4: Radial bubble size distribution (g Bdr dD ) at different elevations of steam injection 

(levels A to R) 

 
In addition, Figure 4Error! Reference source not found. shows the radial bubble size 
(diameter) distribution at the same elevations, represented by the quantityg Bdr dD . In this 

manner the cross-sectional average of the steam volume fraction can be computed by evaluating 
the integral area under each profile. The condensation effect is visible here as well since the 
enclosed area under the curves decreases along the pipe. Being this a condensation case, one 
would expect that the maximum of the mentioned curves (representing the most common 
bubble class at each elevation) is shifted towards smaller bubble diameters along the pipe. 
However, except for the upmost elevations, this value remains almost constant close to 9 mm. 
This indicates that not only condensation is playing a role in the application but  coalescence 
as well. This was a further reason for choosing this case for the validation of the extension of 
the MUSIG model.  
 

CFD Model validation – CFD Setup definition 
 
A three-dimensional model containing one sixth of the geometry was considered for the 
numerical simulations. In this way the three-dimensional effects due to the steam injection 
through discrete nozzles can be reproduced, and computational time can be saved in comparison 
with the simulation of the whole domain. Symmetry boundary conditions were applied to the 
two side planes of the symmetry sector  An inlet boundary condition based on the water 
superficial velocity, outlet boundary condition based on averaged static pressure and adiabatic 
pipe wall were considered for the simulation. Since no experimental information about water 
velocity distribution or turbulence quantities at the pipe inlet was available, the computational 
domain was enlarged by two meters in front of the steam injection in order to ensure that the 
flow is completely developed when it reaches the steam injection locations. 
A numerical grid containing 260.442 elements was employed. It was refined towards the wall 
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and near the injection locations. No grid-independency analysis was performed because 
previous numerical studies for adiabatic air/water flow through the TOPFLOW test facility 
(Frank, 2006) carried out for several different superficial velocity ratios had proven the 
adequateness of this grid resolution.  
The injection nozzles were modelled by means of source points located close to the wall. The 
original nozzle diameter in the experiments was 1 mm. Due to the large steam superficial 
velocity, this leads to an extreme large steam injection velocity  
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In initial investigations this had strongly deteriorated the convergence of the numerical 
simulations. Therefore, for part of the computations, a larger nozzle diameter was considered (4 
mm), keeping the steam mass flow rate constant, but providing a lower injection velocity.   
The turbulence of the continuous phase was modelled by the SST turbulence model (Menter, 
1994). As in all multiphase applications, the consideration of the interfacial momentum, heat 
and mass transfer is crucial for the accuracy of the numerical results. In the present case Grace 
drag, Tomiyama lift and FAD turbulent dispersion force were considered, as well as the 
Tomiyama wall lubrication force (ANSYS, 2009). 
Break up and coalescence were modelled following the standard approach in ANSYS CFX 
using the Luo & Svendensen and Prince & Blanch models respectively (Luo, et al., 1996) 
(Prince, et al., 1990). The corresponding break up factor (0.025) and coalescence factor (0.05) 
were chosen from previous investigations (Krepper, 2008). 
The gaseous phase was assumed to be at saturation temperature and to be composed of 25 
different bubble classes, distributed into three velocity groups, whose limits were 
 

• First group �[0 mm, 3 mm] 
• Second group� [3 mm, 6 mm] 
• Third group � [6 mm, 30 mm] 

 
The selection of the velocity group boundaries was chosen depending on the Eötvos number, 
which allows predicting the critical diameter at which the sign of the lift coefficient in the lift 
force formulation of Tomiyama changes. Using this value the different bubble classes were 
arranged into velocity groups where the coefficient is clearly positive, transitional or close to 
zero, or clearly negative. 
 

Results and discussion 
 
The first simple test performed was a comparison of the new implementation against a 
simulation where the diameter of the bubbles is assumed to be locally constant. It is a locally 
monodisperse approach. For the computation of this local diameter it was assumed that the 
number density of bubbles inside the domain was constant. The inlet bubble diameter was taken 
from the experiments. The most frequent bubble diameter at level A was considered as a 
representative value for the injected bubbles.  In this way the local bubble diameter is 
evaluated in terms of the total number of bubbles and the inlet bubble diameter 

( , )
inlet inletB B Bd f d N=  

 
Figure 5 shows a comparison of the cross sectional averaged steam volume fraction at different 
elevations between the results obtained by means of the monodisperse approach and the first 
simulations applying the extension of the MUSIG model considering phase change effects. The 
monodisperse approach is strongly under predicting the amount of vapour in the domain 
observed in the experiments. And even the results obtained with the new implementation are 
over predicting it, they are significantly closer to the experimental values. 
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Figure 5: Cross-sectional averaged steam volume fraction at different elevations with respect to 
the injection level and compared for the monodisperse approach and the extended MUSIG 
approach (Config 1). 

Figure 6 shows the radial steam volume fraction at level C (33 cm above the steam injection) for 
the different simulations conducted and the corresponding experimental values (crosses). 
Results corresponding to the first simulation (green dashed profile) show an over prediction of 
the local maximum amount of steam (55% against 30%), and additionally its location is shifted 
towards the wall in comparison with the experiments. This simulation allowed us to get detailed 
knowledge and to optimize the numerical parameters to reach convergence (like the necessary 
itegration time step among others). However, results were still far from the experiments. 
Therefore some changes/improvements in the setup were carried out. The first modification 
consisted of displacing the position of the source points (SP) from the wall to 75 mm away from 
the centre of the pipe. This was the location where the experimentalists at FZD observed the 
maximum concentration of steam at steam injection to measurement distance of level A. By 
applying this change, a reduction of the local maximum of steam and a displacement of it 
towards the centre of the pipe could be observed (brown dashed profile). Next step was the 
consideration of the wall lubrication force, which was not taken into account in the previous two 
simulations.  
 



Figure 6: Radial steam volume fraction distribution at level 
for different setup configurations.

As expected the steam was thereby further kept away from the wall and for the steam volume 
fraction directly at the wall a more physical behavior could be observed. Further, the influence 
of the turbulent dispersion force was increased by enlarging the tur
from 1.0 to 1.5 (dash dotted light green), which corresponds to the level of uncertainty 
regarding this model parameter in accordance to the model derivation by different authors in 
literature. A slight improvement could be ob
influence in the numerical results was the correlation used for the heat transfer. First results 
were obtained using the Ranz-Marshall correlation. It was proven in this application, as well as 
in the literature, that this correlation under predicts the heat transfer and therefore the 
condensation rate in applications with large amount of steam and with bubble diamters larger 
than 1mm. Instead, a new correlation suggested by Prof. Tomiyama 
implemented (blue profile), providing a satisfactory agreement with the experimental results 
regarding both the value of the local amount of steam volume fraction and the radial position of 
its maximum value. Only at the centre o
predicted. The last test of this first investigation consisted of using the improved setup (shift of 
source points location, consideration of the wall lubrication force, increase of the turbulent 
dispersion coefficient and use of the Tomiyama heat transfer correlation) and the original 
injection nozzle diameter in order to evaluate the importance of the radial momentum of steam 
injection, which was not considered when a larger nozzle diameter was applied i
simulations. The computational time required due to the larger injection velocity was 
significantly increased. The effect of this modification can be observed in Figure 5 (red solid 
profile) since the predicted steam volume fraction maximum is th
centre of the pipe. 
 
Detailed results for three of the presented simulations will be shown next. They will be named 
Configuration 1 (basic setup results 
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characteristics in setup of these simulations are summarized in 
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 Config. 1 Config. 2 Config. 3 

SP 97[mm] 97[mm] 75[mm] 

FWL  -   

CTD 1.0 1.5 1.5 

Nu 0.5 0.3
2 0.6 Re PrP+  0.8 0.5

2 0.15Re PrP+  0.8 0.5
2 0.15Re PrP+  

Dinj 

 
1[mm] 1[mm] 4[mm] 

Table 2: Main CFD setup differences between selected configurations: Location of the source 
points; consideration of the wall lubrication force; turbulent dispersion coefficient; heat transfer 
correlation for Nusselt number; injection nozzle diameter. 

 
The cross-sectional averaged steam volume fraction at different steam injection elevations and 
for the three selected CFD setup configurations are plotted in Figure 7. The horizontal axis 
corresponds to the distance between steam injection and the measurement plane, being zero at 
the injection location, and 8m for the largest distance in the TOPFLOW experiment. The results 
corresponding to the first configuration are able to reproduce the accumulation of steam right 
after the injection and the trends of the experimental results. However, after L>0.5m the steam 
volume fraction is strongly over predicted. The second and third configuration behave in a 
similar way during the first two meters of the pipe after the steam injection. Finally, the 
prediction using the third CFD configuration shows a good quantitative agreement to the 
experimental values as well. 
 

 
Figure 7: Cross-sectional averaged steam volume fraction at different elevations with respect to 
the injection level and compared for the three selected CFD configurations. 

Figure 8 shows the total steam volume fraction at steady state at a vertical plane between two 
adjacent injection nozzles for the three different CFD configurations. As already observed in 
Figure 6 for level C, it can be seen that for the first configuration the steam remains all along the 
pipe near to the wall. This is in contradiction with what was observed during the experiments, 
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where the steam was forming a kind of ring shaped pattern in the measurements. This radial 
steam distribution is however present at the pictures corresponding to the second and third 
configuration. Both results are qualitatively analogous. Nevertheless the influence of the nozzle 
diameter is evident from this comparison, since the steam is slightly shifted towards the centre 
of the pipe in the third case and a higher amount of steam volume fraction (less recondensation) 
is predicted along the pipe as well. 
Detailed results corresponding to the three selected configurations are presented in Figure 9 and 
Figure 10. Figure 9 shows the radial steam volume fraction distribution at the elevations A, C, F, 
I, L and O (i.e. measurement at 22, 33, 60, 155, 259 and 451cm above the steam injection 
location). At elevations A, C and F it can be seen that the first configuration is predicting the 
steam to remain close to the wall while the distribution of the steam for the second and third 
configuration approaches reasonably the experimental results. The larger radial momentum of 
steam injection in the third CFD configuration causes the steam to move in the direction of the 
centre of the pipe in comparison with the second configuration. For the upper elevations (I, L 
and O) less steam is predicted. The second and third configuration results show significant 
better agreement to the experiments in comparison with the first simulation, and as already 
observed in Figure 7 the third configuration predicts slightly more steam as the second one. 
For the same distances between steam injection and measurement cross section the radial bubble 
size distributions can be analyzed. For all elevations the first configuration is only able to 
reproduce the location of the maximum of the g Bdr dD  profile, but due to the strong over 

prediction of the steam volume fraction in the domain this profile is strongly over predicted as 
well. The second and third configuration are in much better concordance with the experiments 
and are able to reproduce reasonably good the experimental values for all investigated steam 
injection elevations. 
 

Figure 8: Steady state steam volume fraction at a vertical plane between two adjacent injection 
nozzles. Left: Configuration 1; Middle: Configuration 2; Right: Configuration 3. 
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Figure 9: Predicted and experimental radial steam volume fraction distributions at elevations A, 
C, F, I , L and O (22 cm, 33 cm, 60 cm, 155, 259 and 451 cm respectively above the injection)  
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Figure 10: Predicted and experimental radial bubble size distributions ( g Bdr dD ) at elevations 

A, C, F, I , L and O (22 cm, 33 cm, 60 cm, 155, 259 and 451 cm respectively above the 
injection).. 
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Conclusions 
 
A new methodology to extend the capabilities of the Multiple-size group model (MUSIG) has 
been presented in this paper. The implemented MUSIG model extension allows simulating 
two-phase flow applications where not only coalescence and break up of bubbles take place, but 
where bubble size distribution changes under the influence of mass transfer due to phase change. 
The new model is able to predict the shrink or growth of bubbles when evaporation or 
condensation takes place.  
The new extended inhomogeneous MUSIG model was developed in collaboration of ANSYS 
with FZD and has been implemented into a customized solver based on ANSYS CFX 12. In 
order to validate the extended population balance model for polydisperse bubbly flows a 
complex water/steam experiment has been chosen. It consists of sub cooled water flowing 
upwards through the DN200 vertical pipe of TOPFLOW (FZD), into which large amount of 
steam has been injected. The validation case shows locally values up to 30% of steam volume 
fraction, where condensation and steam bubble coalescence are the main phenomena taking 
place. Thanks to the detailed measurements performed at FZD the evolution of the flow along 
the whole pipe is known, and corresponding measurement data have been used to carry out an 
extensive analysis of the numerical results obtained by applying the proposed new MUSIG 
model formulation. Several configurations of the numerical setup have been investigated.. For 
three of them a detailed comparison against experimental data has been presented. First obtained 
CFD results (configuration 1) have been improved by modifying some of the numerical 
parameters and physical submodels. For the so-called configurations 2 and 3, a satisfactory 
agreement to the experimental data has been obtained. Both simulations are able to reasonably 
predict the radial steam volume fraction at all elevations along the pipe. The bubble size 
distribution at the same positions, in terms of the variable g Bdr dD  has been also investigated, 

being likewise satisfactorily estimated in the numerical simulations. Results corresponding to 
the third configuration approach slightly more accurately the experimental investigations than 
the second one. However, it is also more computational time demanding due to the high steam 
injection velocityies..  
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1. Introduction 

The problem of thermal fatigue is frequently encountered in the pipes where two flows with 
different temperatures mix together. The T-junction is one of the typical components with a 
considerable potential of thermal fatigue (Chapuliot et al. 2005; Hu & Kazimi 2006; Lee et al. 2009) 
and is used in many thermohydraulic systems such as combustion engines, turbines, exhaust systems, 
reheat systems and so on. The T-junction configuration consists of two pipe systems intersected 
perpendicularly, and they are called main and branch pipes. In nuclear thermo-hydraulic society, this 
T-junction configuration has received much interest because the two freestreams with a higher and 
lower temperatures mix and then induce thermal fatigue generated by the temperature change in the 
wall, which is known as the main source of the structural damage of T-junction. However, the issues 
related to this problem remain unresolved because the flow in the T-junction is a completely three-
dimensional turbulent flow in that the interaction between the main and the branch flows creates the 
complex turbulent structure including the wide distribution types of eddies. 

In the present study, a numerical simulation is performed to investigate the phenomenon related 
to the turbulent flow and heat transfer in a T-junction. It is well known from literature that the problem 
cannot be accurately predicted by RANS- or URANS-based simulation approaches (Peniguel 1998). 
This results from the well-known overestimation of κ  at stagnation points. The advected 
overestimation of tν  eventually leads to a severe damping of the flow structure downstream. The 

difficulty in obtaining proper swirling flows in the T-junction with a εκ −  model is likely to be 
partly explained by such a behavior. In that respect, large eddy simulation (LES) can be a good 
approach because it is regarded as an intermediate technique between the direct numerical simulation 
(DNS) and Reynolds average approaches. In LES, large, energy-carrying structures are directly 
calculated in grid space while the smaller scales are modeled with a subgrid-scale model. As a similar 
example, in terms of a jet in crossflow similar to T-junction, it has been reported that RANS 
calculations provide a reasonably good prediction of mean velocities and a poor prediction of 
turbulence intensities (Muppidi & Mahesh 2007). On the other hand, some recent LES simulation 
results have shown that they can reasonably predict mean velocities as well as turbulence intensities 
(Yuan et al. 1999; Schluter & Schonfeld 2000). 

Therefore, in order to get better understanding of this phenomenon, the flow in the T-junction 
will be investigated by using the large eddy simulation technique which is newly regarded as a good 
turbulence simulation tool. 

 
2. Problem Descriptions 

In this section, the T-junction configuration will be described in detail. In the present study, the 
configuration is taken from the experiment performed at Vattenfall Research and Development 
Laboratory at Alvkarlevy, Sweden. The details of the T-junction configuration considered in that study 
are given as shown in figure 2.  



 
Figure 1. T-junction configuration considered in the experiment performed at Vattenfall Research and 
Development Laboratory at Alvkarlevy, Sweden. 
 

As for the flow parameters, the volumetric flow rates in the main and branch pipes are 9 Liter/sec 
and 6 Liter/sec, respectively. Water is used as working fluid. As a result, the Reynolds number 
considered here is based on the diameter and bulk velocity of the pipe and so Re’s are 81,000 and 
76,000, respectively, for the main and branch pipes. The temperatures for the cold (main pipe) and hot 
(branch pipe) inlets are 19oC and 36oC, respectively. 
 
3. Numerical Details 

The governing equations considered in this study are as below. 
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As shown in the equations, the temperature is treated as passive scalar in this study. According to 
Hirota et al. (2008), the velocity distributions measured under the isothermal condition agreed with 
those obtained with Th=60oC and Tc=12oC, suggesting that the buoyancy effect on the mixing is 
negligibly small. In this study, the temperature difference is 17oC so the present treatment of the 
temperature is reasonable. 

Regarding SGS model, the Smagorinsky model had been much used in an earlier period of large 
eddy simulation. However, the Smagorinsky model is well known to have the drawback that the 
model coefficient should be predetermined as a constant in space and time although it should depend 
on the flow type, resolution and local flow information. To overcome this problem, the dynamic 
Smagorinsky model was recently developed, which has played a key role in making LES a popular 
tool for turbulence simulation. In DSM, the model coefficient is dynamically determined using the 
Germano identity based on the concept of the scale-invariance. DSM actually requires averaging over 
homogeneous direction and/or ad hoc clipping. This fact hinders the application of DSM to complex 
flows in which there is no homogeneous direction. A few methodologies have been proposed in the 
framework of DSM to overcome this problem. The representative ones are the dynamic localization 
model (Ghoshal et al. 1995) and the Lagrangian model (Meneveau 1996). However, additional efforts 
for the implementation of these models such as the iterative solution of the integral equation or 
interpolation for the pathline averaging are nontrivial overheads.  

In that respect, in this paper the Vreman model was considered that is an eddy viscosity type SGS 
model of the form 
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turbulent flows where there is no homogeneous direction. The Vreman model has an advantage that 
for various laminar flows zero SGS dissipation is theoretically guaranteed in contrast with other eddy 
viscosity type SGS models such as Smagorinsky model. In the Vreman model, the eddy viscosity is 
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In this paper, vC  is determined through a dynamic procedure based on the global equilibrium 

between the SGS dissipation and the viscous dissipation (Park et al. 2006).  
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Here,  ijα~  is the test filtered quantity with the filter size of ∆=∆ 2
~

 and ijα̂  is the second test filtered 

quantity with ∆=∆ 4ˆ . Please note that the accuracy of subgrid-scale model used in the present study 
has been confirmed by a priori and a posteriori tests for various turbulence flows (forced isotropic 
turbulence, turbulent channel flow, flows over a circular cylinder and a sphere; Park et al. 2006). 

Also in order to efficiently simulate the flow in the T-junction, the immersed boundary (IB) 
method developed by Kim et al. (2001) and Kim & Choi (2004) is used. Figure 2 shows the schematic 
diagram of the IB method. As shown in this figure, in IB method, a body in the flow field is 
considered as a kind of momentum forcing in the Navier-Stokes equations rather than a real body. It is 
known to have good advantages in mesh generation and computational time efficiency as compared to 
the unstructured grid approach because the IB method can handle complex geometry in framework of 
Cartesian grid. This method has been successfully applied to the various flows (Yun et al. 2004; Park 
et al. 2006) The method of determining if , q  and h  is fully described in Kim et al. (2001) and Kim 

& Choi (2004). 
 

 
Figure 2. Schematic diagram of the immersed boundary (IB) method.  

 
The basic computational details for this study are as follows. The time integration scheme 

considered in this study is based on the fractional step method (Kim & Moin, 1985), and is composed 
of the second-order accurate Crank-Nicolson method for the diffusion terms in the momentum and 



energy equations and third-order accurate Runge-Kutta method for the convection terms in their 
equations. Also, the second-order accurate central scheme is considered as the spatial difference 
scheme because it is known as being free from dissipation error which plays a crucial role in 
determining the performance of the SGS model.  
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where jj xxL ∂∂∂= /()() 2 , jj xuN ∂∂= /()() , iû  is the intermediate velocity, φ  is the pseudo-

pressure, t∆  and k  are the computational time step and substep’s index, respectively. kα , kγ , kρ  

are the coefficients of RK3. Here, as shown in figure 1, if , q  and h  are defined inside the immersed 

body or on the cell containing the immersed boundary, and zero elsewhere. The grid points for the 
momentum forcing are located in a staggered fashion like the velocity components defined on a 
staggered grid. Also, the grid points for the mass and heat source/sink are located at the cell centers 
like the pressure and temperature. 

Figure 3 shows the computational domain and grid systems used in the present study. The 
number of the total grid points used in this study is approximately 7 million. And the fluid region 
consists of approximately 4 million grid points. Based on previous studies on the jet in crossflow 
(Yang 2000; Muppidi & Mahesh 2007; Denev et al. 2009), the present grid resolution is likely to be 
marginal. More detailed information on grid systems is as below: 

1) Number of cells 
Main pipe: 400,686,3)(24)(240)(640 =×× zyx NNN . 

Branch pipe: 000,576)(24)(100)(240 =×× zyx NNN . 

2) Minimum cell length 
Main pipe: 004.0/min =∆ bDx , 005.0/min =∆ bDy , 06.0/min =∆ bDz . 

Branch pipe: 004.0/min =∆ bDx , 005.0/min =∆ bDy , 06.0/min =∆ bDz . 

3) Maximum cell length 
Main pipe: 155.0/max =∆ bDx , 063.0/max =∆ bDy , 06.0/max =∆ bDz . 

Branch pipe: 0425.0/max =∆ bDx , 155.0/max =∆ bDy , 06.0/max =∆ bDz . 
 

Also, in terms of the velocity boundary condition, the inlet boundary conditions for main and 
branch pipes are Dirichlet type and the convective boundary condition is taken as the outlet boundary 
condition. On the other hand, in terms of the temperature boundary condition, the constant heat flux 
condition is given at all the regions except the inlets and outlet as shown in figure 3(a). 
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(b) 
Figure 3. (a) Computational domain and (b) grid system. 

 
4. Numerical Results 

Figure 4 shows the instantaneous spanwise Vorticity (z-component Vorticity). The coordinate 
adopted in this study is shown in figure 1. In this figure it is observed to be strongly interacted the 
vortical structures shed from the intersectional region between the main and branch pipes and those 
coming upstream along the main pipe. As a result, complicated three-dimensional vortical structures 
exist in the T-junction. They are seen as the main source of a pipe damage problem occurring in this T-
junction configuration (Hosseini et al. 2009).  

According to Hu & Kazimi (2006), the flow type considered in this study can be classified into 

three kinds depending on the momentum ratio of the entering flows, 
22

2

)2/( bbb

bmmm
R DV

DDV
M

πρ
ρ ×=  where 

RM  is the momentum ratio. The three flow patterns are as follows: 

Wall jet          35.1>RM , 

Deflecting jet     35.135.0 << RM , 

Impinging jet     35.0<RM . 

In this study, 04.1
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.The present numerical result is consistent with the above 

classification in that the flow pattern formed looks like the deflecting jet as shown in figure 1. 



 
Figure 4. Instantaneous spanwise vorticity contours. 
 

To see the difference between SGS models, figure 5 shows the instantaneous spanwise vorticity 
contour drawn from the numerical result obtained by using Vreman model. As shown in figure 5, the 
small vortical structures are not well captured in the case of Vreman model as compared to the 
Dynamic Vreman model shown in figure 4. 

 
Figure 5. Instantaneous spanwise vorticity contours calculated by Vreman model. 
 

Figures 6-8 show the time-averaged x, y, z-component velocity distributions in z=0 and y=0. As 
shown in figure 6, the x-component velocity shows negative values near the bottom wall at x/Db=1.6, 
which results from the existence of the separation region observed in figure 4. Here, subscript ‘b’ 
means the branch pipe. The present duration time taken for averaging (~12Db/Ub) cannot be said to be 
sufficiently long, but be not insufficient to see the turbulent field in an averaged sense because the 
dominant frequency (St=fUb/Db) is around 0.5 (as shown in figure 12 later), which indicates that the 
dominant vortical structures have the period of around 2Db/Ub. Also, the averaged data with respect to 
the time duration are found to be varied with the error of almost 5% in terms of the streamwise 
components and more or less 20% in terms of the two other components if assessed to the time 
duration of 12Db/Ub and 6Db/Ub. As x/Db increases, the velocity recovers to be positive. Also, y-
component velocity has a small value in most region, whereas z-component velocity has a little bigger 
value near the bottom wall at z=0, which is comparable to x-component velocity. 



   
(a)                                     (b) 
Figure 6. Time-averaged x-component velocity distribution: (a) z=0; (b) y=0. 
 

    
(a)                                     (b) 
Figure 7. Time-averaged y-component velocity profiles: (a) z=0; (b) y=0. 
 

    
(a)                                     (b) 
Figure 8. Time-averaged z-component velocity profiles: (a) z=0; (b) y=0. 
 

Figures 9-11 show the time-averaged x, y, z-component velocity distributions in z=0 and y=0. As 
shown in these figures, the velocity fluctuations show maximum values in the center region. However, 
in terms of rms x-component velocity fluctuations, in the top wall region at larger x/Db, they become 
comparable to that in the center of the pipe as shown in figure 9(a). On the other hand, rms z-
component velocity fluctuations have a relatively large value in the bottom wall region as compared 
to those in the top wall region. 
 



   
(a)                                     (b) 
Figure 9. Rms x-component velocity fluctuation profiles: (a) z=0; (b) y=0. 
 

    
(a)                                     (b) 
Figure 10. Rms y-component velocity fluctuation profiles: (a) z=0; (b) y=0. 
 

    
(a)                                     (b) 
Figure 11. Rms z-component velocity fluctuation profiles: (a) z=0; (b) y=0. 
 

The fatigue cracking of the pipe wall resulting from the cyclical thermal stress is caused by the 
coolant fluctuations. Therefore, the frequency of the coolant oscillation, together with the coolant 
fluctuation magnitude, has been considered to be important to evaluate the thermal fatigue. In order to 
see the dominant frequency in the present study, the power spectra of the x-component velocity at 
several x-locations are shown in figure 12. As shown in this figure, although the dominant frequencies 
become different depending on the azimuthal angle, it almost has the value of St~0.5. According to 
previous literature, an oscillation observed in T-junction is reported to have a frequency in the order of 
several HZ (Wakamatsu et al. 1995), which corresponds to the nondimensional frequency, Strouhal 
number with an order of O(0.1).  
 



    

    
Figure 12. Power spectra of the x-component velocity at some axial locations: (a) x/Db=1.6; (b) 
x/Db=2.6; (c) x/Db=3.6; (d) x/Db=4.6. Red: y/Db=0.69, z/Db=0; green: y/Db=0, z/Db=-0.69; blue: 
y/Db=-0.69, z/Db=0; orange: y/Db=0, z/Db=0.69. Dashed line denotes the slope corresponding to the 
Kolmogorov subrange. 
 
5. Summary 

In the present study, a large eddy simulation was performed in order to further understand the 
thermal fatigue in a T-junction. Based on the numerical results from the LES, the velocity fluctuations 
and the frequency were examined because they have been regarded as being of primary importance in 
the study on the thermal fatigue according to previous studies. In the final presentation, the study on 
the statistics related to the temperature field will be presented. Also, if possible to have an access to 
the experimental data, the final presentation would include the comparison of the present simulation 
to the Vattenfall experiment. 
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Abstract 
 

A numerical simulation code MUGTHES has been developed by the authors to investigate thermal 

striping phenomena related to high-cycle thermal fatigue in structure.  The MUGTHES employs the 

large eddy simulation (LES) approach to predict unsteady thermal mixing phenomena and the boundary 

fitted coordinate system to fit complex boundary shapes in a reactor.  In this paper, a part of the 

verification and validation (V&V) study of the MUGTHES is introduced and numerical simulations of a 

T-junction piping system (T-pipe) are described.  The V&V examinations are conducted with 

fundamental problems in literatures with a concept of the phenomena identification ranking table 

(PIRT).  After the V&V examinations, thermal striping phenomena in a T-pipe are numerically 

investigated by the MUGTHES with the LES approach.  As for the boundary conditions, two typical 

flow patterns of a wall jet and an impinging jet conditions are chosen from the WATLON experiment 

which is a water experiment at the JAEA using a T-pipe.  The numerical results are validated by 

comparing with measured velocity and temperature profiles.  Characteristic large-scale vortex structures 

are identified around the branch pipe jet in the mixing process.  The generation mechanism of 

temperature fluctuation in the T-pipe is revealed in relation with the large-scale vortex structures.  

1.   INTRODUCTION 

Conceptual design study of an advanced sodium-cooled fast reactor the Japan Sodium cooled Fast 

Reactor (JSFR) has been conducted at the Japan Atomic Energy Agency (JAEA) (Ichimiya, 2007).  

Figure 1 outlines a thermal striping issue in the upper plenum of the JSFR reactor vessel (Tanaka et al., 

2009a).  There is the Upper Internal Structure (UIS) in the plenum and the lowest perforated plate of the 

UIS is the Core Instruments Plate (CIP) which holds upper guide tubes and driving shafts of control rod 

systems, thermocouples and the other sensors for operating and safety measures (Ohyama et al., 2009).  

Below the CIP, hot sodium comes from fuel subassemblies and cold sodium flows out from control rod 

channels at the top of the reactor core.  When temperature fluctuation caused by turbulence mixing of 

the coolants at different temperatures is transmitted to the CIP surface, cyclic thermal stress may be 

induced in the structure according 

to the frequency characteristics and 

the degree of amplitude of the fluid 

temperature fluctuation on the 

structure surface.  Since the 

continuous cyclic stress on the 

structure may cause crack initiation 

and crack growth, thermal mixing 

phenomena called as thermal 

striping has been recognized as one 

of the most important issues in 

design and safety of the JSFR 

(Ohyama et al., 2009, Tanaka et al., 

2009a and Kobayashi et al., 2009).  

A numerical simulation code 

MUGTHES has been developed by  
Fig. 1:  Thermal striping phenomena on CIP in JSFR. 
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the authors at the JAEA (Tanaka et al., 2009b) in addition to the experimental investigations (Kimura et 

al., 2010).  From viewpoint of recent progress in computer capacity, numerical simulation can be an 

efficient tool to investigate the thermal fatigue in structure and to provide the useful information (e.g. 

spatial distribution and frequency characteristics of temperature) for the high-cycle thermal fatigue 

estimation method of the JSFR.  Moreover, direct estimation of the high-cycle thermal fatigue by the 

numerical simulation is desired in the JSFR design study because it is difficult for model experiments to 

cover the JSFR operation conditions.  Figure 2 shows a strategy of numerical estimation method 

development for the thermal fatigue on the CIP in the JSFR (Tanaka et al., 2009a) and relation between 

the JSFR condition and the V&V application area with comparable data.  At Step-0, numerical 

simulation code development and its verification and validation (V&V) study is to be conducted in 

fundamental systems and typical element experiments with comparable data in literatures.  At Step-1, 

numerical estimation method in a limited area around a target control rod channel is to be developed to 

investigate the local thermal-hydraulics and to consider mitigation measures against the significant 

temperature fluctuation.  At Step-2, the method which can consider external circumferential flow around 

the UIS is to be developed because the cold sodium jets from blanket fuel subassemblies are certainly 

affected by the external flow and also the influence of horizontal flow in the UIS should be considered.  

At the final Step-3, thermal fatigue on the CIP in the JSFR is to be estimated by the code and the method 

which are sufficiently developed and validated at steps from Step-0 to Step-2. 

In this paper, the V&V process for the step-by-step development approach as shown in Fig. 2 is 

introduced and numerical simulations for a T-junction piping system (T-pipe) as a code validation are 

described.  Before application of the MUGTHES to a T-pipe simulation, concept of the V&V process in 

the development steps and application of a concept of the phenomena identification ranking table 

(PIRT) analysis in validation problems selection are introduced.  Focusing on activities at Step-0, 

numerical simulations for fundamental problems at laminar flow conditions as verification of numerical 

schemes and discretization methods in the MUGTHES and the numerical simulations for fundamental 

problems at turbulent flow condition as validation of the large eddy simulation (LES) approach 

assembled in the MUGTHES are briefly described.   Thermal striping phenomena in a T-pipe are 

numerically investigated in order to confirm applicability of the LES approach in the MUGTHES and to 

investigate the characteristics of the thermal mixing phenomena relating to the large-scale vortex 

structure generation.  Numerical results with several coefficients Cs=0.1, 0.14, 0.17 of the standard 

Smagorinsky model in the LES approach are validated by comparisons with the experimental results of 

velocity and temperature to find out an applicable model coefficient (Cs).  Through the T-pipe 

simulations, generation mechanism of temperature fluctuation in the T-pipe is discussed in relation to 

the large-scale vortex structures. 

Scale

Physical

Indexes

Fundamental
systems in literature

Element experiments

- Five jet tests around

control rod channel

- T-pipe tests
- Triple parallel jet tests

Model experiments

- 1/3-scale 1/6-sector model

of the upper plenum

- 1/11-scale model of the 
upper plenum model

JSFR

Step-0: Code development and V&V

- V&V exercises with fundamental problems

- PIRT analysis 

- Code validation with T-pipe tests (WATLON, etc.)
and triple parallel jet tests (water and sodium) 

Step-1: Local analysis model development

- Validation with five jets tests
- Local thermal-hydraulics 

- Mitigation measures 

Step-2: Spatial connection model development

- Validation with model experiments

- External flow around the UIS and 

horizontal flow in the UIS
- A combination model of  “whole plenum model”

and “local analysis model” through the side walls 

boundary conditions from the whole model. 

Step-3: Estimation of thermal fatigue in JSFR
with the spatial connection model

V&V application area with 

comparable data

(Local analysis model)

Guide Tube

Baffle Plates

Core Instruments

Plate (CIP)
Blanket Fuel 
Subassemblies
Fuel SubassembliesCore

(1/6-sector model)

(Thot -Tcold )

or 

(V
hot

/ V
cold

)

Fig. 2:  Numerical estimation method development for the thermal fatigue on the CIP in the JSFR and 

relation between the JSFR condition and the V&V application area with comparable data. 
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2.   OUTLINE OF NUMERICAL SIMUALTION CODE  

A numerical simulation code MUGTHES employs the LES approach to predict unsteady thermal 

mixing phenomena and the boundary fitted coordinate (BFC) system to fit complex boundary shapes in 

a reactor (Tanaka et al., 2009b).  The MUGTHES is designed to simulate the thermal interaction 

between unsteady thermal-hydraulics and unsteady heat conduction in structure simultaneously.  In the 

thermal-hydraulics module which is only used in this study, unsteady incompressible Navier-Stokes 

equation and energy conservation equation are solved by using a finite volume approach and finite 

differential scheme.  A collocated grid system is employed and then physical velocity components 

(u,v,w) in a Cartesian coordinate system, temperature T and pressure P are defined at the center of the 

computational cell.  In the BFC system, additional terms of Jacobian J and surface area vectors called as 

“metrics” exist and they are evaluated based on the finite volume approach and on their physical 

meanings (Tanaka et al., 2009b).  The turbulent viscosity µt is evaluated by the standard Smagorinsky 

model as follows. 

DCsft
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Here, Cs is parameter coefficient of the model and ∆ is the filter length evaluated with the Jacobian J 

corresponding to the cell volume.  Dij is rate of strain tensor defined at the cell center in the BFC system.  

In boundary cells on walls, van Driest damping function in Eq. (2) is used.  Since our goal is to 

numerically estimate unsteady thermal-hydraulics and thermal fatigue in the large-scale system JSFR, 

artificial wall conditions (Morinishi and Kobayashi, 1989) derived by a wall function law (Temmerman 

et al., 2003) is considered in the LES approach in order to utilize a coarse mesh arrangement near wall 

region and to suppress computational load for a long time transient calculation in the large system 

(Tanaka et al., 2009b).   

The Crank-Nicolson method is used for time integration and the Projection method (Chorin, 1968) is 

used to solve velocity field.  The second order central differential scheme is used for the advection term 

in the momentum equation.  As for the pressure solver, an iterative method BiCGSTAB+SOR (Tanaka 

et al., 2009b)
 
is used.  Velocity components are corrected by using the correct pressure distribution.  The 

energy equation is solved using the velocity components at a new time step.  The monotone integrated 

large eddy simulation (MILES) approach (Gullbrand and Chow, 2003) which has been successfully 

used in numerical simulations of thermal striping phenomena (Tanaka et al., 2009a, Kamide et al., 2009 

and kimura et al., 2001) is used in this study.  In the MILES approach, numerical diffusion (error) 

derived from a higher order upwind scheme is taken as an implicit model of turbulence diffusion.  Then, 

a higher order accuracy upwind scheme (Kajishima, 1997) in the BFC system is used for the advection 

term in the energy equation without the explicit thermal diffusion model.  A simple limiting procedure is 

employed to prevent over- and under-estimation of the temperature distribution around the steep 

temperature gradient (Tanaka et al., 2009b).   

3.   VERIFICATION AND VALIDATION STUDY 

3.1  V&V Process with PIRT Analysis 

We have considered V&V process referring to several literatures for the V&V of computational fluid 

dynamics (CFD) (ANS, 1998, Oberkampf and Trucano, 2002, AIAA, 2002, and ASME, 2009).  Scale of 

the JSFR as our goal is too large to conduct parametric studies required for the V&V and it is difficult to 

obtain comparable data of the JSFR by experiments.  Then, we tried to arrange the V&V process for the 

step-by-step development strategy as shown in Fig. 2.  The important idea is to prepare a potentially 

applicable numerical simulation code with necessary models and method for thermal fatigue estimation 

in the JSFR at the end of the V&V process.  We stated that the verification is performed through 
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numerical simulations for fundamental problems at laminar flow conditions to confirm accuracy of the 

numerical schemes and methods except the LES approach, and the validation is performed through the 

numerical simulations at a turbulence flow condition to confirm applicability of the code to practical 

problems.  In this study, two aspects of validation are considered: one is the validation of the physical 

models (the LES approach) in the code and another is the validation of the code and the method as a 

complete system.  According to the idea that right results in the validation imply that the model is solved 

correctly (AIAA, 1998), fundamental problems and relatively small-scale element experiments at 

turbulence conditions are positioned at Step-0 and Step-1 as shown in Fig.2 in viewpoint of the model 

validation.  Large-scale model experiments for the JSFR are shown at Step-2 for the validation of the 

code and the method as a complete system.  A concept of the PIRT (Oberkampf and Trucano, 2002) is 

utilized in order to specify the problems in the validation process on the subject to a target system and 

phenomena.   

3.2  Implementation of Verification and Validation of the MUGTHES 

V&V examinations of the MUGTHES were performed in accordance with the proposed process in 

Sec.3.1 before the application to the T-pipe simulation.  Verification examinations were performed 

through the numerical simulations at laminar flow conditions in fundamental systems; (1) viscosity 

driven square cavity (Ghia et al., 1982), (2) Backward-facing step flow (Denham and Patrick, 1974), (3) 

Pipe elbow flow in large curvature radius (Bovendeerd et al., 1987) and (4) Buoyancy force driven 

square cavity flow (Davis, 1983).  Table 1 listed the phenomena transitions of thermal mixing in a 

T-pipe along the flow direction: (1) branch pipe jet entering into the main pipe, (2) thermal mixing and 

(3) pipe flow in upstream and downstream.  Fundamental problems relating to the element phenomena 

and factors were extracted as candidates for the validation examinations.  Problems of (1) square duct 

flow (Sata et al., 1994), (2) flow around surface-mounted obstacle (Martinuzzi and Tropea, 1993), (3) 

backward-facing step flow (Kasagi and Matsunaga, 1995) and (4) flow through circular cylinder 

(Pradera et al., 2007) were selected for the validation of the MUGTHES in viewpoint of the LES 

approach.  By comparing the numerical results of the MUGTHES with the experimental and 

computational results in literatures, adequacy of the numerical schemes and models in the MUGTHES 

could be confirmed and it could be confirmed that the MUGTHES had potential to solve the flow field in 

the T-pipe problem (Tanaka, 2010).   

4.   NUMERICAL SIMULATIONS FOR WATLON EXPERIMENT 

4.1  Flow Patterns of Branch Pipe Jet in Main Pipe. 

A T-junction piping system (T-pipe) for mixing fluids at different temperatures is especially important 

part in viewpoint of the thermal striping generation causing thermal fatigue in structure.  In fact, events 

Table 1:  PIRT analysis of the T-pipe thermal mixing for validation problems identification. 

Phenomena transitions Element phenomena and factors Relating problems 

Branch pipe jet in main pipe 
Free jets into the plenum  

or Jet in cross flow 

Shear layer flow 
Shear layer instability 

Viscosity driven cavity flow 

(1)Branch pipe jet  

     into the main pipe 

Flow through branch pipe jet Flow around obstacle 

Flow through circular cylinder Cyclic flow fluctuation/ 

Vortex generation 
Back-facing step flow 

Wake formation 
Pipe elbow flow  

with short curvature radius 
Secondary flow in branch pipe jet 

Flow in square duct  

(2) Thermal mixing 

Buoyancy effect in the wake Buoyancy driven cavity flow 

Pipe flow (3) Pipe flow in upstream 

and downstream 

Surface roughness, piping layout 

and Reynolds number Pipe elbow flow 
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relating to the thermal fatigue were happen at T-pipes in nuclear power plants (Nordgren, 1983, 

Chapuliot, 2005 and IAEA, 2002).  In Japan, guideline for high-cycle thermal fatigue estimation of a 

pipe in a light water reactor (JSME, 2003) was published.  As for the JSFR, an estimation method for the 

thermal fatigue has been investigated (Kasahara et al., 2005 and Kimura et al., 2010).  The WATLON 

experiment has been conducted at JAEA to provide comparable data for the code validation and for the 

estimation method establishment (Igarashi et al., 2003).  The test section consists of a horizontal main 

pipe of 0.15 m in diameter and a vertical branch pipe of 0.05 m in diameter.  From the flow visualization 

test, it was indicated that that flow patterns of the branch pipe jet in the main pipe flow could be 

classified into three categories: (1) impinging jet, (2) deflecting jet and (3) wall jet according to the 

valance of the inertia forces between the main pipe flow and the branch pipe jet as follow. 

( )[ ] ( )[ ]4
222

bbbbmmmbmR DVDDWMMM πρρ ⋅⋅⋅==       (6) 

if   35.1>RM   (Wall jet)       (7a) 

if   35.035.1 >> RM  (Deflecting jet)       (7b) 

if  RM>35.0   (Impinging jet)       (7c) 

Here, ρ is a fluid density and D is a pipe diameter.  Dm(=150 mm) is for a straight horizontal main pipe 

and Db (=50 mm) is for a vertical branch pipe.  Subscripts of m and b mean main pipe and branch pipe, 

respectively.  Wm and Vb are bulk velocities at the inlet boundaries of the horizontal main pipe and the 

vertical branch pipe, respectively.  In the investigation of jet in cross-flow relating to the branch pipe jet 

in the T-pipe, the slope of the jet axis depends on the ratio between the inertia of cross flow ρm(Wm)
2
 and 

that of branch jet ρb(Vb)2
 (Muppidi and Mahesh, 2007 and Marzouk and Ghoniem, 2007).  This supports 

the categorization idea in Eq. (6) and (7).  Figures 3(a) and (b) show instantaneous pictures of the branch 

pipe jet in the main pipe at (a) an impinging jet case and (b) a wall jet case in the WATLON experiment.  

Figures 4(a) and (b) show instantaneous color images of a liquid crystal sheet attached on the main pipe 

surface at (a) an impinging jet case and (b) a wall jet case in the WATLON experiment (Tanaka, 2006).  

At both cases in Fig. 4(a) and (b), cold fluid seen as brown color touches and forms a wide spot on the 

main pipe surface and significant temperature fluctuation on the main pipe surface may be caused 

around the spot. 

4.2  Numerical conditions 

Table 2 lists boundary conditions at two typical flow patterns of an impinging jet and a wall jet in the 

T-pipe WATLON experiment (Igarashi et al., 2003) employed for the validation of the MUGTHES in 

thermal problems (see Fig. 2).  Figure 5 shows the BFC mesh arrangement for the numerical simulation 

of the WATLON experiment.  Total number of the cells in the mesh arrangement was 262,480.  The 

origin of the coordinate axes was positioned at the point where the center axis of the branch pipe 

connects with the main pipe.  The origin was called the "connecting point".  In the simulation, distance 

to the inlet boundary surface from the connecting point was 2Dm and that to the outlet boundary from the 

connecting point was 4Dm.  The main pipe flow went from the right to the left, and the branch pipe jet 

came from below.  Gravity direction was along the negative direction of y from the main pipe to the 

branch pipe inlet in the same manner as the 

experiment.  The numerical simulation at the 

case of WJ2 with Cs=0.14 in the same mesh 

arrangement as shown in Fig. 5 was 

previously conducted by the authors (Tanaka, 

2009b).  Duration time of transient 

calculation was extended to 10 s in the 

present simulation from 8 s in the previous 

simulation.  At the inlet boundaries of the 

main pipe and the branch pipe, fixed velocity 

profile without the velocity fluctuation was 

applied as the Table 2.  In the impinging jet 

cases, flat velocity profile was applied at the 

main pipe inlet.  In the wall jet cases, 

  
(a) Impinging jet               (b) Wall jet 

Fig. 3:  Instantaneous pictures of branch pipe jet in a 

T-pipe (Branch pipe jet contains fluorescent dye). 

 
(a) Impinging jet                  (b) Wall jet 

Fig. 4:  Instantaneous picture of temperature 

distribution on main pipe surface taken  

by a color image of liquid crystal sheet. 
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turbulent velocity profile by using 

the 1/7th power law was applied to 

the main pipe inlet and the branch 

pipe inlet.  It was confirmed that 

the time averaged velocity profiles 

of numerical simulation were not 

far from those of the experimental 

data.  As the next step of the code 

development, the authors are going 

to be checked influence of the 

velocity profiles at the inlet in 

addition to developing the velocity 

fluctuation generation method.  As 

the inlet boundary conditions for 

the energy, constant temperature was applied to each pipe inlet.  Adiabatic condition was set on the inner 

surface of the pipes and outlet of the main pipe.  After a quasi-steady state calculation to achieve 

developed state, transient calculation was performed for approximately 10 s with the time interval of 0.1 

ms.  And 4,000 data points of velocity components and temperature were collected for statistical 

analysis with the time interval of 1 ms.  Fluctuation intensity was evaluated by the standard deviation.   

4.3  Mixing Phenomena in the T-pipe 

Figures 6(a) and (b) show the instantaneous fluid temperature distributions on the symmetric axial cross 

section at the impinging jet (IJ2) and the wall jet (WJ2) conditions respectively.  In the figures, the 

branch pipe jet at low temperature of 33 
o
C (=Tb) seen as blue enters into the main pipe flow at high 

temperature of 48 
o
C (=Tm) in red area.  Figures 7(a) and (b) show fluid temperature fluctuation intensity 

distributions on the symmetric axial cross section at the impinging jet (IJ2) and the wall jet (WJ2) 

conditions respectively.  Figures 8(a) and (b) show the instantaneous large-scale vortex structures at the 

impinging jet (IJ2) and the wall jet (WJ2) conditions respectively. The vortex structures were described 

by using the iso-surface of the second invariant of velocity gradient defined by the following equation.   

( ) 2ijijijij DDWWQ −=          (8) 
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Here, Wij is rotation component and Dij is shear strain tensor defined by Eq. (5).  Threshold value of Q s
-2

 

is decided through the observations of the iso-surface of vorticity, fluid temperature and velocity 

components.  Q=600 s
-2

 is for the impinging jet case and Q=2,000 s
-2

 is for the wall jet case.  The shape 

of the vortex structure drawn by the iso-surface of Q s
-2

 is much sharper than that by the vorticity.  

Figures 9(a) and (b) show turbulence energy intensity k distributions at the impinging jet (IJ2) and the 

wall jet (WJ2) conditions respectively.   

At the impinging jet case with Cs=0.14 (IJ2) as shown in Fig. 6(a), Fig. 7(a), Fig. 8(a) and Fig. 9(a), the 

magnitude of momentum inertia of the branch pipe flow was superior to that of the main pipe flow and 

 

z(w) 

y(v) y(v) 

x(u) 

-θ 

 
(a) Side View                                                                  (b) Cross-Section 

                                       (View from inlet) 

Fig. 5:  Mesh arrangement in numerical simulation for the WATLON experiment. 

Table 2:  Employed Boundary Conditions. 

Main Pipe Branch Pipe 

Case Cs Tm 

(
o
C) 

Wm 

(m/s) 
Re 

Tb 

(
o
C) 

Vb 

(m/s) 
Re 

WJ1 0.10 

WJ2 0.14 

WJ3 0.17 

1.46 3.8x10
5
 

IJ1 0.10 

IJ2 0.14 

IJ3 0.17 

48.0 

0.23 5x10
4
 

33.0 1.0 6.6x10
4
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then the branch pipe jet easily came into the 

center region of the main pipe with little 

bend.  Wavy temperature boundaries 

appeared around the branch pipe jet as 

shown in Fig. 6(a) and also temperature 

fluctuation intensity was high around the jet 

as shown in Fig. 7(a).  In front of the jet, the 

wavy boundary was much clearer and the 

fluctuation intensity was much higher than 

those behind the jet.  The periodical 

large-scale vortex structures were shown in 

front of the branch pipe jet as shown in Fig. 

8(a).  In front of the jet, hot fluid of the main 

stream was caught between the large-scale 

vortex structures at low temperature.  Then, 

the branch pipe jet conveyed the hot and 

cold striped temperature distribution to the 

upper part of the main pipe and the thermal 

striping could be caused on the upper 

surface. Thus, the high fluctuation intensity 

of fluid temperature in front of the jet (see 

Fig. 7(a)) was caused by the large-scale 

vortex motions (see Fig. 8(a)).  Periodical 

vortex structures generation were indicated 

in the T-pipe simulation by Nakamura et al. 

(2009) and also in the JIC (jet in Cross flow) 

investigations at low Reynolds number 

conditions by Marzouk and Ghoniem 

(2007) and Fric and Roshko (1994).  After 

impinging on the upper surface, cold fluid 

from the branch pipe jet flowed to 

downstream through near upper wall region.  

Behind the jet, three-dimensional flow 

behaviour consisting of the periodical flow 

like Karman vortex streak on the horizontal 

plane and the symmetrical circumferential 

flows on the transversal cross section was 

shown.  The three-dimensional flow 

brought high temperature fluctuation 

intensity (Fig. 7(a)) and high turbulence 

energy intensity (Fig. 9(a)) around the lower 

boundary of the cold jet tail as shown in Fig. 

6(a) in the upper part of the main pipe.  On 

the lower half part of the main pipe, 

temperature fluctuation was not high behind 

the branch pipe jet though turbulence 

energy intensity was high as shown in Fig. 

9(a).  In this region, main stream going 

around the branch pipe jet was mainly fluctuated without the thermal mixing.   

At the wall jet case (WJ2) as shown in Fig. 6(b), Fig. 7(b), Fig. 8(b) and Fig. 9(b), the magnitude of 

momentum inertia of the main pipe flow was superior to that of the branch pipe flow.  Then, the main 

pipe flow could bend the vertical branch pipe jet to the horizontal direction and the jet went through the 

lower half cross section forming a wake region as shown in Fig. 6(b).  At the front edge of the branch 

pipe, temperature fluctuation intensity was high as shown in Fig. 7(b).  Intermittent reverse flows along 

  
(a)          [

o
C]                       (b)      [

o
C] 

Fig. 6:  Instantaneous distributions of fluid 

temperature on symmetric axial cross section at (a) 

impinging jet (IJ2) and (b) wall jet (WJ2) cases. 

  
(a)       [

o
C]                      (b)         [

o
C] 

Fig. 7:  Fluid temperature fluctuation intensity 

distributions on symmetric axial cross section at (a) 

impinging jet (IJ2) and (b) wall jet (WJ2) cases. 

  
(a)                                      (b) 

Fig. 8:  Instantaneous distributions of large-scale 

vortex structures at (a) impinging jet (IJ2) and (b) wall 

jet (WJ2) cases (Vortex structures are described by 

Q=600 1/s
2
 at (a) and Q=2,000 s

-2
 at (b), and color 

shows fluid temperature as the same in Fig.6). 

  
(a)    [m

2
/s

2
]                    (b)   [m

2
/s

2
] 

Fig. 9:  Turbulence energy intensity k distributions on 

symmetric axial cross section at (a) impinging jet (IJ2) 

and (b) wall jet (WJ2) cases. 
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the main pipe surface from the branch pipe end on the upstream side could cause high temperature 

fluctuation intensity.  Attention of thermal fatigue occurrence should be paid at the front edge of the 

branch pipe in addition to the downstream region.  High fluid temperature fluctuation intensity starting 

from the branch pipe end on upstream side as shown in Fig. 7(b) was caused by the up-and-down swing 

motion of the top surface of the branch pipe jet boundary due to the inertial valance between the main 

pipe flow and the branch pipe jet.  After the jet enters into the main pipe, a wavy temperature boundary 

appeared in the center part of the main pipe above the wake.  In Fig. 8(b), large-scale hairpin vortex 

structures existed behind the branch pipe jet not in front of it.  Compared with the results in Fig. 6(b) and 

Fig. 8(b), the tops of the hairpin vortex structure corresponded to those of the wavy temperature 

boundaries.  Due to the hairpin vortex structure motion, cold fluid was detached from the branch pipe jet 

end.  And the vortex structure conveyed the cold fluid to the downstream.  Additionally, it was 

recognized that the hairpin vortex structure provided cold fluid to the wake in accordance with its 

rotating motion (Tanaka, 2009b).  As for such large-scale vortex structures, Hibara et al. (2004) 

successfully visualized the hairpin vortex structures generated in the T-pipe water experiment at laminar 

flow conditions and Sau and Mahesh (2007) predicted the hairpin vortex structure in the jet in cross flow 

at low Reynolds number condition (Reb<600) by using the direct numerical simulation.  Tanaka et al. 

(2004) indicated hairpin vortex structure existence in the T-pipe with elbow pipe in upstream side by the 

numerical simulation at high Reynolds number conditions of Rem=1.1x10
5
 and Reb=2.1x10

4
.  Nakamura 

et al. (2009) did a detached eddy simulation (DES) for the WATLON experiment at the same boundary 

conditions listed in Table 2 and they indicated the contribution of the hairpin vortex structure to the 

temperature fluctuation in the T-pipe.   

The large-scale vortex structures formed in front of the branch pipe jet at the impinging jet case and the 

large-scale hairpin vortex structures formed behind the branch pipe jet at the wall jet case had a very 

important role in the thermal striping phenomena in the T-pipe.  And, temperature fluctuation 

distribution is not necessarily conjectured by the velocity fluctuation distribution directly and the 

large-scale vortex motion should be considered in order to predict the significant temperature 

fluctuation generation in viewpoint of the thermal fatigue on the pipe surface.   

4.4  Comparisons between Experimental and Numerical Results in Impinging Jet Case 

Figures 10 (a) and (b) respectively show vertical 

profiles of (a) the time-averaged axial velocity and 

(b) the axial velocity fluctuation intensity on the 

symmetric axial cross-section at (1) 0.5Dm and (2) 

1.0Dm downstream from the connecting point at the 

impinging jet cases IJ1(Cs=0.1), IJ2(Cs=0.14) and 

IJ3(Cs=0.17).  The time-averaged axial velocity W 

and the fluctuation intensity W’ were normalized by 

the mean axial velocity at the inlet Wm as in Table 2.  

The time-averaged velocity profiles of IJ2 (Cs=0.14) 

as in Figs. 10(a-1) and (a-2) almost agreed with 

those of the experimental results.  However, the 

under-estimation of the axial velocity was shown 

from y/Dm=0.2 to y/Dm=0.6 as shown in Fig. 10(a-1).  

The flow in the wake behind the branch pipe jet was 

similar to that behind the rigid cylinder for the 

Karman’s vortex streak and the axial velocity 

magnitude was almost stagnant.  It could be 

considered that the difference between the 

experimental results and the numerical results was 

due to the limitation of the standard Smagorinsky 

model.  Then, the LES model is going to be modified 

to fit the stagnant flow in the wake region.  The high 

axial velocity was shown at around y/Dm=0.8 

because the branch pipe jet impinging to the upper 
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(b-1) 0.5Dm                    (b-2) 1.0Dm 

Fig. 10:  Vertical profiles of (a) time average 

and (b) fluctuation intensity of axial velocity 

component through the main pipe center axis at 

two typical positions in the impinging jet case. 
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surface went through this region to the downstream.  

The axial velocity fluctuation was also high at 

around y/Dm=0.8 due to the three-dimensional flow 

behavior (as shown in Fig. 9(a)).   

Figures 11 (a) and (b) respectively show vertical 

profiles of (a) the time-averaged fluid temperature 

and (b) the fluid temperature fluctuation intensity 

on the symmetric axial cross section at (1) 0.5Dm 

and (2) 1.0Dm downstream from the connecting 

point at the impinging jet cases IJ1 (Cs=0.10), IJ2 

(Cs=0.14) and IJ3 (Cs=0.17).  The time-averaged 

temperature difference (T-Tb) in Fig. 11(a) and the 

fluctuation intensity T’ in Fig. 11(b) were 

normalized by the fluid temperature difference 

before mixing dT=Tm-Tb.  As for the time-averaged 

temperature profiles in Fig. 11(a-1) and (a-2), 

numerical results of IJ2 (Cs=0.14) showed good 

agreement with the experimental results.  However, 

the other cases of Cs=0.1 and 0.17 did not succeed 

to predict the experimental results.  The 

temperature fluctuation intensity of the numerical 

results in all cases was almost half level of that of 

the experimental results in upper part of the main 

pipe (y/Dm>0.6).   

At this moment, it can be recognized that the 

numerical results with Cs=0.14 are more 

acceptable than other results with Cs=0.1 and 0.17, 

though the difference between the experimental 

and numerical results in temperature fluctuation 

still remains.   

4.5  Comparisons between Experimental and 

Numerical Results in Wall Jet Case 

Figures 12 (a) and (b) respectively show vertical 

profiles of the time-averaged axial velocity and the 

axial velocity fluctuation intensity on the 

symmetric axial cross-section at (1) 0.5Dm and (2) 

1.0Dm downstream from the connecting point.  The 

time-averaged axial velocity W and the fluctuation 

intensity W’ were normalized by the mean axial 

velocity at the inlet Wm as in Table 2.  The 

time-averaged velocity profiles in Figs.12 (a-1) and 

(a-2) showed good agreement between the 

experimental and numerical results in all Cs cases 

though influence of the velocity profile evaluated 

by the power law at the inlet slightly existed at 

around y/Dm=0.6.  The main stream accelerated as 

decreasing effective pipe area by the wake 

formation due to the branch pipe jet entering into 

the main pipe (axial velocity was approximately 1.2 

times higher than that before the mixing).  The reverse flow (y/Dm<0.5) in the wake was not shown at 

1.0Dm downstream from the connecting point.  As for the axial velocity fluctuation as shown in Figs.12 

(b-1) and (b-2), numerical results could almost trace the trend of experimental results.  Under estimation 

of the fluctuation intensity at all cases in the upper part of the main pipe (y/Dm>0.5) was due to the 
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Fig.11:  Vertical profiles of (a) time average 

and (b) fluctuation intensity of fluid temperature 

through the main pipe center axis at two typical 

positions in the impinging jet case. 
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Fig. 12:  Vertical profiles of (a) time average 

and (b) fluctuation intensity of axial velocity 

component through the main pipe center axis at 

two typical positions in the wall jet case. 
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constant velocity profile at the inlet.  Axial velocity 

fluctuation at the inlet was not considerd in this study 

and effect of the velocity fluctuation feed at the inlet is 

gong to be checked as the next step of the code 

development.  The highest fluctuation intensity at 

approximately y/Dm=0.2 was not owing to the 

tubulence fluctuation by small-scale eddies in the 

stream, but owing to the hairpin-shaped large-scale 

vortices as shown in Fig. 8(b).  The fluctuation 

intensity profiles of numerical simulation with 

Cs=0.14 (WJ2) on the branch pipe side (y/Dm<0.5) 

almost agreed with those of the experiment and the 

fluctuation intensity at the case of WJ1(Cs=0.10) was 

higher than that at the case of WJ2(Cs=0.14) and 

WJ3(Cs=0.17). 

Figures 13 (a) and (b) respectively show vertical 

profiles of the time-averaged fluid temperature and 

the fluid temperature fluctuation intensity on the 

symmetric axial cross section at (1) 0.5Dm and (2) 

1.0Dm downstream from the connecting point.  The 

time-averaged temperature difference (T-Tb) as shown 

in Fig. 13(a) and the fluctuation intensity T’ as shown 

in Fig. 13(b) were normalized by the fluid 

temperature difference before mixing dT=Tm-Tb.  The 

fluid temperature in wake region (y/Dm<0.2) as the 

results of Cs=0.1 simulation was about 10% of dT(=15
o
C) higher than that of the experiment.  In the 

simulation with Cs=0.1, the distinguishable hairpin vortex structures as shown in Fig. 8(b) did not 

appear and small-scale scattered vortices were mainly observed.  When the branch pipe jet entered into 

the main pipe flow, shear stress was induced around the jet and the shear stress acted as driving force of 

the vortex generation.  It could be considered that shear stress in case of Cs=0.1 was not enough to 

generate the hairpin vortex structure.  The small-scale scattered vortices generated in the simulation with 

Cs=0.1.  The small-scale vortices might promote the thermal mixing between the hot main pipe flow and 

the cold branch pipe jet.  And then the fluid temperature in the wake was higher than that in the 

simulations with Cs=0.14 and 0.17 in which the large-scale hairpin vortices were successfully generated 

as shown in Fig. 13(b).  Thus, the simulation with Cs=0.14 could decrease the temperature in the wake.  

Profiles of fluid temperature of the numerical simulation with Cs=0.14 were almost the same as those of 

the experiment.   Typical temperature difference between the experiment and the numerical results of 

Cs=0.14 (WJ2) was at 2.3 
o
C in 15 

o
C (=dT) as temperature difference before mixing.   

It can be recognized that the numerical results with Cs=0.14 are more appropriate ones than other results.  

In near wall region, the numerical results indicate that modifications are still needed in thermal diffusion 

because the fluid temperature near the wall region is still higher than that in experiment as shown in Fig. 

13(a).   

5. CONCLUSION 

Numerical simulations of thermal mixing phenomena in a T-pipe were performed as a part of the V&V 

process of the numerical simulation code MUGTHES.  A step-by-step strategy in numerical estimation 

method development for the thermal fatigue on the CIP in the JSFR from small-scale to large-scale 

examinations was introduced.  V&V process for the step-by-step development steps were considered in 

order to prepare a potentially applicable numerical simulation code with necessary models and an 

estimation method for thermal fatigue estimation in the JSFR.  The verification to confirm accuracy of 

the numerical schemes were conducted through several numerical simulations for fundamental 

problems at laminar flow conditions and the validation were conducted through the examinations in 

fundamental problems and relatively small-scale element experiments at turbulence conditions.  In the 
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Fig. 13:  Vertical profiles of (a) time average 

and (b) fluctuation intensity of temperature 

through the main pipe center axis at two 

typical positions in the wall jet case. 
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validation process, a concept of the PIRT was utilized in order to specify the problems on the subject to 

thermal striping phenomena in the T-pipe.  A flow pattern map of the branch pipe jet in the main stream 

categorized by the inertia valance between that of the branch pipe jet and that of the main stream was 

introduced and it was explained that the map could be supported by knowledge in the jet in cross-flow 

investigation.  Numerical simulations of thermal striping phenomena in the T-pipe at an impinging jet 

and a wall jet cases were conducted by using the MUGTHES with the LES approach.  By the 

comparison of velocity and fluid temperature distributions between the numerical simulation and the 

experimental results in the WATLON experiment, the applicability of the MUGTHES to thermal 

striping phenomena in the T-pipe was confirmed.  The LES approach of the MUGTHES with wall 

function model and the standard Smagorinsky model in Cs=0.14 was applicable in this study.  The 

fundamental mechanisms of thermal mixing in the T-pipe at the impinging jet and the wall jet conditions 

were clarified thought the numerical simulations.  Hairpin-shaped large-scale vortex structures were 

identified in front surface of the branch pipe jet at the impinging jet case and they were also behind the 

jet at the wall jet case.  It was indicated that the large-scale vortex structure at each case had an important 

role in significant temperature fluctuation generation on the pipe surface.   
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Abstract  
 
 Large Eddy Simulations are performed in a T-junction to analyze the feasibility of wall-
functions in accurately predicting the thermal fluctuations acting on the pipe walls. The 
WALE sub-grid-scale model employed in the LES solver is validated by performing 
OECD/NEA T-Junction benchmark test-case. In order to reduce the computational costs, 
Reynolds number scaling is performed while preserving the essential flow features. While the 
wall-function based simulation showed good agreement with the wall-resolved approach for 
the bulk velocity and temperature field, the corresponding RMS components were 
consistently under-estimated close to the wall boundaries. The same was true for the RMS 
fluctuations of the wall heat-flux. As a consequence, it is concluded that any similarity in the 
bulk profiles does not guarantee any kind of similarity in the wall heat flux behavior.  
 
1.   INTRODUCTION  
 
Thermal fatigue is a degradation mechanism induced on the primary piping system of a 
nuclear power plant. Consequences of thermal fatigue are often very critical, ranging from 
structural damage to a complete shut-down as happened with the French pressurized water 
reactor (PWR) Civaux in 1998 (Peniguel et al., 2003). Thermal fatigue has been a very 
persistent problem and has also occurred in the Japanese PWR Tsuruga-2 in 1999, and the 
Japanese PWR Tomari-2 in 2003. Hence, it is considered to be a serious safety concern and is 
seen as one of the most influential parameters on the ageing and life management of nuclear 
power plants (Walker et al., 2009). 
 
The mixing of hot and cold flow streams causes high cycle temperature fluctuations next to 
piping walls. The temperature fluctuation leads to stress fluctuations. These fluctuating 
stresses acting on the piping system is one of the potential causes for thermal fatigue. Such a 
situation occurs outside of the nuclear core region, which typically involves piping systems 
such as Tjunctions, elbows and leakage valves. In particular, the mixing T-junctions of the 
residual heat removal systems in the reactors are seen to be most susceptible to thermal 
striping (Hu and Kazimi, 2006). The present work is related to Computational Fluid 
Dynamics (CFD) analysis of turbulent mixing in one such T-junction aiming to understand 
the suitability of wall-functions (WF) in predicting the near-wall flow characteristics and heat 
transfer to the wall in comparison to a more computationally expensive wall-resolved (WR) 
approach. 
 
CFD has emerged to be an effective tool to study the thermal fatigue phenomena. The most 
widely used Reynolds Averaged Navier Stokes (RANS) methodology exhibits difficulties in 
accurately predicting such flows (Westin et al., 2008; Manera et al., 2009). Recent studies 
have moved to more advanced numerical tools such as Large Eddy Simulation (LES) and 
Detached Eddy Simulation (DES). Most of the studies which involve LES simulations, wall-
functions have been used. 
 
For any accurate CFD analysis of thermal fatigue, it is very important that the thermal 
fluctuations on the walls of the mixing tee are accurately predicted. The standard wall-
function based LES simulation in a T-junction performed by Pasutto et al. (2005) has shown 
that the temperature fluctuations next to the walls are strongly attenuated, leading to large 
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error in wall temperature fluctuation predictions when compared to the experiments. 
Employing the wall-function based LES approach; Howard and Pasutto (2009) also highlight 
the importance of evaluating how accurate the wall modeling approaches are. The DES 
simulations of Westin et al. (2008) and Nakamura and Oumaya (2009) also raise the same 
question about the accuracy of near-wall modeling. Based on these observations, we 
recognize the near-wall modeling as a very important and critical aspect that influences the 
accuracy of any CFD prediction. Hence, in the present work, we made it an objective to test 
the feasibility of using wall-functions to accurately predicting the near-wall flow 
characteristics and heat transfer to the wall. 
 
2. APPROACH TO REACH THE OBJECTIVE 
 
2.1. Solver selection 
 
Selecting an appropriate CFD solver which has the capabilities to handle complex meshes and 
possesses efficient numerical solvers to obtain accurate results is of primary importance. The 
present work has been carried out employing STAR-CCM+ (STAR-CCM+, 2009). STAR-
CCM+ is a finite volume multi-physics solver with capabilities of creating good quality 
arbitrary hexahedral and polyhedral meshes on complex geometries. Creating a high quality 
wall-resolved mesh which meets the LES requirements (Piomelli, 1997) is far from simple, 
especially when the computational domain involves sharp 90 degree joints. In the present T-
junction case, such a sharp angle exists in the junction between two pipes. STAR-CCM+ 
meshing tool is equipped with advanced methodologies to treat such corners. In terms of the 
numerical solver, STAR-CCM+ uses advanced cell-based discretization techniques and 
sophisticated Algebraic-Multi-Grid (AMG) strategies for convergence acceleration. Based on 
all these advantages, STAR-CCM+ has been chosen to be one of the most efficient solvers for 
the present work. 
 
2.2. Solver validation 
 
The LES solver of STAR-CCM+ has been validated by simulating OECD/NEA benchmark 
experiments very recently performed in 2010. Fig. 1 shows a schematic representation of the 
computational domain. 
 

 
Figure 1: Schematic representation of the computational domain 

 
The geometry consists of two perpendicularly connected circular pipes which form the T-
junction. The cold and hot inlet diameters were 140mm and 100mm respectively. The 
experiments were performed with a cold inlet flow rate of 9 l/s and hot inlet flow rate of 6 l/s. 
The temperature differences between cold and hot inlet was set to 17K with cold inlet at 292K 
and hot inlet at 309K. The geometrical model was manufactured in plexiglass, and this is an 
adiabatic test-case. The velocity profiles in the inlet pipes and downstream of the T-junction 
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were measured using Laser Doppler Velocimetry (LDV). Temperature fluctuations on the 
pipe walls have been measured by placing thermo-couples at several locations downstream of 
the T-junction. All thermo-couples are placed at approximately 1mm below the pipe walls. 
Detailed CFD validation results of this case are presented in Section 4.1. 
 
2.3. Original vs. scaled Reynolds number 
 
Performing a non-adiabatic wall-resolved LES simulation at Reynolds number equivalent to 
that of experiments described in the previous section is computationally very expensive. 
Within the experimental work performed by Andersson et al. (2006), two additional tests 
were performed by scaling down and scaling up the flow rate by a factor of 2. The results 
showed weak dependence of flow characteristics on the flow rate. These results prompted us 
to go down in the Reynolds number by linearly scaling down the inlet flow-rates. The primary 
aim of such a scaling is to reduce the computational costs required for LES. 
 

 
Figure 2: Comparison of normalized velocity magnitude, kinetic energy and temperature at 2.6 

diameters (left column), 6.6 diameters (middle column) and 14 diameters (right column) 
downstream of the mixing zone. 

 
One of the main criteria for scaling down was to ensure that the solution at scaled down 
Reynolds number was representative of the solution at original Reynolds number. This was 
tested by performing steady-state RANS simulations at two different Reynolds numbers of 
162 918 and 24 500. Realizable k − ε turbulence model (Shih et al., 1994) along with wall-
functions (Reichardt, 2003) were used. Comparison of normalized flow characteristic profiles 
at three different diameters downstream of mixing zone are as shown in Fig. 2. As can be 
seen, the profiles at Reynolds number of 24 500 show very similar trend when compared to 
the profiles at Reynolds number 162 918. There are visibly small differences in the kinetic 
energy predictions close to the walls, however, the overall patterns at these two Reynolds 
numbers match each other. This result gave further confidence that the flow patterns at Re 24 
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500 are representative of the flow patterns that occur at a much higher Reynolds number of 
162 918. 
 
2.4. Selection of wall-temperature for non-adiabatic case 
 
In the actual thermal fatigue scenario, the mixing of hot and cold fluid in a T-junction 
generates temperature fluctuations next to the walls and there is always some heat transfer 
across the boundary. Such a scenario can be replicated computationally in two ways. One is 
by fixing the wall temperature and letting the heat-flux vary across the boundary, and the 
second is to prescribe a fixed heat-flux on the walls and let the wall temperature vary 
accordingly. In the present work, we decided to fix the wall temperature to a constant value 
and let the heat-flux vary. The next step was to decide what wall temperature to fix. At the 
scaled Reynolds number of 24 500, four different RANS simulations with wall temperatures 
of 283K, 273K, 243K and 200K respectively were performed. 243K was finally chosen as it 
provided significant temperature gradients in the bulk of flow domain. Even though the 
value of 243K has no physical meaning in the context of reality, it was selected 
because the main objective here was to test the applicability of wall functions when 
there is significant temperature gradient in the bulk flow downstream of the mixing 
zone. 
 
2.5. Summary of three LES cases 
 
The three main LES simulations performed in the present work are summarized in Table 1. 
Case 1 is the solver validation case which is adiabatic. Case 2 and 3 are non-adiabatic 
simulations with and without wall-functions respectively. 
 
Table 1: Description of 3 LES cases 
Case No. Qcold 

(l/s) 
Qhot 
(l/s) 

Re Twall 
(K) 

Tcold 
(K) 

Thot 
(K) 

WF/WR 

1 9 6 152780 Adiabatic 292.15 309.15 WF 
2 1.80456 0.90228 24 500 243.15 288.15 303.15 WF 
3 1.80456 0.90228 24 500 243.15 288.15 303.15 WR 

 
3. CFD ASPECTS 
 
3.1. Computational mesh 
 
The mesh at the inlet cross-section as shown in Fig. 3 gives an idea of the kind of mesh 
distribution for the three cases. The grids were created based on the Piomelli (1997) 
guidelines. The three different grid parameters are as summarized in Table 2. 
 

 
Figure 3: Computational mesh at the cold inlet surface for 3 cases 
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Table 2: Description Grid specifications for 3 LES cases 

Case 
No. 

Re WF/WR ∆
+

axial ∆
+

circumferencial ∆
+

wall-

normal 
Mesh Size 

1 152780 WF 100 100 100 13 220 000 
2 24 500 WF 100 30 60 919 317 
3 24 500 WR 100 20 1 7 016 966 

 
3.2. Main fluid-dynamics model 
 
This is a three-dimensional, incompressible, Large Eddy Simulation. Constant fluid properties 
are assumed for all three LES cases. Please note that for Case 2 and 3, there are large 
temperature differences within the domain. This will surely affect the fluid properties and our 
assumption of constant fluid properties is not valid. However, since we are aiming to perform 
one to one comparison between Case 2 and 3, assuming constant fluid properties will not have 
any effect on our final objective. 
 
3.3. LES model 
 
The two Sub-Grid-Scale (SGS) models available within STAR-CCM+ are the Smagorinsky 
model (Smagorinsky, 1963) and theWALE model (Nicoud and Ducros, 1999). In the present 
work, the WALE model is employed because of its obvious advantages over Smagornisky. 
The WALE model is specifically designed to return the correct wall-asymptotic y3 behavior of 
the SGS viscosity. The model is based on the square of the velocity gradient tensor and 
accounts for the effect of both the strain and the rotation rate to obtain the local eddy 
viscosity. The WALE model unlike the Smagorinsky model needs neither a damping function 
nor a dynamic procedure to account for the no-slip condition at the walls (Jayaraju et al., 
2008). Above this, the validations performed using the WALE model shows seemingly less 
sensitiveness to the value of the model coefficient than the Smagorinsky model (STAR-
CCM+, 2009). 
 
Similar to the experiments, the temperature equation is simulated as a passive scalar for all 
three LES cases. For the Case 1 and 2, velocity wall- functions are based on Reichardt (2003), 
and the temperature wall-functions are based on Kader (1981). 
 
3.4. Physical properties 
 
The physical properties of the working fluid for all three LES cases are as given in Table 3. 
 
Table 3: Physical properties of the working fluid 
Density 
(kg/m3) 

Dynamic 
viscosity 
(kg/m-s) 

Specific 
heat 

(J/kg-K) 

Thermal 
conductivity 

(W/m-K) 

Molecular 
Prandtl 

No. 

Turbulent 
Prandtl 

No. 
998.2 1e-3 4182 0.6 7 0.85 

 
3.5. Boundary conditions 
 
For Case 1, inlet profiles based on the experimental measurements (Andersson et al., 2006) 
are applied at both cold and hot inlet. Static atmospheric pressure is considered at the outlet. 
For the details of flow-rates and temperature values, please refer to Table 1. For Case 2 and 3, 
the inlet profiles are scaled down linearly to match the desired Reynolds number. Kuczaj et al. 
(2008) performed few test simulations and found that the main generation of turbulence is 
caused by the mixing process of two fluids and the inlet turbulence levels are of no 
importance. The same has also been observed by Westin et al. (2008) and Odemark et al. 
(2009). Hence, no perturbations are applied at the inlet boundaries. 
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3.6. Initial field 
 
A steady-state RANS simulation is performed and used as an initial guess to start LES for all 
three cases. 
 
3.7. Numerical aspects 
 
A stable blend of central and upwind schemes, called as the bounded central differencing is 
used for spatial discretization of the momentum equation. A blending factor of 0.1 is used in 
the present work. The bounded central scheme is activated only when the solver detects face 
fluxes which generate local extrema. In all other circumstances, the scheme behaves as a 
purely central differencing. A second order implicit formulation is employed for temporal 
discretization. As an accuracy requirement, the physical time-step was chosen in such a way 
that the average Courant number in the domain is around 1. This results in a physical time-
step of ∆t = 5e-4 sec for Case 1, and ∆ = 5e-3 sec for Case 2 and 3. Please note that Case 2 
being a WF based simulation could have afforded a bigger time-step than Case 3, however, 
for the sake of consistency, the time-step was kept identical for both Case 2 and 3. To get rid 
of any possible initial condition effects, two time-periods of flow were simulated before 
starting the time-averaging. To obtain a smooth time-averaging, 6 time periods were 
simulated. A time period is defined as the ratio of geometrical length of the T-junction to the 
inlet bulk velocity. 
 
4. RESULTS 
 
4.1. Solver validation 
 
The Case 1 simulation results, which are intended for STAR-CCM+ LES solver validation are 
presented in this section by comparing cross-sectional 2D plots of velocity and temperature at 
different locations in the geometry. Fig. 4 shows the comparison of mean and RMS velocity 
components between experiments and LES. The results displayed include streamwise and 
spanwise velocity components at 2.6 diameters downstream of the mixing zone. This location 
is where most gradients in the flow exist and are generally more difficult to capture. As seen 
in Fig. 4, there is an overall good agreement between experiments and CFD predictions. 
 

 
Figure 4: Comparison of the mean and RMS velocity profiles at 2.6 diameters downstream of the 

mixing zone 
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Figure 5: Comparison of the normalized mean and RMS temperatures at 4 different angular 

positions which are located at 2.6 diameters downstream of the mixing zone. 
 
Fig. 5 shows the comparison of normalized mean (T-Tc/Th-Tc) and normalized RMS (Trms/Th-
Tc) temperature at 4 different thermocouple locations placed at 2.6 diameters downstream of 
the mixing zone. Overall, there is good agreement between experiments and CFD predictions 
for both mean and RMS quantities. Based on these results, we conclude that the LES solver of 
STAR-CCM+ has good predictive capabilities. 
 
4.2. Wall-function vs. wall-resolved for scaled Reynolds number 
 
 

 
Figure 6: Instantaneous flow profiles for the wall-function (WF) and wall-resolved (WR) 

approach. A1,A2: Instantaneous velocity magnitude at the center cut plane. B1,B2: 
Instantaneous temperature at the center cut plane. C1,C2: Instantaneous heat-flux on pipe walls. 
 
In the present section, the non-adiabatic simulations performed using wall function approach 
(Case 2) and the wall-resolved approach (Case 3) are compared in detail. In order to have a 
global impression of the flow characteristics in the T-junction, we look at the contours of 
instantaneous flow parameters as shown in Fig. 6. From the instantaneous velocity magnitude 
contours (Fig. 6A1,A2), it is seen that the flow entering from two perpendicular pipes start to 
mix in the junction resulting in a jet like structure developing towards the lower wall of the 
pipe. Because of this high velocity skewed jet, a recirculation zone is formed on the upper 
pipe wall which spans till 2 to 3 diameters downstream of mixing zone. The cross-sectional 
mean axial velocity plots in Fig. 7 indeed shows that the skewed velocity profiles prevail until 
4 diameters, beyond which they smooth out to become more flatter as a result of enhanced 
mixing. The instantaneous temperature contours (Fig. 6B1,B2) show that the cold fluid 
entering from the left and the hot fluid from the top starts to mix at the junction, and as we go 
further downstream, the temperature distribution becomes more uniform as expected. For the 
wall heat-flux predictions (Fig. 6C1,C2), substantial qualitative as well as quantitative 
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differences are seen between WF and WR approach. One apparent observation is the presence 
of low-flux streaks in the wall resolved simulation, which are completely not captured by the 
wall-function approach. 
 
To quantify the predictive capabilities of the WF approach, we look at the cross-sectional 
comparison of flow parameters as shown in Fig. 7. It is clear that the simulated mean axial 
velocity and mean temperature profiles in the bulk for the WF approach are in close 
agreement with that of the WR approach. This highlights the predictive capabilities of wall-
functions in the bulk region of the flow domain. While the mean flow parameters show 
promising results, the RMS velocity and RMS temperature predictions indicate that the WF 
approach consistently under-estimates the fluctuations near the boundaries. Especially, the 
RMS temperature profiles from the WR approach show very large gradients close to the walls 
which are not captured by the WF approach throughout the stream-wise direction. This is 
simply because of the fact that the largest gradients are existing in the y+ range well below 30 
and the first grid point for the WF based grid is placed at around y+ 30. This implies that the 
WF grid simply cannot see any gradients below y+ around 30. These differences in RMS 
temperature predictions can have considerable effect on the heat transfer happening across the 
pipe walls. The differences in the instantaneous wall heat-flux contours for WF and WR 
approach (Fig. 6C1,C2) already gives a qualitative picture of the differences. The thin stream-
wise streaky structures seen in the WR approach (Fig. 6C2) are not observed in the WF 
approach (Fig. 6C1). While performing a channel flow simulation, Hadziabdic (2004) 
highlights the importance of capturing such longitudinal streaky structures in accurately 
predicting the mean and RMS quantities. 
 

 
Figure 7: Mean and RMS component comparison of flow variables at 2, 4, 8 and 20 diameters 

downstream of the mixing zone. 
 
The quantitative differences in the mean and RMS wall heat-flux predictions for the WF and 
WR approach are shown in Fig. 8. While Fig. 8A,C represents the mean and RMS heat-flux 
from 0.5 to 8 diameters downstream of mixing zone, Fig. 8B,D represents the same from 14 
to 20 diameters downstream. Since large values of heat-flux are seen towards the top wall 
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region, the present plots are extracted at the top wall side. The WF approach under-estimates 
the mean heat-flux prediction up to approximately 4 diameters (Fig. 8A), beyond which it is 
slightly over-estimated. A considerable over-estimation of mean heat-flux in case of the WF 
approach is also observed from 14 to 20D. At the first glance, this over-prediction may seem 
to be contra-intuitive as one expects the differences between WF and WR approach to reduce 
as we go far downstream, simply because the flow moves towards attaining fully developed 
state. Generally speaking, the wall-functions can be expected to perform well, at least for the 
mean flow quantities, if the flow is fully developed. However, for the present Reynolds 
number, it would take anywhere between 20 to 50 diameters to have a fully developed flow. 
This may explain the differences in mean heat-flux predictions between WF and WR 
approach even at 14 to 20 diameters downstream. 

 
Figure 8: Mean and RMS wall heat-flux predictions. A,C: From 0.5 to 8 diameters along the wall. 

B,D: From 14 to 20 diameters along the wall. 
 
 
The RMS heat-flux is consistently under-estimated from 0.5 to 8 diameters as well as from 14 
to 20 diameters (Fig. 8C,D). As the heat flux is directly proportional to the temperature 
gradient, the under-estimation of RMS tem perature close to the walls results in the under 
estimated RMS heat-flux. The maximum fluctuations of heat-flux are observed at 
approximately 1 diameter downstream of the mixing zone. It is a known fact that the thermal 
fatigue occurs very close to the mixing zone and the under-prediction of RMS heat flux in this 
vicinity raises a concern over the applicability of wall-functions. It is interesting to note that 
the standard wall-function based LES simulation in a T-junction performed by Pasutto et al. 
(2005) has also shown that the temperature fluctuations next to the walls are strongly 
attenuated, leading to a large error in wall temperature fluctuation predictions when compared 
to the experiments. 
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Figure 9: Wall heat-flux as a function of time at different diameters downstream of  mixing zone. 
 
Fig. 9 shows the time evolution of heat-flux at different locations on the wall. For the WR 
approach, the amplitude of the signal is always higher than the WF approach at all 5 locations 
considered. This explains the under prediction of RMS heat-flux throughout the domain (Fig. 
8C,D). The overestimation of the mean heat-flux between 14D to 20D (Fig. 8B) can directly 
be noticed in the time variant heat-flux plot (Fig. 9D,E). 
 

 
Figure 10: Wall heat-flux spectra at different diameters downstream of the mixing zone. 

 
Thermal fatigue is a phenomenon which has a significant impact only in certain frequency 
range of loading where rapid propagation of macroscopic cracks occur. The thermal fatigue 
analysis in a T-junction by Chapuliot et al. (2005) indicates the range of effective frequencies 
to be between 0.1Hz to 10Hz. Hence, analyzing the heat-flux spectrum in this frequency 
range will provide more insights regarding the suitability of wall-functions. Fig. 10 shows the 
spectrum of the heat flux recorded on the wall at different axial locations. The sampling 
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frequency of the signal was 200Hz for both WF and WR approach. At one diameter 
downstream, there is approximately an order of magnitude difference between the WF and 
WR spectrum (Fig. 10A). The differences tend to reduce as we go further downstream. As 
already mentioned, thermal fatigue generally occurs in the close range of mixing zone. Hence, 
in the range of our interest (1D to 4D), there are substantial differences between the WF and 
WR approach which raises doubts regarding the applicability of wall-functions for the 
considered application. 
 
While the results presented here shows that the applicability of wall-functions are 
questionable, a conclusive answer warrants further investigations which are closer to reality. 
The present work assumes a constant wall temperature and let the heat-flux vary accordingly. 
In actual thermal fatigue scenario’s, there is conjugate heat-transfer between the fluid and the 
solid walls. In future, analyzing the wall temperature fluctuations by performing conjugate 
heat-transfer simulations with fluid-structure thermal interaction would bring more insights to 
the wall-function applicability. 
 
5. CONCLUSIONS 
 
Non-adiabatic LES simulations are performed in a T-junction to study the suitability of wall-
functions in accurately predicting the thermal fluctuations on the pipe walls. The main 
conclusions of this work are summarized as follows: 
 
1. It was possible to perform Reynolds number scaling while preserving the essential mean 
flow features, in order to reduce the computational costs incurred by challenging LES 
simulations. 
 
2. The WALE sub-grid-scale model showed good predictive capabilities of the bulk mixing in 
the considered adiabatic experimental test case. 
 
3. In the bulk region of the flow, the time-averaged mean velocity and mean temperature 
profiles were consistently captured by WF approach when compared with that of WR 
approach. 
 
4. The time-averaged RMS velocity and RMS temperature profiles show large gradients close 
to the walls in case of the WR simulations. The WF approach on other hand severely under-
estimates these gradients. 
 
5. On the pipe walls, the WF approach consistently under-estimates the RMS heat-flux 
throughout the stream-wise direction of the domain. 
 
6. For the relevant frequency range (0.1 to 10Hz) and the spatial location range (1D to 4D) of 
interest for thermal fatigue, there are substantial differences in the wall heat-flux spectrum. 
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Abstract 
 
A novel high-resolution Navier-Stokes method is proposed for modelling large-scale turbulent flows. The method is 
based on the non-oscillatory low-dissipative and low-dispersive CABARET scheme. Numerical results are provided for 
the classical backward-facing step problem and for the recent OECD/NEA-Vattenfall T-junction blind-test exercise. 
 

 

1. Introduction 

Unsteady heat transfer problems that are associated with turbulent non-isothermal flow mixing are very topical for 
the thermal fatigue of industrial power plant systems. Mathematical modelling of such problems remains very 
challenging because of the poorly understood large-scale turbulence phenomena. One popular approach for modelling 
this type of flows is Implicit Large Eddy Simulation (ILES). The Implicit LES approach doesn’t have any explicit 
turbulence model and has to rely on (i) the ability of the numerical method to remove all scales smaller than the grid scale 
from the solution without affecting the resolved scales, in provision that (ii) the method’s resolution is enough to capture 
all important dynamic scales. For the latter, the use of high-resolution robust numerical methods is thus essential. Hence, 
for the numerical method our choice is the Compact Accurately Boundary Adjusting High REsolution Technique 
(CABARET) scheme that has previously been applied for solving advection-dominated problems [1-6]. In comparison 
with the standard finite-difference and finite-volume methods, in CABARET there is always an additional independent 
evolutionary variable, which gives the method the ability to preserve one more important property of the governing 
equations - the small phase and amplitude error. For solving Navier-Stokes equations with Reynolds numbers of 104, the 
method gives a very good convergence without any additional preconditioning down to Mach numbers as low as 
M~0.05-0.1 In particular for the ILES modelling of a hydrodynamic instability and free jet a 2572 grid using CABARET 
is able to produce results comparable to a conventional second-order method which would require at least 10252 grid 
points [6]. Here, the CABARET method is 30 times more efficient.  

The goal of the current paper is to further promote the ILES CABARET method for modelling of large-scale 
turbulent flows. We first consider the solution of the benchmark problem of turbulent flow over a backward facing step 
[7] and then discuss the CABARAT application for the recent OECD/NEA-Vattenfall T-junction blind test exercise [8,9]. 

1. Turbulent flow over backward facing step: example of the solution for a classical benchmark problem 

To first demonstrate the CABARET solver performance in idealised framework the flow over backward facing step 
[7] is considered. The step height S is the same as the gap between the step and the top wall boundary. The inflow 
boundary conditions are laminar, with Reynolds number=5000 and Mach number=0.1. Uniform hexahedral grids have 
been used with densities of 10 points and 20 points per the step height (S) giving a total grid size of 100 000 and 800 000 
points, respectively. The CABARET solution was obtained from conducting a fully compressible Navier-Stokes 
calculation which technical details, including the parallelization strategies, are reported elsewhere, e.g., in [10], and here 
we are just reporting the results. Figure 1 shows numerical results: the time-averaged axial velocity component and 
velocity streamlines for two grid resolutions - (a) and a snapshot of instantaneous vorticity filaments - (b).  

 

 
(a)    (b) 

 
Fig. 1. Time-averaged velocity fields for two mesh resolutions (a) and vorticity (Q-norm) iso-surfaces for the grid density 

of 20 cells per step (b). 
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The instantaneous vorticity field has a rich 3D structure typical of a high-Re turbulent flow and is in a drastic 
contrast with the 2D laminar shear-layer profile that has been used as the initial condition. We also note that the length of 
the recirculation zone after the step is in a good agreement with the reference experiment value range at this Reynolds 
number, L/S=6.5-7 [7]. 
 

2. The CABARET solution of the T-junction problem 

2.1 Governing equations and boundary conditions 

The modelling of thermo-hydraulic turbulent flow in the T-junction corresponding to the OECD/NEA-Vattenfall T-
junction blind test conditions [8,9] is discussed next.  

The water flow in mixing tees is modelled by the system of slightly compressible Navier-Stokes equations: 
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where 0ρ  is the constant density, u,v,w are the x-, y- and z- Cartesian coordinate system velocity components; p is the 

pressure, υ  is the kinematic viscosity and c is the sound speed. We note that, for the sake of numerical efficiency with the 
current compressible flow solver, instead of the physical value for the sound speed in water an effective sound speed is 

used. The latter corresponds to a small subsonic Mach number 2 2 2
0 / 0.1 0.2,M u v w c= + + ≈ −  for which the 

compressibility effects on the turbulent eddies convected in the flow should be small. The apostoriori checks have 
confirmed that the numerical solution remains fairly insensitive to the Mach number variation within this range. 

The external boundary conditions correspond to specifying the full velocity vector and temperature at the inlet 
boundaries and perscribing a constant static pressure at the outlet boundary. The inlet veloicty and temperarure conditions 
correspond to the fully developed turbulent fow before the junction in the main pipe (cold water) and the steady laminar 
boundary condition at the inlet of the long upper branch pipe (hot water). For the main pipe, the establishing of adeqaute 
numerical inflow conditions required a separate percurser pipe-flow simulation, from which the destribution of incoming 
velocity and tempertaure profiles have been extracted. For all solid walls, the no-slip condition is together with the zero 
temperature gradient normal to the wall, / 0T n∂ ∂ = . 

2.2. Computational grid and solution algorithm 

The solution domain for the T-junction problem spreads out for about 20 diameters both downstream of the junction and 
in the upstream part of the upper branch pipe and covered by a hexagonal cylindrical grid with a Cartesian block in the 
centre (Fig.2). No special grid generation effort has been dedicated to capturing the wall boundary layers on the pipe 
boundaries. 

 

 

 

 

(a)      (b) 

Fig. 2 Computational grid for the T-junction configuration: full domain (a) and a zoomed-in view (b). 
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The CABARET algorithm is based on introducing conservation variables referred to the centres of the hexahedral 
elements and flux variables referred to the cell faces (fig.3). 

At the conservation step the centre-cell variables are updated by summing up the fluxes over the faces belonging to the 
same cell:  
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where iS , i=1,..,6 is the cell face normal and V is the cell volume. The gradients at the cell apex points are first obtained 

with the Gauss-Ostrogradsky theorem, e.g., for the x-velocity component: 
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where J is the number of cell faces and K is the number of cell volumes that correspond to the given cell apex point, the 
index b stands for the current cell centre and the index f refers to the adjacent cell. Then the gradiants at the cell-face 
points are obtained by avearging the cell apex values. 

For the cell side corresponding to the pipe wall boundary, the velocity difference fjbj uu −  is replaced by bjuβ2 , where β
 is an adjustable numerical parameter that controls the amount of momentum transfer through the viscous wall: 

β
=1 is 

used for well-resolved flow solution near the wall and the values 0.5<
β
<1 are used for coarse-grid simulations. 

 

Fig. 3 Computational space-time stencil of the CABARET method 

 

The conservation step is followed by the upwind extrapolation step. At this step the cell face values on the new time step 
are computed based on the characteristic decomposition. Here the one-dimensional Riemann variables are defined for 
each face normal projection  
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The same decomposition is then performed for each cell-face and cell-centre points. 

After this, the new values of the Riemann variables are then obtained by the second-order extrapolation 

2 , 2n csb b n csf fR R R Q Q Q= − = − .      (5) 

In accordance with the maximum principle, these values are truncated if found outside the allowable min and max values 
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For the inlet boundary, an inflow characteristic boundary condition is specified 
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For the main pipe, the inflow parameters , , , ,in in in in inQ U V W T  are obtained from a separate precurser calcuation in the 

single-periodic pipe domain. The parameters of the precurser calcuation were adjusted so that the average flow 
parameteres satisfied to the prescribed average flow quantities, e.g., the experimental flow rate. 

For the main outlet, the outflow characteristic boundary condition is used together with a pressure relaxation condition 
for better numerical non-reflecting properties.  
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The above numerical algorithm has been parallelised using MPI and METIS libraries and calculations have been 
conducted at the “SKIF” Supercomputing Facility of Moscow State University, HECToR UK Supercomputing Facility, 
and the HPC cluster at the Moscow Institute of Nuclear Safety. The computational grids used range from 2.105 to 14.3 
106 cells and the total number of time steps for the simulation has been from 100 000 to 1 000 000 time steps. 

2.3. Numerical results 

The CABARET solution sensitivity to the grid density has been first investigated by comparing the solutions 
obtained on several grids that correspond to 2.105, 1.8 106 and 14.3 106 grid cell volumes. The intermediate grid-range 
solution that corresponds to the grid of 1.8 106 cells has been then submitted for the blind test competition. Instantaneous 
snapshots of the temperature field for all three grids are presented in Fig.5.  

 
(a)       (b)   (c) 

Fig. 5. Instantaneous snap shots of the temperature field in the T-junction domain symmetry plane (a reduced-size 
domain shown) for the grids of 2.105 (a),  1.8 106 (b), and 14.3 106 cells (c). 

 
Not only the instantaneous velocity fields are found to only weakly depend on the grid resolution but also their 

simple time-means, r.m.s. (Fig.6a) and power-spectral density distributions (Fig.6b). With regard to the turbulent velocity 
spectra, it can also checked that more than one decade of the Kolmogorov -5/3 spectrum (straight black line) is captured 
with the CABARET code even on the moderate-size grid of 1.8 106 cells. 
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(a)       (b) 

Fig. 6. Grid resolution independence study for the CABARET ILES solution with 1.8 106 and 14.3 106 cells: time-
averaged x-, y- and z-velocity components, U,V and W (U14.3MC,V14.3MC and W14.3MC for the 14.3 106 grid) and 

their r.m.s. fields in the symmetry plane at x=1.6D from the junction – (a) and the power spectral density of the x-
velocity component at the pipe centre – (b). 

 
Having checked the consistency of our LES solution we will now discuss how our results compare with the blind test 

data released. Figure 7 shows the axial temperature distribution (a) and its r.m.s. (b) at the sideline of the T-junction, the 
axial mean velocity and its r.m.s in the sideline and symmetry plane, as predicted from the CABARET ILES solution 
with 1.8 106 cells. The Vattenfall experiment data and the results of three fine-grid Fluent LES calculations (7 106, 34 106  

and 70 106 cells) with a Smagorinsky subgridscale model are shown on the same plots for comparison. It can be seen that 
all three solutions are in an encouraging agreement with the experimental data. Note that the experimental error bars 
supplied with the current plots are shown for an illustration only and have to be treated with caution. 

 
(a)    (b) 

 
(c)    (d) 

Fig. 7. Direct comparison with the released Vattenfall experiment and the first post-processed CFD (Fluent) data: 
temperature fields –(a),(b), axial velocity fields – (c),(d). 

 
 
3. Conclusion 
 
A novel Implicit LES CABARET method has been introduced and applied for the solution of the backward-facing step 
and the recent OECD/NEA-Vattenfall T-junction blind test exercise. In both cases the numerical solutions based on 
moderate grids are observed to be reasonably insensitive to the grid density and also correctly capturing the large-scale 
flow dynamics in comparison with the experiment and (for the T-junction test) with other fine-grid CFD results. For the 
T-junction problem, a reasonable solution convergence is also demonstrated for the r.m.s. and turbulence velocity power 
spectra. Most notably, more than one decade of the Kolmogorov -5/3rds spectrum is captured in all cases, which suggests 
that a wide range of important dynamic range of scales is correctly represented in the calculation. 
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Abstract 
 
The atmospheric dispersion of pollutant has remained an intricate problem because of the 
inherent complexities associated with the meteorological parameters responsible for the 
dispersion of pollutants. Conventionally simplified approaches, such as Gaussian Plume or 
puff based models, are used for the assessment of environmental impact due to atmospheric 
releases of pollutant. However, the assumptions made in such approaches are difficult to 
realize even for simple terrain conditions. Hence such models are generally being used with 
conservative assumptions to get upper limit estimation of the impact. To improve upon such 
simplified approaches, 4-dimensional wind field for the site under consideration is generated 
using mass consistent approaches, and the wind field thus generated is passed onto the 
suitable Eulerian based or Lagrangian based atmospheric dispersion models. This approach is 
relatively attractive, however the reliability of the wind field depends on the spatial and 
temporal density of meteorological measurements and more over, the wind filed satisfies only 
mass conservation law. With easy availability of fast computing facilities, it has now become 
possible to make use of Computational Fluid Dynamics (CFD) based model for generating 4-
dimensional wind field for a given topographic conditions that satisfies conservation of mass, 
momentum and energy. Like mass consistent models, CFD based models also depend on the 
spatial and temporal density of meteorological measurement. To overcome this difficulty and 
also to make use of CFD based model in a predictive mode, a CFD based model, i.e. fluidyn-
PANEPR, is coupled with Numerical Weather Prediction (NWP) model, i.e. MM5, as well as 
with a radiological dose assessment model, and the results are presented in this paper for a 
hypothetical case study. 
 
1. INTRODUCTION 
 
Study on atmospheric dispersion of pollutants has got impetus in recent times due to rapid 
industrialization throughout the world. The atmospheric dispersion models are required before 
the installation of any industrial facility to check the impact on surrounding environment due 
to the proposed industry, during the operation of industry to check compliance with the 
stipulated limits specified by the regulatory authority, and during accidental conditions for the 
better management of emergency conditions.  
 
For Nuclear Power Plants (NPPs) in India, the meteorological conditions of the proposed NPP 
site are monitored for several years prior to the installation of the facility, and environmental 
impact studies are performed for the site. It is known that the routine releases of radioactive 
pollutants from NPPs are so low that monitoring of environmental concentrations become 
difficult and many a times it is unachievable due the minimum detection limits of the 
measurement systems. In such cases, the environmental impact due to NPPs is modeled and 
the assessments are carried out with measured meteorological parameters at the site. The 
accidental conditions, with a negligible probability of occurrence, is been given a special 



2 
 

consideration in India. Emergency preparedness for each NPP site is well defined and the 
actions to be taken under such conditions are well documented. The preparedness to handle 
the accidental conditions is checked through mock drills at regular interval for each site. It is 
for the accidental conditions, it was thought of to make use of Numerical Weather Prediction 
(NWP) models to have forecast of radiological conditions in case of any accidental releases.  
 
In order to develop a system that can give radiological forecast in case of accidental 
conditions, the MM5 (Dudhia et. al.,2005)-the fifth generation mesoscale model developed by 
Pennsylvania State University and National Centre for Atmospheric Research, USA, was 
identified as the suitable Numerical Weather Prediction model for mesoscale applications. For 
atmospheric dispersion of pollutants a CFD based model, fluidyn-PANEPR, was selected. The 
MM5 generated flow field also satisfies conservation of mass, momentum and energy, 
however, the finest grid resolution that can be achieved with MM5 is around 1 km. In order to 
generate wind field at finer resolution than 1 km, satisfying basic conservation laws, a CFD 
based model was selected. The following sections briefly describe the models used in the 
present study. 
  
1.1 MM5 MODELING SYSTEM 
 
The MM5 modeling system uses terrain following σ coordinate system. In this, the lowest 
grid level follows the terrain while the upper surface is flat. Intermediate levels progressively 
flatten as the pressure decreases toward the chosen top pressure. A dimensionless quantity σ 
is used to define model vertical levels where 
 

                                                                                                                          (1) 
 
here P is the pressure, Pt is a specified constant top pressure, Ps is the surface pressure. 
 
In the horizontal direction, the model uses Arakawa-Lamb B-staggering of the velocity 
variables with respect to the scalars. In this, the scalars (Temperature, Specific humidity etc.) 
are defined at the centre of the grid square, while the eastward (u) and northward (v) velocity 
components are collocated at the corners. The model solves basic conservation laws in terrain 
following coordinate system once initialized with initial conditions and supported with 
boundary conditions from Global Weather Forecast Systems. The model has capability to 
assimilate locally measured data using grid nudging or analysis nudging technique. The 
model also has facility to incorporate locally measured data through Four Dimensional Data 
Assimilation Technique. The model has capability to run multiple nests simultaneously with 
up to nine domains running at the same time and completely interacting with each other. The 
nested domain can overlap also. The model has many physical parameterizations schemes for 
cumulus parameterizations, Planetary Boundary Layer Parameterizations, and for radiation 
parameterization. The technical detail of the modeling system as well as model itself is freely 
available on internet at http://www.mmm.ucar.edu/mm5/, and hence is not presented here. 
 
1.2  CFD BASED MODEL fluidyn-PANEPR 
   
The CFD based model, fluidyn–PANEPR, is developed by Fluidyn 
(http://www.fluidyn.com). PANEPR is specifically developed to study atmospheric 
dispersion of pollutants over complex topographic conditions. The model was suitably 
modified to get initial and boundary conditions data from the weather forecast generated by 
MM5 model. The model was also modified to study atmospheric dispersion of radioactive 
pollutants. In its basic form, PANEPR uses CFD tools in a finite volume based approach to 
solve the differential equations governing mass, momentum and energy transfer. The 
governing equations are written below. 
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Conservation of species concentration: 
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Conservation of momentum: 
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Conservation of energy: 
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Where, ρ : density 
 U : velocity vector 
 ym : mass fraction of species m 
 T : temperature 
 P : pressure 
 Dm : effective diffusion coefficient for species m 

τ : viscous stress tensor 
Cp : specific heat at constant pressure 
q  : heat flux vector 
Sm : source term for species m  
Sρ : source term for continuity equation 
SU : source term for momentum equation 
ST : source term for temperature equation 

 
The conservation equations of each species are solved with Navier-Stokes equations which 
regulate the mixed flow, and the energy conservation equations to take into account the heat 
phenomena. The species transport in PANEPR can also be computed using the Lagrangian 
particle-puff model, which is available as an alternate dispersion model, in addition to the 
Eulerian approach (finite-volume method to solve eq. (2) above). The present case study was 
carried out using Eulerian approach. 
 
The dry deposition flux of a species is evaluated as below: 

Fm
d = C(x,y,0)Vm

d
       (6) 

 
& the wet deposition is computed using the expression: 

Fm
w =  Λ . Σ (C(k).hk)        (7) 

 
where,  C(x,y,z) = Species Concentration at (x,y,z) 
  Vm

d = deposition velocity for species m 
Λ = Downwash Coefficient               =   α . I 
α  = Washout Proportionality Constant  
I = Rainfall Rate 
Σ (C(k).hk) = is the integrated concentration over a column (k = 0 to 

topmost level) at a location (x,y) on ground 
 
 

( ) ( )  USpUU
t

U +∇−⋅∇=⋅∇+
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PANEPR solves the Reynolds averaged forms of the governing equations (eq. (2) through 
(5)) for turbulent flow. The Reynolds stresses are modeled using the linear eddy viscosity 
model (LEVM). Though models like LES score above RANS in modeling re-circulating 
flows or flows with streamline curvature, it is computationally expensive. This shall be a 
major limiting factor in the usage of an industrial tool like PANEPR, which is intended to be 
run on personal computers. Also, the RNG k-eps model used by PANEPR has been found to 
be reasonably good for flow past obstacles. 
 
The equations describing the large scale evolution of the atmosphere do not take into account 
the interaction with the surface as the turbulence motion responsible for this interaction is 
small-scale and totally sub-grid. Hence PBL (Planetary Boundary Layer) phenomena are to be 
parameterized and PANEPR uses Monin-Obukhov Similarity theory for parameterization of 
the PBL. It derives the following fundamental physical characteristics of the PBL over the 
study area: 
 

• Sensible heat flux at ground, Qh 

• Ground roughness factor, z0 

• Monin-Obukhov length, L 
• Ground friction velocity, u* 
• Temperature scale, θ* 

 
Drag forces on solid walls in a turbulent boundary layer are computed using wall functions 
which result from the solution of Navier-Stokes equations for a turbulent boundary layer in 
equilibrium.  
 
The logarithmic law of the wall for momentum is given by: 
 

1
log( )            for y 11.63

                         for y 11.63

u Ey

u y
κ

+ + +

+ + +

= >

= <
     (8) 

 
where, u+ = |Up|/u*, non-dimensional velocity 
 y+ = ρu*y/µl, non-dimensional wall to cell-centre distance 
 |Up| = fluid velocity parallel and relative to wall 
 u* = friction velocity = Cµ

0.25√k 
 y = cell-centre to wall distance 
 E = a function of wall roughness. 

(Jayatilleke's empirical formula is used to evaluate E) 
 
The model can take into account the effects of presence of obstacles such as buildings, and 
natural features of the landscape like vegetation cover and water bodies, and source effects. 
PANEPR includes a built-in automatic 3D mesh generator that can create computational 
finite-volume mesh around obstacles and body-fitting for the terrain undulations. The mesh 
can be structured (rectangular) or unstructured (triangular) with provisions to cluster the mesh 
using domain nestings in the regions of specific interest. When used in conjunction with other 
prognostic wind models such as MM5, it can be used for prognostic analysis of dispersion 
and hazard also. There are three different turbulence models; K-diffusion, k-l model and k-e 
model. More technical details can be found in fluidyn-PANACHE, user manual, version 4.04, 
March 2009. 
 
1.3 RADIOLOGICAL DOSE ASSESSMENT MODEL ATTECHED WITH 

PANEPR 
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In order to have radiological forecast due to the release of radioactive pollutant, a radiological 
dose assessment model based on International Atomic Energy Agency (IAEA), Safety Series 
No. 57, is attached with the PANEPR model. This model assesses radiological doses through 
various pathways as follows: 
 
The inhalation dose is computed using: 
 
DINH= CInt (Bq-s. m-3)  .  B  (m3. s-1)  .  WCDF (Sv. Bq-1)                                                        (9) 

 
where, DINH  is the Inhalation dose in Sv, CInt is the time integrated concentration in Bq. s. m-

3, B is the Breathing Rate in m3. s-1, WCDF is the Weighted Committed Dose Factor in Sv. 
Bq-1 

 
Submersion dose due to β radiation is calculated with: 

 
DSβ= CInt (Bq-s. m-3) . WDE (Sv. Hr-1/Bq.m-3) / 3600 (s/Hr)    (10) 

 
here,  DSβ  is the β Submersion dose in Sv, WDE (gβ) is the Weighted β Dose Equivalent Rate, 
Sv. Hr-1 / Bq . m-3 

 
Submersion dose due to γ radiation is computed using: 

 
DSγ= CInt (Bq-s. m-3) . WDE (Sv. Hr-1/Bq.m-3) / 3600 (s/Hr)    (11) 
 
here also various terms have similar meaning as in the previous case but for γ. 
 
The plume gamma dose rate estimation is relatively more complicated due to the large mean 
attenuation distance associated with gamma rays and hence it is computed as follows: 

 
DPγ  =  5.0 E-04 ∫∫∫ Eγ . µa . e

-µR(1+kµR) / (3600 . 4πR2) . CInt dxdydz   (12) 
  
where, DPγ is the plume γ dose in µSv, Eγ is the photon energy, in MeV, µa is the energy 
absorption coefficient in air, m-1, µ is the total energy attenuation coefficient in air, m-1, k is 
the buildup factor and is defined as k =  (µ - µa) / µa. 
 
The ingestion dose is estimated by first estimating the concentration of radionuclide in soil 
using the following relation: 

 
Cs,i  =  [1-exp(-λs

Ei .  tb)] /(P . λs
Ei)        (13) 

  
where, Cs,i is the concentration of radionuclide i in soil (time integrated), Bq . d / kg, λs

Ei is the 
effective rate constant for reduction of activity concentration of radionuclide i from the root 
zone of soil, d-1 , λi + λs , where, λi is the radioactive decay constant and λs is the weathering 
decay constant in soil, (d-1), tb is the period of long term deposition for activity in soil, d, and 
P is the effective surface density for the effective root zone in soil, in kg (dry soil)/m2. 
 
Using this value Cs,i of, the concentration on leafy vegetables is then calculated using: 

 
Cv,i veg  =  AINT{ (R2/Y2)veg . [1-exp(-λv

Ei . te2)] / λ
v
Ei + Cs,i . Bv2  } exp(-λi . th3v)  (14) 

 
and then, ingestion dose due to consumption of this vegetables is estimated with: 
 
DING1V = DI . Cv,i veg  .  FdV         (15) 
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Similarly for the food crop, the estimation of concentration in crop, and then subsequent dose 
estimation is carried out using: 
 
Cv,i crop  =  AINT   { (R2/Y2)crop . [1-exp(-λv

Ei . te2)] / λ
v
Ei + Cs,i . Bv2 }  exp(-λi . th3c)                 

(13) 
 
DING1C = DI . Cv,i crop .  FdC        (16) 
 
The total dose due intake of vegetable and food crop then becomes 
 
DING1  =  DING1V  +  DING1C        (17) 
 
The various terms used in above equations are as follows: 
Cv,i veg  – Fresh matter for leafy vegetables consumed by humans (time integrated), Bq.d / kg. 
Cv,i crop  – Fresh matter for food crops consumed by humans (time integrated), Bq . d / kg. 
A INT  – Integrated Ground Contamination due to Wet and Dry deposition, Bq. m-2. 
R2  – Fraction of deposited activity intercepted by food crops as the result of both wet and 
dry deposition processes. 
Y2  – Standing crop biomass of the edible portion of vegetation, kg/m2. 
(R2/Y2)veg – For leafy vegetables.  
(R2/Y2)crop – For Food Crops.  
λv

Ei  – Effective rate constant for reduction of the activity concentration of radionuclide I 
from crops, = λi + λw , where, λi is the radioactive decay constant and λw is the weathering 
decay constant on vegetation, (d-1). 
te2  – time period that crops are exposed to contamination during the growing season, d. 
Bv2  – Concentration factor for uptake of the radionuclide i from soil by edible parts of 
crops, Bq/g of fresh food per Bq/g of dry soil 
th3v  – Holdup time that represents the time interval between harvest and consumption of 
the leafy vegetables, d. 
th3c  – Holdup time that represents the time interval between harvest and consumption of 
the food crops, d. 
DING1V  – Ingestion Dose due to direct consumption of leafy vegetables, Sv. 
DING1C  – Ingestion Dose due to direct consumption of food crops, Sv. 
DING1  – Total Ingestion Dose due to direct consumption of edible portion of crops, Sv. 
DI  – Dose Conversion Factor, Sv . Bq-1. 
FdV  – Daily intake of Leafy Vegetables by individuals, kg/d.  
FdC  – Daily intake of Food crops by individuals, kg/d.  
 
The dose due to Grass-Cow-Milk pathway is estimated by first estimating concentration in the 
fresh forage as well as in the stored feed as follows: 
 
Concentration due to fresh forage: 

 
Cv,i  =  AINT   { (R1/Y1) . [1-exp(-λv

Ei . te1)] / λ
v
Ei + Cs,i . Bv1}   exp(-λi . th1)   (18) 

 
and concentration due to stored feed: 
 
CP,i  =  AINT   { (R1/Y1) . [1-exp(-λv

Ei . te1)] / λ
v
Ei + Cs,i . Bv1 }  exp(-λi . th2)   (19) 

 
Ca,i  =  fp fs Cv,i  +  (1-fp.fs) CP,i          (20) 
 
Then the dose via Grass-Cow-Milk pathway is estimated as: 
 
DING2 = DI . Ca,i . Qf  .  Fm . Mk . exp(-λi . tf)      (21) 
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where 
 DING2  – Ingestion Dose due to Milk Intake, Sv. 

Cv,i  – Concentration consumed by grazing animals through Fresh forage (time 
integrated), Bq . d / kg (th = 0 days). 

CP,i  – Concentration consumed by grazing animals through stored feed (time 
integrated), Bq . d / kg (th = 90 days). 

Qf - Amount of dry feed consumed by the animal per day, Kg / d. 
Mk  – Daily milk intake by individuals, ltr / d.  
Fm - Fraction of animal’s daily intake of radionuclide that appears in each litre of 

milk at equilibrium, d. ltr-1. 
R1  – Fraction of deposited activity intercepted by forage crops as the result of 

both wet and dry deposition processes.  
Y1  – Standing crop biomass of the edible portion of forage vegetation, kg/m2. 
te1  – time period that forage crops are exposed to contamination during the 

growing season, d.  
Bvi1  – Concentration factor for uptake of the radionuclide i from soil by edible 

parts of forage crops, Bq/g of fresh food per Bq/g of dry soil. 
th1  – Holdup time that represents the time interval between harvest and 

consumption of the fresh forage, d, (assumed to be 0 days) 
th2  – Holdup time that represents the time interval between harvest and 

consumption of the stored feed, d, (assumed to be 90 days) 
fp – Fraction of the year that animals consume fresh pasture vegetation (0.4) 
fs – Fraction of daily feed that is fresh forage (0.4) 
tf –  Average time of transport of activity from the feed into milk and to the 

receptor, (default value 4 days)  
 

Similarly the dose due to meat intake is calculated using 
 
DING3 = DI . Ca,i . Qf  .  Ff . Mt . exp((-λi . ts)      (22) 

 
DING3  – Ingestion Dose due to meat intake, Sv 
Mt  – Daily meat intake by individuals, Kg / d (default value 0.0.274 kg / d) 
Ff - Fraction of animal’s daily intake of radionuclide that appears in each kg of 

flesh at equilibrium, d. kg-1 

ts –  Average time of transport of activity from the feed to slaughter to 
consumption (default value 20 days)  

The total ingestion dose DING then becomes 
 
DING = DING1 + DING2  + DING3        (23) 

 
The ground shine dose due to β activity deposited on the ground is estimated using following 
relation: 

 
DGβ = AInt (Bq. m-2) . gβ (Sv. Hr-1/Bq.m-2) (1-e- λ.texp) / λ (s-1) . 3600 (s/Hr)   (24) 

 
here, DGβ –DOSE Due to Ground Contamination, Sv 
 AINT – Integrated Ground Contamination due to Wet and Dry deposition, Bq. m-2 

 gβ – β Dose Conversion Factor for Ground Contamination, Sv.Hr-1/ Bq.m-2 

λ – Radioactive decay constant, s-1 

texp –  Period of long term exposure to the deposited activity, s 
 

and similarly, the ground shine dose due γ activity deposited on the ground is: 
 

DGγ = AInt (Bq. m-2) . gγ (Sv. Hr-1/Bq.m-2) (1-e- λ.texp) / λ (s-1) . 3600 (s/Hr)   (25) 
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 DGγ –DOSE Due to Ground Contamination, Sv 
 AINT – Integrated Ground Contamination due to Wet and Dry deposition, Bq. m-2 

 gγ – γ Dose Conversion Factor for Ground Contamination, Sv.Hr-1/ Bq.m-2 

λ – Radioactive decay constant, s-1 

texp –  Period of long term exposure to the deposited activity, s 
 
the total dose to the individual then becomes: 

 
TOTAL DOSE (Sv) = DINH + DSβ + { DSγ or DPγ } + DING + DGβ + DGγ    (26) 
 
2. HYPOTHETICAL CASE STUDY 
 
In order to check the performance of combined MM5-PANEPR-Dose Module system, a 
hypothetical case study was carried out. In this, MM5 model was run with global forecasted 
meteorological data obtained from National Centre for Medium Range Weather Forecast 
(NCMRWF), New Delhi, using T-80 model. A nested run for 24 hours was carried out for 
September 27, 2004, with 3-domains running simultaneously with grid resolution of 90km, 
30km, and 10km. The MM5 forecasted meteorological field for the innermost domain 
(150km x 150km, 10km resolution) was used for running PANEPR model at grid resolution 
of 5 km. The grid resolution of 5km was used to reduce computational time, in principle; 
there is no restriction on grid resolution in PANEPR model. A hypothetical release point at 
the height of 145m was assumed at the centre of the domain with a continuous and constant 
release rate of 1.0E+10 Bq/s of Cs-137 for a period of 24 hrs. PANEPR generated 
instantaneous concentration, time integrated concentration, deposited activity, and 
radiological doses at the interval of 1 hour, however, for testing purposes, the results were 
plotted at the interval of 6 hours, starting from the 06 GMT on September 27, 2004. 
 
In the coupled MM5-PANEPR modeling system, PANEPR extracts static data on terrain 
elevation from the MM5 model output, it also extracts time varying data on u, v components 
in 3 dimensional domain, similarly ambient temperature in 3-dimensional domain and 2 
dimensional data on ground temperature, rainfall rate, sensible heat flux and mixing height 
information. These data were used to initialize PAEPR model at an interval of 1 hour. 
 
3. RESULTS AND DISCUSSION 
 
The results are generated at 06 hours interval and from these; typical results at 12 GMT of the 
hypothetical case study mentioned in the previous section are given in Figure-1(a) through 
(c). The results were checked for the consistency of plume behavior with respect to the wind 
field generated by MM5 model as well as with respect to the PAEPR generated wind field. It 
was found that the wind field generated by both the models agreed well with each other, 
however, PANEPR model generated wind field at finer resolution as compared to the MM5. 
As mentioned earlier, PANEPR could generate wind filed even at a grid resolution of meter, 
provided terrain elevation as well as the information on building structure etc. is provided at 
that resolution, and enough computational power is made available. In order to check the 
reliability of the coupled system, the model generated results on instantaneous concentration, 
time integrated concentration and plume gamma dose were compared with the same 
generated using MM5-RIMPUFF modeling system. MM5-RIMPUFF coupling was carried 
out in the Environmental Assessment Division of Bhabha Atomic Research Centre. 
RIMPUFF is a Gaussian Puff based atmospheric dispersion model for radioactive pollutants 
developed by Riso National Laboratory, Denmark (Thykier et. al., 2004). The RIMPUFF 
model has facility to estimate gamma dose rate and hence the same obtained with MM5-
PANEPR were compared with the MM5-RIMPUFF modeling system. As can be seen from 
the Fig. 1, the flow field and contours for instantaneous concentrations were fairly 
comparable. However, contours of time integration concentration and plume gamma dose 
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were only consistent at the lower range values. Analysis of difference in results between the 
two models can be carried out only on the basis of some experimental data which, atleast for 
radiation dose values, is non-existing. 
 
4. CONCLUSION 
 
It was found that the coupling of Numerical Weather Prediction Model, such as MM5, with a 
CFD based model, such as PANEPR, could generate useful results that can strengthen the 
emergency preparedness of Nuclear Power Plant Site. Since the coupled system can operate 
in prognostic mode, the prognosis of meteorological as well as radiological conditions can be 
extremely useful in planning the counter measures in case of accidental releases. Another 
advantage of such system is incorporation of terrain elevation, information on building 
structure at very high resolution in the estimation of atmospheric dispersion of pollutant, 
which otherwise is not possible in meteorological models due to relatively poorer grid 
resolution. 
 
REFERENCES 
 
Dudhia Jimy, Dave Gill, Kevin Manning, Wei Wang, Cindy Bruyere, “PSU/NCAR 
Mesoscale Modeling System: Tutorial Class Notes and User’s Guide, MM5 Modeling System 
Version 3”, (2005) 
Fluidyn-Panache, user manual, Version 4.04, (2009). 
IAEA Safety Series No. 57, “Generic Models and Parameters for Assessing the 
Environmental Transfer of Radionuclides from Routine Releases”, (1982) 
Thykier-Nielsen, S., Deme, S., and Mikkelsen, T., “RIMPUFF Atmospheric Dispersion 
Module”, Riso National Laboratory, Denmark, (2004). 
 



10 
 

 
 

PANEPR     RIMPUFF 

    
(a) Instantaneous concentration at 12:00 GMT, Bq/m3 

 

   
(b) Time integrated concentration at 12:00 GMT, Bq.s/m3 

 

   
(c) Plume gamma dose at 12:00 GMT, Sv 

 
Figure-1: Comparative results of MM5-PANEPR-Dose Module coupled system 
against RIMPUFF at 12:00 GMT 
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